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Foreword

The symposium on Fatigue in Mechanically Fastened Composite and
Metallic Joints was held on 18-19 March 1985 in Charleston, South Carolina.
The event was sponsored by ASTM Committee E-9 on Fatigue. John M.
Potter, of the Air Force Wright Aeronautical Laboratories, presided as
chairman of the symposium and also served as editor of this publication.
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Overview

The symposium on Fatigue in Mechanically Fastened Composite and
Metallic Joints was organized to define the state of the art in durability of
mechanically jointed structures.

Mechanically fastened joints are used in many critical engineering struc-
tures, including buildings, machinery, power plants, automobiles, and air-
frames. The joint is the magic part that turns a series of material forms into
a structure. The joint between one piece of material and another is often
blamed for causing the design to be heavier than desired or for being the
point at which fatigue or fracture problems initiate. The study of stress,
fatigue, and fracture at joints, then, is of significant interest for the structural
designer, as well as those interested in the durability and damage tolerance
of the resultant structure.

This volume will serve as a state of the art of joint fatigue. Its usefulness
is enhanced by the range of the papers herein, since they run the gamut
from basic research to the very applied, from bridge structures to airframes,
from adhesive bonding to welding, and from metaliic to composite materials.
The broad range of the topics covered in this Special Technical Publication
makes it an excellent resource for designers, analysts, students, and users
of mechanically fastened structures.

The initial paper, by Speakman, covers the development of high-per-
formance fasteners in airframe applications. He provides an excellent review
of the development of new fasteners and other joining methods for reducing
weight and improving fatigue life. The paper is filled with practicality in its
approach to improved mechanical fastening systems through methods and
fasteners that are “‘forgiving to the hole.” To this author, “forgiving to the
hole” means that the fastener system is a practical one in which the hole
manufacturing tolerances and the joint materials are taken into account,
which results in a mechanical joint that has a large degree of compatibility
and, therefore, good fatigue performance. In this wide-ranging paper,
Speakman covers fasteners, corrosion, fatigue, fretting, tapered fasteners,
sleeved rivets, solid rivets, special nuts, and high-performance bushings and
bearings.

The paper by Champoux and Landy covers the experimental evidence
for structural bushed hole fatigue improvement by using a hole expansion

1
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2 FATIGUE IN MECHANICALLY FASTENED JOINTS

method that includes the simultaneous installation of an interference-fitted
bushing. This new bushed hole expansion method is shown to provide a
threefold increase in bushed joint fatigue performance while decreasing
installation costs, in comparison with the cryogenic shrink-fit installation
methods commonly used.

The paper by Ozelton and Coyle covers the fatigue improvement of alu-
minum airframe structures through the use of cold hole expansion by the
split-sleeve technique prior to fastener installation. The process of cold hole
expansion is being utilized in many applications to improve the fatigue
performance of joints. This paper not only covers the fatigue performance
of properly cold-expanded fastened joints but also looks into the fatigue
improvement of holes with preexisting cracks and also improper reaming
during manufacture. The Ozelton and Coyle paper provides excellent evi-
dence of fatigue performance improvements that can be realized.

The paper by Albrecht and Sahli covers the fatigue performance of ad-
hesively bonded and bolted highway bridge joints. The paper covers bolted
joints, bonded joints, and bolted and adhesively bonded joints in many
configurations. These joints are shown to provide increased fatigue per-
formance in typical highway bridge beam splices when compared with con-
ventional joints.

The paper by Lee covers the study of load transfer and its effect on fatigue
performance in aluminum joints. The Lee paper uses no-load, low-, me-
dium-, and high-load transfer joint specimens to define experimentally the
crack initiation and propagation behavior. The results provide an experi-
mental basis for methodology for service life prediction of joints.

The paper by Yang, Manning, and Rudd reports on a study of crack
growth at fastener holes. The authors have developed statistical evaluations
from a very large data base of crack growth at fastened joints for cracks of
an extremely small size [less than 2.54 mm (0.10 in.)]. This analytical ap-
proach allows excellent predictions of the safety and durability of complex
mechanically fastened joints.

The paper by Nicoletto covers the application of frozen-stress photoelastic
techniques in the stress intensity determination of cracks in open holes and
pin-loaded lugs. Pin-loaded lugs are an important branch of mechanically
fastened joints, for which the stress distribution is not well characterized.
The techniques and measurements presented by Prof. Nicoletto provide
considerable insight into stress effects on these joints.

The paper by Ekvall covers the fatigue performance of lap joint and butt
joint specimens made from recently developed aluminum alloy materials.
These fatigue performance resuits were compared with those of conven-
tional aluminum alloy product forms to assist in the process of defining
improvement for the new materials.

Landy, Armen, and Eidinoff address the cold hole expansion repair of
cracked fastener holes in structural joints. In this study, residual stress
distributions from the cold hole expansion process were analytically devel-



OVERVIEW 3

oped. The resultant residual stress distributions were then superimposed
with applied-load stress intensity factors to give a prediction of crack growth
during fatigue exposure following the stop-drill hole repair process. Exper-
imental evidence from mechanically fastened joints supports the prediction
of an improvement in fatigue performance. The dataindicate that the fatigue
life following the cold expansion repair process of cracked joints can exceed
the basic as-manufactured fatigue performance.

The paper by Huth covers the effect of the fastener in the stress redistri-
bution of a fastened multiple-row joint. Dr. Huth provides compelling ex-
perimental evidence of the effect of many primary joint and fastener pa-
rameters, including fastener rotation and flexibility, on the predicted load
transfer and resultant fatigue performance in the joint and subsequent struc-
ture. In this paper, Huth has developed a formula for load transfer within
multiple-row joints which includes fastener flexibility. The formula can be
used with a variety of fastener systems and joint materials to improve the
general predictability of stress and fatigue performance in mechanically
fastened joints.

The paper by Ramkumar and Tossavainen covers the fatigue performance
of composite-to-metal fastened joints. Joint parameters such as the fastener
type, stacking sequences and thickness, fastener head type, and joint con-
figuration were investigated to define their effects on fatigue performance.
Also studied were the effects of moisture conditioning and load spectrum
type.

The paper by Mallick, Little, and Dunham describes the fatigue perform-
ance of fastened joints where the joint was made from a composite material
used in the automotive industry. The composite [continuous fiber sheet
molding compound (CFSMC)] joints were prepared with conventional fas-
teners and subjected to fatigue loading. The authors were able to define
several failure modes in the CFSMC fastened joints, including bearing and
fretting failures. The variables covered include the bolt clamping pressure,
fastener pattern, and specimen width in comparison with the fastener head
size.

Mechanically fastened joints have been with us since the first use of
assemblies. People have used dowels, rods, screws, pins, keys, glue, bolts,
and rivets as mechanical means of fastening. These mechanical fastening
methods will be with us for the foreseeable future wherever efficient and
inexpensive methods of fastening are required to ensure that a structure
will serve the purpose for which it was manufactured.

John M. Potter

Air Force Wright Aeronautical Laboratories,
Wright-Patterson Air Force Base, OH 45433;
symposium chariman and editor.
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Advanced Fastener Technology for
Composite and Metallic Joints

REFERENCE: Speakman, E. R., “Advanced Fastener Technology for Composite
and Metallic Joints,” Fatigue in Mechanically Fastened Composite and Metallic Joints,
ASTM STP 927, John M. Potter, Ed., American Society for Testing and Materials,
Philadelphia, 1986, pp. 5-38.

ABSTRACT: The investigations described in this paper were conducted to develop
new fasteners and joining methods to reduce the weight and improve the fatigue life
of aircraft structures. Three major modes of structural failure—fatigue, fretting, and
stress corrosion—are discussed along with recommendations for improvement. Stress-
coining was developed to cold-work aircraft structures for fatigue improvement. Fret-
ting fatigue failures have been reduced by using Teflon coatings on fasteners and in
faying surfaces of splice joints. Standard stress corrosion test blocks have been de-
signed for evaluation of this failure mode. A crown flush rivet configuration has been
developed that does not require head shaving after installation. Qualification tests
were performed in compliance with MIL-STD-1312 to obtain Federal Aviation
Administration and military approval.

Various new fasteners have been developed for aluminum, carbon-fiber composite,
and titanium structures. These fasteners were designed to be “forgiving to the hole”
in that they fill and prestress the hole uniformly without being extremely sensitive
to hole-preparation tolerances. New low-cost specimens have been designed to pro-
vide a basis for screening and comparing fastener tests conducted by fastener man-
ufacturers and aircraft companies. These programs are directed toward creating tech-
nology for achieving 2 more balanced fatigue-resistant aircraft structure.

KEY WORDS: fatigue life, fretting, stress corrosion, fasteners, joining methods,
stress-coining, weight reduction

The state of practice in fastener installation has changed from clearance-
fit to interference-fit holes to improve structural fatigue performance (Fig.
1). Hole preparation for interference-fit fastener systems is more costly.
Experience has shown that inadequately prepared holes, exceeding design
tolerances, reduce service life. Therefore, in order to reduce installation
costs without degrading fatigue life, fastener installation methods that are
“forgiving to the hole” must be developed. The large number of joints and
splices in aircraft structures contribute to increased cost not only of newly
produced aircraft but also of reworking of in-service aircraft. The design

! Senior structural design engineer, Douglas Aircraft Co., Long Beach, CA 90846.
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SPEAKMAN ON ADVANCED FASTENER TECHNOLOGY 7

trend to higher stress levels and longer service lives also increases the need
for high-performance and dependable fastening systems.

Fatigue Test Specimen Configurations

Fatigue specimens of various shapes and sizes are used throughout the
industry to test new materials and attachments for new designs and rework
of existing aircraft structures in the field. These specimens vary significantly
and are usually tailored to determine the effect of a certain type of fastener
on a specific structural design. These specimens are often more difficult to
design and test than the full-scale structures they represent. It is practically
impossible to simulate full-scale aircraft structure loading conditions with
small test specimens (Fig. 2).

Specimen and end-grip premature failure due either to poor design or to
sophisticated design techniques used in producing the test specimen is a
costly and time-consuming hindrance to obtaining reliable test data. Coining
and long-life-fatigue fasteners increase the cycle life of the specimen to a
point at which fretting damage could initiate a premature failure. For these
reasons, the present operating procedures used by fastener and airframe
manufacturers to evaluate new fastener products are somewhat awkward
and inefficient. Standard fatigue specimens (Fig. 3) have been designed to
define a screening test and specimens that include the following criteria:

(a) specimen fabrication techniques to minimize manufacturing influence
on the fatigue results,
(b) fastener installation using representative production equipment to
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FIG. 2—Application of test specimens to a full-scale aircraft structure.
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FIG. 3—Various types of small, inexpensive fatigue specimens.

obtain more accurate test data for the aircraft the specimens represent, and
(c) definition of the test criteria, load spectrum, and data recording.

All major airframe manufacturers have their own fatigue specimens that
they use to certify fastening methods for new designs and rework. Adoption
of standard fatigue specimen designs would make it possible for fastener
and aircraft companies to prepare and test specimens for direct comparison.
The savings in time and money produced by such a proper approach would
more than justify this program.

The small, standard fatigue specimen designs shown in Fig. 3 would also
be the first step toward establishing the performance characteristics of the
various types of fasteners and hole-preparation methods for possible inclu-
sion in a design handbook such as MIL-HDBK-5. Fatigue data developed
using these specimen designs would greatly aid designers in the aerospace
industry.

Stress-Corrosion Test Blocks

A new test block configuration, designed to provide all three grain di-
rections in one piece for comparative tests, is shown in Fig. 4. Fasteners
are instalied with identical interference fits, two-diameter edge distance,
and four-diameter fastener spacing. Standardization of various test block
configurations would provide industry with a practical method for comparing
stress-corrosion test data. )

Prestress from coining or interference fasteners, combined with a cor-
rosive atmosphere, can cause a crack to originate in the hole and propagate
in a direction parallel to the grain and loading directions of the part in the
aircraft. This phenomenon, which causes the cracks to travel in 90-deg-
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10 FATIGUE IN MECHANICALLY FASTENED JOINTS

different directions, may be used to determine if the crack was caused by
fatigue or stress corrosion.

Fretting Retardation in Aircraft Joints

Whenever surfaces of structural members are placed in contact with each
other and subjected to small relative movements, a special form of corrosion
is possible. This corrosion makes itself evident by the appearance of irregular
patches of black oxide that will start under very low clamp-up pressures
between the members and within the first few cycles of movement. This
process is known as fretting corrosion and, if permitted to continue, usually
results in a premature fatigue failure of the structural members. Observa-
tions of many fatigue test specimens indicate that fretting and stress cor-
rosion account for at least 30% of the crack-induced failures reported on
aircraft in service. The failures often occur before 50% of the design fatigue
life of the aircraft has been expended.

In aircraft structures, fretting fatigue has initiated an increased number
of crack failures, superseding stress corrosion and metal fatigue due to stress
concentrations. There are two reasons for this change: interference fasteners
and stress-coining, as shown in U.S. Patent No. 3,434,327, have reduced
fatigue cracks in holes in structural elements; and the use of overage heat
treatment of 7075 T6 to T73 aluminum alloy has reduced stress-corrosion
cracks in the short-transverse grain direction in aluminum. Many types of
coatings, tapes, and rub strips have been used to reduce fretting in aircraft
structures. They have resulted in added cost and weight, however, and are
unsatisfactory because they extrude out of a splice joint and reduce the
clamp-up of the fastener. Figure 5, which shows three different crack failure
modes and their different locations, might be useful in determining the
cause of crack initiation.

The addition of material to reduce the stress level in fastener holes is a
state-of-the-art design feature for large commercial aircraft today. As the
service life of these aircraft grows, it is becoming apparent that fretting
inside fastener holes and at the faying surfaces of splice joints is becoming
a dominant factor in fatigue failures. Therefore, this failure mode must be
prevented or greatly reduced so that the expected lifetime of aircraft struc-
tures can be substantially extended.

At Douglas, fatigue test specimens have been fabricated with the faying
surface protected from fretting by applying a 0.0508-mm-thick (0.002-in.)
film of tetrafluoroethylene (Teflon) on them. (When this is not convenient
for rework of assembled aircraft, Teflon-coated shim stock may be inserted
between the faying surfaces.) If the part is 7075 aluminum alloy, the Teflon
compound is chosen to have a cure time and temperature to match the
overage cycle heat treatment to T73; therefore, the cure and heat treatment
can be accomplished at the same time. Fastener shanks and flush-headed
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FIG. 6—Basic structure fatigue improvement.

fasteners also have been Teflon-coated to ease interference installation and
retard fretting inside the hole.

Preliminary test data, shown in Fig. 6, indicate improved fatigue life for
specimens with Teflon-coated fasteners and shims. The results for the splice
joint specimen shown in Fig. 7 compare the fatigue life of Class A clearance-
fit holes with that for both interference-fit holes and the addition of Teflon
coating.

Fastener Weight Reduction

Modification of the threaded end of shear-loaded fasteners could reduce
the installed weight 25% and balance the tensile strength of the shear bolt
head with the reduced thread diameter. Figure 8 shows how this modifi-
cation would be accomplished. The dashed-line portion of the tension-type
bolt head was first removed more than 30 years ago to save weight; the
reduced head height is referred to today as the shear head. Now it is pro-

1 . |
.__L 7075.T651 ]._..
T T

25 KSIR = 0.2
FAILURE CYCLES

e STEEL BOLTS-CLASS "A'"HOLES

ANODIZED AND PRIMED PARTS 60,000
e LOCKBOLTS-INTERFERENCE HOLES
ANODIZED AND PRIMED PARTS 230,000

o LOCKBOLTSANTERFERENCE HOLES
TEFLON-COATED SPLICE PLATES 2,500,000

FIG. 7—Splice joint fatigue improvement.
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posed that the threaded end and the nut be reduced one diameter size, as
shown by the shaded areas, to accomplish a 25% weight reduction. These
attachments could be located closer to a vertical web for increased loading
capabilities without riding the fillet radius. When the thread diameter is
reduced, so is the length of the bolt. This bolt, combined with a shorter-
height nut, improves assembly access inside channels and tightly designed
structures. The tension strength of the reduced thread remains greater than
the tensile strength of the shear head. A reduced thread diameter does not
scrape and damage the inside of the hole during interference installation or
removal. The tension fatigue strength is not reduced for shear designed
structural applications.

Crown-Flush Rivet System

A crown-flush rivet configuration has been developed that does not re-
quire head-shaving after installation. There are numerous other advantages
to this design. The flat-top crown head of the rivet confines impact energy
to the shank of the rivet instead of the surrounding structure; therefore less
installation energy is required and structural distortion is reduced. The
fatigue life is improved 100% because of increased hole and countersink
filling, and replacement of head-shaving with the crown-flush rivet will
provide a growing advantage as greater quantities of Mone! and titanium
rivets are required for future aircraft.

Common with each rivet configuration is a small center indent that re-
mains after installation, permitting easier rivet removal for service repair.
Qualification tests were performed in compliance with MIL-STD 1312 to
obtain Federal Aviation Administration (FAA) and military approval. The
crown-flush rivet system is self-inspecting, which has been demonstrated in
several material and shape configurations. The rivets can be used to deter-
mine visually the countersink depth; thus, instailation of the first rivet dem-
onstrates proper or improper installation. An installation time average of
5 s per rivet is saved when head-shaving by hand is eliminated. The rate of
automatic-machine-installed riveting can be increased from 6 to 8 rivets per
minute when the shave cycle is eliminated. Comparisons of both rivet sys-
tems are shown in Figs. 9 and 10, and Fig. 11 and 12 illustrate the installation
of conventional crown flush rivets, respectively.

With the conventional flush rivet, the edge of the rivet head that protrudes
over the countersink diameter flares out between the rivet gun set and the
structure, preventing optimum hole and countersink filling (Fig. 11). Ad-
ditional driving forces increase the structural distortion and produce a wavy
external skin surface.

Sixty Years of Flush Rivet History

During the 1930s, most metal airplanes were assembled with dome-head
rivets that protruded above the external surface of the aircraft. A decade
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FIG. 11—Conventional flush rivet installation.

LESS VIBRATORY ENERGY
REQUIARED TO UPSET RIVET
REDUCES NOISE LEVEL

RIVET SET

CLEARS SURF

E RTRUCT > IMPROVED

OF STRUCIURE® - HOLE-FILLING
EXTENDS

~. FATIGUE LIFE

WAVINESS DUE | _/-
TO RIVETING |

AEACTION FORCES MOVE
STRAIGHT THROUGH FROM
EQUAL AREAS AT

EACH END OF RIVET

FIG. 12—Crown flush rivet installation.
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1940-1946

ORIGINAL FLUSH RIVET SET
HEAD RIVET
(DEEP C'SINK )}

RIVET BACK-UP

VvOID :
\ AFTER UPSET
|

VOID PROMOTES CORROSION AND STRUCTURAL
FAILURE. SUB-SURFACE RIVETS NOT PERMISSIBLE.

FIG. 13—Early flush rivet heads, showing lack of fit.

later almost all such aircraft changed to flush riveting to reduce aerodynamic
drag. The following brief comments cover 60 years of flush riveting—from
1940 to what is expected by the year 2000.

The beginning of flush riveting on aircraft created many problems, in-
cluding matching the countersink cavity to the flush rivet head (Fig. 13).
The use of MS20426 tension head rivets in deep countersinks reduced clamp-
up and fatigue life, and left a void for corrosion initiation. To overcome
these deficiencies, controlled countersink diameters were established to
ensure the rivet head remains high in order to fill the hole and countersink
cavity (Fig. 14). This procedure required costly head shaving to obtain
aerodynamic smoothness. Shear-head rivets (old Lockheed special) replaced
tension-head rivets, thus eliminating knife-edge countersinks and improving
the sealing and fatigue life. During the period 1970 to 1975, skin gages were
reduced to save weight, and rivets were set deeper to eliminate head-shaving
(Fig. 15). This practice returned aircraft assembly to the 1940s, with the
associated problems of corrosion and fatigue failure.

The Douglas-designed crown-flush rivet and installation method elimi-
nates many of the problems associated with conventional rivets. The crown-

1946-1970

SHAVE FLUSH TO
HIGH .29¢ EACH

C'SINK DIA.

288 005
DOUGLAS

METHOD 3/16 NAS 1097

RIVET HEAD HIGH "BEFORE AND AFTER"
INSTALLATION. C'SINK. DIA. CONTROL DIFFICULT
AND COSTLY.

FIG. 14—High rivet heads, requiring costly shaving.
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19701875

.063 MIN. GAGE

PER DPS.
KNIFE EDGE
C'SINK.
FATIGUE 050
FAILURE pd

3/16 NAS 1097

REDUCED SKIN THICKNESS TO REDUCE WEIGHT.
C'SINK. AND FLUSH RIVET TO SKIN SURFACE
NOT PRACTICAL IN PRODUCTION.

FIG. 15—Flush rivet heads, which experience corrosion and fatigue problems.

flush rivet is aerodynamically flush before and after installation. The 0.2032-
mm-high (0.008-in.) flat-top crown provides vertical impact tolerance to
offset variations in the depths and diameters of countersink cavities. Elim-
ination of head-shaving on steel and titanium rivets for elevated-temperature
aircraft will be an additional improvement by the year 2000 (Fig. 16).

Sleeved Aluminum Rivet

A further extension of aluminum rivet use is the application of rivets in
graphite/epoxy structures. Conventional fasteners, aluminum rivets, and
steel bolts corrode when in contact with graphite fiber ends in drilled holes.
In the case of metal fasteners in intimate contact with graphite, aluminum
rivets and cadmium-plated steel alloy fasteners corroded after only 24 h of
exposure to a 5% salt spray environment. After 504 h of exposure, the
aluminum rivets had almost completely disintegrated and the cadmium-
plated steel bolts were extremely corroded. Identical aluminum rivets and
steel fasteners inserted in aluminum panels and exposed to the identical
environment showed almost no galvanic corrosion. However, titanium fas-
teners in contact with graphite showed no evidence of corrosion after 504

1975-2000

100% FATIGUE
IMPROVEMENT

b by

FORGIVING SELF-INSPECTING
CROWN FLUSH RIVET — o AND CONCEPT

ELIMINATES HEAD SHAVING, SIMPLE TO USE FOR
COST AND WEIGHT REDUCTION.

FIG. 16—Crown flush rivets, which eliminate head shaving and cut weight and cost.
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h of salt spray exposure and are recommended, from a corrosion viewpoint,
for use in contact with graphite/epoxy composite materials. Another pos-
sible solution to the problem would be a sleeved rivet assembly, in which
the sleeve material of stainless steel or titanium would not corrode when
in contact with graphite fiber ends (Fig. 17).

The shear and tension strength of sleeve rivets is greater than it is for
solid one-piece aluminum rivets (Fig. 18). A shear strength design gap
presently exists for aircraft designers—179 MPa (26 000 psi) for 2117-T4
(AD) aluminum rivets to 655 MPa (95 000 psi) for threaded fasteners. The
available rivets to fill this gap are age-hardened 2017-T4 (D) rivets that
often crack when installed and icebox 2024-T4 (DD) rivets that are expen-
sive to install. Sleeve rivets would be cheaper and lighter than the threaded
titanium fasteners presently used to fill this design gap (Fig. 19). The sleeve
rivet can be made into flush, protruding head, and slug rivet configurations.

The sleeve rivet should not be confused with the old, and now obsolete,
jacket rivets that had soft jackets around them to seal and protect against
fuel tank leaks. The structural fatigue life will increase with the new sleeve
rivet because of increased prestress inside the hole from the harder sleeve
material. In addition, the countersink junction and hole edges are cold-
worked with the sleeve rivet. Sleeve rivets in graphite/epoxy structures will
promote uniform loading in multiple-fastener joints. Solid titanium fasteners
in graphite structures will not yield as aluminum fasteners do. This condi-
tion, coupled with loose holes in the graphite, causes unequal loading, thus
reducing fatigue and static strength. All the sleeve rivet configurations dis-
cussed have been installed in aluminum and graphite/epoxy materials.

EQUAL AREA BOTH ENDS OF RIVET FOR UPSET FORCE
PROVIDES OPTIMUM SLEEVE EXPANSION INSIDE HOLE RIVET HEAD MILLING

AFTER INSTALLATION
SLEEVE IS A CORROSION BARRIER ! NOT REQUIRED
MW NN

GRAPHITE-EPOXY STRUCTURE, 1|
I 1 ALUMINUM STRUCTURE, OR
WITH COMBINATIONS OF
TITANIUM AND STEEL

UNDRIVEN UNDRIVEN
SLUG TYPE PROTRUDING HEAD

FIG. 17—Sleeve rivet assembly before and after installation.
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0.016-INCH SLEEVE
STAINLESS STEEL

5/32-INCH 3/16-INCH
""AD” “AD"

D
RIVET RIVET

3/16-INCH DIAMETER

SHEAR DATA AVERAGE
{6 SPECIMENS)

FIG. 18—Ultimate shear test of sleeve and solid aluminum rivets.

1,266 LB

——— 000 LB

In addition to dealing with the shear strength gap problem, the aircraft
designer must recognize the importance of cost and weight. Aluminum rivets
are low-cost, lightweight fasteners when compared with lock-bolt and Hi-
Lok attachments. If the rivet shear and tension allowables are not acceptable
for a particular design, steel or titanium bolts are usually the next available
choice. These fasteners weigh and cost more than aluminum rivets.

The hole preparation for lock-bolt-type fasteners is more expensive be-
cause installation is not forgiving to the hole. A rivet or sleeve rivet that is
installed by squeeze or vibration upset swells inside the hole. Should the
hole be tapered or slightly elongated, the rivets fill the shape of the hole
when installed. This type of fastener installation is forgiving to hole vari-
ations following preparation. When fasteners do not properly fill the hole,
fatigue, shear, and pressure resistance, as well as fuel sealing, are reduced.

ALUMINUM 2024 STEEL AND
"AD" ICE-BOX TITANIUM
RIVETS RIVETS BOLTS
26 KSt 40 KS) 95 KSI
(EXPENSIVE
TO INSTALL)

SHEAR STRENGTH GAP

RENGT USE OVER-
TRE H
STRENGT SLEEVE RIVETS STRENGTH
OR 7050 ALUMINUM

FIG. 19—Aircraft design shear gap problem with fasteners.
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The sleeve rivet is installed as a one-piece assembly and is forgiving to
normal hole fabrication methods and to tolerance variations.

Straight-Sleeve Bolt Fastener

Interference-fit fastener installation in thick combinations of aluminum
and steel is very difficult, often even impossible. When cadmium-plated
steel fasteners are used in dissimilar combinations, the plating is scraped
off and the fastener corrodes. Stepped in-line holes, clearance in the steel,
and interference in the aluminum are often impractical and costly. Titanium
interference fasteners can seize partially installed inside the hole when the
interference exceeds 0.0762 mm (0.003 in.).

The sleeve bolt assembly was designed for interference-fit installations
and to overcome the problems noted. The correct grip length can first be
assured by slipping the sleeve into a clearance-fit hole prior to core bolt
installation. A standard 1 242 000-MPa (180 000-ksi) minimum Hi-Lok (HL-
328) and self-aligning nut (S4933653) are used to clear up to 1.27-mm (0.050-
in.) backside protrusion of the sleeve. Removal is simplified by first re-
moving the Hi-Lok, which permits the outside diameter of the sleeve to
contract. The sleeve can then be easily removed without damage to the
hole. Figure 20 illustrates the assembly sequence of the straight-sleeve bolt.
The advantages include interference fitting in a clearance hole, a metallic
or graphite structure, an oversize service repair fastener, simple and hole-
forgiving installation, and adaptability to dissimilar metals and composites.

Preliminary strength tests were performed to compare the strength prop-
erties of the sleeve bolts with the those of the solid fasteners presently used
on aircraft. Double-shear tests were completed on conventional solid and
sleeve bolt fasteners and the variations are shown in Table 1.

Fatigue specimens of steel and titanium were compared by being tested
with both solid Hi-Lok fasteners and sleeve bolts. Results of limited testing
indicated an equivalent fatigue life in the thinner gages tested, as shown in

SLIPFIT
EELF-ALIGN CRES. STEEL SLEEVE
uT

F—F =X

DRIVE INTERFERENCE

\— FITSTEEL HI.LOK
SLEEVE RADIALLY

EXPANDS INSIDE HOLE
FIG. 20—Straight-sieeve bolt.
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TABLE 1-—Sleeve bolt double-shear test.”

Double-Shear Strength, 1b°

Bolt* Test 1 Test 2 Test 3 Average
Solid steel Hi-Lok 9 900 10 600 10 400 10 300
Solid titanium Hi-Lok 10 300 9 900 9 700 9 966
303 Steel sleeve bolt 10 900 10 800 10 700 10 800
17-4 Steel sleeve bolt 11 400 11 500 10 700 11 200

79 300 1b (4218.48 kg) minimum shear acceptable.

b0.25-in. (6.35-mm) diameter.
11b = 0.4536 kg.

Table 2. Trade-off cost studies are required to determine if the two-piece
sleeve bolt assembly is sufficiently cost-effective to offset the low fatigue
life and precision hole preparation required for single-piece Hi-Lok fas-
teners installed in thick joint assemblies.

To summarize the sleeve bolt test development, the thick-joint assembly
criteria are shown in Fig. 21. Positive interference fit of 0.0254 mm (0.001
in.) or more is required for increased fatigue life. Hi-Lok seizure in the

TABLE 2—Sleeve bolt fatigue test resulls.

Bolt and Fit®

Cycles to Specimen Failure
(Average of 4 Specimens)®

Low Load,
17-7 PH Steel*

High Load,
4130 Steel”

Hi-Lok 0.051 mm (0.002-in.)
clearance fit

Hi-Lok, 0.051-mm (0.002-in.)
interference fit

Sleeve bolt, 0.076-mm (0.003-in.)
interference fit

Sleeve bolt, 0.152-mm (0.006-in.)
interference fit

69 000
596 000
570 000

524 000

159 000
371 000
493 000

runout (>1 x 10°)

“3/16-in. (4.76-mm) diameter.

#46-ksi (317.17-MPa) gross area stress, R = 0.05.

LOwW

[
Al

LOAD

n
T

‘Configuration: -& [ 11

L
'

'
17-7PH

[

STEEL

HIGH LOAD

=

“Configuration: & iina

4130 8T

EEL
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hole with 0.0508 to 0.0889-mm (0.002 to 0.0035-in.) interference fit com-
presses the assembly range below practical limits to assure a positive inter-
ference fit.

High-Fatigue-Life Bushing Design and Test

A new, improved fatigue-life bushing for contro} fittings has been de-
veloped to replace existing bushings (Fig. 22). A review of the record files
from the process engineering and airline product support departments in-
dicated that service failures were due to loose-fit bushing installations. This
can occur when the hole in the fitting is at the maximum tolerance and the
bushing outside diameter is at the low end of the tolerance range.

Alumium-bronze and steel bushings are cadmium-plated, which adds ap-
proximately 0.0254 mm (0.001 in.) to the outside diameter. With existing
tolerances, press fits of less than 0.0254 mm (0.001 in.) are possible. In
these situations, the soft cadmium plate scrapes off the bushing, and low
prestressed installation is possible. Reversing loads in service with this con-
dition would allow fretting to begin, causing early fatigue failure.

Disadvantages of Present Bushings

The disadvantages of the bushings presently used include the following:

e A sharp-edged chamfer scores material from inside the hole, causing
a reduction in fatigue life.

e The bushing flange relief, external grease groove, and chamfer reduce
the housing-bearing area. This design creates fatigue cracks due to high-
stress concentrations and fretting from the grooves in contact with the
housing.

e A flange groove and four holes make the present bushing more ex-
pensive to fabricate.

¢ Pivot joints on the aircraft could freeze up as a result of only four grease
spots 3.175 mm in diameter (Vs in.) coming in contact with the shaft.

o The bushing can rotate in the housing because of the low interference
fit. This can occur when the smaller bushings, with only a 0.00254-mm
(0.0001-in.) press fit, are line-reamed after installation.

Advantages of High-Fatigue-Life Bushings
The advantages of high-fatigue-life bushings are the following:

e The radius lead-in on a bushing installed with Parker-O-Lube eases
installation without scoring the hole and provides corrosion protection.

e The bushing outside diameter provides 100% housing contact and im-
proved fatigue strength.
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o The simplicity of the new-design bushing eliminates machining, thereby
reducing fabrication costs.

o A continuous band of grease in contact with the shaft increases the
lubricity to help prevent joint freeze-up.

e The bushing in the housing hole cannot rotate away from the grease
hole in the bushing because the press fit has been increased to a positive
interference fit. The increased press fit will not cause stress-corrosion
cracking.

The low-cost tension fatigue specimen shown in Fig. 23 was developed
to simulate fitting lug end shapes as well as to obtain two test failures from
a single specimen. The fatigue test specimens were fabricated from 7075
T651 aluminum plate surface-machined to 12.7 mm (0.500 in.) thick. Vari-
ations in the interference fit and types of bushings installed were tested by
comparison at a 124-MPa (18-ksi) net area stress, R = 0.1. Results from
the test showed that the high-fatigue bushings improved the fatigue life
approximately tenfold.

High-Fatigue-Life Bearings

Bearings are currently installed in their housings to a very low press
interference fit to prevent the deformation of the outer race of the bearing,
as well as binding and freezing of the movement of the ball inner race. This
low press fit may permit axial movement of the bearing in the housing.
Radial loads on the bearing tend to increase radial clearances. The combined
effects of housing/bearing and inner/outer race tolerances potentially can
result in short bearing and structure fatigue life.

A new bearing concept was developed; its principal feature is a prede-
termined larger radial clearance between the ball and outer race provided
during manufacture. The radial clearance of 0.1016 to 0.4572 mm (0.004 to
0.018 in.), depending on diameter, shrinks to a sliding fit on the ball after
interference press fit installation of the bearing in the housing. Figure 24
shows the new bearing before and after installation. This concept will im-
prove fatigue life because of the lower-amplitude cyclic loads associated
with interference-fit installation and will alleviate fretting, corrosion, and
migration problems. The improvements in the concept are shown schemat-
ically in Fig. 25.

Present captive-ball-type spherical bearings are assembled with an outer
race centered on the ball and then swaged down to the shape of the ball. It
is thus unlikely that 100% area contact with the ball will be achieved. Elastic
springback of the outer race is associated with an arching effect and can
result in less than 50% contact with the ball. Bearing assembly practices
generally provide a close sliding fit between the ball and outer edges, but
the arched gap remains inside the bearing (Fig. 26, center picture).
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SLIP RACE SWAGE RACE ROLL FORM RACE TO
ONTO BALL 1 TO BALL 1 BALL SHAPE AND FINISH
J 1\

R
O

PRESENT NEW
BEARING DESIGN BEARING DESIGN

FIG. 26—Spherical bearing cross sections.

The increased interference press fit is generated by a larger bearing and,
therefore, will permit interchange with existing bearings installed in standard
hole sizes. Tests indicated that the fatigue performance of the new bearing
installation sysem is 10 to 20 times better than that of present bearings (Figs.
27 and 28).

Stress-Coining Procedures for Fatigue Improvement

The stress-coining procedure controls the yielding of material inside holes
and surrounding holes and slots. Stress-coining induces residual compressive
stresses that affect load-induced tensile stresses concentrated around these
load-carrying areas. These compressive stresses decrease the local mean
stress at a point where cracking begins and increase the fatigue life of the
structural component by an approximate factor of 4 (Figs. 29 and 30).

The tooling and equipment used in stress-coining have been designed
with the skill level of the average airframe mechanic in mind. They are
designed to be portable, for use both on new aircraft production lines or
at remote locations for field service rework.

Stress-coining has proven extremely useful in extending the fatigue life
of a structure when a large percentage of its service life has already been
expended. Seven stress-coining methods and associated tooling (Fig. 31)
have been developed for this purpose. It is possible that many expensive
aircraft components found to be fatigue-prone could be repaired and sal-
vaged by using relatively inexpensive stress-coining methods.

Method 1: Pin-Coining—Hole Expansion for Material Combinations Within
2.286 to 152.4 mm (0.090 to 6.00 in.) Thick—Expansion-pin stress-coining
is performed in highly stressed areas to increase the fatigue life of structural
members. The hole is expanded plastically to final dimensions by driving a
lubricated expansion pin through the precoined (undersized) hole. Ap-
proximately one half of the interference between the precoined hole and
the expanding pin will spring back to the final hole diameter.
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BALL-TO-RACE BEARING AREA
COMPARISON

CONVENTIONAL HIGH-FATIGUE
100K CYCLES 2MILLION CYCLES
FAILED NO FAILURE

FIG. 28— Fatigue-tested lug-end specimens.

Control of the final hole preparation tolerances when using this method
is superior to that of drilled and reamed hole preparation tolerances because
of the consistency of the material springback after the expansion pin is
driven through the undersized precoined hole. Unlike the drilling or reaming
process, the final hole size in stress-coining is not affected by different
operators.

Method 2: Countersink-Coining—Cold-Worked Countersink Cavity for
Flush Attachments—The countersink for flush attachments is stress-coined
by cold-working the juncture of the hole and countersink with a lubricated
countersink coining tool. This cold-working leaves a smooth, polished junc-
ture between the countersink and hole and induces residual compressive
stresses around the countersink that offset load-induced tensile stresses.
Stress-coining of the countersink is accomplished prior to pin-stress-coining
of the hole.

Method 3: Radius Stress-Coined Interference Fit Holes for High-Fatigue
Bushings—The fatigue life of aircraft linkage components can be extended
by combining radius coining and a high-fatigue bushing installation. Radius-
coining cold-works the edges of the hole to replace chamfering and hand
edge-break procedures. The high-fatigue bushing is designed for a positive
interference fit and a polished lead-in radius to ease installation.

Method 4: Radius-Coining—One-Side for Materials 1.27 to 2.286 mm
(0.050 to 0.090 in.) Thick—One-sided radius-coining was developed for
open-hole water drain applications and fatigue improvement of these holes.
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FIG. 29—Stress-coining for fatigue improvement.

Method 5: Pad-Coining Holes—Both Sides for Materials 2.286 to 13.97
mm (0.090 to 0.550 in.) Thick—Pad-stress-coining cold-works a (0.762-mm
(0.030-in.) radius and a pad recess approximately 0.1016 mm (0.004 in.)
deep around the surfaces of holes or slots in aluminum alloys from 2.286
to 13.97 mm (0.090 to 0.550 in.) thick. In this thickness range, the depth
of the pad coin is increased with the increase in material thickness for
optimum fatigue strength. This method is used for lower wing access door
doublers and fuel transfer slots in wing stringers.

Method 6: Ring-Pad-Coining—Both Sides for Materials 0.8128 to 13.97
mm (0.032 to 0.550 in.) Thick—Ring-pad-coining has been demonstrated
to be a satisfactory method of improving the fatigue resistance of holes for
material thicknesses up to 13.97 (0.550 in.). Limited testing of specimens
with a modest thermal history at both elevated and room temperatures has
indicated that the ring-pad-coining technique is superior to several other
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F1G. 32—Effect of stress coining on cracked holes.

methods of increasing fatigue resistance in this environment (aircraft jet
engine parts).

Method 7: Pad-Coining Slots—Both Sides for Materials 2.286 to 12.7 mm
(0.090 to 0.500 in.) Thick—Any open or loosely filled hole or slot in the
lower surface of the wing has potential for fatigue failure due predominantly
to tension stresses. For this reason most wing stress-coining applications
are done on the lower surface rather than the upper surface where com-
pressive stresses prevail. Fuel transfer slots in the lower wing stringers
therefore must be pad-stress-coined to improve fatigue strength and reduce
weight.

The seven stress-coining methods just described were developed to cold-
work the many different fasteners, bushings, bearings and unfilled openings
in aircraft structures. The design considerations were the materials and
thicknesses to coin, the size and shape of the holes, and access to the aircraft
using simple, reusable tools.

Retardation of Fatigue Cracks in Fastener Holes

Since most cracks start in fastener holes, it is difficult to ensure that all
fatigue damage can or will be eliminated during rework. Reaming oversize
cracked holes is limited by edge-distance restrictions; therefore, hairline
cracks or fatigue damage remain out of sight in the hole. To obviate these
limitations, fatigue tests have been conducted to evaluate the feasibility of
cold-working cracked holes utilizing Douglas stress-coining procedures. The
purpose of these tests was to determine if stress-coining procedures are



38 FATIGUE IN MECHANICALLY FASTENED JOINTS

adequate where known hairline cracks and minor damage exist inside the
fastener holes.

Zero-load transfer specimens were cycled until a small crack was initiated
either at the corner of or inside the hole. These holes {some with cracks up
to 1.524 mm (0.060 in.) long] were then cold-worked by driving a stress-
coin expander pin through the holes with a smali rivet gun. The fatigue
testing of the coined cracked holes was then resumed, and the results were
very encouraging. The cracks were arrested from propagation and the im-
provement was threefold to fivefold in comparison with uncracked holes
tested to uninterrupted failure.

The performance improvement thus demonstrated is due to residual stresses
induced by interference between the hole and the expander pin, which
plastically yields the crack tip. When the pin exits the far side of the hole,
the crack tip springs back, inducing the beneficial residual compressive
stresses that extend the fatigue life of cracked or uncracked holes (Fig. 32).

Conclusion

The advanced fastener technology described in this paper has been de-
veloped and tested for specific requirements on near-term aircraft. Many
of the projects were developed for rework of in-serivce aircraft and design
improvement of new-production aircraft. Aircraft design philosophy has
drastically changed recently to emphasizing high-performance fastening sys-
tems, thus extending the life-cycle-to-cost ratio of future aircraft. The ob-
jective of the Douglas program reported in this paper has been aircraft
improvement where material selection, fatigue life, and cost savings are
design considerations.
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Fatigue Life Enhancement and High
Interference Bushing Installation
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ABSTRACT: The patented ForceMate bushing installation process, originally de-
veloped by McDonnell Aircraft, involves expansion of a hole and simultaneous in-
stallation of an interference fitted bushing. The process provides a significant im-
provement in the fatigue life of bushed holes in metailic structures and offers reduced
bushing installation costs. Fatigue life improvement is attributed both to the creation
of residual compressive stresses in the metal surrounding the hole and to the reduction
in applied cyclic stress range caused by the interference fitted bushing. Installation
is accomplished without loss of corrosion protection because of the initial clearance
fit of the bushing in the hole. Installation costs are reduced by the elimination of
liquid nitrogen needed for shrinkage of bushings, as well as the significant reduction
in installation time and manpower.

This paper describes the ForceMate process in detail. Fatigue lives of simulated
aluminum lug geometries with bushings installed using the ForceMate process were
compared with lives of lugs with bushings installed using conventional shrink fit
methods. Constant amplitude and flight-by-flight spectrum loading were used for
cyclic testing. Life improvement factors of greater than 3:1 were shown. Bushing-to-
hole interferences were significantly greater than those achievable with traditional
shrink-fit installation techniques. The process was demonstrated effectively with bush-
ings manufactured from beryllium-copper, aluminum-nickel-bronze, and steel alloys.

KEY WORDS: fatigue (materials), fatigue enhancement, bushings, aluminum alloys,
lugs, cold working, cold expansion, interference fit, residual stress

Structural assemblies with bushed holes have historically been prone to
fatigue problems. In particular, bushed holes in 100% load transfer joints
(for example, lugs) are subject to premature fatigue crack initiation in the

! Vice president/general manager and engineering manager, respectively, Fatigue Technol-
ogy, Inc., Seattle, WA 98188.
2 U.S. Patent No. 4,164,807.
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bushing-to-lug interface because of factors such as fretting or corrosion, or
both. Subsequent fatigue crack growth is rapid owing to the high stress
intensity factors associated with this geometry.

A common method for reducing fretting and providing fatigue life im-
provement of bushed holes is the installation of an interference fitted bush-
ing. Bushing interference is defined as the degree to which the bushing
outside diameter is greater than the hole inside diameter. Traditional tech-
niques using a liquid nitrogen bath to “shrink™ the bushing prior to instal-
lation are limited to diametricai interferences of 0.05 to 0.07 mm (0.002 to
0.003 in.). Attempts to instali bushings at higher interferences often result
in scoring and galling of the inside surface of the hole. Corrosion protection
from cadmium plating is often scraped off or substantially lost during shrink-
fit (SF) installation. The SF technique is labor-intensive and subject to
frequent rework because of damage caused during bushing installation.
Further, there are safety implications associated with the cryogenic tem-
peratures of liquid nitrogen.

A new concept, the ForceMate (FM) bushing installation process, pro-
vides fatigue enhancement by combining cold expansion of a hole with
simultaneous high interference bushing installation. The initial clearance fit
of the bushing in the hole allows installation to be accomplished without
loss of corrosion protection. Installation of a bushing using the FM process
involves only a few minutes of labor, in comparison with SF instaliation
labor requirements of up to 45 min per bushing.

The bushing interference achievable with the FM process is far greater
than is possible with SF techniques. Typicaily, 0.10 to 0.20-mm (0.004 to
0.008-in.) diametrical interference is achieveable for a nominal 25.4-mm-
diameter (1.00-in.) FM bushing. The high bushing interferences associated
with the FM process resuit in a significant reduction in fretting in the bush-
ing-to-hole interface and preclude the intrusion of corrosive agents. The
reduction in applied cyclic stress range of the interference fitted bushing
and cold expansion of the hole provide significant retardation of fatigue
crack growth and, as a consequence, allow longer inspection intervals. Since
inspection of most bushed holes invariably involves dissassembly of a com-
plicated structure, maintenance costs are reduced.

The FM process was originally conceived by Coughenour and Hoeckel-
man of McDonnell Aircraft Co. They subsequently developed tooling for
specific beryllium-copper bushing installations in several U.S. military air-
frames. The fatigue life improvement and reduced bushing installation costs
have been well proven with testing and in-service experience. The process
is currently under advanced development at Fatigue Technology, Inc., where
it is being systematized for other bushing materials and hole geometries and
as a substitute for National Aerospace Standards (NAS) standard bushings.

The purpose of this paper is to describe the FM process. Fatigue lives of
simulated lug geometries with bushings installed using the FM process are
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compared with lives of lugs with bushings installed using conventional tech-
niques. Life improvement factors of better than 3:1 are shown with constant
amplitude and flight-by-flight spectrum loaded cyclic testing. Process pa-
rameters, various FM bushing materials, manufacturing tolerances, and test
data are discussed.

Process Overview

Instailation of a bushing using the FM process is shown in Fig. 1. A
specially sized bushing, with a proprietary dry film lubricant on the inside
surface, is placed over a tapered expansion mandrel. The attachment end
of the mandrel is inserted into a hydraulic puller unit; the mandrel/bushing
assembly is inserted into the hole; and the puller unit is activated to pull
the expansion mandrel through the bushing. The expansion of the bushing
by the mandrel cold expands the hole material while the bushing is simul-
taneously installed with high interference. The inside surface of the bushing
after FM processing has a tapered profile, with a slightly larger diameter
at either end than in the middle. A subsequent reaming operation is per-

Slide Bushing Over
Mandrel Shank

Insert Mandrel Into
Hydraulic Puller Unit

Insert Mandrel and
Bushing Into Hole

Cold Expand Hole and Install
Bushing by Pulling Mandrel

Through Bushing Using
Hydraulic Puller Unit

g L Finish Ream Bushing —J

FIG. 1—ForceMate process methodology.




42 FATIGUE IN MECHANICALLY FASTENED JOINTS

formed to size the bushing inside diameter to the final size and to remove
lubricant residue. In multi-flanged lug assemblies, the final reaming oper-
ation also ensures alignment of the bushing inside diameters.

Cold expansion creates a zone of residual compressive stresses around a
hole {1,2]. These compressive stresses effectively reduce the magnitude of
applied cyclic tensile stresses and hence increase fatigue and crack growth
life. There is exhaustive data available concerning the beneficial effects of
cold expansion on fatigue life performance.

Similar to interference fitted pins, interference fitted bushings have also
been shown to provide fatigue life enhancement of a bushed hole through
a reduction in applied cyclic stress range at a hole {3,4]. The amount of
improvement depends on the ratio of the bushing modulus to the material
modulus and the bushing wall thickness.

Bushing inside diameters are expanded between 2 and 6%, depending
on the bushing and lug materials and dimensions. Expansion is defined as
the total expansion of the bushing during FM processing, expressed as a
percentage of the initial bushing inside diameter. The presence of the bush-
ing precludes the 100% transfer of applied radial expansion to the hole.
Hence, the actual expansion of the lug material is less than the expansion
of the bushing. In some cases, this reduced amount of applied expansion
is less than the recommended minimum for effective cold expansion proc-
essing of typical hole geometries [5]. However, lower levels of applied
expansion have been shown to provide significant fatigue improvement in
lug geometries [6—9]. In general, thinner bushings or aluminum lugs will
require less expansion than thicker bushings or titanium or high-strength
steel lugs. An applied expansion of 2% was used for the bushing sizes and
lug geometries in this test program.

Bushing-to-hole diametrical interferences ranged from 0.10 to 0.20 mm
(0.004 to 0.008 in.) for the bushing sizes used in the fatigue test program.
This measurement was taken by pressing the bushing out of the hole after
FM processing and then comparing the bushing outside diameter and the
hole inside diameter.

Bushing corrosion inhibitors such as cadmium plating applied to the out-
side of the bushing are unaffected by the FM process because of the initial
clearance fit of the bushing in the starting hole. Protective coatings on SF
bushings are often damaged by scraping action as the bushing is installed.
The FM process also facilitates effective use of wet sealants applied to the
inside of the hole.

Straight and flanged FM bushings have been manufactured from most
typical aerospace bushing materials, including aluminum-nickel-bronze, be-
ryllium-copper, and high-strength steel. Developmental testing is also being
performed with other bushing alloys such as 410 stainless (modified) and
precipitation-hardened steels.

Initial starting hole tolerance requirements for the FM process are +0.025
mm (0.001 in.). This requirement is typically the same as, or less restrictive
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than, SF hole tolerance requirements and, in conjunction with the mandrel
diametrical tolerance of +0.010 mm (0.0004 in.), ensures that the minimum
applied expansions are achieved. Additional manufacturing cost reductions
are realized by elimination of the bushing and starting hole sorting required
to achieve precise levels of bushing interference. This labor-intensive pro-
cedure involves measuring individual bushing outside diameters and match-
ing them to'measured hole diameters.

Bushing flushness requirements are achieved using a specially designed
nosecap assembly that restricts bushing axial movement during cold expan-
sion. Both recess (underflush) and protrusion (overflush) requirements can
be satisfied.

Fatigue Test Program

The test program was designed to show fatigue life improvement in a
typical aerospace attachment lug. The configuration selected is represen-
tative of a nacelle strut attachment lug on a strategic bomber. Both constant
amplitude and flight-by-flight spectrum loading were used for cyclic testing.

The test plan is shown in Table 1. The test conditions were designed to
show:

(a) process effectiveness,
(b) baseline fatigue design data (S-N), and
(c) representative service life improvement factors.

All the tests were performed with aluminum specimens.

TABLE 1—Test conditions.

Bushing Load Conditions
Test Installation Bushing (maximum net section stress,
Series Method Alloy except where noted), MPa (ksi)
Basic process shrink fit Al—Ni—Br 85.5(12.4), R = 0.05
effectivity shrink fit Be—Cu 85.5(12.4), R = 0.05
shrink fit steel 85.5(12.4),R = 0.05
FmCx Al—Ni—Br 85.5(12.4), R = 0.05
FmCx Be—Cu 85.5(124), R = 0.05
FmCx steel 85.5(124), R = 0.05
Baseline design data shrink fit Be—Cu 51.7(7.5), R = 0.05
development shrink fit Be—Cu 68.9 (10), R = 0.05
S -N shrink fit Be—Cu 110.3 (16), R = 0.05
shrink fit Be—Cu 137.9 (20), R = 0.05
FmCx Be—Cu 85.5(12.4), R = 0.05
FmCx Be—Cu 110.3 (16), R = 0.05
FmCx Be—Cu 137.9(20), R = 0.05
Service life shrink fit Be—Cu nacelle strut attachment
improvement FmCx Be—Cu load spectrum
shrink fit steel nacelle strut attachment

FmCx steel load spectrum
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All dimensions .2 mm (£.01 in.) except as noted

7075-T651

30.546 +.025
+- -+ (1.2026 £.0010)

GRAIN DIRECTION
t 15%

N\ 7~ 38.1
(1.50)

+ + 17.8

(70)
711 ———=

(2.80)

FIG. 2—Fatigue test specimen.

Process effectiveness tests compared SF and FM specimen fatigue lives
at a single constant-amplitude load level, using beryllium-copper, alumi-
num-nickel-bronze, and steel bushings. Design data in the form of $-N
curves were developed and compared for both SF and FM specimens with
those for beryllium-copper bushings. Specimens with beryllium-copper and
steel bushings were used to show service life improvement due to FM proc-
essing.

Specimens designed to simulate the attachment lug geometry were ma-

TABLE 2—Test specimen material properties and chemical analysis for
7075-T651 aluminum plate.

Material properties

Yield strength, MPa (ksi) 560 (81.2)
Tensile strength, MPa (ksi) 607 (88.1)
Elongation, in 25.4 mm (1in.), % 9
Chemical analysis, %

Cu 1.48
Si 0.11
Fe 0.30
Mn 0.10
Mg 2.57
Zn 5.30
Cr 0.21
Ti + Zr 0.06
Other elements, each ~0.05
Other elements, total ~0.05

Al balance
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17.78 4+.00/-.13
\D. (.700 +.000/-.005)

4 3
————— :
2
0D.
0. 0.D.

26.947 30.594
SHRINK FIT (1.0609) (1.2045)

26.811 30.521
FmCx (1.0162) (1.2016)

All dimensions £.013 mm (% .0005 in.) except as noted
FIG. 3—Bushing dimensions.

chined from 25.4-mm-thick (1.00-in.) 7075-T651 aluminum plate. Dimen-
sions and material properties are shown in Fig. 2 and Table 2; bushing
dimensions and material properties are shown in Fig. 3 and Table 3. No
corrosion inhibitors were applied to the bushings for these tests.

The SF specimens were prepared by initially heating each specimen to
82°C (180°F), followed by installation of bushings previously cooled by
submersion in a liquid nitrogen (LN,) bath. The bushings were rapidly
transferred from the LN, bath to the specimen, inserted into the hole, and
pressed in with a hand vise. Bushing-to-hole diametrical interference ranged
from 0.05 to 0.07 mm (0.002 to 0.003 in.).

FmCx specimens were prepared using the methodology shown in Fig. 1.
The bushing applied expansion was 2% for these tests. The bushing inside
diameters were reamed to 26.92 mm (1.060 in.) after FmCx processing.

The test specimen setup is shown in Fig. 4. A close-tolerance AISI 4340
steel pin, 26.861 mm (1.0575 in.) in diameter, was used to connect each end
of the specimen to the clevis fittings. The pins were secured with soft rubber
spacers between the retaining nut and the clevis grips so as to preclude any
clamp-up effects.

All the specimens were cycled to failure in closed-loop servohydraulic
fatigue test machines under load control. The test machines and associated
equipment are calibrated semiannually using standards recommended by
the National Bureau of Standards.

Constant amplitude loads were generated by digital function generators.
Flight-by-flight loads were generated by a digital minicomputer from a load
sequence supplied by the U.S. Air Force. The sequence consisted of a three-
mission mix in quasi-random format representing the in-service load envi-
ronment of a strategic bomber nacelle strut. The loads were arbitrarily
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FIG. 4—Fatigue test setup.
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TABLE 3—Bushing material properties.

Minimum Minimum

Yield Tensile
Material Strength, Strength, Elongation in
Material Specification ~ MPa (ksi)  MPa (ksi) 50.8 mm (2 in.), %
Beryllium-copper CA 172 1000 (145) 1138 (165) 3
Aluminum-nickel-bronze CA 630 448 (65) 793 (115) 18
High-strength steel AISI 4340 910 (132) 1034 (150) 14

increased so as to induce failures in a reasonable test period. Basic spectrum
details are shown in Table 4.

Test Results and Discussion

Basic process effectivity test results are shown in Fig. 5 as cycles to failure
for each specimen configuation. All tests were performed at a constant-
amplitude maximum net section stress of 85.5 MPa (12.4 ksi), a stress ratio
of 0.05, and a cyclic test frequency of 10 Hz. These results indicate that
FM processing can be adapted to various bushing alloys. There were no
failures of any FM specimens, which had test lives in excess of 109 cycles.
This compares to minimum test lives of 2 X 10° cycles for aluminum-nickel-
bronze and beryllium-copper bushed SF specimens, and 4 X 10° cycles for
steel bushed specimens.

One FM specimen of each bushing type was successfully tested to 8§ x
10° cycles without failure. An anticipated minimum life improvement of
3:1, based on other tests of cold expanded lugs, was exceeded [6-9].

Test lives of steel bushed FM and SF specimens were significantly longer
than lives of comparable beryllium-copper or aluminum-nickel-bronze bushed
specimens. This is because the stiffness of the steel bushing is significantly
greater than that of the other two alloys and, hence, the load on the bearing
area of the lug hole is more evenly distributed. Further, as noted by Crews,
the tensile preloading benefit of an interference fitted pin (bushing) in-

TABLE 4—Nacelle strut loading spectrum.

Maximum Net Spectrum Stress, Minimum Net Spectrum Stress,
ksi® ksi
Missions Once Once Once Once Once Once

per 1000 per per 10 per 100 per per 10 per 100
Mission Flights Flight Flights Flights® Flight Flights Flights

846 2.7 254 28.1 4.7 8.1 8.1
2 65 27.1 30.5 35.0 4.3 2.7 2.7
3 89 17.7 18.0 19.1 9.6 9.6 9.6

*1ksi = 6.90 MPa.
» Maximum once per 100 flight stress is maximum spectrum stress.
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creases as the ratio of the pin (bushing) modulus to the sheet modulus
increases; the steel bushed specimens have the highest ratio for the geo-
metries investigated [10].

Baseline fatigue design data were developed for beryllium-copper bushed
specimens for comparison with unpublished McDonnell Aircraft test data.
These results are shown in Fig. 6 as maximum net section stress versus cycles
to failure (S-N). At the severe constant-amplitude load condition of 137.9
MPa (20 ksi), the minimum life improvement factor was 3:1. Life improve-
ment factors increased significantly at lower, more realistic load levels.
Conservatively, the endurance limit increased approximately 55%, from 51
MPa (7.5 ksi) for SF specimens to at least 79 MPa (11.5 ksi) for FM spec-
imens.

Service life comparisons of SF and FM specimens are shown in Fig. 7 as
flights to failure. These tests show that the FM process is effective under
realistic usage conditions. Beryllium-copper bushed SF specimens failed in
250 to 450 flights, as compared to FM specimens that were tested to a
minimum of 1100 flights, with only one failure. Steel bushed SF specimens
failed in 400 to 1100 flights, as compared to FM specimens that did not fail
after cycling to a minimum of 3100 flights. As noted during the constant
amplitude tests, the inherent life improvement of the steel bushed speci-
mens, as compared to the beryllium-copper bushed specimens, is also ev-
ident under spectrum loading conditions.

The fatigue life improvement due to the FM process can be attributed to
the combination of cold expansion of the metal surrounding the hole and
the high interference fit of the bushing. The synergistic effect of these two
phenomena has been documented in other investigations of cold expansion
in combination with interference fit fasteners [11-13].

All testing to date has demonstrated FM process effectiveness in 100%
load transfer, lug-type geometries. It can be inferred from the tests of this
“worst case” geometry that the process will also be effective with other
types of bushed holes where fatigue life improvement is desired. Further,
there are other applications where installation of an interference fit bushing
in a nonfatigue critical structure is desirable but has been difficult to achieve;
these include the following:

(a) access panel mounting holes, to maintain consistency of hole diam-
ters;

(b) transfer holes through bulkheads, ribs, and other structures to facil-
itate hose and wire bundle routing; and

(c) oversized holes, to reduce hole diameters to the original size.

Further fatigue, crack growth, and corrosion testing is planned. The pa-
rameters to be studied include the effects of:

(#) manufacturing tolerance buildup,
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(b) bushing corrosion inhibiting coatings, and
(c) bushing wall thickness.

The use of other bushing alloys is currently being investigated.

Conclusions

1. A new process for simuitaneous high interference bushing installation
and cold expansion of holes has been demonstrated.

2. Constant-amplitude and spectrum-ioaded cyclic testing shows mini-
mum life improvement factors of 3:1 for specimens with bushings installed
using the FM process—in comparison with specimens with bushings installed
using SF techniques—for bushings made from beryllium-copper, aluminum-
nickel-bronze, and 4340 steel alloys.

3. The FM process provides a bushing installation cost reduction when
compared with the labor-intensive SF techniques.
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ABSTRACT: The effect of cold working on the fatigue life of 7050-T7451 aluminum
that contained fastener holes was investigated. The holes were cold worked using the
split sleeve technique. The fatigue life improvement achieved by inserting interference
fit fasteners in both cold worked and non-cold worked holes was also determined.
Fatigue tests were conducted under constant amplitude loading conditions. Additional
evaluations were conducted, including determinations of the effects of precracks
emanating from the hole (introduced prior to cold working), specimen orientation,
and the amount of material reamed from a hole following cold working. Fractographic
and metallographic analyses were undertaken to determine typical crack initiation
sites. Cold working of fastener holes in 7050-T7451 increased the fatigue life by a
factor of up to five, depending upon the specific cold work and fatigue test parameters
employed. The insertion of interference fit fasteners also significantly increased fa-
tigue life. Contributions from interference fit fasteners and cold working of holes
were synergistic. The introduction of a precrack prior to cold working the hole reduced
fatigue life, though precracked material containing a cold worked hole exhibited a
greater fatigue life than if the hole had not been cold worked. The optimum amount
of material that should be reamed from a hole after split sleeve cold working to give
the maximum fatigue life for given test parameters was determined.

KEY WORDS: 7050-T7451 aluminum, split sleeve cold working, fatigue life, inter-
ference fit fasteners, reaming, precracks, constant amplitude loading

Most aircraft assemblies are joined by inserting mechanical fasteners through
holes. The fatigue life of a given material is reduced by the presence of a
hole because of increased stress concentrations around its periphery. The
hole drilling operation can introduce flaws which further aggravate the
situation, and the resulting joint can have a significantly lower fatigue life
than the parent material. One proven method to offset, at least partially,
the fatigue life reduction is to introduce compressive stresses by cold working

! Engineering specialist and manufacturing technology specialist, respectively, Northrop
Corp., Aircraft Division, Hawthorne, CA 90250.
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the area around the hole [/,2]. These stresses counteract the applied tensile
stress responsible for crack initiation and growth. Several techniques have
been developed for introducing compressive stresses around a hole. Of the
methods available, the split sleeve technique [/] is widely used in the aer-
ospace industry and was used for the work described in this paper.

The material investigated during the program, 7050-T7451 aluminum, is
a high strength alloy. It has a low quench sensitivity and is used for aircraft
components that have thick sections, such as bulkheads. Alloy 7050 is a
relatively new aluminum alloy for which little data exist on the effect of
cold worked holes on fatigue life.

The objective of the program was to determine the influence of the
following five parameters on the fatigue life of 7050-T7451:

{a) cold work expansion level,

(b) amount of post-cold work reaming,

(c) precracks before cold working,

(d) flaws introduced during split sleeve cold working, and
(e) interference fit fasteners.

Knowledge of the effect of different cold work expansion levels and post-
cold work reaming amounts on fatigue life will enable the optimum split
sleeve cold work parameters to be established for 7050-T7451 aluminum.
Precracks were introduced in non-cold worked material to determine if the
detrimental effect of the presence of a crack originating at a hole can be
reduced by cold working the hole. Flaws can sometimes be introduced
during split sleeve cold working where the hole intersects the specimen
surface. A fractographic analysis was conducted to establish if these flaws
influence the fatigue life. Finally, the fatigue life improvement due to in-
terference fit fasteners was determined because this method is sometimes
used to cold work holes in aircraft components that are not normally re-
moved for inspection or service during the life of an aircraft.

All specimens were tested under constant amplitude loading. Fractog-
raphy of selected specimens was undertaken to determine crack initiation
and propagation characteristics. Except for those specimens specifically de-
scribed as containing clearance or interference fit fasteners, tests were con-
ducted with open-hole specimens.

Experimental Procedures

Test Specimen

The fatigue test specimen is illustrated in Fig. 1. Each specimen was
initially prepared with a 3.18-mm-diameter pilot hole. The final target hole
size, whether cold worked or non-cold worked, was 6.35 mm. All holes
were enlarged from the 3.18 mm starting size to 5.54-mm diameter using a
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FIG. 1—Fatigue specimen; dimensions are in mm.

cobalt drill. Non-cold worked holes were reamed to 5.99-mm diameter and
then to the final 6.35-mm diameter. Holes to be cold worked were enlarged
to the pre-cold work diameter using cobalt reamers. A precision hole gage
was used to measure hole diameters to the nearest 0.0025 mm. Drilling and
reaming operations were conducted at 3000 rpm using Boelube lubricant,
which was subsequently removed using methyl ethyl ketone (MEK).

Split Sleeve Cold Working

Several methods are available for introducing compressive stresses around
the periphery of a hole. These include stress coining [2], shot peening, and
split sleeve cold working [/]. The split sleeve method offers many advantages
over other techniques, though other methods are used for some specific
applications. The split sleeve method is schematically illustrated in Fig. 2.
The amount of cold work is controlled by varying the mandrel diameter,
sleeve thickness, and hole diameter. After cold working a hole, a small
blemish or “pip™ is formed, as is shown schematically in Fig. 3. The pip is
due to the split in the sleeve. The area at the corner of the pip can be prone
to the formation of small shear cracks as shown, particularly in alloys with
low ductility. This region is usually reamed out following cold working so
that many cracks are removed.
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EXPANSION CREATES COMPRESSIVE
STRESSES AROUND HOLE

MANDREL SPLIT
SLEEVE

MANDREL PULLER
FIG. 2—Split sleeve cold working method.

The starting hole diameter for typical expansion levels is in the range of
5.97 to 6.04 mm for a 6.35-mm finai hole diameter in aluminum. For this
program, the target hole expansion for most of the work was 0.25 mm. The
mandrel was 5.84-mm in diameter and the sleeve thickness was 0.20 mm.
Thus, in order to achieve a 0.25-mm expansion, a starting hole of 5.99 mm
was required. The following parameters describe the process:

Mandrel diameter: 5.84 mm
2 X sleeve thickness: 9_49 mm

Total tool diameter:  6.24 mm
Minus starting hole:  5.99 mm

Expansion: 0.25 mm

Cold expansion was achieved using a standard puller unit and hydraulic
power pack, a5.8-mm-diameter mandrel, and a prelubricated 0.20-mm-thick
sleeve. Cold working was performed with one end of the specimen heid in

S T A S |
FIG. 3—Hole configuration after split sleeve cold working.
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a vise. A dial gage was used to determine if specimen distortion occurred
during the hole expansion operation, but none was observed. In most cases,
the split in the sleeve was positioned at 90° to the direction of loading. For
those specimens that were precracked, the split coincided with the crack.
A limited number of tests were conducted with the pip in line with the
applied load.

During the cold working process, the hole diameter increases by an amount
equal to the cold work expansion, but then relaxes after the mandrel is
withdrawn so that the “‘retained expansion” is less than the applied expan-
sion. The retained expansion can vary according to the alloy being cold
worked and the applied expansion. For a 0.25-mm hole expansion in 7050-
T7451 aluminum, a typical retained expansion is 0.125 mm, that is, 50% of
the initial hole expansion. Thus, for a total tool diameter of 6.24 mm and
a 0.25-mm expansion, the cold worked hole diameter is 6.24 mm minus
0.125 mm, that is, 6.115 mm. To attain a final hole size of 6.35 mm, a
further 0.235 mm was reamed from the hole diameter following cold work-
ing. The hole was then deburred by means of a hand-held tool with a 90°
cutter.

Interference Fit Fasteners

Most tests were conducted using open-hole specimens. However, a limited
amount of work was carried out to determine the effect of interference fit
fasteners on fatigue life. The effect of split sleeve cold working the hole
prior to fastener insertion was also determined. An interference level of
0.038 mm between the finished hole and fastener diameters was selected
for determining the effect of interference fit fasteners on the fatigue life of
7050-T7451. Hi-Tigue titanium fasteners (HLT310) were used. For the holes
that were cold worked, the following parameters were selected:

Mandrel diameter: 6.01 mm
2 X sleeve thickness: 9119 mm
Total tool diameter: 6.41 mm

Minus starting hole diameter: 6.16 mm
Cold work expansion: 0.25 mm

The retained expansion was again 50%, and thus, the final hole size was
6.41 mm minus 0.125 mm, or 6.285 mm. The fasteners had a tolerance of
0.013 mm. To ensure that an installed fastener interference of 0.038 mm
was achieved, fastener diameters were measured prior to installation.

For those interference fasteners installed after reaming a cold worked
hole, the final hole was reamed to a diameter that was 0.038 mm smaller
than that of the fastener in order to achieve the required interference.
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Specimen Precracking Procedure

The fatigue life of specimens that had been precracked before cold work-
ing was determined. The following four-step procedure was followed to
initiate and grow the cracks from a hole.

1. Both sides of the specimen gage length were polished using a buffing
wheel so that the crack would be readily visible.

2. For crack initiation, a small groove was cut into the side of the 3.18-
mm-diameter starting hole perpendicular to the loading direction. The groove
was less than 1.59 mm deep to ensure that it would be totally removed when
the hole was reamed to either its final size (non-cold worked) or to the
diameter required for cold working. A jeweler’s saw was used to cut the
groove.

3. Cracks were grown using techniques covered by the ASTM Recom-
mended Practice for Constant-Amplitude Low-Cycle Fatigue Testing
(E 606-80) and the ASTM Test Method for Constant-Load-Amplitude Fa-
tigue Crack Growth Rates Above 10 m/Cycle (E 647-83). The cracks
were grown from the 3.18-mm pilot hole, which would later be enlarged to
6.35 mm. Therefore, the cracks were grown 1.59 mm longer than the re-
quired length from the final 6.35-mm hole.

4. All cracks emerged at both front and back surfaces of the gage section.
Crack length data quoted in this paper are the average of the lengths mea-
sured on the two surfaces. Crack length was measured using a traveling
microscope, accurate to 0.025 mm.

Fatigue Testing Procedures

Fatigue testing (constant amplitude) was conducted in laboratory air on
a servohydraulic unit with digital-based electronic controls. Net stress values
are quoted throughout this paper, that is, the hole diameter is subtracted
from the gage section width to determine the required loads. All testing of
the 7050-T7451 was conducted at a net maximum stress of 207 MPa and at
a frequency of 10 Hz. A stress ratio of R = 0.1 was used, and a minimum
of three and a maximum of five specimens were tested for each test con-
dition. These parameters were selected as being typical of those used for
testing aluminum aerospace structural alloys.

Material

The data described in this paper were obtained using 7050-T7451 alu-
minum procured in the form of 152-mm and 70 mm-thick plates. Plates of
both thicknesses had similar properties and are typical for 7050-T7451. The
property data are shown in Table 1.
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Results and Discussion
Effect of Hole Expansion Level on Fatigue Life

The influence of cold work expansion level on the fatigue life of 7050-
T7451 aluminum was determined using the 152-mm plate and is shown in
Fig. 4 for the long transverse (T-S), longitudinal (L-S), and short transverse
(S-T) specimen orientations [defined in the ASTM Test for Plane-Strain
Fracture Toughness of Metallic Materials (E 399-83)]. Expansion levels in
the range zero {non-cold worked) to 0.35 mm were investigated. The ma-
jority of the effort was on the T-S orientation because 7050-T7451 aluminum
can have low ductility (2% minimum) in the short transverse direction.
Each data point on the curves in Fig. 4 represents the average of five
specimens.

For the T-S orientation, the fatigue life for 0.10-mm expansion was es-
sentially the same as that for non-cold worked material. No improvement
in the fatigue life of cold worked specimens compared with non-cold worked
material was observed until an expansion of at least 0.20 mm was used. A
further increase in fatigue life was noted for a cold work expansion of 0.28
mm. At an expansion of 0.35 mm it became difficult to insert the tool in
the hole. No improvement in fatigue life in comparison with specimens
containing holes with a 0.28-mm expansion was obtained.

The results of this investigation indicate that, for the T-S orientation, a
hole expansion level below about 0.10 mm was insufficient to induce
compression stress levels around the hole that are able to retard crack
initiation and growth in comparison with non-cold worked material. Above
0.28-mm expansion, no further increase in fatigue life was observed.

The fatigue life for S-T orientation specimens was less than that for L-S
and T-S orientations, as indicated by the data for non-cold worked speci-

400
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NET MAXIMUM STRESS = 207 MPa
REAMING AMOUNT = 0.20 mm
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FIG. 4—Cold work expansion versus fatigue life of 7050-T7451 aluminum.
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mens and for specimens that had been cold worked to expansion levels of
0.28 mm and 0.35 mm (Fig. 4). Therefore, it can be concluded that resistance
to crack initiation and growth in the long transverse direction (under short
transverse loading) is less than that in the short transverse direction in 7050-
T7451 aluminum.

Effect of Post-Cold-Work Reaming on Fatigue Life

The effect of the amount of post-cold-work reaming on the fatigue life
of 7050-T7451 aluminum was determined using specimens excised from the
152-mm plate and is shown in Fig. 5. All specimens were tested in the
T-S orientation.

For specimens cold expanded by 0.28 mm and followed by a 0.20-mm
ream, a life improvement factor (LIF) of 3.1 was obtained. The LIF is
defined as the ratio of the fatigue life of cold worked to non-cold worked
material. Additional reaming up to 0.50 mm improved the LIF to 5.1. This
implies that the 0.20-mm ream is not sufficient to remove cold worked hole
surface discontinuities compietely, which can reduce fatigue life. Further
reaming up to 1.00-mm diameter still resulted in a high LIF value (4.7). A
post-cold-work ream of 2.00 mm resulted in a LIF of only 2.6. Therefore,
a post-cold-work ream of up to 1.0 mm for 6.35-mm-diameter holes with a
0.28-mm expansion does not significantly reduce the fatigue life. Reaming
is beneficial because hole surface discontinuities, introduced during cold
working, are removed. However, a post-cold-work ream of 2.0 mm removes
a large portion of the material that contains the beneficial residual com-
pressive stresses created by the cold working and results in a lower LIF
(2.6).

500
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FIG. 5— Effect of post-cold-work reaming on the fatigue life of 7050-T7451 aluminum. Note:
a typical ream following production split sleeve cold working is 0.15-0.25 mm. The asterisk
indicates the ratio of the fatigue life of cold worked to non-cold worked material.
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The trend for the 0.20-mm expansion was similar to that for 0.28 mm,
although the fatigue life sensitivity to the amount of reaming was reduced
and the peak for the 0.50-mm ream was less pronounced (Fig. 5).

In summary, the results indicate that, for both the 0.20-mm and 0.28-mm
hole expansion levels, the fatigue life is greatest for a post-cold-work ream
of about 0.50 mm. The optimum reaming amount probably represents a
balance between removing cold worked material containing beneficial re-
sidual stresses and removing potential crack initiation sites. For example,
the fatigue life for specimens with 0.20-mm and 0.28-mm expansion levels
following a post-cold-work ream of 2.0 mm was similar to that for non-cold
worked material.

Crack Initiation Sites

Using both optical and scanning electron microscopy (SEM) techniques,
it was established that, as expected, crack initiation usually occurred at the
corner where a hole emerges at the surface of a specimen. SEM fractographs
showing a typical initiation site in a cold worked specimen are illustrated
in Fig. 6. Crack initiation occurred at a burr that remained after the hole
was deburred (evident by the chamfer around the hole). The crack initiation
site depicted was typical for 7050-T7451 aluminum specimens that contained
cold worked or non-cold worked holes.

Effect of Precrack on Fatigue Life of 7050-T7451

All specimens that were precracked were excised from 70-mm plate and
were tested in the T-S orientation. The split sleeve pip was aligned at 90°
to the applied load and coincided with the precrack. Specimens that con-
tained precracks of nominal lengths, 0.50, 1.25, 2.0, and 3.0 mm, were
tested at a net maximum stress of 207 MPa in both cold worked and non-
cold worked conditions. The cracks in cold worked specimens were intro-
duced prior to split sleeve cold working. Fatigue life results are plotted as
a function of crack length in Fig. 7. The retained expansion averaged 0.13
mm, which is 2.2% of the average starting hole diameter (5.99 mm) or
about 50% of the applied expansion (0.25 mm). A post-cold-working ream
of 0.25 mm was used for each specimen to achieve the required 6.35-mm
hole diameter.

Because all cracks were grown before the hole was cold worked, an
investigation was carried out to determine if additional crack growth oc-
curred during cold working, but none was apparent. The following trends
are indicated:

1. Cold working of specimens that contained cracks increased the fatigue

life.
2. The LIF for a specimen that contained a crack of a given length
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FIG. 6—Typical fatigue crack initigtion site at a cold worked hole in 7050-T7451 aluminum.

increased significantly with decreasing crack length (from 1.6 to 8.6 as the
crack decreased from 3.0 to 0.50 mm).

3. Cold worked material that contained a crack shorter than 0.50 mm
had a greater fatigue life than non-cold worked, uncracked material.

It is clear from these results that the presence of a crack reduced the
fatigue life of both cold worked and non-cold worked 7050-T7451 specimens.
However, for a crack of a given length, specimens that contained a cold
worked hole had a greater fatigue life than those containing non-cold worked
holes.

If, during inspection of an aircraft, a crack is observed emanating from
a hole, remedial action may be taken. One option is to ream the hole to
remove cracked material and install an oversize fastener. The data from
the program described herein suggest that, if the crack emanates from a
non-cold worked hole and is less than 0.50 mm long, the hole could be cold
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FIG. 7—Effect of precrack length on fatigue life of 7050-T7451 aluminum.

worked and the fatigue life improved to the level of uncracked, non-cold
worked material, or better. The option of reaming the hole to remove the
crack still remains, but there are potential concerns. For example, to remove
a 0.50-mm crack, the diameter of a 6.35-mm hole will need to be increased
to at least 7.35 mm. In fact, at least a 7.92-mm hole is required to be
compatible with available fasteners. In some cases, for example, an aircraft
skin fastened to a narrow component such as a spar, enlarging a hole could
cause an unacceptable reduction in edge margin. Under these circumstances,
it would be more beneficial to cold work the 6.35-mm hole and enlarge it
by 0.40 mm to accept the next standard oversize fastener. Hence, a potential
problem could be solved at a minimum cost.

The key issue is whether or not a crack 0.5 mm or less in length can be
detected. Under laboratory conditions, detection of such a crack is feasible,
particularly if the hole does not contain a fastener. However, under field
conditions, detection may not be possible for cracks less than about 0.75
mm in length, even without a fastener. The presence of a fastener increases
the minimum detectable crack length to about 2.5 mm. Thus, the potential
use of the split sleeve method to improve the fatigue life of a non-cold
worked hole from which a crack originates is limited by the sensitivity of
the nondestructive inspection methods used for crack detection.
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Interference Fit Fasteners

To determine the fatigue life improvement of 7050-T7451 aluminum due
to an interference fit fastener and the effect of post-cold-work reaming prior
to fastener installation, the following types of specimens were tested:

1. Cold worked, with a post-cold-work ream and a clearance fit fastener.

2. Cold worked, with a post-cold-work ream and a 0.038-mm interference
fit fastener.

3. Cold worked, without a post-cold-work ream, but with a 0.038-mm
interference fit fastener.

4, No cold work, but with a 0.038-mm interference fit fastener.

All specimens were excised from the 70-mm plate. The cold work ex-
pansion was (.25 mm in each case. Five specimens were tested at a net
maximum stress of 207 MPa for each of the four combinations of process
conditions listed above. Results are shown in Table 2.

Data for the two sets of tests for cold worked specimens with interference
fit fasteners showed a large amount of scatter. Two of the specimens that
were reamed after split sleeve cold working failed in the grips. One of the
cold worked specimens that had not been reamed was tested to 10 million
cycles without failure, after which the test was terminated. Both the spec-
imens that failed in the grips had long fatigue lives, and fretting was observed
at the intersection of the edge of the grips and the specimen. However, the
average fatigue life for cold worked specimens that contained interference
fit fasteners was considerably higher than that for those containing clearance
fit fasteners.

Crack initiation sites are shown in Fig. 8. Typical sites are (a) the corner
where the hole intersects the surface of the specimen and () scratches in
the bore of the hole caused during insertion of the fastener.

TABLE 2—Effect of interference fit fasteners on the fatigue life of 7050-T7451 aluminum.*

Fatigue life,

Fastener Installation cycles
Cold worked—clearance fit 167 000
Cold worked—interference fit (ream) >574 000®
Cold worked—interference fit (no ream) >1.4 x 10%
No cold work—interference fit 370 000

“Net maximum stress = 207 MPa; stress ratio = 0.1; fastener interference = 0.038 mm;
T-S orientation, fastener = HLT310 (Titanium Hi-Tigue).

*Two specimens broke in the grip area.

‘One specimen did not fail after 107 cycles.
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FI1G. 8—Fatigue crack initiation sites in a 7050-T7451 aluminum specimen that contained an
interference fit fastener: (a) Intersection of the hole and specimen surface; (b) scratches caused
by insertion of fastener.
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The average fatigue life for non-cold worked specimens containing 0.038-
mm interference fit fasteners was 370 000 cycles, that is, a factor of 2.2
larger than that for clearance fit fastener specimens which had been split
sleeve cold worked.

Flaws Due to Split Sleeve Cold Working

As the mandrel is pulled through the split sleeve, shear cracks can occur
at the base of the pip, as shown in Fig. 3. A detailed analysis to determine
the number and size of these flaws was undertaken using specimens taken
from the 152-mm plate. The flaw analysis for specimens prior to fatigue
testing is summarized in Table 3, according to specimen orientation, hole
expansion level, and pip location with respect to the fatigue loading direc-
tion. The numbers of cracks 0.25, 0.50, and 0.75 mm in length are shown.

The normal split sleeve expansion range is from 0.20 to 0.30 mm. For
the 100 specimens that were cold worked within this expansion range, 22
specimens were observed to have flaws after split sleeve cold working and
reaming (22% percent of the total). Of these 22 specimens, three had cracks
0.75 mm long, eight had cracks 0.50 mm long, and eleven had cracks only
0.25 mm long. The deburring process removed approximately 0.25 mm of
material around the hole. Hence, the 0.25-mm-long cracks created during
cold working were removed. The remaining eleven specimens had cracks
that were only 0.25 mm and 0.50 mm long after deburring.

For a 0.35-mm expansion level, 19 out of 40 specimens (or 48%) had
cold work defects ranging up to 1.52 mm long. However, only one crack
was 1.52 mm long, while all others were 0.75 mm or less in length. For split
sleeve cold worked holes that received a low expansion level (0.10 mm),
no cold work defects were observed; however, the fatigue life improvement
due to cold working was zero.

Fracture analysis of 120 specimens was conducted to determine if the
flaws introduced during cold working influenced fatigue crack initiation and
growth. Although there were often multiple flaws due to cold working,
almost all the fatigue cracks initiated at the mandrel entrance side of the
hole. However, all the pip defects were observed at the mandrel exit side
of the hole. Therefore, it was concluded that the pip flaws had little or no
influence on the fatigue life of the specimens.

The pip flaws are caused by the discontinuous shear stresses applied to
the wall of the hole by the sleeve. The mandrel causes the sleeve to be
pulled toward the puller unit; consequently, the sleeve tends to pull the
wall of the hole in the same direction. This phenomenon is uniform around
the periphery of the hole, except at the split in the sleeve where there are
no shear stresses applied to the hole. The shear discontinuity occurs at this
juncture on the exit side of the hole, as shown in Fig. 3. The residual
compressive stress created at the exit of the hole by split sleeve cold working
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probably retards fatigue crack initiation and growth at these flaws. It is not
clear why failure initiated at the entrance of the hole where no flaws were
detected. However, it may be possible that the residual compressive stresses
were reduced in this area.

Conclusions

The main conclusions from the program on split sleeve cold working of
holes in 7050-T7451 aluminum plate are as follows:

1. For a given hole expansion, the maximum fatigue life for 7050-T7451
aluminum containing 6.35-mm-diameter holes is obtained for a post-cold-
work ream of about (.50 mm.

2. The optimum expansion for a 6.35-mm-diameter hole is 0.28 mm.
Although greater fatigue life might be possible at values above 0.28 mm,
difficulties in inserting the tool into the hole can be encountered, making
application of higher cold expansion impractical.

3. The flaws introduced during split sleeve cold working do not signifi-
cantly influence fatigue life.

4. For material that contains a precrack less than 3 mm in length ema-
nating from a hole, the fatigue life can be increased by cold working the
hole.

5. Interference fit fasteners provide a greater fatigue life improvement
than split sleeve cold working.

6. Fatigue life improvements due to cold working and to interference fit
fasteners are synergistic.
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DISCUSSION

A. Alpas' and C. N. Reid' (written discussion)—Examination of the sur-
face of a hole cold expanded by the split sleeve process shows the presence
of a step put in by the outer end of the spiral sleeve. The effect of the
angular position of this step on the fatigue life of a cold expanded 6000
series aluminum alloy (British designation HE9) has been investigated, and
the results obtained support the conclusions reported by the authors of this
paper. Specimens containing a hole of 5-mm diameter drilled in their re-
duced gage section (100 by 19 by 1.67 mm) were solution treated at 520°C
for 40 min, quenched, and then aged for 22 h at 170°C prior to cold ex-
pansion. During the cold expansion the position of the step was controlled
and two orientations were used: (1) specimens with the angular position of
the step coinciding with the longitudinal axis (designated the “12 o’clock”
position) and (2) specimens with the angular position of the step in the
transverse direction (the “3 o’clock” position). The amount of expansion
was kept between 3 and 3.5% . Fatigue tests were conducted under a constant
stress amplitude o, = 48 MPa and a stress ratio R = 0.05.

The fatigue lives of the specimens cold expanded at each of the step
positions are summarized in Table 4. The table also includes the mean life
of specimens subjected to an annealing treatment (170°C, 2 h) after the
cold expansion. This was chosen to cause significant stress relief without
overaging. Statistical analysis using the “Students’s t test” showed that there
is no significant difference between the mean lives of the two orientations
of cold-worked specimens (t = 0.68). Similarly, there is no significant dif-
ference between the two orientations of stress-relieved test specimens, either
(t = 0.65).

We conclude that the step constitutes an insignificant notch in the test
piece. This is supported by the observation that in some of the CX3 and
CXSR3 specimens, the fatigue crack did not even intersect the step. Fur-
thermore, the first fatigue crack showed no preference for forming on the
“stepped” side of the hole rather than on the opposite side—this happened
in two out of five of the CX3 specimens and in three out of five of the
CXSR3 test pieces. Fatigue cracks invariably nucleated at the intersection
between the hole and one surface of the flat test piece.

M. W. Ozelton and T. G. Coyle (authors’ closure)—The authors appre-
ciate the comments of A. Alpas and C. N. Reid supporting our observations
regarding the influence of the position of the pip on the fatigue life of spiit
sleeved cold worked aluminum alloys. Though not specifically stated in our

' Facuity of Technology, The Open University, Milton Keynes, England MK 7 6AA.
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TABLE 4—Mean cycles to failure (5 tests in each case). The mean life of unworked holes
under these conditions is 1.82 x 10° cycles.

3 o’Clock 12 o’Clock
Cold expanded (CX) 6.72 x 10° 5.37 x 10°
CX and stress-relieved 2.34 x 10° 3.00 x 10°

(CXSR)

paper, it was also observed that failure frequently initiated on the side of
the hole opposite to that at which the pip was located.

We were interested in the data shown in Table 4 that indicate that a
significant fatigue life reduction results from stress relief due to elevated
temperature exposure. This emphasizes the need to determine the effect of
typical aircraft service temperatures on the fatigue life improvement due to
cold working of holes. As aircraft performance requirements continue to
increase, so do the temperatures, and the need for data of this type becomes
significant.
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ABSTRACT: This study examines the feasibility of adhesive bonding and bolting
tension splices, beam splices, and cover plates. The results show that bonding the
contact surfaces significantly increased the fatigue life of high-strength bolted splices.
Bonding cover plates to the tension flange of the beam increased the fatigue life by
a factor of 20 as compared to that of conventionally welded cover plates. Replacing
welds with adhesives and bolts virtually fatigue-proofs structural steel details subjected
to highway bridge loading.

KEY WORDS: fatigue tests, steel, adhesives, bolts, splices, cover plates

The results of a recently completed study showed that attaching a cover
plate to the tension flange of a steel beam with longitudinal welds along
the central region, and with friction-type high-strength bolted connections
at the nonwelded ends, increased the fatigue life by a factor of 21 over that
of conventionally end-welded cover plates [/,8]. Accordingly, end-bolted
cover plates have Category B fatigue strength, whereas end-welded cover
plates have Category E strength [7]. The large increase in life is possible
because friction-type bolted connections transfer force from one plate to
another with much less stress concentration than would occur in rigid welded
connections.

Similarly, one would expect an increase in the fatigue strength of struc-
tural details when adhesives help to distribute and transfer the load over a
larger area, thus reducing the stress concentration. Two main applications
come to mind. One deals with bolted joints, such as splices of tension and
flexural members, and consists of reinforcing the joint by adhesive bonding
the contact surfaces. In doing so, the force is transmitted by friction between

! Professor, Department of Civil Engineering, University of Maryland, College Park, MD
20742.
2 Structural engineer, Dewberry & Davis Engineers, Fairfax, VA 22031.
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the plates over the full contact surface, rather than either by friction in the
regions surrounding the bolts (friction-type connection) or by bearing of
the bolt shank against the plates (bearing-type connection). This could
increase both the fatigue and static strength of the joints.

The second main application deals with the fatigue strength of attachments
that currently are welded. The severity of the stress concentration and,
hence, the fatigue strength depend on the length of the attachment. For
example, the mean fatigue life of a Category B welded plate girder without
attachments drops by a factor of 2.5 for Category C 50-mm-long (2-in.)
attachments, by a factor of 7 for Category D 100-mm-long (4-in.) attach-
ments, and by a factor of 16 for Category E 200-mm (8-in.) and longer
attachments. Since end-bolting cover plates raised the fatigue strength from
Category E to Category B, one can expect similar improvements when
attachments are adhesive bonded.

The purpose of this study was to explore the feasibility of using adhesives,
in combination with bolts, to (1) increase the fatigue strength of steel bridge
members; (2) reduce the connection size without lowering the fatigue strength;
and (3) eliminate welded details with low fatigue strength.

Experimental Procedure

The fatigue strength of adhesive bonded structural details for highway
bridges was examined by testing Series A tension splices, Series B beam
splices, and Series B beam cover plates.

Test Specimens

The Series A tension specimens, shown in Fig. 1, consisted of two main
plates 64 by 16 mm (2% by % in.) in cross section that were spliced with
two plates 64 by 8 mm (22 by %16 in.) in cross section. The splices had
either one or two 16-mm-diameter (¥-in.) A325 high-strength bolts in dou-
ble shear on each side of the centerline of symmetry.

The Series B beam specimens, shown in Fig. 2, consisted of rolled beams
of W 14x30 shape, 356 mm (14 in.) deep, weighing 438 N/m (30 Ib/ft),
which were tested on a 4574-mm (15-ft) span. The flanges were spliced at
midspan with one plate 171 by 13 mm (6% by % in.) in cross section and
either four or six 19-mm-diameter (¥s-in.) A3235 bolts in single shear on each
side of the centerline. All webs were spliced with two 146 by 5 by 152-mm
(5% by %6 by 6-in.) plates and two bolts. The splice was located between
the two load points, in the region of constant bending moment. The redun-
dant and undersized web splice was provided for ease of aligning the two
beam halves and bonding and bolting the flanges. Accordingly, the flange
splices carried the moment, while the web splice carried no shear. Except
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FIG. 1—Series A tension splices.

for the control specimens, the contact surfaces of the Series A and B bolted
splices were coated with adhesive prior to bolting.

In addition to the splice detail, the Series B beams had two 171 by 13 by
1143-mm-long (6% by 2 by 45-in.) cover plates bonded to the tension flange.
The cover plate ends facing the midspan were clamped to the flange with
two 19-mm-diameter (%-in.) A325 bolts.

Bolts-to-Member Strength Ratio

The two-bolt tension specimens and the six-bolt beam specimens were
designed on the basis of minimum tensile requirements so that the bolts
and the member would fail at about the same calculated ultimate load. The
number of bolts in the other specimens was reduced to determine experi-
mentally the degree to which adhesive can replace bolts without lowering
the fatigue strength (present study) and static strength [2] of the member.

The American Association of State Highway and Transportation Officials
(AASHTO) [7] allowable bolts-to-member strength ratio allows one to
compare the relative joint strength of the test specimens with that of bridge
members. This ratio is, for the tension specimens:

Pb _ mnF,,A,,
P, FA @
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where
P, = allowable load carried by bolts,
P, = allowable load carried by the tension specimen,
m = number of shearing planes,
n = number of bolts,
F, = allowable bolt shear stress,

A, = bolt gross area,
F, = allowable plate tension stress, and
A = member cross-sectional area.

The calculated values were P,/P, = 0.72 and 0.36, respectively, for the
tension specimens with two-bolt and one-bolt splices.

The AASHTO allowable bolts-to-member strength ratio for the beam
specimens is

Mb manAbd

kil bbbl e 2

M, S.F, @)
where

M, = allowable moment carried by bolts,

M, = allowable moment carried by beam,
d = beam depth,
S, = net section modulus, and
F, = allowable bending stress.
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FIG. 2—Series B beams with splice and cover plates.
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The values were M,/M,, = 0.87 and 0.58, respectively, for the beams with
six-bolt and four-bolt splices.

Because the AASHTO specifications require that a splice shall be de-
signed for at least 75% of the member’s strength, and assuming that the
bolts are not overdesigned, the bolts-to-member strength ratio of bridge
member splices falls in the range 0.75 = (P,/P,) or (M,/M,,) = 1.0.

Material Properties

The steel for the plates and beams conformed to the requirements of the
ASTM Specification for High-Strength Low-Alloy Steel with 345 MPa (50
ksi) Minimum Yield Point to 100 mm (4 in.) Thick (A588-82). The minimum
tensile requirements for this steel are 345 MPa (50 ksi) yield point, 485 MPa
(70 ksi) tensile strength, and 21% elongation.

The bolts conformed to the requirements of the ASTM Specification for
High-Strength Bolts for Structural Steel Joints (A325-82). The minimum
tensile requirements are 635 MPa (92 ksi) yield strength and 825 MPa (120
ksi) tensile strength for bolts up to 25 mm (1 in.) in diameter.

The specimens were bonded with Versilok 204, an acrylic structural ad-
hesive for bonding metals, composites, and engineering thermoplastics. The
adhesive consisted of two parts, a modified acrylic and accelerator No. 4.
The adhesive begins to cure on contact with the accelerator. The bond
becomes handleable after 8 to 16 min of curing at 24°C (75°F) and develops
full strength after 24 h.

The mean shear strength of the adhesive, measured in the laboratory
with 13 double-strap specimens under monotonically increasing load, was
27.3 MPa (3.96 ksi) with 2.2-MPa (0.32 ksi) standard deviation.

The Versilok 204 adhesive had been recommended in Ref 5 for its good
shear and tension strengths under rapid loading, rapid cure at room tem-
perature, and minimal requirements for surface preparation. In a recent
study, structural adhesives were found that have much better creep strength
in adverse environments than Versilok 204 [10].

Fabrication

All the specimens were fabricated by a structural steel fabricator to stan-
dards typical of bridge construction, shot-blasted to a near-white condition,
and assembled for shipment with the bolts hand-tightened. The specimens
were reassembled in the laboratory.

The nonbonded splices were bolted in the as-received condition. The
bonded splices and cover plates were prepared as follows.

1. Both contact surfaces were wiped clean.
2. Accelerator No. 4 was applied on both contact surfaces.
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3. After the accelerator had dried, the adhesive was applied on one of
the two contact surfaces.

4. Glass beads 0.25 mm (0.010 in.) in diameter were sprinkled with a salt
shaker on the contact surfaces to help control the bond line thickness away
from the bolts.

5. The parts were brought together.

6. The bolts were installed and tensioned with a calibrated wrench to
70% of the minimum specified tensile strength.

7. Specimens were cured in the laboratory environment at least twice as
long as the 24 h recommended by the supplier.

The tension specimens were assembled in a jig. The beam specimens were
kept aligned by the bolted web splice.

Testing Procedure

The applied cyclic load was sinusoidal and of constant amplitude. It was
applied at a rate of 4 to 10 Hz in the tension tests and 3 to 4 Hz in the
beam tests, depending on the stress range. The Series A tension specimens
were stress-cycled until the fatigue crack severed the specimen into two
parts.

Each Series B beam had several details. When a fatigue crack caused one
detail to fail, the beam was temporarily repaired with splice plates and high-
strength C-clamps, and the test was then continued. In this manner, up to
four data points were obtained per beam, one for each splice half and one
for each cover plate end closest to the midspan. To enhance the likelihood
of arresting a crack with a temporary repair splice, a beam detail was said
to have failed when a bolt hole crack had emerged from under the nut or
bolt head or when a fretting crack had grown through the thickness of the
flange or splice plate and then to a surface length of about 50 mm (2 in.).
Previous experience with testing bolted beam specimens had shown that
the fatigue life so determined was at least 98% of the number of cycles to
failure of the beam [6,8]. Testing of some details was discontinued when
the crack extension at a previously failed detail could no longer be controlled
or when a large number of load cycles produced no visible cracking.

Fatigue Strength of Tension Specimens
Experiment Design

Thirty-nine Series A tension specimens were fatigue tested in the three-
way partial factorial, shown in Table 1, with four levels of stress range [124,
145, 159, and 207 MPa (18, 21, 23, and 30 ksi)], two-bolt and one-bolt
splices, and nonbonded and bonded contact surfaces. There were two to
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TABLE 1—Fatigue test matrix for Series A tension specimens.

Number of Specimens Tested

Stress Two-Bolt Splices One-Bolt Splices
Range,

MPa Nonbonded Bonded Nonbonded Bonded
124 2 4 4
145 2 S 3 4
159 4 4 2 2
207 4 4

four replicate tests per cell. The stress range was calculated with the expres-
sion

P’
=3 (3)

in which P, is the load range, and A the gross area of plate.
Crack Initiation and Propagation

Two-Bolt Splices—Of the twelve nonbonded two-bolt splices, six failed
from cracks that initiated at the first bolt hole in the main plate, one in the
main plate by fretting ahead of the first bolt hole, and one at the second
bolt hole in the splice plate. The remaining four specimens did not fail. Of
the eight bonded two-bolt splices, six failed from cracks that initiated at the
first bolt hole in the main plate, one failed from a crack at the second bolt
hole in the splice plate, and one did not fail.

The bolt hole cracks initiated along the bore or at the intersection of the
bore with the plate surface. They propagated at first as part-through or
corner cracks, shown in Fig. 3, a and b, until their length along the bore
was equal to the plate thickness. Thereafter, they propagated as through
cracks across the plate until the net ligament ruptured in a ductile mode at
stresses near the ultimate tensile strength of the plate. No brittle failures
were observed. The bolt hole cracks initiated on either side of the lines
where the normal plane intersects the edge of the hole. The fretting cracks
initiated ahead of the bolt, by rubbing of the plates against each other
(Fig. 3¢c).

The nonbonded and bonded two-bolt splices failed in equal numbers at
the first bolt hole in the main plate (six each), and at the second bolt hole
in the splice plate (one each). Only one splice failed from a fretting crack.
Evidently, adding adhesive did not alter the mode of failure of the bolted
splices. The cracking behaviors were similar, even though most nonbonded
specimens slipped into bearing, whereas the bonded specimens remained
in friction.
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One-Bolt Splices—Of the nine nonbonded one-bolt splices, four failed
from cracks that initiated at the bolt hole in the main plate, three at the
bolt hole in the splice plate, one in the splice plate by fretting ahead of the
bolt hole, and one in the bolt. Of the ten bonded one-bolt splices, three
failed from cracks that initiated at the bolt hole in the main plate, six In
the bolt, and one did not fail.

FIG. 3—Typical fatigue cracks in two-bolt tension splices: (a) initiation along bore, (b)
initiation at intersection of bore with plate surface, (c) initiation by fretting.
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The bolt hole cracks initiated and propagated in the same manner as those
in the two-bolt splices.

The two shearing planes of the bolt were located at 8 mm (% in.) and
24 mm (¥ in.) from the bolt head. The first shearing plane was located
in the body of the bolt (threads excluded) and was never the site of a fatigue
crack. The second shearing plane was located at the runout of the last thread.
Fractographic examination indicated that it was the site of fatigue cracks
when the angular orientation caused the edge of the plate to bear on the
bolt at the end of the last thread.

Bond breakage and connection slip into bearing always preceded the
fatigue failure of a bolt. The bolts did not fatigue crack in the two-bolt
splice because, for equal stress in the plate, the shear stress was only one-
half of that in the one-bolt splice.

Fatigue Test Data

Two-Bolt Splices—The fatigue test data for the two-bolt splices were
plotted in Fig. 4 on the basis of the gross area stress range in the plate,
with open and solid triangles, respectively, for the nonbonded and bonded
splices. The runouts were identified with an arrow. The specimen labeled
“F” failed from a fretting crack. It had a relatively long life. One-half of
the nonbonded splices slipped into bearing while the other half remained
in friction. The data points for the former were labeled “b”’ in Fig. 4. All
bonded splices behaved as friction-type joints.
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FIG. 4—Fatigue test data for Series A two-bolt tension splices.
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The mean regression line for the S-N data is given by

logN =5b—-mlogf, )]
where
N = number of cycles,
b = intercept,
m = slope, and
f, = stress range.

Table 2 lists the results of the regression analysis of the eight nonbonded
and the eight bonded Series A two-bolt tension splices that were tested at
159 and 207-MPa (23 and 30-ksi) stress ranges. The horizontal shift between
the two mean regression lines plotted in Fig. 4 reflects a factor-of-1.7 in-
crease in the fatigue life of the bolted splices due to bonding. The increase
in life was achieved by increasing the area of force transfer from a ring
around each bolt hole of the splice to the 64 by 64-mm (2'2 by 2'%-in.)
tributary bonded area per bolt when the splice was also bonded.

Also shown in Fig. 4, for purposes of comparison, is the Category B
rhomboid, defined as the space containing 95.5% of the fatigue test data
for the longitudinal flange-to-web weld of plate girders, from which the
Category B allowable S-N line was derived [3]. The space is bound on the
right and left by the mean plus and minus two standard deviations, log
N = (13.697 = 2 x 0.147) — 3.372 log f,, on the bottom by the 110-MPa
(16-ksi) fatigue limit for Category B, and on the top by the highest stress
range at which the welded beams were tested. Most data points fell inside
the rhomboid. The data points for the four splices that did not fail (runout)
and for the splice with a fretting crack (F) fell above the rhomboid.

Only two data points, both for nonbonded bearing-type splices, fell below
the rhomboid. Plotting them in terms of the net section stress range, as
AASHTO specifies for bearing-type joints, would raise the points by a factor
of A/A, = 1.43 on the stress range to well within the rhomboid.

One-Bolt Splices—The fatigue test data for the one-bolt splices were
plotted in Fig. 5 on the basis of the gross area stress range in the plate,
with open and solid triangles for the nonbonded and bonded splices, re-
spectively. Four additional points, for splices that failed by shearing of the
bolt at very short lives, fell outside of the plot and are not shown. The other
three splices with premature bolt failures were labeled “B.”

The high cyclic shear deformations caused the adhesive of several bonded
one-bolt splices to fail during the fatigue test. This changed the splice be-
havior from friction type to bearing type. In fact, the ten bonded splices
behaved initially as friction-type joints, but six of them eventually failed by
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FIG. 5—Fatigue test data for Series A one-bolt tension splices.

shearing of the bolt when the thread runout was located in the second
shearing plane.

Excluding the data for the splices with bolt failures, the data show an
increase in fatigue life by a factor of 3.8 at 145-MPa (21 ksi) stress range
and by a factor greater than 1.2 at 124-MPa (18 ksi) stress range. The sample
sizes for one-bolt splices were too small for meaningful regression analysis.

Only four data points for splices tested at the 124-MPa (18 ksi) stress
range fell inside or above the Category B rhomboid. All others fell below
the rhomboid.

The bolts were deliberately underdesigned to determine the fatigue strength
of a splice in which the bolts and adhesive shared in the load transfer. The
one-bolt splice had a bolt-to-member strength ratio of 0.36, one half of the
0.72 ratio for the two-bolt splice. The AASHTO allowable stresses for A588
steel and A325 bolts are 186 MPa (27 ksi) for member axial tension, 172
MPa (25 ksi) for bolt shear, and 414 MPa (60 ksi) for bolt bearing. The
ratio of the AASHTO allowable stresses is 1.0/0.93/2.22. The correspond-
ing ratio of calculated stresses for the one-bolt splices was much higher,
1.0/2.55/4.00. Relative to the member axial stress, the bolts were over-
stressed by a factor of 2.55/0.93 = 2.74 on shear, and by a factor of 4.00/
2.22 = 1.80 on bearing.

Comparison of Tension Splice Data

Figure 6 summarizes the fatigue test data for the Series A tension spec-
imens. Each point represents the log mean fatigue life of a group of replicate
tests. The data points for the specimens that failed by shearing of the bolt
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were excluded. Also shown for purposes of comparison are the mean S-N
line (dashed) and the AASHTO design S-N line (solid) for Category B. The
latter is the same as the left and lower bounds of the Category B rhomboid.
The results show that adhesive bonding, in addition to bolting, corisistently
increased the fatigue life. Furthermore, reducing the bolts-to-member strength
ratio, from 0.72 for the two-bolt splices to 0.36 for the one-bolt splices,
shortened the fatigue life to a degree that could not be recovered by bonding.

Fatigue Strength of Beam Splices

The Series B beam specimens, shown in Fig. 2, had three details: one
splice at midspan and two cover plates in the moment gradient regions. The
data for the splices are presented in this section.

Experiment Design

Eighteen Series B beam splices were fatigue tested in the three-way partial
factorial, shown in Table 3, with two levels of stress range {159 and 207

TABLE 3—Fatigue test matrix for Series B beam splices.

Number of Specimens Tested

Stress Six-Bolt Splices Four-Bolt Splices
Range,
MPa Nonbonded Bonded Nonbonded Bonded
159 3 3 S 3

207 3 3
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MPa (23 and 30 ksi)}], six-boit and four-bolt splices, and nonbonded and
bonded contact surfaces. There were three replicate tests per cell. Non-
bonded four-bolt splices were not tested. Because each crack was tempo-
rarily repaired and the test continued, fatigue test data were obtained for
both halves of the splice, one left and one right of center. This raised the
actual number of data points per cell to six. The stress range was calculated
with the expression

fr = ()

M,
S
where M, is the moment range in the plane through the first bolt row (closest

to support), and § is the gross section modulus of W 14x30 section without
splice plates. The minimum stress was 7 MPa (1 ksi) in all tests.

Crack Initiation and Propagation

Three types of cracks were observed in the nonbonded and bonded splices:

(a) bolt hole cracks on the first row in the flange, closest to the support,

(b) bolt hole cracks on the last row in the splice plate, closest to the
midspan point, and

(c) fretting cracks in the flange ahead of the first row,

No fretting cracks were found in the splice plates. The cracks in the beam
splices initiated and propagated in the same way as those in the tension
splices.

The type of crack was independent of the number of bolts in the splice,
nonbonded and bonded contact surfaces, and friction-type and bearing-type
behavior. Indeed, the number of cracks by type was similar for all groups.

Fatigue Test Data

Six-Bolt Splices—The fatigue test data for the six-bolt splices were plotted
in Fig. 7 on the basis of the gross area stress range. The open and solid
triangles represent the nonbonded and bonded splices, respectively. The
runouts were identified with an arrow. The two splices labeled “F” in Fig.
7 failed from fretting cracks. They had longer lives than their counterparts
tested at the same stress ranges. The nonbonded splices slipped into bearing
during the first load cycle, whereas the bonded splices behaved as friction-
type joints.

Table 2 lists the results of the regression analysis of the 12 nonbonded
and the 12 bonded Series B six-bolt splices. The two regression lines were
plotted in Fig. 7. Bonding the contact surfaces increased the mean fatigue
life by a factor of more than 3.2 at the 159-MPa (23-ksi) stress range, from
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1 335 000 to 6 950 000 cycles, and by a factor of 1.4 at the 207-MPa (30-
kst) stress range, from 474 000 to 686 000 cycles.

Figure 7 also compares the data with the Category B rhomboid. Nine of
the twelve data points for nonbonded splices fell inside the rhomboid, even
though the data points for the splices that slipped into bearing were plotted
in terms of the gross area stress range. All data points for bonded splices
fell inside or above the rhomboid. Bonding pushed five of six splices tested
at the 159-MPa (23-ksi) stress range to runout. It appears that the fatigue
limit is much higher than the value of 110 MPa (16 ksi) AASHTO specifies
for Category B details.

Four Bolt Splices—The fatigue test data for the bonded four-bolt splices
were plotted in Fig. 8 on the basis of the gross area stress range. The two
splices labeled “F” in Fig. 8 failed from fretting cracks.

The splices tested at the 159-MPa (23-ksi) stress range behaved as friction-
type joints. Their data points fell inside the Category B rhomboid. Those
tested at the 207-MPa (30 ksi) stress range slipped into bearing, with four
failure points falling below the rhomboid.

Table 2 lists the results of the regression analysis of the 12 bonded Series
B four-bolt splices. The regression line was plotted in Fig. 8.

Comparison of Tension and Beam Splice Data—Figure 9 compares the
data for Series A tension specimens with one-bolt and two-bolt splices ( P,/
P, = 0.36 and 0.72) with the data for Series B beams with four-bolt and
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six-bolt splices (M,/M,, = 0.58 and 0.87). Each point corresponds to the
mean life of a group of replicate tests. The mean S-N line (dashed) and the
AASHTO design S-N line (solid) for Category B are also shown.

The data show good correlation between the two-bolt tension and the
six-bolt beam splices with bolts-to-member strength ratios of 0.72 and 0.87,
respectively. This finding applies to both the nonbonded and bonded spec-
imens. The four-bolt beam splices (0.58) had a shorter fatigue life by about
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FIG. 9—Comparison of all fatigue test data for Series A and B splices.
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a factor of 2.5. The one-bolt tension splices (0.36) were so severely un-
derdesigned that they had very short lives even when bonded. Yet, for all
values of the bolts-to-member strength ratio, bonding consistently increased
the fatigue life. Figure 9 also shows that the use of adhesives in combination
with bolts reduces to 72% the number of bolts needed for the splice still to
develop the mean fatigue strength of Category B. Bolted joints without
adhesives have Category B fatigue strength.

Fatigue Strength of Beam Cover Plates
Experiment Design

Two cover plates were adhesive bonded to the tension flange of 17 beams,
giving a total of 34 data points, one for each cover plate end closest to the
midspan of the beam.

The initial plan was to attach the cover plates to the flange with adhesive
alone. However, because the cover plate ends had debonded on the three
beams that were tested first, the cover plate ends of the remaining 13 beams
were bolted to the flange, as shown in Section B of Fig. 2.

Twenty-six cover plates terminated 152 mm (6 in.) from the loading points
and were cycled at stress ranges of 145 and 189 MPa (21 and 27.4 ksi). The
other eight were extended 108 mm (4% in.) into the constant bending
moment region and were cycled at stress ranges of 159 and 207 MPa (23
and 30 ksi), like the splices. The stress range was calculated with Eq 5.

Crack Initiation and Propagation

The six cover plates that were bonded but not bolted to the tension flange
of three beams gradually debonded during stress cycling. For example, an
ultrasonic compression wave scan of one cover plate showed the end had
debonded over a length of about 125 mm (5 in.) after 2 000 000 cycles of
145-MPa (21-ksi) stress range. The debonded areas are shown dark in Fig.
10, with the bonded areas clear.

Nine of the 27 bonded and bolted cover plate ends failed from cracks
that initiated at the boit holes in the flange, 2 failed from fretting cracks in
the flange between the bolts and the cover plate end, 16 were runouts, and
one test was invalid. No cracks initiated in the cover plate, nor did flange
cracks propagate across the bond line into the cover plate.

The bolt hole cracks and the fretting cracks initiated and propagated like
those in the Series A tension splices. Figure 11 shows a typical boit hole
crack at the cover plate end. To continue the test at the other details on
the same beam, the crack was temporarily repaired with splice plates and
high-strength C clamps. The growth of the crack front in the web was
arrested by drilling a hole at the crack tip, installing a bolt, and torquing
the bolt to 70% of its tensile strength.
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Fatigue Test Data

The fatigue test data for the bonded cover plates were plotted in Fig. 12
in terms of the gross area stress range in the beam section. The data points
for the cover plates on the beams, whose ends had not been bolted, are
shown with open circles. These tests were considered to have run out because
the steel section did not crack. However, the gradual debonding would
eventually have separated the cover plate from the flange and limited the
load carrying capacity to that of the W 14x30 beam alone. The number of
cycles to failure is ambiguous in this case.

The 27 data points for the bonded cover plates with bolted ends are shown
with solid triangles for the failures and with open triangles for the runouts.
All points fell inside or above the Category B rhomboid. Table 2 gives the
results of the regression analysis of the 27 data points for bonded and bolted
cover plates. The corresponding mean $-N line is shown in Fig. 12. The
data for nonbolted ends were excluded from the regression analysis.

Also shown in Fig. 12, for comparison, are the mean S-N line (dashed)
and the AASHTO design S-N line (solid) for Category E welded cover
plates. It was found that, at the stress ranges in the finite life regime, bonding
and bolting cover plates increases the mean fatigue life by a factor of 20
over that of welded cover plates. At the lowest stress range of 145 MPa
(21 ksi), six of eight details tested were runouts, suggesting that the fatigue
limit may lie about halfway between the AASHTO fatigue limit for Category
A [165 MPa (24 ksi)] and that for Category B [110 MPa (16 ksi)]. Clearly,
bonding and bolting the ends have the potential of fatigue-proofing cover
plates in typical bridge girders [/].
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FIG. 12—Fatigue test data for Series B beam cover plates.
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Comparison with Previous Work

Reference I summarizes the 755 fatigue tests of cover plates on steel
beams that were reported since 1969. The more recent studies focused on
improving the fatigue strength by the following processes: grinding, shot-
peening, and tungsten-inert-gas (TIG) remelting the toe of the transverse
end weld of the cover plate (Fig. 134) [4]; end-welding and grinding the
cover plate to a 1:3 taper (Fig. 13b) [9]; retrofitting the cover plate ends
with bolted splices (Fig. 13c) [6]; and end-bolting the loose ends of longi-
tudinally welded cover plates (Fig. 13d) [8].

The various strengthening methods increased the mean fatigue life over
that of Category E for conventionally welded cover plates by the following
factors: 1.5, 2.1 and 4.4 for ground, shot-peened, and TIG remelted toes
of end welds, respectively; 6.5 for grinding the end weld of the cover plate
to a 1:3 taper; 21 or more for end-bolting; and 18 and 13, respectively, for
splicing the ends of noncracked and cracked cover plates. In comparison,
bonding and bolting increased the mean fatigue life by a factor of 20 in the
finite life regime and by a factor of 35 near the fatigue limit.

(c) (d)

FIG. 13—Configuration of cover plate ends tested in previous studies: (a) ground, shot-
peened, and TIG remelted transverse end weld; (b) end weld ground to 1:3 taper; (c) spliced
end; (d) bolted loose end.
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Conclusions

The results of the experimental work performed in this study and an
analysis of related data reported in the literature yield the following im-
portant conclusions about the fatigue behavior of bonded and bolted joints:

1. The manner in which the cracks initiated and propagated was inde-
pendent of (a) the number of bolts in the splice, (b) whether the contact
surfaces were bonded or nonbonded, and (c) whether the joint behaved as
a friction-type or bearing-type connection.

2. The joints with fretting cracks had generally longer fatigue lives than
those with bolt hole cracks.

3. Bonding the contact surfaces of bolted joints consistently increased
the fatigue strength at all bolts-to-member strength ratios.

4. The use of adhesives in combination with bolts reduces to 72% the
number of bolts needed for the splice to still develop the mean fatigue
strength of Category B. Bolted joints, without adhesive, have Category B
fatigue strength.

5. Bonding and end-bolting cover plates increased the fatigue life by a
factor of 20 over that of conventionally welded cover plates, from Category
E to Category B.

6. The ends of a cover plate bonded to the outside of the tension flange
of a steel beam must be clamped with bolts to prevent gradual debonding.

In general, the largest increase in the fatigue strength of structural steel
details is obtained by replacing welded connections with bonded and bolted
connections. When properly detailed, such connections can develop Cate-
gory B fatigue strength. This virtually makes them fatigue-proof for highway
bridge loading.

The authors emphasize that most epoxy and acrylic adhesives have low
creep strength at ambient relative humidities and at temperatures that are
high but still within the range of service environments [/0]. The clamping
force of high-strength bolts greatly reduces the creep susceptibility of bonded
joints, but more durable adhesives are needed before they can be used alone
in primary joints of highway bridges.
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Effect of Load Transfer on Fatigue of
Mechanically Fastened Metallic Joints
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Fastened Metallic Joints,” Fatigue in Mechanically Fastened Composite and Metallic
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ABSTRACT: Mechanically fastened joints are highly susceptible to fatigue cracking
especially when varying loads are applied. The fatigue cracking is influenced by load
transfer through fasteners.

Tests were conducted using zero, low, medium, and high load transfer specimens
of 7475-T7351 aluminum. The fatigue crack initiation and growth and the final fracture
behaviors were investigated. The fatigue crack initiation life, N, and the total fatigue
life, N;, are reduced by increasing stress range, Ao, and load transfer level, L. The
relationship is defined by the equations of the form

logN = C — BAc — DL*

where C, B, D, and H are constants. The fatigue crack growth rate, da/dN, is related
to the stress intensity factor range, AK, by the equation

daldN = (2.36 x 1077) - (AK)** »@/cycle

The crack initiation portion of the total fatigue life, N,/N,, is greater with lower stress
range, Ag, and longer total fatigue life, N;, and it is reduced by load transfer.

KEY WORDS: mechanically fastened joints, load transfer, constant amplitude load-
ing, fatigue, stress ratio, stress range, frequency, crack initiation, crack growth, fatigue
life

An aircraft structure consists of many components connected mostly by
mechanically fastened joints. Besides facilitating assembly and disassembly
of structural components, mechanically fastened joints transfer and distrib-
ute loads. Many aircraft structural failures are induced by fatigue cracking
of a mechanically fastened joint, originating at the fastener hole. The fas-
tener hole is a common site of load transfer and stress concentration, both
of which magnify the local stress and influence the fatigue behavior of the
joint.

! Materials engineer, Naval Air Development Center, Warminster, PA 18974,
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TABLE 1—Chemical composition of 7475 aluminum.

Percent
Element Minimum Maximum

Silicone .. 0.10
Iron S 0.12
Copper 1.20 1.90
Manganese C. 0.06
Magnesium 1.90 2.60
Chromium 0.18 0.25
Zinc 5.20 6.20
Titanium S 0.06
Others (each) - 0.05
Others (total) . 0.15
Aluminum remainder

To provide a technical basis for formulating a reliable service life pre-
diction methodology of aircraft structure, it is essential to understand and
quantify the load transfer effect on fatigue behavior of mechanically fastened
joints. This study is aimed at characterizing the fatigue behavior of me-
chanically fastened joints and identifying the load transfer effect. With tests
of zero, low, medium, and high load transfer specimens of 7475-T7351
aluminum, the fatigue crack initiation and growth and the final fracture
behaviors were investigated, and the load transfer effect was defined quan-
titatively.

Experimental Procedure
Material and Specimen Preparation

As the specimen material, a 6.35-mm-thick (Y4-in.) plate of 7475-T7351
aluminum was selected. The chemical composition and mechanical prop-
erties are presented in Tables 1 and 2. From the plate, open-hole dogbone,
reverse dogbone joint, 1%2 dogbone joint, and double lap shear joint spec-
imens were prepared to have zero, low, medium, and high levels of ioad

TABLE 2—Mechanical properties of 7475-T7351 aluminum.

Ultimate Yield
Tensile Strength, Strength,
MPa MPa Elongation
Test Axis (ksi) (ksi) [50.8 mm (2 in.)}, %
Longitudinal 493.0 412.3
(71.5) (59.8) 11.0
Transverse 477.8 406.8
(69.3) (59.0) 16.0
Short transverse 485.4 397.2

(70.4) (57.6) 8.6
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transfer, respectively (Figs. 1-4). The longitudinal axis of the specimen was
in the original plate rolling direction. In each joint specimen, a steel fastener
(MS20004) of 6.2916 ~ 6.3297-mm (0.2477 ~ 0.2492-in.) diameter was
installed in holes of 6.3500 ~ 6.4008-mm (0.2500 ~ 0.2520-in.) diameter,
drilled and reamed, with clamp-up torque of 2.26 N - m (20 Ibf - in.).?

Determination of Load Transfer Level

Since the load transfer levels in the open-hole dogbone and double lap
shear joint specimens are obviously 0 and 1, respectively, only those in the
reverse dogbone joint and 1% dogbone joint specimens were determined
by means of strain gage measurement. Strain gages were glued at four spots
along the mid-width lines, 38.1 mm (12 in.) above and below the fastener
center, on front and back surfaces (Figs. 5 and 6). (The strain gage, MA-
06-062AP-120, was supplied by Micro-Measurement Division, Measure-
ment Group, Raleigh, NC.) The surface strains were measured under sus-
tained tensile loadings of various magnitudes. The strains at the interface
were estimated by averaging the measured surface strains, and those at the
mid-thickness points by averaging the interface and surface strains. The
load transfer level, L, was calculated by employing the following equation:

[ = STk )

€,

where €, and e, are strains at mid-thickness points a and ¢ (Figs. 5 and 6).

Fatigue Test

The fatigue test was performed in a controlled laboratory atmosphere of
24°C (75°F) and 45% relative humidity, employing a 88.96-kN (20-kip)
closed-loop servohydraulic Materials Testing System (MTS) machine. In all
tests, the fatigue crack was initiated and propagated under tension-to-ten-
sion haversine waveform loading with a stress ratio of 0.05 and frequency
of 10 Hz.

Detection and Measurement of Fatigue Crack

At various intervals, fatigue loading was stopped and the specimen was
disassembled.? Subsequently, the fastener hole was inspected with a Mag-

2 The fastener manufacturer’s specified torque for structural application is 5.65 ~ 6.78
N - m (50 ~ 60 Ibf - in.).

* The test interruption for disassembly and reassembly of a joint specimen and detection
and size measurement of crack may result in some difference in the fatigue crack growth rate
and the fatigue life. However, it is not feasible to detect a crack in a joint specimen and
measure its size accurately without test interruption.
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FIG. 5—Strain gage locations in reverse dogbone joint specimen (strain gages at spots 1, 2,
3, and 4).

naflux HT-100 eddy current hole scanner for possible crack initiation. Any
crack presence is indicated by a group of eddy current signal spikes, whose
heights are proportional to the depths at several crack tip points (Fig. 7).
The greatest height was converted to the corresponding crack depth, using
a calibration curve. The calibration curve was drawn with the spike heights
of eddy current signal from EDM (electrical discharge machining) notches
of known depths, 0.203 mm (0.008 in.), 0.381 mm (0.015 in.), 0.762 mm
(0.030 in.), and 1.524 mm (0.060 in.), in a geometrically similar calibration
standard of the same material. The determined crack depth was plotted
against the corresponding number of loading cycles, and a crack growth
curve was established. From this curve, a particular number of loading cycles
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FIG. 6—Strain gage locations in 1%> dogbone joint specimen (strain gages at spots 1, 2, 3,
and 4).

to produce a 0.254-mm-deep (0.01-in.) crack was taken and defined as the
fatigue crack initiation life in this study. (Though the eddy current hole
scanner is capable of finding smaller cracks, for example, 0.127-mm-deep
(0.005-in.) crack, it can detect 0.254-mm-deep (0.01-in.) cracks more ac-
curately and reliably.)

When the crack emanating from the fastener hole became visible, the
fatigue loading was stopped, and the crack length was measured visually
using a traveling microscope. This measurement was repeated at shorter
loading intervals as the crack grew until its tip reached an edge of the
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FIG. 7—Eddy current signal spikes from EDM notches.

specimen or the specimen was fractured. The rate of crack growth, da/dN,
was then determined. The corresponding stress intensity factor range, AK,
was calculated for a single or double crack emanating from the loaded
fastener hole, employing the following equation [/-3]:

ak =22 [(g) - Flalr) + élir : F,‘b(a/r):l

FUw
\/('n'a) - sec {3("%;&} @)

where

I

AP = load range (= Py — Puin), MPa,
P, = maximum load, MPa,
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P, = minimum load, MPa,
t = specimen thickness, m
L = load transfer level,
W = specimen width, m,
1 = for a single crack,
n = 2 = for a double crack
F,(a/r) = Bowie factor for a single crack or a double crack emanating
from an open hole,
Fi,(al/r) = correction factor for a single crack or a double crack ema-
nating from a loaded hole,
a = crack length, m, and
r = hole radius, m.

The derivation of the above equation is given in the Appendix.

Results

The obtained results consist of five parts: load transfer level, fatigue crack
initiation, fatigue crack growth, fatigue fracture, and proportion of fatigue
crack initiation and growth lives.

Load Transfer Level

The strains at four spots on the front and back surfaces of each specimen
were measured. The strains at corresponding spots on the front and back
surfaces are not equal, though those spots are located at an equal distance,
38.1 mm (1% in.), from the fastener center. Such a discrepancy in strain is
attributed to specimen bending under an applied tension. With the values
of measured surface strains, the strains at the interface and mid-thickness
were estimated. The load transfer level, L, was calculated with the values
of mid-thickness strains, employing Eq 1. It ranges from 0.057 to 0.062 in
the reverse dogbone joint specimen and from 0.307 to 0.314 in the 1Y2
dogbone joint specimen. In this study, the average values, 0.06 and 0.31,
are taken as the load transfer levels in the reverse dogbone joint and 1Y%
dogbone joint specimens, respectively.

Fatigue Crack Initiation

Under fatigue loading, a single crack, not a double crack, was initiated
at an edge of the fastener hole. Based on the results of the fatigue test and
crack inspection, the applied stress range, Ao, is plotted against the fatigue
crack initiation life, N;, in a semi-log scale (Fig. 8). The plot for the open-
hole dogbone specimen has the feature of a typical S-N curve with a knee
at Aoy, = 118.59 MPa (17.2 ksi). Below Ao, no detectable crack was
initiated within the limit number of loading cycles employed. On the other
hand, the plots for the joint specimens are straight lines without any knee
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TABLE 3—Parameters A, and B, in the fatigue crack initiation life equation,
log N; = A — B, Ao (Ac = ksi).

Load Transfer

Specimen Level, L A, B,
Open-hole dogbone 0 8.51 0.17
Reverse dogbone joint 0.06 8.44 0.17
1¥2 dogbone joint 0.31 8.11 0.17
Double lap shear joint 1.0 6.25 0.19

within the limits of the applied stress range. The straight line plots, including
that for Ac > Agy, in the open-hole dogbone specimen, can be defined by
the equation

log N, = A, — B, Ao 3)
The parameters, A; and B,, are tabulated in Table 3.

Fatigue Crack Growth

The initiated single crack grew mostly alone in the open-hole dogbone,
reverse dogbone joint, and 1% dogbone joint specimens. Occasionally,
before the crack reached an edge of the specimen, the second crack was
initiated at the other edge of the fastener hole and began to grow. However,
for the calculation of the stress intensity factor range, AK, it was assumed
that only a single crack was initiated and grown. (This assumption is rea-
sonably valid as long as the second crack is very small compared with the
first one.) In the double lap shear joint specimen, shortly after the first
crack was initiated at one edge of the fastener hole, the second crack was
initiated at the other. The two cracks started to grow together. In this case,
the stress intensity factor range, AK, was calculated for a double crack,
using the average length of the two cracks. The fatigue crack growth rate,
da/dN, is plotted against the stress intensity factor range, AK, in a log-log
scale (Fig. 9). The log-linear portion of the curve takes a form of Paris’
equation [4]:

da/dN = (2.36 x 1077) - (AK)*® mm/cycle

Fatigue Fracture

To evaluate the variation of total fatigue life or fatigue fracture life, N;,
with the applied stress range, Ao, Ao is plotted against N; in a semi-log
scale (Fig. 10). As the plot of Ao versus log N,, the plot for the open-hole
dogbone specimen has a form similar to a typical S-N curve and a knee at
Aoy, = 118.59 MPa (17.2 ksi). On the other hand, the plots for the joint
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FIG. 9—Variation of fatigue crack growth rate, da/dN, with stress intensity factor range, AK,
in specimens of various load transfer levels. O, L = 0; A, L = 0.06;, @, L = 0.3]; X, L =
1.0.

specimens are straight lines without any knee within the limits of the applied
stress range. The straight line plots, including that for Ac > Aoy, in the
open-hole dogbone specimen, are defined by the equation

Parameters A; and By are tabulated in Table 4.
Proportion of Fatigue Crack Initiation and Growth Lives

The crack initiation portion of the total fatigue life (or fatigue fracture
life), N;/N;, was observed to decrease with increasing stress range and load
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TABLE 4—Parameters A; and B, in the fatigue fracture life equation,
log Ny = A; — B; Ao (Ao = ksi).

Load Transfer

Specimen Level, L Ay B,
Open-hole dogbone 0 8.19 0.15
Reverse dogbone joint 0.06 8.11 0.15
1%2 dogbone joint 0.31 794 0.15
Double lap shear joint 1.0 6.69 0.15

transfer level. In Fig. 11, log (N;/N;) is plotted against the applied stress
range, Ao, for each group of specimens with a given level of load transfer.
Those plots are straight and parallel lines, and can be defined by the fol-
lowing equation:

log (N;/IN;) = P - QAo (5)

Parameters P and @ are tabulated in Table 5. Parameter P decreases with
increasing level of load transfer, whereas parameter O = 0.02 remains
constant.

The crack growth portion of total fatigue life, N,/N;, was observed to
decrease with increasing total fatigue life. (Or, the crack initiation portion
of total fatigue life, N;/N;, increases with increasing total fatigue life.) This
variation is illustrated by the plots of N,/ N, versus N;on log-log coordinates
in Fig. 12. Those plots are straight lines and are defined by the following
equation:

N,/N; =1 — N;/N; = U(N;)™ (6)

or

Parameters U and § are tabulated in Table 6. Both parameters decrease
with increasing level of load transfer.

Discussion
Fatigue Crack Initiation and Fracture

The Ao versus log N, and Ao versus log N, plots for the open-hole dogbone
specimens of zero load transfer have knees at stress range Aoy, = 118.59
MPa (17.2 ksi), whereas those for the joint specimens are straight lines
without any knee. This clearly indicates that a load transfer of not less than
0.06 in a joint specimen eliminates the knees of the Ao versus log N, and
Ao versus log N, plots or the threshold stress range for fatigue crack initiation
and fatigue limit stress range for fracture.
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TABLE S5—Parameters P and Q in the equation for the crack initiation portion of total
fatigue life, log (Ni//Ny) = P — QAc (Ao = ksi).

Load Transfer

Specimen Level, L P Q
Open-hole dogbone 0 0.40 0.02
Reverse dogbone joint 0.06 0.33 0.02
1¥2 dogbone joint 0.31 0.28 0.02
Double lap shear joint 1.0 -0.51 0.02

The Ao versus log N; and Ac versus log N; plots for the joint specimens
and the portions above the knees for the open-hole dogbone specimens are
offset and paraliel or nearly parailel. This is refiected in the values of
parameters A; and B; of the fatigue crack initiation life equations, log N; =
A; — B; Ao, and A and B, of the fatigue fracture life equation, log N; =
A; — By Ao (Tables 3 and 4). Parameters A; and A, decrease with increasing
level of load transfer. On the other hand, Parameter B; changes little and
its average value is 0.18, and the parameter B, = 0.15 does not change.
The changes in the values of A; and A; with load transfer level, L, are
illustrated in Figs. 13 and 14, and are defined by the following equations:

A,‘ = C,' - D,‘LHi = 851 - 226 L1'48 (8)
- _ Hf — _ 1.53
A;=C — DL" =819 — 1.50 L (9)
100: - N
Np%
Ny 1 NG
1%) 4 ok
| Ng/Ng = 1« Ni/Ng
= UN®
10 4 L
245 083
o [
202 NjOS8
A 006
052
o o3 17 N,
X 10 358 N0
1 N S T WS W S Y Loaa a0t " ALt P L1111
10} 10° 10° 10° 107

Ng¢ (cvcle)

FIG. 12—Variation of crack growth portion of total fatigue life, N /N, with total fatigue
life, N,.
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TABLE 6—Parameters U and S in the equation for the crack growth portion of total
fatigue life, NJ/N; = U(N). S

Load Transfer

Specimen Level, L U S
Open-hole dogbone 0 245 0.63
Reverse dogbone joint 0.06 202 0.58
1%2 dogbone joint 0.31 117 0.52
Double lap shear joint 1.0 3.58 0.14

From Egs 3, 4, 8, and 9, the fatigue crack initiation life, N;, and the total
fatigue life or fatigue fracture life, Ny, can be described as functions of stress
range, Ao (ksi), and load transfer level, L, by the following equations.

lOg N,' = Ci - B,' AO’ - D,’LHi

(10)
= 8.51 — 0.18 Ao — 22.6 L'*®
(11)
= 8.19 — 0.15 Ao — 1.50 L'*
I T 1 I |
90 [ ~

8o | * .

A - .
70 L log N; = A;j-B; Ac n
A = ¢ -0 (LM
- 851-226L48
(Ao : ksi)
[ ]
6.0 1 | i |
0 02 0.4 06 08 10

L

FIG. 13—Variation of parameter, A, in fatigue crack initiation life equation, log N; =
A; — B, Ac, with load transfer level, L.
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FIG. 14—Variation of parameter, A, in fatigue fracture life equation, log N, = A; — B, Ao,
with load transfer level, L.

These equations show that the fatigue crack initiation and fracture lives
decrease with increasing stress range and load transfer level.

Fatigue Crack Growth

The determined fatigue crack growth rate, da/dN = (2.36 x 1077) -
(AK)*® mm/cycle, is not very different from the Margolis da/dN =
(5.41 x 107%) - (AK)**! mm/cycle for an identical aluminum alloy [5]. The
latter value was obtained by fatigue-testing compact tension specimens un-
der the condition of stress ratio 0.5 and loading frequency 360 cpm in dry
air [5].

Proportion of Fatigue Crack Initiation and Growth Lives

From the empirical equations for fatigue crack initiation and total fatigue
lives, Eqgs 7, 10, and 11, the crack initiation portion of total fatigue life,
N;/N, can be related with the stress range, Ac, and the load transfer level,
L, as

log (N;/N;)

[0.32 — (2.26 — 1.50 LO)L1%] — 0.30 Ao
(12)

I

log [1 — U(N;)™
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This equation indicates three things:

1. Log (N;/N;) decreases linearly with increasing stress range, Ao, at a
given level of load transfer, L.

2. N,/N; decreases with increasing level of load transfer, L, at a given
stress range, Ao.

3. N/N;increases with increasing total fatigue life, Ny. Such variations
are also observable in the plots of log (N;/N;) versus Ao in Fig. 11
and log (N,/N;) versus log N, in Fig. 12.

The observed decrease of fatigue crack growth portion, N,/N;, with in-
creasing total fatigue life, N, was also reported by Manson [6]. He inves-
tigated the fatigue behaviors of 410 stainless steel, 4130 steel, 2024-T4 alu-
minum alloy, pure aluminum, nickel, and polycarbonate resin, and related
N,/N; and N; as

N,/N; = 2.5 N7 '? (14)

This equation is identical to Eq 6 in the form, but the parameters, or the
intercept 2.5 and the slope — ¥ of the log-log plot, are different from those
of Eq 6 in Table 6.

Summary

1. The load transfer levels are 0.06 for the reverse dogbone joint specimen
and 0.31 for the 1%z dogbone joint specimen.

2. The fatigue crack initiation life, N;, and the total fatigue life, Ny,
decrease with increasing stress range, Ao, and load transfer level, L. This
relationship is defined by the equations

log N; = 851 — 0.18 Ao — 2.26 L'*®

log N; = 8.19 - 0.15 Ae — 1.50 L'**

3. The fatigue crack growth rate, da/dN, as a function of the stress
intensity factor range, AK, is

da/dN = (2.36 x 1077) - (AK)*® mm/cycle

4. The crack initiation portion of total fatigue life, N;/N;, decreases with
increasing stress range, Ao, and load transfer level, L, but increases with
increasing total fatigue life, N;. This relationship is defined by the equation

log (N:/N;)

I

[0.32 — (2.26 — 1.50 L*%)L'*] — 0.03 Ao

i

log [1 — U(Ny)™]
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APPENDIX

Stress Intensity Factor

The stress intensity factor, K, for a mechanically fastened joint with a fastener
can be determined by superposition of two stress intensity factors, K, and K;, for
an open-hole specimen and a loaded-hole specimen (Fig. 15).

The stress intensity factor, K, MPa Vm, for an open-hole specimen is

K, = PW"; Vra - F,,(a/r)\/sec {W} (15)

where

load bypassing fastener, N,

specimen width, m,

specimen thickness, m,

crack length, m,

1 for a single crack,

2 for a double crack,

Bowie factor for a single crack or a double crack ema-
nating from an open-hole, and

w(na + 2r) : .
seC )T (= width correction factor.

1

I

X3 . 50
non

o

Fi.(alr)

In this equation, P,/Wt N/m* is the gross stress away from the open hole.

Y

FIG. 15—Stress intensity factor for a loaded-hole specimen.
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The stress intensity factor, K; MPa \/r;, for a loaded-hole specimen is

= Eprit “Va - F(alry - \/sec {M} (16)

2w

where P, is the load transferring through fastener (N), and F,, ,,(a/r) is the correction
factor for a single crack or a double crack emanating from a loaded hole. In this
equation, P,/2rt N/m? is the bearing stress imposed on the fastener hole.

With Eqs 15 and 16, the stress intensity factor, K MPa Vm, for a mechanically
fastened joint with a fastener is determined as

g’ﬂt - F(alr) + g;—bt . Fn,,(a/r)]
\/(“a) Tr(na + 2r)} (17)

Putting the total applied load, P, + P, = P, and the load transfer level, L =
P,/P, Eq 17 becomes

k="~ [(%V—L) Fain + & F,.b(a/r)]\/(wa) sec {“("“2—;”)} (8)

Putting AP = P, — P, where P, is the maximum applied load and P, the
minimum applied load, the range of stress intensity factor, AK, is

AK=ét£[(1;WI:) Falr) + 5 ,.b(a/r) \/(wa) sec “("az—{;zr)} (19)

K=KA+KB=[
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ABSTRACT: An initial fatigue quality (IFQ) model, based on stochastic crack growth
and the equivalent initial flaw size (EIFS) concept, is described and evaluated for
the durability analysis of relatively small cracks in fastener holes [for example, <2.54
mm (0.10 in.)]. The IFQ model uses a stochastic crack growth rate model which
accounts for crack growth rate dispersion. Procedures and concepts are also described
and evaluated for optimizing initial flaw size distribution parameters based on pooled
EIFS results. Fatigue crack growth test results for 7475-T7351 aluminum specimens
subjected to fighter and bomber load spectra are used to evaluate the proposed IFQ
model and model calibration procedures. The cumulative distribution of crack size
at any given time and the cumulative distribution of the time-to-crack initiation (TTCI)
at any given crack size are predicted using the derived EIFS distribution and a
stochastic crack growth approach. The predictions compare well with the actual test
results in the small-crack-size region. The methods described are very promising for
durability analysis applications.

KEY WORDS: durability, fatigue, extent of damage, small crack size, equivalent
initial flaw size (EIFS), crack size distribution, crack exceedance probability, sto-
chastic crack growth, probabilistic fracture mechanics, initial fatigue quality (IFQ),
time-to-crack initiation (TTCI)

Metallic airframes contain thousands of fastener holes which are suscep-
tible to fatigue cracking in service. The accumulation of relatively small
fatigue cracks in fastener holes [for example, 0.762 to 1.27 mm (0.03 to
0.05 in.)]} must be accounted for in the design of aircraft structures to assure
that the structures will be durable and can be economically maintained [7-
3.
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A durability analysis methodology has recently been developed for quan-
tifying the extent of fatigue damage in fastener holes as a function of time
and applicable design variables [4-21). This methodology is based on a
fracture mechanics philosophy, combining a probabilistic format with a
deterministic crack growth approach. The initial fatigue quality (IFQ) of
fastener holes is treated as a random variable and is represented by an
equivalent initial flaw size (EIFS) distribution. The existing durability anal-
ysis methodology has been demonstrated for making crack exceedance pre-
dictions in the small-crack-size region [(for example, <2.54 mm (0.10 in.)]
for a full-scale aircraft structure under both fighter and bomber load spectra
[10,13,19,21].

Further research is now being conducted [22] to (1) extend the present
durability analysis methodology to the large-crack-size region [(for example,
>2.54mm (0.10in.)}, (2) refine the methods for determining a generic EIFS
distribution, (3) develop procedures for optimizing the equivalent initial
flaw size distribution (EIFSD) parameters, and (4) develop a better un-
derstanding of the effects of crack growth rate dispersion on the EIFS
distribution and on the accuracy of crack exceedance predictions in both
the small- and large-crack-size regions.

In the current durability analysis methodology [8,10,13,14], the EIFS is
determined by back-extrapolating available fractographic results [for ex-
ample, Refs 11 and 23] to time zero using a single deterministic crack growth
equation, referred to as the EIFS master curve,

440 - ola(op 1)

where

da(t)/dt = crack growth rate,
a(t) = crack size at any time ¢, and
Q and b = empirical constants which are dependent upon the load spec-
trum and other design parameters.

The crack growth rate, however, involves statistical variability, which is
not accounted for in back-extrapolation. Hence, the statistical distribution
of EIFS thus established contains the statistical dispersion of the crack
growth rate in the very small-crack-size region. This approach is quite rea-
sonable if the resulting EIFS distribution is employed to predict the statis-
tical crack growth damage accumulation in service using a deterministic
service crack growth master curve in the small-crack-size region. This has
been demonstrated in Refs &, 10, 13, and 14. The main advantage of such
an approach is that the durability analysis procedure can be simplified math-
ematically.
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Another possible approach is to obtain the EIFS values by back-extrap-
olating available fractographic results stochastically. Thus, the statistical
dispersion of the crack growth rate in the small-crack-size region is filtered
out, and the resulting EIFS distribution represents the true initial fatigue
quality (IFQ). Such an EIFS distribution will have a smaller dispersion than
that obtained using a deterministic EIFS crack growth master curve. This
EIFS mode! is referred to as the stochastic-based initial fatigue quality
model. In predicting the statistical crack growth damage accumulation in
service using the stochastic-based EIFS model, however, the stochastic crack
growth rate equation should be used. As a result, the feasibility of such a
stochastic approach depends essentially on the establishment of a reasonable
but simple stochastic crack propagation model.

The objectives of this paper are twofold: to develop the durability analysis
methodology using the stochastic-based IFQ model, and to evaluate pro-
posed EIFS data pooling methods and procedures for optimizing the EIFS
distribution parameters.

Analytical expressions are derived for the cumulative distributions of the
time required to initiate a crack of any size, and for the crack size at any
service life. These expressions are based on a stochastic transformation of
the cumulative distribution of EIFS and the theorem of total probability.
Actual crack propagation results for two fractographic data sets (7475-T7351
aluminum fastener hole specimens; fighter and bomber load spectra) in the
small-crack-size region are used in the investigation [23]. A correlation study
performed to compare the results of the stochastic-based IFQ model with
actual fractographic results produced very reasonable correlations. The pro-
posed procedures for EIFS data pooling and for optimizing the EIFS dis-
tribution parameters look promising for future durability analysis applica-
tions.

Stochastic Crack Growth Model

A simple stochastic crack growth approach has recently been developed
[24-28] which accounts for the statistical dispersion of the crack growth
rate for the growth of a single initial flaw. This approach is based on the
randomization of the crack growth rate equation. In the case of the crack
growth power law of Eq 1, the randomized crack growth rate equation is
given by

) - x(wola(y @)

in which X(¢) is a stationary lognormal random process (positive stochastic
process) taking values around unity. Thus, Eq 1 represents the central
tendency of the crack growth behavior, whereas, in Eq 2 the statistical
variability is taken care of by the random process X(¢). For the crack
propagation in fastener holes, the lognormal stochastic process X(¢) is as-
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sumed to be totally correlated at any two time instants, indicating that X ()
is a random variable, that is, X(¢) = X

49 ~ xola(yp ©
in which X is a lognormal random variable with a median of 1.0. Such a
model is referred to as the lognormal random variable model [26], and it
has been demonstrated to be very reasonable [24-26]. The model simplifies
the stochastic crack growth analysis significantly and it will be used in this
paper.

Taking the logarithm of both sides of Eq 3 yields

Y=bU+q+ Z 4)
where
\
Y = log Eia?(tt),
q=logQ, |\ )
U = log a(?),
and Z = log X )

Since X is a lognormal random variable with a median of 1.0, it follows
from Eq 5 that Z = log X is a normal random variable with zero mean and
standard deviation o,. The crack growth rate parameters b and Q as well
as the standard deviation, o,, of Z can be estimated from the log crack
growth rate, log [da(t)/dt] = Y, versus log crack length, log a(t) = U,
data, denoted (Y;, U) fori = 1,2, ..., n, using Eq 4 and the linear
regression analysis. Since Eq 4 is linear, the results obtained from the
method of linear regression are identical to those of the method of least-
squares or the method of maximum likelihood [24~28]. Expressions for b,
0, and o, are given by

_ n2UY;, — (RU)ZY) )

b= - Guy
0 - 10y = 2N B2 ©)
n
{E[Yi - (q - bUi)lz}m
o, =
n — 1 J
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in which # = number of samples (for example, crack growth rate data) and
the other terms have been previously defined.

Yang et al [24,26] have investigated two extremes of the random process
X(t). At one extreme, X(¢) is totally uncorrelated (that is, a white noise
process model) and at the other extreme, X(¢) is totally correlated at all
times (that is, X(¢) = X is a random variable, referred to as the random
variable model). It has been shown by Yang et al {24,26] that, for a given
data set, the random variable model results in the largest statistical disper-
sion of fatigue crack growth accumulation in the class of random process
X(0).

The random process model X(¢) is mathematically complex. It requires
a large fatigue crack growth data base and a simulation procedure to make
crack growth accumulation predictions. On the other hand, the random
variable model requires only a limited amount of fatigue crack growth data
to implement and it is mathematically simple. Moreover, very reasonable
fatigue crack growth accumulation predictions for fastener holes have been
obtained using the random variable model [24-26]. For these reasons, the
random variable crack growth model is attractive for the durability analysis
of fatigue cracks in fastener holes in the small-crack-size region (for ex-
ample, <2.54 mm (0.10 in.)) where large crack growth dispersions have
been observed [11,23,29].

Stochastic Crack Growth Analysis

Expressions are derived for predicting the cumulative distributions of
crack size at any given time, ¢, and of TTCI for any given crack size, a,.
Essential elements of the stochastic crack growth approach are described
in Fig. 1 and details are provided later.

Equivalent Initial Flaw Size (EIFS) Concept

An equivalent initial flaw size (EIFS) is a hypothetical initial flaw assumed
to exist in a structural detail which characterizes the equivalent effect of
actual flaws produced by the manufacturing process. Such flaws must be
consistently defined so that the EIFSs for different fractographic specimens
are on the same baseline. EIFSs are defined by back-extrapolating suitable
fractographic results to time zero (Fig. 1, Frame A). The objective is to
define a statistical distribution of EIFS and then to verify that the derived
distribution will provide reasonable predictions for the cumulative distri-
butions of TTCI and a(¢) (Fig. 1, Frame D).

Analysis Procedures

1. EIFS is a random variable; each individual value is determined by
back-extrapolating fractographic results for each individual crack (or spec-
imen).
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2. The population of EIFSs is fitted by a suitable cumulative distribution,
denoted F,q(x) (Fig. 1, Frame B).

3. A stochastic crack growth law, such as Eq 3, which accounts for the
statistical dispersion of the crack growth rate (Fig. 1, Frame C), provides
the basis for growing flaws backward and forward.

4. A stochastic transformation of F,(x) is made using the crack growth
law, Eq 3, to obtain expressions for the cumulative distributions of crack
size, Fy)(x), and of TTCI, Fr (t); see Fig. 2.

Crack Size-Time Relationships

Two different crack size-time relationships can be obtained by integrating
Eq 3, considering b = 1 and b # 1, from ¢t = 0 to any time, . The resulting
expressions for b = 1 and b # 1 are shown in Eqs 7 and 8, respectively:

a(t) = a(0) exp [XQt] b=1 )

a(t) = {[a(0)] ¢ — cQeXx}' b#1 (8)
where

a(t) = crack size at any time, ¢,

a(0) = crack size at ¢t = 0 (EIFS),
Q = crack growth rate constant, ¢ = b ~ 1, and
X = lognormal random variable with median of 1.0.

Cumulative Distribution of EIFS

Various distribution functions defined in the positive domain may be used
to fit the EIFS values, such as the Weibuil, lognormal, and beta. The
following distribution function, which is derived based on the three-param-
eter Weibull distribution for TTCI and the deterministic crack growth law
of Eq 1 with b = 1, will be used herein:

exp{—[%ix—)]q} 0=x=x,

1.0 X = x,

Fyo(x)
)]

in which F,(x) = P[a(0) = x] is the cumulative distribution of EIFS,
indicating the probability that the EIFS, a(0), will be smaller than or equal
to a value x. In Eq 9, x, = the upper bound of EIFS and « and ¢ are two
empirical constants [13]. In the original derivation of Eq 9 in Ref 13, the
notation “QB” was used instead of ““¢.”” To distinguish between the deter-
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ministic and stochastic crack growth approaches, the notation “¢” is used
herein. The expression given by Eq 9 is considered to be reasonable for the
distribution of the stochastic-based EIFS.

Cumulative Distribution of Crack Size

The conditional distribution function of the crack size, a(¢), denoted by
F,(x]z) = Pla(s) = x|X = z], given that the lognormal random variable
X takes a value z, can be obtained from Eq 9 through a transformation of
Eqgs 7 and 8 for b = 1 and b # 1, respectively. Then, the unconditional
cumulative distribution of crack size a(t), F,,(x) = P[a(t) = x], is obtained
from the conditional one, F,(x|z), using the theorem of total probability.
The results for F,,(x) are shown in Egs 10 and 11 for b = 1 and b # 1,
respectively.

Fu) = [ exp{—[%f‘("“’”]“} fe(2)dzi b =1 (10)

Fa(z)(X) = f: exp {_[C tn x, + flldgxc + CQtZ)]a}

X fx(z)dz; b #1 (11)

In Egs 10 and 11, fx(z) is the lognormal probability density function of X
given by

log e { 1(log z)z}
Z)=———e€xXpy —= 12
fX( ) \/2_11‘ Z(]'Z p 2 o_z ( )
in which o, is the standard deviation of the normal random variable Z =
log X given in Eq 5.

Cumulative Distribution of TTCI

Let T(a,) be the random time to initiate a crack size, a;. Then, the
distribution of T(a;), denoted Fy)(t) = P[T(a,) < t}, can be derived from
that of a(t) as follows. Since the event {T(a,) < ¢} is the same as the event
{a(t) = a,}, one has

Frap() = 1 = Fyy(a) (13)
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Substituting Eqs 10 and 11 into Eq 13, one obtains for b = 1 and b # 1,
respectively,

= exp {~ [ta + (n (x,/a))

s ]“} fx(z)dz; b =1 (14)

Froo(t) = 1 = f

0

Fro)(t) =1 - f exp { ~[C fnx, + flld()ai + CQtz)]"}

X fx(z)dz; b # 1 (15)

in which fy(z) is given by Eq 12.

Equations 11 to 12 and 14 to 15 are not amenable to analytical integra-
tions. However, these equations can easily be solved by a straightforward
numerical integration.

Determination of EIFS Distribution Parameters

Procedures are described and discussed for determining EIFS values based
on the stochastic crack growth approach and fractographic data. EIFS pool-
ing concepts and justification are considered, and procedures are described
for optimizing the EIFS distribution parameters in Eq 9, that is, x,, a, and
¢. For brevity, the discussion is limited to the b = 1 case.

Stochastic-Based EIFS

EIFS values are determined by back-extrapolating suitable fractographic
data based on fatigue cracking results in fastener holes without intentional
initial flaws. Such data are currently available for both straight-bore and
countersunk fastener holes (for example, Refs 77 and 23).

When the deterministic crack growth approach is used [5,30,31] to de-
termine EIFSs, the same EIFS master curve is used to back-extrapolate to
time zero for each fatigue crack in the fractographic data set. In this case
the statistical dispersion of the crack growth rate is included in the resulting
EIFS values.

When the crack growth rate is treated as a stochastic process, such as in
Eq 3, the fractographic results should be back-extrapolated to time zero
using the applicable crack growth records for a given fractographic sample
{specimen). A stochastic-based EIFS value is obtained for each fracto-
graphic sample in the data set. In this case, the statistical dispersion of the
crack growth rate is reflected in the random variable X, and hence it is
filtered out from the EIFS.
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A stochastic-based EIFS value can be obtained for a given fractographic
sample, say the jth specimen, based on

4,(0) = 4,(r) exp [~ X, Q1] (16)

in which X; is the jth sample value of the lognormal random variable X,
and a;(0) and a;(¢) are the corresponding jth sample values of EIFS and
the crack size at time ¢, respectively.

Using the least-squares criterion, one obtains the expression for 4;(0)

#(0) = oxp {[z i o) - CUIZ6) i a,-<z,-)1} )

in which a;(#;) is the crack size of the jth specimen at time ¢ and N is the
number of [a;(#), #] pairs for the jth fractographic sample. Thus, using Eq
17, a;(0) can be determined directly from [a;(#,), ;] pairs without computing
the X;Q value in Eq 16.

It has been shown that the range of the fractographic crack size used
affects the EIFS values [10]. Therefore, EIFS values should be determined
using fractographic results in the same crack size range. For example, the
upper and lower bounds of the crack size range are denoted a, and a,, as
shown in Fig. 1, Frame A.

EIFS Pooling Concepts

For practical durability analysis, an EIFS distribution is needed to rep-
resent the initial fatigue quality variation of the fastener holes. Ideally, such
a distribution can be determined for a given material, fastener hole type
(for example, straight-bore or countersunk), and drilling procedure from
fractographic results reflecting different test variables (such as stress level,
bolt load transfer percentage, and load spectra). The resulting EIFS dis-
tribution can be used to perform durability analyses for other conditions.
In other words, an EIFS distribution (EIFSD), based on different fracto-
graphic results, is sought which is suitable for a broad range of durability
analysis applications (for example, different stress levels, bolt load transfer
percentages, and load spectra).

One way to justify using a given equivalent initial flaw size distribution
(EIFSD) for a general durability analysis is to define the EIFSD parameters
using pooled EIFS values obtained from different fractographic data sets.
For example, fractographic results are available for the same material,
fastener hole type/fit, and drilling procedure for different stress levels, bolt
load transfer percentages, and load spectra [11,23]. If compatible EIFSs
can be determined for different fractographic data sets, then the EIFSs can
be pooled to determine the EIFSD parameters. Pooling the EIFSs is very
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desirable because this increases the sample size and therefore the confidence
in the EIFSD parameters. Also, since different fractographic data sets are
used to determine the EIFSD parameters, it forces the derived EIFSD to
cover a wider range of variables.

Optimization of EIFS Distribution Parameters

Once the EIFSs have been determined for selected fractographic data
sets, they can be pooled and the parameters x,, o, and ¢ can be optimized
to “best fit” the pooled EIFSs and theoretical cumulative distribution of
EIFS, F,q(x), shown in Eq 9. The optimization procedure described below
is intended for Eq 9, but the same ideas can be applied to other F,q(x)
distributions.

In Eq 9, x, defines the EIFS upper-bound limit, that is, the maximum
initial flaw size in F,(x). A value of x, = 0.762 mm (0.03 in.) is assumed
to be a reasonable upper-bound limit for the EIFSD. This limit is arbitrarily
based on the typical economical repair limit for fastener holes [13,30,31].

Another reason for limiting x, to <0.762 mm (0.03 in.) is to eliminate
the probability of exceeding a crack size of 0.762 mm (0.03 in.) at time
zero. This is equivalent to assuming that no fastener hole will have an initial
flaw size >0.762 mm (0.03 in.). If a larger x, limit is used, then the prob-
ability of exceeding an initial flaw size of 0.762 mm (0.03 in.) will not be
zero, which implies that some fastener holes could have an initial flaw size
greater than the economical repair limit before the structure enters into
service.

The EIFSD parameters x,, a, and ¢ in Eq 9 are optimized using the
following iterative procedure.

1. Assume a value of x,; with the largest EIFS = x, = 0.762 mm (0.03
in.).

2. Compute o and ¢ by least-squares fitting the pooled EIFSs to F,q(x)
given in Eq 9. Equation 9 is transformed into the following linear least-
squares fit form:

W=qaV + B (18)
where
W = tn {—in F,(x)}
V = tn {n (x,/x)}, and (19)
B=-am¢
Let x(i = 1,2, ..., N) be the ith smallest EIFS value and N be the

number of EIFS values pooled. The distribution function corresponding to
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x; is given by F,,(x;) = i/(N + 1). Then the parameters o and ¢ in Eq 18
can be determined using the following least-squares fit equations:

_ NEV[W,' - (EV,)(EW,)' _ (IEV[ - EW,)
ST oMoy 0 P ( oN @0)

where V; and W, are the sample values of V and W associated with x; and
F,(x)), respectively, as defined in Eq 18.

3. Compute the goodness-of-fit of the established F,q)(x) for the given
x,, a, and ¢. The standard error and Kolmogorov-Smirnov statistics (K-S
value) are two reasonable measures of goodness-of-fit tests. The standard
error, denoted o, is expressed as

k 2y 1/2
or = 2[ - Fa((])(xk)]

N

(21)

in which all the EIFS sample values are arranged in an ascending order (x;,
Xy, .+« Xgs + . ., Xn), k is the rank of EIFS value and N is the total number
of pooled EIFS samples. The K-S value, denoted D,,,, is the maximum
absolute difference between the ranked EIFS values (according to k/N and
the theoretical F,)(xs) values given by

= Fyo(x)

k
Dy = max)_, | [=
max maXy-; [IN

] (22)

4. Steps 1 through 3 are repeated to minimize the standard error, o, or
K-S value, D,,.

Determination and Normalization of Forward Crack Growth
Rate Parameters

The statistical distribution of the crack growth damage in service, such
as F,)(x) and Fr(,(t) given by Eqs 10 through 15, is derived using the EIFS
distribution, F,(x), and the forward stochastic crack growth rate equation,
Eq 3. The parameters b, Q, and ¢, appearing in Eq 3 have been obtained
in Eq 6 when the fractographic data for the applicable service environment
are available. When the fractographic results are not available, however,
these parameters should be determined from the general crack growth com-
puter program. This subject will be discussed in another paper.

When pooled EIFS results are used to determine x,, «, and ¢ in Eq 9,
the Q value for a given fractographic data set should be normalized to the
same baseline as the EIFSD. This is needed to ensure that F,,(x) and
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Fr,,(¢) predictions for a given data set are consistent with the basis for the
EIFSD.

Let (x,, &, ®)data st A0d Oyara sx D€, respectively, the EIFSD parameters
and the forward crack growth rate parameter using a given fractographic
data set alone (without pooling procedures). Then, the normalized Q value
for such a given data set, denoted Qg ser, in the forward crack growth
analysis is suggested to be

Qdata set &M (Qdata set) (23)
ata set

Thus, when pooled EIFS results are used, the Q value appearing in Eqs 10
through 15 for a given fractographic data set should be replaced by O sara st
This approach will be illustrated in the following correlation study.

Correlation with Test Results

Fatigue crack growth results are available for fatigue cracking in fastener
holes without the presence of intentional initial flaws (for example, Ref
23). Two fractographic data sets from Ref 23 will be used to evaluate (1)
the stochastic-based IFQ model developed, (2) the proposed EIFS data
pooling procedure, (3) the procedure for optimizing the EIFSD parameters,
and (4) the effectiveness of the derived EIFSD and stochastic crack growth
approach for making F,,(x) and Fr,(t) predictions. The distribution of
the crack size, F,,(x), will be considered at two different service times and
that of TTCI, Frq,)(¢), will be considered at crack sizes @, = 0.762 mm
(0.03 in.), 1.27 mm (0.05 in.), and 2.54 mm (0.10 in.). Predicted results
will be compared with actual fractographic data.

Fractographic Data Sets

Two fractographic data sets, identified as “WPF” and ‘“WPB,” reflect
7475-T7351 aluminum replicate dogbone specimens with a 6.35-mm-diam-
eter, (3-in.) straight-bore, centered hole containing an unloaded protruding
head steel bolt (NAS6204) with a clearance fit. The WPF and WPB data
sets were fatigue-tested in a laboratory air environment using a fighter
spectrum and bomber spectrum, respectively. A maximum gross section
stress of 234.4 MPa (34 ksi) was selected for each spectrum. The test spec-
imens were fatigue-tested without intentional flaws in the fastener hole and
natural fatigue cracks were allowed to occur. Following the fatigue test, the
largest fatigue crack in each fastener hole was evaluated fractographically.
Fractographic results [that is, a(¢) versus ¢ records] were presented in Ref
23. The number of fatigue cracks used in this investigation is 33 for the WPF
data set and 32 for the WPB data set.
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TABLE 1—EIFSs for data sets WPF and WPB based on stochastic crack growth.

WPF EIFS WPB EIFS
Rank mm (in.) mm (in.)

1 0.0055 (0.00022) 0.0015 (0.000060)
2 0.0093 (0.00037) 0.0031 (0.000124)
3 0.0098 (0.00039) 0.0032 (0.000126)
4 0.0098 (0.00039) 0.0042 (0.000165)
5 0.0117 (0.00046) 0.0046 (0.000183)
6 0.0121 (0.00048) 0.0048 (0.000187)
7 0.0123 (0.00049) 0.0049 (0.000191)
8 0.0125 (0.00049) 0.0053 (0.000210)
9 0.0133 (0.00052) 0.0057 (0.000224)
10 0.0136 (0.00053) 0.0062 (0.000246)
11 0.0148 (0.00058) 0.0067 (0.000264)
12 0.0158 (0.00062) 0.0068 (0.000266)
13 0.0159 (0.00063) 0.0069 (0.000275)
14 0.0167 (0.00066) 0.0075 (0.000297)
15 0.0181 (0.00071) 0.0085 (0.000336)
16 0.0232 (0.00091) 0.0086 (0.000339)
17 0.0244 (0.00096) 0.0093 (0.000366)
18 0.0252 (0.00099) 0.0097 (0.000382)
19 0.0254 (0.00100) 0.0099 (0.000388)
20 0.0260 (0.00102) 0.0101 (0.000396)
21 0.0264 (0.00104) 0.0110 (0.000434)
22 0.0268 (0.00106) 0.0112 (0.000442)
23 0.0273 (0.00108) 0.0114 (0.000451)
24 0.0337 (0.00132) 0.0118 (0.000467)
25 0.0353 (0.00139) 0.0127 (0.000502)
26 0.0372 (0.00147) 0.0129 (0.000507)
27 0.0456 (0.00179) 0.0179 (0.000706)
28 0.0475 (0.00187) 0.0193 (0.000759)
29 0.0480 (0.00189) 0.0220 (0.000868)
30 0.0612 (0.00241) 0.0261 (0.001027)
31 0.0620 (0.00244) 0.0262 (0.001031)
31 0.0865 (0.00341) 0.0528 (0.002077)
33 0.0981 (0.00386) . .

“Fractographic crack size range used: 0.254 mm (0.01 in.) = a(f) = 1.27 mm (0.05 in.).

EIFS Parameters

EIFSs for each fatigue crack in the WPF and WPB data sets were com-
puted using Eq 17 and the fractographic results in the crack size range from
0.254 mm (0.01 in.) to 1.27 mm (0.05 in.). The ranked EIFSs for the WPF
and WPB data sets are summarized in Table 1 in an ascending order of
crack size.

EIFSD parameters x,, a, and ¢ were determined using the EIFS values
for the WPF, WPB, and combined WPF and WPB data sets. Different
values were assumed for x,, and the corresponding a, &, standard error o,
and D, (K-8) values were determined using Eqs 19 through 22, respec-
tively. The results are summarized in Table 2.
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Goodness-of-Fit Plots

EIFSD parameters based on x, = 0.762 mm (0.03 in.) were used to make
predictions for F,(x) and Fr(¢) based on Eqs 10 and 14, respectively.
The upper-bound value of x, = 0.762 mm (0.03 in.) was used because the
standard error, og, and the K-S value, D,,,, “indicators” for the EIFSD
goodness-of-fit, given in Table 2, were smaller than those values for x, <
0.762 mm (0.03 in.).

The forward crack growth parameter, Q, in Egs 3, 10, and 14, and the
standard deviation of the crack growth rate, o,, were estimated for each
data set (that is, WPF and WPB) using the applicable log da(¢)/dt versus
log a(¢) data and Eq 6 with & = 1. Crack growth rates, da(t)/dt, were
determined for each fatigue crack in each fractographic data set based on
the five-point incremental polynomial method [ASTM Standard Test Method
for Constant-Load-Amplitude Fatigue Crack Growth Rates Above 104 m/
Cycle (E 647-83)]. A typical plot of log da(t)/dt versus log a(t) is shown in
Fig. 3 for the WPB data set.

Normalized @ values, denoted Q were determined for each data set
using Eq 23 for individual and pooled EIFS data sets with the following
results: Q = 2.708 x 10~* (WPF) and Q = 1.272 x 10-* (WPB). Results
of Q, Q and o, are summarized in Table 3.

With the durability analysis approach using the stochastic-based EIFS
model described above and the parameters presented in Table 3 for the six

TABLE 2—Summary of EIFSD parameters based on stochastic crack growth.”

Maximum
Standard Difference

Data Sets x,, mm (in.) a ¢ Error (K-8)
WPF (N = 33) 0.762 (0.030) 5.409 3.801 0.0323 0.0829
0.508 (0.020) 4,705 3.392 0.0330 0.0886

0.330 (0.013) 3.939 2.956 0.0349 0.0969

0.254 (0.010) 3.458 2.691 0.0371 0.1039

0.099 (0.0039) 0.928 2.039 0.1331 0.2575

WPB (N = 32) 0.762 (0.030) 6.684 4.775 0.0367 0.1075
0.508 (0.020) 6.013 4.367 0.0372 0.1106

0.330 (0.013) 5.287 3.935 0.0383 0.1149

0.254 (0.010) 4.835 3.671 0.0396 0.1186

0.099 (0.0039) 3.079 2.739 0.0541 0.1446

0.076 (0.0030) 2.479 2.478 0.0677 0.1620

0.069 (0.0027) 2.193 2.414 0.0774 0.1729

WPF + WPB 0.762 (0.030) 5.240 4.319 0.0231 0.0562
(N = 65) 0.508 (0.020) 4.633 3.908 0.0237 0.0601
0.330 (0.013) 3.968 3.472 0.0256 0.0663

0.254 (0.010) 3.547 3.206 0.0279 0.0720

0.099 (0.0039) 1.199 2.556 0.1186 0.2135

“Fractographic crack size range used: 0.254 mm (0.01in.) = a(¢) = 1.27 mm (0.05 in.).
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FIG. 3—Log crack growth rate versus log crack size for WPB data set.

cases considered, the distributions of the crack size at any service life,
F,;»(x), and the TTCI at any crack size can be predicted theoretically (Egs
10 and 14).

The cumulative distribution of crack size at two different service times
(WPF at 9200 and 14 800 flight hours, and WPB at 29 109 and 35 438 flight
hours) are plotted in Figs. 4 to 9 as a solid curve for the theoretical pre-
dictions. The experimental test results are also plotted in these figures using
selected symbols. For example, in Fig. 4 the results for t = 0, 9200, and
14 800 flight hours are denoted by an open circle, a triangle and a square,
respectively. In Figs. 5 and 6, an open circle and a solid circle denote the
EIFS values at t = 0 for the WPF and WPB data sets, respectively.

Plots of theoretical predictions of the cumulative distribution of TTCI at
crack sizes of 0.762 mm (0.03 in.), 1.27 mm (0.05 in.), and 2.54 mm (0.1
in.) are shown as solid curves in Figs. 10 to 12 and Figs. 13 to 15 for the
WPF and WPB data sets, respectively. The corresponding ranked TTCI
test results are displayed in these figures as a circle, star, and square, re-
spectively. Symbols for the WPF data set are open and those for the WPB
data set are solid.

The following observations are based on Figs. 4 to 9:

1. The theoretical predictions for F,,(x) generally fit the overall test
resuits better when the EIFSs for a given data set are used (for example,
see Figs. 4 and 7).

2. When the EIFSD parameters are based on the pooled EIFSs for the
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FI1G. 4—Correlation between predictions and test results for cumulative distribution of crack
size at 9200 and 14 800 flight hours for WPF data set (Case I: EIFSs for WPF; unnormalized
Q value).

WPF and WPB data sets, the theoretical predictions for F,,(x) for a given
data set generally correlate better with the ranked experimental results when
the crack growth parameter, Q, is normalized using Eq 23. For example,
compare the plots shown in Figs. 5 and 6 and Figs. 8 and 9 for the WPF
and WPB data sets, respectively.

3. The upper tail of F,(x) (that is, the largest crack sizes) is of most
interest for durability analysis. For all the cases considered herein, the
theoretical predictions for crack exceedance [that is, p(i, ) = 1 — F,,(x)]
in the upper tail generally fit the ranked experimental results very well. In
Fig. 8 the theoretical predictions for F,(x) for the WPB data set are
conservative in the upper tail (that is, the predicted crack exceedance is
larger than the ranked test result). In this case, the Q value is not nor-
malized. The goodness-of-fit improves significantly when Q is normalized
as shown in Fig. 9.
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FIG. 5—Correlation between predictions and test results for cumulative distribution of crack
size at 9200 and 14 800 flight hours for WPF data set (Case II: pooled EIFS for WPF + WPB;
unnormalized Q value).

4. Reasonable F,(x) predictions are obtained for crack sizes larger than
the fractographic crack size range used to determine the EIFSD parameters
[that is, 0.254 mm (0.01 in.) to 1.27 mm (0.05 in.)]. This is encouraging.

The following observations are based on Figs. 10 to 15.

1. The lower tail (that is, the smallest TTCIs) of the TTCI cumulative
distribution, Fr,)(t), is generally the area of most interest for durability
analysis. As shown in Figs. 10 to 15, the theoretical predictions for Fy,(t)
correlate very well with the ranked experimental results.

2. The overall fit is generally improved when Q is normalized. For ex-
ample, compare results for Figs. 11 and 12 and Figs. 14 and 15 for the WPF
and WPB data sets, respectively.

3. Reasonable Fr, () predictions for the WPF and WPB data sets are
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FIG. 6—Correlation between predictions and test results for cumulative distribution of crack
size at 9200 and 14 800 flight hours for WPF data set (Case IIl: pooled EIFSs for WPF +
WPB; normalized Q value).

obtained in the lower tail for a; = 2.54 mm (0.10 in.); for example, see
Figs. 12 and 15. Thus, reasonable Fr, (f) predictions are obtained for a
crack size outside the fractographic crack size range used to define the
EIFSD parameters.

Conclusions

Expressions have been developed for predicting the cumulative distri-
bution of crack size at any given time, and the cumulative distribution of
times to reach any given crack size using the stochastic-based EIFS model.
These expressions, based on a stochastic crack growth approach, have been
evaluated for the durability analysis of fastener holes in the small-crack-
size region [for example, <2.54 mm (0.10 in.)]. The analytical expressions
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FIG. 7—Correlation between predictions and test results for cumulative distribution of crack
size at 29 109 and 35 438 flight hours for WPB data set (Case IV: EIFSs for WPB; unnormalized
Q value).

for F,,(x) and Fr,,(¢) are derived based on a stochastic transformation of
the theoretical EIFSD. EIFS data pooling concepts and procedures for
optimizing the distribution parameters have been presented and evaluated.

Theoretical predictions for F,(x) and Fr () compared reasonably well
with ranked experimental results when both the WPF and WPB data sets
were considered separately. Overall fits based on pooled EIFS values for
both WPF and WPB data sets were improved when the normalized crack
growth parameters were used. EIFS distributions based on normalized crack
growth results need to be investigated further for a wide range of practical
durability analysis situations.

The upper tail of the EIFSD is of most interest for durability analysis
because the large initial flaws are more apt to cause crack exceedance
problems than the smaller initial flaw sizes. The EIFSD can be force-fitted
to the upper tail of the EIFS population, which might provide an even better
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FIG. 8—Correlation between predictions and test results for cumulative distribution of crack
size at 29 109 and 35 438 flight hours for WPB data set (Case V: pooled EIFSs for WPF +
WPB; unnormalized Q value).

fit of the EIFSD to the tail area of most interest.* This aspect needs to be
investigated further.

The EIFS pooling concepts and procedures for optimizing EIFS distri-
bution parameters are promising for determining a reasonable EIFSD for
practical durability analyses. Further research is needed to determine the
EIFSD parameters based on pooled EIFSs for several fractographic data
sets and to evaluate the accuracy and limits of the durability analysis pre-
dictions in the small-crack-size region [for example, <2.54 mm (0.10 in.)].

A parallel investigation to the one described herein [unpublished research
by the first two authors (1985)] has been performed using the deterministic
crack growth approach. The results of this investigation will be reported in
due course. Based on the results for the stochastic and deterministic crack

* Lincoln, J. W., Wright-Patterson Air Force Base, OH, personal communication, 19 Nov.
1984.
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FIG. 9—Correlation between predictions and test results for cumulative distribution of crack
size at 29 109 and 35 438 flight hours for WPB data set (Case VI: pooled EIFSs for WPF +
WPB; normalized Q value).

growth approaches, the authors conclude that either approach is satisfactory
for the durability analysis of aluminum alloys in the small-crack-size region.
However, since the deterministic crack growth approach is mathematically
simpler, this approach is recommended for use in the small-crack-size re-
gion. Further research is needed to show that the deterministic crack growth
approach is also satisfactory for other alloys in the small-crack-size region.
Also, the deterministic and stochastic crack growth approaches need to be
investigated for durability analysis applications in the large-crack-size re-
gion.
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ABSTRACT: The paper focuses on the application of the frozen-stress photoelastic
technique to an assessment of various engineering solutions from the literature for
several hole-related crack problems. Single corner, transitioning, and through-the-
thickness cracks are examined. Remote tensile loading of a plate containing an open
hole and 100% load transfer through a rigid pin in a rounded-end lug is considered.

Experimental evidence demonstrates the presence of stress intensity factor (SIF)
gradients for every crack configuration. Good correlation with existing SIF solutions
is found for the through-the-thickness configuration in lugs. Less conclusive are the
comparisons with engineering estimates for corner cracks emerging from open holes
and lug. The transitioning behavior of a part-through crack is also discussed. Finally,
modeling aspects of three-dimensional fracture problems are examined.

KEY WORDS: damage tolerance, mechanical joints, part-through cracks, stress
intensity factor, frozen-stress photoelasticity

Lug-type joints are widely used to connect major aircraft components.
Such joints are characterized by 100% load transfer through a pin or a bolt.
This design offers several advantages over other solutions—namely, sim-
plicity, ease of assembly, and free pivoting around the pin axis, which
prevents the transfer of local bending moments [/]. A disadvantage is the
high stress concentration introduced by the hole and enhanced by the pin-
bearing load. Fretting corrosion is expected in the region of sliding pin-lug
contact. These drawbacks greatly affect the fatigue strength of lugs and
suggest to the designer the adoption of low stress levels. Manufacturing and
assembly operations may introduce pits or scratches that compromise further
the fatigue resistance of various types of fasteners. The increasing interest
in the initial quality of fastener holes for its impact on the durability of
airframe structures is documented in Ref 2.

! Researcher, Istituto di Meccanica Applicata alle Macchine, University of Bologna, Viale
Risorgimento, 2, 40136 Bologna, Italy.
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Since 1974 the U.S. Air Force has adopted damage tolerance require-
ments based on linear elastic fracture mechanics (LEFM) [3], which depend
on the design concept and the degree of inspectability of the structure.
Residual strength and crack growth life calculations for assumed initial
damages of prescribed dimensions at the worst locations of a proposed
design are included in the fatigue certification of airframe structures. Be-
cause of the low design stresses in lugs, a crack can be expected to grow
slowly. Hence the lug joint may become a fail-safe joint on definition of
inspection intervals [4].

Various authors have pointed out that one of the major shortcomings in
the proposed use of crack growth analysis at the design level is the lack of
reliable stress intensity factor (SIF) solutions for complex flaw configura-
tions associated with natural cracks in thick-walled components (that is,
plates with fastener holes, attachment lugs) [5]. Destructive teardown in-
spections of fatigued airframes have shown that the prevalent flaw shapes
associated with fastener holes are the corner crack and the hole-wall crack
[2].

The present paper deals with the hole-related crack problems shown in
Fig. 1. Natural cracks were monotonically grown in epoxy specimens (Fig.
2) whose dimensions are specified in Table 1. Frozen-stress photoelastic
techniques and LEFM stress tensor equations are used to evaluate SIFs at
discrete locations along the crack fronts from the near-tip isochromatic
fringes. Experimental SIFs for through-the-thickness and corner cracks
emerging from open and pin-loaded holes are discussed. Only single cracks
are examined. The experimental SIF estimates are correlated with various
solutions developed for engineering fracture mechanics calculations. The
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FIG. 1—Types of flaw emerging from a hole: (a) corner crack; (b) transitioning crack; (c)
through-the-thickness crack.
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FIG. 2—Types of hole loading: (a) open hole in a plate in remote tension; (b) pin-loaded
hole in an attachment lug.

transitioning behavior of a part-through crack is also discussed. Finally,
aspects involved in three-dimensional fracture modeling are analyzed.

Experimental Methodology

Frozen-stress photoelasticity has been validated as a practical, accurate,
and relatively inexpensive engineering design tool for a variety of complex
cracked body problems [6]. It has been used for such diverse tasks as
computer code verification [7-8] and assessment of recategorization criteria
for embedded cracks included in design codes [9].

In the following section the experimental procedure, the SIF estimation
method from photoelastic data, and the limitations of the technique are
briefly reviewed.

Experimental Procedure
In applying the method, epoxy models are cast and machined to their
final geometry (see Fig. 2 and Table 1). For the problem of a cracked lug,

TABLE 1—Uncracked specimen dimensions.”

Specimen Configuration D, mm DIT w/D LW W/H
Open hole in a plate (Fig. 2a) 18 1.0 3.0 3.0 .
Pin-loaded hole in lug (Fig. 2b) 30 2.0 25 1.5 2.0

“Key to terms:
D = hole diameter.
T = specimen thickness.
W = specimen width.
L = specimen length.
H = rounded end radius.
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a rigid (that is, aluminum) pin was used for hole loading (Fig. 2b). A tiny
starter crack is inserted at the desired location of the specimen by tapping
with a sharp blade. The specimen is then inserted in a loading frame, placed
in an oven and heated above stress-freezing temperature (that is, 150°C).
The starter crack is monotonically grown to a depth of interest. Adequate
dead loading is applied to the specimen at the beginning of the cooling
portion of the stress freezing cycle.

At the end of the thermal cycle, natural flaw shapes are accurately re-
corded under X 10 magnification using a profile projector. Slices 1 to 1.5
mm thick and perpendicular to the crack profile are removed at several
locations where SIF estimates are sought.

SIF Extraction from Isochromatic Fringes

The extraction of an SIF estimate from each slice involves a combination
of the isochromatic fringes and the near-tip, LEFM stress tensor equations.
C. W. Smith’s two-parameter method [6], based on the assumption that a
LEFM-dominated zone exists in the vicinity of a crack tip, was used through-
out the study.

The Mode I stress tensor in the case of a curved crack front has locally
the following form

o; = KQ2mnr)"Vf,(0) + o} (i, j=n,2) §))

where

K = the Mode I SIF,
rand © = polar coordinates centered at the crack tip, and

o° = far-field stress contributions to the singular part of the stress
field.

I

The z-axis coincides with the direction of the remote stress, while the n-
axis lies on the z-plane and is locally orthogonal to the crack border.

The isochromatic fringes are related to the maximum in-plane shear stress,
7, by the stress-optic law

f°N
= 2
= @
where
f°¢ = photoelastic constant,
t = model thickness (that is, slice thickness), and

N = isochromatic fringe order.
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Along the direction O = 90 deg, Eqs 1 and 2 can be combined to yield
in normalized form

K K r\"?
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where

K, = 7 (8nr)'?,
reference crack length, and
a constant.

I

a

C

il

The determination of the near-tip data (that is, fringe order versus relative
distance from the crack tip) to be introduced in Eq 3 makes use of a
projection microscope fitted with a transmission polariscope to analyze every
slice. The Tardy compensation method for fractional fringe order deter-
mination {/0] and X 10 magnification are used to increase the number of
data points retrieved. The data are fed into a microcomputer with a plotter
for quick data elaboration. In a (normalized K vs. Vr) diagram, the inter-
cept with the y-axis of a straight line through the LEFM-dominated zone
yields the SIF estimate [1]].

Accuracy and Limitations

The large experience accumulated by many researchers suggests that the
accuracy of the photoelastic SIF estimates can be reasonably expected to
vary within =5 to 7% [6,11].

The frozen-stress photoelastic method has its own limitations in applic-
ability to cracked body problems. The epoxy material displays grossly elastic
and nearly incompressible mechanical behavior at temperatures above the
stress freezing temperature.

Hence, photoelasticity cannot model plasticity-induced effects on crack
growth, such as plastic zone size variations due to overloads and subsequent
crack closure effects. Also, compressive residual stresses induced at fastener
holes by manufacturing techniques (that is, mandrelizing) cannot be mod-
eled.

Contact problems such as those for the pin-loaded lug of Fig. 2b are also
difficult to model photoelastically because of the relative thermal dilations
between the rigid (aluminum) pin and the epoxy lug. The actual pin/hole
fit is not easily controlled. Contact conditions are also altered by the relative
deformations of the low-modulus lug material and the aluminum pin. A
study involving the use of a rather laborious finite difference procedure for
stress separation was undertaken in order to check the real contact condi-
tions in the photoelastic models. Unpublished results relative to an un-
cracked lug showed an effective 120-deg extension of the bearing area. Also,
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a camel-backed contact pressure distribution was found, as theoretically
predicted in Ref /3 and recently verified by Hsu using the finite element
(FE) method [14]. However, the reduction of the contact area and the
highly different pin and lug material properties probably caused the ob-
served higher contact pressure peaks. The experimental study confirmed
that the presence of a through crack had an affect on the contact pressure
distribution in the epoxy lug comparable to the numerical predictions of
Ref 14 [12].

The author concludes that although only an approximated photoelastic
modeling of the contact conditions in a structural joint is possible, the
experimental contact conditions are still more realistic than those assumed
in various analytical models that will be discussed later. It is expected that
the effect of the boundary conditions on photoelastic SIF estimates is lim-
ited.

Photoelastic Characterization of Cracks at Holes

This section is divided as follows: Through-the-thickness crack configu-
rations at holes are examined first, corner cracks are considered subse-
quently, and the transitioning crack behavior is finally analyzed. Each sub-
section deals separately with the cases of an open hole in a plate in tension
and with the pin-loaded hole in a rounded-end attachment lug. For specimen
dimensions and flaw configurations, see Figs. 1 and 2 and Table 1.

Through-the-Thickness Crack at a Hole

The rectilinear through-the-thickness crack configuration theoretically de-
fines a bidimensional fracture problem, although recently, the actual three-
dimensional implications of a straight crack intersecting a free surface have
been under scrutiny of analysts and experimentalists [/5-16]. Inspection of
fracture surfaces reveals that rectilinear through cracks are never found in
fracture specimens because of the constraint variation along the crack front.
Plane strain conditions prevail in the inner portion of the crack, and plane
stress is expected on the crack-free surface intersections. The macroscopic
effect is a characteristically thumb-nailed flaw shape.

Open Hole in a Plate in Tension—The classical solution by Bowie [/7]
for a through-cracked hole in a infinite plate loaded in tension has been
used to establish the accuracy of sophisticated and versatile techniques [/8].
Extensive experimental verification of its validity has also been successfully
carried out. However, if the plate is of finite width, a correction factor has
to be applied to the Bowie solution. In Ref 19, a photoelastic analysis of a
through-cracked hole in a finite-width plate evidenced a good correlation
when a correction factor proposed in Ref 20 was used.
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Pin-Loaded Hole in Rounded-End Attachment Lug—A lug involves a
complex stress distribution, and contact loading further complicates the
analysis. When a through crack emerges from the hole in the plane or-
thogonal to the load direction, a mixed mode (that is, opening and sliding)
crack loading occurs. The contribution of the Mode-1I loading has been
experimentally evaluated to be less than 20% (2] and is usually neglected
in calculations [18]. A discussion of the Mode-II loading effect on crack
growth may be found in Ref 12.

Two photoelastic tests were performed to analyze through-the-thickness
cracks in lugs. Through-the-thickness cracks were grown from starter corner
cracks (A detailed description of these tests is reported elsewhere [12].)
Experimental flaws displayed the characteristic thumb-nailing of fatigued
through cracks. The photoelastic analysis identified that even in these cases,
an SIF variation, although slight, occurs along the crack front. Lower, nearly
constant SIFs were associated with the flaw interior; higher SIF values were
reached at the free surfaces.

Due to the engineering significance of the problem, several investigators
have proposed approximate SIF solutions for a through-the-thickness crack
in a pin-loaded lug. Impellizzeri and Rich [22] compounded Bueckner’s
weight function for an edge crack and the finite element analysis of the
uncracked lug. A finite width correction factor was also introduced. New-
man [20] adopted a superposition of analytical solutions and correction
factors to account for the lug geometry and the through-crack configuration.
Kirkby and Rooke [23] also employed a superposition scheme of analytical
solutions. Schijve and Hoeymakers [4] correlated crack growth data for thin
through-cracked lugs with results of centrally cracked specimens of the same
material thickness tested under identical conditions. Hsu [14] used the finite
element method with the inclusion of a high-order crack-tip singularity
element to determine pin-lug contact pressure distribution and SIFs for
straight and tapered attachment lugs. Fujimoto and Saff [24] applied the
slice synthesis method to study a variety of cracks at fastener holes.

In Table 2, a comparison of the previous solutions and the photoelastic
results is presented. In order to account for the experimental SIF gradients,
two SIF estimates are included for each crack iength. The first (minimum)
SIF is relative to the internal part of the flaw. The second (maximum) SIF
is a free surface value. Hsu’s results were obtained from a diagram [/4] in
which no appreciable difference with Newman’s solution could be assessed
for the crack depths considered.

Inspection of Table 2 reveals that all the solutions listed above fall in a
relatively narrow band if the differences in their approaches are considered.
Also, the correlation between photoelastic and engineering estimates for
the through-cracked lug can be considered satisfactory on an overall basis.

The SIF gradients along the flaws, which were found in the photoelastic
analysis and which may be physically explained in terms of constraint vari-
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ation, do, however, affect more accurate comparisons. The Hsu, Newman,
and Schijve-Hoeymakers solutions yield almost identical SIF estimates, which
correlate well with the minimum experimental SIF results observed in the
specimen interior. Note, however, that if the surface experimental SIFs are
used in the comparison, not only the Fujimoto-Saff solution but also the
Kirkby-Rooke solution, which was commented on in Ref 4 as yielding
systematically higher values, correlate well.

Corner Crack at Hole

Several reasons justify the interest in an accurate LEFM characterization
of corner cracks at fastener holes. First, the damage tolerance requirements
for aircraft structures prescribe that a corner crack (that is, quarter circular
in shape and 1.27 mm in size) be assumed at a fastener hole as initial primary
damage when the material thickness is greater than 1.27 mm [25]. A second
reason stems from the observation that the portion of crack growth life
occurring before back surface penetration can be in many cases the pre-
dominant portion of the entire life of the cracked component. This is es-
pecially true for thick-walled components such as lugs.

Another reason for characterizing corner cracks arises when the resuits
of Ref 4 are considered; that is, the growth rates of corner cracks in lugs
were significantly lower than those of through cracks. The use of the equiv-
alent through-crack solution would result in overly conservative life esti-
mates and it could be justified only if a “‘worst case” calculation is sufficient
[4]. In addition, the analytical complexities associated with the corner crack
problem render the available SIF solutions less proven than two-dimensional
solutions. Part-through cracks involve bidimensional patterns of growth and
substantial SIF gradients along the flaw border. Reference 5 conjectures
that cracks in the presence of SIF gradients do not behave like through
cracks, which are characteristic of standard fracture mechanics specimens.
Also, according to Ref 5, the controlling SIF is not yet demonstrated as
being the peak or some function of the actual SIF distribution.

Open Hole in a Plate in Tension—In an experimental study [11], the SIF
distributions of four corner cracks at open holes in plates of finite width
were obtained. The observed flaw shapes were approximated by quarter
ellipses. Their aspect ratios are shown in Fig. 3. The photoelastic results
displayed relatively large SIF gradients along the flaw profiles, especially
for the shallower cracks. The experimental SIFs correlated well with nu-
merical results obtained by the finite element alternating method (FEAM)
[26] for closely approximating quarter-elliptical flaws. No finite width effect
could be singled out from the comparison.

In Ref 19 these experimental SIFs at the front surface and at the hole-
crack intersections were also checked against previous photoelastic results
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FIG. 3—Quarter-elliptical aspect ratios for corner cracks.

presented in Ref 27. Only closely similar specimen and flaw geometries
were considered. In these cases, the agreement between the two sets of
photoelastic SIFs was within 8%.

These initial considerations on the verified accuracy of the photoelastic
results help to compare the photoelastic results with the estimates obtained
from several engineering solutions found in the literature; this comparison
is presented in Fig. 4. The normalizing SIF used is given by the Bowie
solution for a single through-the-thickness crack (that is, F, is the Bowie
function [18]). The photoelastic results are introduced as ranges, where the
minimurn SIF values are usually associated with the internal part of the flaw
while the maximum SIF values are reached at the hole-crack intersection,
Up to 30% SIF variation is found relative to an average SIF value. Solutions
for wide plates were used in the correlation because, as previously pointed
out in Ref 11, no finite width effect on SIFs for the corner crack configu-
ration could be singled out from the correlation with FEAM results.

The engineering solutions considered in the comparison include those of
Hall and Finger [20], Shah [28], Newman [20], and Fujimoto and Saff [24].
Hall and Finger derived an empirical equation on the basis of residual
strength tests of flawed specimens. They assumed that failure occurred when
the standard fracture toughness (that is K;.) of the material was exceeded
somewhere along the flaw. Even though the influence of the complex ge-
ometry is incorporated, the flaw aspect ratio was limited to a/c < 1.0. Shah
used a Green’s function approach to determine SIF starting from the stress
distribution in the uncracked net section. Several correction factors had to
be introduced to transform this solution for double embedded semicircular
flaws at a hole into a solution for a single corner crack at a hole. Newman
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FIG. 4—Comparison of photoelastic results with engineering solutions from the literature for
corner cracks at an open hole.

developed an empirical SIF equation for this corner crack problem. Re-
cently, Fujimoto and Saff applied the slice synthesis method to several
corner crack problems within a multidimensional crack growth prediction
methodology. Note that the Fujimoto-Saff results shown in Fig. 4 were
obtained from the original diagram [24] and that an a/c ratio of two was
used in reducing their data.

Inspection of Fig. 4 reveals that all the solutions fall in a relatively narrow
band which is bracketed by Newman’s results for a/c = 1 and a/c = 2.
The photoelastic results with their large SIF excursion along the flaw dem-
onstrate that a single-value SIF correlation is difficult. For practical pur-
poses, the solutions listed above are probably sufficiently accurate for en-
gineering estimates of residual strength; however, the more versatile solutions
have to be preferred. One of the limitations of several engineering solutions
is the restriction of their applicability to a/c ratios less than 1.0; a/c ratios
greater than 1.0, however, often are found when dealing with pure tensile
loading, as is demonstrated by the results of a series of carefully monitored
fatigue crack growth tests in polymethylmethacrylate (PMMA) discussed in
Ref 29 and summarized in Fig. 3.

A final consideration is apparent from examination of Fig. 4: engineering
and experimental estimates consistently predict lower SIFs than the Bowie
through-crack solution. Reference 24 states that the bidimensional flaw
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shape evolution of a part-through crack represents, by itself, a mechanism
of crack retardation.

Pin-Loaded Hole in a Rounded-End Attachment Lug— A series of frozen-
stress photoelastic tests were run to investigate the effect of hole loading
through a rigid pin on SIFs. SIF distributions for four crack configurations
were obtained and are presented in Fig. 5. The magnified flaw shapes
recorded during the tests are included in the same figure. They are char-
acterized by higher a/c ratios of the approximating quarter of ellipse than
the observed trend for the open hole case (see Fig. 3). A possible explanation
of the differences of Fig. 3 is that there is a higher SIF reduction rate, with
a crack depth, ¢, occurring at the crack-front surface intersection, for a
loaded hole than for an open hole, as is presented in Figs. 6 and 7 of Ref
24. This effect is related to the more severe stress gradient at a loaded hole
than at an open hole. At the hole-crack intersection, the SIF variation with
crack depth is expected to be less dramatic since the crack in both cases
grows under constant far-field stress conditions.

As previously noted for corner cracks at open holes, marked SIF vari-
ations along the flaws are present. A comparison with open hole results
demonstrates that the pin loading produces higher SIFs. In Ref 21, several
hundred percent increments in SIF were identified. If the present results
are compared with the open hole results of Ref /7 at corresponding crack
depths and positions along the crack profile the approximate increase in
SIF is roughly 100%.

In Fig. 6, the photoelastic SIFs for the corner crack configurations are
compared to the solutions for the through-the-thickness crack in a lug; these
results were discussed in a previous section. As in Fig. 4, the presence of
SIF gradients along corner flaws is included in the comparison by plotting
a SIF range, in which the minimum SIF pertains usually to the internal part
of the flaw and the maximum SIF occurs at the hole-crack intersection. The
SIFs for transitioning cracks, also included, will be discussed in the next
subsection. The front surface SIFs for a corner crack in a lug obtained by
Fujimoto and Saff [24] are introduced in Fig. 6.

The through-cracked lug solutions yield higher SIFs than those for the
corner crack configuration. In terms of applied SIF, this justifies the longer
crack growth lives of corner cracked lugs, in comparison with through-
cracked lugs, as reported in Ref 4.

The photoelastic and the numerical data agree in describing an increasing
SIF evolution with crack depth for corner cracks, which has to go through
a maximum before coalescing with the decreasing SIF of a through crack.

Transitioning Crack Behavior

Analytical modeling of the corner crack evolution involves flaw shape
assumptions. A quarter-elliptical approximation of a natural crack is nor-
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FIG. 6—Comparison between photoelastic SIFs for corner cracks in a lug and engineering
SIFs for a through-the-thickness configuration.

mally accepted, and the accurate experimental observations of Ref 29 have
provided its physical background. Self-similar crack growth (that is, it occurs
when the a/c ratio is constant with increasing a/7) is another common
assumption. Reference 24 demonstrates that a constant (in this case quarter-
circular) shape assumption overestimates the cycles to breakthrough by a
factor of two. A transitioning crack that involves the growth portion from
back surface penetration to a stable through-the-thickness configuration is
never self-similar if a quarter-elliptical schematization is maintained [30].
Several criteria have been proposed to characterize the transitioning be-
havior of part-through cracks (an example is in Ref 37). Limited evidence,
however, has been gathered on the actual transitioning behavior in terms
of flaw shape evolution and SIFs.

Recently, this subject has been dealt with in Ref 29. The investigators
studied fatigue crack growth evolution at open holes in transparent PMMA
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FIG. 7—Crack growth patierns at an open hole in wide polymethyl methacrylate (PMMA)
specimens and in finite epoxy specimens and corresponding free-surface SIFs during the transition
from the corner to through the thickness.

specimens. An accurate record of the crack dimensions they obtained with
a photointerpreter/digitizer is shown in Fig. 7. The crack dimensions ob-
served during the photoelastic study of geometrically identical (except in
width) epoxy specimens are introduced in the same figure in order to define
the corresponding points for the SIF comparisons presented in the upper
part of the figure. Since no marked influence on flaw evolution parameters
of the type of loading (that is, fatigue versus monotonic) or of the elastic
material properties (Poisson’s ratio of 0.34 for PMMA versus 0.49 for the
€poxy resin above critical temperature) was previously assessed in Ref 17,
it was expected here that a fatigue and a monotonic crack under identical
boundary conditions would go through similar crack configurations.
Inspection of Fig. 7 yields a comparison between corresponding SIF values
at the two free surface intersections obtained by the crack growth rate
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correlation technique [29] and by frozen-stress photoelasticity. Note that
both techniques evidence a peak in SIF occurring when the crack penetrates
the back surface, which signals a highly unstable crack configuration. Ac-
celerated growth rates ensue and a through-the-thickness configuration is
reached in a limited number of cycles. The higher photoelastic SIFs after
back surface penetration are probably due to the finite width of the epoxy
specimens.

The validity of these observations for open holes are confirmed when
SIFs obtained during the extensive photoelastic study of cracked lugs, re-
ported in Ref 12, are considered. In Fig. 8, front, back, and internal SIFs
are plotted versus the hole and back surface depth of the flaw. The front
and hole SIFs increase gradually up to back surface penetration when a
drastic drop in the front SIF is countered by a less marked decrease in the
back surface SIF. A steadily increasing SIF distribution for the transitioning
portion of crack growth is reported in Ref /2 and is apparent in Fig. 6.
When a stable (that is, through-the-thickness) configuration is regained, the
front and back SIFs coalesce. Interestingly, the internal SIFs seem less
affected by the transitioning process than the surface values.

Pin-loaded Hole in Lug
Corner Crack Transitioning Through
Crack Crack
3 -
¢
K
o/T
2 ~
[ ]
]
( ]
1 ]
M7

© Hole and Back Surface

8 Front Surface
e Mid Flaw

Y T

0 T s(mm) 2T
FIG. 8—SIF evolution during the transition from the corner to through the thickness of a
crack in a lug.
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From the previous observations, it is apparent that a transitioning criterion
for a corner crack at a hole is analogous to the one included in Ref 31 for
surface flaws. The entire crack growth life could be the sum of the corner
crack growth life until breakthrough, and of the through-crack growth life
from a depth equal to the plate thickness divided by the breakthrough aspect
ratio until collapse.

Modeling Aspects of Three-Dimensional Fracture Problems

The practical significance of part-through cracks has been recognized for
the past 20 years. However, the derivation of accurate SIF solutions needed
in fracture calculations has been hindered by analytical complexities. Since
only approximate engineering and numerical methods are applicable, ex-
perimental verification of the resuits is essential.

In 1976, a meeting of three-dimensional fracture specialists identified
three “benchmark” types of flaws to be independently studied in great detail
using a variety of numerical techniques [32]. Semielliptical surface flaws
and quarter-elliptical corner cracks at open holes, both in plates under
tension, were included, and flaw geometries were specified.

Since then, a greater effort probably has been devoted to the development
of accurate SIF solutions for the semielliptical surface crack problem. In
1980, McGowan edited a paper [33] in which the numerical results for the
benchmark crack geometries obtained with different techniques showed a
remarkable agreement. A Schwartz alternating method, boundary integrals,
and finite elements with either virtual crack displacement or crack-tip sin-
gular elements were assessed to yield SIF distributions that fell within a
+3% uncertainty band.

The results of this study demonstrated that powerful numerical techniques
are now available for three-dimensional fracture analysis. However, the
photoelastic results for surface flaws of C. W. Smith and Kirby [7,8] clarify
that SIF values greatly depend on the flaw shape assumption, a prerequisite
of the numerical techniques. An extensive experimental program demon-
strated that natural shallow cracks were indeed semielliptical in shape, but
that natural deep cracks deviated from the assumed semielliptical shape.
Flexural loads had to be applied to approximate the crack aspect ratios
specified by the benchmark geometries. These observations on flaw shape
affected the SIF comparisons. One of the conclusions of Refs 7 and 8§ is
that some benchmark crack geometries recommended by the 1976 workshop
could not be used for uniform tensile loading.

These considerations on modeling of surface flaws are significant for any
part-through crack problem. In the following subsections two aspects in-
volved in part-through crack analysis are discussed. First, local SIF vari-
ations due to natural flaw shape distortions are discussed. The impact on
SIF of the aspect ratio assumption is finally analyzed.
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Local Flaw Shape-SIF Interaction

In LEFM it is normally assumed that crack growth is controlled by the
local SIF value. The photoelastic technique can give some insight on flaw
evolution as related to local SIFs. In Ref /1 it was demonstrated that nu-
merical and experimental results for open holes agree closely when the
assumed and observed flaw shapes are similar (see the example in Fig. 9).
The observed flaw and the approximating quarter ellipse of Test 3 are almost
identical, and numerical and experimental SIF distributions are close. How-
ever, in practice, observations of postfailure fracture surfaces often display
distorted flaw shapes. These flaws cannot be modeled numerically while
photoelastic specimens sometimes present themselves in irregular flaw shapes.
The recorded flaw shapes of some corner crack tests at open holes and
fitted quarter ellipses are also shown in Fig. 9.

In Test 1, the natural flaw trails the fitted quarter ellipse in the interior;
in Test 2 the natural flaw shape leads the fitted ellipse in the inner portion
of the crack. When the photoelastic SIFs are compared to FEAM results
[18] for an approximating flaw geometry, the downward concave SIF dis-
tribution indicates an increase in growth rate to be expected in the interior
for Test 1. Conversely, for Test 2 a drop in the photoelastic SIF below the
numerical results in the interior suggests a local decrease in crack growth.
Similar observations were pointed out in Ref 34.

It follows that an upward concave SIF distribution at the crack-free surface
intersections and a nearly flat SIF distribution in the inner portion of the
crack define a stable crack configuration with respect to the loading and
geometrical boundary conditions (see Test 3).

Aspect Ratio Effect on Corner Crack SIFs

Extensive testing and accurate recording of the flaw shape evolution of
corner cracks at open holes in fatigued PMMA specimens reviewed recently
in Ref 29 have already been presented in Fig. 3. (Test 8 of Ref 29 is not
included.) The shaded area defines the scatter band of observed fitted
elliptical aspect ratios. In the same figure the aspect ratios observed during
monotonic growth of cracks in epoxy demonstrates an accurate modeling
of the corner crack at an open hole. Figure 3 defines a characteristic a/c
ratio ranging from 1.5 to 2.0. In order to assess the influence of the flaw
shape assumption on SIF distributions, the FEAM results for a corner crack
of depth a/t = 0.5 and for various a/c ratios [18] are presented in Fig. 10.
The numerical SIF distributions associated with 1.5 < a/c < 2.0 display
nearly constant, upwardly concave distributions, and photoelastic SIFs con-
firm the observation. The photoelastic SIF drop in the interior was addressed
in the preceeding subsection. The numerical SIFs show steep SIF gradients
for a/c < 1.5 or downward concave SIF distributions for a/c > 2.0. The
author concludes that crack aspect ratios outside the previous a/c range are
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FIG. 10—Aspect ratio effect on SIF distributions for a corner crack at an open hole.

not associated with pure tensile loading. Also, steep gradients or downward
concave SIF distributions may indicate a mismatch between the flaw aspect
ratio and imposed boundary conditions.

These considerations and those previously included in the transitioning
crack section confirm the validity of a multidimensional (that is, more than
two free parameters) crack growth approach because it can be extended to
non-self-similar propagation. Such an approach was developed in Ref 35
for corner cracks at holes. An SIF-based check of the flaw shape stability
at each crack increment was also incorporated in a part-through crack growth
prediction scheme.

Summary

In the present paper a series of frozen-stress photoelastic results have
been presented and discussed. Corner, transitioning, and through-the-thick-
ness cracks have been analyzed in terms of actual flaw shapes and corre-
sponding SIF distributions. Single cracks at open holes and pin-loaded at-
tachment lugs were examined.

One goal was to compare the experimental results with engineering so-
lutions from the literature for the crack configurations considered. Through-
crack behavior seems well-characterized by the existing solutions. The cor-
ner crack configuration presents additional difficulties essentially related to
the observed SIF gradients along the flaw profiles. The transitioning be-
havior of a part-through crack has also been analyzed in terms of SIFs. This
is particularly significant because this problem is not tractable with numer-
ical methods since the crack growth is markedly non-self-similar.

Finally, aspects associated with modeling three-dimensional fracture
problems have been discussed. The LEFM assumption of SIF-controlled
local flaw evolution appears experimentally motivated. Although the ex-



170 FATIGUE IN MECHANICALLY FASTENED JOINTS

perimental technique used throughout the work has its own limitations, it
represents a powerful engineering tool for treating complex fracture prob-
lems, especially when non-self-similar crack growth patterns are involved.
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ABSTRACT: Spectrum fatigue test results are presented on riveted lap joint and
flush joint specimens made from 7075-T6 plate and extrusion and from 7091-T7E69
and IN9021 powder metallurgy (PM) aluminum alloys. For the lap joint specimens,
the 7091-T7E69 PM plate material exhibited a shorter fatigue life than the 7075-T6
plate, 7091-T7E69 extrusion, and IN9021 extrusion materials. Crack growth rates
were determined for the PM aluminum alloys from characteristic markings made on
the fracture surfaces by the modified Minitwist fatigue loading spectrum. Fatigue life
predictions were made for two types of 7075-T6 aluminum joints using the local stress-
strain method of fatigue analysis. Finite element stress analyses were conducted to
determine the local stress and strain at the fatigue critical location of the test specimens
due to the spectrum of applied loads. Fatigue life predictions agreed with the test
results within a factor of 1.22 for the two types of 7075-T6 specimens analyzed when
accounting for the difference in fatigue properties of the materials with respect to
grain direction.

KEY WORDS: riveted joints, aluminum alloys, finite element analysis, fatigue anal-
ysis, spectrum fatigue tests, fatigue life, fracture surface markings, crack growth rate,
evaluation, powder metallurgy (PM)

Aluminum rivets are used extensively for joining members in aluminum
aircraft structures. Good joint fatigue lives are obtained with rivets that
expand to fill the fastener hole during installation. A proper installation
imparts a small amount of residual stress in the sheet materials, which to
a large extent alleviates variations in manufacturing hole quality. The rivet
installation does not impart a large amount of residual stress, such as the
split-sleeve cold working process, or a large amount of clamp-up, as with
steel threaded fasteners with torque-off collars. Therefore, the effects of
residual stress due to cold working or frictional restraint due to clamp-up
are not considered in this paper.

Fatigue life predictions based on local stress and strain have been emerg-
ing since the late 1960s. These methods of analysis have been shown to be
accurate for predicting the fatigue life of notched specimens by various
investigators [/]. However, the methods of analysis have generally not been

! Research and development engineer, Lockheed-California Co., Burbank, CA 91520.
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applied to predicting the fatigue life of mechanically fastened joints. This
is because of the difficulty in accounting for the effects of residual stress
due to cold working the hole, frictional restraint due to clamp-up, or fretting,
which usually occurs in dry joints. This paper presents the fatigue test results
of joints made from various aluminum materials and riveted with 7050-T73
and 2024-T31 alloy rivets. The joints were fabricated with a faying surface
polysulfide sealant, and the fasteners were installed wet, which minimizes
the effect of fretting fatigue, according to process bulletins of the Lockheed-
California Co.

The local stress and strain at the fatigue critical location were determined
for two types of aluminum joints using finite element analysis. Finally,
fatigue life predictions were correlated with spectrum fatigue test results.

Fatigue Tests of Riveted Joints

Some fatigue tests were conducted to compare the fatigue properties of
riveted joint specimens made from 7075-T6 aluminum plate and various
powder metallurgy (PM) aluminum alloys. The geometries of the two types
of specimens tested are shown in Fig. 1. The spliced joint specimens were
made from 7075-T6 and 7091-T7E69 aluminum plate machined to 3.81-mm
thickness and joined together with a 7075-T6 tee extrusion. The spliced
joints were fastened with eight 4.76-mm-diameter 7050-T73 protruding head
rivets with a 2D edge distance and a 4D spacing. The four-row lap joint
specimens were made from four different aluminum alloys, 7075-T6 plate,
7091-T7E69 plate, 7091-T7E69 extrusion, and IN9021 extrusion. The ma-
terials were machined to 3.81-mm thickness and joined together with 4.76-
mm-diameter DD (2024-T31) protruding head rivets at a 2D edge distance
and 4D spacing. The joints were assembled with a faying surface sealant,
and the fasteners were installed wet. The installation of the fastener ex-
panded the diameter of the hole about 0.076 mm (0.003 in.).

Spectrum fatigue tests were conducted using the Minitwist (Modification
A) spectrum loading sequence. The Minitwist fatigue loading spectrum [2],
representative of the stresses in the wing lower surface of a transport aircraft,
was modified (Modification A) by resequencing the 14 most severe flights,
as shown in Table 1. Groups of 2 or 3 of the 14 most severe flights were
spaced at 800 flight intervals within the basic 4000 flight spectrum. The
relative severity of Flights A through E is indicated by the ratio of the
maximum flight stress to the mean flight stress, S;../S., in Table 1. Each
group of severe flights was arranged in a low/high sequence. The flight
groupings with the A, B, and C flights were arranged in a low/high sequence
after the first application of the A flight. As shown in Ref 3, this spectrum
sequence provides characteristic markings every 800 flights on the fracture
surface of 7075-T6 sheet and 7091-T7E69 plate materials, which aids in the
post-failure examination of fatigue and crack growth test specimens. The
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FIG. 1— Design of mechanically fastened joint specimens: the fasteners were instailed wet and
assembled with a faying surface sealant; the dimensions are in millimetres (inches).

TABLE 1—Location of 14 most severe flights for Minitwist and
Minitwist Modification A spectra.

Flight Number of Spectrum Sequence

Minitwist S
Type of Flight Minitwist Modification A Ratio®
A 1656 2800 2.60
B 2856 2001 2.50
C 501, 2926, 3841 401, 1201, 3601 2.30
D 106, 412, 689, 1099, 1653, 399, 400, 1199, 1200, 1999, 2.15
2682, 3360, 3835, 3894 2000, 2799, 3599, 3600
E .. . 1.995

“Smax = maximum flight stress; S, = mean flight stress.
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author hoped that this spectrum sequence would also make characteristic
markings on the fracture surface of the riveted joint specimens.

The results of the fatigue tests are given in Table 2. Both types of spec-
imens were laterally restrained at the center of the joint, as shown in Fig.
1. The spliced joint specimens were tested at a 1-g stress of 62.1 MPa (9
ksi) and the lap joint specimens were tested at 1-g stress of 68.95 MPa (10
ksi). The spliced joint specimen failed in the 7075-T6 tee extrusion across
the inside fastener row, as shown in Fig. 1a. The lap joint specimens failed
in the sheet at the outside fastener row, either in the sheet next to the
fastener heads or in the sheet next to the fastener bucktails.

As shown in Table 2, both spliced joint specimens failed in the 7075-T6
extrusion; therefore, no comparison can be made between the two plate
materials. For the lap joint specimens, the 7091-T7E69 PM plate material
exhibited a shorter fatigue life than the 7075-T6 plate, 7091-T7E69 extru-
sion, and IN9021 extrusion materials. Metallurgical examination indicated
the 7091-T7E69 plate material was recrystallized, which may explain the
poor fatigue test results. A large scatter was exhibited by both PM extrusion
materials. Inclusions were noted at many places on the fracture surface of
the IN9021 material, as shown in Fig. 2. An inclusion located in the vicinity
of the fatigue origin would be a cause for early fatigue crack initiation.
However, no inclusions were noted on the fracture surface of the 7091-
T7E69 extrusion material.

The Minitwist (Modification A) spectrum made markings on the fracture
surface of the PM aluminum materials, as shown in Fig. 3 for Specimen

TABLE 2—Summary of fatigue tests conducted on mechanically fastened joint specimens.

Flight
Specimen  1-g Gross Geometric

Joint Type Area Stress, Specimen Failure Flights to  Mean

Material (see Fig. 1) MPa* No. Location® Failure  Flights

7075-T6 plate spliced joint  62.10 Al tee 9199 10 176°

7091-T7E69 plate spliced joint  62.10 B1 tee 11 257 R

7075-T6 plate lap joint 68.95 A3 tail 53185 42269
F1 head 50 788
F3 tail 29 991

7091-T7E69 plate lap joint 68.95 B2 tail 19 941 24 100
B3 head 29 203

7091-T7E69 extrusion  lap joint 68.95 c2 tail 80011 37 400
C3 tail 17 507

IN9021 extrusion lap joint 68.95 D2 tail 17 321 40 800
D3 tail 96 055

“Minitwist (Modification A) test spectrum. The end of each flight goes to ~0.5 1-g flight
stress.

*Failures at locations shown in Fig. 1 are as follows: head—failure in the sheet next to the
fastener heads; tail—failure in the sheet next to the fastener bucktails; and tee—failure in the
tee extrusion.

‘Both specimens failed in the 7075-T6 tee extrusion.
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FIG. 2—Inclusion noted by arrows on macrophotos at two locations on the fracture surface
of IN9021 extrusion in Specimen D2 (magnification X 25).
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D2. These narrow markings are readily identifiable visually or under low
magnification and are due to the growth flights spaced at 800 flight intervals.
No markings were observed on the fracture surfaces of the 7075-T6 alu-
minum. The differences in marking characteristics between the two types
of materials is attributed to microstructural features. The PM aluminum
alloys have a very fine grain structure and the fracture surfaces are very
smooth, including the raised markings made by the severe flights. The 7075-
T6 aluminum has a much larger grain structure and the fracture surfaces
have a rough jagged appearance. A slight mismatch between mating surfaces
during compression loading will cause the fracture surfaces to rub and ob-
literate the markings on the 7075-T6 aluminum but not on the PM aluminum
alloys.

Visual examination of the fracture surfaces was made to determine the
number of flights of crack growth as indicated by the markings on the
fracture surfaces. Table 3 presents a summary of the results, including the
number of crack origins and the initial and final crack sizes of the largest
crack observed on the fracture surface. The smallest observable marking
was a semicircular corner crack approximately 0.5 to 0.8 mm long. Specimen
D3 had some sealant near the origin which covered the fracture surface out
to about 1.27 mm from the origin. These results indicate a crack growth
life varying from about 6500 flights for 7091-T7E69 plate to about 11 000
flights for IN9021 extrusion. The fact that companion specimens had a
different number of crack origins did not have a significant effect on the

TABLE 3—Summary of crack growth measurements made on fracture surfaces of lap joint
fatigue specimens.

Measurements of Largest Crack®

No. of
Specimen Crack Initiai Crack Finai Crack Flights of

No. Origins Location” Size, mm Size, mm Crack Growth
Al 4 edge R 43

center 4.3
B1 4 edge C 7.1
A3 4 center A 12.5
F1 2 edge . 6.4
F3 3 center L 9.7 C
B2 4 center 0.56 8.4 6 741
B3 2 center 0.66 6.1 6 400
2 2 edge 0.51 6.6 10011
C3 3 edge 0.64 6.6 8121
D2 3 center 0.41 10.9 10 321
D3 2 center 1.19 13.0 11255

“The crack is measured on the faying surface from the edge of the fastener hole.
¥The center crack is between the fastener holes. The edge crack is between the fastener
hole and the edge of the specimen.



EKVALL ON FATIGUE OF RIVETED METALLIC JOINTS 179

crack growth interval. Also, the large differences in fatigue lives between
the specimens of the two PM extrusion materials is not due to differences
in the crack growth rates.

Crack growth curves for the largest cracks in Specimens D2 and D3 are
plotted in Fig. 4 based on measurements made of the markings on the
fracture surface. The locations of the A and B flights were identified based
on the pattern of the markings and their relationship to the flights associated
with final failure. Both curves are relatively smooth continuous curves even
though the A and B flights contain loadings significantly higher than those
of the other flights (see Table 1). Although the A, B, and C grouping of
flights produce characteristic markings, there is no indication of crack growth
retardation after the application of the A or B flights in Fig. 4. This was
also noted on the crack growth curves of 7075-T7E69 plate presented in
Ref 3, where crack growth measurements were made at closely spaced
intervals. This is in agreement with McEvily [4], who noted a lack of de-
tectable crack closure for IN9021 PM aluminum alloy even at threshold.

Finite Element Analysis

Finite element analyses were conducted for both joint specimens to de-
termine the relationship between applied load and local stress at the failure
location. The finite element model developed for the two joint specimens
is shown in Fig. 5. The finite element models consisted of a series of bar
elements connected at node points, which were offset at the fastener lo-
cations, as shown in Fig. 5. For the bypass load, the node is along the
centroidal axis (center of gravity) of the plate. For load transfer, the node
point is at the interface between the two plates.

The fasteners were modeled by three spring constants corresponding to
the stiffnesses due to an axial load, a shear load, and a bending moment
applied to the fastener. For calculating the spring constants, the fastener
was modeled as a double cantilever beam fixed at the centerline of each
plate. The equations for the cantilever beam fastener stiffnesses are

k = 3EL 104G .
oL 9L W
AE
k=T @)
2EI
Ko = =5 ©)
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where

L = length,
A = circular cross-sectional area,
I = moment of inertia, and

F and G = material modulii.

The fastener stiffness K, in Eq 1 includes the combined effects of bending
and shear deformation due to a shear load where % corresponds to a
constant applicable to a circular cross section. The fasten stiffnesses K, and
K,in Egs 2 and 3 represent the stiffnesses due to an axial load and a bending
moment, respectively.

The finite element analysis was conducted using Calac-NASTRAN Rigid
Format No. 4 Differential Stiffness Analysis [5]. The basic features of this
analysis include large displacements, small strains, and elastic behavior of
materials. The solution starts with the linear static analysis solution. The
stiffness matrix is then modified for the next solution based on the output
from the linear analysis. This iterative process is repeated after each analysis
until the changes in the solution reach a specified error limit between the
current solution and the previous solution. The results of the analysis ac-
count for the nonlinear response of the specimen as a function of the applied
load.

The results of the finite element analysis were compared with the mea-
sured strains for the instrumented tee-joint specimen at an applied stress
of 82.7 MPa (12 ksi). The average strains for back-to-back gages installed
just outside of the joint agreed with the predicted average strain within §%.
This agreement between predicted strain and measured strain is not much
larger than the error expected for strain gage measurements.

The relationship between applied load and peak stress was determined
at the failure location for each joint test specimen. In order to compute
the peak tension stresses, the output of the stresses from the finite element
model was increased by (1) the ratio of gross area to net area (1.33), (2)
the theoretical stress concentration factor, K,, for the bypass load, and (3)
the K, value for the bending load in the plate. The K, values were calculated
from Ref 6. For compression stresses, the bypass load was assumed to have
a K, of 1.0; that is, the fastener was assumed to be effective in transferring
compression load across the fastener hole. The relationship between the
peak stress at the edge of the critical fastener hole and the applied gross
area stress is shown in Fig. 6.

The finite element model predicted the correct failure locations, shown
in Fig. 1 for both specimens. The maximum tensile stresses were found at
the interface of the first fastener row for the lap joint and at the interface
of the second fastener row for the spliced joint. The load transfer was also
the highest at these two failure locations; that is, 30% for the lap joint and
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Joints.

54% for the tee-spliced butt joint. The load transfer for the tee-spliced joint
is much higher than the load transfer in typical highly loaded joints in aircraft
structures, which explains the poor fatigue life obtained with this specimen.
The lap joint specimen, with a 30% load transfer, is more representative
of the amount of load transfer at highly loaded fasteners in aircraft struc-
tures.

Fatigue Analysis

Fatigue analyses of the two joint specimens were conducted using the
method of analysis presented in Ref 7 and illustrated in Fig. 7. The fatigue
life prediction method of analysis is based on the local stresses and strains
at the fatigue critical location. Local stress and strain are calculated using
the cyclic stress-strain properties of the material and Neuber’s rule [8]. The
stress cycle is expressed in the form of an effective stress using Walker’s
equation [9). The fatigue allowables are determined from S-N and spectrum
tests conducted on notched coupons. Spectrum test data on aluminum alloys
[7] indicate that the fatigue allowable curve needs to be reduced beyond
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FIG. 7—Local effective stress fatigue analysis methodology.

10° cycles. Predictions using this reduced allowable curve and Miner’s rule
provided correlations with flight-by-flight spectra tests conducted on notched
coupons [7] within a factor of 2.0. Correlations between Palmgren-Miner’s
fatigue life predictions and spectrum test results of 7075-T6 notched coupons
differ by more than a factor of 3.0 [7].

A computer program based on the analysis method shown in Fig. 7 was
used to predict the fatigue lives for the joint specimens that failed in 7075-
T6 material. The fatigue allowables shown in Fig. 8 [7] are based on S-N
and spectrum fatigue tests of specimens fabricated in the longitudinal grain
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direction of 7075-T6 aluminum. For the analysis of flight-by-flight spectrum
test results, the lower curve in Fig. 8 is applicable. The value of the empirical
material exponent, m, in Walker’s equation for this material is 0.425. The
Minitwist (Modification A) spectrum was converted to local effective stresses
at the fatigue critical location using the relationships given in Fig. 6. The
computerized analysis was conducted on a cycle-by-cycle basis for the exact
4000 flight sequence of cycles applied to the test specimens.

The fatigue allowables in Fig. 8 are directly applicable to the lap joint
specimens since the failures occurred in the longitudinal grain direction of
the sheet material. For the lap joint specimens, the predicted fatigue life
was 38 674 flights, in comparison with the geometric mean life of 42 269
flights (Table 2), which differs by a factor of 1.09.

The spliced joint specimens failed in the transverse grain direction of the
extrusion. Some test data from Ref 10 are used to account for differences
in the fatigue properties with respect to grain direction of the material.
Spectrum fatigue tests were conducted on notched (K, = 2.7) 7075-T6510
extrusion specimens tested in both grain directions. The spectrum, shown
schematically in Fig. 9, is representative at the wing root on the lower surface
of a transport aircraft. The 184-flight block contains air loadings, ground
loadings, and mean-to-mean ground/air/ground loadings applied in a low/
high sequence.

The test results, plotted in Fig. 10, were geometric mean lives of 31 416
flights for the specimens tested in the longitudinal grain direction and 19 252
flights for four specimens tested in the transverse grain direction. These
data indicate that the fatigue life is 1.63 times longer in the longitudinal
grain direction than in the transverse grain direction. Applying this factor
to the mean life of the spliced joint specimens gives 16 586 flights, which
is in contrast to a predicted value of 20 272 flights or a difference factor of
1.22.

Conclusions

1. Riveted lap joints made from 7091-TE69 plate material exhibited a
shorter fatigue life than joints made from 7075-T6 plate, 7091-T7E69 ex-
trusion, and IN9021 extrusion materials.

2. Metallurgical examination indicated the 7091-T7E69 material was re-
crystallized, which probably explains the poor fatigue test results for this
material.

3. Many inclusions were noted in the fracture surfaces of the IN9021
extrusion specimens.

4. The Minitwist (Modification A) fatigue loading spectrum provided
visually identifiable markings on the fracture surfaces of 7091 and IN9021
PM aluminum alloys at intervals of 800 flights. Markings on the fracture
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surfaces of 7075-T6 plate were obliterated during compression loading by
rubbing contact between the mating surfaces. Contact between mating sur-
faces of the PM aluminum alloys did not affect the markings because the
fracture surfaces were very smooth.

5. Fatigue life predictions for 7075-T6 aluminum using the local stress-
strain method of fatigue analysis for two types of joint specimens correlated
with the Minitwist (Modification A) spectrum fatigue test results within a
factor of 1.22 when accounting for the difference in fatigue properties of
the material with respect to grain direction.
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ABSTRACT: A repair technique for cracked structures that consists of stop drilling
the crack tip is examined. This repair procedure is enhanced by cold expanding the
stop-drill hole and by installation of an interference-fit fastener. An experimental
and analytical investigation of the effectiveness of the enhanced stop-drill procedure
is presented. The analysis consists of elastic-plastic stress analysis utilizing the finite
element approach to determine residual stress distributions, stress intensity factors
around the stop-drill holes due to cold expansion, and stress intensity factors along
the fatigue crack paths followed by crack initiation and crack growth life predictions.
Comparisons of the life predictions and fatigue test data are also presented. The
results indicate that cold expansion and interference-fit fastener installation improve
the fatigue performance of stop-drill holes through crack tips by factors ranging from
3 to 20.

KEY WORDS: fatigue, fracture mechanics, cold working, stop-drill, fatigue en-
hancement, interference-fit fastener (IFF)

Fatigue cracks in airframe structures have always raised serious concern.
While not as technically acceptable as reworking or replacement of the
cracked structure, stop drilling at the crack tip is commonly used as an
interim repair procedure. Typically, this procedure involves drilling a hoie
at the tip of the crack to reduce the stress concentration and, hopefully, to
retard further crack growth. Unfortunately, cracks often quickly reinitiate
from the stop-drilled hole (Fig. 1) because of relatively high stress concen-
tration of this notch geometry. Also, there are incidents where the stop-
drill hole is not accurately located, leaving the crack tip in the structure
and permitting crack growth to continue. These circumstances necessitate
further repair, increased aircraft downtime, and increased maintenance costs.

' Engineering manager, Fatigue Technology, Inc., Seattle, WA, 98188.
2 Group head and Engineering specialist, respectively, Structural Mechanics, Grumman
Aerospace Corp., Bethpage, NY, 11714.

190

C,opyright© 1986 by ASTM International WWW.astm.org


http://www.astm-org

191

LANDY ET AL ON ENHANCED STOP-DRILL REPAIR PROCEDURE

‘uonvnns 4vdas pap-dogs word{] —1 ‘DI

3701 1140 4018 2




192 FATIGUE IN MECHANICALLY FASTENED JOINTS

Furthermore, a serious safety problem can develop if excessive crack growth
occurs prior to the next scheduled inspection.

An enhanced stop-drill repair procedure has been developed [1] to in-
crease the fatigue crack reinitiation life and crack propagation life at the
stop-drill hole. The enhanced procedure consists of stop drilling the crack
tip and then cold expanding (cold working) the stop-drill hole. Further
fatigue enhancement is achieved by inserting an interference fit fastener in
the stop-drill hole. If the fatigue crack originated at a fastener hole, the
fastener hole should also be given the same fatigue enhancement treatment
since another fatigue crack could be initiated at this location.

An experimental and analytical program was carried out to quantify the
fatigue life improvement that the fatigue enhancement introduces to the
stop-drill repair. Fatigue tests of specimens having an enhanced stop-drill
repair configuration were performed. These tests measured fatigue life for
variations in the amount of cold expansion, amount of fastener interference,
different structural materials, constant amplitude and fatigue load spectrum
cycling, and even the effect of the stop-drill hole missing the crack tip. The
primary material used in the investigation was 7075-T651 aluminum alloy
plate. A multistep analytical procedure was developed to predict the mag-
nitude of the residual stresses resulting from cold expansion of the hole, to
predict the crack initiation life, and to predict the crack propagation life.
The analytical procedure provided good correlation with the test data and
can be used to predict the life of enhanced stop-drilled cracked structures.

Description of Problem

The stop-drill problem is illustrated in Fig. 2. A fatigue crack initiates at
a fastener hole in a structure that experiences cyclic loading. After the crack
becomes sufficiently large and is detected, a hole is drilled so that the crack
tip is removed. This stop-drill hole reduces the stress concentration at the
crack tip. Under additional fatigue cycling, a fatigue crack will initiate on
the stop-drill hole circumference opposite the original fatigue crack if the
principal applied stress is perpendicular to the crack. If the stop-drill hole
is cold expanded, the crack initiation life and the subsequent crack prop-
agation life are increased considerably. Further enhancement of the fatigue
life can be effected by inserting an interference fit fastener in the stop-drill
hole. The same enhancement procedures can be applied to the fastener
hole, thus increasing its fatigue life.

Experimental Program

A test program was organized to quantify the life improvement introduced
by the enhanced stop-drill repair procedure. Parameters for investigation
included: (1) the effect of the amount of applied cold expansion, (2) the
effect of fastener interference, and (3) the effect of missing the crack tip
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FI1G. 3—Fatigue test specimen—slotted hole. PL indicates the centerline. The dimensions are
in inches (I in. = 25.4 mm).

during stop drilling. The baseline material selected for the study was 7075-
T651 aluminum alloy.

A test specimen was designed to simulate a crack in a structural panel
with a stop-drill hole located at or near the crack tip. This specimen (Fig.
3) has a thin [0.30-mm (0.012-in.)] slot representing a fatigue crack that is
34.29 mm (1.35 in.) long and perpendicular to the loading direction. A 6.35-
mm-diameter (0.25-in.) hole at each end of the slot represents the stop-
drill hole. The edge margin was maintained at a ratio of e/D = 2.0 (distance
from the center of the hole to the edge of the part/hole diameter) with
reference to the nominal final hole diameter. The nominal specimen thick-
ness was 6.35 mm (0.25 in.). The static tensile properties and results of
chemical analysis of the 7075-T651 plate used for the experiments are pre-
sented in Tables 1a and 1b.

Cold-expanded (CX) specimens were prepared by reaming pilot holes to
the appropriate starting hole diameter. The holes were then cold expanded,
final reamed, and fitted with a steel fastener, where applicable. The fas-
teners used were protruding-head, straight-shank Hi-Lok fasteners installed
with various amounts of interference. Cold expansion was accomplished by
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TABLE la—Material properties of 7051-T561 alloy.”

Yield Strength Elongation
(0.2% Offset), Ultimate Tensile (in O to 7-in. gage
Material ksi Strength, ksi length), %
7051-T561 alloy 79.3 84.7 10.0

“Conversion factors: 1 ksi = 6.9 MPa; 1 in. = 25.4 mm.

drawing an oversized mandrel through the stop-drill hole, using a prelu-
bricated stainless steel split sleeve. Non-cold-expanded (NCX) specimens
were prepared by final reaming pilot holes to the required size and fitting
fasteners, where applicable. When the fasteners were fitted, a backup block
was used between the back of the specimen and the nuts to preclude fretting
failures.

For investigating the effect of missing the crack tip during stop drilling,
specimens were precracked so as to obtain sharp, natural cracks emanating
from the stop-drill holes. Starter notches were cut into the sides of both
pilot holes with a travel wire electrical discharge machine. The specimens
were then cycled under decreasing load until cracks had initiated and grown
to the appropriate length. The holes were then cold expanded and final
reamed (enhanced stop-drill repair), or final reamed (standard stop-drill
repair), so as to leave 1.27 or 2.54-mm (0.050 or 0.100-in.) sharp cracks,
as required.

All the specimens were cycled to failure in closed-loop, electrohydraulic
fatigue test machines, under load control, in laboratory air at ambient tem-
perature. Loads were applied to achieve the stated stress level, based on
the net cross-sectional area of the specimen—the gross area less the area
of the holes and slot. Constant-amplitude loads were generated by digital
function generators. The test machines and associated electronics are cal-
ibrated semiannually, with a standard traceable to the National Bureau of
Standards. Test results in terms of log mean cycles to failure are plotted in
Figs. 4 and 5.

Figure 4 illustrates the effect of cold expanding the stop-drill holes. The
figure shows that the fatigue life is increased from 5000 to 122 000 iog mean
cycles to failure by cold expansion alone. This is a factor of over 20 on life.
Further fatigue enhancement can be achieved by installation of interference-

TABLE 1b—Chemical analysis of 7051-T561 alloy, in weight percent.

Material Cu  Si Fe Mn Mg Zn Cr Ti OE* OET* Al

7051-T561 1.57 0.08 0.23 0.048 254 547 021 006 0.15 0.15 balance

°Other elements.
*Qther elements, total.
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FIG. 4—Effect of cold expansion on the fatigue life of open-hole specimens.

fit fasteners (IFF) after cold expanding the stop-drill holes. As shown in
Fig. 5, installing neat fit or slight clearance fit fasteners increases the fatigue
life to about 400 000 log mean cycles to failure. Groups of five specimens,
each having fasteners with interference levels of 0.0381 and 0.076 mm (0.0015
and 0.0030 in.) were also fatigue tested. These specimens were tested to be
between 1 million and 2.7 million cycles, and no failures were observed.
This combination of CX and IFF increased the fatigue life by a factor of
over 200 times in comparison with a standard, nonenhanced stop-drill hole.

Analytical Program

A multistep analytical procedure was employed to predict the fatigue life
of the cracked, stop-drilled structure. The procedure consisted of the fol-
lowing sequence of analyses: (1) an elastic-plastic finite element analysis
(FEA) to determine the residual stress distributions resulting from cold
expansion of the stop-drill holes, (2) calculation of stress intensity factors
(SIF) for applied and residual stresses, (3) calculation of life to crack ini-
tiation, and (4) calculation of crack growth life. The total life is the sum of
the predicted crack initiation and crack propagation lives. The procedure
used here is similar to the procedure used in an earlier study [2] of the
fatigue behavior of round cold-expanded holes.
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Assumptions that are central to the analytical procedure include the fol-
lowing:

1. Crack initiation life is cyclic life to create a 0.254-mm-radius
(0.01-in.) corner crack at the stop-drill hole.

2. Crack propagation life is life to grow a 0.254-mm-radius (0.01-in.)
corner crack to fracture.

3. Superposition of residual and applied stress intensity factors is valid:

Koo = Kapplied loads T Kresidual (1)

4. Crack growth is governed by K 1,.
5. Kigaua distribution is a function of the residual stress distribution in
the cracked structure.

Stress Analysis of Cold Expanded Holes

Cold expansion is treated by means of a two-dimensional elastic-plastic
finite element analysis program [3] in which an incremental solution algo-
rithm based on the residual force method [4] is used. The hole cold expan-
sion process is simulated by enforcing appropriate constraint conditions for
those nodes on the hole circumference and prescribing that the hole expand
radially in a uniform manner to a diameter, D, corresponding to an initial

¢ B4 bl
6 o Ii: — o
(L B .
[
Fo 7 —e—i
10°
CYCLES 7075.T651 PLATE, 0.25 IN. THICK
TO CONSTANT AMPLITUDE,
FAILURE Smax = 38 KS!
10% R =005
FILLED HOLES, 0.0015 IN,
FASTENER INTERFERENCE
. PROT HEAD 1/4 HILOCKS
cX cX cx cX
tOG AVERAGE 204 389 N/A N/A ® = FAILURE
X 1,000
za NO FAILURE
M'N'M;":”(:O%'LURE 241 237 N/A N/A +— = LOG AVERAGE
VAL 'FASTENEH CX = COLD EXPANDED AT 6%
INTERFERENCE 1N, | 0001 | 0000 | 0.0015 | 0.0030 | Ncx - NON-COLD EXPANDED

1 KSIWVIN. = 1.1 MN-m=3/2

FIG. 5—Effect of cold expansion plus interference-fit fasteners on fatigue life.
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expansion defined by

i(%)=ﬁI;Dx1()0 )

where D and D are the original and maximum expansion hole diameters,
respectively. The nonlinear stress-strain behavior of the material is char-
acterized by the three-parameter Ramberg-Osgood equation.

At this point the plate has experienced elastic deformation and its be-
havior is governed by the following equilibrium equation written in matrix
form,

[KHup = {F} +{Q} (3)

The applied nodal load vector, F, represents a set of forces corresponding
to the uniform radial expansion of the stop-drilled hole. The vector is de-
termined from the prescribed radial-displacement constraint conditions and
reflects the asymmetric character of the local stiffness of the cracked stop-
drilled hole. The vector Q is the set of nodal forces developed from the
prevailing plastic strains present in the structure. The plastic strains are
treated in much the same manner as initial (thermal and lack-of-fit) strains.

The residual stresses corresponding to a springback from the cold ex-
pansion are determined by removing the multipoint constraint conditions
previously imposed during the radial expansion of the hole. At the relaxed
(springback) state, the governing equation becomes

[K}u} = {0} 4)

where the elastic stiffness matrix, [K], and the plastic residual load vector,
Q, differ from their counterpart representations in Eq 3 to account for the
additional independent nodal degrees of freedom (DOF) resulting from the
release of the multipoint constraints. The vector of residual displacements,
u,, 1s then used to establish corresponding levels of residual stresses, strains,
and changes in energy level.

A finite element idealization of the stop-drill slotted specimen is shown
in Fig. 6. To take advantage of symmetry about two axes, only one quarter
of the specimen was modeled, implying a crack at each of the two stop-
drill holes. The model has 446 members with 684 nodes and 1413 DOF. In
the region around the stop-drill hole, where large stress gradients and plastic
stresses were expected, eight-noded isoparametric quadrilateral finite ele-
ments were employed. Away from the slotted hole region, four noded
quadrilateral finite elements were deemed adequate and were used. The
stresses and strains in the eight-noded elements are determined at a set of
two-by-two Gaussian quadrature points within the element and then ex-
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FIG. 6—Finite element idealization.

1IN, = 256.4 mm

trapolated to the nodal locations. For the four-noded elements, only the
centroidal values of stress and strain are considered.

Circumferential (hoop) stresses along the x-axis during and foilowing the
cold expansion process, determined by the elastic-plastic FEA, are pre-
sented in Fig. 7. It is along this path that a fatigue crack will initiate and
grow. Also shown in Fig. 7 are the same stress distributions for cold ex-
panding a round hole. A 4.5% mandrel interference level was used for both
the slotted and round holes. Note that the residual stress distributions for
both geometries are similar, but that the slotted configuration has residual
compressive stresses extending out to a greater distance from the edge of
the hole than the round configuration. Since the compressive residual stress
increases crack growth life, it is expected from this result that the slotted
configuration will have superior crack growth life for crack lengths greater
than about 1.27 mm (0.05 in.). The opposite may be true for cracks smaller
than 1.27 mm (0.05 in.). At the edge of the hole (x = 0), the residual
compression stress is slightly higher for the round hole configuration.

Residual stresses along the crack path (x-axis) are about the same for
both round and slotted configurations, but this is not true around the cir-
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FIG. 7—Stresses during cold expansion of 4.5%.

cumference of the hole. Presented in Fig. 8 are hoop stresses around the
circumference of the hole for both the round and slotted configurations. It
can be observed that the cold expanded round hole configuration produces
residual compressive hoop stress that is fairly constant all around the cir-
cumference, but the slotted hole produces residual compressive hoop stresses
that vary from a maximum near the x-axis to zero at the slot which is at
6 = 180 deg. This result shows that the cold expansion is generally less
effective for the slotted hole, that is, produces smaller hoop stresses. How-
ever, along the x-axis where fatigue cracks initiate, the cold expansion is
very effective and produces high residual compressive stresses along the
crack path.

The effect of varying the mandrel interference on residual stresses is
shown in Fig. 9. Increasing the mandrel interference does not affect the
magnitude of the maximum compressive residual stress, but significantly
increases the size of the compressive residual stress region. This is beneficial.
However, to achieve static equilibrium, the compressive residual stress must
be balanced by tensile residual stresses farther away from the hole. In this
case, tensile residual stresses remain at the free edge, and their magnitude
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FIG. 9—Residual stresses due to cold expansion of a slotted-hole specimen.

increases with increasing mandrel interference. These tensile residual stresses
along the free edge offer potential sites for stress corrosion cracking if
subjected to an aggressive environment.

Residual strains resulting from the cold expansion of the slotted hole
specimen were measured by the moiré fringe technique {5]. A moiré grid
was bonded to a test article prior to cold working. Mandrel expansion of
5.5% was employed. Radial and tangential (hoop) strains were measured
along radial lines from the hole centerline at 0, 90, and 180 deg, and the
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test data are shown in Fig. 10. The largest residual strains occur at 0.0 deg,
followed by lower strains at 0 = 90 deg, and negligible strains at 180 deg.
This variation is consistent with the elastic-plastic FEA. A comparison of
the FEA predictions with tangential strain measurements along the 0 = 0
deg (x-axis) line is presented in Fig. 11. Correlation of the analysis and test
data is reasonably good, with the predictions showing 20% higher values
close to the edge of the hole.
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FIG. 10—Measured strain distributions for a slotted hole.
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Stress-Intensity Factor Analysis

Stress intensity factors (SIFs) were calculated for the slotted hole speci-
men by means of the energy release rate technique [6]. In this approach,
a crack is introduced along the x-axis and the total potential energy is
calculated by

w = —V{u"{P} 5)
where

w = total potential energy,
{u} = vector of generalized nodal displacement, and
{P} = vector of generalized nodal forces.

The energy release rate per unit thickness, G, is obtained by

o 1(du r
G - {5;} . 5{5;} Py ©)

where c is the crack length.
For small changes in crack length, where the crack grows from c to (¢ +
Ac), the Eq 6 can be approximated by

1
c 5 Ac ™

where W is the potential of the applied external loads. For situations where
the crack opening mode (Mode 1) is dominant, the value of the energy
release rate may be directly related to the stress intensity value by

K2
=5 ®)
where
E* = E, plane stress
E/(1 — v?), plane strain
K, = stress intensity factor.

The finite element model of the slotted hole specimen used for the stress
analysis was also employed for the SIF analysis. SIFs were calculated by
the energy release rate approach for applied remote tensile stress and the
results are shown in Fig. 12. Also shown in Fig. 12 are SIFs for an elliptical
hole in a finite width strip where the ellipse has the same major axis length
and root radius as the slotted hole. The elliptical hole values are com-
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FIG. 12—K, for a slotted-hole specimen (Syer = 38 ksi).

pounded from a solution for an elliptical hole [7] and a finite width cor-
rection. It can be observed in Fig. 12 that for crack lengths less than 5.08
mm (0.20 in.), the slotted SIF has slightly higher values than the elliptical
hole configuration, and for larger crack iengths, the SIFs are identical.

Stress-Intensity Factors by Residual Energy Release Rate

Stress intensity factors for the applied fatigue loads (see Fig. 12) were
obtained by elastic energy release rate analysis. In order to account for the
residual stresses resulting from cold expansion of the stop-drill hole, a linear
elastic fracture mechanics (LEFM) superposition procedure was employed.
In this procedure, the presence of the cold expansion residual stresses gives
rise to a residual SIF, denoted K. This SIF is used to establish an effective
stress intensity factor, K;, expressed as the sum

K[ = Km + KR (9)

where K., is the SIF caused by the applied loading in the absence of residual
stresses. The effective SIF is then used with a crack growth rate equation
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to predict fatigue crack growth life. This procedure has been previously
used [2,8-10], and good correlation with test data was shown.

In the previous studies associated with cold expansion [2,8-10], the re-
sidual SIFs were calculated by a weight function method [11]. This approach
implicitly assumes that the residual stress pattern generated from the cold
expansion procedure remains constant as the crack propagates from the
edge of the cold-expanded worked hole. This, of course, is not correct. To
circumvent the aforementioned shortcoming, a procedure involving the re-
sidual energy release rate, Gy, is used to establish values Ky that reflect
the changing nature of the residual stresses as the crack length increases.
This energy release rate is the result of prescribing the residual stresses to
be zero on a new crack surface as it is formed.

Within the framework of finite element methods, the values of energy
release rates for linear elastic behavior are determined from the changes in
the potential energy per unit of crack extension. Values of Gy are deter-
mined in the same manner, with the condition that the potential energy at
the residual state (relaxed configuration after cold expansion) must be writ-
ten in the absence of an applied load as

w = Vfal'[KHa} - {10} (10)

where {i#}, {0}, and {K} correspond to the residual displacements, plastic
load vector, and stiffness matrix, respectively. These quantities are deter-
mined in the absence of the applied load and in the presence of a crack.
Their values will change as a function of the crack length in the structure.
The values of Gy (per unit thickness) can be determined from

Aw
= — 11
Gr = & &)

whereAm is the change in potential energy with respect to a change in crack
length, Ac.

To demonstrate the applicability of this procedure to a cold expansion
situation, the residual energy release rate technique was applied to the
problem of a centrally located round hole in a rectangular plate, as shown
in Fig. 13. A comparison of the results for K from the weight-function
method and the residual energy release rate method is also shown in this
figure. The results indicate that for relatively short crack lengths (less than
half of the radius), the two analytical procedures yield similar values of K.
However, as the crack length increases, the values of K from the residual
energy release rate are considerably smaller than corresponding values de-
termined from the weight function method. The differences in the results
are directly related to the changing residual stress distributions that develop
as the crack length increases. These changing patterns are illustrated in Fig.
14, where the residual stresses for several different crack lengths can be
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FIG. 13—Residual stress intensity factor (energy release rate versus weight function).

compared with the uncracked case. These changing residual stress patterns
reflect the self-equilibrating condition that must be enforced across the net
section where the crack propagates.

The residual energy release rate procedure was next used to determine
residual SIFs for the slotted hole specimen, and the results are presented
in Fig. 15. For comparison, residual SIFs for this configuration were cal-
culated by the weight function technique, using the residual stress distri-
butions from Fig. 9 but with a weight function for a round hole. Even
though the latter residual SIFs are in error, they indicate the general re-
lationship between energy release rate and weight function predictions. The
two approaches give similar values for small crack lengths and deviate from
one another at larger crack lengths with the weight function method giving
unconservative residual SIFs over a large range of crack lengths.
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Life Prediction

Fatigue life predictions were made by using a two-step analytical procedure
that considers life to crack initiation and crack propagation life. Life to
crack initiation is defined as life to create a 0.254-mm (0.010-in.) corner
crack at the stop-drill hole. The life to crack initiation analysis methodology
is the local strain approach [12]. The method uses strain life and cyclic
stress-strain test data, tracks the stress and strain histories at the notch, and
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uses Miner’s cumulative damage rule. Crack propagation life is determined
by using LEFM procedures.

Fatigue Life to Crack Initiation Analysis

The local strain approach was employed to predict life to crack initiation,
with the specific methodology outlined in Ref 72. This approach is based
on cumulative damage analysis that accounts for prior load history. Stresses
and strains at a notch root are tracked for all applied maximum and minimum
loads in a fatigue spectrum. Cyclic and hysteresis stress-strain curves and a
Neuber effective stress concentration factor are part of this process. A
rainflow cycle counting scheme evaluates the calculated local strain history
obtained at the notch to form half cycles and full cycles (closed hysteresis
stress-strain curves) corresponding to constant-amplitude cycling. Damage
is calculated by entering constant amplitude strain-life curves determined
by correlating smooth (K; = 1.0) fatigue specimen test data. The test data
were correlated to the lower edge of strain versus life to failure of the
specimen, as given in Ref 13. The strain-life test data are obtained for fully
reversed fatigue cycling (stress ratio = —1.0). Mean stress effects are ac-
counted for in the damage calculation by a correction factor that calculates
an equivalent fully reversed strain amplitude. Finally, crack initiation life
is determined by linear summation of damage, that is, by Miner’s rule.

The fatigue life to crack initiation methodology also accounts for the
effects of initial stress and strain at the notch root due to cold expansion.
These initial stresses and strains are taken from the elastic-plastic FEA of
the cold expansion process. For the cases examined here, these initial con-
ditions were significant, increasing the crack initiation lives by factors of 2
to 5 when compared with predictions made in their absence. In addition to
finding stresses and strains, the FEA found that the elastic stress concen-
tration factor, K, for the slotted specimen is 3.25.

Fatigue Crack-Growth Analysis

Crack growth predictions were made with a rate equation of the following
form [14], which is based on the crack closure concept

dc (1 -C "
i [(1 — Rf) AK] (12)

where C’ and n are empirical constants and C; = C{(R) is the closure factor
[14]. This equation describes the crack-growth rate behavior as a function
of the stress ratio, R. The empirical constants were found by correlating
crack-growth rate test data from Ref 15.
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The stress intensity factors K,,, and K, were calculated for each cycle
by superposition of the applied and residual stress intensity factors, as de-
scribed by Eq 1. Thus

Kmax

Il

Ky + Kp (13a)
Kmin = Kampig] + KR (13b)

The residual SIFs were calculated by the residual stress energy release rate
procedure. The cracks were assumed to initiate and grow as quarter-circular
corner cracks. Therefore, the SIFs were adjusted to have the proper shape
factor and magnification factors for the plate configuration. This same pro-
cedure was followed in previous investigations [2, 10]. The crack growth was
calculated by linear summation on a cycle-by-cycle basis.

The spectrum load interaction effects on crack growth were predicted
using a multiparameter yield zone (MPYZ) model [16] that utilizes Eq 12.
This model uses an effective stress approach to predict the following load
interaction effects: (1) crack growth retardation during load cycles following
overloads, (2) crack growth acceleration during the application of overloads,
(3) acceleration during load cycles following underloads and compression
loads, and (4) acceleration during load cycles following underloads and
compression loads.

Comparison of Analytical and Experimental Results

The fatigue lives to failure, N;, were determined by adding together the
life to crack initiation and the crack propagation life. The results are shown
in Fig. 16 for NCX and CX slotted holes subjected to constant-amplitude
cycling. In the NCX hole case, the predictions are accurate at the lower
stress levels and somewhat conservative at the higher stress levels. Three
levels of cold expansion were considered: 3, 4.5, and 6%. The analytical
predictions are good at the higher stress levels and slightly nonconservative
at the lowest stress level.

The results for a maximum cyclic stress of 262 MPa (38.0 ksi) (net) with
a cold-expanded hole are presented in Fig. 17 as a plot of crack length
versus cycles. This figure illustrates the two-step fatigue life approach. It
shows that the crack initiation life prediction is conservative, and the crack
propagation life is slightly unconservative. The unconservatism in the crack
growth analysis may be due to some additional plastic stress redistribution
as the crack propagates that is not accounted for or due to the treatment
of the mandrel as a rigid body during the cold expansion analysis. Actually,
the mandrel is an elastic body which contracts slightly as it is pulled through
the hole. Accounting for this contraction will reduce the initial residual
stresses and will be the subject of a future investigation.
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The effect of adding fasteners to the cold-expanded slotted hole specimens
is shown in Fig. 18. Here, test data are shown for the clearance-fit, neat-
fit, and interference-fit fastener configurations. All of these specimens were
cold expanded to a 6% mandrel interference level. Note that the addition
of fasteners increases the total fatigue life and that increasing the level of
interference further increases the fatigue life. For comparison, slotted hole
specimens that are not cold expanded (NCX) are also shown. An analytical
prediction is also presented in Fig. 19 by a line connecting predictions for
cold-expanded slotted holes and cold-expanded slotted holes with neat-fit
fasteners. The predictions are conservative but indicate the same trend in
life shown by the test data.

The same analysis procedure that was used for constant-amplitude fatigue
cycling was applied to a fatigue spectrum case, and the results are presented
in Fig. 19 along with cold-expanded and non-cold-expanded test data. The
fatigue spectrum is a randomized flight-by-flight simulation of a fighter
aircraft wing lower cover. For the non-cold-expanded slotted hole, excellent
correlation of the test data is achieved by the analysis. In the cold-expanded
case, the tests were discontinued after about 20 000 flight hours. Inspection
of the specimens revealed no measurable cracks. Predicted life for the test
specimens is about 80 000 flight hours.

Tests were performed to investigate the behavior of the cold-expanded
stop-drill hole in the event that the crack tip is not removed by the hole
but remains in the structure. In these test specimens, holes were drilled
leaving crack tips 1.27 and 2.54 mm (0.050 and 0.100 in.) beyond the edge
of the hole. The stop-drill holes were then cold expanded to 6% mandrel
interference. The results are presented in Fig. 20, where it is shown that
the fatigue lives of these specimens are still comparable to cases in which
the crack tip was removed. These tests are especially significant, as they
indicate that the enhanced stop-drill procedure is almost as effective even
if the stop-drill hole fails to remove the crack tip and leaves up to a 2.54-
mm (0.10-in.) crack beyond the stop-drill hole.

Conclusions

A combined experimental and analytical investigation into the perform-
ance of an enhanced stop-drill repair procedure for cracked 7075-T651 alu-
minum structure has been carried out. The enhancement consists of cold
expanding the stop-drill hole and installation of interference-fit fasteners.
Experiments included measurements of residual strains and fatigue testing
of a slotted hole specimen that was representative of stop-drill repair con-
figuration. Analytical techniques used included elastic-plastic finite element
analysis to predict residual stress and strain distributions introduced by cold
expansion of the holes, the energy release rate approach to calculate applied
load stress intensity factors, and the residual stress energy release rate
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approach to calculate residual stress intensity factors. In addition, linear
superposition of applied and residual stress intensity factors was employed
for fatigue crack growth life predictions. Total fatigue lives were calculated
by a two-step procedure, consisting of life to crack initiation plus crack
propagation life.

From the results presented, the following can be stated:

® Cold expansion of a stop-drill hole increases the fatigue life by an order
of magnitude in 7075-T651 aluminum alloys.

® The addition of an interference-fit fastener to a cold-expanded stop-
drill hole further enhances the fatigue life to two orders of magnitude.

® The multistage analysis procedure provides reasonable correlation with
test data.

® The enhanced repair procedure provides an order-of-magnitude im-
provement in the fatigue life even if the stop-drill hole misses the crack
tip.

® The analytical procedure needs to be evaluated for other materials and
fatigue spectra.

References

[Z] Landy, M. and Champoux, R. L., “Enhanced Stop-Drill Repair Using Split Sleeve Cold
Expansion,” Report No. 4198-1, Fatigue Technology, Inc., Seattle, WA, 16 July 1984.

[2] Armen, H., Levy, A., and Eidinoff, H. L., “Elastic-Plastic Behavior of Coldworked
Holes,” Journal of Aircraft, American Institue of Astronautics and Aeronautics Vol. 21,
No. 3, March 1984, pp. 193-201.

[3] Pifko, A., Levine, H. S., and Armen, H., Jr., “PLANS—A Finite Element Program for
Nonlinear Analysis of Structures.” Theoretical Manual, Vol. 1, NASA CR-2568, National
Aeronautics and Space Administration, Washington, DC, November 1975.

[4] Armen, H. and Pifko, A., “Computer Techniques for Plasticity,” Pressure Vessels and
Piping: Design Technology—A Decade of Progress, S. Y. Zamrik and D. Dietrich, Eds.,
American Society of Mechanical Engineers, New York, 1982, pp. 601-616.

[5] Horsch, F. J. and Schwarz, R. C., ““A Moire Fringe Data Handling System for Application
in an Industrial Laboratory,” Proceedings, Sixth International Conference of Experi-
mental Stress Analysis, European Permanent Committee for Stress Analysis/Society for
Experimental Stress Analysis, Munich, West Germany, September 1978.

[6] Zatz, L. J., Eidinoff, H. L., and Armen, Jr. H., “An Application of the Energy Release
Rate Concept to Crack Growth in Attachment Lugs,” AIAA Paper No. 81-0491, pre-
sented at the 21st Structures, Structural Dynamics, and Materials Conference, American
Institute of Aeronautics and Astronautics, Atlanta, GA, April 1981.

[7] Newman, J. C., Jr., “An Improved Method of Collocation for the Stress Analysis of
Cracked Plates with Various Shaped Boundaries,” NASA TN D-6376, National Aero-
nautics and Space Administration, Washington, DC, August 1971.

[8] Cathey, W. H. and Grandt, A. F., Jr., “Fracture Mechanics Consideration of Residual
Stresses Introduced by Coldworking Fastener Holes,” Journal of Engineering Materials
and Technology, Vol. 102, January 1980, pp. 85-90. .

[9] Impellizeri, L. F. and Rich, D. L., “Spectrum Fatigue Crack Growth in Lugs,” Fatigue
Crack Growth under Spectrum Loads, ASTM STP 595, American Society for Testing
and Materials, Philadelphia 1976, pp. 320-336.

[20] Rich, D. L. and Impellizeri, L. F., “Fatigue Analysis of Coldworked and Interference
Fit Fastener Holes,"” Cyclic Stress-Strain and Plastic Deformation Aspects of Fatigue Crack



220 FATIGUE IN MECHANICALLY FASTENED JOINTS

Growth, ASTM STP 637, American Socicty for Testing and Materials, Philadelphia,
1977, pp. 153-175.

[11] Bueckner, H. F., “A Novel Principle for the Computation of Stress Intensity Factors,”
Zeitschrift fiir Angewandte Mathematik und Mechanik, Vol. 50, No. 9, 1979, pp. 529-
546.

[12] Friedman, R., “Grumman Local Strain Method for Predicting Fatigue Life,” Report No.
ADR?20-11-81.2, Grumman Aerospace Corp., Bethpage, NY, November 1981.

[13] Manson, S. S. and Hirschberg, M. H., “Fatigue Behavior in Strain Cycling in the Low
and Intermediate Cycle Range,” Proceedings, Tenth Sagamore Army Materials Research
Conference, Sagamore, NY, 13-16 Aug. 1963.

[14) Bell, P. D. and Creager, M., “Crack Growth for Arbitrary Spectrum Loading,” AFFDL-
TR-74-129, Air Force Flight Dynamics Laboratory, Wright-Patterson Air Force Base,
OH, October 1974.

[15] Hudson, C. M., “Effect of Stress Ratio on Fatigue Crack Growth in 7075-T6 and 2024-
T3 Aluminum Alloy Specimens,” NASA TN D-5390, National Aeronautics and Space
Administration, Washington, DC, August 1969.

[16) Johnson, W. S., “Multi-Parameter Yield Zone Model for Predicting Spectrum Crack
Growth,” Methods and Models for Predicting Fatigue Crack Growth Under Random
Loading, ASTM STP 748, American Society for Testing and Mateials, Philadeiphia, 1981,
pp. 85-102.



Heimo Huth?

Influence of Fastener Flexibility on the
Prediction of Load Transfer and Fatigue
Life for Multiple-Row Joints
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Load Transfer and Fatigue Life for Multiple-Row Joints,” Fatigue in Mechanically
Fastened Composite and Metallic Joints, ASTM STP 927, John M. Potter, Ed., Amer-
ican Society for Testing and Materials, Philadelphia, 1986, pp. 221-250.

ABSTRACT: An improvement of the accuracy of fatigue life prediction methods
used for multiple-row riveted or bolted joints can be expected only if the rivet load
distribution is considered during design and fatigue analysis. To calculate the indi-
vidual load transfer and the bypassing load the fastener flexibility must be taken into
account. Semiempirical formulas for the calculation of fastener flexibility existing in
the literature turn out to be not exact or at least not applicable for a wider range of
joint geometries. This unsatisfactory situation was the reason for performing an
extensive experimental investigation during which fastener flexibilities for a wide
range of joints of practical interest were determined.

The effects of primary joint parameters, such as the plate material, clamping length,
and diameter and material of the fastener, as well as the effects of secondary param-
eters, such as the clamping force, condition of the faying surfaces, and fit and type
of head of the fastener, were investigated through specific variations. For this purpose
load-deformation measurements under quasi-static and flight-by-flight loading con-
ditions were performed using single- and double-shear specimens with known load
transfer.

A formula for fastener flexibility, valid for riveted and bolted metallic and graphite/
epoxy joints, was derived from the test results and proved to be significantly superior
to those found in the literature. This formula for load transfer calculations of multiple-
row fatigue loaded joints was used to predict accurately the measured values of load
transfer. This improvement also leads to a better fatigue life prediction. The load
transfer measurements showed a quasi-linear relationship between the applied load
and the total load transfer which was little affected by fatigue loading, although the
load transferred by bearing was not constant. By measuring bearing loads and local
strains close to fastener holes in a multiple-row joint the author shows that with
increasing friction the bearing stress and the local strains decreased. The redistribution
of loads or the changes in the mechanisms of load transfer result in a relief of the
fatigue critical location. Since these changes of the local stress situation cannot be
predicted, the application of fatigue life prediction methods on the basis of local
strains must lead to inaccurate results.

! Research engineer, Fraunhofer-Institute fuer Betriebsfestigkeit (LBF), Darmstadt, West
Germany.
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KEY WORDS: fastener flexibility, load transfer, riveted joint, bolted joint, single-
shear joint, double-shear joint, fatigue life estimation, Falstaff sequence, graphite/
epoxy, aluminum alloy, deformation measurements

By far, most of the fatigue cracks occurring in aircraft structures originate
at holes of shear loaded fasteners. This is due mainly to the inaccuracy of
fatigue life prediction methods used for multiple-row riveted or bolted joints.
The three main causes for this inaccuracy are the following:

1. The damage accumulation hypothesis itself is inaccurate.
2. The design data are not appropriate.
3. Mistakes are made during stress analysis.

The aim of this investigation was to show how the last two problems can
be alleviated. For this purpose it is essential to determine and correctly
consider the forces/stresses acting in a joint. As shown in Fig. 1 for the last
fastener of a single-shear joint, the stresses result from these forces:

() the bypassing force, Fygp,
(b) the bearing force, Fgg, and
(c) the forces transferred by friction, Fgg.

The last two forces sum up the total load transferred at that fastener location,
F,r. If this force, often also referred to as rivet force, is related to the
applied external force, F, one talks of the “load transfer.” Although it is
well known that the amount of load transfer has a superior influence on

F F
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2
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FIG. 1—Definition of forces acting in a joint.
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the fatigue life of a multiple-row joint, surprisingly few results of investi-
gations can be found in the literature [/-3]. For example, the S-N curves
for single-shear riveted joints derived from test results reported in Ref /
are shown in Fig. 2. The amount of load transfer was varied from 22 to
100% by changing the number of rivets from 10 to 1. It can be seen that
in the region of practical interest (0.2 < LT < 0.5) there is a factor of 10
on the fatigue life.

Load transfer or the distribution of rivet loads in a multiple-row joint
depends not only on the number of rivets used but even more on the fastener
flexibility. If the rivet loads are to be calculated, using, for example, a
mathematical model developed in Refs 4 and 5 and extended in Ref 6, the
stiffness of flexibility of the rivets has to be considered. As shown sche-
matically in Fig. 3, the fastener flexibility has a more or less pronounced
influence, depending on the type of joint in question.

In the aircraft industry a number of semi-empirical formulas for the cal-
culation of fastener shear flexibility have been developed [7-10]. In most
cases they were derived from a rather limited number of static tests. A
comparison of the different formulas has been presented in Refs /1 and 12.
The results were disappointing since the scatter was rather large and, fur-
thermore, a comparison of test results of flight-by-flight loaded specimens
showed large differences in fastener flexibilities.

This unsatisfactory situation was the reason for performing an extensive
experimental investigation during which fastener flexibilities for a wide range
of joints of practical interest were to be determined.

Experimental Determination of Fastener Flexibilities

The following parameters were expected to affect the deformation be-
havior and thus also the fastener flexibility. The primary parameters (dealing
with geometry and materials) are the following:

(a) Young’s modulus of the plate materials,
(b) clamping length,

(c) fastener diameter,

(d) fastener material, and

(e) single- or double-shear configuration.

The secondary parameters (dealing with installation) are these:

(a) clamping force,

(b) fit of the fastener,

(c) type of fastener head, and

(d) condition of the faying surfaces.
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TABLE la—Investigation of Specimens ISS01 and IDS01 of Group I (bolted metallic joints)-

Single Shear Double Shear
Parameters [SS01 IDS01

Primary

plate materials 2024 T3 2024 T3

fastener material Ti-6Al-4V Ti-6Al-4V

clamping length 10 mm 10 mm

bolt diameter 5.0 mm 5.0 mm
Secondary

type of head flush head protruding head

faying surfaces PRC* PRC”

fastener fit interference fit interference fit

clamping force normal (high) normal (high)

¢ PRC stands for antifretting compound.

In addition, the following three groups of joints of practical interest were
defined:

Group I—bolted metallic joints.
Group Il—riveted thin-sheet metallic joints.
Group III—bolted graphite/epoxy joints.

Specimens

For each group, two types of basic specimens, single-shear (SS) with 100%
and double-shear (DS) with 50% load transfer, were defined using the most
common combination of parameters. All other specimens differed by vari-
ation of only one primary or secondary joint parameter in the range of
practical interest. This is shown in Tables 1a and 1b for the bolted metallic
joints. In all, 45 different specimens were manufactured and tested.

TABLE 1b—Investigation of further specimens of Group I (bolted metallic joints).*

Single Shear Specimens Double Shear Specimens
Specimen Specimen
Parameter V Results No. Results No.
Plate materials 7075 T73 1SS02

Ti-6Al-4V ISS03 Ti-6Al-4V IDS03
Fastener material steel 18812 steel IDS10
Clamping length, mm 5.0 ISS05 45 IDS05
20.0 ISS06 15.0 IDS06
20.0 IDS07
Bolt diameter, mm 6.35 1SS10 6.35 IDS09
8.0 ISS09 8.0 IDS08

Type of head protruding head ISS11 N N
Faying surfaces without PRC ISS04 without PRC IDS04
Fastener fit clearance fit 18813 clearance fit IDS11
Clamping force low ISS14 low IDS12

¢ Additional specimens with blind bolts (ISS15 and IDS13) were tested.
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The manufacturing details for Group I include the following: Three dif-
ferent plate materials (2024 T3, 7075 T73, and Ti-6Al-4V alloys) were used,;
the plate thickness varied between 1.0 and 10.0 mm. For most specimens
the sealing compound PR 1436 was applied to the faying surfaces. The
fasteners (NAS and Hi-Lok bolts) were installed with interference fit (25
to 30 pm) using normal clamping forces.

The specimens of Group II were made of 2024 T3 clad material using
solid rivets and PR 1436.

For the graphite/epoxy specimens of Group III the material T 300/C 914
was used in two lay-ups—Laminate II (Oy/*+45/0,/+45/90), and isotropic
(0/+45/90/0/+45/90),—with nominal thicknesses of 2.1, 4.2, and 6.3 mm.
Here the NAS bolts were installed with clearance fit, and a shim of 0.2 mm
thickness (Hysol EA 934 * 50% aluminum powder) was applied to the
faying surfaces.

The actual dimensions for those specimens used to investigate the influ-
ences of the primary joint parameters, and further details, are listed in
Tables 2 and 3.

Test Procedure

Since an experimental determination of the individual deformations due
to shear, bending, and bearing loads is not possible, an integral value of
the total deformation was measured using a strain-gage-equipped exten-
someter, as shown in Fig. 4. The elastic deformations of the specimen
segments within the gage length, ¢, (Ar, and A¢,), were eliminated by electric
compensation, thus the load-8-curves could be recorded directly.

One specimen of each type was used for quasi-static measurements, being
cyclically loaded at R = 0 with a stepwise increasing upper load until frac-
ture; thus the elastic-plastic load-deformation curves were obtained.

A second specimen was used to measure the deformations and changes
of the deformation behavior under Falstaff loading [/3]. For these mea-
surements a relatively short artificial flight (11 cycles) was deduced from
the Falstaff sequence (see Fig. 5), comprised of load levels 3 to 29
(R = —0.24). This extra measuring flight was applied as Flights 1 and 2
prior to the Falstaff sequence. After 600 and 6000 flights, the measurements
were repeated. Test stress levels were chosen so that a fatigue life of about
12 000 flights could be reached. In some cases, fatigue cracks developed in
the single-shear specimens before reaching 6000 flights. For the double-
shear specimens, this stress level of &, = 172.5 N/mm? resulted in somewhat
unrealistic high bearing stresses. Thus several tests were repeated using two
thirds of this value.

Test Results

From the test results, that is, the recorded load-deformation curves (see
the example in Fig. 6), some general phenomena can be derived. The load-
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FIG. 4—Deformations in single- and double-shear specimens.

deformation curves under static loading (enveloping curve) show a some-
what unexpected behavior since no linear relationship, even in the region
of elastic deformations, was recorded. The exceptions are some of the curves
recorded with riveted specimens (Group II), probably because of their lower
clamping forces. The unloading and reloading curves, however, show a
linear behavior with nearly unchanging slope. Having been loaded to a
certain amount of permanent deformation, the slope changes only insignif-
icantly until final fracture.

The typical appearance of hysteresis curves recorded during flight-by-
flight loading is the following: Due to the rather high but nevertheless
realistic stress level, pronounced plastification effects occur during the first
flight. The hysteresis loops of the second flight are already much more
narrow: with an increasing number of flights their areas increase, while the
deformation amplitude gets smaller. The sometimes drastic changes of shape
and area are caused by the changing conditions of friction and plastic de-
formations of the fastener holes. It can be observed, however, that the slope
of the linear part of the hysteresis does not change very much. As shown
in Fig. 7, the slope of the connecting line between the maximum and min-
imum of the 0 to 5 g loop, Cy, is strongly influenced by fatigue loading,
whereas the slope of the linear part, Cp, is not. A complete presentation
of the test results is given in Ref 74.
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Since these Cr values are in most cases identical with the C,;; values of
the quasi-static tests (see Fig. 6), the author concludes that these values
represent characteristic quantities related to the fastener flexibility of the
individual joints.

An equation containing all primary parameters was set up and fitted to
the above-mentioned test results, producing a new formula for fastener
flexibility:

L+ 6L\'b(1 1 1 1
C=\"—5—") - |—+ + + 1
( 2d ) n (tlE1 ntb,E, nt E; 2nt2E3) (1)

The bracket on the right side comprises the flexibility resulting from bearing
loads, while the left part contains portions due to fastener bending and
shear. It was necessary to use different Constants ¢ and b for the three
groups of joints under consideration:

Group I—boited metallic joints = 2/3;b = 3.0
Group II—riveted metallic joints =2/5;b =22
Group III—bolted graphite/epoxy joints a = 2/3;b = 4.2

Q8

Equation 1 is valid for single-shear (# = 1) and double-shear (# = 2) joints.

In order to compare the accuracy in predicting fastener flexibilities, the
following three equations (for single shear) were chosen from the litera-
ture:

Tate and Rosenfeld [4]:

1 1 1 1 32(t, + 1)1 + v)
= —— 4 =+ =+ — +
¢ tlEl tzEz t|E3 tzE:; 9E3’ﬂ'd2
8(t, + 56t + 56,17 + t)) @)
5E3’ﬂ'd4
Boeing [7]:
202/,1)0.85 1 3 2(%/‘1)0'85 1 3
= —+ =]+ -+ == 3
¢ L (E1 8E3) 153 (Ez 8E3> )

Douglas [10]:

5 1 1
C’d~E3+O'8(_+_> (4)
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The results of comparative calculations and their comparison with the pre-
sented test results are shown in Figs. 8 through 11. For the double-shear
case, equations from the literature predict values that are too high, which
would lead to an overestimation of fatigue life. For single-shear specimens,
the opposite tendency can be noticed.

Load Transfer Measurements and Calculations

In order to test the applicability of the derived Eq 1 for fastener flexibility,
load transfer measurements with several different multiple-row joints were
performed. Thus, the possible improvements in load transfer calculation
were to be demonstrated. Thirteen different types of strain-gage speci-
mens—four examples are shown in Fig. 12—were used for load transfer
measurements. The load transfer at the first fastener ranged between 15%
and 45%. Special attention was paid to a correct positioning of the strain
gages, since strain distributions across the width of the specimen, as shown
on Fig. 13, were expected and had to be taken into account.

For some specimens, the measurements were repeated after the appli-
cation of some 600 flights of the Falstaff loading sequence. For lap joints,
the fatigue loading does not result in changes of load transfer and fastener
load distribution, as shown on Fig. 14. Moderate changes are recorded for
reinforcement specimens (Types I1.1 and I1.2), but in general a quasi-linear
relationship between the transferred load and the applied load is obtained.

Comparisons between the calculated and measured load transfer values
resulted in good agreement (Fig. 15). The application of the so-called Boeing
and Douglas formulas (Eqs 3 and 4) during load transfer calculations for
the specimens investigated led in some cases to errors of 40%, as shown on
Fig. 16. From available fatigue test results it can be concluded that such
errors in load-transfer predictions would result in a 400% error for the
predicted fatigue life.

Mechanisms of Load Transfer

Inorder to clarify the discrepancies between the results of the deformation
measurements that show a distinct influence of fatigue loading on the de-
formation behavior and the results of the load-transfer measurements where
this influence does not appear, some additional tests were performed. A
double-shear specimen with three fasteners (Fig. 17) was prepared to mea-
sure load transfer, the local strain at a fastener hole, the bearing load, and
the displacement (that is, fastener flexibility) simultaneously. The total load
transfer was measured using three strain gages positioned between two
fasteners, and the load transferred by bearing was measured using an in-
strumented steel bolt. The results obtained are shown on Fig. 18. It can be
seen that all curves except that of the total load transfer show a clear
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FIG. 13— Experimental determination of load transfer from measured strain distributions.

nonlinear behavior. The recorded changes of slope occur at about the same
level of applied load.

Taking into account the results of the fastener flexibility measurements—
in particular, the changes of the hysteresis loops with increasing number of
flights—the following statements about the mechanisms of load transfer can
be made. The linear and unchanging correlation between the applied load
and the total load transfer results from the fact that changes in frictional
forces (that is, an increasing part of the load transferred by friction) are
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accompanied by a decrease in the bearing load. This is illustrated schemat-
ically by the left sketch in Fig. 19.

Frictional forces, depending on clamping force and changing as a result
of fatigue loading, also influence the notch root strains, as shown in the
right sketch of Fig. 19. With increasing friction, the contribution from the
bearing load to the local strain, and thus the total notch root strain, de-
creases. Redistributions of loads or changes in the load transfer mechanisms
result in a relief of the critical volume of material at the edge of the fastener
hole. Since the development and the effects of these changes cannot be
predicted, the fatigue life cannot be accurately predicted using local
stresses.

The following procedure is recommended for the fatigue life prediction
of multiple-row joints. The distribution of fastener loads for the joint in
question is to be calculated by taking into account the joint parameters and
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FIG. 16—Comparison of measured and calculated load-transfer values for 13 different spec-
imens.

gross stresses. Then the respective stresses due to bypassing loads and the
assumed bearing loads are determined. As shown before, a further calcu-
lation of local stresses or strains must be regarded as useless. More attention
must be paid to the selection of the correct design data. These should be
a set of life curves established for joint specimens of different load-transfer
conditions and materials, using standardized flight-by-flight loading se-
quences. Influences on the fatigue behavior resulting from fastener instal-
lation parameters, secondary bending, the type of joint, and so on, are to
be accounted for by experimentally determined correction factors. Finally,
the relative miner’s rule [15] can be used to account for the differences
between the actual stress spectrum and the test spectrum of the design data.

Summary

The results of this investigation can be summarized as follows:

1. The influence of flight-by-flight loading on the deformation behavior
and fastener flexibility of single- and double-shear joints is shown.
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Loading Sequence
During Measurement:

Displacement:
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FIG. 18—Measured loads and deformations in a double-shear joint.
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2. A method for the evaluation of load-deformation curves is developed
and a suitable definition of fastener flexibility to be used for loads transfer
calculations of fatigue loaded joints is found.

3. For lap joints, the value of fastener flexibility can be regarded as a
constant, since the total load transfer is independent of the stress level and
the number of applied flights.

4. A new formula for fastener flexibility is derived. The use of this for-
mula leads to improved load-transfer prediction and consequently also to
improvements in fatigue life predictions for multiple-row joints.

5. The improved accuracy in load-transfer prediction will also have pos-
itive effects in the field of design and optimization of shear loaded joints.

6. From test results it can be concluded that the application of so-called
local strain concepts for fatigue life predictions cannot be used successfully
for joints.

7. The author suggests that to improve the accuracy in predicting the
fatigue life of joints, fatigue data (S-N curves or life curves) incorporating
stresses due to load transfer, bearing loads, and bypassing loads, together
with a relative miner’s rule, should be used.
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ABSTRACT: An extensive experimental program was conducted to investigate the
effects of various parameters on the strength and lifetime of bolted laminates. The
tested joint specimens were composite-to-metal joints where a single fastener trans-
ferred the load from one plate to the other. The various test variables were the bolted
plate geometry, laminate lay-ups, stacking sequences and thicknesses, fastener ma-
terial, diameter, fastener head type (protruding or countersunk), fastener torque,
joint configuration (single lap or double lap), load type (tensile or compressive under
static and fatigue loading conditions), and test environment conditions (room or
ambient temperature and dry; elevated temperature and wet). All the laminates were
fabricated using AS1/3501-6 graphite/epoxy prepreg material.

Static tests reproduced the general trends reported in the literature for the effects
of plate edge distance and plate width on the strengths of laminates and the corre-
sponding failure modes. Constant-amplitude fatigue tests were conducted at a fre-
quency of 10 Hz, maintaining a constant minimum-to-maximum cyclic load ratio. The
effect of the maximum cyclic load amplitude, as a fraction of the corresponding static
strength, on the number of cycles to failure was recorded. Hysteresis plots, hole
diameter, and fastener torque loss measurements were also obtained during fatigue.
The obtained results complement data available in the literature.

KEY WORDS: bolted joints, composite-to-metal joints, single shear, double shear,
graphite/epoxy, static tests, constant-amplitude fatigue, environmental effects, hys-
teresis plots, hole elongation

This paper summarizes the effects of many variables on the strength and
lifetime of laminates that are bolted to metallic plates using a single fastener
[Z]. The test laminates were fabricated using nonwoven AS1/3501-6 graph-
ite/epoxy material. Their lay-ups ranged from a highly fiber-dominated lay-
up (70/20/10) to a fairly matrix-dominated lay-up (30/60/10), where the
numbers in parentheses indicate the percentages of 0, =45, and 90-deg plies
in the laminate (Table 1). The laminate geometries were varied to study

! Engineering specialist and engineer, respectively, Northrop Corp., Aircraft Division, One
Northrop Ave., Hawthorne, CA 90250.
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TABLE 1—Test laminate lay-ups.

Laminate No. of % of 0-Deg, +45-Deg,

No. Plies and 90-Deg Fibers Stacking Sequence
1 20 50/40/10 [(45/0/ —45/0),/0/90],
2 20 70/20/10 [45/0/ — 45/0,/90/0;),
3 20 30/60/10 [45/0/ —45/0/45/90/ —45/0/45/ — 45],
4 20 50/40/10 [0,/ £45/0,/ £45/90],
5 20 70/20/10 [0,/ +45/0,/90],
6 20 30/60/10 [(£45),/0,/90],
7 20 50/40/10 [90/ +45,/0,),
8 20 70/20/10 [90/0,/45/0,/ —45/0],
9 20 30/60/10 [0/=45/0/+45/90/ %£45/0],
10 40 50/40/10 [(45/07 - 45/0),/0/90),,
1 60 50/40/10 [(45/07 — 45/0),/0/90),,
12 40 70/20/10 [45/07 —45/0,/90/05),,
13 60 70/20/10 [45/0/ ~45/0,/90/ 0],
14 40 30/60/10 [45/0/ —45/0/45/90/ —45/0/45/ — 45),,
15 60 30/60/10 [45/0/ —45/0/45/90/ — 45/0/45/ — 45),,

the effects of fastener hole diameter, D, edge distance, E, and width, W,
on the laminate strength and the corresponding failure modes (Fig. 1). The
metallic plates were designed to ensure colinearity of the load path in the
bolted plates away from the fastener location and to preclude metal failure
(Fig. 2).

Static tests were conducted under room-temperature, dry (RTD) and
elevated-temperature, wet (ETW) conditions. Under compressive loading,
a lateral stabilization fixture was used to prevent gross buckling of the test
section. A special loading fixture was used to transfer a specified fraction
of the total applied load to the fastener. A clip gage was used to measure
the relative displacement of the bolted plates across the fastener (joint
displacement). A plot of the applied load versus the joint displacement
yielded the joint stiffness. Strain gages were mounted on selected test spec-
imens to obtain strain data. The fastener/plate displacement was selectively
recorded using a low-kilovolt radiography.

Tension-tension (R = 0), compression-compression (R = —), and ten-
sion-compression (R = —1) constant-amplitude fatigue tests were con-
ducted at 10 Hz. The effect of the maximum cyclic stress amplitude, and
the corresponding bearing stress at the fastener location, on the number of
cycles to failure was recorded. In cases where excessive hole elongation
occurred, the maximum cyclic bearing stress amplitude was plotted against
the number of cycles required to cause prescribed hole elongations. Hys-
teresis plots were generated for this purpose.

The reader is referred to Ref I for additional test details. The results
reported in this paper are complementary to those generated in Ref 2, and
are a significant addition to the data currently available in the literature.
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Static Test Results

The effect of the fastener diameter on the tensile response of a 20-ply,
50/40/10 lay-up (Laminate 1 in Table 1) is presented in Fig. 3. The com-
posite-to-aluminum load transfer was effected by protruding head steel fas-
teners, in a single-lap configuration, under RTD conditions. It is apparent
that the gross tensile strength and the bearing strength of the laminate
decrease when the fastener diameter is increased. A similar trend is also
observed under static compression.

The effect of specimen width (W/D ratio) on the tensile response of a
50/40/10 lay-up (Laminate 1 in Table 1) with E/D = 3 is shown in Fig. 4.
The load, P, at failure and the bearing strength increase as W/D increases
from a small value to approximately six. Beyond W/D = 6, the bearing
strength remains relatively unchanged. When W/D = 4, the failure mode
is primarily a net section failure across the hole (Mode 7 in Fig. 5). For
W/D > 4, the failure mode is primarily a partial or a total shear-out of
the laminate (Modes 1 or 2 in Fig. 5). Similar results are obtained for the
70/20/10 and 30/60/10 lay-ups (Laminates 2 and 3, respectively, in Table
1). For W/D > 4, the 30/60/10 laminate fails in a local bearing mode
(Mode 3 in Fig. 5). Under compressive loading, the results follow the trend
observed under tension (see Ref 1). This includes tests on 70/20/10 and
30/60/10 laminates under 103°C (218°F) wet conditions.

The effect of specimen edge distance (E/D ratio) on the tensile response
of 50/40/10 and 70/20/10 laminates with W/D = 6 is presented in Figs. 6
and 7. The results for the 30/60/10 laminate are similar to those in Fig. 6
(see Ref ). The bearing strength of all the lay-ups increases as E/D in-
creases to a value of 4 or 5, beyond which the bearing strength is relatively
invariant (Figs. 6 and 7). The 50/40/10 lay-up exhibits a shear-out mode
of failure (Mode 1 in Fig. 5) where E/D is less than or equal to 3. For
E/D > 3, the laminate exhibits a local bearing mode of failure (Mode 3
in Fig. 5). The 70/20/10 lay-up exhibits a total shear-out mode of failure
(Mode 2 in Fig. 5) for E/D values below 5. The high percentage of 0-deg
plies in this lay-up causes the shear-out mode to preempt the bearing mode
of failure, observed in lay-ups with smaller percentages of 0-deg plies, when
E/D > 3. Consequently, the increase in the shear-out area with an increase
in E/D results in an increase in the bearing and gross strengths beyond
E/D = 3. The 30/60/10 lay-up exhibits a cleavage type of failure (Mode 6
in Fig. 5) when E/D = 1.5. But for E/D = 3 and 5, failure is induced by
local bearing. Therefore, the bearing and gross strengths for this laminate
are relatively invariant beyond E/D = 3.

Joint eccentricity effects are addressed by comparing single-lap test results
with double-lap test results. Significant bolt bending effects could be intro-
duced by the eccentricity in the load path in a single-lap (single-shear) test
configuration. Figure 8 compares the single-lap and double-lap tension test
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Laminate 1, 50/40/10 Layup, Single Lap, Torque = 100 in-Ib
E/D = 3, W/D = 6, Protruding Head Steel, RTD, Alum. Plate B (See Fig. 2)
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FIG. 3—Effect of fastener size on the lensile response of 50/40/10 laminates in single shear
(I ksi = 6895 MPa; 1in. = 25.4mm; 11b-in. = 0.1I13 N - m).
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FIG. 4—Effect of specimen width on the tensile response of 50/40/10 laminates in single
shear (1 ksi = 6895 MPa; 1in. = 254 mm; 11b-in. = 0.113 N - m).
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Laminate 1 (50/40/10 Layup), Single Lap, RTD, W/D= 6
Torque = 100 in-lb, D = 5/16 in., Protruding Head, Steel Fasteners

Alum. Plate B (See Fig. 2)
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FIG. 6—Effect of edge distance on the tensile response of Laminate 1 (1 ksi = 6895 MPa;

lin. =254mm; 11b-in. = 0.113 N - m).

Laminate 2 (70/20/10 Layup), Single Lap, RTD, W/D = 6
Torque = 100in-ib, D = 5/16 in,, Protruding Head, Steel Fasteners
Alum. Plate B (See Fig. 2)
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FIG. 7—Effect of edge distance on the tensile response of Laminate 2 (I ksi = 6895 MPa;
lin. =254mm; 11lb-in. = 0.113 N -m).
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results for Laminates 1, 2, and 3 (see Table 1) with E/D = 3, W/D = 6,
and D = 0.3125 in. The large axial stiffness of the aluminum plates causes
Laminates 1 and 2 to be relatively unaffected by the change from a single-
shear to a symmetric double-shear test configuration. Laminate 3, on the
other hand, exhibits a 17% increase in the gross tensile and bearing strengths
in a double-shear configuration. The gross compressive and bearing strengths
of Laminate 1 increase by approximately 20% when the test configuration
changes from single shear to double shear (see Ref 7).

An increase in the fastener torque increases the friction between the
composite and metal coupons and increases the rotational constraint at the
fastener head and nut locations. Consequently, an improvement in the load-
carrying capacity of the joint is anticipated. Figure 9 indicates that there is
very little improvement under tension for Laminate 1 in a single-shear
configuration. Under compressive loading, however, the bearing strength
increases by approximately 30% when the fastener torque is changed from
0 (finger-tight) to 22.6 N - m (200 Ib - in.) (Fig. 10).

Three fastener materials (steel, titanium, and aluminum) were tested in
the program. The fasteners were either of the protruding head type (P) or
the countersunk type—the 100-deg shear head (Csk-S) and the 100-deg
tension head (Csk-T). All the aluminum fasteners suffered shear and tension
failures (Modes 15 and 16 in Fig. 5), and the tension head steel and titanium
fasteners suffered tension failures in a single-shear configuration. Figure 11
indicates that steel fasteners yield larger strengths in comparison with ti-

Laminate 1, 50/40/10 Layup, Single Lap, RTD
E/D =3, W/D=6, D =.3125 in, Protruding Head Steel Fastener
Alum. Plate 8 (See Fig. 2)
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FIG. 9—Effect of fastener torque on the tensile response of a 50/40/10 laminate in single
shear (I ksi = 6895 MPa; 1 in. = 25.4mm; 11b-in. = 0.113 N - m).
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Laminate 1 (50/40/10 Layup), Single Lap, RTD
E/D=3, W/D=6, D=.3125in., Protruding Head, Steel Fastener
Alum. Plate B (See Fig. 2)
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FIG. 10— Effect of fastener torque on the compressive response of Laminate 1 (I ksi = 6895
MPa; Lin. = 25.4mm; 11b - in. = 0.113 N - m).

tanium fasteners, and protruding head fasteners yield larger strengths than
100-deg tension head fasteners, which yield larger strengths than 100-deg
shear head fasteners.

Selected test specimens were preconditioned to absorb near-equilibrium
level moisture under 95% relative humidity conditions and were subse-
quently tested under room temperature RTW or 103°C (218°F) conditions.
Figure 12 indicates that the RTW and 103°C (wet) strengths are lower than
the RTD strengths. Similar results were obtained under compressive loading
(see Ref 7).

Figure 13 presents the effect of changing the stacking sequence on the
tensile response of 20-ply, 50/40/10 lay-ups. Grouping together all the 0,
+45, and 90-deg plies (Laminate 7 in Table 1) causes a loss in the gross
tensile and bearing strengths that is approximately 10%. Similar results
were obtained for 70/20/10 and 30/60/10 laminates (see Ref ).

An increase in the thickness of a laminate in a single-lap configuration
introduces additional load eccentricity and bolt flexibility effects. Reference
1 contains results from tests on 20-ply and 60-ply laminates with 50/40/10
lay-ups. The thicker laminate yields strength values that are approximately
5% lower than those for the 20-ply laminates.

A summary of the effect of laminate lay-up (percentages of 0, +45, and
90-deg plies) on the tensile and compressive response of 20-ply laminates
in single shear is presented in Figs. 14 and 15, respectively. In every case,
the percentage of 90-deg plies is maintained to be 10%. Under tensile
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SINGLE LAP, COMPOSITE-TO-ALUMINUM, E/D = 3, W/D = 8, RTD

Alum. Plate B (See Fig. 2)
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FIG. 14—Effect of laminate lay-up on the tensile response of 20-ply laminates in single shear
(I ksi = 6895 MPa; 1 in. = 25.4mm; 11b-in. = 0.113 N - m).
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loading, the strengths increase with the percentage of *45-deg plies. For
20 and 40% of +45-deg plies, failure is induced by shear-out. For 60% of
+45-deg plies, failure is induced by local bearing. Under compressive load-
ing, E/D has no effect on the failure mode or the strength of the laminates.
In this case, all the lay-ups fail in a local bearing mode, and the strengths
decrease with an increase in the percentage of the +45-deg plies (Fig. 15).
When other failures are precluded, the bearing strength increases with an
increase in the percentage of 0-deg plies.

The results discussed above correspond to full-bearing situations in which
the total applied load is transferred from one member to another via a
fastener. In practical bolted structures, an isolated fastener location is gen-
erally subjected to in-plane loads on either side of the fastener. In this case,
the fastener load is the difference between the magnitudes of the load on
either side of the fastener, to satisfy equilibrium requirements. To simulate
this situation in single fastener tests, a special loading fixture was used in
the program (see Ref 7).

The effect of the bolt bearing stress on the gross tensile strength of
Laminate 1 is presented in Fig. 16. The gross tensile strength and the failure
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FIG. 16—Interaction between the gross tensile strength or failure strain and the bearing stress
at failure for Laminate 1 (I ksi = 6895 MPa; [ in. = 254 mm; [ lb-in. = 0.113 N - m).
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strain decrease when the fastener bearing stress is increased from 0 to nearly
690 MPa (100 ksi). This corresponds to a variation in the bolt-to-total-load
ratio from 0 to nearly 0.375. A net section failure occurs in Laminates 1
and 3 when bolt loads are up to 0.375 times the total load. In Laminate 2,
the failure mode switches from the net section to the local bearing when
the bolt-to-total-load ratio increases from 0.287 to 0.375 (see Ref 1). The
bearing mode of failure determines the maximum value for the fastener
load. Figure 16 indicates that the gross tensile strength may be assumed to
decrease in a linear fashion with the bearing stress until the failure mode
switches from the net section to the local bearing. Results from the full-
bearing tests are also included in the figures (identified by points with
E/ID = 3).

The effect of compressive loading on the interaction between the gross
strength and the bolt bearing stress, for Laminate 1, is shown in Fig. 17.
The gross strength is relatively unchanged when the bolt bearing stress is
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FIG. 17—Interaction between the gross compressive strength or failure strain and the bearing
stress at failure for Laminate 1 (1 ksi = 6895 MPa; I in. = 25.4mm; 1b - in. = 0.113N - m).
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below 557 MPa (80 ksi) for Laminates 1 and 2, and below 414 MPa (60 ksi)
for Laminate 3 (see Ref 7). Beyond this bearing stress value, the gross
strength decreases until the failure mode switches from the net section to
the local bearing. Net section failure occurs in Laminates 1 and 2 for bolt-
to-total-load ratios below 0.33. In Laminate 3, local bearing failure occurs
at a bolt-to-total-load ratio of 0.33, and net section failure occurs at lower
values (see Ref 7).

The negligible effect of bolt bearing stresses [below 414 to 557 MPa (60
to 80 ksi) in magnitude] on the gross compressive strength of laminates is
believed to be due to the reduced local stress concentrations that result
when the fastener provides an effective load path in the plane of the lam-
inate. In contrast, bolt bearing stresses increase the stress concentrations
at the fastener location under tensile loading.

Fatigue Test Results

Constant-amplitude fatigue tests were conducted at a frequency of 10 Hz.
The minimum-to-maximum cyclic stress ratio, R, was selected to be zero
for tension-tension fatigue, — for compression-compression fatigue, and
—1 for fully reversed tension-compression fatigue tests. Unless otherwise
specified, fatigue tests were conducted with 7.9-mm-diameter (%16-in.), pro-
truding-head, steel fasteners, torqued to 11.3 N - m (100 1b - in.), under
RTD conditions. The composite specimens had E/D and W/D values of 3
and 6, respectively, and were bolted to aluminum plates in a single-lap
configuration. During fatigue, hysteresis curves were generated, and hole
elongation data were obtained from these curves.

Specimens that failed within a million cycles of the imposed loading were
assumed to have suffered fatigue failure. In cases where fatigue failure was
induced by hole elongation, the number of cycles to failure was dependent
on the extent of hole elongation. Specimens that survived a million cycles
of the imposed loading were referred to as “‘run-out” specimens.

Tension-tension (R = 0) fatigue tests on composite-to-metal joints yield
the results shown in Fig. 18. Tests on composite-to-aluminum joints resulted
in net section fatigue failures in the aluminum plates. Subsequently, alu-
minum was replaced by steel, and the results in Fig. 18 were obtained.
Fatigue failures correspond to partial or total shear-out failures in the com-
posite part, with negligible bearing-induced hole elongation. Tension-ten-
sion fatigue has a negligible effect on the lifetime of 50/40/10 laminates
bolted to steel plates in a single-lap configuration. Maximum cyclic bearing
stresses below 90% of the static bearing strength result in a “run-out”
situation. Similar results have been reported by others for tests in a double-
lap configuration (see Ref 2).

In the fully reversed (R = - 1) fatigue situation, failures are induced by
local bearing and excessive hole elongation. Hole elongation is computed
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as a percentage of the original hole diameter, and its variation with the
number of fatigue cycles is dependent on the imposed cyclic bearing stress.
Figure 19 presents the variation of hole elongation with fatigue cycles when
50/40/10 laminates are bolted to aluminum. The different curves in Fig. 19
correspond to different maximum cyclic bearing stress values. The results
in Fig. 19 are used to generate Fig. 20, which plots the maximum cyclic
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bearing stress versus the number of fatigue cycles required to induce 2, 4,
and 10% (end-of-test value) of hole elongation in 50/40/10 laminates. Fig-
ures 19 and 20 indicate that hole elongation increases abruptly beyond 1 to
2%. Or, once the bearing mode of failure is precipitated, hole elongation
increases from a low value (1 to 2%) to a prohibitive value (<10%) within
a few cycles. When a reversed (R = —1) cyclic load is applied in a load-
controlled test setup, cyclic impulse loads are imposed on diametrically
opposite hole locations. This worsens with hole elongation, resulting in the
accelerated hole elongation rates beyond 1 to 2%.

Compression fatigue (R — — ) tests on composite-to-aluminum single-
lap joints yielded the results presented in Fig. 21. When the maximum cyclic
bearing stress value is below 85% of the static bearing strength, the
50/40/10 laminate does not suffer any fatigue failure. Otherwise, fatigue
failure is induced by local bearing and shear-out on the compression side
of the hole.

Fully reversed (R = —1) fatigue tests were also conducted to quantify
the effects of fastener torque and head type, environment, load eccentricity,
and laminate lay-up (see Ref 7). A comparison parameter was identified
to be the threshold bearing stress, which is the maximum cyclic bearing
stress value below which fatigue failures do not occur for a million cycles.

Tests corresponding to Figs. 19 and 20 were conducted at an initial fastener
torque level of 22.6 N - m (200 Ib - in.). Reference I contains results that
correspond to initial torque levels of 0 and 11.3 N - m (100 1b - in.). A
comparison of the three sets of results indicates that, at low torque levels,
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hole elongation increases relatively gradually, whereas at high torque levels,
hole elongation change is very abrupt.

When 100-deg tension head steel fasteners replaced the protruding head
steel fasteners in R = —1 tests on composite (50/40/10 laminate)-to-alu-
minum single-lap joints, some of the tension head fasteners suffered tensile
failure (Mode 16 in Fig. 5). Tests in which fastener failures did not occur
yielded a lower threshold bearing stress than those for protruding head
fasteners. Tests attempted with 100-deg tension head titanium fasteners
resulted in fastener failures (Mode 16 in Fig. 5).

On 50/40/10 laminate-to-aluminum single-lap joints, R = —1 tests were
conducted under RTD and 103°C (wet) conditions, setting the initial torque
value at 11.3 N - m (100 Ib - in.). A comparison of the results (see Ref I)
indicates that the 103°C (wet) threshold bearing stress [approximately 241
MPa (35 ksi)] is lower than the RTD value [approximately 310 MPa (45ksi)].

The effect of load eccentricity was studied by comparing single-lap and
double-lap R = —1 test results on 50/40/10 laminates (see Ref I). The
threshold bearing stress was determined to be approximately the same for
both test configurations. The large axial stiffness of the metal plates used
in the single-lap tests is believed to be the reason for this.

On 50/40/10, 70/20/10, and 30/60/10 lay-ups, (Laminates 1, 2, and 3 in
Table 1, respectively), R = —1 tests were conducted after the lay-ups had
been bolted to aluminum plates in a single-lap configuration. Protruding
head steel fasteners 7.9 mm (%s in.) in diameter were used on Laminates
1 and 3, and 7.9-mm-diameter (%6 in.), 100-deg tension head steel fasteners
were used on Laminate 2. All the tests were conducted under RTD con-
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ditions, with an initial fastener torque of 11.3 N - m (100 Ibs - in.). A com-
parison of the test results for the three laminates (see Ref 7) indicates that
although the static bearing strengths are different for the three lay-ups [586
to 896 MPa (85 to 130 ksi)], their million-cycle threshold bearing stress
amplitudes are approximately equal [276 MPa (40 ksi)].

Conclusions

A summary of test results from Ref 7 was presented to illustrate the
effects of many joint parameters on the strength and lifetime of bolted AS1/
3501-6 graphite/epoxy laminates. Static test results quantified the effect of
these joint parameters on the strength of various laminate lay-ups and their
corresponding failure modes. Fatigue tests quantified the threshold bearing
stresses under various loading conditions (R values). The threshold bearing
stress is a fraction of the corresponding static bearing strength. Below the
threshold bearing stress, fatigue failure and excessive hole elongation are
precluded for a million fatigue cycles. Results presented in this paper, ad-
ditional results in Ref 1, and those available in Ref 2 provide an adequate
data base to quantify the effect of significant joint parameters on the strength
and lifetime of AS1/3501-6 graphite/epoxy laminates. The presented re-
sults corroborate the general design practices currently used by the industry
in designing mechanically fastened laminated components. They also in-
clude data that will enable further qualification of a few existing design
guidelines.
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ABSTRACT: Load-controlled tension-tension cyclic tests on continuous fiber sheet
molding compound (CSMC) composite-metal bolted joints have been performed.
The test results show that both failure mode and stress-life data depend strongly on
whether the width of the specimen is larger or smaller than the clamped area. Based
on the observed failure modes in a single bolt pattern, a stress-life model is proposed.
Limited data for multiple bolt patterns are reasonably consistent with the failure
model.
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With the concurrent development of high-fiber-content sheet molding
compounds (SMC) and compression molding technology in recent years,
fiber-reinforced plastic composite has become a viable alternative material
in the automotive industry. However, just as in aerospace structures, the
attachment of composite automotive components (either within a subas-
sembly or to the vehicle) is still an issue of great concern. The load-carrying
capacity of the composite material continues to be severely limited by the
weakness at the attachment.

Although adhesive bonding is generally recognized as a better method
of attachment for fiber-reinforced plastic composites, there are a great many
applications where bolted joints are preferred for quick disassembly of
components for inspection, repair, or replacement. In the aerospace in-
dustry, emphasis has been placed on developing new and special fastening
technology to accommodate the weakness of composite-metal or composite-
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composite bolted joints. Automotive applications, on the other hand, still
rely upon commercially available standard fasteners, principally because of
their lower cost and easy availability.

The present work involves the first stage of a continuing study of the
fatigue performance of a bolted lap joint between a steel plate and compres-
sion-molded continuous-fiber SMC composite sheet material. The bolted
joint was obtained by clamping the two materials with standard toolmaker
studs and nuts. The objective of this paper is to investigate the failure modes
and to generate appropriate stress-life data (S-N curves), as influenced by
clamping pressure (tightening torque) and joint dimensions.

Experimental Procedure
Material

The material used in this study is a continuous fiber sheet molding com-
pound (CSMC) composite, commercially designated CSMC C40R30.
Each ply of this material contains 40% by weight of unidirectional contin-
uous (C) E-glass fibers in a layer with 30% by weight of randomly oriented
(R) chopped (25-mm-long) E-glass fibers. The matrix is a vinyl ester resin.

Flat plates were compression molded with four plies of CSMC C40R30
molding compound. The ply stacking sequence was (CR)/(CR)/(RC)/(RC),
where C represents the continuous fiber side and R represents the random
fiber side of each ply. The nominal thickness for the molded plates was 3.7
mm. The resin burnoff test showed a variation in fiber distribution of be-
tween 67 and 70% by weight across the transverse (flow) direction of the
molded plate. Constant-width specimens were cut in the longitudinal (0
deg) direction of the continuous fibers from these plates.

Test Method

Load-controlled tension-tension cyclic tests [maximum-to-minimum-stress
ratio (R) = 0.25] were performed in a Sonntag fatigue testing machine,
equipped with a 5-to-1 load multiplying fixture (Fig. 1). The frequency of
cycling was 30 Hz, and no significant temperature rise was observed during
cyclic testing.

The CSMC specimens, with a 6.63-mm-diameter (d) centric hole at each
end (Fig. 2), were bolted to 12.7-mm-thick steel plates by means of hardened
steel (toolmaker) studs and flanged nuts, forming a simple lap-type joint.
As illustrated in Fig. 2¢, the end plates were designed to make the loading
axis coincide with the specimen axis so that the specimen was loaded in
tension. The lever-arm effect of the 5:1 loading fixture causes a maximum
slope of approximately +0.2 deg at the bottom grip. The resulting bending
effect on the specimen is negligible because of its high compliance. The
diameter of the steel studs was 6.35 mm. The edge distance, e, was 25.4 mm,
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FIG. 1—Test setup for cyclic testing of bolted joints.

so that e/d = 3.8 for all tests. The washer diameter of the flanged nuts was
15.9 mm. The clamping pressure on the specimens was varied by tightening
the nuts to two different torque levels, namely, 16.9 and 22.6 N - m. Except
for a few cases, there was no significant decrease in clamping torque during
the cyclic tests.

Two different groups of specimen width, w, were tested. Group I consisted
of specimens wider than the washer diameter, ranging from w = 19 mm to
w = 50.8 mm. In preliminary cyclic tests, it was observed that the life of
the joint in these specimens was controlled by bearing failure. It was con-
cluded from these tests that to induce fatigue failure at the joint in a rea-
sonable short life (less than about 109 cycles), the net nominal tensile stress
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must at least equal the nominal bearing stress at the hole. To create this
condition, the width of the specimen cannot be greater than twice the
diameter of the hole, namely, for d = 6.63 mm, w = 13.26 mm. For the
joint configuration involving Group II specimens, the test specimens were
narrower than the washer diameter, with a width of 12.7 mm.

Results
Static Tests

The ultimate tensile strength, averaged for 13 CSMC specimens tested
in the direction of continuous fibers (0 deg), was 524 MPa (75 980 psi). In
conventional pin-bearing tests, bearing faiiure was observed at e/d ratios
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Hole
d:=6.63mm ‘u L‘
127.0mm
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FIG. 2—Specimen dimensions, joint geometry, and loading and fixture orientations used in
the cyclic tests.
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equal to or greater than 3. The average pin bearing strength, based on six
25.4-mm-wide specimens with e/d = 3, was 385 MPa (55 790 psi). For
smaller e/d ratios, failure occurred by shear-out.

Static tests were also conducted on specimens with the joint geometry
shown in Fig. 2, employing only the preloading mechanism of the Sonntag
machine. Typical load-deflection diagrams obtained in these tests are shown
in Fig. 3. For Group I specimens (widths larger than the washer diameter),
the bearing failure was followed by shear cracks at the edges of the hole
(Fig. 4). For Group 11 specimens (widths smaller than the washer diameter),
failure was also initiated by shear cracks at the edge of the hole. At high
clamping torques (11.3 N - m and higher), Group II specimens failed when
the longest shear crack reached the end of the specimen (Fig. 5). At low
clamping torques, however, failure in Group II specimens was caused by
bearing damage.

Bearing strength is plotted in Fig. 6 as a function of clamping torque for
Sonntag static test data. These data show that the bearing strength for CSMC
composites increases somewhat with increasing clamping torque. Similar

FIG. 5—Static failure mode in Group 11 specimens.
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results were reported by Stockdale and Matthews [/] as well as by Crews
[2], who attributed improved bearing strength to higher frictional resistance
against slip provided by the clamping pressure.

Cyclic Tests

Failure Modes—For Group I specimens (widths larger than the washer
diameter), bearing failure dominates at high maximum loads even at the
higher clamping torque (22.6 N - m) (Fig. 7). Clearly, the clamping torque
did not prevent axial slip of the specimen relative to the studs. These results
are consistent with those of Crews [2], who also found that the hole elon-
gation takes place earlier and at a greater rate as the clamping torque is
reduced.

At lower maximum loads, there was no evidence of bearing failure in
Group I specimens. Instead, a fatigue (tensile) crack was initiated by fretting
on the faying (back) surface of the specimen (Fig. 8). This semicircular crack
was located well inside the perimeter of the washer. Specimen failure re-
sulted from the extension of this crack to the edges of the specimen. There
was no evidence of crack or any other damage on the front (nut) side of the
specimen.

For Group II specimens (widths smaller than the flange diameter), failure
was initiated with the appearance of microscopic edge cracks near the faying
(back) side of the specimen adjacent to the steel plates, schematically shown
in Fig. 9a. These cracks were loaded in the clamped area (between the bolt
hole diameter and the nut flange diameter) on the interior side of the
attachment. With an increasing number of cycles, more and more edge
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cracks appeared and joined together to create a damage zone near the back
side of the specimen (Fig. 9b).

This damage zone extended from the back surface to nearly the midsur-
face of the specimen and ended at the edge of the bolt hole. From the
appearance of fretting in this damage zone, it was evident that specimen
failure did not occur immediately after the formation of the damage zone.
Failure started with the tensile rupture of the fibers in the remaining section
of the thickness (Fig. 9b). However, because of high compressive stresses
just underneath the flange, the crack did not run across the hole. Instead,
it was diverted parallel to the fibers as it approached the front surface of
the specimen. The crack emanated from the edge of the hole and progressed
toward the edge of the flange, where it was diverted again to run around
the periphery of the flange (Fig. 9¢).

FIG. 7—Bearing failure at high maximum loads in cyclic tests with Group I specimens.
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FIG. 8—Fretting Fatigue Crack at low maximum loads in cyclic tests with Group I specimens:
(a) faying surface, (b) front surface.
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Stress- Life Data—Figure 10 shows the bearing stress as a function of log
life for all specimens tested cyclically in this study. In Group I specimens,
bearing stresses lower than half the static bearing strength did not cause
failure up to 107 cycles. On the other hand, higher bearing stresses caused
rapid failure of the specimen. Although the data for Group I specimens are
limited, it appears that the bearing stress-life diagram is approximately the
same for all widths greater than the washer diameter.

Fatigue tests for Group II specimens were replicated at most stress levels.
Thus, the data for these specimens are sufficiently large to warrant statistical
analysis. Median straight-line S-N curves were established by maximum
likelihood analysis [3], in which a homoscedastic (uniform variance, that
is, independent of the stress amplitude used in testing) log-normal life was
assumed. All specimens were bolted identically at each end; that is, each
end had the same probability of failure. Yet only one end (either top or
bottom) failed in testing, thereby generating one failure value and one
suspended value. The §-N curve for 16.9-N - m clamping torque pertains
to 14 failure values and 22 suspended values, while that for 22.6-N - m
clamping torque pertains to 15 failure values and 19 suspended values. Each
ordinary datum point plotted in Fig. 10 corresponds to one failure value
and one suspended value, whereas each datum point with an arrow cor-
responds to two suspended values, namely, to both ends of the specimen.
The median S-N curves lie above most of the data because of the large
number of suspended values, especially the S-N curve for 16.9-N - m clamp-
ing torque. One way to rationalize this behavior is to argue that if all of
the suspended tests could be continued to failure, the present median S-N
curve is the best (present) estimate of the subsequent resulting median
S-N curve.

Discussion of the Statistical Analysis—Since the fatigue life in this study
exhibits such marked scatter, even the data for the Group II specimens in
Fig. 10 are too meager to discern the actual shape of the S-N curve. We
have adopted a linear S$-N curve and assumed a homoscedastic variance,
simply because we have no solid basis to support a more sophisticated model.
This limitation further highlights the need for a larger sample size in testing
of composites and for replication (at least two specimens) at various stress
amplitudes. Moreover, the specimen design employed in this study gener-
ates a suspended value for each failure value, thereby providing additional
(needed) statistical information. The authors strongly recommend that other
investigators either avoid the use of a modified specimen in which only one
end is likely to fail (that is, a “one-ended” specimen), or ignore the sus-
pended values associated with “two-ended” specimens.
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Discussion

Depending on the level of the cyclic load, failure of CSMC-metal bolted
joints is due either to bearing or to fretting-initiated fatigue. The S-N dia-
gram based on bearing stress can be divided into the two distinct regions
shown schematically in Fig. 11. Since bearing failure dominates at shorter
lives, reduced clamping pressure may have a detrimental effect on the life
of the joint. At longer lives, however, fretting-initiated fatigue failure con-
trols the strength of the joint, and clamping pressure, above a certain min-
imum value, has a relatively small effect in this region. For the design
purposes, it is necessary to establish the critical bearing stress that divides
the two regions of this failure model.

Fatigue cracks in both Group I and Group II specimens were initiated
by fretting; however, there was a distinct difference in the location and
propagation of these cracks. In Group 1 specimens, fatigue cracks were
initiated at the faying surface and propagated outward from the center to
the specimen edges. In Group II specimens, fatigue cracks were initiated
at the edges of the specimen and propagated inward. Accordingly, Group
II specimens exhibit lower fatigue strengths than Group I specimens. This
difference between the fatigue strengths of Group I and Group II specimens
indicates the desirability of keeping machined edges in low stress areas
whenever practical.

Although the two-segment S-N curve for Group I specimens in Fig. 10
is based on limited data and is, therefore, merely faired rather than estab-
lished by statistical analysis, it provides a basis to “predict” the failure mode

B}
E Increasing Clamping Pressure
A -
R |>—~ Fretting Fatigue Feilure
1 -
N T-—Bolt Bearing
6 - Strength Bearing
Failure Group | _*

S - Specimens
T \
R T Fretting Fatigue Feiture
E in Group |1 Specimens
S -
S

1 | ! | !

N
FIG. 11—Failure model for CSMC-steel bolted joints.
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and strength of multiple (two or three) bolt joint patterns. To verify this
hypothesis, three multiple-hole specimens (Fig. 12) were tested in the same
manner as the single-hole specimens. Figure 12 presents the data for these
multiple-bolt joints which, for practical purposes, fall on the single-bolt
joint S-N curve (Fig. 10). From limited experiments with multiple-bolt pat-
terns, it appears that large margins, as well as large transverse and back
pitches, are required to obtain multiple-bolt joint strengths comparable to
single-bolt joint strengths.

Future Work

Good design dictates that margins, as well as transverse and back pitches,
be reduced as much as possible to make a compact joint. Moreover, the
minimum practical tightening torque should be used without sacrificing the
joint strength significantly. Accordingly, these parameters should be estab-
lished by testing a relatively broad spectrum of joint geometries and ma-
terials.

Since bearing stress dictates failure, it is also imperative that ways to
improve the bearing strength and to reduce fretting on the faying surface
be studied. It would appear prudent to study various inserts and special
washers to improve the strength of joints formed by standard fasteners.
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FIG. 12— Failure in two- and three-hole CSMC-steel bolted joints: (a) appearance of damage,
(b) propagation of crack through thickness, (c) shear type crack on the front surface.
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table, 23
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71
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fasteners, 226, 261
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tigue tests of bolted com-
posite-metal joints, 262
graph, 264
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