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Foreword 

The symposium on Case Histories Involving Fatigue and Fracture Me­
chanics was held 21-22 March 1985 in Charieston, South Carolina. ASTM 
Committee E-24 on Fracture Testing sponsored the symposium. C. Michael 
Hudson, NASA-Langley Research Center, and Thomas P. Rich, Bucknell 
University, served as symposium cochairmen and coeditors of this publi­
cation. 
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Introduction 

The field of fracture mechanics has followed a distinct evolutionary pat­
tern over the past 40 years. The period from the fifties through the sixties 
was a time of intense basic research from both the mechanics and materials 
points of view. During the seventies increasing transfer occurred from re­
search into application with a corresponding increase in fracture mechanics 
based standards and specifications. Today while research into such areas as 
nonhnear fracture behavior and fracture/fatigue in new materials is still 
significant, the field of fracture mechanics has matured into a useful tool 
for engineering structural design, maintenance and inspection, and post 
failure analysis work. 

Ever since the early days of research in fracture, numerous books and 
journals have been available to document the advances in the basic under­
standing of fracture and fatigue mechanisms and theory. However, the 
avenues for widely distributed information on experience gained in applying 
fracture mechanics to specific problems of hardware design and operation 
have been sorely lacking. With this in mind, the E-24 Committee on Fracture 
Testing of ASTM sponsored a Symposium on Case Histories Involving 
Fatigue and Fracture Mechanics in Charleston, South Carolina, on the 21st 
and 22nd of March, 1985. The response was extraordinary with over 20 case 
histories accepted for inclusion in the meeting. Many potentially good papers 
had to be excluded because of space and time limitations in the program. 

The case history format was chosen for the meeting and resulting pub­
lication as the ideal medium for documenting experience. Authors were 
encourage to present clear and detailed examples of how fracture and fatigue 
concepts and data were applied to actual engineering components and sys­
tems. Sufficient information was sought to specify the geometrical, material, 
loading, environmental, and crack characterizations required to perform 
each case history investigation. 

The results can be found in the case histories of this book. Major areas 
of application are pressure vessels, power generation equipment, structures, 
aircraft, manufacturing equipment, and bio-medical devices. In all cases, 
the authors are relating first hand experience on how they have applied 
fracture mechanics to engineering components in real life situations and 
time frames. Keep in mind that, as such, a case history is not put forward 
as "the best" way to tackle any given situation, but only as "a reasoned" 
way to accomplish stated objectives. They are to be learned from, built 
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2 CASE HISTORIES INVOLVING FATIGUE AND FRACTURE 

upon, and modified where necessary to enable the production and operation 
of safer, more reliable engineering products in the future. 

C. M. Hudson 
NASA-Langley Research Center, Hampton, 

VA 23665; cochairman and coeditor. 

T. P. Rich 
Bucknell University, Lewisburg, PA 17837; 

cochairman and coeditor. 
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Klaus Rahka^ 

Use of Material Characterization to 
Complement Fracture Mechanics in the 
Analysis of Two Pressure Vessels for 
Further Service in a Hydrogenating 
High-Temperature Process 

REFERENCE: Rahka, K., "Use of Material Characterization to Complement Frac­
ture Mechanics in the Analysis of Two Pressure Vessels for Further Service in a 
Hydrogenating High-Temperature Process," Case Histories Involving Fatigue and 
Fracture Mechanics, ASTM STP 918, C. M. Hudson and T. P. Rich, Eds., American 
Society for Testing and Materials, Philadelphia, 1986, pp. 3-30. 

ABSTRACT: Cracks of significant size were found in two chemical process pressure 
vessels after around 100 000-h service. The finding warranted fracture mechanics 
evaluation of further service fitness. This was done in five steps: fracture toughness 
measurements including determination of aging effects, loading limit identification 
including estimation of further aging and hydrogen effects, stress-intensity factor 
calculations, material and cracking mechanism investigation, and recommendations 
of precautions. The principal reason for crack formation was found to have been 
hydrogen attack due to local insufficient alloying in repair welds. Sufficient safety 
margins for further service were provided by a combination of precautions during 
startup and shutdown operations, low-working stresses, and sufficient fracture tough­
ness as well as a detailed service record. Recommendations for further precautions 
included more frequent and intensified recurrent inspection, inert gas pressurization, 
and limitation of process pressures at ambient and lower temperatures during startups 
and shutdowns. 

KEY WORDS: fracture mechanics, fitness for purpose, high temperature, hydrogen 
attack, pressure vessels. 

Nomenclature 

Ki Stress-intensity factor, M P a V i n 
(T„ Membrane stress 
cxb Bending stress 

M„ Membrane stress correction factor 
Mfc Bending stress correction factor 

' Senior research officer, Technical Research Centre of Findland (yTT), SF-02150 Espoo, 
Finland. 
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4 CASE HISTORIES INVOLVING FATIGUE AND FRACTURE 

Q Flaw shape parameter 
a Flaw size (edge crack size = a; internal crack size = Id) 

a„ Axial stress 
p Internal gas pressure 
D Pressure vessel diameter 
t Wall thickness 

Fracture mechanics is a discipline within engineering, which has evolved 
through a need to rationalize the effect of crack-like discontinuities on the 
failure resistance of structures. Applications of fracture mechanics include 
both failure analysis and evaluation of cracked structures for continued use. 
Applications of fracture mechanics with the latter scope have economic as 
well as safety value, while the former serves the same purposes for a more 
distant future. Since the safety risks of flaw acceptance may be significant, 
a formal fracture mechanics calculation must be supported by detailed ma­
terial characterization. In our case, two 2.9-m-diameter process vessels with 
150 mm wall thickness were found to contain cracks up to 26 mm in depth 
and 430 mm in length. The vessels contain a process medium including 
gaseous hydrogen and hydrogen sulfide at an elevated temperature and high 
pressure. 

Because a repair of the vessels would have included an unscheduled 
lengthy downtime and loss of production, a fracture mechanics evaluation 
was undertaken in order to find out whether the vessels would be fit for 
continued service. This continued service would allow smooth planning and 
implementation of repairs. In combination with this evaluation, an inves­
tigation was conducted to identify the mechanism of crack formation. This 
investigation used material that was locally removed from the vessel wall. 
Fracture toughness was determined using the same class of material from 
a "retired" end closure of a fellow vessel. The retirement of this end closure 
had been caused by brittle fracture due to an excessively low pressurizing 
temperature during a hydrotest. 

Material Requirements for Elevated Temperature and Hydrogen Service 

Service reUability of steel in elevated temperature hydrogenating envi­
ronments is set by its resistance to hydrogen attack and creep resistance. 
Reliable process startup, shutdown, and hydrotesting also require brittle 
fracture precaution measures. 

Limiting compositions of steels, which have shown satisfactory resistance 
to hydrogen attack, are given by Nelson diagrams \1\. In these diagrams, 
the hydrogen partial pressure and process temperature are used to char­
acterize the severity of the environment. Based on the Nelson diagram in 
Fig. 1, it is concluded that in the process environment encountered in our 
case {H.2 partial pressure ~ 10 MPa, temperature 420 ± 20°C) an iron car-
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6 CASE HISTORIES INVOLVING FATIGUE AND FRACTURE 

bide is expected to undergo hydrogen attack. This attack involves the com­
bining of hydrogen and carbon from the iron carbide to form methane gas. 
An alloy steel containing alloy rich iron, chromium, and molybdenum car­
bides will be chemically stable and therefore resistant to hydrogen attack 
in the conditions of interest here. 

Based on hydrogen-attack-resistance requirements, a 2y4Cr-lMo steel 
according to the ASTM Standard Specification for Pressure Vessel Plates, 
Alloy Steel, Chromium Molybdenum (A 387-82), A 387 Grade 22, is most 
suitable for our case. Other requirements for high temperature service are 
set by creep resistance to prevent bulging and high-temperature fracture 
[3] and aging characteristics for brittle fracture precaution [4]. Twenty years 
ago, creep strength was known and handled in practice. Aging, and partic­
ularly temper embrittlement or creep embrittlement, were less fully under­
stood. For the purposes of this paper, I shall focus on the aging-embrittle-
ment aspect only. 

Aging embrittlement works in two ways: it will raise the brittle to ductile 
transition temperature and thus increase the danger for brittle fracture at 
low temperature, and it may lower the high-temperature resistance to frac­
ture and thus increase the chance for cracking at elevated temperatures. In 
practice, the effect of aging is seen as a shift in transition temperature on 
a Charpy-V impact toughness curve. The Charpy-V impact toughness test 
is standardized: ASTM Standard for Notched Bar Impact Testing of Metallic 
Materials (E 23-82). Impact toughness is expressed either as the amount of 
energy absorbed or the percent of ductile fracture. The amount of embrit­
tlement is expressed as the amount in shift of the toughness curve along 
the temperature scale. For aged material it is detected by regeneration heat 
treatment. Fig. 2 [4]. Service-induced aging embrittlement involving im­
purity effects is reversible to a large extent. While aging simulation is almost 
trivial for testing the susceptibility to aging of virgin materials, the revers­
ibility of aging makes it possible to approximate—by testing—the actual 
aging that has occurred in material that has been in service. The "virgin" 
properties are regenerated by heat treatment of a specimen from the aged 
material, by, for example, a 1 h anneal at 650°C followed by water quench. 
In practice some uncertainties are anticipated in the aging embrittlement 
shift measured with regenerated material. For the purpose of estimating 
material fracture toughness, this uncertainty, together with postulated ef­
fects of future aging, are accounted for by shifting the toughness curves for 
the aged material further "upward" along the temperature scale by an 
amount equal to that obtained by regeneration in the "downward" direction. 

Fracture Mechanics for Service Fitness Analysis 

Apart from bulging by creep and embrittling by hydrogen attack, brittle 
fracture during hydrotesting or startup and shutdown operations is the most 
hazardous failure mode for pressure vessels of the kind in this paper. Brittle 
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FIG. 2—Example of aging influence on the impact toughness of IVtCr-lMo steel as detected 
by regeneration anneal (2 h at 690°C + water quench) [4]. 

fracture at stresses well below the yield strength occurs at low or ambient 
temperatures under domination of elastic deformations. Consequently, it 
is often appropriate to apply linear elastic fracture mechanics to these cases. 
The principles listed in the ASME Boiler and Pressure Vessel Code, Section 
XI [5], therefore, were adopted. Accordingly, the stress-intensity factor, 
calculated using appropriate factors for geometrical, crack size, and load 
influence, should remain less than the structural fracture toughness. The 
material fracture toughness is the estimated value of a stress-intensity factor 
which produces failure. Usually, a safety margin is required to keep the 
applied stress-intensity factor at some level well below the material fracture 
toughness. This safety margin provides a buffer against uncertainties in the 
procedures or representativity of the data. 

Fracture Toughness Measurement 

Fracture toughness was determined using the unloading compliance method 
for early crack growth detection, and the ASTM Standard Test Method for 
/ic, a Measure of Fracture Toughness (E 813-81). Backup testing was done 
using the standard Charpy-V test. The material used for testing came from 
a heat-exchanger end closure from a fellow vessel. The manufacture of this 
end closure dates back to the same time as that of the vessels, and similitude 
in properties, therefore, was assumed. This end closure had failed by brittle 
fracture during a cold-hydro test a few years eariier. Investigation of this 

Copyright by ASTM Int'l (all rights reserved); Wed Dec 23 18:32:03 EST 2015
Downloaded/printed by
University of Washington (University of Washington) pursuant to License Agreement. No further reproductions authorized.



8 CASE HISTORIES INVOLVING FATIGUE AND FRACTURE 

failure had been reinitiated through adoption of novel fracture-toughness 
measurement methods employing /jc methodology and considerations of 
aging. The principle for including the effect of aging into the integrity 
analysis is given in Fig. 3. Results including virgin properties obtained by 
regeneration treatment are shown in Fig. 4. 

Determination of Actual Material Fracture Toughness 

The material fracture toughness was estimated based on the results from 
testing specimens by allowing for extra aging effects and related uncertain­
ties. This was done by fitting the ASME Section XI fracture toughness 
curves to the results from testing, and making an additional 60°C shift 
of the curves according to the regeneration result. The result is shown in 
Fig. 5. 

The 60°C shift is somewhat arbitrary. The accuracy of the estimated 
material fracture toughness is improved, however, if one considers it to be 
probably higher than the highest stress-intensity factor ever sustained in 
Vessel A by the ligament in front of an even larger flaw (originally A4) 
than those now analyzed. This flaw had existed in the wall of Vessel A until 
the performance of the present analysis and was most probably first detected 
by ultrasonic inspection nine years earlier in 1973 (but not definitely iden­
tified as a crack until 1982). It then measured 80 mm in depth and 400 mm 
in width. It lay in the same horizontal girth weld as the rest of the cracks, 
which were now analyzed. 

Operation 

Stress 
intensity factor 
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safety factor. — 

^•<1 Operation 

'' 1 
I 
/ 
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FIG. 3—Principle for fracture prevention by fracture mechanics K, < K,,. 
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FIG. 5—Choice of structural fracture toughness by using fracture toughness measurements, 
aging effects and ASME XI [5] fracture toughness curves. 

During a 1978 hydrotest crack indication A4 remained dormant as mea­
sured by pre- and post-test ultrasonic evaluation as well as in situ acoustic 
emission monitoring. The maximum stress-intensity value of A4 during this 
hydrotest was regarded to set a possible ultimate lower limit of fracture 
toughness for the material of the vessels. 

A particular concern in the estimation of the material fracture toughness 
was the possible hydrogen entrapped within the vessel wall itself. This 
hydrogen takes some time to diffuse. This concern was relieved by rec­
ommending careful shut down operations to allow time for hydrogen to 
diffuse out of the vessel wall, and by avoiding operations causing thermal 
stresses. A related concern was the effect of hydrogen on high-temperature 
fracture toughness. The latter question was answered directly by a recent 
paper by Landes and McCabe [6]. Their paper showed that the fracture 
toughness of aged ZViCr-lMo at high temperature is sufficient to prevent 
high-temperature fracture or even significant subcritical crack growth. Test­
ing times up to six months [6] showed that this steel resists subcritical 
cracking sufficiently to allow at least six months of inspection interval. 
Pressure testing was not recommended. 

Stress-Intensity Factor Calculation 

Because precautions for reducing thermal stresses during startups, shut­
downs, and operations were recommended, a simplistic stress and stress-
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RAHKA ON USE OF MATERIAL CHARACTERIZATION 11 

intensity factor analysis was used. This analysis was based on the Inservice 
Inspection Section of the ASME Boiler and Pressure Vessel Code [5]. Ac­
cording to this code, the stress-intensity factor due to pressure, thermal, 
and shape-induced secondary stresses is calculated according to 

K^ = M^a^ J-^ + Mf, (T, J-^ (1) 

where 

a„ and o-̂  = membrane and bending stress components at the location 
of the crack, respectively; 

M,„ and Mi, = membrane and bending correction factors, respectively, 
taking into consideration flaw eccentricity and shape; 

Q = a flaw shape parameter, which takes into account flaw 
"topography" that is, ellipse ratio of the flaw and stress 
level relative to yield stress; and 

a = actual flaw depth in the case of a surface flaw, for an 
embedded flaw a is half of the smaller axis of the ellipse 
that approximates the extremes of the actual flaw (the 
ligament, d, to the nearest free surface, must be > 0.4 a). 

Location of Cracks and Significant Stress 

From a stress calculation point of view, the cracks are all located in the 
simplest possible way. A graph of the pressure vessels in Fig. 6 includes 
the crack locations and orientation. All cracks were found in the center 
beltline cirumferential weld seam. They are, therefore, subject to crack 
opening due to axial membrane stresses only, that is 

o-„ = CT„ = - ^ ( 2 ) 

therefore 

K, = M„cT„ y ^ (3) 

Recurrent Inspections 

The process vessels have been subjected to regular recurrent nonde­
structive examinations since 1973. In the 1973 examination, a large discon­
tinuity was identified in one of the vessels (A) with the ultrasonic equipment. 
It extended to a depth of a = 80 mm and was 400 mm wide. Metallographic 
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12 CASE HISTORIES INVOLVING FATIGUE AND FRACTURE 

t 

2900 mm 

•All cracks 
are in this 
weld seam. 

FIG. 6—Main dimensions of vessels and location of cracks. 

examination of the inside surface (cladded with stainless steel) of the vessel 
revealed no cracking in 1973, and the indication was then judged to be due 
to a material inhomogeneity. In subsequent regular yearly inspections, 
minor changes in the nature of this "inhomogeneity" were "observed." 
Motivated by suspicions as to the real nature of this discontinuity, a pressure 
test was performed in 1978. Acoustic emission techniques were employed 
to trace any cracking activity during this test. No indications of further 
cracking were detected during acoustic emission monitoring. The result of 
this pressure test was used in this evaluation to support the estimation of 
the material fracture toughness. By the time the initial fracture mechanics 
calculation was made in 1982, it was decided to investigate this discontinuity 
by removing material covering it. It became evident that the discontinuity 
was a crack and was numbered A4. In 1982, flaw A4 was removed from 
the vessel. The resulting cavity was ellipsoidal. During this shape modifi-
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RAHKA ON USE OF MATERIAL CHARACTERIZATION 13 

cation of the vessel, material adjacent to this flaw was removed and sub­
jected to detailed chemical analysis and metallography. The ellipsoidal cav­
ity was validated by stress analysis in a separate task, and it was left unrepaired. 

Metallographic Observations of Defect Causes 

The defect was identified as grain boundary cracking confined to weld 
metal, Fig. 7. Metallography included scanning electron micrography, frac-
tography (Fig. 7e) and transmission electron diffractometry to identify car­
bides in the steel (Fig. 8). The chemical composition was determined from 
several locations in order to detect inhomogeneities, Table 1. 

Results indicated that the local weld metal either contained no carbide 
forming elements, or insufficient elements (see Cases a and b in Table 1). 
The base metal was found to fulfill the specifications. The weld metal on 
the outside surface of the vessel fulfilled the requirements as well. A mi­
crograph of the sound weld metal is shown in Fig. 9. 

Crack Inventory 

Topographical maps of the center beltline weld seams are given in Fig. 
10a and fc, to show relative locations, approximate lengths, and identification 
numbers of the cracks found. 

A series of sections parallel to the axis of the Vessel B across the center 
beltline weld at flaw (B4) is shown in Fig. 11. These sections show a typical 
cross-section profile of a flaw. Intuitively one may conclude that the detected 
flaws are most probably associated with repair of the weld root of the original 
single sided V-groove weld. The quality control documentation from the 
manufacturing also reports on weld repairs. 

Stress-Intensity Factors 

Stress-intensity factors were calculated using Eqs 2 and 3, assuming in­
fluence of membrane stress only. Factors M„ and Q were taken from the 
appropriate graphs in Ref 5. The flaw sizes and aspect ratios were deter­
mined by enclosing the projected actual flaw within a rectangle according 
to the ASME XI procedure. The dimensions of the rectangle are given by 
the positions of the flaw extremities, Table 2a and b. Results of the stress-
intensity factor calculations are also reproduced in Table 2. 

After the initial fracture mechanics evaluation in 1982, a shorter inspec­
tion interval of approximately 6 months was recommended. Also, inspection 
was intensified and a lower reporting threshold was adopted. This resulted 
in finding new flaws as well as growth of flaws that had already been found. 
Strangely also, some flaws had "diminished" in size. Together with the 
intensified inspections, a new coordinate and flaw numbering system was 
adopted for Vessel A. 
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14 CASE HISTORIES INVOLVING FATIGUE AND FRACTURE 

FIG. la—Macrosection of specimen removed from the inside surface adjacent to indication 
A4. Cracking in confined to weld metal. Cladding is displayed. 
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FIG. 76—Micrograph of material adjacent to main indication of flaw A4 grain boundary 
crack. 
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FIG. Id—Side indication of flaw A4. 

Copyright by ASTM Int'l (all rights reserved); Wed Dec 23 18:32:03 EST 2015
Downloaded/printed by
University of Washington (University of Washington) pursuant to License Agreement. No further reproductions authorized.



18 CASE HISTORIES INVOLVING FATIGUE AND FRACTURE 

^ ; ^ ; ^ 

'.'Mi i< 

. . . ^ 

• : ' ^ 

FIG. 7e—Fracture surface of side indication of flaw A4. Grain boundary cracking. 
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• * # 
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l i d 'I Weld material surrounding flaw Al {numbering according to pre 1983 system). 

The final result of comparing fracture toughness and applied stress-in­
tensity factors is given in Fig. 12. This figure shows a sufficient safety margin, 
provided no undue pressurization occur during shutdown and startup. In 
practice, pressurization with hydrogen gas was not done below ~150°C. 

Discussion 

Three points of the present case deserve some discussion. These are: 
stress level versus allowable stress; reasons for the repair action; and quality 
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FIG. 10—Flaw maps for center beltline weld for (a) Vessel A and (b) Vessel B. Approximate 
flaw length and flaw number are indicated. 

assurance deficiencies in the repair and manufacturing processes. The orig­
inal choice of weld groove design is an item for consideration. The "lower 
than specified chromium and molybdenum" weld material is a central item 
for discussion. This deficiency is related to the original quahty assurance 
procedures on the shop floor during manufacture. The adequacy of this 
analysis will be discussed bearing in mind the long period of safe service, 
the low service stresses, the shortened inservice inspection interval, and the 
intensified inspection procedures. 

Stress Level 

The allowable membrane stress at the peak operating temperature equals 
two thirds of the minimum guaranteed yield strength. Specifically this amounts 
to 180 MPa for the circumferential beltline membrane stress and 90 MPa 
for the axial membrane stress. The flaws are subject to opening mode by 
the axial stress. 
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FIG. IO­

CS) SURFACE INDICATIONS 

Continued. 

The wall thickness exceeds by 50% the value that would bring the wall 
stresses to their allowable values. Thus, the original design was quite con­
servative. With respect to possible creep of the vessel, the lower stress level 
is also conservative and contributes to an overall positive feeling of safety. 

Reasons for the Repair 

The reasons for the cracking raises other kinds of questions. A special 
concern is the local repair weld material, which did not meet specifications. 
On the other hand, the initial weld design was partly responsible for the 
original cracking. The latter is a welding design and technique related ques­
tion, and is most probably connected to the choice of groove shape, filler 
material, preheat, and order of laying the beads. The former, or failure to 
use welding rods having the proper composition, is difficult to explain at 
this point. The problems that were met with at the analysis stage were 
connected to the unknown time dependence of hydrogen attack. Little 
information on this dependence was found during the hmited time available 
to this analyst. Further, the amount and distribution of lower-than-speci-
fication weld material as well as alloy distribution was unknown. Some 
suggestive information on this distribution was found in the detailed flaw 
profile sketches that the nondestructive evaluation (NDE) personnel pro­
vided. 
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FIG. 11—Six sections of flaw B4 approximately 50 mmis apart which show probable asso­
ciation of indications with weld root repair. 
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FIG. 12—The estimated structural fracture toughness and stress-intensity factors caused by 
operating pressure and flaws found in Vessels A and B. Fracture toughness estimate is based 
on fitting the ASME XI [5] reference fracture toughness curves to the test data and allowing for 
aging. Upper shelf fracture toughness was estimated based on elevated temperature test data 
including effects of hydrogen [6]. 
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Extent of Lower than Specified Weld Filler and Adequacy of This Analysis 

An indication of the extent of weld repair was obtained from the profiles 
of the ultrasonic indications, Fig. 11. These indications covered the major 
parts of the respective repairs. Accordingly, only limited further hydrogen 
attack was anticipated. However, since crack growth was the prime concern 
of this analysis, other modes of failure such as creep crack growth was 
covered as well. Some relevant literature was screened (for example, [1,2,6]). 
This screening indicated a limited possibility of further cracking. Such crack­
ing would not happen in the fully alloyed material, however. It was con­
cluded that the shorter inspection interval should bring this aspect into 
adequate control. Based on the stress-intensity factor calculations, several 
tens of millimetres of further crack growth could have been allowed before 
the safety margins were exceeded. 

Conclusions 

Detailed investigation of the vessels revealed significant deviations from 
material specifications. These deviations were the mechanistic reason for 
the crack formation mechanism. Under conditions of careful startup and 
shutdown and because operating stresses were low, the resulting stress-
intensity factors were low as well. Thus sufficient safety margins were found 
for further service fitness. Uncertainties in the amount of underalloyed 
repair-weld filler material were compensated by a shortened inspection 
interval. Although further growth of some flaws were later detected, the 
margins of safety were not violated before the vessels were withdrawn from 
service. 
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Cracking at Nozzle Corners in tine 
Nuclear Pressure Vessel Industry 

REFERENCE: Smith, C. W., "Cracking at Nozzle Corners in the Nuclear Pressure 
Vessel Industry," Case Histories Involving Fatigue and Fracture Mechanics, ASTM 
STP 918, C. M. Hudson and T. P. Rich, Eds., American Society for Testing and 
Materials, Philadelphia, 1986, pp. 31-45. 

ABSTRACT: Cracks in nozzle corners at the pressure boundary of nuclear reactors 
have been frequently observed in service. These cracks tend to form with radial 
orientations with respect to the nozzle central axis and are believed to be initiated 
by thermal shock. However, their growth is beheved to be primarily due to a steady 
plus a fluctuating internal pressure. Due to the impracticality of fracture testing of 
full-scale models, the Oak Ridge National Laboratory instituted the use of an inter­
mediate test vessel (ITV) for use in fracture testing which had the same wall thickness 
and nozzle size as the prototype but significantly reduced overall length and diameter. 
In order to determine whether or not these ITVs could provide reahstic data for full-
scale reactor vessels, laboratory models of full-scale boihng water reactors and ITVs 
were constructed and tested. After briefly reviewing the laboratory testing and cor­
relating results with service experience, results obtained will be used to draw some 
general conclusions regarding the stable growth of nonplanar cracks with curved crack 
fronts which are the most common precursors to fracture of pressure vessel com­
ponents near junctures. Use of linear elastic fracture mechanics is made in determining 
stress-intensity distributions along the crack fronts. 

KEY WORDS: stress intensity factors, nuclear pressure vessels, nozzle corner cracks, 
intermediate test vessels, boihng water reactors, photoelasticity 

The results described in this paper are drawn from studies motivated by 
the discovery of a large number of cracks at re-entrant nozzle corners in 
the coolant conduits of operating boiling water reactors (BWR) in the early 
and middle 1970s in the United States. The cracks were believed to be of 
thermal shock origin, but there was concern over the growth of the cracks 
due to fluctuations in the internal pressure in the vessels. 

Due to the prohibitive costs involved in full-scale testing of reactor vessels, 
engineers at the Oak Ridge National Laboratory had devised a model known 
as the intermediate test vessel (ITV) by reducing the diameter and length 
of the reactor vessel by an order of magnitude but maintaining the same 

' Alumni professor. Department of Engineering Science and Mechanics, Virginia Polytech­
nic Institute and State University, Blacksburg, VA 24061. 
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wall thickness and nozzle dimensions. A photo of an ITV is shown in Fig. 
1. In designing the ITV, the Oak Ridge engineers included a conservative 
variation from the full-scale reactor geometry by making the nozzle corner 
root radius one half of that in a scale model of the reactor vessel. When, 
however, the ITV concept was introduced to the international technical 
community, the question was raised as to whether or not the thick-walled 
ITV could be used to predict crack growth in the thin-walled reactor vessel 
at nozzle corners, and whether or not the ITV was an adequately severe 
test. 

Around 1975, the Delft Technical University sponsored a series of frozen 
stress photoelastic experiments at Virginia Tech on flat plates with nozzles 
which showed that cracks grown under monotonically increasing load in the 
photoelastic models were identical in shape to those grown under fatigue 
loading with stress ratios as low as 0.1 in reactor steel models [1]. However, 
the crack shapes, normally assumed by designers to be quarter circular at 
that time, were more complex. 

Based upon these results, the Oak Ridge National Laboratory sponsored 
an extensive program at Virginia Tech to apply the frozen stress method to 
a study of nozzle corner cracks and accompanying stress-intensity factor 
(SIF) distributions in both ITV and BWR models and to compare results. 

After briefly reviewing the frozen stress method and its use, this paper 
will focus upon the findings of this latter study and its relation to nozzle 
corner crack design rationale. 

FIG. 1—Photograph of an intermediate test vessel. 

Copyright by ASTM Int'l (all rights reserved); Wed Dec 23 18:32:03 EST 2015
Downloaded/printed by
University of Washington (University of Washington) pursuant to License Agreement. No further reproductions authorized.



SMITH ON CRACKING AT NOZZLE CORNERS 33 

Frozen Stress Method 

There are two classes of basic considerations involved in the development 
of the "frozen stress" method for estimating SIFs, They are (a) experimental 
and (b) analytical. Experimental considerations include the "frozen stress" 
method and the deviations from two-dimensional behavior produced by 
through cracks in bodies due to local constraint variation. Analytical con­
siderations include the utilization of near-tip field theory to compute quan­
tities measured photoelastically. 

Experimental Considerations 

We shall first review concepts associated with the frozen stress photo-
elastic method. 

This method involves a technique which dates back to the studies of Oppel 
[2]. The term "frozen stress" is a misnomer, in the sense that one does not 
obtain frozen in macrostresses. Instead the deformations and stress fringes 
are the frozen or fixed values. In order to accomplish stress freezing, one 
begins with a transparent material exhibiting certain diphase optical and 
mechanical properties. At room temperatures, these materials can be char­
acterized as Kelvin-like in their response to load (Fig. 2). That is, mechanical 
loads tend to generate optical and mechanical creep or flow as well as elastic 
response. Above a certain temperature, however (called the critical tem­
perature), the material's viscous component is suppressed, and its response 

1 

T 
E = YOUNG'S MODULUS 
M = FIRST COEFF. OF VISCOSITY 

FIG. 2—Kelvin material. 
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becomes linearly elastic and virtually tinie independent. Thus, one can adopt 
the following procedure for producing "frozen stress" models: 

1. Heat model in unrestrained form to above critical temperature. 
2. Apply live loads. 
3. Cool to room temperature under load. [Upon removal of the loads, 

the stress fringes and deformations produced above critical temperature will 
be retained. The recovery effect due to unloading is negligible since the 
material fringe constant (or stress per unit fringe) above critical is an order 
of magnitude below the room temperature value and the value of Young's 
modulus (E) above critical is two orders of magnitude below that at room 
temperature. Since no macrostress results, the model may be sliced without 
altering the fringe or deformation patterns. 

There are two basic limitations to the frozen stress method in general. 
The first is that it applies only to linear elastic behavior, and the second is 
that all stress freezing materials are essentially incompressible above critical 
temperature (that is, Poisson's ratio, v — 0.5). 

The practical significance of the first limitation is that when one introduces 
a sharp crack into the body (theoretically a singularity) one expects a local 
region of nonlinearity very near the crack tip. Such a region, in fact, is 
observed photoelastically. This region may be due to nonlinear material 
behavior, crack-tip blunting, nonlinear strain-optic relations or some com­
bination of these effects [3]. The important point is that this region must 
be identified and excluded from the SIF determination. The second limi­
tation leads to an important consideration especially when verifying the 
accuracy of the method by comparing with two-dimensional analytical so­
lutions. 

The effect of the elevated value of Poisson's ratio in cracked body prob­
lems may be described as follows: When a through the thickness crack 
occurs in a body of finite thickness, a region of high constraint develops 
around the crack tip characterized by the root radius of the crack tip and 
the plate thickness, the latter always being orders of magnitude larger than 
the former. This constraint dissipates rapidly with increasing distance from 
the crack tip and away from the crack tip generalized plane stress then 
prevails in a "two-dimensional" problem. The presence of the constraint 
variation, however, is a three dimensional effect which is present in all real 
bodies, and when measurements are made near the crack tip, they will be 
associated with a state of nearly plane strain, while measurements away 
from the near tip zone, such as compliance measurements, will be for a 
zone in which generalized plane stress exists. Irwin and others have sug­
gested [4,5] that near tip measurements in such problems can be "converted" 
to two-dimensional results through the multiplying factor (1 - v^y^. This 
effect, while small for i; == 0.3, is substantial when v — 0.5. The author and 
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his associates have extended these ideas and suggested the factor {(1 - 0.3^)/ 
(1 - 0.5 )̂V^ for converting plate type frozen stress data for comparison 
with "two-dimensional" results where i; — 0.3. This method has been found 
to be remarkably accurate for plate shaped bodies. Details of this study are 
found in Ref. 6. When cracked bodies are not two-dimensional (as with 
surface flaws) this effect cannot be estimated in the same way, but estimates 
of the author and his associates indicate a maximum elevation in the SIF 
from near field measurements of the order of the experimental error (that 
is, about 5%). 

Analytical Considerations 

Mode I Analysis—It has been shown by Sih and Kassir [7] that the singular 
elastic field surrounding the tip of an elliptically shaped flaw border can be 
expressed in the same form as for the plane case if a local moving rectangular 
cartesian coordinate system is employed. For Mode I loading, these stresses 
can be written in the form 

Ki e / . 9 . 36 

^ i 0 / i . e . 3e\ 

/^i . e e 30 

^ - = ( ^ ^ ^ ' ' " 2 ' ' ' ' 2 '̂ ^̂  y - ^ -

where the notation, adapted to surface flaw problems is pictured in Fig. 3. 
The first terms represent the singular part of the stress field and the a,̂ , 
(following the Irwin approach for the plane problem), represent the con­
tribution of the regular stress field in the form of the first terms of Taylor 
series expansions of the regular stress components near the crack tip. As­
suming that any flaw border can be represented as locally elliptic in shape 
[8], Eqs 1 can be considered as applicable to such flaw border shapes. 

Observation of Mode I fringe patterns (Fig. 4) reveals that the fringes 
tend to spread in a direction approximately normal to the flaw surface. Thus 
best fringe discrimination and accuracy is expected along 9 = -IT/2 in Eq 1. 
Evaluating Eq 1 along 9 = T:/!, computing 

Tjfax = \ [(a„„ - a„)2 + 4tTir (2)' 

^ Also, from the Stress Optic Law TS,, = n'fllt' where n' = stress fringe order, / = ma­
terial fringe value, and /' = slice thickness. 
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FIG. 3—General problem geometry and notation. 

FIG. 4—Near tip Mode I stress fringes. 
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and truncating to the same order as Eq 1, one obtains 

A 
'max ^1/2 ^ ^ 

where 

A = Ki/{8Trry'^ and 
B = a constant containing CT^. 

Rewriting Eq. 3 in a normahzed form, we have 

K Ap_ K, 
qiTTay qiiray 

g(8)' 

(3) 

(4) 

where K^p = TTmaxCSirr)"̂  is defined as an "apparent" stress-intensity factor. 
Equation 4, when plotted as K^p/q{'nay'^ versus (r/a)"^ yields a straight 
line which when extrapolated across the nonlinear zone to the origin will 
yield Kilq(j!ay'^, the normalized SIR ^ is a nonlocal load parameter, such 
as internal pressure. A typical example of the extrapolation using data for 
the problem which follows is given in Fig. 5. 
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FIG. 5—Estimating the SIF from stress frozen slice data. 
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The foregoing method depends crucially upon the ability of the experi­
mentalist to accurately locate the linear zone represented by the black data 
points in Fig. 5. Since Eqs 1 are the same form as the two-dimensional near 
tip equations for a crack in an infinite body, one expects that the linear 
zone may be constricted, sometimes severely from the outside due to com­
plex boundary conditions and three-dimensional effects other than the crack 
surfaces themselves. A recent study [9] by the author and his colleagues 
suggests that the inner boundary of the linear zone along 6 = T^II for Mode 
I is almost invariant with (r/a)"^ ~ 0.2. However, the outer boundary of 
the linear zone may vary from (r/ay'~ ~ 0.4 to 0.7 or more. In actual 
dimensions, this gives a hnear zone from r = 0 . 1 t o r » 1 . 0 mm. Thus, in 
practice, the investigator seeks linear zones to the right of (r/a)"^ = 0.2 
which are common to all slices along a given flaw border. In this way, the 
proper linear zone location is insured. 

The Experiments 

Experimental Procedure—Model sections for both ITV and BWR models 
were cast from suitable stress freezing materials. A starter crack was inserted 
into each nozzle in a plane normal to the vessel hoop stress direction by 
striking a sharp blade held normal to the reentrant corner with a hammer. 
Model parts were then glued together to form scale models of ITVs, each 
containing one nozzle and BWRs each containing two diametrically opposite 
nozzles. Photos of each are shown in Fig. 6 showing assembly glue lines. 

FIG. 6—Photos of photoelasiic models of an ITV and a BWR. 
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These vessels were then placed in a stress freezing oven and heated to well 
above the critical temperature. After a thermal soak to achieve a uniform 
temperature distribution, the vessels were pressurized to a sufficient level 
to enlarge the flaws to the desired sizes. Upon reaching the desired sizes, 
the pressure was reduced to stop flaw growth, and the models were cooled 
under load. Pertinent data on dimensions and crack sizes are found in Table 
1 using the notation of Fig. 7. Finally, slices were removed parallel to the 
nz plane at intervals along the flaw border and analyzed in a crossed circular 
polariscope at x 10 using white light and the Tardy method to read tint of 
passage. 

Results—The flaw shapes obtained for the ITVs are shown in Fig. 8 and 
may be regarded as typical of both the ITVs and the BWRs. These shapes 
reveal two important features: 

TABLE 1—Local model and crack dimensions." 

VESSEL-N^. NOZZLE 

IN 

THICK WALLED 

VESSEL 

INNER VESSEL 
RADIUS R:43 .2 min 

—T 
13.6 mm 

12.2 mm 

907 M 21.27 . 

CJl 

k—11.78 — 

^ ^ 
208 

NOZZLE 

IN 

THIN WALLED 

VESSEL 

INNER VESSEL 

RADIUS R • l77.Bmm 

"T 
1 I7.47H 

Test No. a, mm a/T 

ITV, T = 31.8 

1 
2 
3 
4 
5 
6 

5.1 
5.6 

14.0 
16.0 
18.3 
36.3 

5.6 
5.6 

14.0 
15.0 
18.5 
26.6 

3.9 
4.8 

11.9 
12.4 
15.5 
22.4 

0.12 
0.15 
0.37 
0.39 
0.49 
0.71 

BWR, T = 15.1 

I-avg' 
IV-B 

VI 
V-A 
II-B 
II-A 
III-A 

" All dimensions 
' Average of lA 

1.78 
2.62 + 0.13 

5.09 
6.35 
8.13 

10.16 
10.67 
16.51 

in millimetres. 
IB, and VB. 

3.30 
4.06 + 0 

6.37 
7.11 
8.89 

10.16 
10.67 
13.72 

1.30 
2.08 + 0 

4.32 
5.02 
6.74 
7.96 
8.56 

12.19 

0.087 
0.14 + 0 

0.29 
0.33 
0.44 
0.53 
0.57 
0.81 
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VESSEL 

FLAW BORDER 

NOZZLE 

^ CRACK TIP 
FIG. 7—Nozzle corner cracks and notations. 

VESSEL WALL 

a (mm) 

a /T 

T = 3 1 . mm f o r a l l t e s t s 

FIG. 8—/TV Model flaw geometries. 
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FIG. 9—/TV SIF distributions. 

1. For the small flaws a^ > Uy but for the deep flaws Uy > flw 
2. As a/T increases, the flaw growth in the central part of the flaw is 

retarded relative to the outer portions producing a flattening of the flaw 
border in the center. It is thus clear that flaw growth was not self-similar. 

Normalized SIF distributions for the ITVs are given in Fig. 9 and for the 
BWRs in Fig. 10. Ordinates were normalized with respect to a common 
crack length in each case to show the increase in SIF level with flaw depth. 
For the shallowest flaw in the BRW, only one slice (and hence one SIF 
value) was obtained. The concave shapes exhibited by the shallow BWR 
flaws did not occur with the ITV flaws because the smaller rf/Ro - i?, 
employed in the ITVŝ  caused an ITV crack border of the same a/T to be 
relatively further from the corner than a BWR flaw border of about the 
same a/T. This is illustrated in Fig. 11. It is suggested that, if the same 
value of rf/Ro - i?, were used in both geometries, similar SIF distributions 
would result. 

Taken collectively, these results show that the ITVs produce flaw shapes 
and SIF distributions similar to those in BWRs. However, because of the 
smaller radius ITV nozzle fillet, the SIF values in the ITVs for about the 
same a/T values are significantly higher than those found in the BWRs. 
This result tends to support the use of the ITV as a conservative code 
verification test for a BWR. 

fillet radius. 
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a = 6.74 mm ( Test 3r-A ) 
FIG. \0—BWR SIF distributions. 

Assessment of Design Rationale 

A number of numerical solutions have been proposed for estimating SIF 
values for nozzle corner cracks in thin-walled pressure vessels. These include 
numerical estimates [10] for very shallow flaws of prescribed simple flaw 
shape, as well as for quarter circular [11-13] straight front [14] and quarter 
elliptical [15] flaws over larger flaw depth ranges. Some analyses [11] pre­
dicted concave SIF distributions along flaw borders and others [14] predicted 
convex SIF distributions. One analysis predicted both types of distributions. 
As seen in Fig. 10, the distributions can be reversed as a result of changes 
in the flaw size and shape during flaw growth. 

f 1.0 

lb •o- ITV ( I ) a/T=.l5 
-Q- BWR (B) a/T = .l4 

0 

ITV' a 

30 60 

(d) 

Ro-Ri JR 

SCALE• 
lcm = .39lcfT 

VESSEL 
WALLsr, _ 

V) \ 

c^ee'dR •. o"ee = ^ . 2 • 

NOZZLE WALL IN) 

_ pR 
BWR. cr - R „ - R : 

FIG. 11—Effect of reduced ITV fillet radius r,/Ro - Ri on SIF distribution. 
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Two of the preceding analyses have received considerable attention from 
the reactor technology community in the United States. The first one [12], 
due to Gilman and Rashid, employs quarter circular flaw shapes, assumes 
self-similar flaw growth and uses a compliance like finite-element approach 
in order to compute an average SIF for a given flaw size. The second analysis 
[13], due to Besuner and his associates, utilizes an influence function-bound­
ary integral approach in order to estimate average SIF values for the same 
flaw geometry studied by Gilman and Rashid. 

In Figure 12, we compare the average experimental BWR results with 
those just cited. By plotting results in this manner, the crack size is nor­
malized out and the usual increase in SIF with increasing crack size is not 
seen. It is clear from Fig. 12 that both analyses are conservative for shallow 
flaws when compared with the results of the present study. 

Only midpoint or average values from the experimental results were used 
in the preceding comparisons since the experiments revealed complex crack 
shapes and nonself-similar flaw growth which were not included in the 
analyses cited. To the writers knowledge, the most comprehensive studies 
of flaw shape and flaw growth in this problem to date have been carried 
out by Broekhoven [75]. Other important studies on flaw shapes and non-
self-similar flaw growth have been conducted by Sommer, Hodulak, Kor-
dish, and Kunzelmann [16-18]. 

Conclusions 

A method which combines the frozen stress photoelastic method with the 
local stress field equations of LEFM for use in estimating SIF distributions 
along the border of cracks in three-dimensional problems is used to augment 
a case study of cracking at nozzle corners in reactor vessels. The method 
produces flaw shapes believed to be very close to those generated by stable 
fatigue crack growth. In applying the method to study nozzle corner cracks 
in ITV and BWR models, the following results are noted: 

1. Flaw shapes in ITV models are similar to those in BWR models but 
SIF distributions are significantly higher (that is == 2x). 

2. Flaw shapes were not simple curves, and flaw growth was not self-
similar in either model geometry. 

The method of analysis used is not without its own limitations: the results 
are constrained to the elastic behavior of incompressible material. However, 
for problems where stable flaw growth, usually in fatigue, is controlled by 
geometric effects and small-scale yielding only occurs, the writer conjectures 
that engineering accuracies (say ±5%) can be expected,in flaw shapes and 
SIF distributions for homogeneous, isotropic materials in problems such as 
presented here. 
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-Comparison of experimental results for BWR geometry with analyses used in design 
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A Pressure Vessel Hatch Cover Failure: 
A Design Analysis 

REFERENCE: Kaplan, M. P., Willis, T., and Barnett, R. L., "A Pressure Vessel 
Hatch Cover Failure: A Design Analysis," Case Histories Involving Fatigue and 
Fracture Mechanics, ASTM STP 918, C. M. Hudson and T. P. Rich, Eds., American 
Society for Testing and Materials, Philadelphia, 1986, pp. 46-64. 

ABSTRACT: This case study involves a hatch cover located on a pressurized barge 
unloading concrete. The hatch cover exploded as a workman was kicking off one of 
the locking cams holding the cover to the deck. The cover, attached to the barge by 
a hinge, utilized six locking cams to hold the pressure seal to the compartment. The 
cover was 0.51 metres in diameter and fabricated from A356-T6 aluminum. The 
pressure to off-load the cement was 206.8 kPa. A finite element study was performed 
to determine the stresses in the cover as a function of locking geometry. Fracture 
toughness tests to determine Kic, a nondestructive inspection to determine crack size 
and crack population, and a design study to determine pressure vessel design char­
acteristics were undertaken. A failure analysis was also conducted. Results of the 
studies indicate that the design choices (internal piping, hatch cover attachment, and 
material selection) allowed a potentially catastrophic situation to develop. Recom­
mendations for design improvements are given. 

KEY WORDS: pressure vessel, design, failure analysis, fracture mechanics, finite 
element analysis, mechanical properties, aluminum, fractography 

In August 1975, a barge on the Mississippi River was off-loading cement 
into a receiving warehouse. The cement unloading process had begun ap­
proximately 2 h earlier. A hole developed in the main discharge line allowing 
cement to leak. The compressors driving the pneumatic off-loading system 
were switched off and gate valves were opened to release the pressure. As 
the depressurization was occurring rather slowly, the hatch covers to the 
compartments storing the cement were partially opened. This task was done 
by workers standing on the hatch and kicking the locking cams or dogs with 
their feet. After kicking off the second dog on a particular hatch cover, that 
hatch cover exploded throwing both it and the individual over the side of 
the barge into the water. 

' Consulting engineers, Willis, Kaplan & Associates, Inc., Arlington Heights, XL 60004. 
^ Chairman, Triodyne, Inc., Niles, IL 60648. 
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The hatch cover was not recovered; therefore, no inspection, testing or 
analysis could be conducted on that component. However, four other hatch 
covers were obtained from the same vessel. As all of the hatch covers were 
with the vessel, it was assumed that tests conducted on the exemplar hatch 
covers would be indicative of the results that may have been obtained from 
the hatch cover that had failed. Two of the hatch covers supplied, Nos. 1 
and 3 had failed hinges while the remaining two had the hinge intact. 

The four hatch covers that were obtained were photographed in the "as-
received" state, cleaned by sand blasting, and inspected to ascertain internal 
defects or cracks. 

The hatch covers were machined to obtain tensile and fracture mechanics 
coupons. Tension and fracture mechanics tests were conducted, a metal­
lurgical specimen was examined to determine the microstructural charac­
teristics, and the fracture surfaces were examined using a scanning electron 
microscope. 

Function/Design 

Barge 

The barge that was being utilized to transport the cement was manufac­
tured in the late 1960s. The vessel was 57.3 m (188 ft) long, 15.24 m (50 
ft) wide, and had a draft of 3.66 m (12 ft). It has a capacity of 2.545 10̂  kg 
(2800 tons) of cement and off-loads cement by pneumatic discharge. The 
barge has two parallel, cylindrically shaped tanks (hopper bottomed) each 
divided into three separate compartments as shown in Fig. 1. 

As this barge has no onboard compressor, a compressor from another 
vessel was being utilized as the power source for unloading. All of the six 
compartments had been utilized to store cement. The off-loading operation 
was approximately 2 h old (cement was being unloaded from compartment 
3), when a leak developed in the main airline just beyond the modulator 
valve. The pressure utilized to empty the cement from the barge was 207 
kPa (30 psi). This pressure had to be reduced before repairs could be 
conducted on the air conveyor system. Consequently, it was necessary to 
wait for the pressure to abate before the leak could be fixed. 

A section view of the barge, shown in Fig. 2, shows two of the six com­
partments on the barge. Each of the individual compartments are loaded 
or unloaded through a common line. During the loading operation the top 
of the tanks are vented through a 0.305 m (12 in.) pipe, and during un­
loading, the cement from each compartment is discharged through a 0.203 
m (8 in.) hne into a common 0.305 m (12 in.) discharge header. 

An additional problem at this time was that the butterfly shut-off valves 
were not functioning properly. This was attributed to the caustic nature of 
cement and the fineness of the powder. As a result, there was a pressure 
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FIG. 1—Plan view of barge. 

build up in the other compartments. To repair the leak, it was necessary 
to depressurize all compartments. 

Gate valves located on compartments 5 and 6 were opened to relieve the 
pressure. This process was rather lengthy. To expedite matters, the oper­
ators began releasing the two dogs adjacent to the hinge on the hatch on 
each of the six compartments. The seals on these hatch covers being broken, 
the pressure in the compartments would dissipate more quickly. A number 
of compartments were vented in this manner. However, on one of the hatch 
covers on compartment 3, failure occurred immediately after an employee 
kicked off the second dog. 
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FIG. 2—Typical transverse section. 
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The hatch covers were manufactured from A356-T6 aluminum, and were 
0.508 m (20 in.) in diameter and approximately 0.0064 m (0.25 in.) thick. 
Refer to Fig. 3 for the dimensions. Figure 4 shows a photograph of a 
representative hatch cover in the as-received condition. Figure 4a shows 

.S08m(20ln.) 

FIG. 3—Hatch cover geometry. 
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a) HINGE INTACT 

b) HINGE FAILED 

FIG. 4—Exemplar hatch covers. 
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the hatch cover with the hinge intact, and Fig. 4b shows the hatch cover 
with the hinge broken. 

There is a neoprene pressure seal on the hatch cover as shown in Fig. 4. 
As can be seen, the hatch cover is fastened to the hatch by six dogs, 60° 
apart. The attachment mechanism is also noted in Fig. 3. 

Analytical Program 

Analysis Procedure 

The hatch cover was analyzed using a finite element analysis. The code 
utilized in this particular study was NASTRAN MSC-60. It was determined 
that one half the hatch cover need be modeled due to its geometric config­
uration and loading symmetry. This can be seen in Fig. 3. For the model, 
111 elements were defined. These consisted of 14 bar elements, 7 rod ele­
ments, 60 quadrilateral elements, and 30 triangular elements. Figure 5 shows 
the model and the various elements. 

To determine the stresses of the hatch cover as a function of pressure 
loading and partial engagement, five cases were analyzed. These were a 
baseline case, that is, all dogs attached. The internal pressure was defined 
as 276 kPa (40 psi). The additional four cases were at uniform pressures of 
103.4 kPa (15 psi) and 275.8 kPa (40 psi). All four cases had one dog 
unattached in the model (two on the full hatch cover), and for each pressure 
condition the hinge was intact in one case and not intact in the other. Table 
1 shows the conditions run. 

Because of the symmetry of the hatch cover when the locking cams were 
engaged, it was necessary to determine the stresses of the various locations 
of interest only at one pressure due to stress linearity. However, when 
complex loading conditions were introduced, for example, broken hinges 

FIG. 5—Finite element grid model. 
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TABLE 1—Test conditions run. 

Run No. 

1 

2 

3 

4 

5 

Pressure 

275.6 kPa 
(40 psi) 

275.6 kPa 
(40 psi) 

103.4 kPa 
(15 psi) 

275.6 kPa 
(40 psi) 

103.4 kPa 
(15 psi) 

Locking Cams 

all attached 

four attached 

four attached 

four attached 

four attached 

Hinge Condition 

not intact 

intact 

intact 

not intact 

not intact 

and open dogs or both, the stress response characteristics may deviate from 
Hnearity, and it would be necessary to bound the actual pressure. Inter­
polation could be then used to determine the characteristic stresses. 

Figure 6 shows that the stress increase is noticeably faster as a function 
of pressure when the locking cams are opened. In this case, the attachment 
hinge has also failed. Figure 7 shows the maximum stress at a number of 
locations on the hatch cover when the attachment hinge is connected and 
two of the locking cams are opened. When the hatch is in this state, the 
stresses are higher in the zones adjacent to the hinge. 

Analysis Correlation 

A test program was conducted on a similar hatch cover in 1962 by Metal 
Control Laboratories. The test was accomplished in accordance with the 

HINGE OFF, TWO DOGS OFF 

206 (ROD) 

STRESS MN/m'(l<si) 

68.95 
(10) 

103.4 
(15) 

137.9 
(20) 

206.8 
(30) 

275.8 
(40) 

PRESSURE KN/m' (psi) 

FIG. 6—Maximum principal Stress of selected elements. 
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HINGE ON, TWO DOGS OFF 

159 (PLATE) 

STRESS MN/m'(ksi) 

206.8 
(30) 

275.8 
(40) 

PRESSURE KN/m* (psi) 

FIG. 7—Maximum principal stress of selected elements. 

American Society of Mechanical Engineers (ASME) Unfired Pressure Ves­
sel Code, Section VIII, paragraph UGlOl. In that test. Metal Control Lab­
oratories placed strain gages on the hatch cover in the locations shown in 
Fig. 8. Prior to testing the cover was installed into a fixture simulating 
service conditions. 

Pressure readings were taken on each of the five gages at 0 kPa (0 psi). 
The hatch cover was hydrostatically pressurized to 276 kPa (40 psi) and 

NOTE: ALL DOGS ON, 275.8 KN/m" 
(40psi) PRESSURE 

GUAGE NQ 

1 

2 

3 

4 

5 

STRAIN 
MICROMETER/METER (MICROINCH/INCH) 

MEASURED 

1.40 (55) 

1.45 (ST) 

1.45 (57) 

6.05 (238) 

780 (307) 

COMPUTED 

1.17 (46.2) 

1.14 (45.0) 

7 0 6 (278) 

1059 (417) 

1,2,3 

FIG. 8—Finite element grid model with strain gage locations. 
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readings were taken. Pressure was then reduced to 0 kPa (0 psi) and the 
strain gages were again read. The hatch cover was then repressurized to 
413.7 kPa (60 psi), readings taken, and again the pressure was reduced to 
0 kPa (0 psi) for determining drift or permanent deformation or both. This 
sequence was repeated in increments of 6.9 kPa (10 psi) until leakage of 
the gasket occurred at 1103 kPa (160 psi). Testing then ceased. 

A comparison was made with the strain gage reading obtained from the 
test and the stresses obtained from test case 1 of the analysis. This com­
parison is shown in Fig. 8, and it shows reasonable correlation between test 
and analysis. 

Experimental Procedure 

Material 

The material utilized for the hatch cover was A356-T6 aluminum. This 
was determined by analysis of the four additional hatch covers obtained 
from the barge. Table 2 lists the chemistry of the four hatch covers received, 
and in addition lists the requirements as described in ASTM Specification 
for Aluminum Alloy Sand Castings (B 26-82b). It should be noted that C-
2 and C-3 met the requirements as described in ASTM B 26. C-1 was the 
cover that was most deUnquent in meeting the chemistry. 

Mechanical Tests 

Both tension and fracture toughness tests were conducted on the hatch 
covers. Coupons were taken from two of the hatch covers. One tension 
test, in accordance with ASTM Specification for Tensile Testing of Metallic 
Material (E 8-82), and two fracture toughness tests, in accordance with 
ASTM Test Method for Plane Strain Fracture Toughness Testing of Metallic 
Materials (E 399-83), were then conducted. The test coupons for the tension 
tests were cylindrical test coupons with a 0.0508 m (2 in.) gage length and 
for the fracture toughness tests, they were 1/2 T compact specimens. Pho­
tographs of the specimens are shown in Fig. 9. 

TABLE 2—Composition of exemplar hatch covers (weight percent). 

Alloying 
Element 

Cu 
Zn 
Fe 
Si 
Mn 
Mg 
Ti 
Al 

C-1 

0.06 
0.04 
0.35 
3.95 
0.12 
0.93 
0.01 
Re 

C-2 

0.025 
0.10 
0.38 
6.80 
0.15 
0.30 
0.06 

Re 

C-3 

0.01 
0.02 
0.08 
7.40 
0.002 
0.34 
0.15 

Re 

C-4 

0.15 
0.075 
0.62 
7.00 
0.24 
0.50 
0.025 

Re 

ASTM 
B 2 6 

0.25 max 
0.35 max 
0.6 max 

6.5 to 7.5 
0.35 max 

0.2 to 0.4 
0.25 max 

Re 
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a) TENSILE TEST 

C-31 

b)FRACTURE TOUGHNESS TEST 

FIG. 9—Mechanical test coupons. 

The load deflection curves from the tension tests were run in accordance 
with ASTM Specification E 8-82. The results of these tests are shown in 
Table 3. It should be noted that neither specimen met the requirements of 
ASTM Specification B 26-82b in either tensile strength or elongation. The 
fracture toughness tests were run in accordance with ASTM Method E 399-
83. The /Ĉ ax and KQ values are also shown in Table 3. Specimens C-31 and 
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TABLE 3—Mechanical test results. 

Tension Tests 

Specimen 
Number 

C-3 

C-4 

ASTM 
B26 

Tensile 
Strength 

Yield 
Strength 

137.9 MPa 131 MPa 
(20 ksi) (19 ksi) 
161.7 MPa 
(23.5 ksi) 
207 MPa 138 MPa 
(30 ksi) (20 ksi) 

Elongation 
0.05 m gage length 

(2 in.) 

<0.5% 

<0.2% 

3% 

Fracture Toughness Tests 

Specimen 
Number 

C-31 

C-32 

C-41 

C-42 

^e 

16.2 MPa V ^ 
(14.7 ksi VirT) 
11.9 MPa Vm 
(10.8 ksi Vin^) 
12.5 MPa Vm 
(11.4 ksi Viii^) 
14.2 MPa Vm 
(12.9 ksi ViiT) 

" m a x 

16.6 MPa V ^ 
(15.1 ksi Vin.) 
14.6 MPa Vin 
(13.3 ksi VinT) 
14.3 MPa Vm 
(13.0 ksi VitT) 
15.6 MPa Viii 
(14.2 ksi VTiT) 

C-42 both meet the ASTM E 399 requirements for Ki^ testing. The fracture 
toughness for this material averages 15.2 MPa Vm (13.8 ksi VirT) which 
is that expected for a brittle material. 

Metallurgy 

A sample was sectioned and polished to determine the microstructural 
characteristics of the material. These studies, representative microstructures 
are shown in Fig. 10, indicate a microstructure typical of that for ASTM 
Specification for Heavy-Walled Carbon and Low-Alloy Steel Castings for 
Steam Turbines (A-356-77) sand castings. There is evidence of shrinkage 
porosity. 

Failure Analysis 

The four hatch covers obtained from the barge were examined by radi­
ographic (X-ray) and dye penetrant methods. Two of the four hatch covers, 
C-1 and C-2, showed cracking. C-1 had two edge cracks emanating from 
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FIG. 10—Typical microstructure showing shrinkage porosity (XlOO). 

the area of the broken hinge, the longer of these cracks, as measured on 
the radiograph, was 0.108 m (4.25 in.). This cracked area was removed 
from the hatch cover and is shown in Fig. 11. C-2 had an internal crack, 
probably due to shrinkage porosity, approximately 0.010 m (0.42 in.). 

To determine the morphological characteristics of the edge crack, a study 
utilizing a JEOL Model JSM-U3 scanning electron microscope (SEM) uti­
lizing an accelerating vohage of 25 kV was conducted. Prior to investigating 
that crack, a study to catalog the visual characteristics of overload and 
fatigue failure on the A356-T6 was performed. This study utilized the frac­
ture toughness specimens discussed earUer. 

The results of that study, shown in Figs. 12 and 13, indicate both fatigue 
and overload failure in this alloy. Figure 12a shows a low magnification of 
the entire area, whereas Fig. 126 shows the striations at a higher magnifi­
cation. 

Upon investigation of the fracture surface shown in Fig. 11, it was not 
possible tb determine if fatigue was a contributing factor in the extension 
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Crack face from cover C-1. 

of that crack. The photographs obtained, shown in Fig. 14, indicate cor­
rosion product and areas of porosity (shrinkage cavity). 

Discussion 

Barge Design 

As discussed earher, the loading and unloading piping system of the barge 
was designed with butterfly valves separating the different compartments. 
As cement powder is extremely abrasive, degradation of the interior of the 
flow system occurred. This degradation, in time, would be significant enough 
to allow leakage, and this leakage would prevent the isolation of the various 
compartments. 

In addition to the abrasive characteristics of cement, when it was in an 
aerated flow condition, it could easily pack itself into crevices and corners 
thus hampering valve movement. Again, in the case of a butterfly type 
shutoff valve, this is a serious problem as pressure leaks may become sub­
stantial. 

Furthermore, the lack of sufficient gate valves on the vessel led to a 
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1 5 0 X 

b) 500X 

FIG, 12—Fatigue region, compact specimen. 
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FIG. 13—Overload region, compact specimen. 
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FIG. 14—5f:M of crack face in cover C-1 (X27). 

situation where depressurization was not occurring at a rate rapid enough 
for work to progress in a manner acceptable to the employees on the barge. 
If more gate valves had been present, they may have been opened and the 
depressurization rate enchanced. 

Finally, there was a lack of sufficient pressure gages within the system. 
If the employees knew the pressure at various locations on the barge, pre­
ventative maintenance regarding the leakage may have taken place that 
would have hastened the depressurization process. If this had occurred, it 
would not have been necessary to partially open each hatch. 

It should be noted that the particulars of the piping system and the flow 
system will not be discussed as they are beyond the scope of this paper. 

Hatch Cover Design 

The hatch covers were mounted in such a way on the barge that when 
they were in an open position they were resting neither on the deck surface 
nor in a protective cradle. Because of the geometry of the hatch when open, 
that is, cantilever, a load was imposed upon the hinge and its supporting 
structure. Furthermore, when traffic in the area of the hatch cover was 
heavy, equipment, cables, ropes, carts, personnel, etc., could easily contact 
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the hatch cover. The load would be transmitted through the hinge into the 
cover. These impact type loads could place a significant stress in the area 
of the hinge. The hinge may crack, fail, and cause a crack to propagate into 
the hatch itself. It should be noted that at the time of this accident, 11 
hinges on the 18 hatch covers on the barge were fractured. 

The hatch cover opening mechanism was designed in a manner such that 
the locking cams could be open regardless of internal pressure. When the 
dogs were released and an internal pressure was present, the resulting stress 
on the hatch cover at the next attachment location increased as shown in 
Figs. 6 and 7. Designs exist that prevent opening of the hatch when there 
is a positive pressure on the hatch cover. If these types of designs had been 
incorporated into the hatch cover, it would not have been possible to release 
the pressure in the manner chosen. 

The hatch cover, manufactured from A356-T6 aluminum, is a sand cast 
aluminum alloy. Although this alloy may be utilized where pressure tightness 
is required, a shortcoming is its low ductility and fracture toughness. There­
fore, special care must be taken when using this alloy in an environment 
subjected to cyclical loads. Because the critical crack length is small, a 
program should be established that allows a periodic inspection of the critical 
areas. 

Failure Mechanism 

Figure 15 shows the difference in calculated stress-intensity for three 
loading configurations. These are: all dogs attached, four dogs attached 
with the hinge intact, and four dogs attached with the hinge failed. The 
stress intensity was determined by using the edge crack formula [1]. 

K = 1.12(7 V ^ 

It can be seen in Fig. 15 that failure of the hatch cover would not occur 
if an edge crack were located adjacent to the failed hinge. Service experience 
indicates this is correct as failure did not occur on hatch cover 1 even though 
a crack of 0.108 m (4.25 in.) was present. 

However, if a crack were located in the area of the locking cam 60° from 
the hinge, if the hinge had been broken, and the dogs opened as in this 
instance, the analysis indicates that a crack of approximately 0.009 to 0.083 
m (0.35 to 3.25 in.) would cause failure. 

Since the failed hatch cover was lost, it was not possible to categorically 
state where the crack was present. The analysis results indicate that the 
crack probably was adjacent to the next attached dog, and the hinge was 
not present. Thus, when the employee kicked open the dog, the increase 
in stress was sufficient to cause component failure. 
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0.0254m 0.0508m 0.0762m 
d i n ) (2 in) (3 in) 

0.1016m 
(4 in) 

0 .1270m 
(5 in) 

CRACK LENGTH-IMEASURED FROIVI EDGE 

FIG. 15—Failure diagram for hatch cover. 

Alternative Designs 

There are a number of changes to the design of the barge, the hatch cover 
attachment, the hatch cover design, and the material that would have ren­
dered this occurrence significantly less probable. These include: 

1. Barge 
(a) Increased number of pressure gages. 
(b) Increased number of gate valves. 
(c) Utilization of more durable pressure isolation system. 

2. Hatch design 
(a) Higher durability hatch attachment system. 
(b) Nonintegral hatch attachment system. 
(c) Increased protection of hatch cover when opened. 
{d) Nonopening locking cams when the compartment is pressurized, 
(e) Less fracture critical material, 

(i) Leak before failure criteria, 
(ii) Failure design to incorporate hatch cover deformation. 

Conclusion 

It can be seen from this paper that during the design process, the engineer 
must take into consideration a number of significantly different criteria if 
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the product that is manufactured based upon his analyses and test results 
is useful, economically feasible and safe. These include both product design 
and material selection. In this instance there were a number of individual 
problems that led to catastrophic results. 

A design based upon fracture mechanics techniques, if used, could have 
rendered this accident improbable. Thus, fracture mechanics can play a 
significant role in design and manufacturing. Fracture mechanics is not 
Hmited to highly sophisticated design such as aircraft, nuclear power plants 
and modern naval vehicles. It should be part of the design process wherever 
structural response plays an important role. 

References 
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ABSTRACT: A truck-mounted propane tank exploded. The failure occurred through 
a girth weld, causing a section of the dome to fly from the tank. Initial evaluation 
of the failed tank showed a crack existed in the girth weld, for several years. The 
preliminary conclusion of this investigation was that the crack condition was the cause 
of failure; however, the authors suggested that a fracture mechanics analysis be 
conducted. 

Four compact fracture toughness specimens were fabricated from weld metal in 
the tank and tested. It was shown that the failure could not have occurred from the 
existing crack and the tank internal pressure, unless the internal pressure far exceeded 
the maximum allowable 1.72 MPa (250 psi) pressure. 

Further investigation led to the discovery that the relief valve of the tank was 
corroded so badly that it would not open, thus allowing excessive pressure in the 
tank. There was evidence that the driver had overfilled the tank. Heat from the sun 
and from the hot truck tailpipe caused the tank to become liquid full. Then, the 
pressure exceeded 6.9 MPa (1000 psi), causing the tank to explode. The fracture 
mechanics analysis thus showed that the explosion was not due only to the existing 
crack, but also to the stopped-up relief valve and excessive liquid propane in the 
tank. 

KEY WORDS: fracture mechanics, failure analysis, tank explosion, pressure vessel, 
weldments, propane tank explosion 

A truck-mounted propane tank (propane service truck) was filled, then 
driven to the driver's home, where he had lunch. Witnesses said the truck 
was left running. Shortly afterward, the tank exploded, causing considerable 
property damage and one death. The tank was constructed of one rolled 
steel plate (essentially 1030 steel), closed by a longitudinal weld and two 
domes joined to the rolled plate by girth welds. The failure occurred through 
a girth weld, causing a section of the dome to burst from the tank. 

' President, Pearson Testing Laboratories, Inc., Marietta, GA 30067. 
^ Versitech, Inc., Norcross, GA 30071. 
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Figure 1 (center) shows the remains of the trucic and the approximate 
location at the time of the failure. Figure 1 (upper) shows the separated 
section of the dome of the tank and its location after failure. Figure 1 (lower) 
shows the remaining portion of the tank. 

Initial examination of the tank showed a crack existed in the subject girth 
weld, essentially all around it. The crack evidently existed for a long time 
(several years estimated), as indicated by slow, crack growth characteristics 
(crack branching). Based on this portion of the investigation it was preli­
minarily concluded that the crack was the cause of failure. However, a 
subsequent fracture mechanics analysis indicates that the failure was the 
result of excessive pressure in the tank. This paper presents the approach, 
procedure, analysis, and conclusions reached as a result of the investigation. 

Visual Examination of Tank 

The failed end of the tank was torch cut from the tank and brought into 
the laboratory for investigation as shown in Fig. 2. Also a small section of 
the circumferential weld opposite the failure was removed. This section is 
marked Exhibit 3 in Fig. 3. Also the section that separated from the tank 
was brought for examination and is shown in Fig. 3 as Exhibit 2. 

The visual examination of the tank revealed: 

1. The fracture had originated in the center portion of the circumferential 
weld, shown in Fig. 2, and propagated in both directions for a total of 
approximately 2000 mm (80 in.) before leaving the weld area and entering 
the parent material of the dome. The portion of the tank remaining is shown 
in Fig. 2. The size of the failure can be noted from the white numbers 
marked along the failure surface. The numbers are in inches from one side 
of the weld failure. 

2. A visual examination of the welding revealed no reason to suspect 
defective welding. 

3. The entire weld fracture was very flat indicating brittle fracture and 
the possibility of pre-existing cracks. 

4. As a result of the visual examination specimens were cut off for closer 
microscopic, physical, and destructive analysis. 

Metallurgical Evaluation 

It was originally intended that impact tests be conducted of the circum­
ferential weld that did not fail. Several blanks were laid out for specimens. 
When the specimens were being machined it was noted that cracks existed 
in each specimen in the center of the weld. At this point impact testing was 
abandoned in favor of a metallurgical examination. 

All the sections examined contained cracks that originated at the "V" 
formed by the joint as shown in Fig. 4. During fabrication the longitudinal 
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FIG. 1—Close view of the separated dome portion of tank (upper); View showing truck 
remains (middle); and view showing remaining tank portion (lower). 
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FIG. 3—Portion of tank that blew out {Exhibit 2). Also shown is circular area from other 
end of tank (Exhibit 3). 

section of the tank had been upset inward, the dome shpped over it and 
the circumferential weld made (this joint is an American Society of Me­
chanical Engineering approved joint type for pressure vessels). The cracks 
formed and propagated toward the outside of the tank through the weld 
area. Several features of the cracks led to suspicion of stress corrosion. 
Crack branching, as shown in Fig. 5, was found. In numerous instances, 
these crack branches propagated parallel to each other and subsequently 
rejoined, Fig. 6. 

A section of the failed weldment was studied in the scanning electron 
microscope. Secondary cracking typical of stress corrosion was found. 

Based on these findings it was concluded that numerous cracks had orig­
inated and propagated for several years in the welds of the tank. Further­
more, as a result of the above findings, it was concluded by some investi­
gators involved that the vessel had failed during normal operation as a result 
of the existing cracked weldment. 

Fracture Mechanics Evaluation 

These investigators warned that the previously stated opinion could only 
be proven or disproven by a fracture mechanics evaluation which was ap­
proved by the tank manufacturer. 

Plane-strain fracture toughness specimens (4 each) were made per ASTM 
Plane Strain Fracture Toughness of Metallic Materials (E 399-78) from the 
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FIG. 4—Typical cracks found in weld joint. 
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N I T A L E T C H gQX 

FIG. 5—Crack branching found in cracks. 
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FIG. 6—Parallel cracks. 
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circular piece (Exhibit 3 of Fig. 3), with the weldment in the center of the 
specimen and the crack plane directed through the weld. Tests (and pre-
cracking) were conducted on an MTS closed-loop servohydraulic testing 
machine with results as follows: 

Specimen 

1 
2 
3 
4 

relationsh: 

No. 

ip in 

Toughness 

MPa Vm 
69.7 
82.7 
68.8 
40.2 

ASTM E 399-78 

B ^ 2.5 (KJcj^y 

KQ, 

(ksi VuT) 
(63.4) 
(75.3) 
(62.6) 
(36.6) 

(1) 

where 

Kic = plane-strain fracture toughness, 
cr̂  = material yield strength, and 
B = material thickness. 

It was determined that a valid ^i^ up to 38.5 MPa Vin (35 ksi ViiT) could 
be determined from the available thickness (CT̂  = 550 MPa (80 ksi) deter­
mined from hardness). While the value for Specimen 4 should have ap­
proximated Kic, the failure did not appear different from the other tests; 
also, the test record was lost, and this number was considered questionable. 
From the tests (using the results of all tests) it was concluded that as a 
minimum a Ki^ of 38.5 MPa Vm (35 ksi viinL) or more likely a KQ of 
approximately 73.6 MPa Vm (67 ksi VliT) (average of Specimens 1,2, and 
3) would best characterize the material in the weldment. 

Next, a stress must be calculated for the tank. Using the data from Table 
1 it was decided that we would calculate the working stress and the proof 
stress (1.5 times working stress) based on the working pressure. Then relate 
these numbers to a toughness level. 

Using the standard equation [1] 

_ PR _ 215 X 33 
^ ~ 2f ~ 2 X 0.475 ^ ^ 

where 

a = tensile stress, 
P = pressure in psi, 
R = tank radius in inches, and 
t = thickness in inches (thicker section). 
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TABLE 1—Tank data. 

Design pressure: 1.72 MPa (250 psig) 
Vapor pressure: not in excess of 1.48 MPa (215 psi) at 37.8°C (100°F) 
Tank shell: 11.3 ram (0.443 in.) 
Tank head: 12.1 mm (0.475 in.) (thicker at weld joint) 
Length: 3710 mm (146 in.) 
Outside diameter: 1680 mm (66 in.) 
Water capacity: 7570 L (2000 gal) 
Surface area: 22.3 m̂  (240 ft') 

We found the tensile stress equal to 51.7 MPa (7.5 ksi). Then, adding 
bending to account for the difference in wall thickness and dome thickness 

_M£ _ 6 X 0.032 X 215 x 33/2/2 
""̂  " / " (0.475)2 (3) 

where 0.032 is the difference (in inches) in the centroids of the two materials. 
We found the bending stress equal to 10.3 MPa (1.5 ksi). Adding, the 

working stress is 52 MPa (7.5 ksi) + 10 MPa (1.5 ksi) or 62 MPa (9 ksi) 
and the proof stress would be 93 MPa (13.5 ksi). Next, we selected the 
Irwin Part-Through Crack Equation [2] (also published in Naval Research 
Laboratory report in 1956). 

K, = 1.1 CTA —- (4) 

where 

Ki = stress intensity factor, 
a = applied stress, 
a = crack depth, and 
Q = flaw shape parameter. 

We assume a crack depth of 12.7 mm (0.5 in.) (assuming a 19.1 mm (0.75 
in.) thickness at the weld center), and a crack length (2c) of 127 mm (5 
in.). (This resulted in an a/2c ratio of 0.1.) The depth was assumed based 
on the fact that cracks approximately 10 mm (0.4 in.) deep were found. A 
little extra allows for conservatism. A length (2c) of 127 mm (5 in.) is larger 
than we believed possible, although some of the cracks found had joined 
along the surface. 

Thus 

Ki = 1.1 g \ r ^QQ""^ = 1-45 MPa Vm (1.32 ksi VmT) 
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or 

a = 0.758 Ki 

Next, using the 62 MPa (9 ksi) working stress and 93.1 MPa (13.5 ksi) proof 
stress we find the ^i level at working stress to be 13.1 MPa Vm (11.88 ksi 
VinT) and at proof stress to be 19.6 MPa Vin (17.82 ksi ViiT). 

These values for stress-intensity factor are significantly less than the ma­
terial toughness of between 38 and 73 MPa Vin (35 and 67 ksi ViiT). 
Consequently, the tank could not have failed from even the proof pressure, 
much less the working pressure. 

Using the equations to determine what the operating pressure must have 
been at failure, we find 

(TF = 0.758 Ki 

CTf = 183 MPa (26.5 ksi) (for K, = 38 MPa V^ (35 ksi Vi^.)) 

or 

= 350 MPa (50.8 ksi) (for /C, = 73 MPa Vm (67 ksi ViiT)) 

Converting to pressure using the relation that 62 MPa (9 ksi) stress cor­
responds to a 1.48 MPa (215 psi) working pressure, we find the failure 
pressure to be between 4.36 MPa (633 psi) and 8.36 MPa (1213 psi). These 
values equate to approximately 3 to 6 times the working pressure. 

Explanation for the Pressure in the Tank 

At first it appears that the calculations cannot be correct, since the tank 
contains a relief valve set approximately at the working pressure. Further 
investigation found that the rehef valve, shown in Fig. 7, was rendered 
inoperative by rust and corrosion. This explains how no gas could escape, 
but, if the tank had been filled properly, excessive pressure would simply 
Hquify the gas. A properly filled tank does not contain more than 82.4% 
hquid by volume at 15.6°C (60°F) [3]. There was evidence, however, that 
the tank had been overfilled with liquid. 

Further investigation leads to the conclusion that in addition to the stopped-
up rehef valve, the tank had been almost filled with liquid. Still, it was 
difficult to understand how simply heating by sunlight could cause enough 
heat to generate pressures like those calculated. 

On inquiry, it was found that the driver had apparently left the truck 
running while he ate lunch. The heat from the muffler must have heated 
the tank. A test was conducted on a 1970 Chrysler where thermocouples 
were placed on the muffler, the frame, and a room temperature reference. 
(The room temperature reference remained at 20°C (68°F).) The engine 
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FIG. 7—Corroded relief valve removed from tank. 
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FIG. 8—Pressure rise for temperature increase in liquid full tank. 

was Started and allowed to idle for 6000 s (1 h and 40 min). After 1800 s 
(30 min) the muffler temperature stabilized at 102°C (215°F) and the frame 
temperature stabilized at 43°C (110°F). It was then concluded that a large 
amount of heat is available from an operating engine. 

Next, a series of calculations including the swelling of the tank and ac­
counting for the properties of propane (Ref 4) resulted in the graph shown 
in Fig. 8. The significance of this figure is that pressures in excess of 4.1 
MPa (600 psi) can result from a temperature increase of only 2.7°C (5°F) 
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after the tank was liquid full. This temperature rise could be easily reached 
from muffler heat. 

Conclusions 

The failure was the result of multiple interacting factors. 

1. Overfilling. 
2. Heat generated by the exhaust system and solar radiation. 
3. Inoperative safety relief valve. 
4. Cracks in the weldment. 

The existence of the cracks in weldments clouded the primary causes for 
this failure and would have resulted in merely dismissing the failure with 
insufficient investigation as an in-service failure. 
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ABSTRACT: On 1 August 1983, a Zircaloy-2 pressure tube in Ontario Hydro's 
Pickering-2 reactor failed by the unstable propagation of an axial crack. The reactor 
was quickly and safely shut down, without the need for any emergency cooling, and 
an extensive investigation into the event was initiated. One factor requiring expla­
nation was the apparent failure of the leak-before-break principle, that is, why was 
the initiating flaw not detected by leakage prior to growing to an unstable size? This 
paper describes part of a program to address this question, which involved mapping 
the fracture toughness of the pressure tube as a function of position over the cracked 
region. The results of the fracture toughness mapping, plus selected fractography, 
are used to explain the sequence of events that occurred during the tube failure. 

KEY WORDS: zirconium, pressure tube, zirconium hydride, critical crack length, 
fracture toughness, /-resistance curve 

The CANDU reactor design is unique in that the heavy-water coolant 
passes through the core in a lattice of pressure tubes made of either Zircaloy-
2, or Zr-2.5Nb (Fig. 1). A more detailed view of a single fuel channel 
assembly is shown in Fig. 2. The pressure tube has an inside diameter of 
103 mm and a wall thickness of either 5 mm (Zircaloy-2), or 4.2 mm (Zr-
2.5Nb). It contains the uranium dioxide fuel and operates at a temperature 
of 240°C at the coolant inlet end, rising to 290°C at the outlet end. The 
pressure-tube lattice is immersed in a pool of heavy water at 75°C, which 
serves as the moderator for the nuclear reaction. To insulate the pressure 
tube from this potential heat sink, it is surrounded concentrically by a second 
Zircaloy-2 tube, called the calandria tube. There is a 9-mm-wide annulus 
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FIG. 1—Cutaway view of a CANDU reactor core. 

between the two tubes, which is filled with a circulating gas, either carbon 
dioxide or nitrogen. The spacing between the two tubes is maintained by 
either two or four tightly wound zirconium alloy springs, called garter springs 
(Fig. 2). 

If a crack should develop in a pressure tube and, prior to reaching an 
unstable size, penetrate the wall, it will leak moisture into the normally dry 
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FIG. 2—Schematic of a fuel channel for a CANDU reactor with pressurized heavy-water 
coolant. 

annulus region. This will be detected, enabling the reactor to be shut down 
prior to the crack reaching an unstable configuration. Thus, if it can be 
shown that any growing crack will penetrate the tube wall and leak prior 
to reaching an unstable size, a leak-before-break behavior has been estab­
lished. 

In fact, leak-before-break has been demonstrated in CANDU reactors 
during operation. In 1974 and 1975, several Zr-2.5Nb pressure tubes in 
Ontario Hydro's Pickering Generating Station Units 3 and 4 developed 
leaks at axial cracks near the end fittings where the pressure tube is joined 
to the external coolant circuitry. The reactors were shut down and inspected, 
and a number of cracked tubes were replaced. Examination of the tubes 
showed that semi-elliptical cracks had initiated on the inside of the tube 
wall and grown through the wall, the largest attaining a length of about 16 
mm [1]. Since the critical length for a through-wall axial crack in a pressure 
tube at operating pressure ranges from 50 mm to over 100 mm for the range 
of anticipated material conditions during service, a large margin (in terms 
of crack size) apparently existed for leak-before-break. This was confirmed 
by an extensive research program that identified the crack growth mecha­
nism as delayed hydride cracking and quantified the crack growth rates [2]. 

On 1 August 1983, a Zircaloy-2 pressure tube, identified as the G-16 tube 
from its core location in the Pickering Unit 2 reactor, failed by the unstable 
propagation of an axial crack. The"reactor was quickly and safely shut down, 
without the need for emergency cooling, and an extensive investigation into 
the event was initiated. One factor requiring explanation was the apparent 
failure of the leak-before-break principle, that is, why was the initiating 
flaw not detected by leakage prior to instability? This paper describes part 
of a program to address this question, which involved mapping the fracture 
toughness of the G-16 pressure tube as a function of position over the 
cracked region. 

Visual Examination 

The cracked pressure tube was removed and examined at the Chalk River 
Nuclear Laboratories [3]. A photograph of the inboard (towards the interior 
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of the reactor) end of the crack is shown in Fig. 3a. The cracic was located 
at the bottom (the six-o'clock position) of the pressure tube. A number of 
white, blister-like, features were visible at points near the crack path and 
are indicated by letters in Fig. 3a. These were subsequently identified, using 
metallography, to be massive precipitates of zirconium hydride. Examina­
tion of the fracture surface near the center of the blister array revealed a 
flat brittle topography, intersecting several blisters (Fig. 3b). A change in 
coloration outlined a boundary that was suspected to be the stable size of 
the initiating flaw. It was approximately 100 mm long, but had not quite 
penetrated the wall, a thin shear lip being evident along the inner tube 
surface. From this point towards the outboard limit of the crack, the fracture 
surface acquired an increasing shear component, until it was 45° shear fully 
through the thickness. This end of the crack was arrested in the end fitting 
after travelling a distance of 1.7 m. In the inboard direction, the crack 
propagated approximately 0.3 m in a primarily brittle mode, and then bi­
furcated into two circumferential cracks (Fig. 3a), which were arrested after 
propagating about 50 mm in each direction. 

The conclusions of the overall failure analysis were as follows [3]. The 
outlet garter spring moved about one metre inboard of its design location, 
probably during construction or commissioning. This eventually resulted in 
contact between the pressure tube and calandria tube, due to sag of the 
former by creep. The pressure tube was cooled at the contact points, causing 
hydrogen and deuterium to migrate by thermal diffusion and to precipitate 
there as zirconium hydride/deuteride.^ This behavior was aggravated by a 
very high pickup of deuterium from the heavy-water coolant during oper­
ation. This resulted in a high concentration of hydrides near the blisters, 
which are known to lower the fracture toughness. A crack was initiated by 
an unspecified mechanism at one or more blisters and grew to an unstable 
size, possibly by delayed hydride cracking [2], without penetrating the inner 
surface of the tube. 

A fracture mechanics analysis was clearly needed to quantify this behav­
ior. Firstly, it was important to determine the fracture toughness of the tube 
near the suspected initiation site, to verify that it was consistent with the 
applied stress-intensity factor on the flaw boundary. Secondly, to understand 
why the unstable crack ran the course it did, it was necessary to determine 
the fracture toughness over the length of the crack and, particularly, at its 
extremeties where it bifurcated or was arrested. Before proceeding to the 
fracture mechanics analysis, it will be useful to review some of the important 
features of the metallurgy of the zirconium-hydrogen system that we will 
draw upon in our fracture mechanics assessment. 

^ Pressure tubes in service contain both hydrogen and deuterium. The former is present 
originally as a normal impurity, while deuterium is picked up from the heavy-water coolant 
during operation. As their respective effects on mechanical behavior are indistinguishable, 
when we speak of hydrides in this paper, we mean hydrides, deuterides, or both. 
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Zirconium-Hydrogen System 

Hydrogen solubility in zirconium has been traditionally expressed in parts 
per million by weight or, more recently, in micrograms per gram. Because 
we are dealing with both hydrogen and deuterium in our system, the weight 
of deuterium is divided by two to give the "equivalent" hydrogen concen­
tration. The solubility of hydrogen isotopes in zirconium ranges from less 
than 1 (xg/g at room temperature to approximately 60 |xg/g at 300°C [4]. 
When the solubility is exceeded, zirconium hydride precipitates in a platelet 
morphology. Under certain conditions [5], these platelets will fracture read­
ily, and if they are aligned in the plane of an approaching crack, they can 
significantly lower the fracture toughness of the alloy. 

A newly manufactured pressure tube contains approximately 10 |xg/g of 
hydrogen, which means that during reactor operation all hydrogen is in 
solution. However, during operation, deuterium is picked up, mainly via a 
corrosion reaction involving the heavy-water coolant [6]. In the Zircaloy-2 
tubes in the Pickering Units 1 and 2 reactors, it was found [6] that the 
corrosion rate accelerated when the oxide film reached a critical thickness. 
This effect, which is enhanced by increasing temperature and irradiation, 
resulted in an unexpectedly high rate of ingress of deuterium into the outlet 
end of the pressure tube. Hydrogen concentrations (equivalent) were as 
high as 150 |xg/g near some parts of the crack in the G-16 tube. This finding, 
plus the discovery that other tubes in Pickering Units 1 and 2 were in the 
same condition as G-16, led to the decision to retube both reactors with 
Zr-2.5Nb, the alloy used in all other large CANDU power reactors. The 
Zr-2.5Nb alloy has a much lower pickup rate for deuterium than Zircaloy-
2; a recent examination of a tube from Pickering Unit 3 showed less than 
3 |xg/g hydrogen equivalent in the main body of the tube. 

In both pressure-tube alloys, the normal orientation for the hydride plate­
lets is in the circumferential plane of the tube, that is, the platelet normals 
are in the radial or through-wall direction. In this orientation, they have a 
negligible effect on the propagation of a through-wall, or part through-wall, 
crack propagating in the radial or axial direction. However, if the circum­
ferential stress (hoop stress) in the tube exceeds a threshold value during 
hydride precipitation [7], the platelets will precipitate with their normals 
parallel to that stress, such that the platelets will lie in the radial-axial plane. 
A crack can propagate through the plane of the platelet with little resistance; 
hence, platelets in this orientation have a strong, deleterious effect on frac­
ture toughness. For Zr-2.5Nb, this threshold stress is about twice the op­
erating hoop stress. However, recent unpublished results from Atomic En­
ergy of Canada Limited and Ontario Hydro suggest that, for Zircaloy-2, 
the threshold is very close to the operating hoop stress (90 MPa). Thus, in 
the G-16 tube, two factors were at work to lower the fracture toughness; 
the high ingress rate of deuterium and the precipitation of the resulting 
hydrides in the radial-axial plane. 
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The third factor that contributed to the failure was the contact between 
the pressure tube and the calandria tube. Hydrogen diffuses down a tem­
perature gradient in zirconium by a process known as thermal diffusion [8]. 
If the point of contact is below the solvus temperature for the local hydrogen 
concentration, hydrides will precipitate, forming the nucleus of a blister, 
and serve as a sink for a steady-state diffusion of hydrogen. The result is a 
blister of zirconium hydrides surrounded by a two-phase region of hydride 
platelets and a zirconium (Fig. 4). A line of such blisters was found on the 
G-16 tube (see Fig. 3a), indicating that pressure-tube/calandria-tube contact 
had occurred at several points. 

Experimental 

To map the fracture toughness of the G-16 pressure tube, it was first 
necessary to develop a test method. Previous programs had been carried 
out to measure the effect of irradiation on pressure-tube material [9,10]. 
However, these had used compact specimens machined from flattened, 
unirradiated tubing that was subsequently irradiated in test reactors. Here 
we were faced with the problem of both producing and testing a specimen 
from a piece of highly radioactive tubing. 

Because the fracture behavior was expected to range from brittle near 
the initiation region to very ductile at the crack extremities, we required a 
test method that would characterize the full range of crack propagation 
behavior. A method was chosen to take full advantage of the test procedures 
developed earlier for flat specimens [9,10]. This included determining the 
/-resistance curve for each specimen when stable crack growth occurred. 

Flattening the material was not possible because of the irradiation em-
brittlement, and the concern that any dislocation movement would destroy 
the unique defect structure produced during irradiation. A procedure was, 
therefore, developed for testing curved specimens, spark machined from a 
piece of tubing in a single operation, using a "cookie cutter" electrode (Fig. 
5). To ensure electrical conductivity for spark machining, the oxide film 
from the inside of the tube was first removed by sanding. The specimens 
were then formed by initiating sparking from the inside of the tube. Finally, 
the specimens were pickled in 45% nitric acid (HNO3) 45% water (H2O) 
and 10% hydrofloric acid (HF) for about 30 s to clean out the pinholes. 

Figure 5 shows the dimensions of a typical specimen. Except for the 
thickness and the curvature of the tube, the in-plane dimensions of this 
specimen are in the proportions described for compact specimens in ASTM 
Standard Test Method for Plane-Strain Fracture Toughness of Metallic Ma­
terials (E 399-83). The two studs on the front edge of the specimen were 
used to attach the specimen to the excitation d-c current, to permit moni­
toring of the crack length by potential drop at the crack mouth. The potential 
drop (PD) pickup wires, made of Zr-2.5Nb, were spot-welded within 1 mm 
of either side of the specimen crack mouth. 
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FIG. 5—Curved compact specimen geometry and "cookie cutler" electrode for spark ma­
chining. 
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Before proceeding with the testing of the G-16 material, a specimen was 
subjected to an extensive analytical and experimental program, to determine 
the errors involved in applying the flat-plate analysis to a curved specimen. 
This included comparative testing of sets of flat and curved specimens taken 
from identical material, and having a wide range of fracture toughness 
values. It was shown that the error involved in applying the flat-plate equa­
tions to these curved specimens was less than 10% [11]. 

Specimens were cut from the regions of the G-16 pressure tube shown in 
Fig. 6 and tested at the temperatures recorded in Table 1. The normal 
operating temperature of the tube is 280°C, while 230°C is the estimated, 
through-wall mean temperature in the contact region. The specimen, with 
the current and PD leads, was mounted in an Instron servo-hydraulic test 
machine in the hot cells at the Whiteshell Nuclear Research Establishment. 
Fatigue cracks were induced at room temperature by cycling between loads 
of 0.2 and 1.6 kN. The maximum load was reduced as the crack propagated. 
The maximum stress intensity factor was about 15 MPa • m '̂̂  when the 
fatigue process stopped, with a crack length to specimen width ratio of 0.5. 
After fatiguing, the specimen was enclosed by a furnace and heated to the 
desired test temperature for fracture toughness testing. Care was taken that 
the temperature did not overshoot, as this might have changed the properties 
of the specimen, including the hydride morphology. When the temperature 
had been stabilized, the specimen was pulled at an extension rate of 0.25 
mm/min. 

During the test, time, load, potential drop, and load-point displacement 
were recorded by a data logger and tape recorder. The load-point displace­
ment was measured using two hnear variable differential transducers (LVDT) 
attached to opposite sides of the grips. The average of the LVDT readings 
minus the pin deflections gave the load-point displacement. The latter were 
determined by a prehminary cahbration. If the specimen showed stable 
crack growth, the test was stopped when the potential drop indicated that 
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FIG. 6—Locations of fracture toughness specimens. 
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the crack had advanced about 4 mm. After unloading, the specimen was 
heat-tinted at the test temperature for 30 min. It was then broken open at 
room temperature. The fracture surface was photographed, and the crack 
lengths were measured by the nine-point average method. 

Following testing, metallographic sections were prepared to examine the 
hydride morphology in selected specimens, and fracture surfaces were also 
examined by scanning electron microscopy. A segment of the suspected 
initiation region, outUned by the circle in Fig. 3b, was also examined to 
compare the features on either side of the alleged boundary between slow 
and unstable crack growth. 

Data Analysis 

For brittle specimens, the following equation was used to calculate the 
stress-intensity factor, as per ASTM Method E 399-83 

X [0.886 + 4.64 c - 13.32 ĉ  + 14.72 c^ - 5.6 c"] (1) 

where 

P = applied load, 
B = specimen thickness, 
W = width of specimen, 
a = crack length measured from the load line, and 
c = a/W 

The fracture toughness was taken as the critical value of Eq 1, at unstable 
propagation. 

For ductile specimens, a crack-growth resistance curve based on the /-
integral was calculated for each specimen. This /-resistance curve was cal­
culated using equations derived by Ernst et al [12] 

Ji 

where 

- h ( ^ ) •¥][-© <--"')] <̂) 
7, = 1 -h 0.76 [{W - a^lW], 

f(aJW) = 2 [(1 + a)/(l + a^)], 
a = [4 (a,/6,)' + 4 a,/6, + If'^ - [{2ajb) + 1], 
hi = W - Ui, and 

A^+i = area under the load/load-point displacement curve 
between step i and i + \. 
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Results 

All of the specimens tested at 230°C showed brittle behavior, with a linear 
load deflection curve rising to a maximum coincident with unstable crack 
extension (see Table 1). Three specimens tested at 280°C are also classified 
as brittle, although they each showed limited (1 mm) stable crack growth 
prior to unstable failure. The remainder of the specimens listed in Table 1 
were classified as tough because they showed several millimetres of stable 
crack growth during the test, and never became unstable. Typical load 
deflection curves for the two conditions are shown in Fig. 7. In general, 
the tough specimens did show some short-lived instabilities prior to maxi­
mum load (Fig. la). The potential-drop trace showed that these instabilities 
corresponded to sudden, short, crack-growth steps (pop-ins). 

Table 1 also includes average tension test data for the two test temper­
atures, and these were used to calculate the minimum thickness, B, and 
crack length, a, for a valid, plane-strain, fracture toughness test according 
to ASTM Method E 399-83, using 

a, B 2.5 KV(j/ (3) 

where dy = yield strength. 
The fracture toughness values for the brittle specimens were used to 

compute the critical crack length (CCL) in a pressure tube at operating 
pressure, which corresponds to a hoop stress of 90 MPa. The fracture tough-

0 0 1 
0.0 0.5 1.0 1.5 2.0 0.0 0.5 1.0 

LOAD -POINT DISPLACEMENT (mm ) 

FIG. 7—Typical load deflection curves for (a) ductile, and (b) brittle fracture behavior. 
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ness for a through-wall axial crack is given by [13] 

where 

Ko = 
SUcCr^ 

In sec 
2CT 

1/2 

(4) 

lOc = critical crack length, 
CT = 1/2 (yield strength + ultimate strength), 

CTH = applied hoop stress, and 
M = stress magnification factor due to tube curvature [14]. 

Since M is a complicated function of a^ [14], this equation was solved 
graphically from plots of K versus crack length. 

For the ductile specimens, typical /-resistance curves are shown in Fig. 
8. All specimens showed some short instabiUties or pop-ins in the early 
stages of the test, and the /-value corresponding to the first of these was 
defined as an initiation 7-value, or /,. (The application of ASTM Standard 
Test Method for Ji^, a Measure of Fracture Toughness (E 813-81) to de­
termine crack initiation does not yield reproducible results in irradiated 
zirconium alloys [9,10]). An equivalent initiation fracture toughness was 
calculated using 

KQ = VEfi (5) 

400 

0 1 2 3 4 5 6 
CRACK EXTENSION (mm) 

FIG. 8—Typical i-resistance curves for ductile fracture behavior. 
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CRACK LENGTH 

(a) Tangency method for complete /«-curve. 
(b) Lower-bound method for truncated jR-curve. 

FIG. 9—Method for estimating through-wall, axial critical crack length using a crack-driving-
force curve. 

The axial CCL for the ductile conditions was estimated by matching the 
/^-curves to a crack-driving-force (CDF) curve. The latter was computed 
from Eq 4 but converted to units of / by Eq 5. An example of this method 
is shown in Fig. 9. Three of the /R-curves did not reach a saturation level 
before the test was terminated, and the true tangency point may have been 
beyond the end of the /^-curves. In this case, the CCL was read off when 
the top of the /^-curve just touched the CDF curve and was, thus, a lower-
bound estimate. 

All but two of the fracture toughness specimens were analyzed for hy­
drogen and deuterium using a hot, vacuum extraction method. The results 
are given in Table 1 in terms of hydrogen equivalent. A significant obser­
vation is that the three specimens that showed brittle behavior at 280°C all 
had much higher hydrogen concentrations than the other specimens tested 
at that temperature. 

The hydride morphology was examined in some selected specimens (Fig. 
10). A large fraction of the hydrides were radial. The concentration was 
fairly uniform through the tube thickness, except for the blistered area where 
the hydrides were concentrated towards the outside of the tube. In this 
region the predominance of radial hydrides was also greatest at the outside 
of the tube. 

Figure 11a shows the fracture surface of a brittle specimen and the flat 
cleavage regions corresponding to fractured hydrides. These regions are 
separated by ligaments of ductile void coalescence, which are created when 
the zirconium metal between the hydride platelets is separated. Figure 116 
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FIG. 10—Typical hydride morphology in fracture toughness specimens showing large fraction 
of radial hydrides. 
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(a) Brittle fracture behavior showing cleavage of hydrides (A) and ridges of ductile tearing 
between hydrides (B). 

(b) Ductile fracture behavior showing almost 100% void growth and coalescence. 
FIG. 11—Typical fracture surfaces on fracture toughness specimens as seen in a scanning 

electron microscope. 
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shows the fracture surface of ductile specimens. The fracture surface consists 
almost entirely of ductile voids. Second-phase particles (intermetallic inclu­
sions) can be seen inside some of the voids. 

Discussion 

Validity Criteria 

Reference to Eq 3 and Table 1 reveals that none of the brittle fracture 
toughness tests satisfy the validity criterion for thickness and crack length 
required for a valid, plane-strain, fracture toughness measurement. Given 
the nonplanar geometry of the specimen, this observation is somewhat 
academic, but, in order to assess the failure behavior of the pressure tube, 
some feeling for the physical significance of the results is needed. The failure 
to meet the thickness criterion is irrelevant since the small specimen is the 
same thickness as the structure (pressure tube) being assessed. The require­
ment on crack length is close (our crack lengths were typically 8 to 9 mm) 
in some cases, but the lengths are small by up to a factor of two, or more. 
This means that the stress-intensity factor may not uniquely characterize 
the crack-tip, elastic stress field; therefore, the CCL prediction may be in 
error. However, we intend to use the CCL values only in an approximate 
sense and the estimates should be adequate for that purpose. 

Similar concerns arise when we address the geometry independence of 
the /-resistance curve. The conditions for /-controlled crack growth (that 
is, when the /-integral uniquely describes the crack-tip, elastic-plastic de­
formation field) are based on the demonstration that proportional loading 
dominates the crack-tip field near an advancing crack tip [15]. Numerically, 
this means 

W - adJ ^ 

Although there is no detailed justification, M = 10 is often taken as the 
critical value for validity in Eq 6. Application of this criterion to our data 
indicated that /-control was violated after 0.2 to 0.5 mm of crack growth. 
Thus, we cannot expect the /-resistance curves to be the same for the small 
specimen and the pressure tube, and the CCL predictions would be in error. 
Simpson [16] has shown that the use of/^-curves from compact specimens 
underestimates the CCL in a tube, and hence gives a conservative value. 

While there is some doubt about the absolute significance of the toughness 
values generated here, it is completely valid to use them in a comparative 
sense, to assess the variation of fracture toughness over the length of tube 
and the temperatures experienced. We shall show that this can reveal a 
great deal about the condition of the tube and the behavior of the crack. 
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Crack Initiation 

The blistered region of the pressure tube was approximately 500 mm 
long, indicating that contact between the pressure tube and calandria tube 
existed over this region. Most fracture toughness tests on material from this 
region were performed at 230°C, which was the estimated mean through-
wall temperature in the contact region. Specimens CI, C36, and C37 (Table 
1) were taken very close to the suspected initiation site, near blisters C, D, 
E, and F (see Fig. 3). However since the specimen edge was just above the 
fracture surface, the crack plane was approximately 11 to 12 mm around 
the circumference of the tube. As this was away from the center of contact, 
which was a line running axially at the six o'clock position, the embrittlement 
could have been less severe in the fracture plane of the small specimens. 

The fracture toughness in the region near the initiation site is in the range 
40 to 50 MPa • m^'l This leads to an estimated CCL of 63 to 72 mm for a 
through-wall axial crack in a pressure tube with a 90 MPa hoop stress. 

In some unpublished work, P. H. Davies of the Ontario Hydro Research 
Division applied the finite-element results of Raju and Newman {17\ to the 
suspected, initiating crack boundary shown in Fig. 3b. They calculated a 
stress-intensity factor of 40 to 50 MPa • m '̂̂  around the boundary of the 
crack for the reactor operating pressure. They also calculated that the thin 
uncracked ligament would have been in a state of plastic collapse, causing 
some load redistribution around the crack boundary. This would have caused 
the point of maximum stress intensity to shift from the point of deepest 
penetration through the wall towards the ends of the crack. Given these 
facts and the possible errors in the fracture toughness determinations, the 
results obtained here are wholly consistent with the suspected crack bound­
ary being the limit of stable crack growth. 

Further support for this part-through region being the initiating point is 
provided by the scanning electron micrographs taken on either side of this 
boundary. Figure 12a shows an enlargement of the region circled in Fig. 
36, which encompasses the boundary between the part-through crack and 
the alleged unstable crack surface. This boundary is drawn in Fig. 12a 
because the color contrast does not show up in the electron image. Pho­
tographs from region A (stable growth) and region B (unstable growth) are 
shown in Figs. 126 and 12c, respectively. Region A shows predominantly 
cleavage features with very few ductile tearing ridges. This would be char­
acteristic of a heavily hydrided region, which might have grown by delayed 
hydride cracking [2] at subcritical AT-levels. Region B also contains cleavage 
features, but these are connected by large regions of microvoid coalescence 
(ductile features), indicating that a significant transition in resistance to 
crack propagation occurred at the boundary in Fig. 36. The features in 
region B are also quite similar to those seen in the unstable crack propa­
gation region of the fracture toughness speciirtens (see Fig. lla). 
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This change in fractographic appearance is consistent with a crack that 
initiated at one or more blisters, and grew by delayed hydride cracking at 
a relatively low i^-value up to the boundary. It would not grow completely 
through the wall thickness because the equivalent hydrogen concentration 
at the inner surface was close to, or below, the limit of solubility for hy­
drogen, a consequence of the higher temperature at the coolant/pressure-
tube interface. (Hydrogen content in excess of the solubility, that is, the 
presence of hydrides, is a prerequisite for delayed hydride cracking [2].) 
The crack continued to grow axially, in the normal stepwise manner char­
acteristic of delayed hydride cracking. The stress intensity factor at the axial 
extremities of the crack was low, and a high density of hydride platelets 
was required to precipitate near the crack tip before it could advance, hence 
the absence of any ductile features in region A of Fig. 12a. As plastic collapse 
of the ligament spread outward from the point of deepest penetration, pop-
through occurred, creating, suddenly, a through-wall crack approximately 
100 mm in length, well in excess of the CCL for an axial crack (Table 1). 
The sudden transition in fracture morphology across that boundary is con­
sistent with the sudden rise in stress intensity that would result from the 
conversion to an axial crack. 

Ductile-Brittle Transition 

Where the pressure tube was not in contact, its temperature during op­
eration was 280°C. Thus, most of the fracture toughness tests away from 
the initiation region were carried out at this temperature. These specimens 
generally showed ductile fracture behavior, with little evidence on the frac­
ture surfaces of fractured hydride platelets (Fig. lib). Specimens Cll , C20, 
and C24, however, were exceptions. They failed in a brittle manner much 
like the specimens tested at 230°C. The significant difference with these 
specimens was the much higher equivalent hydrogen concentrations. They 
were cut from the region of the tube where the combined effects of neutron 
flux and temperature yielded a maximum in the hydriding rate during the 
operation of this reactor [6]. 

Zirconium/zirconium hydride alloys undergo a remarkable ductile-brittle 
transition when the hydrides are radial. This is shown by some results on 
flat specimens of Zircaloy-2 containing 90 |xg/g hydrogen as radial hydrides 
[18] (Fig. 13). Below the transition, at about 260°C in this case, the cracks 
propagate as much as possible by cleavage of hydride platelets, while above 
it the hydrides suddenly become innocuous with respect to the fracture 
process (even though they are still present). Davies and Stearns [19] have 
shown that this transition temperature increases with hydrogen content, 
rising from 90°C for [H] = 30 (Jig/g to 260°C for [H] = 90 jjig/g. The 
hydrogen contents for the specimens showing brittle behavior at 280°C 
ranged from 109 to 140 jAg/g. This is consistent with movement of the 
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FIG. 12—Scanning electron microscopy of the region near the boundary of the suspected 
initiating flaw (see circle in Fig. 3b). 
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transition temperature to more than 280°C, as would be expected from the 
established data. 

Two specimens from the initiation zone (C5 and C7) were tested at 280°C 
and showed ductile behavior, demonstrating that the ductile-brittle transi­
tion in this region lay between 230 and 280°C, consistent with the hydrogen 
concentration there (60 to 80 |xg/g). 

Specimen C13, with a hydrogen content of 95 (Ag/g, was taken only 23 
cm towards the end fitting from the peak hydrogen region (specimen C24), 
where the hydrogen content was 146 |xg/g. However, this drop in hydrogen 
concentration was sufficient to lower the transition temperature to below 
280°C, and the fracture behavior was highly ductile, showing one of the 
steepest /^-curves. It is clear, therefore, that the ductile-brittle transition 
played a significant role in the mode of crack propagation. 

Bifurcation 

There are several possible explanations for the bifurcation of the crack 
at the inboard end. As the crack propagated, the annulus region became 
pressurized due to the escaping coolant. This reduced the pressure drop 
across the crack and, therefore, the hoop stress. The axial stress on the 
tube arises from the end loads, which were not reduced. Eventually, the 
axial stress on the tube would have become the maximum principal stress 
and the crack could have tended to turn in response. There were blisters 
near the bifurcation point, and it is possible that one of them contained a 
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FIG. 13—Results from fracture toughness tests on compact specimens containing 90 \J^glg 
radial hydrides, showing brittle-ductile transition. 

circumferential crack that was rendered unstable under the dynamic stress 
field ahead of the propagating crack. A sudden change in axial fracture 
toughness distribution would have also encouraged bifurcation. 

Specimens C31 and C33 (Table 1), tested at 280°C, were cut from opposite 
sides of the bifurcated crack. Their ^g-values and CCL estimates were 
almost identical, indicating that no abrupt change in fracture toughness 
occurred in that region. Similar conclusions can be drawn from the results 
of specimens C6 and C15, which were tested at 230°C. Both of these spec­
imens showed brittle behavior and nearly identical fracture toughness val­
ues. Thus, it would appear that the bifurcation was a consequence of either 
the blisters in the path of the advancing crack, or the change in the principal 
stress direction or both. 

Summary and Conclusions 

1. The curved compact specimen geometry has been used successfully to 
map the fracture toughness distribution along the path of a crack in a failed 
pressure tube. 

2. The test specimens were ductile or brittle, depending on temperature 
and hydrogen content, consistent with current data on the ductile-brittle 
transition behavior of zirconium/zirconium hydride alloys. 

3. Brittle behavior was related to cleavage of hydride platelets while 
ductile fracture was dominated by ductile tearing of the zirconium matrix. 

4. Fracture toughness results and fractography support the identification 
of the critical initiating flaw. 

5. The bifurcation of the crack was not induced by a sudden change in 
fracture toughness. 
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ABSTRACT: This case history concerns the design of the high pressure water pipes 
(penstocks) of the Dinorwig pumped storage power station. The first part describes 
an Open University teaching exercise which is based on the original assessment 
performed by Milne of the Central Electricity Generating Board. It involves the 
consideration of two contending steels, "A" and "B," and the selection and justifi­
cation of a preferred choice. Since the hydraulic loading contains cycles of changing 
pressure, the fatigue lives of the penstock designs were compared. The possible 
presence of longitudinal surface cracks was considered, with a depth equal to the 
limit of ultrasonic detection (taken to be 6 mm). The Paris-Erdogan equation was 
used to calculate the length of time required to grow a fatigue crack from this depth 
up to the critical size. Comparing designs of equal cost, that in Steel B achieved a 
much longer "crack growth lifetime" and was the preferred choice. Finally, defect 
acceptance standards were drawn up for this design. 

KEY WORDS: Dinorwig, pressure pipe, fatigue, crack growth lifetime, choice of 
material, defect acceptance standards 

Nomenclature 

CTy Yield strength 
a Depth of semi-elliptical crack 

2b Length of semi-elliptical crack 
^i Plane-strain stress intensity 
h "Head" of water 
p Density of water 
P Hydraulic pressure 
R Mean radius of pipe 
D Internal diameter of pipe 

t Wall thickness of pipe 
CTR Residual stress 

* Professor, Faculty of Technology, The Open University, Milton Keynes, U.K. 
^ Research officer, Central Electricity Generating Board, Manchester, U.K. 

102 

Copyright' 1986 by ASTM International www.astm.org 
Copyright by ASTM Int'l (all rights reserved); Wed Dec 23 18:32:03 EST 2015
Downloaded/printed by
University of Washington (University of Washington) pursuant to License Agreement. No further reproductions authorized.



REID AND BAIKIE ON HYDROELECTRIC PENSTOCKS 103 

C Material cost of penstock 
£ Cost per tonne of steel 

'N Number of loading cycles 
G Crack growth parameter 

The Central Electricity Generating Board (CEGB) operates the world's 
largest interconnected electricity supply system; it transmits electricity in 
bulk through the national grid to twelve Area Boards who in turn supply 
the consumers in England and Wales. The CEGB must have a large, quickly 
available reserve of power to meet sudden increases in demand, to safeguard 
the nation's electricity supplies in the event of a major failure of generating 
or transmission plant, and to maintain the frequency of the grid supply 
between prescribed hmits. Hydroelectric and pumped-storage stations can 
be brought into operation much more quickly and reliably than other types 
of station. Hydroelectric power stations use water falling from a high-level 
source to produce electricity. The water drives turbines which, in turn, drive 
the generators that produce the electricity. Pumped-storage schemes, in 
effect, use water to store electrical energy. A pumped-storage station differs 
from a normal hydroelectric station because it has two reservoirs and uses 
the same water again and again. After driving the turbines the water is 
pumped from the lower reservoir back to the upper reservoir ready to be 
used again when needed. This is done mainly at night when demand for 
electricity is low and electricity for pumping is, therefore, cheaper, being 
provided by the most efficient, base-load power stations. 

The pumped storage station at Dinorwig in North Wales is the subject 
of this case history. With a capacity of 1800 MW it is the largest such station 
in Europe, and it came into full operation in 1983. Water from the upper 
reservoir flows through hydraulic tunnels at a maximum rate of 3290 mVs. 
Inlet tunnels 3 km long, including a vertical shaft 440 m deep and 10 m in 
diameter, carry the water to the turbines (Fig. 1). In some pumped-storage 
schemes, the turbines and pumps are separate machines, but, at Dinorwig, 
the six turbine generators can also work in reverse, as motor pumps, to 
return the water to the top reservoir, powered by electricity from the na­
tional grid. The flow of water from the upper reservoir to the turbines is 
controlled by the main inlet valve. When the valve is closed the turbine is 
normally on "standby," spinning in air. 

The Design Task 

The task concerns the plain cylindrical sections of the upper and inter­
mediate penstocks—the pressure pipes of internal diameter 2.5 m on either 
side of the main inlet valve (Fig. 2). Over part of their lengths, these pipes 
are not supported by surrounding rock and concrete, and consequently they 
have to be able to withstand the full loading of the water pressure throughout 
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104 CASE HISTORIES INVOLVING FATIGUE AND FRACTURE 

FIG. 1—A map of the Dinorwig site and a vertical section through the tunnels. 

the design life of the system (55 years). The upper penstock is critical; since 
it lies above the main valve, it cannot be unloaded for internal inspection 
or repair (without draining the entire upper lake, high pressure shaft and 
tunnels). 

The task is to select, from two candidate materials, the material which 
will provide safe penstocks with the required lifetime and the minimum 
cost. 

Loading 

The penstocks are loaded hydraulically. On the upper penstock with the 
main valve closed, the static internal pressure is that due to a "head" of 
water of 645 m, but the largest possible transient pressure is estimated to 
be 816 m of water, due to a "water hammer" effect which could occur under 
an unlikely coincidence of certain machine trip conditions (the "fault con­
dition"). 

Changes in water pressure occur during operation of the system. For 
example (Table 1), when the station changes from pumping to generating 
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106 CASE HISTORIES INVOLVING FATIGUE AND FRACTURE 

TABLE la—Upper penstock. 

Operation 

Turbine load on 
Turbine load off 

Pump start 
Pump stop 

Turbine trip 

Cycles 
per 

Annum, 

6500 
6500 

1000 
1000 

4 

First Cycle 

115 
117 

27 
238 

323 

Pressure Change, A,/m 

Successive Cycles 

95 <11 
43, 36, 30, 26, 21, 18, 15, 13 and 11 

<11 
199, 167, 140, 118, 99, 83, 70, 59, 49, 

41 ,35 ,29 ,24 ,20 , 16, 14, and 12 

262, 220, 185, 155, 130, 109, 92, 77, 65, 

Pump trip 

54, 45, 38, 32, 27, 23, 19, 16, 13, and 
11 

390 327,275,230,194,163,137,115,96, 81, 
68, 57, 48, 40, 34, 28, 24, 20, 17, 14, 
and 12 

TABLE 16—Intermediate penstock. 

Operation Cycles per Annum 

All mode changes starting and 7500 
finishing with turbine 
spinning in air 

Pressure Change/m 

575 

(or vice versa, a "mode change"), the main inlet valve is closed and opened, 
and the intermediate penstock is subjected to a pressure change equal to 
575 m. 

Pressure changes in the upper penstock are smaller but more complicated 
(see Table 1). Notice that the pressure changes following each operation 
are cycUc, with a steadily decreasing amplitude. 

Candidate Materials 

Two alternative materials were proposed for the penstocks: 

(a) Steel A, a medium strength, low-alloy, quenched and tempered steel; 
(b) Steel B, a carbon-manganese pressure vessel steel conforming to 

British Standards Specification BS1501:1964 (steels for fired and unfired 
pressure vessels). 

The chemical compositions, mechanical properties, and prices of these 
steels are given in Table 2. It is to be assumed that the costs of fabricating 
the penstocks by welding are the same for the two steels. Notice that the 
yield strength of Steel A is more than twice that of Steel B, while its price 
is less than twice that of Steel B. 
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TABLE 2—Material specifications. 

Steel A Steel B 

C 0.15 to 0.21 <0.22 
Si <0.90 0.10 to 0.55 
S <0.04 <0.05 
P <0.04 <0.05 
Mn 0.80 to 1.10 0.90 to 1.60 
Cr 0.50 to 0.80 <0.25 
Mo 0.25 to 0.60 <0.10 
Ni <0.30 
Zr 0.05 to 0.15 
B 0.0005 to 0.0025 
try/MN m-^ 695 324 to 347 
o-,e„,ik/MN m-^ 803 495 to 594 
elongation 18% 26.5 
KJMN m'"' 100 120" 
Price of rolled 542 295 

plate/£ tonne"' 

" The mean value at 273K for various welded joints. 

Design for Life 

The objective is to choose one of these steels for the construction of each 
of the upper and intermediate penstocks and to specify the wall thickness 
for each penstock. Obviously, the wall must withstand the largest load 
applied (whether static or transient); in order to provide a "factor of safety," 
it is proposed that the largest principal stress difference in the material 
should not exceed two thirds of the yield strength cry The penstocks are 
fabricated like pressure vessels—by welding (longitudinally and circumfer-
entially) shaped steel plates. Although these welds are to be stress-relieved, 
experience within CEGB suggests that a figure of 70 MN m'^ should be 
taken for the maximum residual hoop stress CTR in the vicinity of the welds 
in both steels. 

It is essential to consider the effects of cracks (both critical and subcritical) 
on the strength and hfetime of the structure. In so doing linear elastic 
fracture mechanics (LEFM) will be used. It is important to keep in mind 
the limits of applicability of LEFM, and the nature of any error (over- or 
underestimates) when LEFM is not strictly applicable. 

As critical load-bearing components, the penstocks will be subjected to 
nondestructive inspection (NDI) after fabrication and during service. For 
the purposes of design it is proposed to assume that ultrasonic inspection 
is incapable of detecting cracks with a dimension in the through-thickness 
direction (a for a surface crack, 2a for an internal crack) of 6 mm or less 
(assuming that the other crack dimension, 2b, is longer). 

In comparing the steels, it is further proposed that the presence of a 
hypothetical radial/axial surface crack should be considered on either inside 
or outside surfaces of the pipe. For the sake of simplicity and pessimism, 
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108 CASE HISTORIES INVOLVING FATIGUE AND FRACTURE 

the crack will be considered to have infinite length and a depth of a. The 
stress intensity factor Ki for this crack is given by Eq 1, where t is the 
thickness of the pipe wall and bending of the pipe wall (bulging) is not 
constrained. 

K, = ycTV(iTa) (1) 

where 

Y = 1.12 - 0.231(fl/f) + 10.55(a/0' - 21.71(fl/0' + 30.38(a/0* 

A crack on the inside surface of the pipe is also loaded by the hydraulic 
pressure P acting on its faces. The stress intensity due to this loading is [1] 

Ki = PV(Trfl) (2) 

Since we are dealing with thin-walled tubes, P -^ CT, so this effect has been 
omitted. 

Static Design of Penstock 

Both the upper and intermediate penstocks are cylindrical thin-walled 
tubes with an internal diameter Z) of 2.5 m. Using the Tresca yield criterion 
and the prescribed "factor of safety" 

CTi — a3 = VdCTy (3) 

In this case, the radial stress (CTS) is zero and the hoop stress (CTI) is the sum 
of the applied and residual stresses 

+ cr« = -cry (4) 
t 

Substituting for P and R 

Rearranging gives 

(pg^)[(£>/2) + {t/2)] 2 
+ o-R = - a y (5) 

4o-y - 6CTR - 3pgh 
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Substituting the appropriate values 

p = 1000 kg m-3 
g = 9.81 ms-2 
h = 816 m (the "fault condition") 

a« = 70 MN m-2 

^ " 6.68(o-y - 105 X 10'')10-« - 1 ^̂ ^ 

Taking the yield stress of Steel A from Table 2, the required wall thickness 
is 

t^ = 0.026 m (8) 

Using the minimum value of uy for Steel B, the wall thickness is 

te = 0.073 m (9) 

Which Static Design Has The Lower Cost? 

The cost depends on the weight of steel used (Table 2). Since the diameter 
and length are fixed, the weight depends on the wall thickness, and the 
relative cost is 

Ce^h^B^ 0073 ^ 295 ^ ^ ^^ 
CA IA^A 0.026 542 • 

On the basis of a static design. Steel B has costs 50% higher than Steel A. 
However, it is clear that the loading is not static, and the effect of dynamic 
loading must be considered. 

Effect of Cracks on Design 

Critical Cracks 

Under changing loads, subcritical cracks may grow by fatigue up to the 
critical crack length. It is proposed to calculate the critical crack lengths, 
adA) and adB), of long surface cracks perpendicular to the hoop direction. 

Recalling the expression for stress intensity (Eq 1) and putting in the 
critical values 

K,, = y(TV(-iTfl,) (11) 

where u is the design stress (% CTJ-). 

Copyright by ASTM Int'l (all rights reserved); Wed Dec 23 18:32:03 EST 2015
Downloaded/printed by
University of Washington (University of Washington) pursuant to License Agreement. No further reproductions authorized.
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Rearranging gives 

where Y is a function of a. 
Recalling from Table 2 that 

Ki,{A) = 100 MN m^3/2^ ^^^^^^ = 595 y^^ ^-2 

KiXB) = 120 MN m-3'2, ay(S) = 324 MN m'^ 

it follows that 

aXA)Y^ = 0.015 m (13) 

a,{B)Y^ = 0.098 m (14) 

Using Eq 1, these equations can be solved for a^ by trial and error, with 
the aid of Table 3. 

The critical crack lengths in both penstocks under the maximum loading 
{h = 816 m) are 

TABLE 3—Values o/[(a/t)Y^] as a function o/[a/t]. 

a/t y(froraEql) {alt)Y^ 

0.10 
0.20 
0.22 
0.23 
0.29 
0.30 
0.31 
0.35 
0.36 
0.40 
0.41 
0.42 
0.50 
0.55 
0.60 

1.25 
1.50 
1.55 
1.57 
1.80 
1.83 
1.87 
2.05 
2.10 
2.30 
2.36 
2.42 
3.00 
3.50 
4.15 

0.16 
0.45 
0.53 
0.57 
0.94 
1.00 
1.08 
1.47 
1.59 
2.12 
2.28 
2.46 
4.50 
6.74 

10.33 
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for Steel A, 

ac{A) = 6 mm (15) 

for Steel B, 

aXB) = 25 mm (16) 

These are upper estimates; LEFM is not strictly applicable to these section 
thicknesses at values of K approaching Kj^ because the plastic zone at the 
crack tip is significant. If we had used a plastic zone correction factor we 
would have calculated somewhat smaller values of critical crack size. 

Note that the critical crack length in Steel A is undetectable by NDI. 
This is unacceptable. To increase aXA) the stress level must be reduced by 
increasing the wall thickness, thereby losing some of the cost advantage of 
Steel A. It is proposed to consider the limiting case where all the cost 
advantage of A is lost. The wall thickness t'^ at which this happens is given 
by 

r t' ( 
^^A ^ A ^A 1 i'\n\ 

Cg tg kg 

or 

£g 0.073 X 295 ^ ^ _ , „ , 
I'A = ^BY = -^ = 0-039 m (18) 

The maximum hoop stress a^^^ is equal to the sum of the applied hoop 
stress under the maximum head of water {h = 816 m) and the residual 
stress CTR (70 MN m"^) 

CT, max ^ + CT« (19) 
' A 

(pg/i)[(D/2) + {t'Jl)] 
t' 

+ (jR = 330.6 MN m-^ (20) 
A 

When the crack attains a critical length a'^A), the stress intensity is K^^ 
where 

î lc = yCT„,axV(™',(^)) (21) 
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or 

^ I c 100 
330.6 r̂  0.029 m (22) 

^ ^ = 0.75 (23) 
' A 

From Table 3, this implies that 

^ ^ = 0.26 or a'XA) = 10.1 mm (24) 
t A 

(a cracic detectable by NDI). 

Fatigue Crack Growth 

In this section is it proposed to calculate the time required to grow a 
crack by fatigue from the largest undetected length (a = 6 mm) up to the 
critical size. This will be done for each of the two penstocks, constructed 
from each of the two steels. The instantaneous rate of fatigue crack growth 
is given by the Paris-Erdogan [2] equation 

^ = C{^Kr (25) 

This case deals with cracks in ferritic steels growing in contact with water, 
for which the appropriate values are [5] 

-$• = 2 X 10-"(A/C)3 (26) 
dN 

{a in metres, N cycles, K in MN m^^'^) 
This represents an increase by a factor of two of the upper bound growth 

rate for low-alloy steels in air (Lindley and Richards [4]). 

- ^ = 2 X 1 0 - i ' ( Y A a V ( ^ ) 3 (27) 

Separating the variables 

^ ^ 2 X 1 0 - ' ' Y 3 ( A ( T ) W ' 2 ^^^^ 

Copyright by ASTM Int'l (all rights reserved); Wed Dec 23 18:32:03 EST 2015
Downloaded/printed by
University of Washington (University of Washington) pursuant to License Agreement. No further reproductions authorized.



REID AND BAIKIE ON HYDROELECTRIC PENSTOCKS 113 

Integrating for growth from crack length a^ and 02 gives 

(29) N = 1 - ^ 1 ^ 
2 X 1 0 - " ( A a ) V 2 J,, Y^a"^ 

Intermediate Penstock 

RecaUing Table 1, the cyclic loading of the intermediate penstock involves 
a change in the head of water A/i of 575 m. This causes a change in hoop 
stress of 

Aa = ^ ^ = (PgAA)[(^/2) + {t/2)] 
^ t t 

[¥-] = 2.82 ^ + 1 I MN m-2 (31) 

For Steel A, t'A = 0.039 m, and 

A(T(A) = 183.6 MN m-2 (32) 

For Steel B, tg = 0.073 m, and 

Aa(B) = 99.4 MN m'^ (33) 

Evaluating Eq 29 for Steel A, using the values a^ = 0.006 m, 02 = 0.0101 
mandAo-(^) = 183.6MNm"^, gives the life (expressed in loading cycles). 
Carrying out this integration numerically on a computer gives the result 

NA = 3344 cycles (about 5 months of operation) (34) 

For Steel B, using the values a^ = 0.006 m, aj = 0.025 m and Ao-(B) = 99.4 
MN m"^, the life is 

NB = 55836 cycles (about 71/2 years of operation) (35) 

These results clearly favor the use of Steel B over that of Steel A. Com­
paring Steels A and B on the basis of equal cost, it takes a period over 16 
times longer for a crack in Steel B to grow from the maximum undetectable 
size up to the critical length. The shortness of this period (5 months) rules 
out Steel A for the intermediate penstock. The use of Steel B of thickness 
73 mm is recommended for the walls of the intermediate penstock. 
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Upper Penstock 

Recalling Table 1, the cyclic loading of the upper penstock is more com­
plicated than that of the intermediate penstock. It consists of annual "blocks" 
of pressure cycles, each of which is described by the data in Table 1. The 
hoop stress range ACT, due to a pressure change of A/i, is given by Eq 30 

ACT, = 4905A/1, ¥-] lO-OMNm-^ (36) 

The change in hoop stress is proportional to Aftj 

ACT, = kAhi (37) 

where for Steel A 

(f^ = 0.039 m)k^ = 0.319 MN m'^ (38) 

and for Steel B 

{tB = 0.073 m)kB = 0.173 MN m'^ (39) 

Combining Eqs 29 and 37 we get the number of loading cycles of range 
Ahi which are accompanied by crack growth from length a'l to a'2 

n. = ^ {"'' -^^ (40) 
' 2 X 10~"(^A/i,)V2 J„., y V 2 ^ ' 

Rearranging, we can call the integral a crack growth parameter 

G, = J°'^ ^ = (2 X 10-^^)k\nAh?W^' (41) 

To get the total crack growth per annum (from length U] to a-^, we sum 
the crack growth parameters for all the load cycles listed in Table 1 

G = E-G< = f ' ^ 2 = (2 X 10-")/c^7T^'22:.(«.M/) (42) 

It is found that the summation gives 

J^iinAh?) = 6.08 X 101" ̂ 3 (43) 
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which, for crack growth purposes, is equivalent to 7500 cycles per annum 
(the number of operation cycles of the main valve), each of pressure change 
/z = 200 m (that is, 7500(200)^ = 6 x 10̂ ° m'). It follows that the period 
(in years) required to grow a crack from length a^ and a2 is 

r da 
(2 X 10-")IT3'2(6 08 X W°)k' J„, F3̂ 3/2 

0.148 f"! da 

• ' " 1 

f"-^ (44) 

For Steel A, putting A:̂  = 0.319 MN m"^, a^ = 0.006 m (the largest un­
detectable size) and Ui = 0.0101 m (the critical crack length) this gives a 
"growth lifetime" 

t^ = 10.6 years (45) 

For Steel B, putting kg = 0.173 MN m"', fli = 0.006 m and aa = 0.025 
m, the growth life is 

ts = 176 years (46) 

Actually this figure is an underestimation because at the initial crack 
length most of the loading cycles cause a change in stress intensity below 
the threshold value for fatigue, AĴ /̂/ (even taking a generous value of 
^KTH = 10 MN m-3/2). 

The growth lifetime using Steel A (10.6 years) is well below the design 
life of the station (55 years). This is unacceptable, because the upper pen­
stock cannot be readily isolated for repair. On the other hand the predicted 
life using Steel B exceeds the design life, so this steel in a thickness of 0.073 
is recommended for construction of the upper penstock. 

Recommended Design 

The task has been to choose between two steels: A, a high strength, high 
cost steel and B, in effect a mild steel. A design is sought which, after an 
initial inspection for defects, will carry the service loads safely throughout 
the design life of 55 years. Such a design can be made in either A or B; 
obviously, the one with the lower cost is to be preferred. 

In designing to meet the largest conceivable load (the static design), the 
wall thickness of Steel B must be about three times greater than that of 
Steel A; the cost of such a design in Steel B would be about 50% higher 
than that in Steel A. 
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However the penstocks must also resist repeated loads. This carries the 
risk of causing the growth of fatigue cracks. The successful design of upper 
penstock must ensure that the largest undetected crack at installation cannot 
grow to the critical size during the service life. For the intermediate pen­
stock, the requirement is less severe; this penstock could be repaired in 
service. 

In terms of the rates of fatigue crack growth, daldN, under a given load 
cycle (AK), Steels A and B are identical. To offset its higher cost. Steer A 
must be used in smaller thicknesses and at higher stresses than Steel B, and 
the rates of crack growth will be correspondingly higher. Furthermore, the 
critical crack size will be much smaller in Steel A than Steel B (because Ki^ 
is smaller and cTmax is larger). Accordingly, the crack growth lifetime of Steel 
A is much lower than that of Steel B. The possibility exists of fatigue crack 
growth leading to failure within the design life in a lower cost penstock 
made of Steel A. This risk is unacceptable, and therefore Steel B 73 mm 
thick is preferred for both penstocks. In the upper penstock, the largest 
undetected crack (length 6 mm) cannot grow to failure in Steel B, 73 mm 
thick, within 55 years; in the intermediate penstock, such a crack would 
take some IVi years to grow to failure in Steel B, 73 mm thick, giving 
adequate time to detect the subcritical crack. 

It was noted earlier that the use of LEFM at values of K approaching 
Ki^ is not strictly valid in either steel. As a consequence, the calculated 
values of critical crack length (adA) and adB)) are overestimates. However, 
this error does not seriously affect the calculated crack growth lifetimes; 
such lifetimes are very sensitive to the initial crack length (when growth is 
slow) and relatively insensitive to the final crack length (when growth is 
fast). 

The Adopted Design 

The penstocks at Dinorwig use Steel B, 65 mm thick for the walls of the 
plain cyhndrical section of the upper penstock and 80 mm thick for the 
cylindrical section of the intermediate penstock. Subsequent to this final 
design being adopted, fracture mechanics has been used to draw up defect 
acceptance standards for the penstocks. 

Defect Acceptance Standards 

The CEGB proposes that in-service inspection should be carried out on 
the upper and intermediate penstocks at frequencies which guarantee a 
residual life of up to five times the inspection interval, the precise figure 
being dependent upon the accuracy with which the operational stresses and 
defect sizes are known. The current view on inspection interval is that it 
should be linked to the maintenance interval of 6 years for the intermediate 
penstock and 20 years for the upper penstock. With this in mind and with 
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a knowledge of the most recent fatigue crack growth rates and loading 
regimes, limits of acceptabiUty have been determined for the complete range 
of possible defect shapes. 

Crack growth is assumed to occur in accordance with the wet fatigue law 
stated earlier until the defect reaches the critical defect size, at which point 
failure of the component could occur if it was subjected to the fault con­
dition. The failure size for all but through-thickness defects and infinitely 
long surface defects has been determined with the aid of the computer 
programme FRACPAC (Chell [5]) which is based upon the post yield frac­
ture mechanics methodology outlined by Milne [6]. For this purpose the 
lower bound flow stress is taken to be 

O'tensile ' " ' ' yield = 409 MN m-2 (47) 

Within the FRACPAC program it is relatively simple procedure to obtain 
the failure defect size (at the fault condition) for a range of defect shapes 
from semi-circular to that approaching an infinitely long surface defect. This 
approach has been adopted, supplemented by analytical calculations for the 
through-thickness defect and infinitely long surface defect. Acceptable in­
itial defect sizes were then obtained by considering crack shrinkage from 
the failure sizes determined previously, by employing analytical techniques 
and through the use of the computer programme FATPAC (Chell [7]). By 
specifying a range of initial defect sizes, aspect ratios, stresses, and cracked 
body geometry, FATPAC automatically accounts for changes in aspect ratio 
as the crack shrinks. In both approaches, reverse fatigue proceeds until a 
predetermined number of stress cycles has been used up. For example, 
where a residual life of 5 times the inspection interval (say 6 years) is 
required, the appropriate input is 5 x 6 x 7 500 = 225 000 cycles. 

Results are presented in this paper in graphical form. A common feature 
of all the diagrams is the linear ordinate (defect depth) versus logarithmic 
abscissa (defect length) format. In this form, the defect acceptance line can 
be regarded as a locus of defect sizes with a common residual life. The 
residual life is expressed in multiples of the inspection interval and each 
defect acceptance line is labelled with this factor. A factor of zero denotes 
the locus of failure defect sizes. 

The acceptance curves for longitudinal/radial cracks (that is, cracks nor­
mal to the hoop stress) are shown in Figs. 3 and 4. Figure 3 refers to the 
intermediate penstock while Fig. 4 refers to the upper penstock. 

In the upper penstock the axial component of stress undergoes large cyclic 
changes which arise from operations of the main inlet valve. Each operation 
changes the end-load on the upper penstock. Changes in end-load arise 
primarily as a result of the change in the pressure differential at the main 
inlet valve service seal and from the presence of the sliding joint between 
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FIG. 3—Acceptance lines for surface defects in the intermediate penstock welds, orientated 
normal to the hoop stress. The residual life represented by each line is expressed as a multiple 
of the inspection interval (6 years). 

the valve and the intermediate penstock. These changes in axial stress may 
cause growth of hoop/radial cracks in the upper penstock, and defect ac­
ceptance curves have been obtained for this case (Fig. 5). The change in 
axial stress is 

Aa, = 
APVẑ  

(48) 

where AP' is the change in pressure differential at the valve seal (56.5 bar 
or 580 m of water) and /-,, 2̂ are the outer and inner pipe radii, respectively. 
7500 such changes occur in a given penstock per annum. Figure 5 shows 
that the defect acceptance lines for hoop/radial cracks are in general shifted 
to smaller crack sizes than those in Fig. 4, reflecting the relative severity 
of the axial cyclic loading. 

The prime requirement of the defect acceptance standards is that they 
provide accurate predictions of both defect stability and residual life. These 
predictions clearly depend upon the accuracy of the source data. For the 
most part, pressure-induced fatigue stresses are known with a high degree 
of certainty, and so too is the flow stress. In contrast, less is known about 
the level of the residual stress and fracture toughness. It may be argued, 
however, that precision is not required here; the residual stress affects the 
mean stress level, and this is known to have little effect on the rate of fatigue 
crack growth in the range described by the Paris-Erdogan equation [4]. The 
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FIG. 4—Acceptance lines for surface defects in the upper penstock welds, orientated normal 
to the hoop stress. The residual life corresponding to each line is expressed as a multiple of the 
inspection period {20 years). 

value of fracture toughness affects the critical crack length, but this has 
Kttle effect on the fatigue life because crack growth is rapid at crack lengths 
approaching the critical value. 

Results of the fracture mechanics analysis are presented in the standards 
in the form of "iso life" lines in the range 0 to 51 where I is the proposed 
nondestructive inspection interval. It is envisaged that all detected defects 
will be plotted as a point on the relevant standard. Where stresses are known 
accurately, a safety factor of 1.5 on life is considered to be a tolerable 
minimum. The 1.51 line, therefore, sets an upper limit to the allowable 
defect sizes within the welds for the proposed inspection frequency. Defects 
whose sizes are within these limits are assured of a residual life in excess 
of the inspection interval, in which case the position of the defect relative 
to the additional assessment lines enables the criticality of the defect to be 
determined. Defects which are found to be beyond the limits set should be 
referred for individual fracture mechanics assessment, where account can 
be taken of its precise location in the weld and a revised in-service inspection 
program developed. 

Conclusions 

1. This case history formed a successful teaching exercise based on the 
CEGB's original assessment which showed that Steel B is preferred over 
Steel A for the construction of both upper and intermediate penstocks. In 
a thickness of 73 mm, Steel B has a predicted lifetime for the growth of 
detectable fatigue cracks that exceeds the design life of the upper penstock. 
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FIG. 5—Acceptance tines for surface defects in the upper penstock welds, orientated normal 
to the axial stress. The residual life corresponding to each line is expressed as a multiple of the 
inspection period (20 years). 

A penstock made of Steel A with the same cost as that of Steel B has a 
predicted growth life of 10.6 years (only 19% of the design Hfe). 

2. Defect acceptance standards have been determined for the upper and 
intermediate penstock welds, based upon a 20 and 6 year inspection interval, 
respectively. In all cases, residual life factors in the range 1 to 5 were 
considered. 

3. The data are presented in a form which enables the engineer respon­
sible to derive alternative inspection intervals depending upon the results 
of the preservice inspection and the accuracy of the stress determination 
and nondestructive test results. 
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ABSTRACT: The integrity and service life of a pipeline will depend, to a large 
extent, on the fracture toughness properties and subcritical crack growth resistance 
of pipes with defects either inherently present or introduced during construction or 
service. Unstable fracture from crack like defects can occur if the fracture toughness 
of the line pipe material is inferior, whereas subcritical crack growth can occur under 
sustained load and cyclically varying loads (fatigue). Both of these subcritical growth 
mechanisms can be strongly influenced by the internal pipe environment (hydrogen 
sulfide, carbon dioxide) and external environment (corrosion, cathodic protection). 

A case history of the application of fracture mechanics for evaluating the static 
fracture toughness and subcritical crack growth resistance of an external longitudinal 
weld toe crack is discussed. 

KEY WORDS: crack tip opening displacement, pipeline failure, weld toe crack, 
critical engineering assessment, unstable cracking fatigue, cathodic protection 

Weld toe cracks in submerged arc welded pipes have been reported in 
several investigations [1-3]. In a recent study of a 508 mm outside diameter 
by 12.7 mm wall API 5LX 60 pipeline the toe cracks occurred exclusively 
at the external weld seam due to a process defect. If less than 1 mm deep 
such indications are not easily detected by either mill X-ray or ultrasonic 
inspection but can be disclosed by subsequent field magnetic particle in­
spection. As the weld toe crack would be exposed to varying hoop stresses 
from the service loads and a possible hydrogen charging effect from external 
cathodic protection coming into action at coating damages, a fitness-for-
service analysis was performed. 

An intensive nondestructive field inspection program supplemented by 
metallographic examination showed a maximum toe crack depth of 0.9 mm 

' Metallurgist, Korrosionscentralen, Copenhagen, Denmark. 
^ Consultant, J. P. Kenny & Partners Ltd., London, U. K. 
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and a length of 5 to 20 mm in disconnected rows of up to 200 mm long. 
Based on this examination the worst case depth was assumed to be 1.5 mm. 

To determine whether such defects were tolerable the following fracture 
mechanics program was implemented. 

1. Unstable fracture—Establishment of the static fracture toughness prop­
erties to assess the risk of fast fracture during hydrostatic testing and define 
the maximum allowable flaw size. 

2. Full scale high stress testing—Confirmation of the predicted failure 
stress level in a pipe section containing a weld toe crack. 

3. Fatigue testing—Establishment of the subcritical crack growth behavior 
in air and in simulated service environment. 

Unstable Fracture 

The fracture toughness value can be obtained from fracture mechanics 
tests that measure the load required to cause a well characterized crack or 
flaw to propagate under a specific stress state. From previous reported 
failure analysis of weld toe cracks it appeared that the crack would propagate 
in truly radial direction, perpendicular to the principal hoop stress. Hence 
the area of interest in terms of fracture toughness was the cross-hatched 
zone shown in Fig. 1. 

With very ductile line pipe steels having surface breaking defects, the 
plane strain fracture toughness, Ki^, has no real meaning at the crack tip. 
Instead, analysis based upon measurement of the critical crack-tip opening 
displacement (CTOD), J-integral and J-resistance, (/^ and J-R curves) gives 
a more precise description of the elastic-plastic fracture toughness behavior. 
CTOD and 7,c measure the resistance to crack initiation, that is, actual 
ductile crack extension, whereas J-R curves measure the materials resist­
ance to crack growth. The physical meaning of CTOD, /j and J-R curves 
are shown in Fig. 2. 

The British Standards Institution PD-6493-1980 outlines a well developed 
and conservative method for defect assessment based on the principles of 

WELD Toe CRACK 

FIG. 1—Position of weld toe crack and path of expected crack growth. 
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FIG. 2—Schematic model of crack propagation in fracture toughness specimens [9]. 

fracture mechanics. Specifically it allows the use of CTOD-values in defining 
the size of flaws that can safely be left in a structure without the risk of 
unstable fracture. The CTOD-values for the pipe material were obtained 
using single edge notched and fatigue precracked specimens machined from 
the pipe material as shown in Fig. 3. 

When the test specimen is loaded in 3-point bending, crack extension, or 
fracture is assumed to occur when the CTOD (which relates to the crack-
tip strain) exceeds a critical value. This criterion is equivalent to the K^^ 
criterion in cases where plane-strain conditions prevails at the crack tip {4\. 
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The dimensions of the specimen, position of notch, and fatigue-precrack 
length were in accordance with BSI 5762 as shown in Fig. 3. A total of 10 
specimen were used to allow for a statistical representation of the values. 
As the material was very tough and ductile, slow stable crack extension was 
expected to occur prior to fracture. Indeed, the obtained load displacement 
records indicated slow stable crack extension as shown in Fig. 4. The critical 
CTOD-values evaluated at maximum load were: average value: 0.545 mm, 
minimum value: 0.500 mm, and maximum value: 0.600 mm. 

Utilizing the minimum value of CTOD obtained the maximum allowable 
flaw size was then determined using the guidelines of BSI-PD-6493, 1980 

^ "crit 

ELECTRON BEAM WELDS 

PRECRACK 

CTIOD-TESTSPECIMEN 

FIG. 3—Single edge notched test specimen for CTOD measurement. 
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FIG. 4—Load displacement plot of one actual CTOD test. 

where 

a„ = tolerance defect parameter equivalent to the half crack length of 
a through wall defect, 

8„it = critical CTOD value, 
C = constant derived from C = \l[2{d^y - 0.25)], 
e = total strain (applied and residual), and 

Cj, = yield strain. 

The total elastic strain was derived from the total stress consisting of the 
maximum hoop stress during hydrostatic testing, that is, 72% of yield, and 
a weld residual stress equivalent to the yield strength of the pipe. This was 
done to further enhance the conservatism of the analysis, although in prac­
tice the weld residual stresses has most likely been partly relieved during 
pipe expansion and hydrostatic testing in the pipe mill. 

Conversion of the through-wall defect parameter a to a surface breaking 
defect of depth t and length / is obtained through the relationship outlined 
in BSI-PD-6493. 

Assuming a safety factor of 2 on strain and considering general yield or 
plastic collapse of the ligament below the defect the allowable flaw size was 
determined to be 

Depth, t Length, / 

5.2 mm 45 mm 
4.5 mm infinity 

This is approximately 5 times the deepest defect found in the toe region of 
the external longitudinal weld, and 3 times the anticipated worst case con­
dition. 

Full Scale High Stress Testing 

To add confidence to the CTOD analysis a full-scale high-stress test was 
conducted on a pipe section containing a defect representative of the deepest 
indications found. 
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The pipe section was provided with end caps and pressurized stepwise to 
pressure levels equivalent to 35, 45, 75, 100, 130, and 139% of specified 
minimum yield stress (SMYS) with intermediate depressurization to 0 bar 
gram. Generation of acoustic emission (AE) from the defect was monitored 
by general AE activity transducers and an AE location system with partic­
ular reference to the area of the defect. During the testing only very low 
general activity was recorded. The AE location system did indicate single 
AE events related to the end cap welds, but none within the area of the 
weld toe indication. 

The final pressurization reached 139% of SMYS before it was stopped 
because of significant general yielding. Had the test been continued the 
pipe may have burst at the defect thereby destroying the information con­
cerning possible post yield stress stable crack extension. 

The test pipe instrumented with AE equipment is shown in Fig. 5. Al­
though the permanent deformation after testing was measured to be 1.5%, 
metallographic examination of the weld toe crack showed that there had 
been no measureable crack extension as shown in Fig. 6 and 7. This test 
confirmed the very high flaw tolerance of the pipe and showed that even 
when loaded to general yielding it was not in a state of imminent failure. 

Fatigue Analysis 

Crack growth behavior in air is characterized by 3 regions, as shown in 
Fig. 8. The initial and terminal region is the stress ratio or dependent on 

FIG. 5—Test pipe instrumented with acoustic emission transducers. 
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FIG. 6—Microsection of weld toe crack. 

FIG. 7—High magnification of crack tip after high stress testing. 
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FIG. 8—Schematic representation of fatigue crack growth behavior. 

cyclic ratio R = min/max = K^JK^i,^. Increasing this ratio (that is, higher 
mean stress for unchanged maximum stress) decreases both the threshold 
AK for crack growth and the critical K for unstable fracture. 

Within a limited range of AA -̂values the plot of daldN versus A^ falls on 
a straight line giving the relation known as the Paris law 

daldN = C{^KY 

but obviously the exponential relationship depend upon the position of the 
^.K range considered (that is, high, intermediate, or low AA'-values). In 
practice the relationship is a function of both LK and AT̂ax and hence of 
the cyclic ratio R but for most technical problems the simpler Paris law will 
often be sufficient as the variations due to i?-dependency lies within the 
normal experimental scatterband [4\. 

To gain a general view of the defect behavior the following equations was 
used to calculate stress intensity ranges for various defect depths 

•'^•min'•'^max ^min'*^max ^ 

^max = l . l o - „ , a x V ^ 

AK= (1 - /?)l.la„axV^ 
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FIG. 9—Possible ^K-values acting on defects of various depths. 

,75 

Although the stress-intensity equation is vaUd for shallow cracks in a plate 
of infinite width it is also believed to be applicable, with reasonable accuracy, 
for shallow longitudinal weld toe cracks in thin wall large diameter pipes 
at membrane stresses well below the yield stress. 

Figure 9 shows the possible A.K -̂values acting on the defects during normal 
operation (maximum stress approximately 35% of SMYS). Also on the 
same figure is the threshold AA -̂value [5,6] which is valid for a carbon-
manganese steel of similar strength. If testing was carried out at A^ -R 
combinations below this line, crack growth may never be encountered. The 
program, therefore, made use of fracture mechanics test specimens tested 
at high AK -̂values for comparison with referenced values of other carbon-
manganese steels. Additionally lower A^-values were used to establish a 
possible threshold AA -̂value and finally actual weld toe cracks were tested 
at comparable AX-value to compare the crack growth behavior of the actual 
defect with crack growth in the through thickness direction. 

SEN specimens similar to those used for CTOD-testing were tested at a 
high Aî  using a triangular load and a frequency of 0.1 Hz, and at a low 
AK using a sinusoidal load at a frequency approximately 60 Hz. During the 
precracking of the specimens using a high frequency pulsator, Amsler HFP 
10, the maximum K -̂value was reduced by 10% for every 36 000 cycles to 
approximately 80% of the value used in the beginning of the fatigue mea­
surement. For the very low AK specimens though, the maximum A -̂value 
was about the same at termination of precracking and start of fatigue testing. 
The results, summarized in Fig. 10, showed that the crack growth behavior 
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FIG. 10—Fatigue test results. 
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Crack growth rate versus stress intensity range. 
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was similar to that from published data of similar type of steels for cracks 
growing in the same direction. 

Crack growth in the through thickness direction was measured by also 
testing actual defects in a 3-point bend test as shown in Fig. 11. Although 
the test specimens could not be considered standard fracture mechanics 
specimens the linear elastic fracture mechanics stress intensity equation 

K = 
6PL a|1.99 - 2 .47- + 12.97 (-12 

w w 

- 23.17 3 + 24.8 ( -14 
w 

where 

P = load, 
L = distance between supports, 
B = specimen width, 
w = specimen height, and 
a = crack depth. 

was used to allow comparison with the fracture mechanics tests. The crack 
growth was monitored by microscope examination of acetal replica's of the 
specimen sides taken at intervals during the testing. The actual crack growth 

FIG. 11—Test specimen containing actual defect. 
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behavior is also shown in Fig. 10 and as can be seen the results are in fair 
agreement. 

Using the Paris law constants established from the testing it was shown 
that it would take some 20 pressure fluctuations per day from full operating 
pressure to zero pressure to extend an initial flaw of 1.5 mm to a depth of 
3 mm within the expected 30 years lifetime of the pipeline. Any expected 
pressure fluctuations having a frequency above 20 a day would be of a size 
that would result in stress intensity ranges below the fracture mechanics 
threshold value. 

Although the above tests were conducted in air this represents a very 
hkely environmental condition as the pipes were coated with a heavy pol­
yethylene coating. However it could be argued that during the construction 
phase, water penetrates from the pipe end along the external weld rein­
forcement, and, as the coating, despite being of superior quality, does not 
yield complete diffusion tightness, cathodic protection might become ef­
fective. Also it would be inferred that coating damage may occur at a weld 
toe crack thus exposing the cracks to full cathodic protection. Thus in an 
anaerobic soil, hydrogen evolution might then occur. 

From past experience [7], it could be surmised that cathodic protection 
would have a beneficial effect at low loads. As indicated in Fig. 12, repro­
duced from [8], the threshold stress-intensity range for possible crack growth 

CRACK GROWTH RATE 

A 

THRESHOLD STRESS INTENSITY 
RANGE 4K 

THRESHOLD, "CATHODIC PROTECTION" 

FIG. 12—Schematic illustration of influence of cathodic protection on fatigue crack rate [8]. 
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is shifted towards higher (more beneficial) values. However, once exceeded 
the crack growth rate is likely to be accellerated by the influence of the 
hydrogen charging. 

To clarify the possible influence of cathodic protection on crack growth 
behavior, a fracture mechanics specimen was fatigue tested in the load range 
corresponding to the established air fatigue threshold value using an im­
pressed cathodic protection of -1100 mV saturated calomel electrode (SCE) 
in a simulated worst case water environment. 

As the possible crack growth rate near the threshold value was around 
10"' m/cycle and the test frequency was approximately 0.1 Hz to allow for 
the influence of the environment, time did not allow for the specimen to 
crack through. Therefore the program was designed so that the load range 
was increased at 50 000 cycle intervals if the compliance monitoring of the 
specimen did not reveal any crack growth. It was believed this interval 
would suffice to detect the onset of crack growth, at least in the sense that 
if it had commenced just prior to termination of the 50 000 cycles, then the 
next higher load would certainly disclose it. Table 1 details the results of 
the actual test program. After a total of 504 000 cycles the crack had not 
yet started to grow, even at a relatively high stress intensity range. The 
number of cycles at the final stress range corresponds to more than 30 full 
depressurization from maximum operating pressure to zero bar gauge per 
day during 30 years of operation. 

Following completion of the test specimen was fractured in hquid nitrogen 
to allow for determination of the true stress intensity value from the actual 
initial crack depth. It was not possible to disclose any crack extension by 
fractographic examination; thus, the test results confirmed that cathodic 
charging in the simulated pipeline environment was not detrimental in the 
expected operating load range of the pipeline. In fact, it may even result 

TABLE 1—Test conditions and results. 

Environment Deionised water with 200 ppm NaCI; initial bulk pH 5 by addition of 
NaHSG, 

Test specimen three-point bending single edge notched specimen 
Cathodic protection impressed current at -1100 mV SCE potentiostatically controlled 

Consecutive 
Cycles 

Oto 50 000 
50 000 to 100 000 

100 000 to 150 000 
150 000 to 504 000 

Stress Intensity 
Range, MPa Vm, ^K' 

6.7 
10.0 
13.4 
16.7 

R 

0.4 
0.2 
0.1 
0.1 

Crack 
Growth 

none 
none 
none 
none' 

Bulk pH 
During 
Testing 

3 
3 
3 
3 

" The stress intensity range is calculated from the true depth of the initial crack, determined 
after final fracturing. 

' No crack growth visible in fractographic examination of the freelaid initial crack. 
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in a beneficial effect with respect to an increase of the threshold stress 
intensity. 

Concluding Remarks 

Fracture mechanics is not just a sophisticated design tool but is also 
applicable to practical problems encountered within the pipeline industry. 
The BSI-PD-6493: 1980 outlines a straightforward procedure to follow when 
performing an engineering critical assessment of a defect based upon frac­
ture mechanics concept. Using this procedure the weld toe crack of the 
above cited case history was determined to be insignificant to the continued 
safe operation of the pipeline system. 
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ABSTRACT: In the past, during transit of jack-up offshore drill rigs, vortex shedding 
caused the initiation of fatigue cracks at certain details. The problem was defined as 
an interaction of cyclic stresses introduced by column vortex shedding and tensile 
residual stresses in the details. The paper outUnes two simultaneous approaches to 
solution of the problem: (1) eUmination of voftex shedding through structural mod­
ifications, that is, addition of helical strakes or spoilers, and (2) determination, by 
experiment, whether thermal stress-relief was beneficial. Also reviewed are the de­
velopment and experimental corroboration of a local-strain life prediction method 
applicable to this and other structural fatigue problems. 

KEY WORDS: crack initiation, design, fatigue life prediction, fatigue of metals, 
fatigue tests, local strain, offshore platforms, residual stress, stress concentration, 
stress relief, vortex shedding 

Noinenclature 

a Material constant 
b Fatigue strength exponent 
c Fatigue ductility exponent 
e Nominal strain 

Ae Nominal strain range 
E Young's Modulus 

K' Cyclic strength coefficient 
Kf Fatigue notch factor 
Kg Local stress concentration factor 
K^ Local strain concentration factor 
K, Theoretical stress concentration factor 
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n' Cyclic strain-hardening exponent 
Â , Cycles to crack initiation 

r Notch root radius 
S Nominal stress 

i'max Maximum nominal stress per cycle 
S„ Nominal mean stress per cycle 
A5 Nominal stress range per cycle 
Sy Monotonic yield strength 
Su Monotonic tensile strength 
a'f Fatigue strength coefficient 
CT„ Local mean stress per cycle 

a^ax Local maximum stress per cycle 
Aa Local stress range per cycle 
CTres Local rcsidual stress before cyclic loading 

e/ Fatigue ductility coefficient 
Ae Local total strain range per cycle 

Ae^ Local elastic strain range per cycle 
Acp Local plastic strain range per cycle 

During the past 27 years, Bethlehem has designed and built over 80 
mobile, mat-supported, jack-up drilling platforms for the offshore oil in­
dustry. These rigs, capable of operating in water depths up to 114 m (375 
ft) consist of a buoyant platform, a cellular mat, three cylindrical legs, and 
a hydraulic jacking system. Fig. 1. The platform contains the derrick, drilling 
machinery, and living quarters. The mat rests on the ocean floor and serves 
as a foundation for the rig. The three cylindrical tubular legs or columns— 
approximately 3.6 m (12 ft) in diameter, 91 m (300 ft) tall, and fabricated 
from steel plate 38.1 to 63.5 mm (1.5 to 2.5 in.) thick—are integral to the 
mat and pass through hydraulic jacking systems located in jack-houses on 
the upper deck of the platform. Rows of rectangular holes, called pinholes. 
Fig. 1, along and around the column receive large structural pins to raise, 
lower, and support the platform in conjunction with the hydraulic jacking 
system. 

The pinholes in the legs, approximately 254 x 406 mm (10 x 16 in.), 
are formed by drilling four 38.1 mm (1.5 in.) diameter holes at the four 
corners and joining them by gas cutting. Fig. 1. Gas cutting introduces 
tensile residual stresses on the order of one half the yield strength of the 
leg material in the drilled holes. (Experimental measurement of the residual 
stresses is described later.) In the past, some legs were thermally stress 
relieved while others are not. The stress concentration factors K, (deter­
mined by both photoelastic and finite element analysis) on the gross and 
net longitudinal stresses (axial plus bending stress) at the pinhole corner 
were, respectively, 5.7 and 4.6. 
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Operation 

During a "wet" tow or transit to a drilling location, the platform serves 
as a buoyant hull from which the mat is suspended a short distance below 
the platform by the legs. The legs, in turn, are exposed to a height of 
approximately 79 m (260 ft) above the platform. The speed of a wet tow is 
on the order of 4 knots while typical periods of pitch and roll are, respec­
tively, 17 and 23 s. 

An alternate method of extended ocean tow is the "dry" tow where the 
rig is carried on a semi-submersible barge (the initial concept) or a semi-
submersible ship. The lower towing resistance of the barge versus the float­
ing rig results in a higher towing speed—from 6 to 8 knots. However, rolling 
resistance is reduced, and the period of roll is closer to the wave period, 6 
to 9 s, with a concomitant increase in angle of roll. For a dry tow on a 
barge, it is common to remove the upper portion of the legs and to carry 
these leg sections on the deck of the rig platform. 

More recently, special purpose heavy-lift semi-submersible self-propelled 
ships have become available. For example, two mat-type jack-up rigs were 
transported simultaneously 13 000 sea miles on a self-propelled semi-sub­
mersible ship at an average speed of 15 knots [1]. These special purpose 
ships experience a longer roll period and a smaller roll angle than a barge 
carrying a rig. Because of the improved roll response, rigs are transported 
with their legs intact aboard such ships. 

Upon arrival at the work site, the mat is lowered to the sea floor, and 
the platform is then jacked up the legs to sufficient height for wave clearance 
and is locked to the legs. 

The Problem 

A few years ago, cracks 12 to 200 mm (Vi to 8 in.) long were detected 
at pinholes in several rigs after transit by wet tow and in one rig after a dry 
tow. The cracks were concentrated in the lower one third of the legs just 
above the jack-house. The lengths of the cracks decreased as the distance 
of the pinhole above the jack-house increased. In the case of wet tows, the 
transit crews aboard the rigs observed significant cyclic deflections (trans­
verse to the relative wind direction) of the legs even in the absence of 
rolUng. 

For the wet tows, the problem was defined as an interaction of cyclic 
stresses introduced by vortex shedding and tensile residual stresses in the 
pinholes. Vortices develop alternately on opposite sides of a cylindrical body 
immersed in a flowing fluid. These vortices are carried downwind, forming 
a double row of evenly spaced, staggered vortices (a vortex street). The 
staggered formation of the vortices results in an alternating pressure and 
concomitant cyclic displacement on the body and transverse to the direction 
of fluid flow. The period of the alternating force is approximately five times 
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the ratio of the diameter (of the cylinder) to the relative velocity of the 
fluid. The dynamic, structural response of the legs to vortex shedding is 
that of vertical, elastic, cantilever beams with the lower ends fixed at the 
jack-houses. 

Analysis showed that the period of vortex shedding equalled the leg 
natural period (approximately 1 to 2 s depending on the height of exposed 
leg) at a relative wind velocity of 38 kmph (24 mph). Towing logs showed, 
that such wind velocities were experienced during the majority of the days 
at sea. The computed nominal bending stress range induced by the vortex 
shedding was about 106 MPa (15.4 ksi) near the fixed end of a leg. Sub­
sequently, a local strain analysis (described later) estimated a life to crack 
initiation of 5 x 10' cycles for this stress range, that is, a 6- to 12-day 
duration of vortex shedding at the leg natural period (sea-times for wet 
tows range from one to three months.) 

During a wet tow, the periods of pitch and roll are very large relative to 
the periods of waves Hkely to be encountered. Therefore, the resulting 
angles of pitch and roll and concomitant inertia bending stresses in the legs 
are small. The insignificance of these inertia stresses has been corroborated 
analytically by the rig designers. For the dry tow, however, the problem 
was identified as bending stresses induced by the inertia response of the 
legs to rolling and not to vortex shedding. This rig experienced very severe 
weather rounding the Cape of Good Hope. Also, the length of upper legs 
removed and carried on the deck of the rig platform was only two thirds 
of the length removed in dry tows that did not experience pinhole cracking. 

The obvious solution to the fatigue problem was to lower the stresses in 
the critical areas by the elimination of vortex shedding through structural 
modifications and, for dry tows on barges, increase the length of leg sections 
removed from the top of the leg and carried on the platform. 

Also, it was decided to determine, by experiment, whether thermal stress 
relief was beneficial to the fatigue life of the pinhole details. In addition, 
the experiments were designed to test the validity of the local strain model 
to pinhole life assessment. 

Local Strain Model 

Although the bulk of a structural component behaves elastically during 
cyclic loading, the material at the root of a notch in that component may 
be subjected to cyclic plasticity at all but the lowest loads. Cyclic plasticity 
and subsequent fatigue crack initiation occur when the maximum and min­
imum cyclic stresses at the notch root (algebraic sum of the load-induced 
local stress and the residual stress) exceed, respectively, the tensile and 
compressive yield strengths of the material. In such a case, the material at 
the notch root yields in both tension and compression during each load 
cycle. Fig. 2. The local strain model [2] essentially simulates the cyclic stress-
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• • A<r 

FIG 2—Cyclic strain at a notch. 

strain behavior at the notch root through the combined use of: (a) the cycHe 
stress-strain relations from strain-controlled fatigue tests on unnotched spec­
imens of the material at the notch, and (b) Neuber's rule. Neuber's rule 
relates the nominal stress range and notch severity in the notch to the cychc 
stress range-strain range relation, and the cyclic strain range-life relation, 
of the unnotched material. The local strain model is generally used to 
estimate the life to development of a macroscopic crack (called crack ini­
tiation for brevity) in the notch root. 

Local strain techniques are widely used in the ground vehicle industry 
[3-5] and have been successfully used to predict crack initiation in butt 
welds [6] and transverse fillet welds [7], and in tubular ^-joints for offshore 
structures [8]. Application of the local strain model to crack initiation at 
weld discontinuities has been demonstrated in longitudinal fillet weldments 
containing porosity [9] and at the root of a partial-penetration butt weld 
[10]. The local strain approach, extended to include the effects of residual 
and mean stresses, modeled the insensitivity to mean stress for the as-welded 
case and the dependency of fatigue life on mean stress for stress-relieved 
weldments [11]. The latter modification to the local strain model was de­
veloped for application to the problem described in this paper and is outlined 
next. 

Cyclic Strain Relationships 

The cychc strain-life relation (analogous to an S-N curve). Fig. 3, may 
be expressed by 

Ae/2 = (a;/£)(2iV,.)'' + e/(2Af,.)'̂  (1) 
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FIG 3—Strain-life curve. 

where 

Ae = total strain range, 
(j'f = fatigue strength coefficient, 
E = Young's modulus, 
Ni = cycles to crack initiation, 
b = fatigue strength exponent, 

e/ = fatigue ductility coefficient, and 
c = fatigue ductility exponent. 

The cyclic strain range may be partitioned into its two components 

Ae = Aê  + Ae„ (2) 

where Ae,. and Aê  are, respectively, the elastic and plastic strain ranges. 
The elastic and plastic strain ranges may be expressed by 

or 

and 

or 

Ae, = Aa/E 

Ae, = 2(a;/£)(2N,r 

Aep = 2e;(Aa/2a;)i'«' 

Ae, = 2e;(2A ,̂)'̂  

(3) 

(4) 

(5) 

(6) 

where Aa and n' are, respectively, the stress range and cyclic strain-hard­
ening exponent. 

Neuber [12] analyzed a specific notch geometry and loading and derived 
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a rule for nonlinear material behavior at the notch root. Neuber stated that 
the theoretical concentration factor is the geometric mean of the actual 
stress and strain concentration factors, that is, Neuber's rule 

K, = VW^K:) (7) 

The cyclic stresses and strains at a notch root in a thin part, that is, plane 
stress conditions [13], may be related to the cyclic stresses and strains away 
from the root by modifying Neuber's rule [14] 

with 

K^ = ACT/A5 and K, = Ae/Ae (9) 

where 

AS, Ae = nominal stress and strain ranges, and 
Aa, Ae = local (notch root) stress and strain ranges. 

Equation 8 can be expressed as 

KfVilsIeE) = V(AaAe£) (10) 

The fatigue notch factor Kf is related to the stress concentration factor 
K„ the notch root radius r and a material constant a by 

Kf= 1 + (K, - 1)/(1 + a/r) (11) 

The material constant a is, in turn, a function of the tensile strength Su [14] 

a = 0.0254 • (2079/S„)^*' (12a) 

with a and 5„ expressed in, respectively, mm and MPa, or 

a = 0.001 • (300/S„)i^ (12b) 

with a and 5„ expressed in, respectively, in. and ksi. When A5 and Ae are 
elastic, Eq 10 becomes 

KfAS = V(ACTAe£) (13) 

^ It is generally accepted that the ratio of notched fatigue strength to unnotched fatigue 
strength for a given material is usually less than the stress concentration factor K,. This ratio 
is defined as the fatigue notch factor Kf [13]. 
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It has also been shown [14] that, for a given material, when 

•K/A^l notched = V ( 'AaAe£)|i ,nnotched 

similar lives to crack initiation will be observed, or 

N, i\ notched N,-|, 

(14) 

(15) 

The Neuber relation or life prediction model for the material, 
V(AaAe£) versus 2iV,, is plotted in one of two ways. If strain-controlled 
test data are available, the term V(A(TAe£) is computed for each test with 
ACT and Ae determined from the half-life hysteresis stress-strain loop and 
plotted versus the reversals to crack initiation 2Â ,, for example. Fig. 4. (It 
is generally accepted in the apphcation of the local strain model that crack 
initiation and complete separation in strain-controlled tests of small un-
notched specimens are synonymous.) If, on the other hand, the cyclic stress-
strain and strain-life parameters are taken from publications, for example, 
Ref. 15, the life prediction model is computed as follows. First, an arbitrary 
life 2Ni is selected and the strain range Ae is computed from Eq 1. Next 
the stress range ACT for the previously determined Ae is computed by the 
iterative solution of the cyclic stress-strain curve 

Ae/2 = ACT/2£ + (ACT/2A:')""' (16) 

where K' is the cyclic strength coefficient. Finally the term V(ACTAe£) is 
formed and plotted versus the assumed value of 2N,, for example. Fig. 4. 
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Nonzero Mean Stress 

The foregoing analyses apply strictly to completely reversed local cyclic 
stresses. The stress-strain function of Smith et al [16] that includes the effect 
bf mean stress led the writer [11] to incorporate mean stress in notched 
fatigue analysis as follows. 

It has been shown [16] that similar fatigue lives result for two unnotched 
specimens at different mean stresses, CT„, when 

AaAe|„^=o = 2(j^,Ml„^a (17) 

With Neuber's rule, Eq 7, and 

K, = (T,ax/5„.ax aud AT, = Ae£/A5 (18) 

Equation 17 becomes, for a„ T' 0 

V(A(TAe£) = KfV(2S^^) (19) 

The maximum nominal stress 5max of Eq 19 is [11] 

S„,, = S„ + AS/2 + u,JK, (20) 

where 5^, and CTres are, respectively, nominal mean stress, and notch root 
residual stress. The stress concentration factor K„ is found from the iterative 
solution of 

K = Kf[l + EliK'Y"' • [A:.(5™X) + ^rj'-"^'"]'" (21) 

For a nonzero mean stress, the product KfV(2Sr„^^AS) is formed and used 
to enter the cyclic strain-life relation V(AoAe£) versus Nj similar to Fig. 
4 to determine life N,. 

Experiment 

The experiment was designed to: (1) determine whether thermal stress 
relief influenced the fatigue resistance of full-scale, axially loaded specimens 
that simulated the pinhole detail, (2) test the ability of the local strain model 
to estimate the fatigue resistance of full-scale specimens and, thus, the 
pinhole, and (3) permit measurements of the notch residual stresses resulting 
from fabrication of the notch. 

Materials 

The full-scale specimens and smooth, unnotched specimens were fabri­
cated from 51 mm (2 in.) thick ASTM A131 Grade C carbon steel plates 
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TABLE 1—Chemical composition (% by weight). 

c 
0.14 

Mn 

0.64 

P 

0.004 

S 

0.020 

Si 

0.19 

Cu 

0.04 

N 

0.0048 

(normalized at 900°C (1650°F) for Vz h per 25 mm (1 in.) of thickness), and, 
where required, stress-reUeved at 600°C (1100°F) for 1 h per 25 mm (1 in.) 
of thickness. The chemical composition is Usted in Table 1, and the mono-
tonic and cyclic properties are listed in Table 2. The cyclic fatigue param­
eters of Table 2, a/, b, e/, and c, were determined by least-squares fits of 
Eqs 4 and 6 to the strain-life data of the smooth, unnotched data. The cyclic 
stress-strain parameters of Table 2, «' and K', were estimated from a least-
squares fit of Eq 16 to the stress range-strain range pairs from the half-Ufe 
hysteresis loops of the smooth fatigue specimens. 

Fatigue Specimens and Tests 

The full-scale specimens, Fig. 5, were 190 mm (7.5 in.) wide, 38.1 mm 
(1.5 in.) thick,^ and contained two 38.1 mm (1.5 in.) diameter holes drilled 
368 mm (14.5 in.) on centers on the longitudinal center line of the specimen. 
The two holes were joined by a 12.7 mm (0.5 in.) wide slot gas-cut to 
introduce tensile residual stresses on the surfaces of the drilled holes. The 
elastic stress concentration factor of the notch, K, = 3.1, (based on the 
gross-section nominal stress) was determined by both finite element and 
photoelastic analysis. 

The smooth, unnotched specimens with a square cross section 8.9 x 8.9 
mm (0.35 x 0.35 in.) and a gage length of 12.7 mm (0.5 in.) were subjected 
to constant-amplitude reversed cyclic strains in compliance with ASTM 
Standard Recommended Practice for Constant Amplitude, Low-Cycle Fa­
tigue Testing {E 606-80). 

The full-scale specimens were cycled under load control. Fig. 5, while 
the unnotched specimens were cycled under strain control in servohydraulic 
test systems. The capacities of the test systems were 2.7 MN (600 kip) and 
156 KN (35 kip) for, respectively, the full-scale and smooth specimen tests. 
Both specimen configurations were tested in complete reversal under a 
triangular strain or load-time wave form at similar strain rates— 
0.0015/s. 

Residual Stress Measurements 

Residual stresses were measured at the notch roots in untested full-scale 
specimens using the same technique as previously used in the examination 

' The 51-mm (2-in.)-thick specimen blanks were milled to 38.1 mm (1.5 in.) to insure flatness 
and eliminate bending in the fatigue tests. 
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TABLE 2—Monotonia and cyclic mechanical properties. 

Monotonic yield strength (0.2% offset), 5, 239 MPa (34.7 ksi) 
Monotonic tensile strength, 5„ 415 MPa (60.2 ksi) 
Reduction of area, RA 68.6% 
Fatigue strength coefficient, <jf 1630 MPa (236 ksi) 
Fatigue strength exponent, 6 -0.160 
Fatigue ductility coefficient, (.} 0.510 
Fatigue ductiUty exponent, c -0.512 
Cyclic strength coefficient, K' 1050 MPa (153 ksi) 
Cyclic strain-hardening exponent, n' Q.iyi 

of the pinholes from leg sections. Electric resistance strain gages were in­
stalled in the drilled holes at the plate midthickness to monitor the circum­
ferential strains after the material surrounding the gage was removed by 
sawing. Stabilized strain gage readings were obtained approximately 16 h 
after saw cutting. The residual stresses under the strain gages were then 
estimated by X-ray analysis. 

In addition, the notches for all full-scale test specimens were instrumented 
with electric resistance strain gages, Fig. 5, to permit an approximate es­
timation of notch residual stresses during the first loading cycle. 

Test Results 

Measurement of the tensile residual stresses by sectioning strain gaged, 
untested notched specimens showed that the maximum surface residual 
stress varied from specimen to specimen but, in some cases, equaled the 
monotonic yield strength of the material. These observations were corrob­
orated by strain gage response of the instrumented full-scale fatigue test 
specimens. 

In Fig. 4, the results of the strain-cycle fatigue tests on the smooth spec­
imens are compared with the test results for the full-scale notched specimens 
through the application of Neuber's rule. The smooth specimens are plotted 
using VAo-AeE with ACT and Ae being determined from the half-life hys­
teresis stress-strain loops, Fig. 2, and the reversals to end-of-test 2Ni, that 
is, complete separation. The curve labeled "smooth specimens" in Fig. 4 
represents the basic Neuber relation or life prediction model for the material 
and is also plotted as V(ACTAe£') versus 2^, where the radical term was 
computed as follows. First an arbitrary life 2Nj is selected, and the strain 
range is computed from the strain-life relation of Eq 1, with the cyclic 
parameters CT;, b, e/, arid c being determined from the strain-cycle fatigue 
tests on the smooth specimens (Table 2). Next, the stress range ACT for the 
previously determined Ae is computed by the iterative solution of the cyclic 
stress range-strain range curve, Eq 16, with the cyclic strength coefficient 
and strain-hardening exponent, respectively, K', and «', from the smooth 
specimen tests. Finally, the term \/(ACTAe£') is formed and plotted versus 
the assumed value of 2M. 
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FIG 5—Full-scale fatigue tests. 

The full-scale specimens are plotted in Fig. 4 with Kf = 3.05 (from Eq 
11 and 12) and A5 and INj from the full-scale fatigue tests. The life 2Af, was 
the number of leversals at which the crack in the notch root reached both 
faces of the specimen and, subsequently, continued to grow as a through-
thickness crack. 

All of the finite-life stress-relieved notched specimens are within a factor 
of 3, that is, Vs to 3 times, and seven are within a factor of 2 of the lives 
predicted by the Neuber curve representing the material (Fig. 4). The lives 
of seven as-fabricated notched specimens varied by factors of one third to 
one times the predicted lives. The greater variability demonstrated by the 
as-fabricated specimens is quite likely due to the presence of residual stresses 
that vary in magnitude from specimen to specimen. However, the inability 
to measure the residual stresses in the as-fabricated specimens means that 
local-strain analysis that includes the effect of residual stresses cannot be 
quantitatively applied to the individual as-fabricated notched specimens. 
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Neuber's rule for zero initial residual and nominal mean stress is expressed 
from Eq 13 

Kf = V(ACTAe£) (13) 

For a nonzero initial residual stress (Jres and zero nominal mean stress, 
Neuber's rule from Eqs 9, 19, and 20 is 

Kf^S • V ( m ^ ; i 7 ^ ^ A 5 ) = V(A(TAe£) (22) 

If the value of the notch residual stresses in the as-fabricated specimens 
were known, these specimens would be plotted in Fig. 4 as 2Ni versus 
KftyS • V(l + 2(j,JK„^.S) rather than A/A5. Since, as expected, the re­
sidual stresses in the notch are tensile the term in the radical is greater than 
unity. Thus, the plots of the as-fabricated specimens would be shifted ver­
tically upward and closer to the Neuber material curve in Fig. 4 if the values 
of the notch residual stresses were known. 

The lives of the notched specimens were estimated for three conditions 
(Tres = 0, 0.5Sy, and 5̂  (5^ = monotonic yield strength), and are shown as 
dashed curves in Fig. 4. It may be seen that the curve for a^s = 5̂  is a 
lower bound to the data of the as-fabricated notched specimens. Also, the 
curve for CT^es = 0 agrees reasonably well with the smooth specimen char­
acterization of the material. 

Discussion 

In general, thermal stress-relief improved the fatigue resistance of the 
full-scale specimens although some as-fabricated specimens showed similar 
lives as the stress-relieved specimens. Measurement of the strains in drilled 
holes during testing showed that the tensile stresses in the as-fabricated 
specimens varied from zero to the tensile yield strength. Therefore, it may 
be concluded that thermal stress-relief reduced the variability in life by 
eliminating the short-life outliers. 

The behavior of the full-scale specimens was adequately modelled by the 
local strain model incorporating the results of strain-controlled fatigue tests 
on unnotched specimens. 

Elimination of Vortex Shedding 

The effectiveness of spiral or helical strakes of circular cross section in 
reducing the response to vortex shedding of circular, cylindrical members 
has been demonstrated by Davenport [77]. Davenport studied the wind-
induced vibrations in 102-mm (4-in.)-diameter antenna members and found 
that helical spoilers over 20 and 40% or more of the member's length 
reduced the lateral deflection by, respectively, 2 and 74%. 
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Arrays of helical strakes of rectangular cross section are generally called 
Scruton spoilers. Scruton [18] found that helical spoilers of rectangular cross 
section were more effective than those of circular cross section. The opti­
mum array was three strakes with a height and pitch of, respectively, 0.09 
and 5 times the diameter of the member. In addition, the excitation of 
circular, cylindrical bodies fitted with rectangular strakes was independent 
of Reynolds number thus increasing the reliability of model studies. When 
mounted on a flexible cantilever such as a smokestack (or jack-up leg), the 
spoilers needed only to be applied to the top one third of the member. 

Easily installed and removed Scruton spoilers are now bolted to the top 
30% of each leg of Bethlehem's jack-up rigs during transit and operation 
in shallow depths. Fig. 6. The Scruton spoilers consist of 3 helices of thin 
plates 120 deg apart with a pitch of 5 to 6 times the leg diameter. The height 
of the spoilers is equal to or greater than 0.07 times the column diameter. 

FIG 6—Scruton spoilers installed on jack-up rig legs. 
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The implementation of Scruton spoilers has eliminated vortex shedding and 
adverse aerodynamic response of the legs. No further fatigue cracking has 
been observed at pinholes. 

Conclusions 

The local-strain approach adequately predicted the fatigue life of the 
notched components using the strain-controlled fatigue test results of un-
notched material. 

Thermal stress-relief reduced the variability in notched fatigue life by 
reducing the deleterious residual stresses that decrease fatigue life. 

Since the introduction of stress relief of the legs and the addition of 
spoilers to eliminate vortex shedding (and reduce the concomitant fatigue 
loading), no further fatigue cracking has been observed at pinholes in mat-
type jack-up driUing rigs. 
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ABSTRACT: A failure analysis was performed to establish the cause and prevent 
the recurrence of a 2014-T6 aluminum compressor blade failure in a large NASA-
Ames Research Center wind tunnel. A metallurgical failure analysis showed that a 
0.13 mm (0.005 in.) deep scratch in the shank of the blade had acted as an initiation 
site for a fatigue crack. The crack subsequently grew by Stage II fatigue across most 
of the blade's 22.9-cm (9-in.) base transition region before final fracture occurred by 
unstable crack growth. Extensive fractographic characterization of both the blade 
and laboratory specimens was performed using a scanning electron microscope. Sur­
face morphology, including fatigue striations, was used to estimate the vibration stress 
levels, the time to grow the crack, and the magnitude of the local mean stress present. 

A structural failure investigation was conducted to determine the resonance vi­
bration condition which made the blade sensitive to a scratch. Studies of the blade 
natural frequencies were made to determine the mode responsible for the vibrations 
which grew the crack. The effect of the crack on modal frequency was measured and 
computed. Tunnel measurements were used to determine the vibration resonance 
tunnel speed, magnitude, and source. These data were used to compare with the 
crack growth data from the fractographic studies and to make recommendations to 
avoid future blade failures. 

KEY WORDS: fractography, fatigue crack propagation, aluminum alloys, fatigue 
striations, compressor blades, wind tunnels 

A failure analysis was performed to establish the cause of a compressor 
rotor blade failure in a large wind tunnel at NASA-Ames Research Center 
and to determine the required actions to prevent its recurrence. This facihty 
is a closed return atmospheric wind tunnel with a 4.3-m (14-ft)-diameter 
slotted wall test section. It has a Mach number range of 0.25 to 1.2 which 
is controlled by varying the compressor rotor speed from 70 to 485 rpm. 
The three stage axial compressor has several possible rotor blade vibration 
sources from the aerodynamic effects of various stator and vane combina­
tions. 

' Research engineer and chief, respectively, Test Engineering and Analysis Branch, NASA-
Ames Research Center, Moffett Field, CA 94035. 
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FIG. 1—Fourteen-foot wind tunnel rotor blade. 

The rotor blade shape shown in Fig. 1 is the same for all three rotor 
stages. The blades are machined from aluminum 2014-T6 hand forgings and 
have a finished weight of 77 kg (170 lb) and a length of 1.7 m (67 in.). 
There is a 15.2-cm (6-in.)-diameter shank connecting the blade to a hub 
which is bolted to a steel rotor. 

The blades are routinely removed from the tunnel for refinish sanding 
after about 500 h of usage. This refinishing smoothes the airfoil surface 
which is subject to impact damage from tunnel debris. Also, the refinishing 
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greatly increases the fatigue life of the blades. The blades which failed had 
been refinished and operated in the compressor at various speeds for 267 
h before the failure occurred. The crack which led to the blade failure 
initiated in a third stage rotor blade shank, and grew across most of the 
22.9-cm (9-in.)-wide shank to airfoil transition region before an overload 
failed the remaining blade section. The blade failure caused damage to five 
other third stage rotor blades and required a shutdown of the facility for 
five months. 

Metallurgical Blade Failure Analysis 

The failed blade had been in service and refinished three times before 
the last installation, which attested to the overall blade quality. Also, hard­
ness checks on the failed blade and other blades showed negligible differ­
ences. Since there were no indications of significant materials deficiencies 
associated with the blade failure, the metallurgical failure analysis consisted 
primarily of fractographic studies. The primary objectives of the fracto-
graphic and related laboratory investigations were (1) to establish the most 
probable cause for the initiation of the crack which eventually resulted in 
the blade failure, and (2) to define, as accurately as possible, the conditions 
which existed during the growth of the crack. 

Macroscopic Observations 

A light photograph of the fracture surface of the failed blade is shown in 
Fig. 2. The crack initiated at Point 1, which is shown in greater detail in 
Fig. 3. The markings on the crack surface in Fig. 2 suggest that it grew in 
Stage II fatigue (noncrystallographic crack path) from near the initiation 
Point 1 through Point 2 to Point 3 where an overload failure occurred. This 
fatigue crack growth can be separated into three regions as shown in 
Fig. 2. 

Region I which contains the initiation site is at a different angle than the 
other regions and is foreshortened in Fig. 2. Regions I and II have dark 
areas which were determined to be oil residues and iron flakes from the 
tunnel environment. Markings around the initiation site in Region I are 
visible in Fig. 3 at Points 4 and 5. These markings are evident because of 
residue buildup during fatigue crack growth, and probably represent either 
a single tunnel run period or an event which yielded high contamination in 
the tunnel environment. Additionally, the fact that the residue is fairly 
evenly distributed along the fatigue markings throughout Region I suggests 
that the crack tip was highly stressed, yielding an open crack where residue 
could easily enter. 

Region II, shown in Fig. 2, is in a different plane than Region I. It is 
relatively flat at the crack edges and has light colored fatigue markings. 
The residue in this region is located near the outside edges of the fracture, 
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FIG. 2—Light photograph of the fracture surface observed on the shank end of the failed 
blade. The fracture surface is made up of three regions of fracture. 

which suggests the crack surface was less accessible to the tunnel environ­
ment, and less highly stressed than in Region I. The area near Point 2 in 
Fig. 2 is an internal defect which acted to retard the growth of the crack in 
the center of the blade. 

Region III of the crack is shown in Fig. 2 and contains shear lips at the 
crack edges. Here the fatigue markings are less distinct and greatly sepa­
rated. The overall surface has a dull, matted appearance similar to the 
macroscopic appearance of the overload failure (beyond Point 3 in this 
figure). All of these observations strongly suggest that the crack growth in 
this region occurred as a result of a cyclic load under a very high static 
tensile load. 

Microscopic Observations 

Specimens were removed from the fracture surface and examined using 
the scanning electron microscope (SEM). (During SEM analysis, specimens 
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were tilted 35 deg to the incident electron beam unless otherwise noted, 
and a 10 KV accelerating voltage was used.) 

The initiation site (shown in Fig. 3) was examined with the SEM. A 
montage of the fracture surface around the initiation site is shown in Fig. 
4. The site has a surface indentation or scratch indicated as Site 1 which is 
about 0.13 mm (0.005 in.) deep, and 2.5 cm (1 in.) long. There is no evidence 
of corrosion on this defect, which appears to have been present before the 
fatigue crack grew. The fatigue crack initiates just beyond the indentation, 
and radiates out in all directions. 

Fatigue striations were found throughout most of Regions I and II of the 
crack. In particular. Site 3 in Fig. 4 is shown in greater detail in Fig. 5a. 
Site 8 in Fig. 5a is shown enlarged in Fig. 5b where fatigue striations are 
visible with a spacing of 0.8 jim (3 X 10"' in.). Another example of stria­
tions is seen at Site 6 in Fig. 4 which is enlarged in Fig. 6a. Site 9 in Fig. 
6a is enlarged in Fig. 6b, where striation spacings of 2 |xm (8 x 10~Mn.) 
are found. These fracture surface sites all exhibit transgranular fracture. 

FIG. 3—Region I of fatigue fracture surface rotated to display true size, and showing the 
point of crack initiation, Point 1. Note the two cresent shaped markings. Points 4 and 5, about 
the point of initiation. 
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with classic fatigue striations as is often observed in Stage II fatigue of 
aluminum alloys. 

The portion of the fracture surface from 1.3 to 5.6 mm (0.50 to 0.22 in.) 
away from the crack initiation point does not show distinct fatigue striations. 
Instead, the surface appears highly worked or deformed on a local level, 
and contains numerous cracks of different orientations as shown in Fig. 7. 
Studies described later showed this to be typical of fatigue crack growth 
where striation width is extremely small [less than 0.13 |xm (5 x 10"* in.)]. 

The crack surface from 5.6 mm (0.22 in.) away from the initiation point 
to the end of Region I shows striations with spacings of 0.74 to 0.81 |xm 
(2.9 X 10"' to 3.2 X 10~' in.). In Region II, most of the fracture surface 
appears to contain coarse, uneven, and unresolvable fatigue markings. Very 
near to the transition from Regions II to III, resolvable striations begin to 
reappear. Unlike the striations observed in Region I, these striations appear 
in packets, or short segments with an average striation width of 0.16 |xm 
(6.3 X 10"* in.). The striation packets are separated by one or more deeper 
and broader striations, as seen in Fig. 8. 

The fracture surface throughout Region III does not show any evidence 
of fatigue crack growth on a microscopic level. Region III (shown in Fig. 
9) is similar to the area of final overload failure, which shows a typical 
ductile overload fracture surface. 

Laboratory Studies 

In an effort to better understand the fractographic observations made on 
the failed blade surface, and to quantify these observations where possible, 
a number of fatigue experiments were performed in our laboratory on the 
2014-T6 aluminum alloy obtained from the failed blade. 

The fracture surface characteristics associated with fatigue crack initiation 
at a notch under three extreme loading conditions were developed using 
compact tension test specimens. Two static load combinations were studied: 
one test with a large mean stress, and two conditions with a low minimum 
stress. Typical fracture appearances for these three cases are shown in Figs. 
10 through 12, respectively. 

Figure 10, for a large mean tensile stress and a low alternating stress at 
an i?-ratio of 0.6, exhibits Stage I fatigue (crystallographic crack path) where 
the crack propagates on a given plane within a single grain, with its direction 
changing abruptly as the crack enters another grain. There is no evidence 
of fatigue striations even at high magnification. 

Figure lla, for a near zero minimum stress and a high alternating stress 
at an /? of 0.05, shows a transgranular and very noncrystallographic fracture 
surface (Stage II fatigue where the crack propagates across the grains, but 
does not follow any particular plane). Fatigue striations are observed, as 
shown in Fig. lib, even very near the initiation point. 
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FIG. 5—SEM fractograph of Area 3 in Fig. 4 showing distinct fatigue markings very near 
the point of crack initiation in (a), with striations of average width 0.8 u,m (3 x 70"' in.) in 
(b). 

Figure 12a, for a near zero minimum stress and a low alternating stress 
at an i? of 0.05, shows a fracture surface which is intermediate between 
crystallographic (Fig. 10) and noncrystallographic (Fig. 11). In general, the 
crack appears to be following a given set of planes within each grain; how­
ever, the corners of the plane facets are smoothed and less abrupt. An 
indication of fine fatigue striations is also present, as seen in Fig. 12b. 

The fractographic characteristics associated with fatigue crack growth well 
away from the point of initiation were also studied with the compact tension 
specimens cut from the failed blade. Two minimum load conditions were 
studied: (1) a high mean tensile stress with a low alternating stress, and (2) 
a low minimum tensile stress with varying alternating stresses. 

The fracture surface resulting from a test under high mean load with low 
alternating stress is shown in Fig. 13. The fracture surface looks like an 
overload fracture surface. No fatigue markings or fatigue striations could 
be identified. 

The low minimum load test showed different fracture surface character­
istics, depending on the magnitude of the alternating load. At stress intensity 
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FIG. 5—Continued. 

levels less than 11 MPa • m^'^(10ksi • in '̂̂ ), the surface looks highly worked 
as seen in Fig. 14. Fatigue striations are not observed. Instead, there are 
many cracks of different orientations approximating the location of the crack 
front. At median stress intensities from 11 to 22 MPa • m '̂̂  (10 to 20 ksi • 
in''^), resolvable fatigue striations are visible, as shown in Fig. 15. At stress 
intensities above 22 MPa • m '̂̂  (20 ksi • in '̂̂ ), the fracture surface 
appears similar to what would be expected from an overload failure; how­
ever, it contains resolvable fatigue striations as shown in Fig. 16. The ap­
pearance of these striations differ from what is observed at lower alternating 
stress intensities in that the striations are very wavy and the overall striated 
surface appears highly deformed. 

To quantify the meaning of the fatigue striations, the test specimen stria-
tion spacings at an JR-ratio of 0.05 were correlated to the applied stress 
intensity as shown in Fig. 17. Also shown on this plot is average crack 
growth rate data previously measured for similar blade material samples at 
an i?-ratio of 0.1 [1]. These data suggest a nearly one to one correlation of 
striation spacing to crack growth rate for the striation widths measured, and 
the i?-ratio used. 
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FIG. 6—SEM fractograph (a) of Area 6 in Fig. 4, showing fatigue striations of average width 
2 M.m (S X 10-' in.) in (b). 

Interpretation of Blade Failure Surface 

The controlling factors of the crack growth as determined from the macro-
and microscopic observations and the laboratory studies are summarized 
next. The fatigue crack initiated at 0.13 mm (0.005 in.) deep surface scratch 
in the blade shank. There was no fractographic evidence of corrosion as­
sisted crack initiation or growth. Both the crack initiation and subsequent 
growth appear to have occurred simply as the result of an applied static 
and cyclic load. 

In order to determine the cause of the scratch in the blade, the blade 
installation procedures were reviewed. These studies suggested that the 
scratch probably was caused by the tools used to install the bolts holding 
the blade hub to the rotor. Similar, but less severe, scratches were found 
on the shanks of other blades when the compressor was disassembled after 
the blade failure. 

To define the initial local mean stress acting on the scratch, the fracture 
surface data were reviewed. Near the initiation site, the crack surface is 
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transgranular and noncrystallographic and shows fatigue markings (Fig. 5). 
A comparison to surface morphologies obtained in laboratory tests suggests 
that the initial crack growth occurred with a high alternating stress and a 
near zero minimum stress (Fig. 11). There are three possible mean stress 
sources at the crack initiation site: aerodynamic stresses, centrifugal stresses, 
and residual stresses. The aerodynamic drag bending stress is negligible, 
and the lift stresses are near zero at this location near the flexural neutral 
axis. The centrifugal stresses were computed to be only 3 ksi (21 MPa) at 
maximum speed. Therefore, since the total mean stress is low by fracto-
graphic evidence, the only remaining source of mean stress, residual stress, 
must also be low, and therefore did not greatly influence the blade failure. 

The alternating stress which acted on the scratch is of interest, and may 
be estimated by the fatigue markings near the initiation site (Fig. 4). These 
markings are similar to classic fatigue striations which are often reported, 
and which were observed in laboratory tests with this material (Fig. 11). 
Table 1 is a summary of the striation spacing information obtained from 
the fracture surface. The stress-intensity factor based upon a one to one 
correspondence between striation spacing and crack growth (Fig. 17) is also 
listed in Table 1 and is used in the following correlations. (Any possible 
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FIG. 7—SEM fractograph taken approximately 4.4 mm (0.175 in.) from the initiation site, 

showing a highly worked surface with cracks of different orientations, and no distinct fatigue 
striations. 

difference in i?-ratio between blade crack growth and the laboratory data 
at an 7?-ratio of 0.1 is neglected since the blade crack growth conditions are 
not precisely known.) A calculation of the alternating stress, A ,̂ to produce 
this stress-intensity factor is given for the various cracks assumed, as noted 
in Table 1. Two solutions were used to compute the K^ due to bending (the 
modal action generating the crack). The two solutions were for a part-
through-crack (PTC) [2] and an edge crack [5]. These two solutions bound 
the actual crack problem, which has a contoured shape and quickly changes 
from the long, shallow initial scratch to a semicircular crack (Fig. 3). 

The estimated alternating stress at the crack initiation sites [shown in 
Table 1 for crack depths of 0.38 and 0.66 mm (0.015 and 0.026 in.)] appears 
to be too large for both types of crack solutions. A correction can be made 
for short cracks as shown by Topper and El Haddad [4], which adds a 
correction length, lo, of 0.05 mm (0.002 in.) to the measured crack length. 
However, the increment to crack length does not appreciably change the 
predicted stress levels. These stresses are much larger than the material 
fatigue strength, and would have caused an earlier failure even without a 
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FIG. 8—5£M fractograph showing a fine striation packet at about 10 cm (4 in.) from the 
crack initiation surface. The average striation width in this packet is 0.16 n,m (6.3 x 70"' in.). 

scratch. Therefore, it is concluded that these striations must not correspond 
to a single load cycle but instead are the result of a number of load cycles. 
This could be the result of a variation in the cyclic load form, magnitude, 
or frequency. 

In order to obtain a lower bound for the magnitude of the alternating 
stress needed to initiate the crack from the scratch, the threshold stress-
intensity factor for fatigue crack growth at a low R-xatio is needed. The 
threshold for crack propagation at an R-iatio of 0.1 was projected to be 2.7 
MPa • m̂ '̂  (2.5 ksi • in.̂ '̂ ) from threshold data at higher i?-ratios [1]. When 
these data are applied to the initial defect size of 0.13 mm (0.005 in.), plus 
the 0.05 mm (0.002 in.) short crack correction, the edge crack solution gives 
a value of 103 MPa (15 ksi). While the initial defect was a long scratch, 
which could be considered an edge crack, the black markings near the 
initiation site clearly show in Fig. 3 that the crack shape rapidly became 
semi-circular. Therefore, by assuming a semi-circular PTC and using the 
threshold stress intensity factor with the smallest site with visible striations 
[at a equal to 0.38 mm plus 0.05 mm equals 0.43 mm (0.017 in.)], an 
alternating stress of 110 MPa (16 ksi) is computed. This level of stress is 
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FIG. 9—SEM fractograph of the typical fracture surface throughout the fatigue crack growth 
area of Region III. The fracture appearance is similar to overload failure and is free of any 
evidence of fatigue striations. 

supported by the calculation previously given and is similar to the striation 
data in Table 1 at crack depths of 1.3 to 5.7 mm (0.050 to 0.226 in.). 
Alternating stress predictions for the outer parts of the fracture surface are 
made as a function of the striation spacings shown in Table 1 and are 
summarized in Fig. 18. 

The fracture surface in Region III (Fig. 9) is similar to that observed in 
the laboratory tests for a high mean tensile stress with a low alternating 
stress (Fig. 13). These high mean stresses would arise from the centrifugal 
loading acting on the very large crack present at this part of the crack growth. 
The crack growth in this region was probably very rapid. 

An idea of the time involved in the crack propagation phase of the blade 
failure can be obtained from a quantitative interpretation of the average 
fatigue striations observed over the crack surface regions. The beginning 
of the first region did not give well correlated striation data with applied 
stress, so a lower resolvable bound for growth rate is used as shown in 
Table 2. The other average striation widths used are taken from Table 1. 
Assuming a loading frequency of 100 Hz, the time for crack propagation 
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FIG. 10—Typical fracture appearance near the point of crack initiation in a laboratory spec­
imen tested under a high mean tensile stress superimposed upon a low alternating stress (R = 0.6). 
Fracture surface is very crystallographic with no evidence of fatigue striations. 

can be estimated, and is summarized in Table 2. It is seen that the actual 
crack propagation time is very short at this frequency. Of course, the time 
in the tunnel to grow the crack can be much longer, since many tunnel 
conditions will not produce alternating stresses large enough to grow the 
crack. 

Structural Failure Investigations 

Early in the failure analysis it was apparent that the blade was vibrating 
in a resonance condition to produce such sensitivity to scratches on the 
blade. Therefore, studies of the blade natural frequencies were made to 
determine the mode responsible for the vibrations. These studies included 
measured modal frequencies and shapes, finite-element computer modeling, 
and vibration measurements during the tunnel operation. Tunnel measure­
ments were used to determine the vibration resonance tunnel speed, mag­
nitude, and source. These data were used in a comparison with the observed 
crack growth and to make recommendations to avoid future failures. 
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FIG. 11—Typical fracture appearance near the point of crack initiation in a laboratory spec­
imen tested under a high alternating stress and a near zero minimum tensile stress (R = 0.05). 
Fracture appearance in (a) is transgranular and noncrystallographic, with fine fatigue striations 
as shown in (b). 

Blade Modal Tests 

In an effort to identify the resonance conditions it can develop, a rotor 
blade was mounted in a test fixture with a fairly stiff base to simulate the 
mounting of the blade on the compressor rotor. The instrumented hammer 
technique [5] was used with a modal analyzer to determine the blade mode 
frequencies and shape. Several modes were found, including modes which 
were previously known and avoided in tunnel operations since they could 
produce resonance conditions in the compressor. Mode 3, at 100 Hz, was 
a previously unknown mode. (Later modal measurements with the blades 
installed in the more massive tunnel rotor gave a frequency of 110 Hz due 
to the different end conditions.) Studies of the modal deformation plots 
from the analyzer indicated that Modes 2 and 3 had a modal motion at the 
blade shank in a direction which would cause the observed crack growth 
direction. This was significant, because the crack growth direction was 90 
deg away from the expected direction from aerodynamic loadings, and was 
an initial mystery. 
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To further demonstrate the possible involvement of these modes in the 
crack propagation, a tip damaged blade from the accident was mounted in 
the test stand for studies of the effects of a crack on modal frequency. To 
simulate the crack, a hacksaw was used to notch the blade shank at the 
location and orientation of the crack in the failed blade. The modal analyzer 
was used to monitor the blade frequencies as the cut was made deeper. The 
results showed that for a cut up to 5 cm (2 in.) deep (corresponding to the 
end of Region I of the crack, where it changed direction as shown in Fig. 
2) there was no effect on the frequencies of modes except for Modes 2 and 
3. The change in their frequency is shown in Table 3. This evidence shows 
that the effect of the crack is measurable as it gets about 5 cm (2 in.) deep, 
and also confirmed the observation that Modes 2 and 3 have the most action 
on the crack site. 

It is interesting to note that the change in natural frequency of these 
modes with notch depth can be easily and accurately computed from the 
additional compliance of the blade due to a crack. In this procedure, the 
initial flexibiUty of the blade is modeled as a cantilever spring with a con­
centrated mass at the blade center of mass. Then the cracked blade is 
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FIG. 12—(a) Typical fracture appearance near the point of crack initiation in a laboratory 
specimen tested under alow alternating stress and a near zero minimum tensile stress (R = 0.05). 
In (b) fine fatigue markings are visible. 

modeled as a rigid body from the mass to the crack. A virtual force at the 
mass center generates a moment which acts on the crack like a three-point 
bend specimen, and defines the equivalent spring due to the crack. Com­
bining the two springs gives a very accurate prediction of the frequency shift 
due to crack length since it is referenced to the uncracked blade frequency. 
(For example, the data in Table 3 was modeled within 1% error.) While 
the change in frequency is sufficient to use as an inspection tool to detect 
a 5-cm (2-in.)-deep crack, the actual vibration time for such a crack to 
propagate to failure could be too short to use this as a practical inspection 
method. 

Blade Finite Element Analyses 

A NASTRAN finite element model (FEM) of the blade was generated 
to study the blade modal stresses. The computed mode shape for Mode 3 
is shown as resultant motion vectors (the dotted lines) superimposed on the 
finite element mesh in Fig. 19. Studies of the stresses in these mode shapes 
showed that only Mode 3 produced significant stresses at the crack location, 
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Fig. 12—Continued. 

without requiring very large stresses elsewhere in the blade. (Large stresses 
in the airfoil section, for example, would have likely led to an earlier failure 
since the airfoil section is subject to impact damage from tunnel debris, and 
therefore has numerous possible initiation sites.) Thus, Mode 3 was deter­
mined to be the most likely mode responsible for the resonance condition 
which produced the vibration loading necessary to grow the crack in the 
blade. 

The FEM model was also used to prepare for tunnel tests by selecting 
strain gage locations to monitor the peak strains occurring in each of the 
first five modes of the blade. (This included the crack initiation site for 
Mode 3.) 

Tunnel Measurements 

After the accident, a replacement set of blades was prepared and installed 
with special precautions to prevent any scratches in the blade shank areas. 
The stresses on the blades in the compressor operating environment were 
obtained, with special emphasis on defining the resonance points. 
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FIG. 13—SEM fractograph taken well away from the point of crack initiation in a laboratory 
specimen tested under a high mean tensile stress and a low alternating stress. 

These data established that the "new" Mode 3 was excited by the com­
bined action of 33 interstage stator blades and 11 exit vanes to produce a 
beat excitation of 22 pulses per revolution. The resonance measured stress 
was 90 MPa (13 ksi) peak to peak and was highest on the third rotor stage. 
Data on the mode 3 resonance skirt showed the damping was 0.2% of 
critical dampening, which produces a very sharp resonance peak. 

It is interesting to note that the decreasing stress with increasing crack 
length which was shown by the fractography data (Fig. 18) is probably due 
to increases in the modal dampening as a result of the crack plastic action. 
(The resonance frequency shift due to crack size changes would not have 
affected stress levels since the tunnel compressor operations required mov­
ing through the resonance condition wherever it was located.) An airfoil in 
a compressor usually has small modal structural dampening in comparison 
to the aerodynamic dampening. However, since the Mode 3 motion is almost 
parallel to the blade chord, the aerodynamic dampening is negligible, and 
the structural dampening becomes dominant. By ratioing the peak alter­
nating stress levels found from the crack studies to the peak initial stress 
acting on the crack, and neglecting aerodynamic dampening, the modal 
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FIG. U^SEM fractograph taken well away from the initiation site on a laboratory specimen 

tested at a low alternating stress intensity [<!! MPa • m"^ {10 ksi • m.>'^)]. Surface appears 
highly worked with many cracks with different orientations. 

dampening due to the crack can be estimated. The critical dampening ratio, 
and the ratio of the dampening to the uncracked modal dampening is shown 
in Table 4. Clearly, the crack effect dominates the dampening of this mode, 
and made it possible for the stresses to decrease as the crack grows. Without 
this action, the blade would have reached an overload condition and broken 
off at a much smaller crack size. 

Computed Crack Propagation 

With the measured Mode 3 vibration stress of 90 MPa (13 ksi) and the 
applicable crack sizes and stress data given in Table 1, it is possible to 
compute the number of cycles to grow the crack in the blade. The crack 
growth is computed from the threshold size for a Stage II fatigue crack, ĉ , 
of 0.25 mm (0.010 in.) to a final computed crack size Cf, of 12.7 cm (5.03 
in.) as shown in Table 5. Note that the effective crack depth was previously 
determined to be 0.18 mm (0.007 in.) which is shghtly smaller than the 0.25 
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FIG. 15—Typical fatigue striations observed in a laboratory specimen tested at an alternating 

stress intensity between 11 and 22 MPa • m"^ {10 and 20 ksi • in."''). 

mm (0.010 in.) used here. It is not clear whether the difference should be 
ascribed to errors in measuring the vibration stress, the threshold stress 
intensity, or the effective crack depth. However, it is felt that this agreement 
is close enough to support the position that the scratch was the feature which 
led to the growth of the crack under the applied stresses described. 

Since the detailed data as to where the alternating stress changed as the 
crack grew are not available, an assumption is needed for the stress acting 
over the crack length increments from the fractography data. An assumption 
was made that the stress shown at the start of a crack growth increment 
acted for as much of the increment as possible without causing a brittle 
fracture. Since this procedure may use a larger alternating stress than was 
present, this calculation gives a lower bound of computed crack life. The 
program used to compute the crack growth [6] is for edge cracks under 
tension. Therefore, a reduced tension stress was used to give equivalent 
stress-intensity factors for the actual stress acting in bending. As seen in 
Table 5, the crack propagation is estimated to take 141 min at 110 Hz, or 
9.3 X 10' cycles. This is in reasonable agreement with the fractographic 
estimate shown in Table 2. 
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FIG. 16—SEM fractograph of a laboratory specimen tested at a high alternating stress intensity 
[>22 MPa • m ' " (20 ksi • m. "^)]. The fracture is similar to overload failure except it contains 
many areas which exhibit distinct fatigue striations. 

To determine if this number of cycles could be accounted for in the 267 h 
of operation before the accident, the operating log was reviewed. No time 
was recorded at the actual resonance condition. However, the compressor 
passed through the Mode 3 resonance region 280 times. Since no warnings 
were in place, the operator may have moved gradually through this region. 
An average of 30 s in passage time would account for the computed cycles, 
which is likely to have occurred. 

Recommendations 

The tunnel measured stress data were used to develop recommended 
restricted operation ranges (placards) so as to minimize exposure to blade 
resonance points during normal compressor operations. The tunnel data 
showed that the steady-state resonance peak stresses were reached during 
the optimal passage of the compressor through the placard region, but that 
only 220 cycles were accumulated per passage. It was estimated this would 
give approximately 1.5 x 10̂  cycles at or just below the peak stress level 
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FIG. 17—Laboratory data correlating striation width and fatigue crack growth rate as a 
function of alternating stress intensity in forged 2014-T6 aluminum. 

TABLE 1-

Crack 
Depth, 

in/ 

0.015 
0.026 
0.050 
0.175 
0.226 
1.334 
2.176 

2.250 
4.000 

4.100 

—Summary of fatigue striations observed on 
AK, 

Observed 
Striation, 

in. 

3.0 X 
8.0 X 

<5.0 X 
<5.0 X 

1.0 X 
2.9 X 
3.2 X 

<5.0 X 
>6.3 X 

>6.0 X 

1 0 ' 
1 0 ' 
10-" 
10-" 
10-' 
10-' 
1 0 ' 

and 

TRANSITION 

10-" 
10-' 
TRANSITION 

10-'' 

the fracture of the failed blade, correlated 
projected alternating stress. 

Correlated 
A/i:,," 

ksi in.' 

18.5 
>24.0 
<9.4 
<9.4 
11.6 
18.3 
19.1 

FROM REGION I 
<9.4 

>10.0 
FROM REGION II 

>24.0 

TO 

TO 

Alternating Stress 

Edge Crack," PTC,' 
A5 (ksi)* AS (ksi) 

76.1 129.0 
>75.0 >127.0 
<21.3 <36.0 
<11.4 <19.6 

12.6 21.5 
8.7 
6.9 

REGION II 
<3.4 
>2.1 

REGION III 
>5.0 

" Assumes striation width equals crack growth (Fig 
' Edge crack solution [i]. 
' Part-through-crack solution [2]. 
'' Assumes striation width <5.0 x IQ-' in. 
• Assumes striation width >6.0 x 10-' in. 
' 1 in. = 2.54 cm. 
« 1 ksi VirT = 1.099 MPa Vm. 
* 1 ksi = 6.89 MPa. 

17). 

is unresolvable. 
is masked in the fine structure of the fracture. 
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FIG. 18—Estimated gross alternating stress in the unfailed blade ligament based on the 
fractography data as the fatigue crack propagates across the blade shank. 

during the usage period btween refinishing of the blades. The stress for 
fatigue failure at 10 times this life, 1.5 x 10* cycles, is given as 262 MPa 
(38 ksi) for smooth specimens at an /?-ratio of 0 by MIL-HDBK-5D [7]. 
This would yield an adequate fatigue margin if there are no surface scratches 
on the blade shank (which can act as crack initiation sites). 

To prevent the recurrence of the surface damage, several actions were 
recommended. First, since corrosion was noted at other locations on the 
blade (although it did not appear to contribute to the blade failure), a 
protective surface coating (Alodine 1200) was prescribed for the blades. 
Second, the installation bolting procedure was modified to reduce the pos­
sibility of scratches in the blade shanks, and a molded urethane fiber glass 
reinforced protective boot was made up to protect the blades. Finally, since 
the blades are especially vulnerable to defects and cracks in the blade shank 

TABLE 2—Summary of the estimated time involved in the crack propagation phase of the blade 
failure as determined from fractographic analysis. 

Region 

I 
I 
II 
III 

Crack Depth, 
in.' 

0.005 to 0.22 
0.22 to 2.2 
2.2 to 4.0 
4.0 to 8.0 

Average 
Striations 

<5 X I0- ' 
2.3 X 10"' 
<5 X 10-' 
>6 X 10-' 

Cycles per 
in.' 

>4.3 X 10+" 
8.6 X 10+" 

>3.6 X 10+' 
<6.7 X 10+" 

Time," 
min. 

>7 
13 

>60 
<11 

' Time is based on a loading frequency of 100 Hz. 
' 1 in. = 2.54 cm. 
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TABLE 3—Effect of saw cut simulation of cracked blade on blade natural frequency. 

Measured Frequency, Hz 
Notch Depth, 

in." Mode 2 Mode 3 

0.0 80.00 100.26 
0.5 80.00 100.00 
1.0 79.50 99.50 
1.5 78.75 98.26 
2.0 78.00 97.00 

° 1 in. = 2.54 cm. 

area, a high sensitivity fluorescent penetrant inspection was specified for 
the blade shanks after each 500 h usage period. 

Summary 

Fractographic analysis of the fracture surface of the failed blade was able 
to determine the crack initiation feature, the stresses acting on the cracked 
blade during the crack growth, and the time involved in the active crack 
growth. These data were useful in determining the factors which led to blade 
failure. The alternating stresses were predicted by the combination of thresh­
old stress-intensity factor data and the striation measurement data. 

Investigations of the blade modal frequencies and mode shapes were able 
to identify the mode responsible for the vibration stresses and the effect of 
the crack on modal frequency. The studies of the vibration conditions in 
the compressor validated the modal studies and identified the vibration 
excitation source. The measured stress levels and the computed crack life 
were found to be in reasonable agreement with the fractography studies. 
Also, the data were used to show that the observed crack growth was 
controlled by both the tunnel resonance and the dampening from the crack 
itself. 

TABLE 4—Change in critical modal dampening ratio with increase in crack size. 

Crack Depth, 
in." 

0.000 
0.226 
1.334 
2.176 
2.250 
4.000 

Vibration 
Stress, AS 

(ksi)* 

13.0 
13.0 
8.7 
6.9 

<3.4 
2.1 

Critical 
Dampening 

Ratio 

0.0020' 
0.0020 
0.0030 
0.0038 

>0.0076 
0.0124 

Ratio of 
Increased 

Dampening 

1.0 
1.5 
1.9 

>3.8 
6.2 

' 1 in. = 2.54 cm. 
' 1 ksi = 6.89 MPa. 
From tunnel resonance vibration measurement of uncracked rotor blade. 

Copyright by ASTM Int'l (all rights reserved); Wed Dec 23 18:32:03 EST 2015
Downloaded/printed by
University of Washington (University of Washington) pursuant to License Agreement. No further reproductions authorized.



180 CASE HISTORIES INVOLVING FATIGUE AND FRACTURE 

TABLE 5—Computed crack growth based on edge crack relationship [6]. 

Crack Interval 

Initial, 
Ci (in.)'' 

0.010 
0.670 
1.690 
2.187 
3.857 
4.10 

Final, 
Cf (in.)' 

0.670 
1.690 
2.187 
3.857 
4.10 
5.03 

Alternating Stress 

Bending, 

13.0 
8.6 
6.9 
3.4 
2.1 
2.9 

ksi' Tension," ksi 

13.0 
7.1 
5.0 
2.4 
1.2 
1.6 

ksi 

Initial, A*:, 

2.6 
12.1 
15.5 
9.3 
9.6 

14.3 

VnT' 

Final, A^, 

22.1 
22.0 
19.4 
19.2 
10.7 
22.2 

Cycles Blocks' 

Total blocks: 

96.6 
7.1 
3.0 

22.0 
6.0 
6.6 

141.3 

° The alternating tension stress is an equivalent stress to give the same AKi as the bending stress 
shown. 

' One block is 6600 cycles, or 1 min at 110 Hz. 
' Cf is determined when Kmax equals K^c (22 ksi Vm^), or else when the end of the range of crack 

size from Table 1 is reached. 
•* 1 in. = 2.54 cm. 
• 1 ksi = 6.89 MPa. 
' 1 ksi Vin. = 1.099 MPa Via. 

The blade modal data were used with the tunnel vibration data to rec­
ommend placard regions in the compressor operating envelope. This action, 
combined with procedures to eliminate the damage to the blade shanks 
during installation into the compressor, were used to prevent a recurrence 
of this type of compressor blade failure. 
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ABSTRACT: Pieces of a burst compressor wheel from a large combustion turbine 
revealed severe segregation of alloying constituents and impurities, high densities of 
sulfide inclusions, and intergranular, oxide filled microcracks. Analysis of oxidation 
kinetics for AISI 4140 steel indicates, however, that the service environment could 
not have caused the observed scale thicknesses in the microcracks. One- and two-
dimensional stress analyses confirm modest cyclic stresses and maximum stresses in 
the range of 531 to 683 MPa (77 to 99 ksi), not the 827 MPa (120 ksi) level implied 
by crack growth from 0.76 mm (0.03 in.) flaws. To account for the observed cychc 
life of about 1500 cycles, the initial defects would have to be 8.6 mm (0.34 in.) to 
16.8 mm (0.66 in.) long, according to fracture mechanics analyses performed by an 
influence function method. On the basis of all the results, it is concluded that small 
cracks were already in the wheel when it went into service. 

KEY WORDS: fatigue (materials), fracture toughness, fatigue crack initiation, frac­
ture mechanics, crack propagation, steel-AISI 4140 

Fourteen minutes after a normal cold start, the last-stage wheel in the 
compressor of a large combustion turbine burst into three major pieces. 
The turbine, of approximately the 15 MW (20 000 hp) class, had 1431 
previous starts and had accumulated 5965 operating hours. The compressor 
was comprised of 16 stages, each constructed of a forged, individually rab-
betted disk. Separation between compressor and turbine was by a tubular 
member, known as a distance piece, that was bolted and rabbetted to the 
first-stage turbine disk and to the 16th stage compressor disk. A balance 
journal was interference fit into a female rabbet near the bore of the last 
compressor wheel. The 0.965 m (38 in.) diameter, last-stage wheel is con­
siderably more massive than the preceding 15 stages, being 82.6 mm (3.25 
in.) thick over much of its cross section and 101.6 mm (4 in.) thick between 
diameters 0.65 m (25.5 in.) and 0.85 m (33.5 in.), which is the location of 
the bolt circle for the distance piece. 

' Principal engineer, senior engineer, and principal engineer, respectively, Aptech Engi­
neering Services, Inc., Palo Alto, CA 94303. 
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182 CASE HISTORIES INVOLVING FATIGUE AND FRACTURE 

After a failure investigation, the manufacturer recpmrnended that last-
stage wheels be replaced in 141 similar turbines. Since most of the affected 
machines were in electricity generating service, the cost and availability 
impact of the recommended replacement program on the electric utilities 
was large. Therefore, a review of the manufacturer's investigation and con­
clusions was undertaken at the request of the Electric Power Research 
Institute (EPRI). 

Review of the Manufacturer's Findings 

Detailed examination had revealed that the steel (AISI 4140) of which 
the wheel was fabricated had a higher sulfur content than is now considered 
acceptable and that the sulfides were heavily segregated in streaks. It was 
stated by the manufacturer that cracks could initiate in segregated regions 
at stresses lower than those induced by thermal and centrifugal loads during 
normal startups. It was further stated that calculations showed that fracture 
could occur in about 1500 cycles by propagation of an initial crack only 0.76 
mm (0.03 in.) long in material of 44 MPa V m (40 ksi ViiT) fracture tough­
ness. 

Initial fracture-mechanics calculations were made to estimate the stress 
levels and cyclic stress ranges that could cause crack growth from 0.76 mm 
(0.03 in.) to critical size in 1500 cycles, as imphed by the manufacturer. By 
assuming a reasonable crack-growth law [1] and two reasonable critical crack 
sizes of 2.5 mm (0.1 in.) and 6.35 mm (0.25 in.), it was found that either 
the stress ranges were higher than could be sustained by material of low 
fracture toughness, or the initial defect size was much larger than 0.76 mm 
(0.03 in.). Therefore, a decision was made to proceed with an independent 
analysis. 

Examination of the Failed Wheel 

Macroscopic Observations 

Since the three large pieces of the wheel were cut up to facilitate handling 
in the manufacturer's investigation, the main groupings were fit together in 
more or less their original positions. Smaller pieces that had been cut from 
regions of interest (at or near the main crack surfaces) were given more 
detailed reconstruction. From the patterns on the main cracks, it was agreed 
that the most probable fracture origin is at a rabbet corner 25.4 mm (1 in.) 
from the central bore surface, as concluded by the manufacturer. Two views 
of that region are shown in Fig. 1, from the two mating fracture surfaces. 
An equivalent reconstruction of a region at a bolt hole (Fig. 2) shows the 
presence of a large "old" crack that had obviously been present before the 
failure event. 
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FIG. la—Reconstruction of fracture in region of bore and rabbet. The top piece (arrow), 
containing the most probable origin, had been encapsulated in plastic and then broken out. 
Residual mounting material is still adherent on this piece. 

Metallography 

Metallographic examination of various cross sections of the wheel con­
firmed the frequency and morphology of manganese sulfide (MnS) inclu­
sions, and the segregation of alloying constituents and impurities, reported 
by the manufacturer. Figure 3 illustrates those features, as well as some 
microcracks associated with the MnS inclusions. Note, however, that the 
microcracks are not parallel to the long axes of the inclusions as would be 
characteristic of link-up to form larger cracks but across the inclusions and, 
it turns out, parallel to the main crack. 

Throughout the metallographic examinations, it was observed that the 
microcracks often occurred at inclusions near the main fractures. With in­
creasing distance from a main crack, however, the frequency of microcracks 
at MnS inclusions diminished. At distances greater than about 2.5 mm (0.1 
in.) from a main crack, microcracks at inclusions were no longer seen. This 
suggests that most of the microcracks are a consequence of the fast fracture, 
not a cause. 
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FIG. lb—Fracture surface that mates to the surface in Fig. la. 

FIG. 2—Reconstruction showing the "old" crack at a boh hole. 
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FIG. 3—Metallographic section near main fracture, showing segregation, MnS inclusions, 
and some microcracks at inclusions (x 150). 

Another class of rather longer microcracks was observed around bolt 
holes and rabbets. At high magnification, these cracks are seen to be filled 
with oxide (Fig. 4). Note the intergranular branches, also oxide filled, on 
the larger portion of the crack. Many such cracks were observed in the 
wheel pieces [2], including an old crack of substantial size at the bore rabbet 
(Fig. 5). 

Fractography 

Although many pieces of the broken wheel were examined by visible Ught 
and scanning electron microscopy, we concentrate here on a portion of the 
fracture that is beHeved to contain the most probable origin. 

A piece about 15 mm (0.6 in.) on an edge, containing the crack origin, 
was cut from the right-hand portion of the reconstruction shown in Fig. \b. 
The origin area is primarily intergranular fracture, as shown in Fig. 6, which 
was taken at about 3 mm (0.12 in.) from the rabbet corner. In contrast. 
Fig. 7 was taken at a distance of about 4 mm (0.16 in.) from the origin 
corner; it shows a mixed mode of ductile fracture with some intergranular 
cracking. Thus, at this point, the crack was probably still subcritical. Ad­
ditional evidence can be seen in Fig. 8, which shows what appear to be 
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• -.- mm*W 
FIG. 4—Segment of an intergranular crack near a bolt hole; the crack is filled with oxide 

(xlOOO). 

FIG. 5—The backside of the bottom left-hand piece of Fig. la showing an old crack (arrow). 
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FIG. 6—Scanning electron fractograph at 3 mm (0.12 in ) Jroni ihc labbcl ininir hila-
granular and secondary cracking are evident, along with some residual oxide and ductile tearing 
(xSOO). 

crack arrest lines (striations) at a distance of about 15 mm (0.6 in.) from 
the origin corner. Cleavage fracture was not observed anywhere on the 15 
mm (0.6 in.) piece of Figs. 6 through 8. From an examination of adjacent 
pieces, along with allowances for the material lost by cutting, the best 
estimate of where the fracture becomes predominantly cleavage is about 31 
mm (1.22 in.) from the most probable origin. 

On the basis of these results, it would appear that the critical crack size 
for fast fracture is substantially larger than assumed by the manufacturer. 

Age of Cracks 

In view of the possibility that cracks could have been in the wheel for a 
long time (the old cracks), it was thought worthwhile to develop estimates 
of the time-temperature histories of the crack surfaces from the scale thick­
nesses. 

Several cracks similar to the one in Fig. 4 were found to be still oxide 
filled at widths of 1 x 10"^ mm (0.4 x lO^^ in.) (that is, 0.5 x 10"^ mm 
(0.2 X 10"' in.) oxide growth from each face). Since information about 
oxidation kinetics at low temperatures could not be found for steel, two 
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FIG. 7—Scanning electron fractograph taken at about 4 mm (0.16 in.) from the origin corner, 
showing intergranular cracking, ductile tearing, and some residual oxide ( x2000). 

methods were invoked to estimate the required time at 288°C (550°F), the 
temperature of the wheel at steady-state operation, to account for the oxide 
thickness. In the first, rate constants measured by Pinder [3] were extra­
polated to 288°C (550°F) [4], and time was calculated from the well-known 
parabolic rate law 

Kt (1) 

where 

X = oxide thickness, 
K = parabolic rate constant, and 
/ = exposure time. 

The calculated time is 92 600 h, whereas the actual time of operation was 
slightly less than 6000 h. 

To confirm this result, the oxidation data for AISI 4140 steel at 454°C 
(850°F), 538°C (1000°F), and 621°C (1150°F) tabulated in Ref 5 were ana­
lyzed by the methods of linear regression [6]. An excellent correlation was 
obtained [2]. The equation that describes the oxidation (for thickness in 
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FIG. 8—Scanning electron fractograph taken at about 15 mm {0.6 in.) from the origin corner, 
showing what appear to be crack arrest lines (xlOOO). 

inches, time in hours, and temperatures in degrees Fahrenheit) is 

log(oxide penetration) = -8.4306 + 0.4313 log t + 0.003967 (2) 

An oxide scale thickness of 0.5 X 10"^ mm (0.2 x 10"^ in.) corresponds 
to a penetration of 2.2 x 10^^ mm (0.086 x 10"Mn.); substitution into Eq 
2 yields an exposure time of 116 900 h. Again, it is seen that the operating 
environment could not have produced the observed oxide scales; therefore, 
the integranular, oxide filled cracks were probably not initiated by service 
stresses. 

One-Dimensional Stress and Fracture Mechanics Analyses 

Introduction 

Early in the failure investigation, preliminary analyses were conducted 
to determine by simple models the disk stress due to the initial overspin 
condition and subsequent operational stresses brought about by centrifugal 
and thermal transient loads. One-dimensional idealizations of the geometry 
and loading provided guidance for the failure investigation and also offered 
insight into the failure conditions. 
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Stress Analysis 

An unfailed disk provided by EPRI was measured with micrometer and 
dial calipers to an accuracy of 0.025 mm (0.001 in.). The wheel is about 
0.97 m (38 in.) in diameter, up to 102 mm (4 in.) thick near the outer 
circumference, with a 51-mm (2-in.)-diameter bore hole. To determine stresses 
induced by rotation, a finite difference analysis [7] was performed for a 
one-dimensional axisymmetric representation of the wheel. No stress con­
centration effects were considered; however, the effects of bolt holes on 
the stress field were modelled by decreasing the disk thickness in the regions 
of bolt holes. Although bolt masses were included in the model, blade and 
nut masses were neglected. 

For a wheel spinning at 5100 rpm, a peak hoop stress of 476 MPa (69.1 
ksi) occurs at the bore. The hoop stress attenuates rapidly as a function of 
radial position, such that at the rabbet location the hoop stress is 285 MPa 
(41.4 ksi). Since the wheel was subjected to a 60% overspin at 116°C (240°F) 
during manufacture to produce beneficial residual stresses in the bore re­
gion, the stresses were computed elastically for 8170 rpm, and the amount 
of plastic deformation was estimated by a simple, unaxial model for con­
tained plasticity based on Neuber's stress-strain concentration theory [8] 

K? = KrK,^ (3) 

where 

K," = stress concentration factor, and 
K,^ = strain concentration factor. 

Assuming that the material behaves according to a Ramberg-Osgood stress-
strain rule in terms of elastic modulus, E, and fitting parameters, (TQ and n 

- 1 -" (I)" <̂ ' 
the stress-strain behavior at the spin temperature of 116°C (240°F) is defined 
by n = 10.62 \nd CTQ = 0.495 in Eq 4. These^values are determined from 
the yield strength of 844 MPa (122.4 ksi) and ultimate strength of 1020 MPa 
(147.9 ksi) at 121°C (250°F), reported by the manufacturer. 

The elastic and elastic-plastic stresses for the 8170 rpm overspeed are 
shown in Fig. 9. Also shown is the residual stress field, determined by 
subtracting the elastic-plastic from the elastic stresses and the operational 
stress field. Note that the compressive residual stress attenuates very rapidly 
and is nearly zero at the rabbet location [r = 51 mm (2 in.)]. Peak steady-
state stress occurs approximately 13 mm (0.5 in.) from the bore surface with 
a value of 317 MPa (46 ksi). At the rabbet location, the mechanical stress 
is 290 MPa (42 ksi). 
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ELASTIC-PLASTIC STRESS ANALYSIS OF 16TH STAGE DISK 
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FIG. 9—Effect of residual stress from overspeed condition in mechanical operating stress. 
6.895 MPa = 1 ksi; 25.4 mm = 1 in. 

Thermal Stress Analysis 

The governing equation for a finite difference model of the transient 
temperature distribution is 

d^T 1 a r _ }_dT_ 

dr r dr a, dt (5) 

where 

t = time, 
r = radial coordinate, 
T = temperature distribution T (r, t), and 
a, = thermal diffusivity. 

In the solution of Eq 5, the disk rim was allowed to heat up by convection, 
but the bore was assumed to be insulated. The boundary conditions are 
given by 

dT h ,^ 
^ = 7 (^/ - T^) at r = ro dr k 

(6) 

dT ^ 
— = 0 at A- = r, 
dr 

(7) 
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where 

h = surface heat transfer coefficient, 
k = thermal conductivity, 
Tf = fluid temperature, and 
T„ = wall temperature. 

The initial condition is 

nr,o) = To (8) 

In the solution of Eqs 5 through 8, h was assumed to be high at 408 800 
KJ/(h m̂  °C) (20 000 BTU/(h ft̂  °F)). The maximum air temperature was 
taken as 288°C (550°F), and the initial condition was set at 16°C (60°F). 

Once the temperature profile was established, the combined stresses (me­
chanical and thermal) were determined by the finite difference solution of 
the following expressions 

Equilibrium: — (rbur) - btr^ + pw r̂̂  b = 0 (9) 

Co.pa.,Mi..|(|)-|(f).|(.A., 
(1 + v)(cr, - (Te) 

= 0 (10) 

where 

r = radius, 
b = thickness variation as a function of r, 
p = disk density, 
0) = angular velocity, 

AT = temperature increment above the zero thermal stress state, 
a = coefficient of thermal expansion, 
E = modulus of elasticity, and 
V = Poisson's ratio. 

Table 1 summarizes the thermal stresses. 

Fracture Mechanics Aspects 

On the basis of the results of the one-dimensional analysis, calculations 
were made to assess the conditions that would lead to disk failure from a 
defect at the rabbet corner. Analysis details are summarized as follows: 

1. The flaw was treated as a quarter-circular corner crack. 
2. Applied stress level is as computed in the one-dimensional model. 
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TABLE 1—Summary of maximum thermal stresses. 

Location 
Transient 

Time, t (min) 
Temperature, 
T (r,t), °CCF) 

Stress, (Te, 
MPa (ksi) 

Bore [r = 25.4 mm (1 in.)] 26.0 
Rabbet [r = 51 mm (2 in.)] 26.0 
Bolt hole [r = 274 mm (10.8 in.)] 5.5 

40 (104) 
40 (104) 
27 ( 80) 

352 (51.0) 
192 (27.8) 

79.3 (11.5)° 

" This value is a nominal stress level, since it excludes the stress concentration of the bolt 
hole. 

3. The stress attenuates from the bore (Fig. 9). 
4. Residual stress benefit at the rabbet is negUgible. 
5. The critical crack size was not constrained to be less than 6.35 mm 

(0.25 in.), as suggested by the manufacturer. 

The stress-intensity factor as a function of crack depth was computed 
numerically by the influence function method [9], at 14 min into the 
startup. Then the number of machine starts required to grow a crack from 
the rabbet corner to critical size was computed. Crack growth per cycle was 
determined from the relations in Ref 1. By subtracting 1500 cycles from the 
cyclic life results, the size of the initial flaw as a function of fracture tough­
ness was also determined. These results are shown in Fig. 10. At any rea­
sonable toughness level, a large defect, say 5 mm (0.2 in.) or larger, would 

1.1 

1.0 

0.9 

0.8 

~i I I r I I r 1 T" 

0 10 20 30 40 50 60 70 

FRACTURE TOUGHNESS, Kj^, [ksi /Tn'J 

FIG. 10—Initial defect size to cause failure in 1500 cycles (startups). 1.1 MPa vm = 1 ksi 
in.; 25.4 mm = 1 in. 
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be required to predict the failure. Even at the 44 MPa Vm (40 ksi VuT) 
level, a defect of 4.3 mm (0.17 in.) is necessary. This preliminary assessment 
suggests that the disk should not have failed in 1500 cycles, even with a low 
toughness, if the initial flaw were of the order of 0.76 mm (0.03 in.). 

Refined Stress and Failure Analysis 

Introduction 

A two-dimensional stress analysis of the 16th stage disk was performed 
to check the results of the one-dimensional analysis. In reviews of the one-
dimensional analysis, the manufacturer indicated the following items as 
being important contributors to the stress in the 16th stage disk: 

1. The interference fit between the 16th stage and other disks, the balance 
journal, and the distance piece. 

2. The AT between the distance piece and the 16th stage disk. 
3. The blade loadings. 
4. The bolt loads and the fact that the 15th stage does not carry the mass 

of the bolt. 

In this section, an analysis model was developed which incorporates these 
conditions in order to duplicate as closely as possible the manufacturer's 
stress analysis. 

Model Geometry 

A two-dimensional axisymmetric finite element model was developed for 
the ANSYS program. ANSYS is a general purpose finite element program 
capable of full three-dimensional analyses for static and dynamic stress and 
heat transfer analyses [10]. The two-dimensional model of the compressor 
stage included the 14th, 15th, and 16th stage disks, the distance piece, 
balance journal, and inner and outer attachment bolts and nuts. A geometry 
plot of the model is shown in Fig. 11. 

The model consists of 695 nodes connected by 593 axisymmetric soHd 
elements. The balance journal and the 16th stage disk are joined by ANSYS 
spring elements to allow for the modelling of the interference fit between 
the mating surfaces. The dimensions of the 14th and 15th stage disks, the 
balance journal, and the distance piece were first estimated by scaling them 
from a machine schematic drawing contained in a promotional brochure. 
The dimensions of the 14th and 15th stage disks were further refined by 
using a one-dimensional finite difference analysis to optimize the disk profile 
to obtain a uniform stress in the disk. All the dimensions were later verified 
as being reasonably accurate. 
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The elastic properties assumed for the material are given in Table 2. Since 
the results of the one-dimensional analysis showed that the overspin con­
dition did not influence the region near the inner rabbet, an elastic-plastic 
analysis of the 16th stage disk was not performed. For the transient heat 
transfer analysis, the thermal properties were assumed to vary with tem­
perature. Table 2 summarizes the thermal properties at room temperature 
and at 200°C (392°F). 

Mechanical Loading Conditions 

Two types of mechanical loads were investigated: (1) centrifugal body 
forces due to rotation, and (2) interference fit between the 16th stage and 
mating pieces. In the analysis of the centrifugal forces, the effect of the 
blades was considered by estimating the weight of each blade and calculating 
the resulting blade load due to rotation at 5100 rpm. These blade loads 
were converted to a surface pressure, which was outwardly applied to the 
rims of the 14th, 15th, and 16th stage disks. The bolt masses were modelled 
by adjusting the densities of various regions of the model. As the 15th stage 
bolt hole is oversize, the weight of the bolt is shared by the 14th and 16th 
stages. Thus, the density in the bolt hole region of the 14th and 16th stage 
disks was increased, and the density in the 15th stage bolt hole was de­
creased. 

The bolt heads and nuts were modelled with solid elements whose density 
was corrected by ratioing the gross area of the region to the net area of the 
nuts. The modulus of elasticity of the nuts was decreased so as not to increase 
the hoop stiffness of the disk. Similarly, the modulus of elasticity in the bolt 
hole regions was decreased to account for the reduced net area of the disk 
in the bolt hole region. The technique for scaling the modulus of elasticity 
is similar to the technique described in the one-dimensional analysis to 
account for the bolt holes. 

The interference fit between the 16th stage and the balance journal was 
modelled by isothermally expanding the balance journal in the model. The 
diametral growth interference between the 16th stage and the balance jour­
nal was assumed to be 0.15 to 0.20 mm (0.006 to 0.008 in.) and both values 
[that is, 0.15 and 0.20 mm (0.006 and 0.008 in.)] were analyzed. Duplicate 
nodes were defined for the 16th stage-balance journal interference, and 
these nodes were connected by spring elements. The interference fit between 
the 15th and 16th stages [0.005 to 0.10 mm (0.002 to 0.004 in.)] was deter­
mined to be less than that used to install the balance journal, and it is 
expected to offset or reduce the stress at the rabbet location. For this reason, 
the 15th and 16th stage interference was not considered in the model. 

The centrifugal forces (w = 5100 rpm) were combined in the same load 
step as the interference fit case, and the conditions that would lead to lift­
off between the 16th stage and the balance journal were examined. If lift-
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198 CASE HISTORIES INVOLVING FATIGUE AND FRACTURE 

off occurs, then the springs indicating the separation (that is, tensile spring 
force) would be removed from the model, and the analysis would be per­
formed again. The effect of complete separation was analyzed by effectively 
removing the balance journal from the model. 

In the stress boundary conditions shown in Fig. 11, the end of the distance 
piece was treated as a line of symmetry which is restrained in the axial 
direction. The end surface of the 14th stage disk (that is, the interference 
between the 13th and 14th stages) was allowed to move axially and radially; 
however, the axial plane was restricted to move as a plane by coupling the 
normal displacements. This boundary condition will approximate the effect 
of other stages on that portion of the model. 

Thermal Loading Conditions 

The thermal loading and boundary conditions assumed in the thermal 
analysis for a machine startup transient are shown in Fig. 11. In estimating 
the operating conditions during startup, the compressor was assumed to 
have an 8:1 compression ratio and an efficiency of approximately 90%. The 
mass flow rate of air through the compressor was taken as 321 364 kg/h 
(707 000 Ib/h). From these conditions, the heat flow rate was calculated to 
be 7.63 X 10* KJ/h (7.22 x 10" Btu/h) and the air temperature at the 16th 
stage would be about 288°C (550°F). Response to these assumptions by the 
manufacturer indicated an air temperature at the 16th stage of 32rC (610°F), 
not 288°C (550°F). Although the higher temperature would require a 
compression ratio of about 10.4:1 and at least 17 stages, a value of 321°C 
(610°F) for Tŷ was used in the thermal analysis.-

In the design of the machine, the turbine-side wheels are cooled by passing 
compressor air through the annulus between the distance piece and the 
outer shroud directly to the turbine. In this analysis, the air was assumed 
to come from the 16th stage at a temperature of 321°C (610°F) and at a 
flow rate of 16 360 kg/h (36,000 Ib/h) along the distance piece. In similar 
fashion to the one-dimensional analysis, the air temperature in the com­
pressor was assumed to change in a step fashion with time, from an initial 
temperature of 16°C (60°F). 

The transfer of heat to the rotating components takes place at the wheel 
rims and along the outer surface of the distance piece. The boundary con­
ditions along all other surfaces were assumed adiabatic. In estimating the 
film coefficients for the heat transfer surfaces, two sets of assumptions were 
invoked: one set which would result in a very conservative or "worst case" 
thermal response, and a second set which would be a "best estimate." It 

^ After this analysis was performed, the manufacturer agreed that 32rC (610°F) is too high 
for the machine under consideration; however, the use of this high value in the analysis will 
make the stress results more conservative (that is, higher stress magnitude). 
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was determined that the mode of heat transfer at the rim would be controlled 
by water condensation from the heated air to the initially cold wheel. An 
upperbound film coefficient (h) would result under the assumption that all 
the moisture in the air, under the conditions that pertain along the 14th, 
15th, and 16th stages, condenses on the rim of the 16th wheel. This as­
sumption yields a heat transfer coefficient of 7767 kJ/h m^ °C (380 BTU/ 
h ft̂  °F). Assumption of this value for h along the three wheel rims and 
along the distance piece surfaces provides for a conservative assessment. 
Hence, the worst case analysis under the boundary conditions shown in Fig. 
11, assumes 

h, = h2 = h^ = 7767 kJ/h m^ °C (380 Btu/h ft̂  T ) (11) 

In contrast, a more realistic view was taken to arrive at best estimate 
values for the film coefficients. By assuming that condensation along the 
rim surfaces is uniform over the three stages and that the mode of heat 
transfer through the seal and along the distance piece is hot gas convection, 
the following best estimate values are computed 

hi = 2289 kJ/h m^ °C (112 Btu/h ft̂  °F) 
/j2 = 368 kJ/h m^ °C (18 Btu/h ft̂  °F) (12) 
/i3 = 61.3 kJ/h m^ °C (3 Btu/h ft̂  °F) 

In determining the /j-values given by Eqs 11 and 12, the inlet conditions 
to the compressor were specified as air at 16°C (60°F) and 101.3 kPa (14.7 
psi), and the air entering the 14th stage contains an amount of water vapor 
equal to saturation conditions at the local pressure and 16°C (60°F). Thermal 
stress analyses were performed for temperature distributions derived from 
the worst case and best estimate thermal transient responses. 

The hoop stress at the rabbet region was determined for four load cases: 
centrifugal loads only for w = 5100 rpm, interference fit only for 8 = 0.20 
mm (0.008 in.) or 8 mil diametral, centrifugal plus 8 mil interference, and 
centrifugal plus 6 mil interference. The hoop stress at the rabbet corner for 
each case is summarized in Table 3. Also shown in Table 3 for comparison 
are the stress levels calculated for the bore region. It should be noted that 
the load case where the interference fit and centrifugal loads are combined 
is not the sum of each load case treated separately. Clearly, the reason for 
this behavior is that connection between the disk and the balance journal 
is similar to a preloaded joint like a bolted flange and that the centrifugal 
load is reducing the preload and the compressive stress in the balance journal 
while it is raising the stress in the disk specifically at the rabbet. The net 
effect is that the stress at the rabbet does not significantly change as the 
disk is brought up to speed. For the case of 0.15 mm (6 mil) interference 
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TABLE 3—Stresses due to interference fit and centrifugal force. 

Load Case 

Stresses At 
Bore, 

MPa (ksi) 

Stresses At 
Rabbet, 

MPa (ksi) 

Centrifugal only 559.2 (81.1) 364.7 (52.9) 
Interference fit of 0.20 mm (8 mil) only 143.4 (20.8) 133.1 (19.3) 
Centrifugal plus 0.20 mm (8 mil) interference 578.5 (83.9) 382.0 (55.4) 
Centrifugal plus 0.15 mm (6 mil) interference 510.9 (74.1) 364.7 (52.9) 

fit, the model predicts wheel lift-off from the balance journal. In this case, 
the stress in the wheel is the same as for the centrifugal only problem. 

Transient Response and Thermal Stresses 

Worst Case Thermal Analysis—In the worst case assessment for thermal 
stress, the film coefficient of Eq 11 was assumed. The temperature distri­
bution in the 16th stage disk was solved by ANSYS, and the time at which 
the maximum stress occurs in the bore region was determined by inspecting 
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RABBET 
(INNER) 

TIME (SEC) 
0 200 400 600 600 ICOO 1200 1400 1600 1600 2000 
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FIG. 12—Temperature-time history of 16th stage disk {worst case). °C = 5/9 {°F -32). 
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the temperature difference between the rim and the bore. The transient 
thermal response of the 16th stage disk for the bore, rabbet, bolt hole, and 
rim locations is shown in Fig. 12. The maximum temperature difference 
between the rim and the bore occur at approximately 13 min. Although the 
failure time (14 min) for the wheel occurs after the time to peak stress from 
this analysis, there is not a significant difference between these two times 
as far as the rim-to-bore AT or for the thermal stress at the bore. 

The peak thermal stresses were calculated for the temperature distribution 
at 13 and 14 min. These stresses are later added to the centrifugal plus 
interference fit stresses for comparison with the one-dimensional analysis 
results. The actual stresses will be less than this summation because the 
thermal displacements will also act to reduce the interference fit. The stresses 
at the bore and inner rabbet locations are summarized in Table 4. For the 
worst case condition, the peak stress level occurs one minute before the 
stated accident time; the stress values are, however, almost equal. The stress 
level at the bore is significantly higher than at the inner rabbet, much as 
for the mechanical stresses. 

A displaced shape plot for the maximum stress time of 13 min is shown 
in Fig. 13. Note that as the distance piece expands thermally, it presses 
against the 16th stage disk, thus causing the disk to deflect. The deflections 
shown are exaggerated, but the deflection of the rim of the 16th stage disk 
is enough to contact the 15th stage disk, despite the initial gap between the 
disks at the rim. Most of the deformation is confined to the region radially 
outward from the bolt holes, and it is felt that contact between disks at the 
rim would not significantly change the stresses in the rabbet region. 

Best Estimate Thermal Analysis—A best estimate analysis was also per­
formed in essentially the same way as the worst case analysis but with the 
film coefficients of Eq 12. The time after startup at which peak stress occurs 
is approximately 30 min, which is after the accident time. Stress levels at 
the bore surface and rabbet corner are listed in Table 4. The peak stress 
calculated for the best estimate case is approximately one half (54%) of 

TABLE 4—Thermal stresses. 

Stresses At Stresses At 
Bore, Rabbet, 

MPa (ksi) MPa (ksi) 

WORST CASE 
Peak stress" (t = 13 min) 490.2 (71.1) 299.2 (43.4) 
Time of accident {t = 14 min) 493.7 (71.6) 297.2 (43.1) 

BEST ESTIMATE 
Peak stress" (t = 30 min) 295.1 (42.8) 160.7 (23.3) 
Time of accident {t = 14 min) 243.4 (35.3) 151.0 (21.9) 

" As determined at rabbet. 
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that of the worst case. This illustrates the sensitivity of the thermal stress 
to the assumption for heat transfer coefficient. It is beUeved that the actual 
thermal behavior of the wheel falls between the two cases analyzed. 

Comparison of the One-Dimensional and Two-Dimensional Model Results 

As a check on the accuracy of the one-dimensional finite analysis, a 
comparison was made between the one-dimensional analysis and the results 
of the two-dimensional finite difference analysis. Figure 14 is a comparison 
of the hoop stress due to centrifugal force from the one-dimensional analysis 
with the corresponding stress from the midthickness of the disk in the two-
dimensional analysis. Away from corners and other geometric discontinu­
ities, the difference between the two analyses is approximately 10%. Some 
of the difference can be attributed to the addition of blade and bolt loads 
which were not included in the one-dimensional model. 

In Table 5, the results from each load case are summarized as well as the 
stress totals including maximum stress, minimum stress, mean stress, and 
stress range during the startup cycle. In comparing the one-dimensional 
with the two-dimensional, the major differences in the computed stress are 
due to the fact that the interference fit-up was included in the two-dimen­
sional model while it was not considered in the early one-dimensional study. 

HOOP 
STRESS 
(KSI) 

RADIAL POSITION (Inches) 

FIG. 14—Comparison of one-dimensional and two-dimensional results for hoop stress due 
to centrifugal force. 6.895 MPa = 1 ksi; 25.4 mm = 1 in. 
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TABLE 5—Comparison of one-dimensional and two-dimensional stress results at the inner 
rabbet location. 

Centrifugal only 
Interference fit only [0.20 mm 

(8 mil)] 
Centrifugal plus 0.20 mm (8 mil) 

interference fit 
Thermal stress at 14 min 
Thermal stress at peak 

One-Dimensional 
Model, 

MPa (ksi) 

285.5 (41.4) 
. . . ° 

285.5 (41.4) 

182.0 (26.4) 
210.3 (30.5) 

(26 min) 

SUMMARY [8 = 0.20 mm (8 

Stress at accident {t = 14 min) 
Maximum stress, (T„a, 
Minimum stress, o-„i„ 
Alternating stress. ACT 
Mean stress, CT„ean 
^ m i n ' ^ m a x 

" Not considered. 

467.5 (67.8) 
495.8 (71.9) 

0 
495.8 (71.9) 
248.2 (36.0) 

0 

Two-Dimensional 
Model, 

MPa (ksi) 

Worst Case 

364.7 (52.9) 
133.1 (19.3) 

382.0 (55.4) 

297.2 (43.1) 
299.2 (43.4) 

(13 min) 

mil)] 
679.2 (98.5) 
681.2 (98.8) 
133.1 (19.3) 
548.2 (79.5) 
407.5 (59.1) 

0.195 

Best Estimate 

364.7 (52.9) 
133.1 (19.3) 

382.0 (55.4) 

151.0 (21.9) 
160.7 (23.3) 

(30 min) 

533.0 (77.3) 
542.6 (78.7) 
133.1 (19.3) 
409.6 (59.4) 
337.9 (49.0) 

0.245 

and that the worst case thermal analysis increased the maximum stress level. 
The effect of including the fit-up stress results in two interesting observa­
tions. The maximum stress increased somewhat, and a mean stress is in­
troduced into the disk. However, because the interference fit stress elevates 
the minimum stress in the cycle to 133 MPa (19.3 ksi), the cyclic stress at 
the rabbet is only 11% higher under worst case conditions and actually is 
17% less under best estimate conditions when compared to the one-dimen­
sional analysis results. 

The effect of having a higher maximum stress will be to cause a smaller 
critical flaw to be computed. Since the expressions for daldN are upper-
bound fits to specimen data for 0 < jR < 0.7, these expressions include the 
effect of mean stress on crack growth. Therefore, it is expected that the 
two-dimensional stress results for the worst case and best estimate conditions 
will bracket the fatigue Ufe for the wheel, as computed previously. 

Fracture and Fatigue Results 

Critical Flaw Size—The fracture and fatigue assessment was revised to 
consider the refined stress results. The method used to compute stress-
intensity factors and fatigue life was the same as described previously, except 
that a quarter elliptical corner crack model was used, and the hoop stress 
variation around the inner rabbet was represented by a bivariate stress 
distribution. The magnitude of the stress field was defined by the stress 
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output at the integration points within the elements from the two-dimen­
sional finite element analysis. 

The maximum stress-intensity factor was calculated for each of the crack 
tips by BIGIF [9], and these results are shown in Fig. 15. The advantage 
of using a two-degree-of-freedom crack model is that the change in crack 
shape is allowed in the fatigue analysis, and the effect of the gradient stress 
field on K can be investigated. This is especially important when there is a 
rapid decrease in stress in one direction when compared to the stress de­
crease in the other direction, which is the case for the stresses due to the 
interference fit. 

The stress-intensity factor is highest at the rabbet side of the crack, as 
shown in Fig. 15. If a fracture toughness of 88 MPa Vm (80 ksi VinT) is 
assumed, then the critical flaw size would be between 12.2 and 13.5 mm 
(0.48 and 0.53 in.) for the worst case analysis and at least 19.2 mm (0.78 
in.) with the results from the best estimate analysis. If a value of K^^ as low 
as 44 MPa Vm (40 ksi ViiT) is assumed, then the critical flaw size is 
computed to be approximately 2.8 mm (0.11 in.) and 4.3 mm (0.17 in.) for 
worst case and best estimate conditions, respectively. These critical flaw 
sizes are later used as terminal flaw sizes in the fatigue hfe analyses. 

Fatigue Analysis—The earlier fatigue analysis was executed again with 
the refined stress distributions and a more representative flaw model. The 
computation of fatigue life indicates that significant life remains when the 
initial flaw size is assumed to be 0.76 mm (0.03 in.), which is the initial 
defect size suggested in the manufacturer's report. The results of the fatigue 
analysis are shown in Fig. 16, where the cyclic life to failure from a 0.76 
mm (30 mil) crack is plotted against fracture toughness level. Also shown 
in Fig. 16 are the effects of the thermal analysis assumptions (that is, worst 
case versus best estimate) on the computed life as well as the sensitivity of 
the results to the interference fit between the wheel and balance journal. 

For a fracture toughness of 88 MPa Vm (80 ksi ViiT) and an interference 
fit of 0.20 mm (8 mil), the computed life is 18 000 or 38 000 cycles, depending 
on the thermal analysis assumptions. Clearly, this life is much greater than 
the 1500 cycles which the machine experienced before failure. In order to 
achieve wheel failure from a 0.76 mm (30 mil) flaw within 1500 cycles and 
with stress levels computed with a two-dimensional analysis, the fracture 
toughness would have to be less than 26 MPa Vm (24 ksi ViiT). Changing 
the initial interference fit value from 0.20 mm (8 mil) to 0.15 mm (6 mil) 
does not significantly decrease the computed life. Even for the extreme 
case of no interference fit, the cyclic life is still much greater than the 1500 
machine starts. All results shown in Fig. 16 were produced from the faster 
of the two crack growth relations given by Barsom [i]. 

By subtracting the number of machine cycles from the terminal life values, 
the initial flaw size required to cause wheel failure was determined. The 
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FIG. 15—Maximum stress intensity factor for a crack at the rabbet corner during startup. 
1.1 MPa Vm = / ksi Vin.; 25.4 mm = 1 in. 

initial flaw size to achieve failure in 1500 cycles as a function of fracture 
toughness is shown in Fig. 17. For a fracture toughness of 88 MPa Vm (80 
ksi ViiT), the required initial flaw size is between 8.6 mm (0.34 in.) and 
16.8 mm (0.66 in.), depending on thermal analysis assumptions. On the 
basis of this analysis, the initial flaw size required to cause the failure is 
much larger than the 0.76 mm (0.03 in.) flaw which the manufacturer in­
dicated was the initiating defect. 

Conclusions and Implications 

Both the one-dimensional and two-dimensional analyses performed here 
indicate that the maximum stress and cyclic range are not sufficiently high 
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FIG. 16—Computed fatigue life as a function of fracture toughness and interference fit for a 
0.76 mm (0.03 in.) initial flaw. 1.1 MPa Vm = 1 ksi Vin.; 0.025 mm = 1 mil. 

to explain the disk failure in 1500 cycles when a 0.76 mm (0.03 in.) crack 
is assumed. The fracture toughness of the disk material was measured to 
be as high as 90.2 MPa Vm (82 ksi Vin.) at 22°C (71°F); however, a fracture 
toughness would have to be about 24 MPa Vm (22 ksi Vu^) to give failure 
in 1500 cycles with the stress levels computed herein. The cyclic stress here 
computed is between 409 MPa (59.4 ksi) and 548 MPa (79.5 ksi), depending 
on the thermal analysis assumptions, whereas, the stress range suggested 
by the manufacturer must be approximately 861 MPa (125 ksi) to predict 
the failure under the condition which the manufacturer reports to exist. 
This stress level cannot be supported by the analyses performed herein. 
These analyses therefore suggest that a larger defect was present early in 
the disk life. The fracture mechanics calculations indicate a flaw of 8.6 to 
16.8 mm (0.34 to 0.66 in.) would be required to explain the failure origi­
nating at the inner rabbet for the stresses here computed, with Ki^ = 88 
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MPa Vm (80 ksi Viiv) and an interference fit of 0.20 mm (8 mil) between 
the wheel and the balance journal. 

Since the properties of the wheel should not have degraded in the service 
environment of only 288°C (550°F), it must be concluded that the burst was 
preceded by growth of a preexisting flaw to critical size (that is, the wheel 
had subcritical cracks when it went into service). 

The small, oxide filled, intergranular cracks in regions around rabbets 
and bolt holes were the obvious candidates for preexisting flaws. They 
appeared to have all the characteristics of quench cracks [11]. Therefore, 
an additional experiment was performed. A piece about 25 mm (1 in.) on 
a side and about 76 mm (3 in.) long was cut from one of the wheel fragments. 
After it was austenitized for 1 h at 843°C (1550°F), it was quenched into 
water, which caused it to split almost in two. There is no implication here 
that the wheel itself was quenched in water; the intention in this experiment 
was only to ensure the generation of quench cracks, and many small, oxide 
free, intergranular cracks were in fact produced in addition to the large 
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Split. The piece was then tempered for 12 h at 482°C (900°F) to simulate 
the final part of the heat treatment of the wheel. Oxide thickness in the 
small cracks after tempering measured 0.43 x 10"^ mm (0.17 x 10"Mn.). 
It will be appreciated that this oxide thickness, plus whatever oxide growth 
could occur in service at 288°C (550°F), could account for the observed 
scale on the small cracks in the wheel fragments if those cracks are quench 
cracks. 

At the time of this investigation, the occurrence of quench cracks could 
not be explained because machining after heat treatment removes a layer 
of metal thicker than is typically affected by quench cracks. Although it 
was known that the burst wheel and some others in the population had been 
heat treated a second time owing to a specification change that was instituted 
while the wheels were in the manufacturing process, it was believed that 
both heat treatments had preceded any machining. However, it was later 
discovered that a group of forgings, including this wheel, had been rough 
machined and center bored before the second heat treatment. Thus, there 
is good reason to suspect quench cracks as the preexisting defects. 

The primary question posed at the outset of this investigation was: To 
what degree is the failed wheel the same as or different from the other 
wheels in the "at risk" fleet? If all the wheels are essentially the same as 
the wheel that burst, the replacement recommendation was correct. How­
ever, it is very unlikely that they are all the same. Only those wheels that 
were heat treated a second time after rough machining should be retired. 
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ABSTRACT: A problem in operating pressure components under cyclic loading 
conditions is establishing an in-service inspection frequency to assure continued op-
erabiUty without threat of catastrophic failure. For some extremely high pressure 
components, this has been done on a rational basis by (1) establishing the regions of 
highest stress, usually thread roots or other local stress raisers in a high stress field, 
(2) estabhshing the minimum-size reliably observable crack-like defect, using proven 
inspection means, such as magnetic particle or eddy current testing, and (3) deter­
mining the number of design cycles this minimum otjservable crack needs to grow to 
critical size, using Paris law or analogous crack propagation relations, and then di­
viding the resulting number of cycles by a factor of at least three. This factor of three 
is based on retaining cyclic margin to failure, even if a given detect is below perceptible 
size at initial inspection and is missed during the next inspection. A factor of four 
would accommodate two consecutive failures to observe a defect. Methods have been 
also developed which permit modification of the inspection interval if the operating 
logs show the imposition of a distribution of operating cycles other than the design 
cycles upon the component. 

The methods described were originally developed and applied to predicting safe 
hfe and establishing inspection intervals for a hypervelocity wind tunnel. They have 
since been applied to commercial pressure vessels and for recertification of pressure 
vessels for the National Aeronautics and Space Administration. 

KEY WORDS: crack propagation, fatigue, fracture, high pressure, inspection, iso-
static press, pressure vessel 

Pressure vessels and other components which operate at very high pres­
sures—104 MPa (15 000 psi) and more—must be guarded against failure 
due to fatigue and fracture, particularly in the region of the closure. Several 
examples of these regions in such vessels are shown in Figs. 1 through 4. 

' Vice presidents, O'Donnell & Associates, Inc., Pittsburgh, PA 15236. 
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FIG. 1—Gas heater vessel. 

The design of these devices to withstand fatigue failure is difficult because 
high-strength steels must be used, in which yield strength and ultimate 
tensile strength are close to one another, and the common stress limit of 
one third ultimate tensile strength is usually exceeded. We have analyzed 
several failed vessels to determine the cause of failure and to see if we could 
analytically verify the cycles-to-failure sustained by these vessels. Using the 
fatigue design rules given in the American Society of Mechanical Engineers 
Boiler and Pressure Vessel Code, Section VIII, Division 2, we were able 
in most cases to predict that a failure would occur in approximately the 
number of cycles in which one actually took place. More generally, records 
of failure demonstrate that over 80% of structural failures in pressure vessels 
are cyclic in origin. 

The predominance of fatigue as a cause of vessel failure in general, and 
in high pressure vessels in particular, means that one cannot simply place 
such a vessel into service and forget it. The vessel must be inspected pe­
riodically to make sure that failure due to fatigue and fracture is not im­
minent. Of course, the problem becomes one of where, how, and how often 
to inspect the vessel to head off a fracture failure. 
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FIG. 2—Heater vessel plug. 

Crack Initiation and Growth 

A little background on how a component fails due to fatigue is appro­
priate. The sequence of events leading to fatigue-initiated failure can be 
somewhat arbitrarily divided into four phases, as follows: 

1. Cyclic straining of the metal in regions of existing surface irregularities, 
internal inclusions, and other volumetric strain risers initiates microcracks. 

2. A flaw grows to a size at which it can first be observed in an engineering 
sense. 

3. Continued cycling leads to continued crack propagation. 
4. Critical flaw size is reached, and the component fails. 
These phases are shown schematically in Fig. 5, and an apportionment 

of the fatigue curve between crack initiation and crack propagation is shown 
schematically in Fig. 6. 

Approach 

We have developed a rational approach to the determination of an in­
spection cycle to prevent fracture. This approach utilizes the predictabihty 
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ll'l 

R - l 

FIG. 3—Vessel, plug, and discharge nozzle. 

of the cyclic life of a component between the initial observation of a flaw, 
and the time the flaw has propagated to a critical size. First, stress analysis 
is used to establish the regions of high stress in a component, because 
observable flaws will develop first in a component in and around the regions 
of highest stress. Then a conservative evaluation is made of the minimum 
flaw which can be observed in a particular location, using a particular in­
spection method. Next, K^^, the critical stress-intensity factor for the material 
of interest, is used to determine the critical flaw or crack size at which fast 
fracture occurs. Then, using known data for daldN, the crack extension per 
cycle, the number of cycles required for the crack to increase from its 
minimum observable size to the critical size, is found. This number is then 
divided by an appropriate safety factor to guard against missing a defect 
during a specific examination, to estabhsh an acceptable number of cycles 
between examinations for flaws. 

Stress Analysis 

The stress analysis of high pressure vessels in general is a complex prob­
lem. It is made more difficult because no formal stress criteria exist in current 
U.S. codes and standards. However, stress analysis is used herein only for 
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FIG. 4—Close-up of interrupted threads. 

determining the level of stress as a function of pressure, so the fracture 
analysis previously outlined can be performed. 

A large body of experience exists for evaluating the stresses in threaded 
closures where the materials of construction have been well characterized. 
A key factor is that the friction forces between mating threads have been 
found to dissipate as threaded closures are subjected to repeated pressur-
izations. Thus, the effects of such friction forces are quite small after the 
first few cycles of operation. For conservatism, however, we analyze thread 
behavior with and without friction, and the condition which causes the worst 
stresses is assumed to exist. 

For the purpose of analysis by finite element methods, models were 
developed for each vessel. Overall closure models were used to calculate 
the thread loads in the threaded end closures. A computer-drawn scale plot 
of the overall model for one representative vessel is shown in Fig. 7. The 
scale is shown on the axes of the figure. A single detailed model of one 
thread was then prepared and used to calculate the maximum stress in the 
thread root due to the maximum thread load on each particular threaded 
end closure. A computer-drawn scale plot of this model is shown in Fig. 8. 
Most of the computer analyses were performed using the digital computer 
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FLAW SIZE,a 

NUMBER OF APPLIED 
LOAD CYCLES N-

REGION 1 - DIFFICULTY IN 
DEFINING FLAW SIZE (DIS­
LOCATION MICROCRACK, 
POROSITY, ETC.) 

FIG. 5—Schematic flaw growth curve. 

REGION 2 - FLAWS CAN 
FIRST BE OBSERVED IN 
AN ENGINEERING SENSE 

REGION 3 - CRACK 
GROWTH CAN BE 
OBSERVED 

progam ANSYS. The other analyses were performed using special computer 
programs or hand calculations or both. 

The overall model of each closure was used in conjunction with the 
ANSYS computer program to calculate the maximum loads and stresses in 
the closure due to internal operating pressure loading. These models contain 
many axisymmetrical isoparametric (STIF42) elements. The cylindrical por­
tion was modeled to a distance of approximately TTX. beyond the nonuniform 
portions of the closure, where X is the attenuation length. 

The nut and cylinder threads were modeled individually. The male and 
female threads were coupled by specifying thread interfaces to have the same 
displacements in the direction perpendicular to the thread tooth surface. 
This allowed the load to be transmitted from one thread tooth to the other 
with no sliding friction between mating threads. 

An internal pressure of 104 MPa (15 000 psi) was applied to the inside 
surfaces of the overall model. The load on each of the individual threads 
was then obtained from the computer results. The resulting maximum thread 
load was then converted into an equivalent uniform load and applied to the 
tooth surface on the detailed thread model. In addition, displacements from 
the overall model in the vicinity of the thread where the maximum thread 
load occurs were applied as boundary conditions on the edges of the detailed 
model. 

The detailed thread model shown in Fig. 8 is the model which was used 
to calculate the maximum stresses in the thread root for the closure. A 
computer-drawn stress-contour plot for these threads is shown in Fig. 9. 

Fracture Mechanics Evaluation 

The material from which this vessel and closure were made, is modified 
4340 steel, commonly known as "gun-steel." The ultimate strength of the 
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9 0 . 0 . 

8 0 . 9 

.1 W . 2 26. 3 35. S 

FIG. 7—Overall finite element model of buttress threads. 

vessel material is 1000 MPa (145 ksi) and its yield strength is 897 MPa (130 
ksi). Therefore, although ASTM Specification for Alloy Steel Forgings for 
High-Strength Pressure Component Application (A 723-80) was not yet 
issued when this vessel was built, its tensile properties fall about halfway 
between those of Class 2 and Class 3 material of that specification. 
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FIG. 8—Localized finite element model of buttress thread. 

This material is of reasonably low yield strength for modified 4340. For 
this material, Ki^ was found to exceed 3475 MPa Vmm (100 ksi ViiT); and 
this value was used in the fracture mechanics analysis. 

Figure 10 shows numerous data on the crack propagation rate, da/dN, 
for various 4340 steels. It is seen that they follow the well known Paris law, 
daldN = CoA/c" closely; and for this material, daldN = 0.66 x \0'\^ky^. 

For a thick-walled region containing a shallow surface defect (all = 0) 
oriented normally to the maximum surface stress, the critical crack depth, 
a„ is 

^Ic 

l.lS-aa^ (1) 

where 

a„ = critical crack depth, mm (in.), 
i^ic = fracture toughness, MPa Vmm (ksiVuT), and 

CT = maximum surface stress, MPa (ksi). 
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Min. S . I . = 18,576 psi 

Max. S . I . = 453,488 psi 

Increment between 
stress contours 
= 25,000 psi 

FIG. 9—Computer plot of stress contours for buttress thread. 

Now the number of cycles required to grow a flaw from an initial size to 
critical flaw size (failure), A', is found by integration to be 

N = 
(n - 2)CoM"'2Aa" V«[""''" 4""'"^ 

1 
(2) 

where 

Â  = number of cycles to failure, 
a, = initial crack depth, mm (in.), 
n = slope of daldN versus log A A" curve, 
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FIG. 10—Fatigue crack propagation in 4340 steel of various yield strengths. 

a„ = critical crack depth, mm (in.), 
Co = empirical imercept constant for AK in MPaVmm (psiVirT), 

ACT = applied cyclic stress range, MPa (psi), and 
M = 1.251T. 

For Ki^ = 3475 MPaVmm (100 ksiVin.), and for the stresses calculated 
for the representative region calculated above, a^ = 0.37 mm (0.0145 in.). 
Figure 11 shows, for this critical flaw size, the number of full pressure cycles 
required to increase the crack depth from any initial value to this critical 
size. 

The critical flaw size is so small relative to vessel wall thickness that small 
crack behavior governs: that is, the effect of the crack depth upon average 
stress in the section is negligible, and the effect of pressure within the crack 
is also negligible. 
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FIG. 11—Fracture mechanics evaluation of gas storage vessel threads. 

Minimum Observable Defect 

The number of cycles during which crack propagation proceeds before 
unstable crack propagation is estimated from the crack propagation func­
tion, daldN. When estimating a "safe" interval, an initial flaw or crack size 
(flo) must be assigned from which propagation starts at rate daldN. The 
assumed or measured initial size (ao) must equal or exceed the minimum 
flaw size reliably detectable by nondestructive evaluation (NDE). Larger 
flaws than this minimum will result in premature failures due to their faster 
growth rates. Thus, the prediction of the time to reach critical flaw size 
depends heavily on the ability to detect small flaws. Therefore, the estab­
lishment of the lower limit of flaw detectability with demonstrated reliability 
(probability of detection at a given confidence level) is a critical factor in 
the characterization of materials and structures. It is also an important 
element in determining the frequency of nondestructive inspection. 
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TABLE 1—Liquid penetrant and magnetic particle flaw sensitivity levels. 

Sensitivity 

Type 

Zyglo ZL-15 high sensitivity 
water-washable Hquid penetrant 
or other Group 1 or Group 6 
penetrant per NAVSHIPS 250-1500 

Magnetic particle with AC 
device or DE Parker-Probe 

Width 

10 to 20 (jLHi 
(0.0004 to 0.0008 in.) 

10 to 20 |xm 
(0.0004 to 0.0008 in.) 

Depth 

200 [Jim 
(0.008 in.) 

100 Mim 
(0.004 in.) 

The minimum observable defect size depends on the nondestructive eval­
uation technique that is used, the material, and the geometry. There are 
three potential ways of examining surfaces for crack-like defects in notches 
and similar areas of stress concentration at which they usually occur. These 
are eddy current inspection, magnetic particle examination (MT), and liquid 
penetrant examination (PT). Of these, eddy current examination is the most 
difficult to use. It has the highest sensitivity, but because it is difficult to 
use, especially in regions such as the roots of threads, it is not as practical 
or reliable as MT or PT. Therefore, MT and PT methods are commonly 
used to inspect surfaces, with the sensitivities shown in Table 1. 

The detection of surface defects is highly dependent on the width of the 
flaw. Therefore, the flaw depth that can be detected is really a function of 
the flaw width. Thus, the most significant parameter in Table 1 is the width 
measurement. 

The sensitivity levels given in Table 1 represent the best detection ca­
pabilities that can be expected using the most sensitive examination methods 
carried out by the best inspection personnel. These methods can be em­
ployed, but without the necessary high probability of detecting the small 
flaw sizes specified in Table 1. 

Other methods of examination, such as ultrasonic examination and ra­
diography, can be also used depending on the material and geometry to be 
inspected. For example, they are of no use on the buttress thread forms 
considered herein. The minimum observable defect size which these meth­
ods can detect must be established if they are employed to perform periodic 
inspections. 

In Ref. 3, data from test programs performed at several major aerospace 
corporations have been statistically evaluated to establish flaw sizes with a 
90% probability of detection and a 95% confidence level. Inspectors cer­
tified to Level II of MIL-STD-410, working to normal aerospace industry 
and military specifications, have been determined capable of detecting (with 
the 90/95 statistics) the "standard NDE" flaw size given in Table 2 (from 
Ref 3). 
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The flaw sizes shown in Table 2 are considered to be practical values for 
standard NDE capability for fracture analysis. After verifying that a quan­
titative NDE method is employed to inspect the component, the fracture 
analyst can safely assume that no flaw larger that the appropriate "standard 
flaw" will be present in the component. 

A further evaluation of the flaw detection statistics reveals that some 
inspectors consistently detect smaller defects than others and that an im­
proved level of flaw detection can be established. Test specimens carefully 
fabricated with known flaws are used to evaluate capabilities of the most 
qualified inspectors. An inspector who demonstrates the capability to detect 
smaller flaws while using a part-specific inspection procedure has been de­
termined capable of detecting (again with 90/95 statistics) the "special NDE" 
flaw sizes given in Table 2 (again from Ref 3). 

The inspection capabilities given in the "Standard NDE" column of Table 
2 are about what can be expected with normal commercial inspection tech­
niques and training. Thus, the data given in Tables 1 and 2 represent the 
range of inspection capabilities that can be expected. 

Initial analysis of the thread considered herein showed that the readily 
detectable flaw size from Table 2 was larger than the critical flaw size. 
Therefore, a combination of MT and expertly done eddy current testing at 
the thread roots was applied. For magnetic particle examination alone, 
Table 1 shows a minimum detectable depth of 100 [xm (0.004 in.). For 
conservatism, this minimum detectable depth was doubled, and an initial 
flaw depth of 200 |xm (0.008 in.) was assumed. 

Inspection Interval 

From Fig. 11, a flaw will grow from 8 mil to the critical size of 14.5 mil 
in about 42 cycles. If a flaw exists during one examination, and is just below 
the limit of detection, it could grow to cause failure in 42 cycles. If such a 
flaw exists, and is missed in an examination established to be performed 

TABLE 2—NDE capabilities. 

Inspection 
Method 

Penetrant or 
magnetic 
particle 

Ultrasonics 

Radiographic 

Flaw Type 

surface flaw 
(depth X length) 

embedded flaw 
(diameter) 

surface or 
embedded flaw 
(depth X length) 

Standard NDE 

0.19 X 0.38 cm 
(0.075 X 0.150 in.) 
or equivalent area 

2% thickness 

2% thickness 

Special NDE 

0.063 X 0.127 cm 
(0.025 X 0.050 in.) 
or equivalent area 
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every 21 cycles, the vessel could again fail at 42 cycles. Therefore, to insure 
against the presence of a flaw just below detectable size, and then the failure 
to see it on one subsequent examination, the inspection interval must be 
less than one half the number of cycles to increase the crack from detectable 
size to failure. We have typically used a factor of one third. Therefore, 
reinspection was recommended every 14 cycles. 

Modified Inspection Interval 

It is convenient to the user to maximize the interval between inspections. 
A way in which to do this is to account for the actual pressure loading 
imposed instead of basing the interval on design pressure loading. This can 
be done by rewriting the expression for daldN as 

^ = Co[Aaa'«Mi«]«/[l - Rf (3) 

where 

R = ^min/^max a u d 

ACT = CTdesign (AP/Pdesign)-

Thus Ad is reduced when a peak pressure lower than design is applied, 
or when pressure does not go totally to zero, but the damaging effect of 
mean stress is accounted for in the factor [1 - i?]. 

Following this procedure, the user can account for the actual damage 
imposed during operation, and when sufficient operation has accumulated 
so analysis shows that one third of the growth between minimum perceptible 
size and size for failure has occurred, the vessel is shut down for inspection. 
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ABSTRACT: Welded structures often contain flaws or crack-hke defects. The need 
to develop a reliable methodology to predict the fatigue crack growth behavior of 
such flaws, whether embedded in the body or exposed to the surface of the welded 
structure, is obvious. This paper describes the use of the analytical prediction meth­
odology implemented in a computer code, EFFGRO III, for performing the fatigue 
crack life prediction of an embedded flaw contained in a welded aircraft structure 
subjected to a fully reversed flight spectrum loading. Effects of residual stresses to 
the crack growth were accounted for in the analytical prediction. Results of the 
analytical prediction were compared to the test data. Good correlations were shown. 

KEY WORDS: fatigue (materials), crack growth, embedded flaw, residual stress, 
spectrum loading, 9Ni-4Co-0.2C steel 

In the research, development, test and evaluation (RDT&E) phase of an 
advanced aircraft, several full-scale design verification test (DVT) articles 
which represented major portions of the aircraft were built, and fatigue 
tests were conducted. The objectives of the full-scale fatigue tests were to: 

1. Demonstrate that the fatigue Ufe of the test article was greater than 
the design service life requirement when subjected to the design service 
load/environment spectra. 

2. Locate critical areas of the airframe which were not identified by 
analysis or component testing. 

3. Provide a basis for establishing special inspection and modification 
requirements for the fleet airplanes. 

All the full-scale fatigue tests were conducted in the test laboratory at 
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room temperature, ambient air environment conditions. The test loadings 
were flight-by-flight spectrum loads which were developed from the ana­
lytical design spectrum for each test article. One such DVT article identified 
as DVT-2 aft fuselage/empennage specimen, as shown in Fig. 1, was tested 
under the flight-by-flight empennage spectrum loads with 469.2 MPa (68 
ksi) maximum spectrum stress. Most of the load cycles were fully reversed. 
Figure 2 shows the peaks and valleys of a typical flight of this spectrum. 
After the application of 991 flights of the fatigue spectrum loadings, a 12.15-
cm (4.785-in.) crack was discovered on the exterior surface of the horizontal 
stabilizer spindle support fitting right-hand side plate. A sketch of the hor­
izontal spindle support fitting and the cracked region is illustrated in Fig. 
3. The fitting was a welded assembly of HP 9Ni-4Co-0.2C steel forging, 
heat-treated to 1380 MPa (200 ksi) ultimate tensile strength. Because of the 

S T A B I L I Z E R SUPPORT F I T T I N G 

FIG. 1—DVT-2 aft fuselage I empennage test specimen. 
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FIG. 3—Spindle support fitting and its cracked region. 

large thickness of the part, more than 100 weld passes were required to 
make the joint. The weld joint was in a double U-groove configuration. 
Partial stress-relief operation was performed after the welding. 

The cracked region was sectioned off from the test article. Fractographic 
analysis was then conducted. The crack was determined to originate from 
the inner surface of the weld runout hole. The initial flaw was identified as 
an intergranular anomaly, elliptical in shape. The initial crack depth was 
0.051 cm (0.02 in.). A fracture mechanics correlation study was conducted 
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by assuming: (1) no residual stresses, (2) residual stress stayed in constant, 
and (3) residual stress changed. Results of the correlations are shown in 
Figs. 4,5, and 6. It was concluded that the tensile residual stresses introduced 
through the welding process caused the "unexpected" fast crack growth in 
the test article, although a stress-relief operation at 510°C (950°F) was per­
formed after the welding of the test article. The detailed description of the 
correlation study was documented in Ref 1. 

The test article was repair-welded and put back into the test fixture, and 
the fatigue testing was continued. After the 1946 additional flights were 
applied to the test article, a 1.78-cm (0.7-in.)-long crack was detected on 
the surface of the left-hand side plate of the same spindle fitting during a 
routine visual inspection. From the ultrasonic signals measured in the cracked 
region, it was determined that the crack originated from the weld defect 
embedded in the weld joint. Fatigue crack growth analysis was performed 
in order to predict the remaining crack life and the residual strength of the 
damaged test article, such that a decision could be made if the costly full-
scale fatigue test should be continued. This paper describes the analytical 
crack growth prediction methodology, fatigue crack growth rate data, es­
timations of the residual stress distributions, and the stress-intensity factor 
solutions for an embedded flaw used in the analysis. 

Analysis Methodology 

The fatigue crack growth analysis was conducted, employing a modified 
version of an existing in-house crack growth computer code—the EFFGRO 
program [2]—which was developed at Rockwell and identified as EFFGRO 
III. This crack growth computer code is essentially a special integration 
routine where an initial crack size, a,, is given and the cyclic growth rate, 
da/dN, is calculated to yield the relationship between "a" and ' W for a 
structure containing cracks subjected to a given spectrum loading. A brief 
description of the methodology which was implemented into the modified 
EFFGRO is presented in the following paragraphs. 

Baseline Fatigue Crack Growth Rate Equations 

EFFGRO calculates crack growth in cyclic loaded structures, based 
on linear elastic fracture mechanics (LEFM) principles on a cycle-by-cycle 
basis. For tension-tension loadings, the Walker equation [3] is used in 
EFFGRO to model the fatigue crack growth rates on a cycle-by-cycle basis. 
The Walker equation can be expressed as follows: 

For AK > AK,i, 

da/dN = C[AK/(1 - Rf-'"]" 
O^R<R,,,\R = R (1) 
0 < R^R,„,\R = i?,„.+ 
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234 CASE HISTORIES INVOLVING FATIGUE AND FRACTURE 

For AK < AK,H 

da/dN = 0 

where 

C and n = materials fatigue crack growth rate constants, 
R = stress ratio, 
m = stress ratio collapsing factor, and 

AK = crack tip stress intensity factor range. 

The i?cut̂  is the cutoff value of the stress ratio above which no further stress-
ratio layering is shown in a da/dN versus A^ plot. 

The AK,h is the threshold of AK. The values of AK,h are assumed to be 
varied with respect to stress ratios in the following manner 

AK„ = (1 - R) Aî ,ho (2) 

where 

A t̂ho = threshold value of AK obtained from the R = 0 test. 

For tension-compression load cycles, the crack growth rate equation pro­
posed by Chang is used [4] 

da/dN = C[(l - R)" /C„,J", R<0 (3) 

where 

C and n = material's fatigue crack growth rate constants identical to 
those used in the tension-tension load cycles, and 

m̂ax = stress-intensity factor corresponding to the maximum stress 
of a load cycle. 

The exponent qf in Eq 3 is the "acceleration index" for negative stress 
ratios. For a specific negative stress ratio, q can be determined by 

q = [ln(r)/ln(l - R)]/n, R<0 (4) 

where 

r = ratio of the crack growth rate at a specific negative stress ratio to 
its K = 0 counterpart measured from tests, and 

n = baseline fatigue crack growth rate constant determined from the R 
= 0 crack growth data. 

For a given negative stress ratio, there is a corresponding q. However, to 
simplify the calculation procedure (and eliminating a large test program), 
an average q is used in EFFGRO III for a range of negative stress ratios. 
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Load Interaction Model 

For tension-tension load cycles, EFFGRO III employs the Vroman re­
tardation model [2] to account for the overload retardation effects on crack 
growth rates. The Vroman model utilizes the effective stress-intensity factor 
range concept which reduces the value oi AK by the following relationship 
when an overload cycle is existing 

^K,„ = AK - 0.333[(fl„, + Ry,i - fl)/i?,„,)/:„,ax„, - K^..] (5) 

where 

a„, and fcnax^, are the crack size and stress-intensity factor value corre­
sponding to the previously applied tensile overload, and 

Ryoi is the radius of the plastic zone produced by the tensile overload. 

It is determined from 

R,,, = — {K^^JF^f (6) 
aiT 

where 

F,y = material yield strength, and 
a = plane stress/plane strain coefficients. 

For the plane stress condition, a = 2. For the plane strain condition, 
a = 6. 

For variable amplitude loadings which contain tensile overload cycles, 
EFFGRO III calculates the fatigue crack growth rate in terms of AÂeff as 
follows 

daldN = C[AKJ{\ - ^f--"]" 

0^ R<R,,,\R. = R (7) 
0 < R^R,,,\R = Reu,̂  

Since the numerical value of AK^ff is always less than AK when the over­
load is existing, the corresponding value of the fatigue crack growth rate is 
smaller than its constant-amplitude loading counterpart; this results in crack 
growth retardation. 

Effects of Residual Stresses 

For a welded structure containing residual stresses, u,^^, under a remotely 
applied tensile stress, u^, the resultant stress-intensity factor concept pro­
posed by Elber [5] was adopted to account for the residual stress effects to 
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the crack growth. The resultant A^-factor can be expressed as 

K* = PCT^V™ + (T,es VlTfl (8) 

or 

K* = (PCT„ + CT,es) Viva (9) 

where 

(3 = geometrical correction function on a stress-intensity factor for a 
crack with a size a. 

The maximum and minimum resultant ^-factors during a loads cycle are 
then 

The resultant stress-intensity factor range and stress ratio are calculated 
based on the resultant ^-factor as 

AK* = Kl,, - KZin = P (cT»n,ax " tTo.n„„) V ^ = AK^ 

(PCToomax + Cr„s) 

The fatigue crack growth rate equation is expressed in terms of these 
resultant parameters as follows 

da/dN = C[AK/(l - R*)''"]", /?* > 0 

da/dN = C[(l - RyKl,,]", R* < 0 

Hence, if the magnitude and distribution of the residual stress is known, 
its effect to the fatigue crack growth rate can be accounted for using Eq 
12. Note that if the residual stress is in tension, R* > R; the result is faster 
growth rate. On the other hand, if the residual stress is in compression, 
R* < R, which results in slower growth rate. The effect of the compressive 
residual stress introduced through the welding process is equivalent to the 
compressive residual stress introduced by tensile overload in many retar­
dation models such as the Willenborg retardation model [6]. The same effect 
has been discovered for crack growth at a cold worked fastener hole [7,8]. 
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Stress-Intensity Factor Solutions 

EFFGRO III consists of a CRACK-LIBRARY module which is a col­
lection of many subroutines, each containing the stress-intensity factor equa­
tion for a specific crack configuration such as the surface flaw, a corner 
crack at a fastener hole, etc. A crack code system is used to execute each 
subroutine. For an embedded crack, the opening mode stress-intensity fac­
tor implemented into the CRACK-LIBRARY is 

Kj = ME y ^ (13) 

where ME is the magnification factor for an embedded flaw in a finite 
thickness plate which is a function of eccentricity and the crack depth. 

The quantity " g " is a combined factor or the elliptical shape normalizing 
factor, O, and the ratio of the applied stress to the material yield strength, 
ffy, as 

e = $2 - 0.212 (CT/(T )̂2 (14) 

Values of $ are the complete elliptical integral of the second kind, which 
can be expressed as 

O = f'" (Vl - (1 - 4^') sin^e) dQ, i = a/2c (15) 
Jo 

After the embedded flaw breaks through one of the free surfaces, it 
becomes a part-through crack (surface flaw). The Mode I stress-intensity 
factor for a surface flaw used in EFFGRO is expressed as 

K, = Mf {ale) M, {alt, ale) M^\-\ A — (16) 

where Mf and M^ are the front and back face correction factors, respectively. 
For various ale and alt values, Mf and M,, are shown in Tables 1 and 2. 
They are derived from the results reported by Kobayashi and Moss [9] and 
Shah and Kobayashi [10\. 

In EFFGRO III, the width correction function M„ used in the stress-
intensity factor solution is the Tada's modified secant function which takes 
the following form [//] 

M,, = [1 - 0.025 {lelwf + 0.06 {lelwf \/sec( —) (17) 
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TABLE 1—Surface crack front face correction factor. 

ale 

M, 

0 

1.12 

0.1 

1.11 

0.2 

1.1 

0.4 

1.08 

0.6 

1.06 

0.8 

1.04 

1.0 

1.03 

Analytical Crack Growth Prediction 

The analytical crack growth prediction was performed by running EFF-
GRO III with the following inputs: 

Structure and Crack Geometries 

Thickness {t): 2.718 cm (1.07 in.) 
Width (w): 21.59 cm (8.5 in.) 
Initial embedded flaw size: a, = 0.051 cm (0.02 in.) 

2c, = 0.203 cm (0.08 in.) 

Material's Crack Growth Constants and Fracture Properties 

C = 5.376 X 10-1' (psi unit) 
n = 2.99 

m = 0.4, q = 0.3 
i?,„,+ = 0.75, 7?eu.' = - 0 . 3 
LK,h = 6.05 MPa V m (5.500 psi ViiT) 

K,, = 181.5 MPa V m (165 000 psi Vim) 
K, = 253 MPa Vm (230 000 psi VitT) 
^^ = 1242 MPa (180 000 psi) 

Residual Stress Profile 

a, cm (in.) (T,^^, MPa (psi) 

0 (0) -207 ( - 3 0 000) 
0.635(0.25) +138 ( + 20 000) 
1.27 (0.50) - 6 9 ( - 1 0 000) 
1.905(0.75) +69 ( + 10 000) 
2.718 (1.07) 0 (0) 

The material crack growth rate constants used in the analysis are shown 
in Fig. 7. They were derived from the baseline constant amplitude test data 
generated from a previous experimental program [12]. The residual stress 
distribution across the thickness of the uncracked sideplate containing the 
double U-groove weld joint was best estimated from the X-ray diffraction 
measurements. The relaxation of the residual stresses during the crack growth 
under cyclic loadings were considered in the analyses, as shown in Fig. 6. 
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TABLE 2—Surface crack back face correction factor. 

\^^a/t 
a/c\. 

0.1 
0.2 
0.4 
0.6 
0.8 
1.0 

0.0 

1.0 
1.0 
1.0 
1.0 
1.0 
1.0 

0.2 

1.02 
1.0 
1.0 
1.0 
1.0 
1.0 

0.3 

1.04 
1.02 
1.02 
1.0 
1.0 
1.0 

0.4 

1.05 
1.03 
1.01 
1.01 
1.01 
1.0 

0.5 

1.08 
1.06 
1.04 
1.02 
1.02 
1.01 

0.6 

1.13 
1.10 
1.07 
1.05 
1.04 
1.02 

0.7 

1.20 
1.16 
1.13 
1.09 
1.07 
1.05 

0.8 

1.36 
1.27 
1.20 
1.16 
1.13 
1.10 

0.9 

1.76 
1.53 
1.37 
1.28 
1.24 
1.19 

This phenomenon has been studied by many investigators [13,14]. Rad-
hakrishnan et al estabhshed a functional relationship of the decay of the 
residual stress to the applied number of fatigue load cycles. In the current 
work, it was assumed that the tensile residual stress near the surface de­
creased 50%. It was further assumed that when the crack grew through the 
thickness of the sideplate, the residual stress vanished. 

The test flight spectrum as shown in Fig. 2 was used in the analytical 
prediction. The fatigue spectrum applied on the test article was the hori­
zontal stabilizer spindle support fitting spectrum in a flight-by-flight format. 
Each flight contains 138 load steps. The total cycles in one flight were 239. 
The maximum spectrum stress was 469.2 MPa (68 000 psi) which applied 
once for every 100 flights. Most of the load steps in this spindle support 
fitting spectrum are fully reversed, that is, 7? = - 1 . 

The growth behavior of the embedded flaw with an initial size, a, = 0.051 
cm (0.02 in.), and an aspect ratio, a/2c = 0.25, was predicted by running 
EFFGRO III using the previously listed crack growth rate constants and 
parameters. Figure 8 shows the prediction which indicated that under the 
applied fully reversed spectrum loading, an embedded flaw contained in 
the weld-joint with an initial size, a, = 0.051 cm (0.02 in.), c, = 0.102 cm 
(0.04 in.), would grow to a surface crack, c = 1.778 cm (0.7 in.), after 2250 
flights; and the test specimen would fail at 2275 flights. The 1.718 cm (0.7-
in.) half length surface crack was discovered after the application of 2937 
flights of spectrum loading. In comparison to the analytical prediction, a 
good correlation was shown (within 25%). It demonstrated that the residual 
stress profile established in the previous correlation study on the surface 
crack growth in the right-hand side-plate was adequate. 

The predicted growth indicated that not much life remained in the cracked 
test article (25 flights), so it was decided to continue the test until the surface 
crack grew through the outer face of the sideplate. After the test was 
restarted, the crack growth was carefully monitored. The crack was detected 
to finally break through the outer face just after the application of 30 flights 
of the spectrum loading. Compared to the analytical prediction of 25 flights, 
the prediction was considered to be very good. 
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FIG. 1—Material properties, HP 9Ni-4Co-0.2C steel. 

Concluding Remarks 

A case study of employing state-of-the-art linear elastic fracture me­
chanics technology to predict the fatigue crack growth behavior of an embed­
ded flaw contained in the welded aircraft structure has been presented. 
From the result of this study, the following conclusions were drawn: 

1. Use of linear elastic fracture mechanics as the analytical tool for pre­
dicting the growth behavior of an embedded flaw contained in the 
welded aircraft structure is adequate. 
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242 CASE HISTORIES INVOLVING FATIGUE AND FRACTURE 

2. Residual stresses play a very important role for a flaw or a crack 
growing in the welded structure. The residual stress effect to the crack 
growth behavior should be accounted for in the analysis. 
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ABSTRACT: During depot maintenance of a U.S. Air Force F-15 fighter aircraft, 
cracks were discovered in the wing upper spar cap at the inboard end of the spar. 
Since the upper spar cap is a compression member during normal flight, these cracks 
were an unanticipated phenomenon which required extensive fatigue and fracture 
mechanics analyses. The tensile stresses resulting from maneuvers and landing were 
not considered sufficient to cause cracking. Investigation indicated that the local 
stresses around holes in the compression-loaded spar cap exceeded compression yield, 
and, upon unloading, residual tensile stresses were induced at the holes. To determine 
this cause and the exact nature of service loadings, analytical and experimental studies 
were performed. A large, detailed finite element model was constructed to determine 
the local loads in the area of fastener holes. A comprehensive program of element 
specimens subjected to spectrum loading was also conducted to simulate the in-service 
cracking and determine the effectiveness of various repair configurations. Crack 
initiation and crack growth characteristics were obtained from the tests. 

The number of flight hours to crack initiation at the side of the critical fastener 
hole was predicted. Crack growth analyses were made using a contact stress model 
computer program, modified to take into account the residual stresses adjacent to 
the fastener hole. The results of this crack growth analysis are being used to guide 
Air Force planning for in-service modifications of aircraft. 

KEY WORDS: crack propagation, fatigue (materials), design, stress analysis, plastic 
properties, mathematical prediction, residual stress 

The past decade has been a period of great effort and achievement in 
the field of aircraft fatigue and fracture analysis. In the mid 1970s the U.S. 
Air Force introduced the philosophy of durability and damage tolerance 
analysis (DADTA) based on fracture mechanics principles. This analysis 
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244 CASE HISTORIES INVOLVING FATIGUE AND FRACTURE 

was used to predict crack growth and subsequent inspection intervals for 
both in-service and new aircraft as part of its aircraft structural integrity 
program (ASIP) [1,2]. Since that time numerous baseline DADTA assess­
ments of U.S. Air Force aircraft have been conducted by various airframe 
manufacturers with guidance from Air Force steering groups comprised of 
Aeronautical Systems Division, Flight Dynamics Laboratory, and Air Lo­
gistics Center personnel. All of these baseline assessments, such as the one 
reported in Ref 3, focused on developing crack growth curves and making 
inspection recommendations for the various critical areas of the airframe 
being studied. The determination of the critical areas to be evaluated is an 
exhaustive process which requires identification of high design stress areas, 
local geometric stress concentrations such as radii and joints, fatigue test 
article results, and in-service crack findings. 

It is virtually axiomatic that fatigue cracking occurs in a tensile stress 
field; hence, the DADTA sieving of critical areas has naturally concentrated 
on the tension-designed components of an airframe such as the lower wing 
skin. There are, however, unusual instances where the unexpected can occur 
such as this paper will discuss. Several years ago, cracks were found during 
depot maintenance in the upper spar cap of a U.S. Air Force F-15 fighter 
aircraft at the very inboard end of the intermediate spar as shown in Fig. 
1. All of the cracks radiated from either 7.94 or 3.18-mm-diameter fastener 
holes located in the spar cap flange where the net section was reduced by 
the machining of a wing fuel seal groove. The 7.94-mm fasteners attached 
the aluminum upper skins to the titanium spar and 3.18-mm fasteners at­
tached a plate nut gang channel to the inside of the spar cap. The cracks 
originated at approximately 45 deg to the spar axis and propagated toward 
the edge of the seal groove. The upper spar cap is loaded primarily in 
compression during normal flight due to up-bending on the wing. Since the 
maximum tensile loads are only 26% of the maximum compressive loads, 
the structure had been thought to be resistant to fatigue cracking. The 
appearance of the cracking in aircraft with 1000 to 1500 service hours was 
an unanticipated phenomenon. Since all of the compression load in the 
upper flange is reacted through the upper lug which is attached to the spar 
web and not directly to the flange, the internal stresses concentrate at the 
inboard end of the flange. This concentration of stress coupled with the 
reduced section at the seal groove caused the stresses at the fastener holes 
to exceed compressive yield, and, consequently, residual tension stresses 
occurred after unloading. 

This paper will delineate the extensive analytical and experimental study 
which was necessary to determine the exact nature of this cracking phe­
nomenon. A large, detailed finite element model was developed to deter­
mine the local stresses at the fastener holes in the seal groove as well as 
the overall stresses in the flange. The complementary experimental study 
was comprised of a comprehensive test program of element specimens tested 
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FIG. 1—Cracking location in wing upper spar cap. 

under spectrum loading to simulate the observed in-service cracking. This 
experimental investigation produced crack initiation and growth behavior 
for the as-built spar configuration as well as potential repair modifications. 

This paper will also discuss the predictions of the flight hours during the 
crack initiation and crack growth phases. These analytical predictions are 
based on actual recorded average flight loads and notch stresses and strains 
at critical fastener holes. A contact stress retardation model with an addi­
tional residual stress intensity term to account for the effect of the residual 
stresses adjacent to the fastener hole is utilized for the crack growth pre­
dictions. The analysis predicts the crack will grow rapidly in the seal groove 
due to a residual tension stress field, but then the growth rate will slow 
appreciably as the crack propagates into the full thickness of the flange 
where the residual stress level is reduced. This analysis procedure also 
verified the efficiency of repairs for operational aircraft in which cracks 
are found and the improvement to new production aircraft by relocating 
the seal groove and increasing the thickness of the spar cap. 

Service Loading 

The first step of any fatigue investigation is defining the service loading 
which is applied to the structure. It was fortunate that the F-15 had extensive 
data recorded from direct data measurements of wing loading for typical 
F-15 usage. Data were collected for 4469 flight hours using signal data 
recorders. These devices, which are installed in 20% of the fleet aircraft, 
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continuously record 22 flight parameters on a tape cassette at rates from 1 
to 30 times a second, depending on the parameter. The data are processed 
into a format usable for fatigue spectrum development. These data allowed 
calculation of a typical wing loading spectrum for the F-15 as summarized 
in Fig. 2. The maximum up- and down-bending loads in 1000 service h are 
115 and - 30% of limit load respectively. Up-bending on the wing produces 
compressive loads in the upper spar cap in the critical area. Bending moment 
for the wing at limit load is 0.884 MN m at the wing root where the wing 
attaches to the fuselage. 

Finite Element Analysis 

The original finite element analysis for the wing, performed 15 years ago, 
utilized too coarse a grid to determine local stresses around holes. That 
early model had indicated gross stress levels of only - 345 MPa in the wing 
spar. 

A new finite element model was thus constructed with greater detail to 
more accurately define the local loads around the fastener holes. The finite 
element analysis was conducted using the NASTRAN computer program. 
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FIG. 2—Fatigue spectrum cumulative exceedances. 
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Six model substructures were developed using quadrilateral and triangular 
membrane elements. These substructures simulated the upper spar cap, 
lower spar cap, spar web and upper lug, the closure rib, and the forward 
and aft upper skins as shown in Fig. 3. The two dimensional substructures 
were connected together to provide a three dimensional arrangement. The 
spar cap substructure is shown in Fig. 4 with location of the seal groove 
and fasteners noted. Shear load transfer between the skin and spar cap was 
provided using rod elements. Rod stiffnesses were selected to provide fas­
tener flexibility using the relationships of Barrois [4]. Membrane thicknesses 
identical to the airplane configuration were used. In the vicinity of the hole 
the thickness at the seal groove is 2.29 mm, and the basic flange thickness 
is 3.81 mm. 

Stresses were predicted using the model for two loading conditions: wing 
up-bending and wing down-bending. These conditions produce compression 
and tension loads, respectively, in the upper spar cap. External loads in­
troduced through the upper skins, spar web, spar lug, and closure beam, 
and the spar cap had been determined from the earlier finite element analysis 
of the entire wing structure. Both the fastener bearing stress and the through 
stress levels were found to peak at the innermost hole in the seal groove 
adjacent to the web. Fastener bearing stresses of 1540 and 441 MPa and 
through stresses of - 903 and 262 MPa for the 115% up-bending and - 30% 
down-bending conditions, respectively, were predicted. The predicted stress 
levels decreased rapidly outboard of the critical fastener hole. 
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FIG. 3—Sketch of area modeled. 

Copyright by ASTM Int'l (all rights reserved); Wed Dec 23 18:32:03 EST 2015
Downloaded/printed by
University of Washington (University of Washington) pursuant to License Agreement. No further reproductions authorized.



248 CASE HISTORIES INVOLVING FATIGUE AND FRACTURE 

Seal Groove -

Fastener Locations 
Typical 

FIG. 4—Spar cap substructure. 

Cause of Cracking in Compression Flange 

Elastic stresses adjacent to the fastener hole were calculated by super­
imposing three separate stresses, determined from the finite element anal­
ysis, as shown in Fig. 5. These stresses are the fastener bearing stress /;,„ 
the through stress /„ and transverse stress /„. Using stress concentration 
factors from the literature [5-7], the sum of these stresses times the elastic 
stress concentration factors were calculated to be -2137 and 1400 MPa, 
for the 115% up-bending and -30% down-bending load conditions, re-

Outboard 
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t«„.r = 2.29mm 

f = -90 .3 MPa for 115% Up Bending 
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Direction of 
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FIG. 5—Calculation of elastic notch stresses. 
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spectively. The stress concentration for a compression bearing load as given 
in Ref 8 was reduced by 50% to agree with previous finite element analysis 
work of the authors. The -2137 MPa elastic stress at the hole wall cor­
responding to the 115% up bending load is considerably above the -930 
MPa compressive yield stress of the 6A1-4V mill annealed titanium from 
which the spar cap is made; hence, extensive compressive yielding is ex­
pected for that condition. 

Upon unloading, a high residual tensile stress results as shown in Fig. 6. 
Subsequent compressive loading produces a stress range from the positive 
residual value to a lower stress value depending on the load apphed. A 
typical hysteresis loop for a - 5 % ground load to a -1-95% air load back to 
a - 5 % ground load is shown in Fig. 6. Every load cycle thus has a high 
positive peak stress, and becomes effective for initiating and propagating a 
fatigue crack. 

Crack Initiation Analysis 

The crack initiation hfe for the upper spar cap was developed using the 
crack initiation model of Rich and Impellizzeri [8]. This procedure predicts 
stresses and strains at the edge of the stress concentration using the Neuber 
notch analysis and calculates damages based on closed hysteresis loops. 
Through correlation with many previous element test results, the model has 
been shown to accurately predict the initiation of a 0.25-mm crack. 

The crack initiation life as a function of S^rO" is shown in Fig. 7 for the 
wing spar upper cap. A crack initiation life of 720 h for the critical hole 
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Residual Tension 
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FIG. 6—Stress strain cycles at fastener hole. 
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FIG. 7—Crack initiation life curve for wing upper spar cap. 

location in the upper spar cap is predicted for a nominal notch stress of 
1400 MPa. The 720-h crack initiation life agrees favorably with the observed 
in-service crack initiation lives of approximately 800 to 1000 flight h for the 
F-15 fleet. 

Crack Growth Analysis 

Spectrum crack growth analyses were conducted using the Contact Stress 
Model computer program of Dill and Saff [9]. The contact stress model 
accounts for crack growth retardation under spectrum loading based on 
contact stresses left in the wake of the moving crack. An additional residual 
stress intensity term was added to account for residual tensile stresses ad­
jacent to the fastener hole similar to investigations by Impellizzeri and Rich 
[S,iO]. The effective stress intensity, êffj is given by the following equation 

K, eff -'*• applied ' -'*-rt 

âpplied is the stress intensity determined using the slice synthesis method of 
Fujimoto [11] for the stress gradient shown in Fig. 8. This stress gradient 
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FIG. 8—Stress gradient for 115% up-bending load on wing. 
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50 

had been determined from the finite element analysis and the elastic notch 
analysis discussed previously. The peak stress at the hole wall is -2137 
MPa, and the stress decreases in magnitude rapidly to the edge of the seal 
groove where it is reduced even further to approximately — 655 MPa as a 
result of the increased spar cap thickness. 

The term /̂ residual represents the residual stress intensity determined using 
the residual stress gradient shown in Fig. 9 which exists after application 
and removal of the 115% load. The tension residual stress at the hole wall 
is 1070 MPa and decreases to zero at a distance of 1.8 mm from the hole 
wall. Figure 10 shows that the residual stress intensity factor peaks at 35 
MPa Vm at approximately 0.6 mm and decreases to zero at 7 mm. 

The predicted crack growth, as shown in Fig. 11, has three distinct growth 
stages. The first stage exhibits very rapid crack growth. The cracks on each 
side of the hole propagate quickly from 0.25 mm corner cracks into through-
the-thickness cracks in the region of high positive residual stress intensity. 
In this region, every cycle in the fatigue spectrum causes the crack to grow 
a finite amount, because the positive residual stress intensity is so large. 
Once the crack reaches the edge of the seal groove the residual stress 
intensity factor has decayed. The crack is predicted to grow in this second 
stage only during the few positive, wing down-bending, load cycles in the 
spectrum. The predicted crack growth rate is also slower in the second stage 
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FIG. 9—Residual stress gradient resulting from compression overload. 
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F IG. 11—Crack growth prediction. 

since the stress is decreasing due to the stress gradient effect and due to 
the thicker part of the spar cap. The third stage of predicted crack growth 
occurs when the crack is in the vicinity of the spar web where there is a 
shght influence of the web. The total crack growth life is predicted to be 
27 000 flight hours. The total life prediction of 27 720 h is the sum of the 
crack initiation and crack growth lives. Although catastrophic failure of the 
wing structure is not a problem with such a long crack growth life, there is 
a potential for fuel leakage which could impair the use of the wing as a fuel 
tank and release potentially hazardous fuel vapors. This consideration is 
discussed in a later section on redesign and repair. 

Element Test Program 

A comprehensive test program of element specimens subjected to spec­
trum loading was conducted to simulate the in-service cracking and to de­
termine the effectiveness of various repair configurations. The test speci­
men, shown in Fig. 12, consisted of two, 102-mm-wide sheets of 6A1-4V 
titanium. One sheet was 406 mm long and was loaded at both ends of the 
specimen. The second sheet was 235 mm long loaded at one end of the 
specimen and attached to the other sheet with a fastener located in the 
center of the specimen. The fastener was located in a machined seal groove 
along with a 3.18-mm-diameter hole and rivet. The rivet was through only 
one sheet and did not transfer load from one sheet to the other. The spec­
imens were loaded with a spectrum simulating the upper spar cap load 
environment. The baseline tests simulated the original aircraft configura-
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FIG. 12—Spar cap seal groove element specimen configuration. 

tion. Subsequent tests simulated various repair configurations, many of 
whicli did not improve the crack initiation life. 

The baseline configuration specimens were found cracked after 1000 to 
3000 simulated flight hours of testing. The cracks in the specimens were 
similar to those found in F-15 airplanes with approximately the same number 
of flight hours. The results of the baseline test are shown in Fig. 13 along 
with a prediction of crack growth. The prediction was similar to that for 
the spar cap except for the difference in specimen geometry. Even though 
cracks in the specimens initiated quickly, all baseline specimens lasted 32 000 
h without failure. 

Repair and Redesign 

Although the total predicted life for the wing spars is several times the 
F-15 service life of 8000 h, repair and redesign as shown in Fig. 14 are 
necessary to ensure that fuel leakage does not occur. Redesign for future 
production airplanes was easily defined, as shown in Fig. 14. The seal groove 
was relocated to the second fastener row where the stress levels are lower 
in magnitude, the spar cap and web were made thicker, and larger diameter 
fasteners were installed. This change was evaluated by test and analysis. The 
basis for the analysis was a revised finite element model. The test and 
analysis showed that the crack initiation time for the redesign was greater 
than 32 000 h. 
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FIG. 15—Operational limits for wing spar. 

Several different repair concepts were evaluated by element test using 
the specimen defined previously. Many concepts were tried and discarded 
as inadequate. The following concepts, however, were found to reduce the 
early cracking and are being used to repair aircraft. The use of a 15.875-
mm-diameter interference fit fastener at the critical corner location as shown 
in Fig. 14 was found to increase the crack initiation time to 22 000 h. The 
15.875-mm fastener was large enough to effectively span the groove and 
could transfer compressive stress across the groove without magnifying the 
stress as much as the 7.94-mm-diameter baseline clearance fit fastener. The 
interference fit also causes a reduction in the stress concentration at the 
hole wall. This concept is being used to repair aircraft when the cracks are 
small enough to be removed by machining the hole for the 15.875-mm 
fastener. 

For longer cracks, a large diameter hole is required to clean up the crack. 
For these holes, special 38.1-mm-diameter steel interference fit bushings 
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are used for repair as shown in Fig. 14. As with the 15.875-mm fastener, 
these bushings also span the seal groove and were found by the element 
tests to increase the crack initiation time to between 20 000 and 32 000 h. 
In addition, a seal groove was machined in the steel bushings to bypass the 
critical fastener hole. 

Interference fit 9.5-mm-diameter fasteners are used in both of the pre­
viously mentioned repair concepts to provide required life at the other 
fastener holes adjacent to the critical hole. This diameter of fastener at the 
corner hole had been shown by test to be inadequate because it did not 
bridge the seal groove. The stresses at the outboard holes were low enough 
so that the smaller diameter interference fit fasteners provided sufficient 
stress concentration reduction to provide 24 000 h of life. 

Three operational limits were developed for all baseline, repair, and 
redesign configurations to aid the Air Force in force planning. The safety 
limit is equal to the crack growth life for an initial crack to grow to critical 
size when catastrophic failure of the spar would occur. The functional im­
pairment limit is the time for an initial crack to grow to a size large enough 
for fuel leakage. The economic repair limit is the time for the initial crack 
to grow to a size that would be too large for repair by the 38.1-mm-diameter 
bushings and would require a more costly repair. 

The operational limits for the baseline, the 15.875-mm interference fit 
fastener and the 38.1-mm-diameter bushing configurations are shown in 
Fig. 15. The safety limits are all equal to or in excess of two 8000-h lifetimes. 
The safety limit is longer for the baseline 7.94-mm fasteners than for any 
of the repairs. The repairs all have larger diameter holes which influence 
the crack growth for a greater distance than the baseline. However, when 
there are no cracks, these repair configurations increase the crack initiation 
time and make the functional impairment hmit longer. 

Conclusions 

Compression loaded structures should receive attention with regard to 
fatigue and fracture mechanics analyses as do tension loaded structures. 
State of the art fatigue and fracture analyses give accurate predictions of 
in-service crack initiation and crack growth provided residual stresses are 
included. The analyses were useful for the F-15 aircraft in defining limits 
when aircraft are Ukely to have cracks and when they must be repaired. 
The Air Force is using these limits as one of the criteria for rotating aircraft 
into its overhaul facility. 
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ABSTRACT: The paper shows how fracture mechanics can be used on data given 
in the accident report of the crash of a Boeing 707 at Lusaka to predict the fracture 
toughness of the material from which the cracked component was made, and to 
estimate the load transferred within the stabilizer by the arrest of this crack. 

KEY WORDS: fracture, horizontal stabilizer, Boeing 707, crack modelling 

Aircraft G-BEBP was a Boeing 707-321C airfreighter which, on 14 May 
1977, was operated by Dan-Air Services Ltd. on a nonscheduled interna­
tional cargo flight carrying palletized freight from London Heathrow to 
Lusaka International Airport. There were intermediate stops at Athens and 
Nairobi from which a fresh crew took off for Lusaka. The flight was normal 
all the way. On receiving final clearance for landing at Lusaka the pilot 
selected 50° flap which was followed six seconds later by a loud "break-up" 
noise on the cockpit voice recorder, recovered after the accident. 

Eye-witnesses on the ground saw a piece of the aircraft fall away in flight 
and, in fact, after the crash the complete right hand stabilizer and elevator 
assembly (Fig. 1) was found some 200 m back along the flight path from 
the main wreckage. The six occupants of the plane were killed, probably 
immediately on impact of the plane with the ground. There were no other 
people injured. 

The accident was notified by Dan-Air Services Ltd. to the Accidents 
Investigation Branch of the British Department of Trade some 2 h after its 
occurrence. After an initial investigation, the Zambian authorities delegated 
the whole of the inquiry to the United Kingdom, and the report [i] of the 
inquiry team is the major document upon which this case study is built. 

The inquiry concluded that the origin of the accident was a fatigue failure 

' Lecturer, Department of Mechanical Engineering, The University of Sheffield, Sheffield, 
U.K. 
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(a) General view with the location of the crack in G-BEBP arrowed. 
(b) Structure. 

FIG. 1—Boeing 707-300 series/400 series horizontal stabilizer. 

of the top chord of the stabihzer. This had eventually propagated in overload 
through the structure of the stabilizer (Fig. 2), this fracture severing the 
stabilizer from the body of the aircraft as the stabilizer was bent downwards 
by the 50° flap maneuver on the approach to Lusaka. The propagation of 
the crack was, however, not simple since it consisted of a sequence of 
advances in fatigue interrupted by major static crack jumps. 

This case study uses linear elastic fracture mechanics (LEFM) to inves­
tigate the first static jump of the crack in two ways. Firstly, the fracture 
toughness of the material of the crack was estimated from the estimated 
load [1] in the chord at the point of fracture. Good agreement is achieved 
with published [2] values of the aluminum alloy from which the chord was 
made. The major difficulty in this problem is due to the complex geometry 
of the fracture. Without access to three-dimensional finite element solutions, 
the assessment must involve a degree of approximation. This is accomplished 
by the use of published data [3] on the stress-intensity factor in a bar 
weakened by a quarter-circular corner crack. This solution is modified by 
a correction factor that takes approximate account of the elevation of the 
stress-intensity factor due to the geometry of the published solution being 
for a smaller crack than that in the failed chord. 
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FIG. 1—Continued. 

The first static jump stopped after some 20 mm of growth and the second 
part of this study shows that a reasonable cause of this would be a trans­
ference of load to the skin of the top surface of the stabilizer. This extra 
load is estimated by an assessment using fracture mechanics of the state of 
the chord at the end of the first static jump. This assessment estimates the 
value of a crack closure load operating across the top of the cracked chord, 
and then goes on to examine its nature in terms of the increase in stress in 
the skin in the vicinity of the crack. 

The case study was evolved as part of an introductory short course [4] in 
fracture mechanics for engineers, metallurgists, and other technologists who 
require instruction in the subject. The paper ends with a review of the use 
of this study in our course and the experience of the course participants in 
coming to terms with it. 
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FIG. 2—Details of the failure of the horizontal stabilizer. 

Cracked Top Chord 

After preliminary investigation at the site of the accident, the complete 
right hand stabilizer and other components judged to be of importance at 
the time were transported to the United Kingdom for more detailed ex­
amination. The primary fracture surfaces were investigated by metallurgists 
at the Royal Aircraft Estabhshment, Farnborough, and at the Boeing Com­
pany. It appeared that the origin of the failure was at the upper edge of 
the eleventh fastener hole in the forward flange of the chord (Fig. 3). This 
fatigue crack propagated rearwards across the flange and into the main cross 
section of the chord. A secondary major fatigue crack originated in the 
forward side of the same fastener hole and propagated until it ran out of 
material at the forward edge of the flange (Fig. 4). 

It was concluded that the rate of growth of the primary fatigue crack was 
very rapid for the first 2 mm of the resultant crack surface. At about 7 mm 
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FIG. 3—Details of the failure of the top chord. 
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FIG. 4—Origins of the fatigue crack in the forward flange. 
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FIG. 5a—Details of the fatigue fracture of the top chord. 

the growth rate settled down to about 125 flights per millimetre of growth. 
Eventually, Fig. 5, a static jump of about 21 mm took place after which 
the aforementioned rate of fatigue growth continued but was now punc­
tuated by several smaller static jumps. A further large static jump ensued, 
followed by a short period of fatigue which led into the final static failure 
that caused the accident on the approach to Lusaka. 

The investigation showed that the fatigue cracks initiated because higher 
fastener loads than those anticipated in the design were being carried by 
those fasteners in the vicinity of the crack in the top chord. These arose 
because of the diffusion of the stress in the skin into the chord of the spar 
which causes increased loads in those fasteners in the inboard parts of the 
chord (Fig. 6). This effect was exacerbated by the replacement of part of 
the alloy skin in the 707-100 series by stainless steel in the 707-300 series 
in order to increase the torsional stiffness of the stabilizer (Fig. 7). In 
principle, the fasteners at the end of the chord would carry the greatest 
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FIG. 5fo—Major and minor static jumps. 

concentration of load. However, investigation showed that the inboard fas­
tener holes were distorted (Fig. 8), so relieving the high loads that would 
have existed if they had not yielded, and it was apparent that it was the 
11th fastener, where there was no distortion of the hole, that maximum 
load was being carried. 

After this investigation, a survey of the whole 707-300 fleet was under­
taken. It revealed 38 planes with fatigue cracks in the top chord of the rear 
spar of the stabilizer. Four were sufficiently damaged as to require a re­
placement of the chord. 

Analysis of the First Static Overload 

Figure 9 (redrawn from Fig. 5) gives approximate dimensions of the crack 
before and after the major static jumps. Crack A-A propagated under the 
maximum stress exerted upon the chord during a flight of the aircraft, and 
it arrested at B-B. The shape of Crack A-A is roughly quarter-circular of 
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FIG. 6—Structural test data obtained in a simulation of the loading on the stabilizer at its 
point of failure. 
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• 

FIG. 8—Doubters of the top skin of the torsion box of G-BEBP taken from the region near 
the inner end of the rear spar. Comparison should be made between the left (undamaged) and 
right (separated) stabilizers, the latter showing distortion of the fastener holes and fretting of 
the inner face of the skin. 
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FIG. 9—Details of the crack shapes to be analyzed. 

average radius 31 mm. The only calibration for this kind of geometry known 
to the writer is given in the compendium of Rooke and Cartwright [3] and 
the relevant diagram is reproduced as Fig. 10. This shows that the regions 
of the crack border near the intersection with the surface of the bar have 
a tendency to propagate first because the stress-intensity factor is greater 
there. This supposed tendency to straighten its border bears some resem­
blance to the shape of the central part of Crack B-B, although there is no 
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causal connection between the starting of Crack A-A and its arrest at Crack 
B-B. 

There are, unfortunately, significant differences between the geometry 
of the chord and the calibration of Fig. 10. We can, however, estimate the 
effects of these with the help of Fig. 11, which gives the effects of changing 
the ratio of crack length to bar width for the geometry of a flat, through-
crack. The chord had a rectangular shape as distinct from the square of the 
calibration. The main effect of this is to stiffen the chord in its longer 
direction, an effect that would resist crack propagation in that direction. 
This assumption is borne out by the observation of Crack B-B being almost 
through in the short direction. Taking, now, crack propagation in the short 
direction as the most important, we see that the crack occupies about one 
half of the chord width instead of one fifth as assumed in the calibration of 
Fig. 10. We can estimate the effect of this by reading from Fig. 11 a mul­
tiplying factor of (̂ )o.5/(A')o.2 = 1.45/1.2 = 1.2 from the curve of results 
where bending is restrained. This is because the presence of the skin on 
top of the chord will tend to have this effect. 

It is most likely that the most severe loading on the top chord of the rear 
elevator occurred during the approach to landing with abrupt 50° flap. This 
loading of abrupt full up elevator was one of the conditions simulated in 
the test program undertaken by the Boeing Company after the accident, 
and data obtained in that simulation are given in Fig. 6. It can be seen that 
our best estimate of the stress carried by the chord at the instant of failure 
is around 15 ksi. 

The operating stress is 15 x 6.9 MN m'^ = 103.5 MN m"^ Taking the 
extremities as the point of initial fast fracture we read from Fig. 10 that 

K = 1.28 X 2 X 103.5 V0.031/IT = 26.3 MN m'^'^ 

and our estimate of the difference in geometry between the actual chord 
and the calibration increases this by 20% to give 

K = 31.6MNm-3'2 

The chord was made from aluminum alloy, the specification being AISI 
7079-T6. Quoted values [2] of the fracture toughness of this alloy lie in the 
range 30 to 35 MN m" '̂̂ , and the fact that our estimate above for the stress-
intensity factor at the tip of Crack A-A at its point of instability lies within 
this range gives considerable confidence to the estimates of the load in the 
chord at the time of the failure. 

Analysis of the First Crack Arrest 

The arrested Crack B-B has a very comphcated shape, a reflection both 
of the complicated geometry of the chord and the highly variable stresses 
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FIG. 11—K,/or an edge crack in a rectangular sheet subjected to a uniform uniaxial stress. 
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FIG. 12—Kifor an edge crack opened by forces P at its mouth. 

in the chord and skin. The best that we can hope for in discussing this arrest 
is an estimate of the size of the forces involved. If our assumptions are 
correct, this estimate should be reconcilable with other information on the 
structure of the stabilizer. 

If Crack B-B looks Uke anything simple, it is a flat crack of average length 
41 mm. The stress-intensity factor at the crack tip at the operating stress 
is, from Fig. 11, 

K, = 1.5 X 103.5V0.041 IT = 55.7 MN m'^'^ 

reading again from the curve for restricted bending with, now, alb = 0.5. 
If the effect of the skin resembles a force P MN at the crack mouth, the 
stress-intensity factor due to this can be read from the calibration of Fig. 
12 as 

K 2.6 P 
'' 0.046V0.041 •7T 

MNm-

We know that stress-intensity factors are additive, and, since the crack 
stopped at Crack B-B, the stress-intensity factor there must be just on the 
point of Kic (slightly less, in truth). This means that 

or 

55.7 + 

Ks + Kp — Kj^ 

2.6 P 
0.046V0.041 

= 31.6 MN m - 3 / 2 

that is 

P = 
24.1 X 0.046V0.041 TT 

Z6 
= -0.15 MN 
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This force is negative, showing that it is compressive. It arises from extra 
stress in the skin diffused into it from the fasteners nearest the crack mouth, 
and also some effect of the unbroken flange on the right of Fig. 5a which 
also tends to close the crack. 

In order to proceed further, we need to apportion this load between the 
members that carried it. They are the skin across the cracked flange on the 
left of Fig. 5a and the flange and skin on the right. The flange width was 
about 44 mm, its depth 12 mm, and the thickness of the skin was 1.25 mm 
(0.05 in.). At the station of the crack the skin was made from stainless steel. 
The chord was made from aluminum alloy. We denote values associated 
with the left and right sides of the chord of Fig. 5a by subscripts L and R. 
The analysis that follows assumes that each side of the chord at the cracked 
station receives the same extra strain e as the crack moves from Cracks 
A-A to B-B. 

The modulus of steel is about three times that, E^, for aluminium. The 
modulus of the right hand flange and skin assembly can be estimated by 
the rule of mixtures to be 

1.25 X 3 £^ 12 S^ , _ 
ER = TT^;^ + T T ^ = 1-19 EA 

13.25 13.25 

We take £i. = 3 S^. 
The loads P^ and PR are given in terms of the stresses a^ and (SR and the 

cross-sectional areas Ai^ and AR by 

Pt = OLAL = ajt^ = Ei^elti^ 

PR = CTR^R = (TRltR = ERCIIR 

where / is the length (44 mm) of the flange and f̂, and f̂  are the thickness 
of the skin and the skin and flange. We now may write 

Pz, E^tL 3 X 1.25 
— = —^^ = = 0.24 
PR ERIR 1.19 X 13.25 

Our estimate of the clamping load using fracture mechanics has already told 
us that 

p = p^ + p^^ 150 kN 

and these two relations allow us to estimate that 

PL = 29 kN 

This means that the extra stress carried in the skin across the cracked flange 
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29 X 10̂  
N m-2 = 527 MN m" 1.25 X 44 X 10-

Furthermore, if this extra load is to be transferred by the one fastener 
nearest to the craclied station, that fastener (of diameter about 6 mm) would 
have to sustain a shear stress of the order of 

? ^ ^ ^ = 1026 MNm-^ 

Although this analysis of the apportionment of load is very crude, it still 
contains the important conclusion that the crack was stopped at Crack 
B-B by loads in the skin and fasteners which were very near those that 
would cause them to suffer a simple tensile failure. Thus the continued 
operation of G-BEBP for some 100 flights after the static jump at Crack 
A-A was sustained only by increasing damage to the assembly of skins, 
flanges, and fasteners. It is likely that the static jump at Crack C-C and its 
arrest at Crack D-D occurred by similar mechanisms to those analyzed here, 
but now load was carried by fasteners further away from the cracked station 
due to failure of those fasteners nearer to it. The distortion of the skin away 
from the flange that is seen in Fig. 3 provides some evidence for the truth 
of this hypothesis. If this is true then it is highly probable that the small 
amount of fatigue between Cracks B-B and C-C was sufficient to stress the 
leading fasteners to their point of failure, whereupon the crack closing force 
developed in the skin would fall. Crack C-C would then propagate, but in 
doing so load would again be built back into the skin by transfer through 
fasteners further away from the cracked station. Eventually enough load 
diffused to hold the crack at Crack D-D, but a tiny amount of further fatigue 
was enough to make the whole structure thoroughly unstable, fracturing 
the chord entirely. 

Use of the Case Study in Teaching Fracture Mechanics 

This case study is used in a short course [4] which has now been running 
for six consecutive years. The course draws heavily on material that rein­
forces the principles of the subject by application to practical matters, and 
it is liberally scattered with tutorials, projects, and case studies. In fact, the 
participants attempt a project during the three weeks or so when they are 
away from Sheffield between part I and part II of the course. 

The study of the accident at Lusaka forms the second of two miniprojects 
that take place in the second part of the course. It is the most difficult 
project attempted by the course participants. Their main difficulty is due 
to their inexperience in the art of modelling the geometry of the complicated 
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cracks that they have to assess. In fact, most participants require assistance 
from the tutors at some stage of this modelling. 

Most participants achieve an assessment of the static jump at Crack 
A-A with a value of the appHed stress-intensity factor that is close enough 
to the fracture toughness of the material of the chord for them to feel 
comfortable. All of them require assistance in modelling the mechanics of 
the arrest of the crack at Crack B-B. Those whose background is on the 
materials side are usually reasonably happy to stop after the first part of 
the case study has been completed. Those who achieve some numerate view 
of the state at Crack B-B are mainly engineers who are familiar with me­
chanics modeUing. A few are able to achieve a reasonably comprehensive 
assessment of the case study in the time (iy2 to 2 h) that is available for it. 

Many participants are happy to use the calibration of Fig. 10 on its own 
as their estimate of the effect of geometry on the instability of crack A-A. 
They arrive at a value for the applied stress intensity in the range 26 to 29 
MN m~''^, depending on their reading of the applied stress from Fig. 6. A 
few continue their assessment by attempting to increase their initial value 
by a magnifying factor read from Fig. 11, but most of these, reading from 
the top two curves, estimate the multiplying factor to be about 2. Two points 
emerge from the discussion of this with them. Firstly, they misunderstood 
the way in which the stressing of the cracked chord would interact with the 
structure of the stabilizer and allowed the cracked chord to bend. Secondly, 
those who pursued this route realized that the massive change required by 
a multiplying factor of two makes this kind of approximation so unreliable 
as to be valueless. It is only when ad hoc approximations of this kind induce 
small changes that their inherent unreliability can be accepted. 
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ABSTRACT: The superposition of high- and low-frequency loadings has caused 
numerous fatigue crack problems throughout the history of metal airframes. Fighter 
aircraft fuel tanks are subjected to the superposition of low-frequency (0.1 to 1 Hz) 
maneuver loads and high frequency (50 to 300 Hz) vibrations due to panel flutter 
and fuel slosh. This loading can lead to cracks, and leaks, in shorter times than can 
be predicted by using either load condition alone. This paper examines two methods 
for predicting fatigue lives under combined high- and low-frequency loadings. Tests 
of beam element specimens and a simulated fuel tank were used to examine prediction 
accuracy of both techniques. Results show that both techniques accurately predict 
the effects of combined load frequencies on life when adjusted to correlate predictions 
with the extreme (high- and low-) frequency data. 

KEY WORDS: fatigue life analysis, load frequency effects, fuel tanks, vibrations 

Fuel leaks in aircraft internal fuel tanks are potentially dangerous and 
certainly costly in aircraft downtime and maintenance manhours. A poten­
tial source for these leaks had been identified in McDonnell Aircraft Com­
pany (MCAIR) research on fluid-structure interaction dynamics from 1975 
to 1978 [1]. This work revealed a dramatic influence of tank fluid oscillation 
on panel dynamics, vibration fatigue, and panel flutter. Air Force interest 
in tank fatigue and leakage culminated in a more detailed development [2]. 
The objective of that effort was to assess analytical capability for predicting 
fuel tank fatigue lives. 

MCAIR's interest in this area was initiated by two problems encountered 
in F-4 aircraft in 1974 to 1975. These problems involved (a) fuel tank cracks 
that initiated during a slosh and vibration test (these cracks were caused by 
high stresses created by a match between a resonant response frequency 
and the vibration input frequency), and (b) cracks in a wing skin during 

' Technical specialist. Structural Research, and senior staff engineer. Structural Dynamics, 
respectively, McDonnell Aircraft Company, St. Louis, MO 63166. 
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278 CASE HISTORIES INVOLVING FATIGUE AND FRACTURE 

high speed flight, which were traced to panel flutter reinforced by fuel 
dynamics. In both cases, dry skin tests showed no problems. However, the 
addition of fuel in contact with the skins produced a significantly different 
response. This study produced a fundamental explanation for both cases, 
which couples dynamic fluid and structure motions. In one case, the fluid-
structure interaction produced a factor of five reduction in frequency and 
a factor of four increase in dynamic strain, for a tank with 0.635 cm {V4-
inch)-thick skins. 

An analytical method was developed and verified by tests. The technique 
employs a linear small amplitude vibration analysis and panel strain response 
solution, based on a Rayleigh method for fluid-structure interaction dy­
namics. It includes a fatigue life estimation procedure. Nonlinear effects 
due to membrane forces and fluid response at high "g" levels are included 
via a semi-empirical modification. The approach was fully corroborated in 
laboratory tests, using fluid depths up to 27.9 cm and 25.4 x 40.6 cm (11 
in. and 10 x 16 in.) fixed edge panels of 0.08, 0.10, and 0.16 cm (0.032, 
0.040, and 0.063 in.) thicknesses. 

The test results show that panels under as little as 10.16 cm (4 in.) of 
water exhibit considerably shorter fatigue lives than do dry panels at the 
same input excitation. The combined effects of preload, low frequency 
loads, and dynamic excitation cause a significant reduction in fatigue life 
over cases with either loading applied independently. 

Our results suggest that fuel tank design criteria should include a couphng 
of: (1) dynamic vibration, (2) lower frequency, maneuver loads, and (3) 
static loads, such as those due to fuel pressure. 

The fluid-structure interaction is described in detail in Ref 2. This paper 
examines the procedures used to predict fatigue lives under spectra which 
couple markedly different frequency regimes. 

Analytical Methods 

The analytical method for predicting fuel tank durability is based on the 
theory that the skin oscillation causes a fluid oscillation, which in turn 
produces added mass loading in each vibration mode. The effect of the 
added mass loading is to lower frequencies to regions where larger sources 
of excitation are present. In addition, the dynamic fluid motions produce 
larger panel strains in moving base excitation tests simulating environmental 
vibration. Thus, wetted skins, particularly bottom panels, have larger strain 
amplitudes than dry skins. Though lower frequencies exist in the wet case 
and result in fewer fatigue cycles for any test time, the sharp increase in 
strain more than compensates to reduce fatigue life over the dry case. 

The overall analytical method is summarized in Fig. 1. Environmental 
input is combined with the fluid-structure vibration, using the moving base 
concept. This produces the strain response. From the strain response, fatigue 
life is predicted. 
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FIG. 1—Overall aspects of fuel tank durability with fluid structure interaction dynamics. 

Fatigue Life Analysis Metliods 

The fatigue life prediction techniques used in this program are based on 
cumulative damage methods developed by Impellizzeri [3]. These methods 
are similar to many cumulative damage analyses which use Neuber's rule 
for computation of local stress-strain behavior, and use damage parameters 
sensitive to local stress ratio as well as strain range. The primary devel­
opments presented here are a variation of the damage parameter to account 
for the strain gradient under bending, and a simple method for accurate 
life estimation under random load histories. 

Development of Bending Fatigue Damage Parameter 

One damage parameter, which correlates axial fatigue data very well, is 
loosely based on the energy input to the material per cycle during loading. 
Expressed as an effective strain, it can be formulated as 

Ecff — 2E (1) 

where 

/max = maximum stress at the notch, 
Ae/2 = strain ampHtude at the notch, and 

E = Young's modulus. 

This parameter can correlate life data for a wide range of stress ratios with 
and without high initial prestrain cycles sometimes used to shakedown cycl­
ically unstable materials (Fig. 2). In addition, this parameter appears log-
linearly related to fatigue life, simplifying subsequent life predictions. This 
parameter correlates life significantly better than strain range alone (see 
Fig. 2). 
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FIG. 2—Correlation of load ratio effects on crack initiation life. 
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Comparison of beam bending fatigue data with previously developed axial 
fatigue data shows bending fatigue lives are almost twice as long as axial 
fatigue lives. This trend is expected because in bending, strains, and stresses 
at the crack tip decrease as the damage crack grows through thickness. This 
does not happen under axial fatigue. 

Another result of the difference between axial and bending stress distri­
butions is a change in the influence of constant static preload (or prestrain) 
on life. In this analysis, the bending fatigue data for reversed loading was 
used as the basis for life prediction. Increasing preload or prestress shows 
more effect in the bending tests than that predicted by axial fatigue test 
methodology. 

This difference in behavior is caused by a change in crack-tip plasticity 
behavior affecting small flaws initiating at the specimen surface. In bending, 
due to the reduced stress and strain at the specimen interior, plasticity does 
not extend into the specimen interior as far as it would under axial fatigue 
loading. The reduced plasticity means more of the strain range is effective 
in producing damage at positive stress ratios. To account for this change in 
behavior, we revised our damage parameter to encompass the entire positive 
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portion of the strain range. The revised parameter for bending is 

/maxAe 
(2) 

where Ae is the difference between the maximum strain and the minimum 
strain, or zero, if the minimum strain is less than zero. 

Another difference occurs in damage growth for bending versus axial 
fatigue. This can be seen by comparing the fracture surfaces for beam 
specimens failed with and without preload (Fig. 3). When testing includes 
preload, the flaw initiates on the tension side, as expected, and grows past 
the midplane of the beam prior to failure. Without preload, flaws initiate 
and grow equally to failure from both sides. Preload does not affect the 
failure mode in axially loaded fatigue specimens. The damage parameter 
used in bending is more sensitive to changes in preload than that used for 
axial fatigue because it uses the entire positive portion of the strain range. 

Life analyses using this damage parameter correlate the lives of the beam 
tests very well (Fig. 4). The life is computed from an effective strain versus 
life curve, similar to that shown in Fig. 4 for 7075-T6 material. This curve 
was developed from the beam bending life data without preload. 

Random Loads Spectrum Fatigue Life Analysis 

This life analysis technique is based on the generation of a simulated 
strain history developed from the power spectral density (PSD) of the strain 
response, including both vibration and maneuver loads. The load history is 
cycle-counted to determine the most damaging strain cycles. Then these 
cycles are analyzed using the effective strain parameter to determine damage 
per cycle. Palmgren-Miner's rule is then used to sum damage and predict 
Ufe. 

Life predictions are compared with narrowband random fatigue test re­
sults for beam specimens in Fig. 5. Correlation is very good. 

The routine developed to compute fatigue life based on a simulated strain 
history requires a significant amount of computer memory for spectrum 
generation. Therefore, a simplifed technique was developed to predict Ufe 
without using the strain-time history. 

Simplified Random Spectrum Fatigue Life Analysis 

Development of a simplified spectrum fatigue life analysis was based on 
an estimation of an equivalent constant amplitude loading which can be 
used to predict fatigue lives. These fatigue lives are comparable to those 
predicted by the larger routine for narrowband random strain histories. At 
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^M^... 

FIG. 3—Failure modes change with stress ratio in beam bending tests. 
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present, the use of this routine is limited to narrowband random spectra, 
since it is only for these spectra that any test verification exists. 

The technique is described by Fig. 6. The root mean square dynamic 
strain (€,̂ 5) is computed from integration of the PSD over the entire range 
of frequencies. Comparisons of life predictions from the larger routine for 
the same PSDs and for constant amplitude loadings showed that a constant 
amplitude cycle having a maximum strain twice f.,^^ gave best correlation 
with those results. Once this equivalent constant amplitude cycle has been 
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FIG. 5—Comparison of random fatigue beam test results with life predictions. 
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determined, life analysis is the same as that used for constant amplitude 
life prediction. 

Life predictions using this technique are compared in Fig. 7 with the 
narrowband random fatigue test results for beams. Correlation is good, but 
not quite as good as that found using the larger routine, Fig. 5. 

While the random fatigue test results shown previously did not couple 
high and low frequencies, preloads- and low-frequency loads were applied 
in the constant amplitude dynamic tests. As discussed previously, preloads 
were accommodated by linear superposition in the damage parameter. Cor­
relation of the simplified analysis for superimposed low- and high-frequency 
sine waves was based on defining the dynamic strain response as 

— V CRMS, + ^RMS, (3) 

and treating the Cĵ s-value as that for a single cycle with or without prestrain, 
as defined by the loading conditions. 

Experiments 

Beam bending coupon fatigue tests were run to establish strain-to-failure 
data for 7075-T6 material for various levels of prestrain- and low-frequency 
sine input. Panel tests were run to obtain fatigue life data for 25.4 by 40.6 
cm (10 by 16 in.) panels of three thicknesses. Fluid depths up to 27.9 cm 
(11 in.) were used with a wide range of vibration levels. 
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FIG. 6—Simplified strain-life analysis. 
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FIG. 7—Comparison of random fatigue beam test results with simplified life predictions. 

Beam Data 

Six sets of fatigue tests were conducted on aluminum beam coupons 
including: 

(a) Narrow band random noise excitation applied at a 10 hz bandwidth 
about the resonant frequency of the beam without preload. 

(b) Sine excitation without preload. 
(c) Sine excitation with a static preload of 500 \L cm/cm at the root of 

the beam. 
(d) Sine excitation with a static preload of 1000 \x, cm/cm at the root of 

the beam. 
(e) Sine excitation with a superimposed low-frequency load varying from 

500 to 1000 ix cm/cm (750 ± 250) at a rate of 2.5 Hz. 
(/) Sine excitation with a superimposed low-frequency load varying from 

+ 250 to -250 |JL cm/cm at a rate of 2.5 Hz. 

The test setup, as it was configured for the coupled sine and preload, is 
shown in Fig. 8. Failure of a coupon was defined as either a 20% reduction 
in resonant frequency or total failure at the root. Power spectral density 
curves of strain, tip acceleration, and input acceleration for several of the 
test coupons excited with random noise were summarized in Ref 3. 

Panel Tests 

Test Fixture and Panel Description—The test tank is shown in Fig. 9. It 
is constructed of 1.27 cm (y2-in)-thick aluminum plate welded together, with 
the top and bottom open. The top was covered by a 2.54 cm (l-in.)-thick 
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HU. !< • Typical ojuplcd oscillatory preload test setup {Condition 6). 

plexiglass panel (for viewing purposes) bolted securely to the tank. The test 
panel was bolted to the bottom using an aluminum "picture frame" retainer. 
The tank and retainer were sufficiently rigid to insure a fixed edge boundary 
condition. 

One test panel was stiffened by mechanically fastening two "C" channel 
beam stiffeners. The life of this panel was longer than expected from the 
test data for an unstiffened panel tested at the same strain levels. 

Two dry panels were tested to demonstrate that dry panels would not fail 
at long test times (1 000 000 cycles), while similar panels having fluid levels 
of 10.16 and 20.32 cm (4 and 8 in.) failed at lives as short as 80 000 cycles 
under the same excitation level. This dramatizes the loss of durability from 
fluid-structure interaction. 

Correlation Between Theory and Experiment 

Both beam and panel test results were used to assess the analytical pre­
diction methods. Initially, the beam bending tests were used to develop the 
analytical method. 
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FIG. 9—Test tank for panel fatigue tests. 

Beam Bending Fatigue 

A comparison of measured and predicted beam bending curves are sum­
marized in Fig. 10 for dynamic excitation low-frequency input and preload. 
In the tests, static preloads were varied through 1000 \x. cm/cm while theory 
is shown through 2500 |x cm/cm. This indicates the trends because these 
higher preloads were used in later tests. Good correlation is shown with 
the fatigue life predictions. 

As noted earher, we conducted beam bending tests employing a basic 
excitation of a higher frequency sine wave, while modulating the static 
preload with a low-frequency sine wave. This was done to explore Hfe 
predictions for the combination of different frequency loadings and preload 
expected to occur in panel tests including fluids. Two tests series were 
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Cycles to Failure 
FIG. 10—Comparison of measured and predicted beam fatigue-sine excitation. 

performed with a low-frequency (2.5 Hz) constant amplitude loading su­
perimposed on the dynamic excitation (50 Hz typically). A static preload 
was also applied as shown in Fig. 11. In the first case, no preload was 
applied. In the second case, a static preload of 750 |x cm/cm was applied. 
Good correlation is seen between the theory and experiments. 

10* 10^ 
Cycles to Failure 

FIG. 11—Comparison of measured and predicted beam bending fatigue results with boti 
high- and low-frequency sine input. 

Copyright by ASTM Int'l (all rights reserved); Wed Dec 23 18:32:03 EST 2015
Downloaded/printed by
University of Washington (University of Washington) pursuant to License Agreement. No further reproductions authorized.



SAFF AND FERMAN ON FUEL TANK SKINS 289 

105 I I 
Sine Excitation 

O No pressure, 250 - 270 jiinVin. static preload 
A 3 psi (static), 1,900-2,300 fi in./in. static preload 

103 107 

FIG 
in.)). 

10" 10^ 

Cycles to Failure 

12—Panel fatigue results, effect of internal pressure (panel thickness = 0.16 cm (0.063 

Panel Fatigue 

Test results for the effects of static fluid pressure on panel fatigue life are 
compared with fatigue life predictions in Fig. 12. These results clearly in­
dicate the sharp reduction in fatigue life due to static preload. The measured 
prestrain with zero pressure was between 240 to 268 |J, cm/cm. With 20.68 
kPa (3 psi) gage pressure, the prestrains were between 1880 and 2340 |x 
cm/cm as shown by the correlation. Our fatigue life predictions are rea­
sonably accurate. 

Results of all of the unpressurized panel fatigue tests are shown in Fig. 
13. Predictions based on measured strains for sine inputs of with and without 
preloads, and for random input at 1000 |ji cm/cm preload, are also shown 
in the figure. The predicted lives bracket the sine test data for the 0.063 
panels. However, they are too long for the thinner panels, which have a 
more complex wave form response. The random load prediction at 1000 |x 
cm/cm preload shows good correlation. The panel test results fall in between 
the two predictions as they should because complex sine response is some­
where between unimodal sine and unimodal random. The complex sine is 
a little closer to random load condition. 

Conclusions 

Fluid-structure interaction dynamics significantly lower skin frequencies 
and increase the strain response due to vibration loads as compared to the 
dry state. These altered conditions reduce fatigue life compared to the dry 
state. 

Copyright by ASTM Int'l (all rights reserved); Wed Dec 23 18:32:03 EST 2015
Downloaded/printed by
University of Washington (University of Washington) pursuant to License Agreement. No further reproductions authorized.



290 CASE HISTORIES INVOLVING FATIGUE AND FRACTURE 

Symbol 

o 
D 
A 

V 

Panel 
Thickness 

(In.) 

0.063 

0.040 

0.032 

0.032 Stiffened panel 

No failure 

0.032 Random excitation 

Static 
Preload 
Range 

(/iln.fln.) 

250 - 270 

300 - 770 

300 • 380 

430 

720 

10" 105 

Cycles to Failure 
FIG. 13—Panel fatigue results, without internal pressure. 

Combinations of vibration loads and static preloads, caused by internal 
presure, further reduce fatigue life. The combination of low-frequency loads 
and vibration loads also significantly reduces fatigue life from that predicted 
under vibration loads alone. 

These findings suggest that fuel tank design techniques based only on 
low-frequency spectrum loads, such as from maneuvers, are inadequate. 
Techniques such as those described herein, which combine maneuver spec­
trum loads with the fluid-structure induced vibration loads, can be used to 
develop these spectra. Laboratory tests are required to validate predictions. 
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ABSTRACT: The paper discusses the implementation of the Force Management 
(FM) phase of the Aircraft Structural Integrity Program (ASIP) for a USAF utility 
transport/trainer aircraft. The analyses, performed in support of the Force Manage­
ment tasks, use the principles of linear elastic fracture mechanics with emphasis on 
subcritical flaw growth. The durabihty and damage tolerance lives, generated with a 
crack growth computer program, are the basis for structural maintenance recom­
mendations and inspection intervals presented to the USAF in the Force Structural 
Maintenance Plan (FSMP). 

The case study considered herein shows how the T-39 wing, designed to the fatigue 
requirements of the late 1950s, performs to the structural criteria of the 1980s as 
defined by the military specifications MIL-STD-1530 and MIL-A-83444. 

The initial FM task was the durability and damage tolerance assessment (DADTA) 
of the structure based on the current service usage as defined by the loads/environ­
ment spectrum survey (L/ESS). An outline of the necessary spectrum development 
is provided, as is the crack growth analyses leading to estimates of the economic hfe 
and structural life enhancement recommendations. 

The DADTA was followed by the institution of the individual aircraft tracking 
(lAT) program, the purpose of which is to compute the rate at which the available 
structural life of each aircraft is being used and to establish inspection intervals to 
ensure safety. Tracking is accomplished by compiling flight records, collected by 
means of pilot logs containing mission information for each flight. The paper will 
show the economic crack growth procedure used, both to ascertain the accumulated 
damage based on the flight records and to estimate the remaining structural life. 

The conclusion of the paper will discuss the maintenance recommendations and 
the advantages of using fracture mechanics based aircraft tracking in support of force 
management. 

KEY WORDS: fracture mechanics, durabihty, damage tolerance, spectrum, service 
loads, structural life, force management, structural integrity 

During the early 1970s the United States Air Force (USAF) estabhshed 
MIL-STD-1530 [1] to provide the overall requirements necessary to achieve 
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structural integrity in USAF aircraft. The specification is designed to ensure 
that both the durabiUty and damage tolerance of the structure will be an 
integral part of the design and will be maintained during the service life of 
the airplane. The tasks to implement the aircraft structural integrity program 
(ASIP) on the T-39 utility trainer included the preparation of a prehminary 
durability and damage tolerance assessment, development and verification 
testing, and the development of the force management program. 

The various tasks in the force management program, shown in Fig. 1, 
provide for the collection and generation of data required to manage force 
operations in terms of inspections, modifications, and damage assessments. 
The loads/environment spectra survey (L/ESS) provides the cyclic fatigue 
load spectrum for the durability and damage tolerance assessment (DADTA) 
which defines the critical structural locations. The individual aircraft track­
ing (lAT) program monitors the usage of each aircraft and provides the 
maintenance recommendations that are transmitted to USAF in the force 
structural maintenance plan. 

History and Background of T-39 

The T-39 is an 8200 kg (18 000 lb) gross weight twin jet utility transport/ 
trainer with passenger capacity of seven. It was initially designed as a four 
passenger aircraft to a load factor of 4 g for use as a radar profile trainer, 
transition trainer, and as a VIP transport. Subsequent modifications in­
creased the capacity to seven passengers with a load factor of 3.0. The 
airplane, designed in the late 1950s went into service in 1961 with the final 
aircraft of the 149 airplane fleet delivered in 1963. The T-39 preceded the 
application of MIL-STD-1530 and the advent of fracture mechanics as a 
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FIG. 1—Force management program. 
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Structural analysis tool. Based on fatigue analysis using the design spectrum 
and supported by a full scale fatigue test, the life of the T-39 airframe was 
established as 22 500 flight hours. 

In 1977, when the lead aircraft had accumulated 18 000 flight hours, it 
was obvious that a substantial proportion of the force would reach the 
established fatigue life capability by 1982/1983. The USAF plans at that 
time were to use the aircraft as a pilot support training vehicle into the 
1990s. It was decided to apply the principles of MIL-STD-1530, using frac­
ture mechanics methodology, for the purpose of identifying the capability 
of the airframe, with modifications if necessary, to meet a life extension to 
a 45 000-h service life. 

Loads/Environment Spectra Survey (L/ESS) 

In 1976, 10% of the T-39 force were equipped with a flight loads data 
recording system (FLDRS). The load magnitudes and frequencies recorded 
with this system provided the fatigue load spectrum for the durability and 
damage tolerance analysis of the structure. The FLDRS consisted of an 
airborne multichannel flight data MXU 553 tape recorder, an associated 
signal converter/multiplexer unit, and various flight parameter sensors and 
accelerometers. For each flight, two distinct types of data were recorded. 
The first type included identifying descriptors such as aircraft serial number, 
date of flight, mission and base codes, and takeoff fuel and gross weights. 
The second type of data consisted of the time histories of key flight profile 
parameters, weight, indicated airspeed, altitude, and dynamic pressure which 
were used to define the mean flight load levels. Cyclic loads about the mean 
levels, resulting from pilot induced maneuvers and atmospheric turbulence 
were provided by aircraft load factor time histories. In addition a ground/ 
air transfer event parameter was used to flag and separate ground taxi events 
from flight data. 

A mission analysis computer program was used to validate the data, 
calculate and accumulate the key flight profile parameters, and count the 
load factor exceedance data. The final output of the mission analysis pro­
gram was a data base containing composite flight profiles, each representing 
average flight conditions, mission distribution description, and the accu­
mulated load factor exceedance curves for maneuver and gust conditions. 

The study of over 15 000 h of flight data resulted in the identification of 
five composite profiles, shown in Table 1, with a usage distribution as shown 
in Table 2. Load factor exceedance curves, examples of which are shown 
in Figs. 2 and 3, were accumulated for the conditions in Table 3. 

Rockwell's automated stress spectrum program described in Refs 2 and 
3 has the capability of generating load factor or stress spectra representing 
any location in the primary airframe structure. When used to generate T-
39 spectra the input to the computer code consisted of the flight profiles, 
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TABLE 1—Composite flight profiles representing T-39 usage. 

Flight 
Segment 

Taxi 
Climb 
Cruise 
Descent 
Taxi 

Taxi 
Climb 
Cruise 
Descent 
Taxi 

Taxi 
Climb 
Cruise 
Descent 
Taxi 

Taxi 
Climb 
Cruise 
Descent 
Go around 
Taxi 

Taxi 
Go around 
Taxi 

Time, 
min kg 

Gross 
Weight 

(lb) 

Altitude 

No. m (ft) 

MISSION 1: HIGH ALTITUDE CROSS COUNTRY FLIGHTS (2.0 H) 

25.0 
60.0 
35.0 

7700 
7500 
6800 
6100 
5900 

(17000) 
(16500) 
(15000) 
(13500) 
(13000) 

0,6 6700 (22000) 
0.8 10600 (35000) 
0.5 5500 (18000) 

MISSION 2: MEDIUM ALTITUDE CROSS COUNTRY FLIGHTS (1.2 H) 

15.0 
32.0 
25.0 

25.0 
62.0 
35.0 

15.0 
16.0 
30.0 
35.0 

72.0 

7700 
7500 
6800 
6100 
5900 

MISSION 3: 

7700 
7500 
6800 
6100 
5900 

MISSION 4: 

7700 
7700 
7500 
7300 
6800 
6400 

(17000) 
(16500) 
(15000) 
(13500) 
(13000) 

0.45 4600 (15000) 
0.7 7600 (25000) 
0.45 3600 (12000) 

HIGH ALTFTUDE TRAINING FLIGHTS (2.0 H) 

(17000) 
(16500) 
(15000) 
(13500) 
(13000) 

Low ALTITUDE 

(17000) 
(17500) 
(16500) 
(16000) 
(15000) 
(14000) 

0.5 6700 (22000) 
0.75 10600 (35000) 
0.5 5500 (18000) 

TRAINING FLIGHTS (1.6 H) 

0.5 4300 (14000) 
0.5 5200 (17000) 
0.4 2700 ( 9000) 
0.3 900 ( 3000) 

MISSION 5: PILOT PROFICIENCY FLIGHTS (1.2 H) 

7700 
7300 
6800 

(17000) 
(16000) 
(15000) 

0.3 900 ( 3000) 

No. of 
T & G 

Landings 

0 

0 

0 

2 

5 

the distribution of mission types and the load factor exceedance data. The 
output was a flight segment-by-flight segment stress spectrum for 100 flights 
in random sequence correlated with the distribution of mission types shown 
in Table 2. The relationship between airplane load factor and local stress 
for each mission segment was derived using industry accepted methodology 
for static external loads development with appropriate aerodynamic and 

TABLE 2—T-39 Mission mix. 

Mission Title 

High altitude cross country 
Med. altitude cross country 
High altitude training 
Low altitude training 
Pilot proficiency 

Missions, 
% 

43.0 
18.0 
10.0 
14.0 
15.0 

Hours, 
% 

53.0 
12.0 
11.0 
13.0 
11.0 

Flight 
Length, h 

2.0 
1.2 
2.0 
1.6 
1.2 
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FIG. 2—Gust load factor data (altitude 0 to 1500 m) based on 2353 h of recorded data. 

Stiffness data and the generation of internal loads by finite element modeling 
(FEM) [4]. A sample wing location stress trace for a 2.0 h cross country 
flight is given in Fig. 4 and for a 1.4 h training mission in Fig. 5. 

Durability and Damage Tolerance Analysis 

Candidate critical locations in the primary airframe structure were se­
lected after a survey of the design and fatigue analysis as well as fatigue 
test data. For the purposes of this paper the wing only will be discussed. 
Figure 6 presents the stress contour map of the wing lower cover from the 
NASTRAN internal loads solution for the design limit load condition (4.0 g 
symmetric maneuver). Analysis of the higher stressed areas of the wing, 
supported by the fatigue test evidence, showed that the most critical detail 
is the wing skin at the attachment to the front spar between butt plane 0 
and butt plane 15. The stress spectrum to which this part is subjected is 
shown for two sample flights out of 100 in Figs. 4 and 5. 

CUMULATIVE OCCURANGES/2353 HOURS 

FIG. 3—Maneuver load factor data (go around segment) based on 2353 h of recorded data. 
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296 CASE HISTORIES INVOLVING FATIGUE AND FRACTURE 

TABLE 3—Conditions of measured load factor data (Nz). 

Title Flight Hours Represented By Data 

Taxi 
Gust, 0 to 1500 m (0 to 5000 ft) 
Gust, 1500 to 3000 m (5000 to 10000 ft) 
Gust, 3000 to 4500 m (10000 to 15000 ft) 
Gust, 4500 to 7600 m (15000 to 25000 ft) 
Gust above 7600 m (25000 ft) 
Climb maneuver (cross country) 
Climb maneuver (training) 
Cruise maneuver (cross country) 
Cruise maneuver (training) 
Descent maneuver (cross country) 
Descent maneuver (training) 
Go around maneuver 

19440 taxi periods 
2353.0 

533.0 
1457.0 
6196.0 
4395.0 
2450.0 
4353.0 
2977.0 

759.0 
1009.0 
1037.0 
2353.0 

The durability of the structure is the capabiUty to withstand the repeated 
load spectrum for the service hfe without becoming functionally impaired 
or causing uneconomic maintenance problems. Damage tolerance is the 
abihty of the structure to continue safe operation with damage (fatigue 
cracks) in the primary structure. Durability and damage tolerance lives are 
defined in Fig. 7 which presents an analytical crack growth curve from an 
initial flaw, representing the "as manufactured" condition, to the critical 
crack length. 

The as manufactured condition is defined by an equivalent initial flaw 
size (EIFS) which, when used as the initial flaw in the crack growth analysis, 
permits correlation with the fatigue life of nominally unflawed structure. 
Evaluation of the EIFS is based upon the generation of crack growth analysis 
to match the crack growth records generated from the striation counts of 
the fracture surfaces from fatigue tests. The equivalent initial flaw is com­
puted by regressing the crack growth analysis to the beginning of the test. 
This procedure, performed on nine cracks which propagated during T-39 
fatigue test program, correlated well with data derived from other USAF 

FIG. 4—Wing stress: typical high altitude cross country flight {2.0 h). 
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FIG. 5—Wing stress: typical low altitude training flight {1.4 h)-

sponsored DADTA programs and resulted in the evaluation of EIFS as 
0.0635 mm (0.0025 in.). 

The T-39 wing skin is an integrally stiffened panel highly sculptured for 
weight-strength optimization, a design precluding the use of bolted-on re­
inforcement patches and confining economic repairs to reaming existing 
bolt holes in padded areas. This restraint results in an economic repair limit 
of 0.672 mm (0.03 in.) crack size for durability purposes. 

The initial flaw size for damage tolerance analysis was estabUshed as a 
1.27 mm (0.05 in.) radius corner crack, the minimum flaw size which can 
be reliably detected with current nondestructive inspection (NDI) tech­
niques. The maximum allowable crack size is the crack length at which rapid 
unstable crack growth occurs when the wing skin is subjected to design limit 
load. 

The crack growth analysis for both durability and damage tolerance was 
generated using Rockwell's crack growth computer code (CRKGRO) [5] 

Condition - Design Limit 4g IVIaneuver Mach .85 Altitude 5000 ft 

Stress Levels in MPa 

WingStn 47.8 69.8 82.2 119.8 146.4 171.5 
FIG. 6—Wing stress contour map: wing lower surface. 

198.2 
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FIG. 7—Structural life definitions. 

CRKGRO is based on the principles of linear elastic fracture mechanics 
wherein the stress state at the crack tip can be characterized by a single 
parameter, the stress-intensity factor (k). Furthermore the subcritical flaw 
growth can be characterized as a function of the cyclic range of the stress-
intensity factor. The CRKGRO computer code integrates the growth rate 
per cycle (da/dN) which is characterized by the Walker growth rate equation 
[6] to obtain the predicted crack growth curve (a versus flights) from EIFS 
to the critical crack length. 

The structural detail of the critical wing location is shown in Fig. 8 as are 
the appropriate materials properties. The wing skin being a monolithic 
integrally stiffened panel requires a crack growth life of two service lives 
to achieve the damage tolerance required by MIL-STD-1530 and MIL-A-
83444. The crack growth analysis was performed with an assumed corner 
crack, with an a/2c geometry of 0.5, propagating from the bolt hole to the 
leading edge of the wing skin. The load transfer at any bolt in the wing skin 
to spar cap attachment is less than 5% of the local skin load, thus the 
analysis was based on an open hole solution. Figure 9 shows the resulting 
crack growth curve from an equivalent initial flaw of 0.0635 mm (0.0025 
in.) to the critical crack length of 4.57 mm (0.18 in.). The durability and 
damage tolerance lives are designated in the figure at their appropriate 
crack size intervals. 

The analysis demonstrated adequate durability for the service life exten­
sion of 45 000 h based on the force average usage defined by the L/ESS 
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6.35 mm DIA BOLT 

Material Properties 
7178 - T651 Aluminum Plate 
Environment - Sump Tank Water 

K|c = 2 5 . 1 M P a ^ Crack Grovrth Data 

da/dN = CMl-R)"!-! x 4k]n 

Where 
C = 3.57 • 10-8 

n = 2.85 
m = .6 

M threshold = 1.5 
R + wt = .75 

Material 
Properties 

15.2 mm 

MONOLITHIC SKIN 
MACHINED FROM 7178 - T651 PLATE 

R = ratio of applied stress ("^min/i'^max) 
^K = Kmax - Kmin 
kmax = Stress Intensity due to "max 
kmin = Stress Intensity due to <'min 

F IG. 8—T-39 wing lower skin: critical detail. 

program. The longer durability service life is a result of a benign fatigue 
spectrum, dominated by the VIP transport mission profile rather than the 
more severe radar training mission profile anticipated during the T-39 de­
sign-fatigue test phase. However the wing is deficient in damage tolerance 
when measured against the criterion of MIL-A-83444 [7] which requires 
two life-times of crack growth in order to assure adequate safety with min­
imum structural inspections. The primary cause of damage tolerance defi-
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FIG. 9—T-39 wing DADTA crack growth analysis. 
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300 CASE HISTORIES INVOLVING FATIGUE AND FRACTURE 

ciency is the single load-path monolithic wing box design coupled with the 
choice of material (7178-T6) which has K^ equal to 25.1 MPa Vm (23 ksi 
ViiT) resulting in a very small critical crack length. 

In order to meet the intents and purposes of MIL-STD-1530 two options 
were available for the T-39 wing: wing skin replacement with improved 
fracture mechanics material properties, or continual periodic inspections to 
maintain safety with the existing damage tolerance capability. The latter 
supported by an individual aircraft tracking (lAT) program was selected by 
USAF as the approach to allow continued operation of the T-39 Force. 

Individual Aircraft Tracking (lAT) Program 

The purpose of the lAT is to compute the rate at which the available 
structural life of each aircraft is being consumed and to estimate the re­
maining structural life based on future usage being extrapolations of the 
recent past usage. The crack growth analyses, upon which the life estimates 
are based, are performed for both crack size regions as defined by the 
durability and damage tolerance criteria. 

The durability life can be used for projecting the useful service life of the 
airframe, assuming that the necessary actions are taken to assure adequate 
damage tolerance safety throughout the projected durability lifetime. The 
remaining durability lives can be used by USAF for economic comparisons, 
trading off maintenance of the T-39 force in operation against the procure­
ment of new aircraft. Finally, when it becomes necessary for USAF to phase-
out the T-39 force, the I AT remaining durabiUty lives will be a valuable 
statistic for establishing a retirement phase-out schedule by aircraft serial 
number. The same data will provide a convenient selection tool in the event 
that stored aircraft are returned to active flight status. 

Damage tolerance tracking is necessary to assure the structural safety of 
each component on each aircraft. The I AT damage tolerance lives will 
establish inspection intervals for each critical component on each aircraft. 
In the event that cracks are detected during the resulting inspections, using 
prescribed nondestructive inspection (NDI) techniques, preplanned repairs 
can be implemented, thus maintaining a high level of force readiness. 

Tracking Computer Program 

The lAT computer code provides an analytical estimate of accumulated 
damage at critical structural locations on four major components including 
the wing lower skin at the front spar. The structural damage is developed 
in terms of ever increasing crack lengths calculated within the computer 
code and based on the usage of each individual aircraft. 

The aircraft usage is available to the tracking program in terms of mission 
parameters recorded on AFTO FORM 166 flight log reporting forms (Fig. 
10). The forms are completed by the aircrew at the conclusion of each flight. 
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302 CASE HISTORIES INVOLVING FATIGUE AND FRACTURE 

TABLE 4—Pilot log missionianalysis mission correlation. 

Pilot Log Mission Analysis Mission Type 

Cross country transport 
Pilot training and transition 
Test flights 
Radar profile mission 
Weather reconnaissance 
Aborted airborne flight 

cross country profiles 
training profiles 
training profiles 
training profiles 
cross country profiles 
cross country profiles 

sent to Tinker Air Force Base at Oklahoma City where they are compiled, 
copied to computer tapes, and mailed to the contractor. An algorithm relates 
the flight log data (mission description, flight length, take off gross weight, 
maximum flight altitude, number of full stops, and touch and go landings) 
to an assumed flight profile. The first step is to assign a primary mission 
type to each pilbt log mission description per Table 4. The necessary flight 
profiles were selected after a study of the L/ESS data. Table 5 provides the 
available flight profiles for each primary mission type. The I AT program 
contains a hbrary of precalculated crack growth curves each representing a 
specific flight profile in Table 5 and selected by mission description, max­
imum flight altitude, and take off gross weight. The curves, generated with 
Rockwell's crack growth program CRKGRO [5] for all tracked structural 
locations, are stored as crack length (a) versus crack growth rate (da/dFlt). 

The crack growth calculations for the detail tracked locations on an in­
dividual aircraft are obtained by performing a graphical integration pro­
cedure [8] using the stored crack growth curves as outlined next. 

The current crack lengths (â ) for both durability and damage tolerance 
are extracted from the aircraft records hbrary for the selected aircraft and 
component. Based on the pilot log data (the mission type and maximum 
flight altitude) a series of crack growth rate curves are selected covering 

TABLE 5—Available flight profiles for which crack growth curves are generated. 

Mission Type 

Cross country 

Training 

Touch and go 

Take Off 
Gross 

kg 

7700 

7700 
6100 

Weight 

(lb) 

(17000) 

(17000) 
(13500) 

Max Flight 
Altitude 

m 

10600 
7600 
4500 
2400 

10600 
7600 
4500 
2400 

600 

(ft) 

(35000) 
(25000) 
(15000) 

(8000) 
(35000) 
(25000) 
(15000) 
(8000) 
(2000) 

3,0 

X 

X 

X 

X 

X 

X 

X 

X 

2.0 

X 

X 

X 

X 

Flight Length, 

1.5 

X 

X 

X 

X 

1.0 

X 

X 

X 

X 

H 

0.5 

X 

X 

X 

X 

0.1 

X 

X 

X 

X 

X 

X 

X 

X 

X 
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the range of flight lengths. Knowing the current crack length, values of da I 
dF are extracted. The value of daldF and thus da for the particular flight 
is obtained by interpolation using the actual flight length supplied on the 
pilot log. The crack length at the end of the flight {a^ + da) is returned to 
the library. The described graphical integration procedure replaces, without 
significant loss of accuracy, the expensive cycle-cycle integration computer 
codes which would be prohibitive for the number of tracked locations and 
aircraft in the force (that is, 6IAT locations and 149 aircraft at 360 flights 
per year). 

In addition to updating the analytical crack lengths, the program estimates 
the remaining structural life by applying the same crack growth procedure 
to an assumed aircraft usage model and growing the cracks to the allowable 
lengths defined as the end of the life. The usage model is assumed to be 
identical to that flown for that individual aircraft over the previous two 
years. As a result, the remaining lives reflect the most recent aircraft usage. 
When an aircraft has not flown a sufficient number of flights (100) during 
the previous two years to form a stable statistical usage, the remaining life 
is based on the aircraft's total usage history records. 

Backup Data for Accumulated Flight Hours 

By its nature the lAT program must account for all flight hours of each 
aircraft. Like all data collection systems, the pilot logs do not return 100% 
of the flights flown nor are the returned logs 100% correct. Logs are ob­
viously missing when a change in accumulated flight hours are unaccounted 
for by individual flight records. After sorting the cards by aircraft serial 
number, date, and accumulated flight hours, it is frequently possible to 
correct entries for aircraft serial number, date, base code, and accumulated 
flight hours for logs which failed the program validity checks. 

A backup system to the pilot logs is a force-wide USAF reporting system 
known as AFR 65-110/G033B [9]. This sytem provides a monthly summary 
of accumulated flight hours as well as a distribution of flights by mission 
type. The number of sorties, number of touch and go landings, and average 
flight length is also given for each mission type. 

The accumulated flight hours for each airplane is established after con­
sidering both the G033B and the pilot card evidence; thus, it is known how 
many flight hours are unaccounted for by pilot cards. If for a complete 
calendar month the pilot cards are unavailable, the G033B data is substituted 
using Table 6 to convert the G033B mission descriptions to the T-39 lAT 
missions. Dummy pilot cards are created using historic statistics to complete 
the pilot card information. Lost flight hours for less than a month are 
accounted for by creating dummy pilot logs based on historic statistics to 
fill exactly the flight hour gaps. 
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TABLE 6—AFR65-110/GO33B/T39 lAT mission type correlation. 

Code 

SI 
S2 
S3 
S4 
S5 
01 
Al 

S6 
S7 
S8 
Tl 
T2 
T3 
04 
0 5 
06 
07 
08 

AFR65-110/G033B System 

Description 

Administrative personnel transportation 
Personnel transportation 
Material transportation 
Logistics transportation 
Special transportation missions 
Special transportation missions 
Special transportation missions 

Radar check flights 
Aircrew qualification 
Support training 
Student training 
Combat crew training 
Operation training 
Test engineering test of aircraft 
Direct test support 
Indirect test support 
Special mission 
Maintenance tests 

T-39 lAT Analysis Mission 

cross country mission 

training mission 

Baseline Tracking Report 

The T-39 force had been in service for 20 years before the implementation 
of the I AT program. Consequently, it was necessary to estabhsh the usage 
and analytical damage condition of each aircraft at that time. The only 
available G033B records, accumulated to provide that baseline, were for 
two and one half years. It was thus assumed that the usage distribution and 
flight lengths for the last two and one half years would be representative 
of the entire lifetime and that the most recent G033B data provided the 
accumulated flight hours for each aircraft as of that date. 

A baseline tracking report was issued showing the status of each tracked 
structural location on each aircraft at the implementation of the lAT pro­
gram. The damage was assessed by creating dummy pilot cards to represent 
all past defined usage and using the tracking program with the preproduced 
crack growth curves. The initial flaw sizes prior to first flights of each aircraft 
were those defined in the DADTA analysis. 

Periodic Tracking Report 

Tracking reports, issued at six month intervals, display the usage statistics 
for each aircraft, the damage accumulation for each structural location and 
significant maintenance actions affecting the durability and damage toler­
ance capability of the component (Table 7). Two types of summary are 
used: the force wide variation of crack growth is shown in Fig. 11, and the 
most severely damaged aircraft are highlighted as shown in Table 8. 
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TABLE 7—Sample individual aircraft tracking log sheet period June 1983 to December 1983. 

Mission/design series CT-T39A 
Aircraft serial number 603483 
Command MAC 
Home base Scott AFB 
Component Wing 

Key maintenance action—wing skin inspection at 18450 h (Apr 1983) 

Usage Statistics 

Data 

Total mission 
Total flight hours 
Total landings 
Average take off gross weight 
Average flight length 

Initial durability crack length 
Current durability crack length 
Economic repair limit 
Remaining useful life 

Period 

198 
235 
278 

18.1 
1.2 

Accum. 

12624 
18770 
17033 

17.2 
1.5 

Mission Type Distribution, % 

Mission Type Period Accum. 

cross country 92.9 94.6 
training 7.1 5.1 
test flights . . . .3 
radar profile 
weather reconnaissance . . . . . . 

DAMAGE DATA 

0.0635 mm (0.025 in.) 
0.0668 (0.00263 in.) 
0.762 (0.03 in.) 

> 100000 Hrs 

Initial damage tolerance crack length 
Current damage tolerance crack length 
Critical crack length 
Damage tolerance life 

1.27 mm (0.05 in.) 
1.292 mm (.05089 in.)" 
4.57 mm (0.18 in.) 
20906 h 

' Damage tolerance crack size was reset to 1.27 mm (0.05 in.) after the inspection at 18450 h 
declared the part crack free. 
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FIG. 11—T-39 Fleet-wing damage tolerance status and projection. 
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TABLE 8—Ten most damaged aircraft by durability crack size. 

Aircraft 
Serial 

Number 

603508 
610650 
610634 
610681 
624455 
610645 
610637 
624487 
624464 
610668 

Accumulated 
Flight Hours 

21721 
22390 
22466 
21515 
20386 
21076 
21514 
20413 
20824 
21112 

mm 

0.0965 
0.0947 
0.0922 
0.0909 
0.0901 
0.0891 
0.0886 
0.0886 
0.0840 
0.0833 

Durability 
Crack Size 

(in.) 

(0.00380) 
(0.00373) 
(0.00363) 
(0.00358) 
(0.00355) 
(0.00351) 
(0.00349) 
(0.00349) 
(0.00331) 
(0.00328) 

Remaining 
Usefiil Life, 

h 

>100000 
>100000 
>100000 
>100000 
>100000 
>100000 
>100000 
>100000 
>100000 
>100000 

Implementation of Maintenance Recommendations 

Due to the lack of criteria defined damage tolerance, coupled with the 
aircraft having been subjected to its design service life, a one time force 
wide inspection of the wing lower cover was recommended. This plan was 
implemented in the form of a time compliance technical order (TCTO) 
requiring fastener removal and eddy current inspection of all bolt holes in 
the wing lower cover in the zones shown in Fig. 12. All of the 137 aircraft 
in service were inspected between June 1982 and June 1983. 

One aircraft was reported as having a crack in the critical area, that being 
in the skin at the front spar attachment 1 in. from the centerline of the 
aircraft. All evidence of the crack was removed with a reaming operation, 
enlarging the hole diameter from 9.52 mm (0.375 in.) to 11.09 mm (0.437 
in.), demonstrating the capability of in-service NDI methods of detecting 
cracks in the order of 1.27 mm (0.05 in.), at which size economic repair is 
possible. 

Reset of Crack Sizes and Inspection Intervals 

As the inspection results were received for updating the I AT program, 
the damage library was modified to reflect the status of the fleet. Specifically 
the damage tolerance crack sizes were reset to the initial flaw size of 1.27 
mm (0.05 in.). Continued accumulation of crack growth from the reset initial 
size then provides current estimates of the damage tolerance lives which 
are used as the basis for recalculation of future inspection intervals. Future 
inspection intervals are transmitted to the USAF in the force structural 
maintenance plan (FSMP) as recommended "inspect before" dates. Since 
a bolt hole crack in the wing skin could become critical without becoming 
a through crack and consequently without causing a "tell tale" fuel leak, 
the inspection interval was set as the damage tolerance life divided by four. 
A sample of the applicable page from the FSMP is shown in Table 9. 
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View looking up at LH wing 
lower skin inspection Zones A 
thru D(RH side opposite) 

— WS79.070 

ZONEC 
FUEL DRAIN HOLE 

STRINGER NO. 13 

265-1OO040 LWR SPLICE 

265-130122 LWR SKIN 

/ 
265 130073 RIB 

YY 
VI 

FIG. 12—T-39 wing inspection zones. 

X X 

Maintenance Reporting System 

In order for the I AT program to correctly reflect the status of the force, 
a maintenance reporting system has been instituted. A sample maintenance 
report is shown in Fig. 13 with a partial "affected item" list. The prime 
reporting requirements are maintenance actions on the affected parts or 
components and the accumulated flight hours at the time of the mainte­
nance. Typical of the maintenance actions affecting the structural life of the 
critical parts is the interchange of components such as wings, from one 
aircraft to another. The I AT program, using the maintenance data, assigns 
the analytically accumulated damage in the component to the tail numbered 
aircraft receiving the interchanged part. Replacement of critical parts, such 
as the wing lower skin, with an unused part will require the tracking program 
damage library to be updated to reset both the durability and damage 
tolerance crack sizes to appropriate initial values. If the replacement parts 
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TABLE 9—Inspection calculation method for FSMP. 

Wing Skin Inspection Schedule 

Aircraft Serial Number 603483 

Damage tolerance life (lAT Report Jan. 1982 to June 1982) 20111 h 
Damage tolerance life (lAT Report July 1982 to Dec. 1982) 19603 h 
Damage tolerance life (lAT Report Jan. 1983 to June 1983) 19884 h 
Damage tolerance life (lAT Report July 1983 to Dec. 1983) 20906 h 

Average damage tolerance life 20126 h 
Inspection interval is 20126/4 = 5023 h 

Aircraft usage (Jan. 1982 to June 1982) 393 h 
Aircraft usage (July 1982 to Dec. 1982) 380 h 
Aircraft usage (Jan. 1983 to June 1983) 460 h 
Aircraft usage (July 1983 to Dec. 1983) 235 h 

Assume the yearly usage is twice the maximum usage for any six months in the last two years 
Yearly usage is 920 h 
Inspection period is 5023/920 = 5 years 
Based on last inspection being accomplished in April 1983, the next inspection must be 

implemented before April 1987 

are of a different geometry or different material the crack growth curve 
library must be modified with appropriate precalculated crack growth curves. 

Conclusion 

The introduction of fracture mechanics based lAT to the T-39 mainte­
nance procedures results in two improvements. A more systematic and 
coherent quantitative procedure has been established to compute the in­
spection intervals necessary to assure that potential cracks in critical loca­
tions do not propagate to critical length constituting a safety problem. A 
guide is provided to the sequence of removal of aircraft from service in the 
event of the T-39 being phased-out of the USAF inventory. 
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ABSTRACT: This case study presents the application of fracture mechanics to ana­
lyze the failures of two dies. One is the failure of a die used to swage fittings onto 
wire ropes. This failure is traced to very high stresses in the die cavity and relatively 
low fracture toughness; fatigue plays no role. In the second die, the failure is caused 
by the growth of a crack from the die cavity and is solely a fatigue problem. This die 
is used to mold gears in a powder metallurgy process. 

KEY WORDS: dies, failure analysis, fatigue, finite element analysis, fracture, metal-
forming, powder metallurgy, swaging, tool steels, wire rope 

Two industries in northern Pennsylvania make extensive use of dies as 
part of their manufacturing process. They are the wire rope and the powder 
metallurgy industries. The production of these regional industries is of na­
tional significance with the Pennsylvania wire rope manufacturing faciUties 
producing about 40% of the wire rope made in North America. Powder 
metallurgy manufacturing is also a major industry in northern Pennsylvania. 

Within the wire rope industry, dies are used in various stages of production 
from the drawing of steel wire (from which the ropes are wound) to the 
attachment of fittings which are used to connect the ropes to other structural 
components. Examples of the application of wire rope include uses in el­
evators, mining operations, power shovels, naval drag and tow lines, bridges, 
and ski lifts. In addition, a growing number of wire rope applications is 
developing in the off-shore oil industry. 

The particular die of interest in this first case study is used in the wire 
rope industry to swage tubular aluminum alloy fittings onto the ends of 
rope. As shown in Fig. 1, the swaging process consists of inserting the end 
of a wire rope into the open end of a fitting. In this illustration the fitting 

' Associate professor. Mechanical Engineering Department, and assistant professor. Civil 
Engineering Department, respectively, Bucknell University, Lewisburg, PA 17837. 
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WIRE ROPE 

THREADED RTTING 

FIG. 1—Wire rope swaging die. 

is a threaded connector. Note that the outer diameter of the fitting is greater 
than the diameter of the die cavity. After the rope has been inserted, the 
upper and lower dies are pressed together under a large force. This results 
in plastic flow of the fitting within the die cavity to tightly surround the 
rope and form the attachment. Excess material from the fitting is squeezed 
into the flash cavities and sheared-off by the dies. In many swaging oper­
ations the total deformation of the fitting is carried out in several successive 
presses. The piece is rotated within the dies between presses and the load 
increased until the attachment is made. Upon completion of the swaging, 
the dies are fully separated and the wire rope/fitting assembly is removed. 

Dies are also critical components in the powder metallurgy industry. They 
form the mold for producing powder metallurgy parts ranging from standard 
machine parts, like gears, to custom parts for special machine applications. 
Through the use of precision-cut dies, parts can be quickly, accurately, and 
inexpensively produced with powder metallurgy methods that would be 
costly if fabricated with conventional machining techniques. 

This second case example will focus upon a die insert used in the pro­
duction of bevel gears. Figure 2 shows an illustration of this die. The lower 
die insert contains a cavity that has been cut by an electric discharge ma­
chining process to the exact shape and dimensions of the desired powder-
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molded gear. The lower die is fixed within the lower platen of a press. At 
the start of the process, a metal powder is injected through a nozzle into 
the cavity. Upon filling of the cavity, an upper platen is lowered into place 
and a large force is applied to press the powdered metal and compact it 
into the mold cavity. The nozzle is designed to avoid interference with the 
pressing stage of the process. When compaction is complete, the upper 
platen rises, and the molded gear is ejected from the cavity by a piston 
which rises through the center of the lower die cavity. The entire cycle takes 
place in a matter of seconds, and results in a rapid, efficient method to 
produce complex machine parts. After molding, the gear is then put through 
a sintering process where other metals are diffused into the gear, and heat 
treating is used to produce the desired strength levels. 

In either the wire rope swaging application or the powder metallurgy 
molding process, breakage of a die results in production shutdown and its 
associated costs. The remainder of this paper presents the failure of both 
types of dies, and fracture mechanics techniques are used to explain the 
causes and suggest general guidelines for prevention of future failures. 

A Fracture Mechanics Approach to Failure Analysis 

Several aspects of the operation and nature of these dies suggests a po­
tential for failure resulting from the growth of cracks in the components. 

NOZZLE INJECTS 
POWDERED HffiTAL 

DIE OWITY 

LOWER DIE 

POWDER METALLURGY MOLDING PROCESS 

FIG. 2—Powder metallurgy die. 
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First, during normal operations, the dies are subjected to large, repeated 
loads. Second, the cavities in both dies create regions of high stress con­
centration where cracks can initiate and grow resulting in catastrophic fail­
ure. Third, in order to produce parts of well-controlled shape and dimen­
sions, the dies are made of high-strength, hardened materials. As such they 
may be prone to brittle fracture. 

It was found that several of these factors contributed to the failure of 
both dies. A complete description is given in the following sections. In order 
to provide a general format for the fracture analysis of these dies, the 
following information can be identified as essential to this as well as any 
structural failure analysis: 

1. Evidence 
(a) Geometry of component 
(b) Magnitude and spectrum of loading 
(c) Environmental factors 
(d) Examination of failure surface 

2. Material properties for fracture and fatigue 
3. Failure hypothesis 
4. Stress analysis 
5. Initiation, shape, and size of flaws 

In addition, it is helpful to think of the ultimate failure in terms of three 
main stages of crack growth: 

1. Crack initiation 
2. Slow, stable crack propagation 
3. Rapid, catastrophic crack propagation 

In the following analyses, attention is focused on seeking evidence and 
analytical information to identify and quantify the roles of each crack growth 
stage in the ultimate die failures. In the case of the swaging die it became 
apparent that the failure was dominated by stage (3) rapid fracture with no 
evidence of slow stable fatigue crack growth. On the other hand, the powder 
metallurgy die showed evidence of considerable slow stable crack growth 
through fatigue for the majority of the service life. Each of these cases 
represent an extreme situation where one crack growth stage totally dom­
inates the component's life. As seen in the following sections, the macro­
scopic evidence on the failure surfaces plus the die performance as reported 
by the operators were sufficient to identify the principal crack growth stage 
for a fracture mechanics analysis. It was concluded that in both these cases 
a detailed microscopic metallographic analysis would provide little addi­
tional information of practical importance. 
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Failure Analysis of a Wire Rope Swaging Die 

Evidence 

The wire rope swaging die investigated in this failure analysis was used 
to swage tubular 6061-Tl aluminum alloy fittings onto steel wire rope. The 
die consists of identical upper and lower halves, each with a length along 
the longitudinal axis of the die cavity of 168 mm (6.63 in.), a maximum 
height of 110 mm (4.34 in.) and a width of 155 mm (6.12 in.). The die cavity 
in each half is semi-cyUndrical in shape with a diameter of 44 mm (1.74 
in.). The photograph in Fig. 3 shows the remains of the lower half of the 
die, which fractured into two pieces along the longitudinal axis of the cavity. 
The cavity is seen in the upper right quadrant with the smaller flash cavity 
next to it. 

FLASH CAVITY 

DIE 
CAVITY 

FIG. 3—One half of failed lower die. 
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The die was installed in a press with a 4.45 MN (500 ton) capacity. The 
die failed upon first application of the load following initial installation in 
the press. Discussions with the die manufacturer familiar with this particular 
installation revealed that the die was probably loaded to near-capacity of 
the press, and was being used to swage a tubular aluminum alloy fitting 
onto a wire rope at the time of failure. Figure 4 shows a side elevation of 
the failure surface, with the die cavity appearing at the top of the figure. 
The failure surface is grainy with no evidence of significant plastic defor­
mation. The brittle fracture started at the root of the die cavity approxi­
mately 51 mm (2 in.) from the left edge of the die as seen in Fig. 4. From 
there, the fracture progressed quickly through the die body. Figure 5 is a 
closeup of the failure origin; there is no evidence that a crack visible to the 
human eye existed prior to loading. Further, examination of the die and 
discussions with the die manufacturer revealed that the die was not exposed 
to a corrosive environment, nor extreme service temperatures, during its 
life. 

Material 

The die was made from a standard AISI Type S2 tool steel, water-quenched 
and tempered. This steel has a carbon content of 0.50%, a siUcon content 

FIG. 4—Lower die failure surface. 
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FIG. 5—Failure initiation site in lower die. 

of 1.00%, a molybdenum content of 0.50%, and a manganese content of 
0.40%; all percentages are by weight. Hardening due to quenching will 
typically not occur at depths greater than 32 mm (IVi in.) from the surface 
with Type S2 steel. This results in components the size of the swaging die 
having a hard, very high strength outer case with a relatively soft interior. 

This die was quenched and then tempered back to a minimum surface 
hardness of Rockwell 55C. As determined from the technical data supplied 
by the steel producer, this results in a 0.2% offset yield strength of ap­
proximately 2000 MN/m^ (290 ksi) and a 7% elongation [in a 51 mm (2 in.) 
gage length] for the material within 6 mm QA in.) of the surface. The 
information from the producer also indicated that material from the interior 
of the die should exhibit a Rockwell hardness of approximately 25 to 28C, 
with a yield strength of 725 to 830 MN/m^ (105 to 120 ksi). Two tension 
specimens were machined from the interior of the failed die and tested. 
Both specimens exhibited an elastic modulus of 203.4 GN/m^ (29 500 ksi), 
with yield strengths of 693 and 786 MN/m^ (100.5 and 114 ksi), thus sup­
porting the production specifications. 

The plane strain fracture toughness (Ki^) of tool steels is known to be a 
function of the hardness and yield strength of the material and is thus 
sensitive to quenching depth characteristics. For example, AISI Type M7 
steel will exhibit a typical Ki^ value of 25.3 MN/m '̂̂  (23 ksi Vml) at a 
Rockwell hardness of 52C, and an average Ki,. value of 11 MN/m '̂̂  (10 ksi 
ViiT) at a Rockwell hardness of 69C [1]. The plane strain fracture toughness 
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of Type S2 steel has not been found in the literature. Therefore, a test 
program to determine the toughness of this material at various hardness 
levels was initiated, and is continuing at this time. However, based upon 
^ic values for other types of tool steel, it is estimated that the surface material 
of the die has a fracture toughness in the range of 11 to 33 MN/m '̂̂  (10 
ksi ViiT to 30 ksi VuT). 

Failure Hypothesis 

The load history and physical examination of the failed die indicated the 
occurrence of a brittle failure with no significant plastic deformation during 
fracture. Both the load history and examination eliminated the possibihty 
of a fatigue-type failure characterized by slow, controlled crack growth. The 
failure surface indicated that fracture started from a very small defect at 
the root of the die cavity. This defect, when the die was fully loaded, 
underwent catastrophic growth leading to immediate die fracture. Several 
finite element analyses were performed to quantify the stress state at the 
root of the die cavity. Of particular interest was the tensile stress (tangent 
to the cavity surface) at the root. With the analytical results, an estimate 
of the required critical flaw size was determined. 

Stress Analysis 

Several plane strain linear elastic finite element analyses were performed 
on various models of the lower die. The ANSYS finite element program 
was used, and all element meshes were generated using four-node quad­
rilateral 2D elements. In each case, as the load and model are symmetric 
about a vertical plane through the center of the die cavity, only one half of 
the lower die was modeled. 

Five different models were developed for analysis. In each, the horizontal 
displacements along the plane of symmetry were restrained, and only the 
vertical displacements at the base of the model were restrained. Additional 
analyses performed with both the vertical and horizontal nodal displace­
ments restrained at the model base produced essentially identical results. 

The five analysis models are shown in Fig. 6. In the first model, an (elastic) 
aluminum alloy fitting was assumed to have filled the cavity, and a uniform 
pressure applied to the top of the fitting. The flash cavity was not modeled 
in this analysis. In the second model, a uniform pressure was applied to the 
inside of the empty die cavity; the flash cavity was again not modeled. In 
the third model, a uniform pressure was applied to the cavity, and the flash 
cavity was incorporated into the model. In the fourth model, a single inclined 
concentrated load was applied to the top edge of the die cavity to model 
the early contact and load transfer between the aluminum fitting and the 
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ANALYSIS NO. I ANALYSIS NO. 2 

( ^ 

ANALYSIS N Q 3 

ANALYSIS NO 4 ANALYSIS NQ 5 

FIG. 6—Finite element analysis models. 

die. The flash cavity was not modeled in this analysis. The fifth model 
employed the same loading as the fourth model, but the flash cavity was 
included in the model. The element mesh, geometry, and boundary con­
ditions used in the third analysis are shown in Fig. 7. 

The results of the five analyses are shown in Fig. 8. The total load appUed 
to the die by the press is plotted versus the tangential tensile stress in the 
die at the root of the die cavity. As seen in the figure, the five analyses 
produced differing estimates of the tangential tensile stress at the cavity 
root under a given load level. The first analysis employed a model with the 
cavity filled with an elastic aluminum material. As this material undergoes 
large plastic deformations in the swaging operation, it is considered to act 
more nearly as an incompressible fluid rather than an elastic material. Thus, 
of the first two models, the second (that with a uniform pressure along the 
die cavity surface) is considered to be the more accurate representation of 
the actual behavior. The third model employed the same pressure loading 
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FIG. 7—Finite element model for third analysis. 

used in the second model, but is a more accurate representation of the die 
geometry as the smaller flash cavity is modeled as well. The fourth and fifth 
analyses are considered to accurately model the loading, but only at low 
levels of press load. This model essentially reflects only the initial and low-
load contact pressure between the fitting and the die. As the load is increased 
to near-working levels, the aluminum fitting is deformed fully into the die 
cavity. Once this occurs, the point loading used in this low-load model is 
clearly inaccurate. Thus, of the five analyses and models employed, the 
third model is considered to be the most representative of the die behavior 
in service. This model incorporates an accurate geometry with a reasonable 
model of the load transferred from the fitting to the die at working load 
levels. The results of this third model were used for the remainder of the 
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too 20O 

TANGENTIAt TENSILE STRESS AT CAVITV ROOT. KS.l 

FIG. 8—Finite element analysis results (1 ton = 8.90 kN, 1 ksi 6.895 kNIm"). 

failure analysis. Note that the cavity root tensile stress predicted by Analysis 
No. 3 is essentially identical to that predicted by Analysis No. 2. Further, 
the tensile stress from the fourth analysis is nearly identical to that from 
the fifth analysis. Clearly, the presence or absence of the flash cavity in the 
models had little effect on the stresses at the root of the die cavity. The 
tangential tensile stresses at the die cavity root predicted by each analysis 
under a 4.45 MN (500 ton) press load are tabulated below. 

A plot of the x-direction normal stress contours is shown in Fig. 9. The 
maximum stress (MX) is shown in Table 1; the minimum stress (MN) is 
-1020 MN/m^ (-147.8 ksi). Note that the MX stress is tangent to the root 
of the die cavity. A plot of the y-direction stress contours is shown in Fig. 
10. The maximum compressive value for this stress is -495 MN/m^ (-71.8 
ksi) which occurs at the die cavity root. The maximum tensile value for this 
stress is 443 MN/m^ (64.3 ksi). In addition, another analysis of the third 
model using four times the number of elements in the same pattern produced 
a tensile stress at the die cavity root of 915 MN/m^ (132.7 ksi), which is 
within 0.4% of that shown in the previous table. 

The third finite element analysis predicted a von Mises yield equivalent 
stress of 1229 MN/m^ (178.2 ksi) at the root of the die cavity. This is less 
than the surface material's yield strength as indicated in the producer's 
technical data. A plot of the equivalent stress contours is shown in Fig. 11. 
The minimum equivalent stress is 3.5 MN/m^ (0.51 ksi). Note that in Figs. 
9 through 11, the ANSYS program indicates the maximum stress by the 
label "MX," and the minimum stress by the label "MN." 
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FIG. 9—Normal stress distribution in the X-direction. 

Determination of Critical Flaw Size 

The critical flaw size for die failure was determined using a tangential 
tensile stress of 912 MN/m^ (132.2 ksi) at the root of the die cavity predicted 
from the third finite element model under a press load of 4.45 MN (500 
tons). The critical flaw size, or depth, â , was determined from the following 

TABLE 1—Tangential tensile stress at cavity root, under a 4.45 MN (500 ton) press load. 

Analysis No. 1 
Analysis No. 2 
Analysis No. 3 
Analysis No. 4 
Analysis No. 5 

203 MN/m^ 
912 MN/m^ 
912 MN/m^ 

1840 MN/m^ 
1822 MN/m^ 

(29.5 ksi) 
(132.2 ksi) 
(132.2 ksi) 
(266.9 ksi) 
(264.3 ksi) 
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FIG. 10—Normal stress distribution in the Y-direction. 

expression relating the material fracture toughness, Ki^, to the tangential 
tensile stress, 5, and the critical flaw size a,. [2] 

K^, = 1.125 V W G (1) 

In this equation, Q is & shape factor based on the assumption of a semi-
elliptical crack with a depth a^ and a width (perpendicular to the tensile 
stress) of 2c. Values of Q for various ratios of â  to 2c are tabulated in 
Table 2. 

Neglecting the free-surface-correction factor of 1.2, Eq 1 can be rear­
ranged to yield 

flc - § [KJSf (2) 
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FIG. 11—Equivalent stress distribution. 

Shape Factor Q 

TABLE 2-

0.0 

1.00 

-Shape facloK 

0.1 

1.09 

' for elliptical flaws. 

ac/2c Ratio 

0.2 0.3 

1.30 1.59 

0.4 

1.96 

0.5 

2.40 

NOTE—the aJ2c ratio of 0.0 represents a through craclc of constant depth a„ while an a^/Zc 
ratio of 0.5 represents a semi-circular crack of radius a^. 
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ksiVirT 

10 
20 
30 
50 

0.0 

0.002 
0.007 
0.016 
0.045 

TABLE 3—Critical flaw depth, 

0.1 

0.002 
0.008 
0.018 
0.050 

a„ in. 

Oc/lc Ratio 

0.2 

0.002 
0.009 
0.021 
0.059 

0.3 

0.003 
0,012 
0.026 
0.072 

0.4 

0.004 
0.014 
0.032 
0.089 

0.5 

0.004 
0.017 
0.039 
0.109 

NOTE—1 ksi Vin. = 1.099 MN/m"^ 1 in. = 25.4 mm. 

In Eq 2, a value of 5 of 912 MN/m^ (132.2 ksi) was used along with the 
values of Q tabulated in Table 2. The critical flaw depth, a„ determined 
for various acl2c ratios is tabulated in Table 3 for different fracture toughness 
(A'lc) values. The critical flaw depth versus the ac/2c ratio for the fracture 
toughness values ranging from 11 to 33 MN/m '̂̂  (10 to 30 ksi ViiT) is also 
shown in Fig. 12. 

The critical flaw sizes tabulated are quite small for A",,, estimates of 33 
MN/m '̂̂  (30 ksi Vim) and less, and cracks of this depth (and typically 
smaller width) would not be detected during the manufacturer's visual in­
spection. As shown in Table 3, even for a material with a fracture toughness 
of 55 MN/m''^ (50 ksi Vim) which is well beyond the expected range, the 
critical flaw depth is at best only about 0.1 in. Therefore it is reasonable to 
conclude that failure was due to the presence of a small flaw in the root of 
the die cavity, which caused catastrophic failure upon initial loading. It is 
noted that a tougher material in the interior of the die may not arrest 
unstable crack propagation that began at a small surface flaw. Rapid crack 
growth requires a greater material toughness to arrest than that required 

Ql 0.2 0.3 OA 05 

FLAW DEPTH TO LENGTH RATIO. ac/2c 

FIG. 12—Critical flaw size versus flaw depth to length ratio for differing material toughness 
values (1 ksi Vin. = 1.099 MNIm^\ 1 in. = 25.4 mm). 
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to prevent initial crack propagation as unstable growth is a dynamic phe­
nomenon driven by stored elastic energy. Further, the stress intensity factor 
increases with increasing flaw size (see Eq 2), and the tensile stress, S, can 
be also expected to increase, in this case, as the flaw depth increases. Thus, 
it is the fracture toughness of the surface material, and the tangential tensile 
stress, S, that are of central importance in the analysis of this die failure. 

Recommendations to Increase Service Life 

Clearly some modification is required to extend the service life of these 
dies. Two changes can be recommended based upon the results of the 
analysis. 

First, a reduction in surface hardness should be considered by tempering 
at a higher temperature. The required dimensional accuracy of the die cavity 
is not high in this application, and the present yield strength of 2000 MN/ 
m̂  (290 ksi) of the surface material is excessive, in light of the peak equiv­
alent stress of 1229 MN/m^ (178.2 ksi) determined from the finite element 
analysis. Tempering back to a Rockwell hardness of 48C will produce a 
surface material with a yield strength of approximately 1520 MN/m^ (220 
ksi) and a corresponding increase in fracture toughness. The results of the 
current fracture toughness test program will better quantify the improve­
ments expected from this change in heat treatment. 

Second, an attempt to reduce the high stress magnitudes that occur at 
the root of the cavity is indicated. It is recommended that changes in the 
die geometry or componentry be investigated in an attempt to reduce the 
cavity root stresses. 

Failure Analysis of a Powder Metallurgy Die 

Evidence 

The photograph in Fig. 13 shows the remains of a broken die that reached 
this state after approximately 5000 to 6000 gears had been molded. The 
ultimate failure resulted from the growth of a single dominant flaw that 
traveled circumferentially around the lower die until the upper section sheared 
away. Closer inspection showed that the single flaw which caused the final 
failure actually was the result of the merging of at least three smaller flaws. 
These flaws originated along the inside diameter of the die where the upper 
end of the ribs joined the upper section. Note that these ribs in the die 
cavity form the bottom lands of the molded bevel gear. In order to maintain 
a close tolerance in the molded gears, this structural detail produces a sharp 
reentrant corner in the die cavity geometry and hence is a potential spot 
for significant tensile stress concentration. It was reported that some limited 
cracking was observed at this location almost immediately after the die was 
put into service. 

Copyright by ASTM Int'l (all rights reserved); Wed Dec 23 18:32:03 EST 2015
Downloaded/printed by
University of Washington (University of Washington) pursuant to License Agreement. No further reproductions authorized.



RICH AND ORBISON ON ANALYSIS OF DIE FAILURES 327 

FIG. 13—Failure surface of powder metallurgy die. 

The die is essentially cylindrical in shape with the ribs distributed uni­
formly around the cavity. Figure 14 shows the dimensions of an axial cross 
section with both a typical rib and valley shown. The cross-hatched section 
represents the ejection piston in the center of the die cavity. 

It was given that the maximum load on the die was 2.455 MN (552 kips) 
from the upper platen. This corresponds to a hydrostatic pressure of 396 
MN/m^ (57.4 ksi) for the 89 mm (3.50 in.) diameter die cavity. This pressure 
was applied cyclically with each cycle corresponding to the molding of one 
gear. An important implication of this loading is the potential for powder 
to be forced into any crack which initiates from the cavity wall. This pres­
surizes the crack and can accelerate growth. Finally the die was set tightly 
into the lower platen of the press, which provided support and some restraint 
to deformation of the die. As the die was operated in air at room temper­
ature, thermal or chemical aspects of the environment had no significant 
effect upon the failure of this die. 
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FRACTURE ORIGIN—> 

-, 969" , 

t^~^ , — 

^ 3 5 -

2.500" te 

ri 

—; 

FIG. 14—Radial section of powder metallurgy die {1 in. = 25.4 mm). 

Material 

The die was made from a standard AISI A2 tool steel hardened to a 
measured value of Rockwell 63C. This was higher than the 54 to 56C value 
that was specified for this application, and is close to the as-quenched 
hardness. In fact the material was too hard to machine standard tensile and 
fracture toughness specimens from the die with conventional machine shop 
equipment. 

For purposes of analysis it was assumed that the modulus, E = 206.85 
GN/m^ (30 * 10* psi), and the fatigue properties for the Paris equation could 
be taken from Rolfe and Barsom for martensitic steel [2] 

da 
(3) 

where 

a = crack length in inches, 
Â  = number of load cycles, 

^K = change in the stress intensity factor from zero to peak load 
in ksi VirT, 

Cp and n = empirical material properties for martensitic steels deter­
mined experimentally [2] for the English units, 

Cp = 0.66 * 10-^ and 
n = 2.25. 

Flaws 

As mentioned earlier, at least three separate fracture origins were ob­
served when looking at the fracture surface (shown in Fig. 13). The presence 
of a small thumbnail flaw could be seen at each origin site. Coarse fatigue 
striations are clearly observable on the fracture surface coming from the 
thumbnail flaw and progressing to the final fracture. The visible coarse 
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striations number approximately 30, but the majority of the fatigue hfe of 
the die would have occurred while the crack was growing within the thumb­
nail region. 

Also, note that while the final stages of fatigue crack growth took place 
on a plane roughly parallel to the top surface of the die, the initial devel­
opment of the thumbnail flaw occurred on a plane oriented at a 35° angle 
to the top surface as shown in Fig. 14. Finally the thumbnail flaw is ap­
proximately 5 mm (0.2 in.) deep along the 35° plane. 

Stress Analysis 

To estimate the cycles to failure for the die, knowledge of the stress field 
was required. The finite element method was employed and the mesh used 
is shown in Fig. 15. A Bucknell finite element program was used, and the 
element mesh was generated using three-node axisymmetric finite elements 
with a closed form stiffness representation [3]. Each of the quadrilateral 
elements shown in Fig. 15 is comprised of four of these three-node elements. 
Care was taken to develop a well-formed mesh with the greatest density of 
elements in the region of the crack plane (see Fig. 14). As the problem was 
modeled as an axisymmetric solid, this had the effect of treating the ribs 
and valleys within the die cavity as a solid, tapered volume. Since the actual 
cavity would provide less stiffness to the wall of the die than the solid, 
tapered model, the mesh was constructed with a separate zone of three 
quadrilateral elements in the rib region. This is seen in Fig. 15. In this 

0 C 

m 
FIG. 15—Axisymmetric finite element model. 
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manner the elements in the rib region could be given a lower Young's 
modulus to model the reduction in stiffness. 

The basehne solution for this analysis was performed with the following 
boundary conditions (refer to Fig. 15): 

Side Condition 

AB 

BC 

CD 
DE 
EA 

no vertical displacements 
free to move horizontally, no friction 
no horizontal displacements 
shear free surface 
load free surface 
hydrostatic pressure of 6.895 kN/m^ (1.0 psi) 
symmetry conditions 
no horizontal displacements 
no vertical loads 

In addition, the baseline solution was obtained assuming that all material 
had the modulus of steel including that in the rib region. The normal stress 
distribution along the 35° plane is given in Fig. 16. The original data for 
this solution are given in Ref 4 by McKernan including variations from 
easing constraints on boundary BC and reducing the elastic modulus in the 
rib zone of elements. 

The graph shows that with radial restraint the maximum tensile stress 
normal to the 35" plane occurs at the crack initiating/fracture origin and 

CRACK LENGTH - IN. 

FIG. 16—Normal stress distribution perpendicular to crack plane (1 psi = 6.895 kN/m^, 1 
in. = 25.4 mm). 
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has a value of about 4.83 kN/m^ (0.7 psi) for the 6.895 kN/m^ (1.0 psi) 
internal die pressure. As long as the die remains elastic, the results can be 
hnearly scaled with the internal pressure. Thus at the maximum operating 
pressure the peak normal stress would be 0.7 x 396 MN/m^ = 276 MN/ 
m̂  (40 ksi). From Ref 4, Fig. 16 shows that if side BC is permitted to move 
freely in all directions, bending is enhanced and the peak stress could reach 
579 MN/m^ (84 ksi) with an equivalent stress of about 752 MN/m^ (109 ksi) 
at the fracture origin. However, with the lateral constraint that the lower 
platen exerts on the die, it is not probable that the stresses can rise to the 
579 MN/m^ (84 ksi) level except right at the sharp corner. 

From the theory of elasticity the equivalent stress CTeq is given by the 
following formula for an axisymmetric state of stress and has been defined 
such that when it reaches the yield strength of a given material in tension 
at a particular point in a component, yielding is predicted to occur under 
a general stress state 

ae, = ^ {((T. - (T,)^ + ( a , - CTe)̂  + (cTe - (T,)2 + ejjy^' (4) 

where 

(Jr = normal stress in radial direction in the die, 
aj = normal stress in hoop direction in the die, 
CTz = normal stress in axial direction in the die, and 
T̂^ = shear stress in the die. 

A typical value of the yield strength of Type A2 tool steel with the 
hardness of the die is approximately 1590 MN/m^ (230 ksi). The exact yield 
strength for the die in question is unknown. Note that no appreciable evi­
dence of plastic deformation was present in the broken die. 

McKernan also showed that a reduction in Young's modulus within the 
rib zone elements to a value 1% of that within the rest of the die resulted 
in an increase of the equivalent stress at the fracture origin of about 10%. 
This effect is of the same order as the overall accuracy of the finite element 
method for this solution and thus will be ignored in this case study analysis. 

Conclusions from the stress analysis that can be applied to the failure 
analysis are: 

1. The finite element analysis indicated a tensile stress perpendicular to 
the crack plane at the reentrant corner where the rib joins the inner wall 
of the die cavity. The theoretically infinite stresses associated with a reen­
trant corner would have been sufficient to initiate and grow a small crack 
in this region. 
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2. The radial constraint supplied by the lower platen of the press was 
probably sufficient to limit the normal stresses along the 35° plane to the 
baseline data of Fig. 16 (with radial restraint). 

The number of cycles that it took for the thumbnail flaw to develop 
can be estimated from the baseline data of Fig. 16. The following section 
presents the fatigue calculation and includes the effect of pressure within 
the crack. 

Fatigue Analysis 

Equation 4 presents the fatigue crack growth equation of Paris. To es­
timate the cycles to develop the thumbnail flaw, an estimation of AK is 
required for a crack growing down the 35° plane. Even though the actual 
shape of the thumbnail flaw is semi-elliptical, a first approximation for the 
stress intensity factor can be taken from the solution of an edge crack in a 
semi-infinite plate under uniaxial tension. This leads to a simple integration 
of the Paris equation and provides an order of magnitude estimation of the 
cycles required to grow the observed thumbnail flaws. For an edge crack 
growing into a semi-infinite solid under a normal, tensile stress, 5, aligned 
perpendicular to the crack surface, the stress intensity factor is known to 
be [2] 

K = 1.12 SV^ (5) 

Hence, for a load cycling between zero and some maximum value, which 
causes the stress in the vicinity and normal to the crack to vary between 
zero and some maximum value, S* 

AK = 1.12 S* V ^ (6) 

Therefore, Eq 3 becomes 

^ = C , [ 1 . 1 2 5 * V ^ ] " (7) 

Integration of this expression leads to an estimation of the cycles to produce 
a crack of a given size, â - To perform the integration, some value for 5* 
is needed. One approximation would be to assume that the normal stress 
distribution shown in Fig. 16 reflects the dominant stress component at any 
subsequent crack length during fatigue. McKernan employed this approx­
imation and using a numerical integration of Eq 8 calculated that it would 
take at least 50 000 cycles to propagate a crack from arOund 0.25 to 10 mm 
(0.01 to 0.40 in.) along the 35° plane. This was for the case where enhanced 
bending could take place. Radial constraint would increase the number of 
cycles even more. 
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A more realistic approximation includes the effect of pressure getting 
into the crack tip region as it propagates. This will accelerate the crack 
growth and lead to fewer cycles to failure. In this approximation the driving 
stress would be the maximum tensile stress in the die at the crack tip area 
plus the opening pressure. Consider writing the driving stress in terms of 
the internal die pressure 

S* = Cop (8) 

where 

p = pressure inside the die cavity and 
Co = proportionality constant based upon the die geometry. 

Substitution into Eq 7 results in 

^ = C,[1.12 C,p V^]" 

= Cp [1.12 CoP V^Y «"" 

r^KT = r 1 1 r i i" f '^ 
Jo L C X ' ^ J Ll-12 CopJ i , a"'' 

(9) 

where Â  = the number of cycles needed to grow a crack from an initial 
size fl, to a final size a,. 

N = 
C„Tr" 1.12 CopJ b-nj^"' 

a,(2-n)/2-] (10) 

Substitution of the fatigue properties given earlier for martensitic steels 
results in 

N = 2.59 X 10* [d"- - Or (11) 

If it is assumed that the driving stress equals the maximum stress at the 
fracture origin from Fig. 16 (5 = 0.7 psi) plus the opening pressure (p = 1.0 
psi), Co then equals = 1.7. For a total operating pressure of 396 MN/m^ 
(57.4 ksi), the number of cycles needed to grow a crack to the 5 mm (0.2 
in.) thumbnail flaw depth becomes 

TV = 2.59 X 10* ' 1 
1.7 X 57.4J 

2.25 

[fl,.-°^'' - 0.2-0125] (12) 
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Thus the fatigue Ufe becomes a function of the assumed size of the initiated 
crack at the fracture origin. The following Table 4 shows the cycles for a 
few possible values of a,. 

Even with the approximations made in estimating the stress intensity 
factor and the Paris fatigue law properties, this example demonstrates the 
power of fracture mechanics in predicting the cycles to develop the observed 
thumbnail flaw. The answer is sensitive to the initiated crack size, but the 
order of magnitude is reasonable for the likely range of values chosen. 

Concluding Remarks 

These two die failures illustrate the extremes in the effect of the crack 
growth stages upon the life of the components. In the wire rope swaging 
die, the combination of high stresses at the root of the cavity and the 
relatively low toughness of the surface material resulted in a catastrophic 
fracture at a small critical flaw size. Small pre-existing cracks are sufficient 
to cause rapid fracture without any cyclic, slow stable fatigue crack growth. 

On the other hand, in the case of the powder metallurgy die, failure was 
not a result of rapid fracture from a small crack coming from high stresses 
and relatively low fracture toughness. Instead, most of the life was spent 
in growing a fatigue crack until the die virtually separated into two pieces. 

Based upon these observations the following work is being undertaken 
to improve the life of the dies. In the case of the wire rope swaging die, an 
improved fracture toughness through changes in heat treatment would help 
the situation. A second approach is to explore changes in geometry or 
loading to reduce the high stresses at the root of the cavity. 

Since the fracture toughness does not play a critical role in the fatigue 
life of the powder metallurgy die, a change in materials or heat treatment 
probably would have a minor effect on the service life. Therefore, in this 
case changes in geometry and loadings are being sought in order to reduce 
the maximum tensile stress at the fracture origin. As reflected by 5* in Eq 
8, and by Eq 11, this would increase the number of cycles to failure. 

TABLE 4—Cycles versus initial flaw size. 

di 

0.0025 mm (0.0001 in.) 
0.0127 mm (0.0005 in.) 
0.0254 mm (0.0010 in.) 
0.127 mm (0.0050 in.) 
0.254 mm (0.0100 in.) 
1.27 mm (0.0500 in.) 

Â , 
cycles 

16 785 
11 797 
9 940 
6 200 
4 807 
2 002 
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ABSTRACT: Stress analyses incorporating stress concentration, fatigue, and fracture 
calculations should be an important aspect of failure analyses. The following descrip­
tion of a saw arbor failure provides a simple example of this necessity. The failure 
was a classical stepped shaft in bending fatigue failure. Stress concentration at the 
change in diameters was calculated to be a factor of five. However, stress calculations 
revealed normally expected stresses to be well below the endurance limit even with 
the stress concentration effects. Additional investigation revealed evidence for severe 
imbalance loads from one saw blade. It was hypothesized that some of the teeth from 
the carbide tipped saw had been knocked off, and the resulting imbalance loads were 
more than sufficient to initiate fatigue cracking. 

KEY WORDS: fatigue, stress concentration, stress analysis, mutual hardness cal­
culations 

A saw arbor holding a 0.56 m (22 in.) diameter saw blade in a lumber 
mill trimming saw machine failed while in operation. The spinning carbide 
tipped blade then cut through guards and seriously injured a worker. Visual 
observation of the fracture revealed that fatigue cracking had initiated at 
and propagated from a change in diameters on the arbor. No significant 
radius was observed at the change in diameters. 

This type of shaft failure is often written up in failure analysis literature 
as a stress concentration induced failure caused by a change in shaft di­
ameters. The purpose of this paper is to show that routine calculations 
reveal that this particular failure, and probably many other similar failures, 
are not always simple. Stress calculations involving stress concentration and 
fatigue calculations provide a powerful tool with which to arrive at a more 
complete analysis of failure. The underlying principle is that results of stress, 
fatigue, and fracture calculations should be consistent with the proposed 
mode of failure. 

The trimming saw consisted of eleven identical, independent saws and 
was used to trim lumber to finished lengths. Figure 1 shows a side view of 
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(6.75") 
171.45mm 

FIG. 1—This schematic drawing shows the general arrangement of the trimming saw. 

one of the identical trimming saw systems. The arbor design and crack 
origin location are shown in Figure 2. This design had been in service for 
several years without any reported problems or failures. The specific equip­
ment involved in the accident had been in service nearly two years prior to 
the accident. 

Trimming saws were arranged every 0.6 m (2 ft)̂  so that lengths from 
0.6 m (2 ft) to 6 m (20 ft) could be trimmed. Each saw was equipped with 
a 3730 J (5 HP) electric motor turning the saw blade at 2200 rpm. All of 
the saws were normally turned on each day of operation. However, the saw 
which failed was at the 5.5 m (18 ft) location and only cut wood about 2% 
of the time. 

• All measurements and calculations were originally in English units. 
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CRACK INITIATION 

LOCATION 

NUT 

25.4mm (1.0in} 

COLLAR SAW COLLAR BEARING 
BLADE <t 

1870 N (420 lbs) 
90300 N (20,300 lbs) 

FIG. 2—Two heavy collars and a nxt were used to hold the blade in place upon the saw 
arbor. 

Results 

Fractographic Evaluation 

Figure 3 shows the fracture surface of the saw arbor. The collar which 
butted up against the step in the arbor is still on the shaft. Figure 4 shows 
the arbor surface where the saw blade rode. Fracture occurred where the 
31.75 mm (1 'A in.) arbor shaft stepped sharply up to 42.8 mm (1 V̂ie in.). 
A large collar to support the saw blade was press fitted onto the arbor and 
up against the shoulder. 

The fracture surface had the typical characteristics of a fatigue failure. A 
single crack origin can be observed in Fig. 3. No significant defect was 
observed at the origin. No evidence for fretting was observed at the crack 
origin. The very initial cracking propagated straight across the arbor di­
ameter for approximately 2.5 mm, as if a bending moment were applied 
only at the crack origin location. Cracking then changed abruptly to a 
manner more typical of rotating bending. (The point of maximum bending 
stress changed with shaft rotation.) The final fracture region was small, thus 
indicating low service stresses at failure. 

Stress Calculations 

Stress calculations were made assuming normal operating conditions to 
determine if stresses capable of initiating fatigue cracking were possible at 
the shoulder (change in diameters where cracking initiated) in the arbor. 
These calculations included stress concentration effects. When these initial 
calculations revealed low stresses, additional calculations became necessary 
to justify fatigue crack initiation. 
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1 v:?-"' !'W'i'''';A'5?'.'j'l 

FIG. 3—The complete arbor fracture surface is shown here. An arrow points to the origin. 
No obvious material defect was observed. 

A determination of the stress concentration factor was the first calculation 
made. The radius at the base of the shoulder on the cold-rolled steel shaft 
was measured to be 0.13 mm (0.005 in.) by using wire feeler gages and a 
low power microscope. This combination of radius and ratio of diameters 
produced stress concentrations of 4.7 and 5.1 using charts from Peterson 
[i]. A shear stress concentration factor was also found from the same charts 
to be 4.0 to 4.5. The collar on the arbor was reportedly press fitted up 
against the shoulder where the fracture occurred. This contribution to stress 
concentration was ignored for lack of data. 

Torsion stresses were calculated to be very low on the shaft. The torque 
on the arbor with no load was calculated to be 

T = 
(396000) (HP) (396000) (5) 

lit rpm 2TT (2200) 
= 143 in. • lb or 16.1 N • m (1) 

Or under load: 

(396000) (5) _ 
^ = 2^(1100) - ^ ^ ^ ' " -

lb or 32.3 N • m 
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FIG. 4— The large washer or collar was press fitted onto the shaft and up against the shoulder. 
A brinelled area can be seen (arrow) where the unbalanced saw blade deformed the shaft. 

The torsional stress on the shaft is therefore 

T = 
TV ^ (143 to 286) (0.625) 
/ (0.782 in.") (2) 

= 114 to 228 psi (7.86 x 10= - 1.57 x 10" Pa) 

Including stress concentration effects, these stresses are too low to have 
initiated a failure. 

The basic saw dimensions are shown in Figs. 1 and 2. The air cylinder 
could provide up to 3560 N (800 lb) in downward force. A simple statics 
analysis was made assuming the primary force on the arbor was the air 
cylinder. The nut clamping force was ignored because torquing requirements 
were low. (The wood feed force was much less.) The maximum force on 
the arbor was 1870 N (420 lb), and this force decreased as the saw arm 
dropped. This force translated into a bending moment on the 31.75 mm (1 
VA in.) arbor of 47 500 N • mm (420 in. • lb). The maximum or outer fiber 
bending stress was, therefore 

Mc 
— = 15.0 MPa (2180 psi) (3) 
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A Stress concentration factor of 5 would not elevate this stress to anywhere 
near the endurance limit for the steel. 

No material properties other than hardness were available for the arbor 
because destructive testing had not been permitted. Therefore, a lower hmit 
on the fatigue endurance limit was estimated from the hardness. The cold 
rolled steel shaft had a hardness of 143 BHN which produces a tensile 
strength of approximately 482 MPa (70 000 psi). The endurance limit could 
be conservatively estimated to be 35% of the tensile strength or 169 MPa 
(24 500 psi). This number is well above the calculated bending stresses in 
the shoulder region including effects of stress concentration. Therefore, 
some other factor was required to have raised stresses high enough to have 
initiated a fatigue failure. 

Careful examination of the arbor revealed brinelling at one point on the 
steel shaft where the saw blade fit (Figs. 2 and 4). This was caused by a 
force on the saw blade high enough to deform the shaft in one location. 
The circumferential positions of the brinelled area and of the crack initiation 
site coincide. 

The principle behind hardness testing was used to estimate the force 
required to deform the saw arbor. Hardness tests are run by pressing with 
a known force an indenter of known geometry and hardness into an un­
known material. The hardness or plastic flow stress of the unknown material 
is calculated on the basis of the area of the indention and the known force. 
However, in this case, the hardness of the arbor and the indention area 
were known. Reference 2 provides a method for determining the force 
required to make the indention. This method provides factors which take 
into account the indentor geometry and hardness. 

Hardness measurements on the shaft yielded a hardness of 143 BHN. 
The hardness of the saw blade was assumed to be comparable. A local yield 
stress can be calculated using a factor of 2.8 to account for the Brinell ball 
shape and hardness 

143 BHN ^ ^^^ kg/mm^ = 500 MN/m^ (72.6 ksi) (4) 
2.8 

Similar hardnesses and a cylinder inside a cylinder geometry yield a hardness 
factor of 1.4̂ . This factor times the calculated yield stress from Eq 4 yields 
a constrained flow stress of approximately 700 NM/m^ (Eq 5). The inden­
tation area 

(500 MN/m^) 1.4 = 700 MN/m^ (102 ksi) (5) 

(700 MN/m^) (1.29 x lO"" m )̂ = 0.0903 MN (20.4 kips) (6) 

was measured to be 1.29 x 10"" m ,̂ and this area times the constrained 

Copyright by ASTM Int'l (all rights reserved); Wed Dec 23 18:32:03 EST 2015
Downloaded/printed by
University of Washington (University of Washington) pursuant to License Agreement. No further reproductions authorized.



342 CASE HISTORIES INVOLVING FATIGUE AND FRACTURE 

flow Stress yields a force required to produce the indentation of approxi­
mately 90 300 N. 

This calculated force is relatively high and yields a maximum bending 
stress at the site of crack initiation of 730 MPa (106 ksi). This is at or near 
the failure stress of the steel in bending. Assumptions regarding the hardness 
of the saw blade and the probabihty that the total measured indented area 
developed as a result of increasing blade movement as the blade hole de­
formed certainly would affect the magnitude of this force. (The actual in­
stantaneous contact area could have been half or less of the total measured 
area of damage.) The point is that a source for higher stresses has been 
found, and that refinements to the calculations could be made if the data 
were available. 

The possibility of an overloaded saw blade was confirmed when a check 
with local saw repair shops revealed that the particular saw mill in question 
had experienced problems with pieces of occasional steel in the lumber 
knocking carbide teeth from the saw blades. The resulting imbalance would 
have overloaded the saw arbor. In this particular case, half of the teeth 
missing would produce just about the level of force calculated in Eq 6. 

A closer approximation of the actual stress on the shaft might be made 
by considering the fracture surface. Cracking initially propagated about 2.5 
mm straight along the shaft diameter. Then the crack front changed to one 
more typical of rotating bending. It was known that the saw on the arbor 
at failure was in good condition and was about 1.5 mm wider than the one 
which initiated the failure. Thus the change in crack propagation can be 
explained by a saw blade change. When the blade was changed is not known. 
However, the damaged saw ran for at least several minutes before being 
shut down and the blade changed. Therefore, the initial crack growth on 
the arbor would have occurred over the period of a few thousand cycles to 
over a million cycles. Arbor stresses can then be considered to be bounded 
by the endurance limit of 170 MPa and the 1000 cycle limit. One thousand 
cycle life limits can be estimated by the following equation [3] 

a = u'f{2Ny (7) 

where 

CT = predicted stress for N cycle life, 
(Tf = fatigue strength coefficient (estimated = 900 MPa), 
b = exponent (estimated = - 0 . 1 3 ) , and 
a = 900 (2000)-°" = 335 MPa (48.6 ksi). 

The estimated brinelling force is certainly in this order of magnitude and 
would probably fall within this range if more data were available. 
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Conclusion 

The failure of the saw arbor is hypothesized to have started when a piece 
of steel in lumber being trimmed knocked off several carbide teeth on the 
saw blade. The resulting imbalance load was adequate to initiate fatigue 
cracking, but it was not adequate to cause blade failure before the blade 
was changed. (A new blade was put on the arbor and cracking continued 
at a much slower rate.) Calculations or the force required to cause the 
brinelling were on the high side. Actual forces were most probably lower. 
Therefore, the imbalance hypothesis was consistent with the stresses re­
quired for fatigue fracture while stress concentration alone was not. 

This case provides an excellent illustration of the necessity for performing 
stress calculations as part of a failure analysis. Conclusions from the frac-
tographic analysis should be consistent with the stress calculation results. 
Sophisticated fatigue and fracture calculations were not required for this 
particular case. However, these calculations are often very helpful in more 
complex cases such as pressure vessel failures. 
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ABSTRACT: Experience has shown that in many instances designers have reacted 
to service fatigue failures in welded structures in the wrong way, with the result that 
design changes made have not had the desired effect. It is the intention of the present 
paper to demonstrate that fracture mechanics techniques, which are now well estab­
lished, can be used to provide an appreciation of those aspects of a design which are 
important with respect to the fatigue performance of the structure. This understanding 
provides an excellent basis for evaluating the benefit of proposed design changes 
when service problems are encountered. 

Analysis is based on stress-intensity solutions derived by two-dimensional linear 
elastic finite element modelling. Fatigue lives are predicted by integration of the 
appropriate fatigue crack growth law on the basis that the life of a welded joint is 
dominated by the propagation of small pre-existing defects. 

An important consequence of this feature of their behavior is that the fatigue lives, 
and hence fatigue strengths, of joints are strongly influenced by factors which affect 
the rate of crack propagation. Results are given which illustrate that factors such as 
weld profile, the tensile strength of the parent material, and stress relief by post weld 
heat treatment have little effect on fatigue strength, although historically designers 
have often looked to modify one of these in the face of service problems. Other 
factors such as the detailed design of joints and the reduction of stress concentration 
factors are shown to be more significant. 

It is also demonstrated that even the most fundamental step in the design process, 
that is, the selection of scantlings, may not have the expected effect on fatigue life 
since the fatigue strength of a joint may be reduced by increasing the plate thickness. 

KEY WORDS: fatigue, welded joints, crack propagation, finite elements, fracture 
mechanics, weld defects 

When a structure or component fails in service the pressure on design, 
materials, or welding engineers to find a quick and reliable solution may 
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be considerable. Under these circumstances it is tempting to grasp at al­
ternatives which at first sight may appear to solve the problem, only to find 
in due course that a permanent solution has not been effected. In welded 
construction, fatigue cracking at welded joints is by far the most common 
cause of failure. Experience has shown that when faced with this problem 
engineers may be tempted by crude repair procedures. If repair is not 
possible, parameters such as the parent material, heat treatment, welding 
procedure, or welding consumable may be varied in manufacturing a re­
placement item, often with little or no appreciation of the true mechanism 
of failure, or the effect such changes are likely to bring about. 

Fracture mechanics is an invaluable aid in such circumstances. Perhaps 
the simplest illustration of this fact is the example of a cylindrical pressure 
vessel which developed a through-thickness crack in service running parallel 
to a longitudinal butt welded seam. A single weld run made from the outside 
(Fig. 1) sealed the leak and allowed operation of the vessel to continue, 
but left the original fatigue crack penetrating the section to a depth of about 
one third of the wall thickness. With only the slightest appreciation of the 
mechanics of fatigue crack growth, and without recourse to detailed cal­
culations, it is obvious that, due to the exponential characteristic of crack 
growth, through-thickness cracking would occur again within a very short 
proportion of the time taken to produce the original failure. 

In addition to its more obvious application in the assessment of fitness 
for purposes of cracked or defective structures, fracture mechanics provides 
a useful model of the fatigue behavior of nominally sound joints. This results 
from the fact that in steels the weld toe, which is the site of failure in the 
majority of joints, invariably contains sharp planar slag intrusions entrapped 
in material which either remained pasty or was molten only for an instant 
during welding. Typically these defects have been found to be between 0.15 
and 0.4 mm deep [1]. They can be regarded as small pre-existing cracks 
which will propagate virtually from the start of cyclic loading, thus elimi­
nating the need to consider a fatigue crack initiation period. As a result, 
factors which influence crack propagation have a significant influence on 
the fatigue life. In the present paper we describe briefly the basis of the 

„ „ , , . Repair weld 
Butt welded seam 

Vessel wall 

Fatigue crack remaining 
after repair 

FIG. 1—Example of poor repair welding technique in a pressure vessel. 
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fracture mechanics model and use it to illustrate the extent to which various 
factors affect the fatigue strengths of joints. 

Fracture Mechanics Model 

The rate of fatigue crack growth in materials has been found to follow 
an expression of the form of [2] 

TN ' ^< '̂̂ >" (i» 

where 

daldN = crack growth rate, 
AK = range of stress intensity factor, and 

C and m = constants dependent upon the material and environment. 

The stress intensity solution for a crack in an infinite plate takes the form 

AK = AdViTfl (2) 

where ACT is the remotely applied stress range. 
For more complex geometries a correction factor Y(a) is required to allow 

for the crack shape and its location, thus Eq 2 becomes 

AK = y(a)ACTV™ (3) 

Combining Eqs 1 and 2 we obtain 

^ = C{Y(a)AaV^a}'" (4) 

Separating the variables and integrating between the limits of the initial and 
final crack sizes, a, and Of, we obtain the predicted life, Â , as follows 

p da_ ^ cAa"'j,'"^^N (5) 

To apply the model to a particular joint geometry it is necessary to derive 
a suitable stress intensity solution, that is, to evaluate Y{a), and to perform 
the integration as described further below. 

Stress-Intensity Solution 

Stress-intensity solutions may be derived by cracked body finite elements 
analysis. For each joint geometry to be investigated, a finite element model 
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is developed using either two or three dimensional elements as appropriate, 
and is solved for a range of crack sizes. The program developed at The 
Welding Institute uses third order isoparametric quadrilateral elements which 
have been shown to yield results of reasonable accuracy when compared 
with a range of pubhshed solutions. Details of the element formulation, 
crack tip modelling, and the derivation of stress intensities are described 
elsewhere [3]. The solutions for a large number of joint geometries are 
given in by Smith and Hurworth [4]. 

Figure 2 shows a typical two-dimensional mesh used to model a plate 
with full penetration welded non-load-carrying attachments, and the re­
sulting stress-intensity solution when the joint is subjected to a uniform 
remote tensile stress transverse to the weld. 

Crack Growth Integration 

A versatile numerical integration program has been developed at The 
Welding Institute to allow crack growth predictions to be made for a wide 

-Toe crack 

IL 

(a) 

I 

0 20 OiO 

lb) Crack depth expressed as proportion of plate tttickness, a/t 

FIG. 2—(a) Finite element model of non-load-carrying transverse joint subjected to remote 
tensile stress; and (b) stress intensity solution {after Ref A). 
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range of input data. The program carries out a cycle by cycle integration 
of the crack growth law using the appropriate stress intensity solution ob­
tained as described previously. Both constant and variable amphtude load­
ing may be analyzed, provided the variable amplitude spectrum is expressed 
as a histogram of stress range and number of cycles. Other parameters 
which may be varied are the initial and final crack sizes, crack shape, the 
crack growth law, and the threshold stress intensity. 

In the present study we compare the influence of various parameters on 
the predicted fatigue strength, defined here as the stress range, ACTQ, for 2 
X 10* cycles, which is derived as follows. 

Considering Eq 5, it is apparent that for a particular joint geometry, that 
is apparent for a particular Y{a) solution, and for fixed values of m, Oi, and 
Uf, the left hand side reduces to a constant, yielding an expression of the 
form 

A(T'"N = constant (6) 

A single integration is carried out with an arbitrary stress range, Aa, to 

obtain the corresponding life N. ACTQ may be then evaluated from 

In the cases described below, either a continuous or semielliptical defect 
at the weld toe, 0.15 mm deep, is assumed. The limit to crack propagation 
is assumed to be attainment of a crack 50% through the plate thickness. 

Examination of the Effect of Various Parameters on the Predicted 
Fatigue Performance of Welded Joints 

Using the simple model described the predicted effect of various material 
and design parameters on the fatigue performance of welded joints may be 
examined rapidly. In many instances the results of experimental investi­
gations are available to confirm the validity of the predictions, but the most 
useful feature of the model is clearly its ability to examine the extent to 
which parameters not yet investigated in practical studies are likely to be 
significant. 

Effect of Tensile Strength of the Parent Material 

In unwelded steels, the fatigue strength increases roughly in proportion 
to the tensile strength, so that changing to a higher strength material is an 
option often considered when service failures arise. For welded joints, the 
fracture mechanics model predicts that only factors which affect fatigue 
crack propagation have a significant influence on fatigue strength. Exami-
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nation of crack growth data suggests that steels with widely differing tensile 
strengths have similar crack growth characteristics, so that one would not 
expect joints in high-strength steels to have significantly higher fatigue strengths 
than those in mild steel. In fact, a review conducted by Gurney [5] indicated 
a tendency for high strength steels to give higher growth rates in the more 
important low AK regime. 

The fracture mechanics model may be used to examine the effect of such 
variations in crack growth characteristics. Taking the stress-intensity solu­
tion for a single joint type, and assuming constant values of a^ and Uf, the 
integration may be performed for a range of pairs of C and m. This has 
been carried out for a simple transverse joint of the type shown in Fig. 2 
in 12.5-mm-thick plate. The C and m values used were those for structural 
and high-strength steels with tensile strengths from 400 to 1450 N/mrn^ cited 
by Gurney [5]. The results are shown in Fig. 3 in terms of the predicted 
fatigue strength versus tensile strength of the parent material. The range 
of experimentally derived fatigue strengths for similar joints in structural 
steels with tensile strengths varying from 400 to 600 Mmm^ [6] are plotted 
for comparison and show good agreement with the predictions. 

While there is considerable scatter in the data in Fig. 3 they indicate a 
tendency for fatigue strength to decrease with increasing tensile strength of 

150 T —f 1 1 r-

wo 

m 

so 

Range of measured 
fatigue strengths for 
transverse Joints in 
structual steels of 
UTS 1,00-600 N/mm^ 161 

J^ 
TT 

X 

^ an 

500 woo 1500 
UTS,N/mm! 

FIG. 3—Predicted variation of fatigue strength with tensile strength (resulting from different 
crack growth parameters C and m) for a range of structural and high strength steels. 
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the parent material. Practical investigations of the fatigue strengths of welded 
high-strength steels have been relatively few but, in the main, have found 
little difference from those of lower strength structural steels [7], 

Of course, it should be borne in mind that in the as-welded condition a 
single joint contains a range of microstructures with widely differing strengths. 
If there were significant differences between the crack growth characteristics 
of these regions, one would expect nominally identical joints in the same 
parent material to have very different fatigue strengths according to whether 
crack propagation was initially in parent material, heat affected zone, or 
weld metal. In reality the scatter is not so broad, suggesting that the different 
microstructures have similar crack growth characteristics. This was con­
firmed by Maddox [8] who measured similar crack growth rates in a range 
of weld metals, heat affected zones, and parent steels (Fig. 4). The mean 
of the data in Fig. 4 may be represented by the constants C = 1.83 x 10'", 
m = 3 (A'̂ ,mm units). These values have been used in the subsequent 
analyses. 

Therefore it is apparent that, in the event of failure of a welded joint, 
substituting a higher strength parent steel will achieve little or nothing in 
terms of fatigue strength. If for some other reason an alternative material 
has to be chosen, selection should be made on the basis of fatigue crack 
growth characteristics rather than tensile strength, materials giving low crack 
growth rates at low AK being the best option. 

It should be noted however that in cases where joints are subjected to a 
very high mean applied stress or a stress spectrum including high-stress 
cycles, high-strength steels may be used to advantage. 

Fracture Toughness 

In instances where fatigue crack growth is followed by fast fracture, the 
fracture toughness of the material at the crack tip governs the onset of final 
failure. Fracture occurs when a critical stress intensity or crack-tip opening 
is exceeded. It is a common assumption that the fatigue life may be extended 
by the use of materials of high toughness since this has the effect of delaying 
the transition from stable fatigue crack growth to rapid fracture. In many 
instances, however, this is not a valid assumption since, in the final stages 
of fatigue crack growth, the rate of crack extension is such that a large 
increase in the maximum tolerable defect size has only a small influence on 
the fatigue life. 

This may be demonstrated using the crack growth model by comparing 
a prediction of crack development, that is, crack depth versus cycles, against 
the toughness required to resist fracture at each crack length (Fig. 5). The 
particular case considered here is that of a joint similar to that shown in 
Fig. 2, in 12.5-mm-thick plate, subjected to an axial pulsating tensile stress 
range of 200 N/mrn^. A semi-elliptical initial defect 0.15 mm deep was 
assumed. The toughness parameter considered is the crack-tip opening dis-
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FIG. 4—Fatigue crack propagation data for structural carbon-manganese steel weld metals, 
heat affected zones and parent plate (after Ref 8). 

placement (CTOD), estimated as follows [9] 

1 
CTOD = -̂  •; {Y{a)f l-nauy 

tit 
- 0.25 (8) 

where 

(Sy = yield strength of parent material, 

â iax = maximum applied stress, 
ares = residual stress (which is here assumed equal to cr̂ ), and 

E = Young's modulus. 
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0 10 20 30 iO 50 60 70 BO 90 100 110 120 130 1U0 150 160x10^ 
Cycles 

FIG. 5—Prediction of toughness required to resist brittle fracture at a crack growing at the 
weld toe in 12.5-mm-thick plate. 

In the final stages of growth the required toughness rises very rapidly such 
that a large increase in toughness gives a relatively small extension in life. 
For example a 50% increase from 0.2 to 0.3 mm CTOD would delay failure 
by only about 1000 cycles in 150 000, that is, an increase in life of less than 
1%. 

A corollary of this analysis is that, for cracks growing in reasonably tough 
material, there is little benefit, in terms of the accuracy of the predicted 
fatigue life, in carrying out a detailed fracture assessment to establish the 
upper limit to fatigue crack extension. In a uniform direct stress field, the 
difference in fatigue life (expressed as a proportion of the total) between 
a crack reaching a depth of say 50 or 100% of the wall thickness is marginal. 
It is, of course, necessary to ensure that fracture will not intervene at an 
early stage where a crack is growing in a potentially brittle material such 
as the coarse grained region of the heat affected zone. 

Stress Relieving Treatment 

Joints in the as-welded condition contain residual stresses due to expan­
sions and contractions resulting from the thermal cycle imposed by welding. 
Measurements made near weld toes indicate that residual stresses here are 
invariably tensile and may be as high as the yield strength of the parent 
material. When a cyclic load is superimposed on the residual stress distri­
bution, cyclic plastic deformation occurs locally, until, after the first few 
cycles, regardless of the nominal applied stress ratio, the stress at the point 
of fatigue cracking pulsates downwards from yield stress tension. This be­
havior is incorporated in the fracture mechanics model by assuming that 
the whole of the applied ^.K range contributes to fatigue crack propagation 
irrespective of whether the applied stress range is wholly tensile or partially 
compressive. 

As a consequence of these assumptions, the model predicts identical lives 
for a given stress range, irrespective of the applied stress ratio. This behavior 
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FIG. 6—Fatigue test results for longitudinal non-load-carrying joints tested at different stress 
ratios in the as-welded condition (10). The material is BS 4360 Grade 508 steel. 

is largely borne out by fatigue test results for steel joints in the as-welded 
condition. For example, Maddox [10] has obtained test results for joints 
subjected to stress ratios ranging from R = - 1 to +0.67, including some 
tests under zero-compression loading (Fig. 6). There is no apparent influ­
ence of stress ratio on fatigue strength, even for joints subjected to fully 
compressive cycles, although it should be pointed out that in these specimens 
the cracks did not propagate to final failure but arrested once they had 
grown away from the residual stress field. 

For stress relieved joints, the fracture mechanics analysis must be mod­
ified to allow for the fact that local stresses at the failure site are not pulsating 
downwards from yield. If the stress relieving treatment were entirely ef­
fective, the resulting static stress would be zero. With this assumption, and 
assuming only the tensile part of the A^ range contributes to crack exten-
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sion, the model would predict identical fatigue strengths for all positive 
applied stress ratios (pulsating tension cycles), and increasing fatigue strengths 
for increasingly negative stress ratios, as a result of the increasing com­
pressive portion of the A^ range. It is rarely possible, however, to achieve 
complete relief of residual stresses. Some level of tensile stress remains at 
the potential failure site, especially in large structures which are not readily 
heat treated. Even in simple laboratory specimens, stress levels greater than 
100 NImw? have been measured after thermal stress relieving treatment. 
Incorporating this feature in the analysis, fatigue strengths predicted by the 
model are now dependent on the level of residual stress assumed to remain 
after treatment, which is a true reflection of the behavior obtained in practice 
[10]. 

We may therefore conclude that stress relief will only be of benefit in 
terms of extending the fatigue Ufe of a welded structure in instances where 
the applied stress cycle is partly or wholly compressive. The extent of the 
benefit which results can be predicted reliably only if measurement of the 
residual stresses remaining can be carried out, for example by X-ray dif­
fraction or the hole drilling method [11\, otherwise, it is prudent to assume 
that no significant benefit accrues. 

Weld Profile 

There is an increasing tendency for designers to insist that critical joints 
shall meet stringent requirements with regard to weld shape on the as­
sumption that a higher fatigue strength will be achieved thereby. It is also 
common practice to blame poor weld profiles if premature fatigue failures 
are encountered in service. This attitude is fostered by some design codes, 
notably the American Petroleum Institute RP2A, which allows fatigue as­
sessment for some joint types to be made according to a higher SIN curve 
for welds which are designated as "profiled," which in essence means those 
with a concave weld face merging smoothly into the adjoining base metal. 
Assessment of the extent to which this has been adequately achieved is a 
difficult job for the inspector, and aids such as the "dime test" have been 
employed to assist in this task. A dime is held on-edge against the weld 
face. Any gaps between the coin and the weld metal should not be large 
enough to allow a 1-mm-diameter wire to be passed through. 

It is obvious that such idealized weld shapes cannot be achieved without 
a great deal of additional effort on the part of the welder, so that in large 
complex structures considerable additional expense may be involved. There­
fore, it is of interest to examine the return on this investment by estimating 
the extent to which additional fatigue strength may be expected. 

Smith and Hurworth [4] have predicted the fatigue strengths of transverse 
nonload-carrying joints with weld shapes varying from concave, with a low 
toe angle, to sharply convex with a toe angle approaching 90°. Figure 7 
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shows predictions for toe angles in the range 25 to 65° for joints subjected 
to tension or bending. Intuitively one would expect that a more favorable 
stress distribution, and hence a lower stress concentration, would occur in 
the joint with the most concave weld face and the smoothest transition 
between weld metal and parent material, that is, the lowest toe angle. The 
results do show this trend to some extent, but the predicted variation in 
fatigue strength is relatively small, with only a 10% increase as the toe angle 
reduces from 65 to 25°. 

These predictions may be compared with the results of fatigue tests re­
ported by Gurney [12] in which the fatigue strengths of K butt welded 
specimens with welds ground to a smooth concave profile, which satisfied 
the dime test, were compared with those of untreated specimens (Fig. 8). 
It should be noted that no attempt was made to remove material at the 
weld toe where the inherent crack-like flaws referred to earlier are situated, 
which is known to give significant benefit (see for example the results pub-
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FIG. 8—Test results showing effect of weld profiling (12): (a) as-welded profile, (b) after 
grinding, and, (c) comparison of fatigue test results for as-welded and profiled specimens. 

lished by Knight [13]). While the mean of the test data suggests a greater 
dependence on profile than predicted by the model, in two cases there was 
virtually no improvement in fatigue strength, and all the results lay within 
the scatter band for joints of that type in the untreated condition. 

It therefore appears that the costly process of profiling joints is of limited 
benefit. At best the improvement in fatigue strength achieved is relatively 
small; at worst, it may be insignificant. Even where profiles are achieved 
by grinding, benefit cannot be relied upon unless the toe is specifically 
treated. A "cosmetic" treatment of the weld face may be totally ineffective. 
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Stress Concentration 

From Eq 6 it will be seen that 

^ - A (9) 

Since for structural steels m is approximately three, it will be appreciated 
that the fatigue life is highly sensitive to the applied stress range. 

The stress parameter ACT is the nominal applied stress range in the vicinity 
of the joint. In evaluating the appropriate value of ACT it is not necessary 
to include the stress raising effect of the weld itself since this is modelled 
in the finite element solution; however, the effect of stress concentrations 
resulting from the design must be taken into account. Thus, for a joint 
located at the edge of an open hole, for example, the predicted fatigue 
strength will be approximately one third, and the fatigue life one third cubed, 
that is, 1/27, of that for a joint in a member without the stress raiser. 

Therefore it is apparent that fatigue strength is strongly dependent on 
detail design. In fact, this parameter is far more significant than those 
discussed earlier. Very significant improvements in fatigue strength may be 
achieved by avoiding or reducing stress concentrations where possible, lo­
cating welded joints away from structural discontinuities, and avoiding fea­
tures which introduce secondary stresses. 

While it is acknowledged that such principles were recognized long before 
fracture mechanics models of joint behavior were developed, an under­
standing of the principles of the model and the discipline of visualising 
failure in terms of crack propagation serves to improve appreciation of such 
effects. 

Plate Thickness 

In the event of a welded joint failing prematurely it is frequently necessary 
to increase the section size despite the additional weight and cost penalties 
incurred. Recently it has become apparent that even this simple remedy is 
not entirely straightforward since fatigue strength is related to section size, 
joints in thicker materials having lower fatigue strengths. This "size effect" 
had been appreciated for unwelded components for many years, but it was 
not until fracture mechanics models of fatigue behavior were developed 
that it was realized that the same may apply to welded joints [14]. It was 
found that fatigue lives predicted for a series of joints of identical geometry 
but of different scale decrease with increasing plate thickness as shown in 
Fig. 9. The key to this rather surprising prediction is the fact that the 
characteristic initial defect size is the same for all plate thicknesses, since 
it is influenced only by metallurgical parameters such as the composition 
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FIG. 9—Variation of predicted fatigue strength with plate thickness for transverse non-load-
carrying joints (after Ref 4). 

of the parent material, weld metal, slag etc. As shown in Fig. 10, the 
normalized stress-intensity factor, Y(a), (which may be considered for sim­
plicity as a stress concentration factor) varies with a/t. Thus, as indicated, 
the initial toe defect in the thicker joint is subjected to a much higher stress 
and, hence, grows faster than that in the thinner joint. Even though in the 
thicker plate the crack must grow further, it does so faster and hence causes 
failure earlier than that in the thinner plate. 

Fatigue tests subsequently confirmed these predictions and allowed cor­
rection factors to be drafted [15]. For design purposes the fatigue strength 
is taken to be inversely proportional to the fourth root of plate thickness, 
that is 

. 1 (10) 

Referring again to the problem of increasing the section to avoid premature 
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FIG. 10—Schematic diagram showing the influence of plate thickness on the stress intensity 
field at the initial crack tip in a transverse joint loaded in tension: (a) relative size of initial toe 
defect and (b) influence of plate thickness on initial stress intensity. 

failure, it can be shown that, for joints loaded in tension, to increase the 
fatigue life from Ni to N2 requires an increase in thickness by a factor of 
{NilNiY'"' when fatigue strength is assumed to be independent of thick­
ness, or {Ni/NiY'^'" when the thickness correction (Eq 10) is considered. 
Thus, for example, assuming m = 3.0, in order to double the life it is 
necessary to increase the section by 36% allowing the thickness correction, 
rather than 26% estimated when the correction is not considered. 

Concluding Remarks 

Fracture mechanics analysis is being used increasingly by engineers and 
designers in industry. This step is certainly to be encouraged since the dis­
cipline of considering the fatigue failure of welded joints in terms of crack 
propagation provides a valuable insight into the influence of materials and 
design parameters for both defective and nominally sound joints. 

Research into the accuracy of the available models continues. In particular 
improvements are needed in the modelling of initial defects and the variation 
in crack shape during the life. In many instances cracking starts at a number 
of points along the weld as a series of separate semi-elliptical defects which 
subsequently coalesce, rather than a single defect as assumed at present. 
Improvement in the finite element modelling of cracks in complex geo­
metries is also required to study joints such as tubular connections, for 
which two-dimensional analysis is not appropriate. With regard to materials 
data there is a lack of information on crack growth in the near threshold 
regime which limits the accuracy of predictions for joints subjected to spec­
trum loading with many cycles of small amplitude. 
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ABSTRACT: The fractures of large bones are often fixed by use of intramedullary 
nails. Sometimes these nails show cracks originating at the end of their slot and also 
at perforations which are necessary for the screws of interlocking nails. In this paper 
it is shown that notch stresses near these perforations are responsible for crack 
initiation. A fracture mechanical analysis is carried out in order to calculate the stress-
intensity factor for such cracks under physiological loading. Fatigue considerations 
are presented, and conditions for crack arrest are shown. A new nail profile is 
proposed which reduces the notch stresses significantly. 

KEY WORDS: fracture of bones, intramedullary nail, notch stresses, stress intensity 
factor 

Intramedullary fixation is a well known and accepted method for the 
treatment of certain fractures of the long bones. Implants with a partially 
slotted, partially closed design have a high incidence rate (20 to 30%) of 
circumferential cracks initiating in the transition zone (Fig. 1 and Fig. 4), 
with very few cases, however, proceeding to complete failure [1]. 

In this paper two categories of intramedullary nails are considered: (a) 
the simple intramedullary nail (Fig. 2) (fuUy slotted or partially slotted tube, 
whereby different types of cross section are realized) and (ft) the interlocking 
nail (Fig. 3) (fully slotted or partially slotted tube with perforations in the 
upper and lower part for the interlocking screws). 

Sometimes the interlocking nails fail due to cracks originating from holes 
(Fig. 5) in the nail shaft. In order to get a first impression of the physiological 

' Kernforschungszentrum Karlsruhe, Institut fiir Reaktorbauelemente, Arbeitsgruppe Zu-
verlassigkeit und Schadenskunde im Maschinenbau, Karlsruhe, West Germany. Mr. Morawietz 
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A 
common 
used 
nail profile 

FIG. 2—Intramedullary nail in human femur. 

loading situation the model of the "one leg stand" [2] (Fig. 6) is used for 
the human femur treated as a bone-nail composite in a simplified FEM-
model (Fig. 7). From these rough considerations the load acting on the nail 
is known and can be then used for more refined separate modelling of the 
nail with a slot and holes. This will give information about the notch stresses 
which are responsible for the crack initiation at the slot end as well as at 
the perforations in the interlocking nail. A fracture mechanical considera­
tion will show under which conditions crack arrest may happen. 

Finally some further developments in the nail profile are proposed to 
avoid crack initiation. 

FEM Analysis of the Bone-Nail Composite 

Figure 7 shows the finite-element method (FEM) model of the upper 
(proximale) part of the femur. The part considered is shown in detail in 
the circle of Fig. 6, which is loaded as sketched. The nail is assumed to be 
a circular tube without slots and holes. This relatively simple model has 

U^T^proximale 
. f \ screw 

distale 
li^—interlocking 

screws 

FIG. 3—Interlocking nail in human femur. 
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FIG. 4—Crack originating from the end of the slot in intramedullary or interlocking nail with 
drilling hole at the slot end. 

been chosen for the bone because of the large range of individual variations 
of the femur shaft. 

Therefore, only a simple model is used which is accurate enough for the 
conclusions drawn from it, not more. 

The assumed Young's moduli for the three sections sketched in Fig. 7 
are £, = 2 x 10' N mm"^ (steel), £„ = 14 200 N mm"^ (cortical bone), 
and £iii = 380 N mm"^ (cancellous bone). 

The nail is assumed to be surrounded by a very soft film of Eiy = 20 N 
mm"^ and a thickness of0.03djv> whereby djv = 15 mm, is the nail diameter. 

Figure 8 shows the axial stresses along the cuts B-B' and C-C of Fig. 7. 
It can be seen that the nail is loaded mainly by bending. This result is not 
changed quahtatively if the cancellous bone is assumed to behave as a 
cortical one {En = Em = 14 200 N mm"^). 
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FIG. 5—Crack originating from a hole, without screw, in an interlocking nail and X-ray 
graph of a cracked nail with screws. 

With this assumption the whole range of mechanical stiffness variations 
of the cancellous bone should be covered. The nail is loaded mainly by 
bending stresses when exposed to physiological conditions. Therefore, only 
this case of loading has to be considered when the nail is studied in more 
detail. 

Notch Stresses at the End of the Slot in Intramedullary Nails 

There is no doubt that the end of the slot will induce notch stresses so 
that the axial stresses will be amplified near the slot end. Because of the 
large number of differently shaped slot ends, a three-dimensional analysis 
would be too expensive. Therefore, the problem is reduced to a plane one 
(Fig. 9). Simple axial tension loading was used in order to have symmetrical 
loads with respect to the slot axis. This also reduces the FEM-structures by 
50%. Of course, these simplifications will result in stress distributions other 
than what the physiological conditions would give. But the principal notch 
effect of the various slot shapes can be demonstrated sufficiently with these 
simplifications. Figure 10 shows the plots of isolines of axial stresses, whereby 
the location of the maximum axial stress is drawn as a black dot. The factor 
" /" is defined as follows 

/ = 
maximum stress for the actual slot end geometry 

maximum stress in the fully slotted nail 
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FIG. 6—Physiological load situation of "one leg stand." 

Figure 10 indicates that by drilling a hole (Fig. 10c) at the slot end or 
some manufacturing notches (Fig. Wd) the notch stresses may amplify 
significantly. 

From all these considerations it immediately follows that the best design 
solution, in order to avoid cracking at the slot end, is to use a fully slotted 
nail. 
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FIG. 7—FEM-model of the upper (proximate) part of the human femur. 

Notch Stresses at the Holes in an Interlocking Nail 

Figure 11 shows the simplified flow of force in an interlocking nail, which 
is used for fractures in the very upper and lower part of the bone or in very 
complex fractures. Again the nail is loaded mainly by bending, and will 
cause notch stresses in the neighborhood of the holes. The cracks originating 
from those holes have been also observed where no interlocking screw 
is brought into the holes at one end of the nail (dynamic nailing). 

FIG. 8—Distribution of axial stresses along the cuts B-B' and C-C {from Fig. 6). 
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ir\ (r\ 

FIG. 9—Transition from a 3D-model to a plane model. 

Therefore, in the present paper, only the effects of bending loads will be 
studied. 

The contact problem between screw and nail is not the subject of this 
paper, because it is not important to know how the axial force flow is induced 
in the nail. The conclusions drawn from the present consideration would 
not be altered because of the screw contact, for it also initiates an axially 
directed force flow. 

The geometry in Fig. 12a was used in order to calculate the stress dis­
tribution for external bending loads. The related FEM-model is plotted in 
Fig. 126. Figure 13 shows the stress distribution normalized on the maximum 
bending stress applied at the cross section without a hole. The axis of bending 
is located under physiological loading conditions. The presence of the hole 
amplifies the stresses by a factor of about 3.5. In some cases this may cause 
crack initiation. 

Fracture Mechanical Analysis of the Cracks Originating from the Holes 
in the Nail 

In Ref. 3 the calculation of the stress-intensity factors for the crack ge­
ometry in Fig. 12 is given in detail for the loading case of axial tension and 
two types of bending. Here only the bending case of Fig. 13 is of interest, 
which represents a good approximation of the situation of physiological 
loading. The method for calculating the related stress-intensity factors [3] 
will be only described here in principle. In order to get the weight functions 
for this crack problem, the reference crack opening displacement field u^ 
has been calculated for four different crack depths. The reference loading 
case was constant pressure O-Q acting internally on the crack faces. The 
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a) f=1.32 b) f = 1.53 

c) f=2.04 d) f=a6l 
FIG. 10—Isolines of axial stresses for different shapes of the end of the nail slot. 
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Tensio 

FIG. 11—Simplified force flow in an interlocking nail-bone composite. 

displacement approximation by Petroski and Achenbach [4] was generalized 
as follows 

Ur{x,a) = 
O-n 

EVI 
4F{a)Va Va - x + 

G(a) 
Va 

W{a) 
X (fl - xf' + - ^ (fl - xf' (1) 

where 

CTr = reference loading and 
E = Young's modulus. 

The unknown functions F{a), G{a), and W{a) have been expressed as a 
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FIG. 12a—Crack originating from a hole in FIG. 12ft—FEM model used for the cal-
the nail (sketch). culation of the stress distribution and the stress-

intensity factor. 

power series in (a/r). The constants in this power series have been deter­
mined by fitting Eq 1 to the FEM-displacement fields. The basic equation 
of the weight function method [5,6] 

E C" du 

reproduces K, if (j{x) - (JQ = constant is the reference load. 
By this method the reference stress-intensity factor is 

''^^[^"or^^H 

(2) 

(3) 
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\ 
to 

FIG. 13—Circumferential distribution of axial bending stresses normalized on the externally 
applied maximum bending stress. 
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FIG. 14—Normalized stress-intensity factor for physiologically directed bending load. 
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FIG. 15—a(N) fatigue crack growth curve under the physiological bending load from Figs. 
6 and 13. 
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one side cracked both sides cracked 

initial crack 

second' 
initial crack 

FIG. 16—Schematic sketch of crack growth history (only one considered). 

Using Eqs 1-3 for every axial stress a(x), the related stress-intensity factor 
can be computed by simple numerical integration. For the stress distribution 
from Fig. 13 the normalized stress-intensity factor F(a) = K{a)/(T^^^i 
Vira is calculated, where aappi is the maximum bending stress applied ex­
ternally. Figure 14 shows high F-values for short crack lengths due to the 
notch stresses and, for increasing crack lengths, a continuously decreasing 
behavior of F{a) down to negative values at which no further crack growth 
by fatigue is possible. 

In order to calculate the number of physiological load steps up to crack 
arrest, a fatigue crack analysis has been carried out. The one leg stand (Fig. 
6) was assumed to be representive for a walking step. Amplification of these 
loads by inertia effects has not been regarded because it is plausible that a 
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FIG. 17—One possibility for a new profile of an interlocking nail with reduced notch stresses 
at the holes. 

•'appl 

= 3.5 3.0 2.5 

FiG. 18—Successive reduction of notch stresses by use of the new profile with local wall 
reinforcement near the holes. 
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person with a recently broken leg will neither jump nor walk very "dynam­
ically." For the calculation the Paris law was used 

where 

C = 6.758 X 10-'2 and 
n = 3.726 

Note that the dimension of K is MPaVm and a is given in m in Eq 4. 
Starting from a very small initial crack of 10"* m the a(A^)-curve is shown 

in Fig. 15. After about 3 x 10* load steps no further significant crack growth 
can be seen. The crack growth has stopped. Nevertheless the cross section 
of the nail is now reduced by nearly half. It is possible that a second crack 
may originate from the opposite circumference of the hole, and this type 
of crack would not stop. Complete failure would occur. This is shown 
schematically in Fig. 16. Because of the fact that the cracks are initiated by 
notch stresses, the only way to avoid this crack initiation is to reduce these 
notch stresses by some constructive developments such as those described 
in the next section. 

A New Nail Profile with Higher Fatigue Strength 

In Ref. 7 a new nail profile is proposed. The main idea of this development 
is sketched in Fig. 17. The notch stresses result because the axial flow of 
forces is "stopped" at the hole, and this force flow has to pass the perforated 
cross section beside the hole, where higher stresses occur. These are the 
notch stresses. If the thickness of the nail wall is reinforced at both sides 
of the hole, over the full length of the nail, these notch stresses may be 
reduced. Figure 18 shows three different nail profiles loaded by simple axial 
tension. They are labeled with the ratio of maximum notch stress (T^^^ 
normalized on the externally appHed stress ffappi- It can be seen that the 
profile with reinforced wall thickness at the outer side of the cross section 
only, does not reduce the notch stresses as strikingly as the reinforcement 
of both the outside and inside wall thickness. The new profile will be man­
ufactured in the near future. 
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ABSTRACT: Failure analysis was conducted on 21 fractured femoral components 
from Trapezoidal-28™ total hip replacements performed at The Hospital for Special 
Surgery. These components were made from 316L stainless steel and had a trape-
zoidally shaped cross section in the neck and stem portions. Fractographic exami­
nation revealed multiple cracks on the medial side of the stems and a fracture surface 
with crack initiation sites from both the medial and lateral surfaces. Electron mi­
croscopy revealed striations on the fracture surfaces of both medial and lateral cracks, 
indicating that crack growth occurred by a fatigue fracture process in both cases. 
Analytical examination using curved beam theory with a bilinear stress-strain rela­
tionship predicted the medial cracks to initiate first, due to residual tensile stresses 
following an overload. In the presence of a medial crack, higher tensile stresses were 
predicted on the lateral side, making it the next most likely site for crack initiation. 
Fracture occurred when a lateral crack joined with a pre-existing medial crack. It 
was concluded this fracture mode was due to the combined effects of the trapezoidal 
stem design and the mechanical properties of 316L stainless steel. 

KEY WORDS: total hip replacement, femoral component, failure analysis, fatigue, 
fracture mechanics, residual stress 

Total joint replacement is an accepted treatment for diseased or damaged 
hip joints. Among the possible complications following replacement is frac­
ture of the metal femoral component, though the incidence of fracture is 
reported to be less than 1.0% [1]. Component fracture has been shown to 
depend on material, design, surgical technique, and patient factors such as 
weight and activity level [2]. For example, in a clinical review of 120 cases 

' Assistant scientist, associate scientist, associate scientist, and director, respectively. De­
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of fractured femoral components of a single design, a linear relationship 
between patient weight and time to fracture was found [3], with heavier 
patients experiencing fracture in less time. 

In the early 1970s, the Trapezoidal-28™ (T-28) total hip was designed in 
an effort to improve range of motion, stability, and stem strength over 
previous hip designs. The Trapezoidal-28 was named for its trapezoidal stem 
and neck cross section and its 28-mm-diameter femoral head. A trapezoidal 
shape to the stem was considered preferrable to a diamond shape in max­
imizing the pressure of the acrylic grout in the femur when the prosthesis 
was inserted [4]. From 1973 to 1979, 805 patients received this implant at 
The Hospital for Special Surgery. Since that time, a minimum of 21 patients 
from this population have been treated for removal of a fractured femoral 
component (the number of additional patients treated elsewhere is un­
known). Thus, a minimum fracture incidence of the T-28 femoral component 
in this series is 2.6%, about 4 times that reported for other femoral com­
ponent designs. 

We are currently engaged in a clinical review of the 805 patients with 
implanted T-28 hip components to identify the clinical factors (for example, 
height, weight, and diagnosis) which may indicate increased risk of fracture 
of the femoral component. Failure analysis of the retrieved femoral com­
ponents, to determine the material and design factors which are contributing 
to the high incidence of fracture, is an important part of the overall inves­
tigation. The results of the failure analysis are reported here. 

Materials and Methods 

Twenty-one fractured femoral components were examined macroscop-
ically. Table 1 provides pertinent patient and implant information. The frac­
ture surfaces of the components were examined for crack initiation sites 
and for fracture markings indicating failure mode. In addition, the femoral 
components were examined for other cracks and for evidence of corrosion. 

All T-28 femoral components are machined from surgical grade 316L 
stainless steel in the wrought and lightly cold-worked condition. Detailed 
failure analysis was conducted on 4 of the 21 femoral components using 
scanning and transmission electron microscopy (SEM and TEM). For TEM, 
two-stage replicas of the fracture surfaces were created, following standard 
techniques [5]. 

Results and Discussion 

Experimental 

Microscopic examination of the femoral components revealed minimal 
amounts of corrosion in the form of mild pitting, typically near the distal 
tip of the stem. Eighteen of the 21 components failed by fracture of the 
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TABLE 1— 

Patient 
Weight, 

kg 

48 
81 
53 
67 
57 
79 
76 
83 
74 

100 
98 

100 
76 
58 
58 
83 
77 
87 
83 
70 
92 

Sex 

F 
F 
F 
F 
F 
F 
M 
M 
M 
M 
M 
M 
M 
F 
F 
M 
M 
M 
F 
M 
M 

•Patient and implant data 

Length of 
Service, 
months 

58 
72 
76 
79 
89 
69 
74 
79 
96 
64 
76 
85 

106 
109 
143 
97 

116 
115 
105 
113 
97 

Side 

L 
L 
L 
R 
R 
L 
L 
R 
L 
R 
R 
L 
R 
R 
L 
R 
L 
L 
L 
L 
L 

for the 21 fractured T-28 

Implant 
Neck 
Size 

medium 
short 
medium 
medium 
short 
medium 
long 
short 
medium 
medium 
long 
medium 
long 
medium 
medium 
medium 
long 
long 
medium 
medium 
long 

Implant 
Stem 
Size 

small 
small 
small 
small 
thin 
large 
large 
small 
small 
large 
large 
large 
large 
small 
small 
large 
large 
large 
small 
large 
large 

femoral components. 

Multiple 
Cracks 

no 
yes 
no 
yes 
no 
yes 
yes 
yes 
yes 
yes 
yes 
no 
no 
no 
yes 
yes 
no 
yes 
yes 
yes 
yes 

Fracture 
Site" 

100 
75 

103 
96 
90 

107 
99 
88 

100 
91 

neck 
108 

neck 
98 
80 
97 

115 
106 
102 
114 

neck 

' Distance in millimetres from distal tip. 

Stem, usually within the proximal third of the stem portion of the component 
(Fig. 1). The other three components failed by fracture of the neck [6]. 
Multiple cracks (as many as 7) were found on 14 of the 21 components. In 
every case but one, these cracks originated on the medial side of the stem 
(Fig. 2). 

Two possible explanations for the multiple cracks were considered: stress 
corrosion cracking and fatigue. Stress corrosion cracking was unlikely, how­
ever, as it has been shown that 316L stainless steel is not susceptible to 
stress corrosion cracking in the physiologic environment [7]. In addition, 
since stress corrosion cracking occurs under tensile stress conditions, mul­
tiple cracks along the lateral aspect of the stem would have been also 
expected. Yet, only one of these cracks originated on the lateral side of the 
stem. Therefore, initiation and propagation of these cracks must have been 
associated with a fatigue fracture process. 

Examination of the fracture surfaces by Ught microscopy indicated a crack 
initiation site in the posterior corner on the medial side of the stem (point 
A in Fig. 3). A major step in the surface was usually observed near the 
center of the cross section and appeared to be the boundary between the 
medial crack and a crack originating on the lateral side of the stem. The 
fracture surface appearance of the lateral crack often revealed clam shell 
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FIG. 1—Fractured T-28 femoral component, showing proximal and distal aspects and femoral 
head and neck locations. 

markings emanating from the anterior corner, consistent with a fatigue 
failure process (point B in Fig. 3). 

Examination of five of the fracture surfaces by SEM showed no evidence 
of gross metallurgical defects, such as porosity or inclusions, at the crack 
initiation sites on either the medial or lateral side. Thus, crack initiation is 
assumed to have occurred through a cumulative damage process at the 
surface of the component. Examination of one of the medial cracks using 
TEM revealed isolated regions of striations (Fig. 4), indicating a fatigue 
fracture mechanism. Similarly, TEM examination of the lateral cracks also 
revealed fatigue striations (Fig. 5). There were more striations on the lateral 
side than on the medial side. The striation spacing on the lateral side ranged 
from 7 X 10"' to 3 x 10"" mm and increased with increasing distance from 
the crack origin. 

An estimate of the cyclic stress on the lateral side of a stem was made 
using nine measured striation spacings at various crack lengths, a, and from 
four different fracture surfaces (Table 2). In a study of fatigue crack prop­
agation in 316L stainless steel weldment by Pickard et al [S], estimates of 
the microscopic crack growth rate (that is, striation spacing) were given for 
the parent metal at two cyclic stress intensity values A^ as follows: when 
AA" = 28 MPa • m"^, the microscopic growth rate =0.52 (xm/cycle and 
when l^K = 50 MPa • m '̂̂ , the microscopic growth rate =1.2 ixm/cycle. 
Using these two correlations, we assumed a linear relationship between LK 
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no 100 90 80 70 c r 

FIG. 2—Light photomicrograph of multiple cracks originating on the medial side of the stem 
portion of a T-28 component (arrow). 

and the microscopic crack growth rate to estimate the prevailing A^ on our 
fracture surfaces where striation spacings were measured. The cycHc stress 
(ACT) on the stem was then determined from the stress-intensity solution for 
a semi-circular corner crack; K = (1.12)^(2/n)CT(na)"^ [9]. The estimated 
cyclic stresses for each crack length, a, are shown in Table 2 and range from 
115 to 244 MPa. 

Analytical 

Fractographic analysis demonstrated that fracture initiated from medial 
cracks occurring by a fatigue mechanism. Fatigue crack growth requires 
tensile stress, yet femoral hip components are subjected to combined axial 
compressive and bending loads, resulting in compressive stresses on the 
medial side of the component where cracks initiate. To explain the initiation 
and propagation of these cracks, an analysis of residual stresses due to 
inelastic bending of the stem was conducted using curved-beam theory with 
a bilinear stress-strain relationship [10]. 

For this analysis, the stem cross section was divided into 484 quadrilateral 
subareas and a uniform, constant strain over each subarea was assumed. A 
bilinear approximation of the stress-strain relationship for 316L stainless 
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FIG. 3—Light photomicrograph of fracture surface showing (A) crack growth from postero­
medial corner and (B) clam shell markings emanating from anterolateral corner. 

Steel was used (see following) which took into account the influence of strain 
hardening and the Bauschinger effect [11\. Loading was then specified, 
which consisted of bending in the lateral-medial plane and a superimposed 
compressive axial load apphed at the centroid of the cross section. 

The stresses due to a specified loading were determined as follows. First, 
an arbitrary strain distribution was chosen based on the deformation of 
curved beams under combined loading. The corresponding stress distribu­
tion was determined from the stress-strain relationship. The resultant bend­
ing moment and axial compressive load due to this stress distribution was 
then determined by integration. In general, the resultant bending moment 
and axial compressive load differed from the specified loading. Therefore, 
the strain distribution was modified automatically using an iterative optimi-
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1.5M 

FIG. 4—Transmission electron fractograph showing fatigue striations from fracture surface 
of a medial crack. Arrow indicates direction of crack growth. 

zation procedure until the resultant moment and load agreed with the 
specified moment and load. After agreement was obtained, the final strain 
distribution was saved to provide a starting distribution for the next specified 
loading. In this way, the stress distribution resulting from a sequence of 
applied loads was determined interactively. For example, the residual stress 
distribution due to an overload was determined by specifying the overload 
as the first load in the sequence and a zero load as the second load in the 
sequence. 

The same analytical procedure was used to analyze stems with cracks on 
the medial side. A crack was modeled by modifying the stress-strain rela­
tionship so that material on either side of the crack could withstand only 
compressive stresses. When the strain in the region of the crack was com­
pressive, the stress was determined from the normal stress-strain relation­
ships. When the strains across the cracks were tensile, the stresses were set 
to zero. 

The material properties (elastic modulus, yield strength, and post-yield 
modulus) were chosen so that load-strain curves predicted by the analytical 
model agreed with curves obtained experimentally. We had previously de-
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0 . 7 5 M 

FIG. 5—Transmission electron fractograph showing fatigue striations from fracture surface 
of a lateral crack. Arrow indicates direction of crack growth. 

termined load-strain data for T-28 components which had been loaded until 
strains on the medial side of the stem (measured using metal foil strain 
gages) exceeded the yield strain [12]. We used the analytical model to predict 
the strain at the gage location producing the largest strain reading. We then 
modified the yield strength and post-yield modulus of the bilinear stress-
strain representation by trial and error until the load-strain relationship 
predicted by the model agreed with that determined experimentally. The 
properties obtained in this manner were: elastic modulus, 200 GPa; yield 
strength in tension and compression, 550 MPa; and post-yield modulus in 
tension and compression, 20 GPa. The strength values are reasonable for 
316L stainless steel as used in the manufacture of T-28 components [i3]. 

The load applied to the head of the femoral component of a total hip 
replacement varies depending upon the activity. For level walking, forces 
of 3.3 to 5.0 times body weight have been estimated [14]. Activities such 
as ascending or descending stairs and rising out of a chair tend to increase 
the forces across a joint. Sudden activities, such as stepping off an unex­
pected curb, can further increase these joint loads. In this analysis, we used 
a load of 3.5 times body weight to represent normal cyclic loading activity. 
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TABLE 2—Fatigue fracture surface striation spacing measurements and estimated stress-
intensity values and stresses for four components. 

Stem 

1 

2 

3 

4 

Crack Length, a 
mm 

3 
5 
9 

7 
9 

3 
7.5 

1.5 
11 

Striation Spacing, 
mm 

2.15 X 10-* 
3 X 10-̂ " 

4.15 X 10-* 

7.73 X 10-' 
1.8 X 10-* 

1.35 X 1 0 * 
2.75 X 10-* 

6.7 X 10-' 
2.6 X 10-* 

Estimated ^K, 
MPa • m"2 

18.1 
20.9 
25.0 

13.7 
17.0 

15.6 
20.0 

13.4 
19.6 

Estimated Aa, 
MPa 

233 
208 
186 

115 
127 

201 
163 

244 
132 

We used a load of 7.0 times body weight to represent an overload. This 
load is probably a lower bound on the loads that can occur under sudden 
loading conditions. 

Stress distributions were determined for a sequence of loads at a cross 
section in the curved portion of the stem of a "large" T-28 femoral com­
ponent where medial cracks were found. The sequence was to apply an 
overload, then a zero load, and then a load typical of those which would 
be cyclically applied during normal activities. The overload consisted of a 
bending moment of 110 Nm and a compressive force of 4.33 kN. This 
corresponds to a load on the femoral head of 7 times body weight for a 91 
kg (200 lb) individual. Figure 6 shows the stress distribution, from the lateral 

700 

500 

300^ 

100 

0( 

-100 

-300 

-500 

-700 

~̂°V, 

1 1 

O 7xB0DY WEIGHT 
O NO LOAD 
A 3.5XB0DY WEIGHT 

1 1 1 

LATERAL 
7 5 

DISTANCE, mm MEDIAL 

FIG. 6—Calculated stress distribution through the cross section for three sequential applied 
moment and load histories. 
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to the medial side, of the stem resuhing from this loading condition. The 
stress on the medial side of the stem was - 604 MPa and the stress on the 
lateral side was 556 MPa. Therefore, the stress on the medial side of the 
stem was much greater than the compressive yield stress ( - 550 MPa), while 
the stress on the lateral side was slightly greater than the tensile yield stress 
(550 MPa). When the load was removed (zero load appHed), a residual 
tensile stress of 270 MPa occurred on the medial side and a residual tensile 
stress of 16.6 MPa occurred on the lateral side of the stem (Fig. 6). 

The normal load following an overload consisted of a bending moment 
of 55 Nm, and a compressive force of 2.17 kN, corresponding to a load on 
the femoral head of 3.5 times body weight for a 91 kg (200 lb) individual 
[14]. This resulted in a compressive stress of -207 MPa on the medial side 
and a tensile stress of 289 MPa on the lateral side (Fig. 6). Thus, if the load 
on the femoral head were cycled between 0 and 3.5 times body weight 
following an overload, the cyclic stress range on the medial side would be 
-207 to 270 MPa, and on the lateral side it would be 16.6 to 289 MPa. 
The stress range on the medial side is more severe than that on the lateral 
side, which impUes that crack initiation should occur first on the medial 
side. Note, too, that the applied stresses calculated from the measured 
striation spacings in the previous experimental section are in good agreement 
with the stress range calculated for the lateral side of the stem in this analysis. 

Since the analysis predicts that crack initiation will occur first on the 
medial side, subsequent initiation of the crack on the lateral side was then 
examined by analyzing a stem with a 2.5-mm-deep medial crack. Again, a 
7 times body weight overload was first applied. When the stem was unloaded 
to zero, the stress distribution across the entire stem cross section was near 
zero, except for a small residual tensile stress in the vicinity of the crack 
(Fig. 7). A 3.5 times body weight load then resulted in a stress of 286 MPa 
on the lateral side and -167 MPa on the medial side. Therefore, with a 
crack present on the medial side, the cyclic stresses were more severe on 
the lateral side, suggesting that the next most likely site for crack initiation 
would be the lateral side. 

This analysis is consistent with the macroscopic observations that failed 
components exhibited a primary fracture surface with crack initiation sites 
on both the medial and lateral sides of the stem portion. The analysis 
suggests that cracks first occurred on the medial side of the stem due to the 
residual tensile stresses following an overload. However, these cracks only 
propagated a limited distance into the stem because the residual tensile 
stress on the medial side of the stem (due to compressive yielding from the 
overload) decreased with depth from the medial side. After a crack had 
occurred on the medial side, the lateral side of the stem was subjected to 
higher tensile stress and thus was more susceptible to fatigue crack initiation. 
Failure occurred when a crack which initiated on the lateral side eventually 
joined with a pre-existing medial crack. 

Only a bending moment in the lateral-medial plane was assumed in this 
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FIG. 7—Calculated stress distribution through the cross section in the presence of a 2.5-mm-
medial crack for two sequential applied moment and load histories. 

analysis; thus, crack initiation was assumed to occur at the midpoint of the 
medial side. However, fractographic examination of the stems indicated 
crack initiation occurred in the posterior corner of the medial side. This 
may be explained by an out-of-plane bending moment on the hip, due to 
a posteriorly directed compressive load [14,15\. The more severe loading 
condition on the posterior side would predict posterior corner crack initi­
ation, as we observed fractographically. 

Summary 

Fracture of the Trapezoidal-28 femoral hip component is related to its 
design. The medial side of the stem is not as wide as the lateral side, causing 
residual tensile stresses on the medial side from a compressive overload. 
Other femoral hip components are designed with the medial side more 
narrow than the lateral side. However, only one of these designs is made 
from 316L stainless steel and the mode of failure of this design is similar 
to what we have found for the T-28 [16]. Therefore, it appears that the 
fracture mode of multiple fatigue cracks on the medial side of the stem, 
followed by crack growth on the lateral side, is due to the combined effects 
of the trapezoidal stem design and the mechanical properties of 316L stain­
less steel. This particular fracture mode is apparently more severe than 
other fracture modes of femoral hip components, as seen by the much higher 
incidence of fracture of the T-28. 
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ABSTRACT: The authors have applied linear elastic fracture mechanics to an official 
accident investigation of a fatigue failure. A single-line component in the mechanical 
braking system controlling the descent of a cage in a mine shaft fractured; the cage 
failed to slow down and eighteen miners were killed by the impact. It is shown that 
significant perceptions of the events prior to fracture are possible using a fracture 
mechanics approach. A Paris-Erdogan analysis is performed to highlight the con­
straints and limitations of a fracture mechanics fatigue analysis when appUed to a 
real engineering problem. The Markham accident was a landmark case study in that 
it stimulated a new philosophy with respect to brake design. 

KEY WORDS: ferrous metallurgy, strain gages, axial and bend stresses, bending 
theory, fatigue, fracture mechanics, estimating Ufetime 

This paper presents the results of an analysis of fatigue and subsequent 
brittle fracture of a critical component in the braking system of a coal mine 
winding mechanism. The case study developed from the application of a 
detailed analysis to an official report on the accident prepared in 1974. The 
purpose of the official report was sufficiently served by establishing that 
fatigue was the cause of the accident. This a metallurgist might do by 
microscopy alone. It was necessary, however, to measure the applied load 
on the brake rod in order to determine the origin of the critical loading 
pattern. This was done using strain gages which needed to be attached 
remote from the fracture site. It is perhaps surprising to realize that a 
fracture mechanics analysis of the load at the time of catastrophic failure 
would not be part of a normal investigation in 1974. In this study fracture 
mechanics suggests a different loading pattern to that resulting from an 
extrapolation of the strain gage readings while supporting the general con-
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390 CASE HISTORIES INVOLVING FATIGUE AND FRACTURE 

elusion that the failure occurred by brittle fracture following a fatigue crack 
growth. 

In this study, the bending stress analysis, the fracture toughness mea­
surements and analysis, and the Paris-Erdogan analysis of the brake rod in 
cyclic loading are original. Strain gage readings and most of the fractography 
were contained in the official report of the investigation; their stress analysis 
was rudimentary. 

Background 

This case history documents events that occurred at the Markham coal 
mine (colliery) in Derbyshire, England in 1973. A descending mine (pit) 
cage failed to slow down as it approached the bottom of the mine shaft and 
18 miners were killed by the impact. The shaft was sunk in 1886 and has a 
depth of 429 m. 

There are two double-deck cages, each capable of carrying a maximum 
of sixteen persons per deck. In operation, the two cages are attached to 
opposite ends of a winding rope so that as one cage goes up, the other 
descends. Fig. 1. At the pit botton, eaclj cage rests on wooden baulks set 
into the walls of the shaft. The winding ropes are attached to the winding 
drum which is driven by a d-c motor (the winder motor). The armature of 
this motor is supplied by a generator set which is driven by an a-c induction 
motor. To begin a winding cycle, the engineman gradually increases the 
power applied to the winder motor while slowly releasing the mechanical 
brake. The cages are allowed to accelerate to a speed of about 6 m s"', 
and this speed is maintained until the cages approach the ends of the shaft. 
The engineman then gradually decreases the generator voltage to produce 
regenerative braking. 

The arrangement of the mechanical brake and winding drum is shown 
schematically in Figs. 2 and 3. Basically the brake consists of a servospring 
mechanism that applies brake shoes to the underside of brake paths on the 
winding drum. These shoes are activated by the compressed spring nest 
which operates through a series of levers, Fig. 3. Force is transmitted from 
the spring nest to the main lever of the brake via the vertical brake rod 
which lies along the axis of the spring nest. Since the nest of springs is 
compressed, the brake rod is in tension with the brake in the "on" or "off" 
positions. The brake is released by using compressed air to counteract the 
force of the spring nest and so move the brake shoes away from the drum 
path. 

In terms of safety devices, there is an automatic controller, driven from 
the shaft of the winding drum through a system of gears, which is designed 
to cut off the power supply to the winder motor and to apply the mechanical 
brake. There is also an emergency stop button which activates the "ungab-
bing" gear (see Fig. 2) that immediately disengages the engineman's brake 
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FIG. 1—Shaft and winding system after the accident. 

control lever from the control valve on the servocylinder; the mechanical 
brake is then applied automatically. 

The Accident 

At approximately 6:20 a.m. on Monday 30th July 1973,29 dayshift miners 
entered the cage at the surface of the mine. There were 15 men on the top 
deck and 14 men on the bottom deck. The other cage (at the bottom of the 
shaft) was empty at this time since all nightshift workers had been brought 
to the surface approximately 30 min earlier. 

Winding proceeded normally with the two cages passing the midpoint in 
the shaft. The first sign of abnormality occurred with the start of regenerative 
braking. At this moment the descending cage was approximately 90 m from 
the shaft bottom and moving with a speed of about 6.0 m s"^ The dayshift 
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winding drum 

brake path 

spring nest 

main lever 
y-sJC>^^ screwed rod 

-J5>V'^ and nut 

FIG. 2—Mechanical brake and winding drum. 

winding engineman saw sparlcs under the brake cylinder and heard a loud 
bang. He immediately applied full regenerative braking and set the me­
chanical brake lever to the on position. Since this had no effect on the speed 
of the winding drum, he then pressed the emergency stop button. There 
was no response. The descending cage crashed into the pit bottom while 
the ascending cage struck the roof girders, dropped back, and finally hung 
suspended from the detaching hook, see Fig. 1. 

The accident resulted in the loss of eighteen lives. Eleven other miners 
sustained serious bodily injury. Damage at the colliery included: severe 
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tensloned adjustable 
connecting-rod 

FIG. 3—Schematic of the mechanical brake. 

distortion of the bottom deck of the cage (the speed of impact was estimated 
to be 12 m s~'); a tearing of part of the side and brake path of the winding 
drum; and demolition of part of the brickwork, concrete, and roofing of 
the winding engine house as a result of the flailing underlap rope. 

The Investigation 

The accident was the subject of a formal investigation by the U.K. De­
partment of Energy [i]. This encompassed all electrical and mechanical 
components of the winding system. It was confirmed that the ungabbing 
gear had operated, and a supply of compressed air was still available at the 
valve above the servo cylinder, see Figs. 2 and 3. The brake shoes, however, 
were about 3 mm clear of the brake paths. Thus, attention was directed to 
the mechanical brake system. 

Metallurgical Examination 

On inspection of this system it was immediately apparent that the brake 
rod within the spring nest had broken into two pieces, the fracture surface 
being located under the trunnion axle, Fig. 4. The brake rod broke in the 
threaded region 119 mm from the bottom where the rod passed through 
the "distance piece," below the crosshead trunnion axle. A polished and 
etched section of the rod, produced by cutting longitudinally along the axis 
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FIG. 4—Detail of the brake rod fracture and trunnion. 

of the smaller broken piece, revealed that there was a secondary crack at 
the root of the thread adjacent to that at which the rod broke, Fig. 5. Other 
secondary cracks of unknown depth and circumferential length were de­
tected by the magnetic particle technique with a fluorescent inspection fluid. 
The secondary cracks, of various lengths, were located at the thread roots 
on either side of the fracture plane. 

Drawings specified that the rod should be made from a medium plain 
carbon steel with the designation En 8, conforming to British Standard 
970:1947. This was the prevailing standard at the time the brake rod material 
was purchased. A chemical analysis was carried out and the results appear 
in Table 1. It is seen that the material of the brake rod was within the 
specification demanded at the time of manufacture. 

The microstructure of the brake rod was revealed by optical microscopic 
examination of a section parallel to the rod axis. It consists of an equiaxed 
grain structure of ferrite and pearlite. The rod was probably hot rolled in 
the single phase austenite region since inclusions visible in the microstructure 
are elongated parallel to the rod axis. There is no evidence of a distorted 
surface layer at the thread roots; thus, it is concluded that the threads were 
machined and not rolled. 

Tensile properties were determined on two test specimens cut longitu-
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FIG. 5—Longitudinal section of the brake rod. 

TABLE 1—Chemical analysis of the brake rod and composition ranges permitted within the 
specification. 

Element 

C 
Mn 
Si 
S 
P 
Fe 
Ni 
Cr 
Mo 
Cu 
Sn 

Brake Rod Steel, 
% by weight 

0.41 
0.74 
0.24 
0.032 
0.007 

97.4 
0.39 
0.057 
0.01 
0.21 
0.02 

BS 970:1947 En 8, 
% by weight 

0.35 to 0,45 
0.6 to 1.10 
0.05 to 0.35 
0.06 max 
0.06 max 
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TABLE 2—Tensile properties of the brake rod. 

Property" 

Yield stress, MN m"̂  
Tensile strength, MN m"̂  
Elongation, % 
Reduction in area, % 
Hardness (standard Brinell) 

Specimen 1 

351 
599 
30 
47.5 

180 

Specimen 2 

346 
600 
29 
46.5 

190 

BS 970:1947 
En 8 

262 min 
540 min 
20 min 

152 to 207 

" Gage length 51 mm; gage cross section 1.61 x lO'^m^ 

dinally from the rod at a distance 51 mm from the fracture plane. These 
results, together with hardness levels and the required specification for En 
8 steel, are given in Table 2. It is seen that the measured values exceeded 
the minimum values. 

Toughness was evaluated at three temperatures (0, 20, and 100°C) using 
the Charpy V-notch test on specimens cut from the rod; the resulting data 
are presented in Table 3. The 1947 specification does not include a minimum 
impact energy for the steel. However, it is clear from Table 3 that the steel 
has an extremely low toughness at ambient temperature. 

The actual fracture is characterized by two distinct surface textures. There 
is a smooth, dull flat area covering approximately 65% of the fracture cross 
section, and a rougher, more reflective area occupying the remainder of 
the cross section. Fig. 6a. Both areas lie approximately perpendicular to 
the rod axis. Representative scanning electron micrographs from the two 
areas are shown in Fig. 6. The fracture mode in the rougher area (Fig. 6b) 
is characteristic of low energy brittle transgranular cleavage; note the faceted 
appearance of the fracture surface. The surface morphology of the larger 
flat area (Fig. 6c) appeared to be characteristic of fatigue since parallel 
striations are visible. 

To fully understand the scenario that led to the Markham disaster, and 
to unambiguously interpret the two modes of fracture of the brake rod, it 
is necessary to determine the in-service loading of the brake rod. The stress 
levels reached during brake operation can be then calculated. 

Loading Conditions of the Brake Road 

Axial and Bending Loads—The broken brake rod was replaced with a 
new rod at the Markham site. Four strain gages were attached to the rod 
at a distance of 533 mm from the lower end with their active direction 
parallel to the long axis; the gages, numbered 1 to 4, were located 90° apart 
around the circumference of the rod, Fig. 7. 

Gage readings were taken during both manual release and appHcation of 
the brake, and during emergency application of the brake; the winding 
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TABLE 3—Charpy V-notch data for the brake rod. 

Test Energy Brittle Fracture, 
Temperature, °C Absorbed, J % 

0 7.05 100 
20 10.00 100 

100 46.00 35 

drum was stationary in both cases. The results, converted to stress, are 
displayed in Fig. 8; stresses were found to be reproducible to within ±3 
MN m-2. 

Dealing with the tensile stress first; this changes from an average value 
of 66 MN m-2 with the brake on to 73 MN m"^ with the brake off. This is 
precisely the result which would be expected from the kinematics of the 
braking system: slightly more tension with the brake off. What is surprising 
is the presence of large bending stresses. Indeed, the presence of the trun­
nion in the design suggests that the brake rod was not intended to bend 
when the main lever rotated during braking, Fig. 3. The major bending 
stresses are in the (2-4) plane and these show large changes when the brake 
is moved from on to off. There are also bending stresses in the (1 to 3) 
plane, but these do not change quite so much. 

It was found that the mild steel bearing pad surfaces on the main lever 
(see Fig. 4) were badly worn. Similarly in the crosshead trunnion, the top 
surfaces of the steel axle in contact with the bearing pads were fretted and 
scored; this is illustrated in Fig. 9. The importance of the lack of lubrication 
of the trunnion was clearly demonstrated by lubricating the crosshead trun­
nion axle bearing surfaces with a graphite grease and then measuring the 
trunnion rotation relative to the main lever and the associated stress as a 
function of the number of on-off brake cycles. After only 13 brake cycles 
the alternating stress had increased to more than ±75 MN m"l It appears 
that high bearing pressures caused the lubricant to be progressively squeezed 
out of the gap between the trunnion axle and the bearing pads. 

Returning to the evaluation of the bending stresses, the results displayed 
in Fig. 8 suggest that the stresses in the (2-4) plane are not necessarily the 
maximum bending stresses. Utilizing bending theory [2] and with the aid 
of Fig. 10, the bending stress at the arbitrary location A on the perimeter 
of the brake rod is given by 

Mv r sin e Af̂  r cos 9 ,,. 
(T = - ^ + - ^ ^ (1) 

where / is the second moment of area of the section on which the bending 
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moment is M. Since a and 9 are the only variables, the angular position Q„ 
for maximum and minimum stress is given by da/dQ = 0; hence 

tan e„ = MJMy = (jgloc 

The maximum bending stress is then given by 

a„ = (TB sin e„ + uc cos 9^ 

(2) 

(3) 

Using the data in Fig. 8, the most highly stressed case occurs with the brake 
in the off position, when a bending stress of 103 MN m"^ and a tensile stress 
of 73 MN m"^ produce a combined stress of 176 MN m"^ Maximum bending 

FIG. 6—Brake rod fracture surface: (a) complete fracture surface, (b) smaller rough region 
(SEM), (c) larger smooth region (SEM). 

Copyright by ASTM Int'l (all rights reserved); Wed Dec 23 18:32:03 EST 2015
Downloaded/printed by
University of Washington (University of Washington) pursuant to License Agreement. No further reproductions authorized.



DEMAID AND LAWLEY ON THE MARKHAM MINE DISASTER 399 

(b) 

FIG. 6—Continued. 
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location 
of gauges 

FIG. 7—Location of the four strain gages on the replacement rod. 

Stresses and the corresponding values of 9„ in the off and on positions are 
illustrated in Fig. 11. 

Strains could not be measured at the fracture site because of the threads. 
Thus, stresses were determined from strain measurements taken at the 
nearest accessible position. To infer the stress at the fracture surface from 
the stress at the strain gage site, the rod will be taken as having a diameter 
in the unthreaded region of 51.3 mm and in the threaded region of 44.6 
mm; these being given the suffices 0 and t, respectively, Fig. 12. 

To relate the bending stress determined at the position of the strain gages 
to that at the fracture site it is necessary to model the loading of the brake 
rod. The simplest model assumes that, due to uneven loading on the nut, 
a moment is introduced at the top of the rod. Fig. 13. The moment will 
remain constant along the length of the rod until it is reacted by the nut 
bearing against the collar beneath the main lever. This model predicts a 
maximum bending stress (that is, with the brake off) at the fracture site of 

(tensile) 

(compressive) 

brake on 

l25_l_MN^mJ 

_92.3_MN m ' 

66.4 MN m 

27.8 MN m-

15.4 MN m • 

brake off 

'171.4 MNm"^ 

]06.j6 MJSIjiT' 

72.6 MN m"̂  

35.5 MN m ' 

brake on 

-23.2 MN m -

(a) 

gauge 
number 

2 

nominal direct stress in rod 
(average stress of gauges) 

FIG. 8—(a) Stresses on the replacement brake rod, (b) summary of stresses at the cross section 
through the gages, (c) axial and bending stresses. 
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cross-head 
trunnion axle 

cross-head 
trunnion axle 

FIG. 9—Cross-head trunnion showing wear on top surface of trunnion axle. 

157 MN m"^ and an axial stress of 97 MN m"^, Fig. 14. The combined 
tensile stress is therefore 254 MN m"^. 

Based on yield stress, the factor of safety is 1.36, and on tensile strength, 
it is 2.36. Thus, the combined static effect of bending and tension is not 
sufficient to cause an overload failure of the uncracked brake rod. From 
Ref 3, the stress concentration factor (â )̂ at the thread roots is about 4. 

FIG. 10—Bending of the brake rod expressed in terms of two bending moments M, and My. 
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brake off 

65 MN m 

65 MNm 
103 MN m • 

103 MN m N m • 1 / 

120.4° 
102° 

FIG. 11—Maximum bending stresses in the brake rod in the cross section through the gages. 

Taking this into account, there will be some localized plastic deformation 
at the thread roots. 

Fracture Toughness of the Brake Rod Steel—Fracture toughness^ was de­
termined on standard, notched, three-point bend specimens machined from 
the brake rod. Fig. 15. The method used was that given in B.S. 5447 {4\. 
A fatigue crack was first formed at the notch, and the load required to 
propagate this crack was measured. 

FIG. 12—Diameters of the brake rod. 

' Courtesy of Professor J. T. Barnby, Aston University, Birmingham, U.K. 
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top plate of spring 
nest assembly 

(a) M 

(b) ^ 

102 mm_ 
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FIG. 13 .^(a) Brake rod detail, (b) the brake rod modelled as a beam. 
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FIG. 14,—Stresses in the brake rod at the fractured {threaded) section. 
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FIG. 15—Fracture toughness three-point bend specimen. 

The apparent value of fracture toughness, KQ, is given by 

KQ = PQYJBW'^ (4) 

Values of a/W and Y^ for the brake rod tests appear in Table 4, together 
with the values of KQ derived from them. Because of the brake rod di­
mensions [4] 

B < 2.5 {Kglayf (5) 

The values of KQ are therefore not valid measurements of Ki^. It is observed, 
however, that only a small area of the fracture surface exhibits shear hps. 
Thus, KQ is probably close to the value of Ki^. We will take the average 
value of KQ, approximately 44.5 MN m" '̂̂ , as being Ki^ for the brake rod 
steel. 

The general expression for stress intensity is of the form 

K = ya(TTa)i (6) 

where F is a dimensionless geometrical factor. At the moment of final 
fracture, the rod contained a deep fatigue crack, thereby becoming much 

TABLE 4—Fracture toughness data: brake rod steel. 

Thickness, B/mm 
Width, W/mm 
Average crack length, a/mm 
Average crack length, alW 
Yi for above value of, alW 
Force PQ tor crack growth, kN 
KQ, MN m-"^ 
cry, MN m"^ 
2.5(K'g/(Tj.)^ mm 

Test 1 

22.55 
44.53 
22.63 
0.508 

10.89 
19.37 
44.33 

348 
41 

Test 2 

22.28 
44.53 
22.78 

0.511 
11.00 
19.37 
45.32 

348 
42 

Test 3 

22.55 
44.53 
26.65 

0.598 
14.94 
13.98 
43.89 

348 
40 
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more flexible than it was when it was uncracked. This would have the effect 
of accommodating the small rotation of the main lever, and relaxing most 
of the bending stress in the rod. Therefore, it is assumed that the rod was 
under axial stress only. For the geometry of an edge crack of depth a in a 
circular bar of diameter D under a tensile stress a, the dependence of Y 
on a/D taken from the British standards document [5] is shown in Fig. 16. 

For the brake rod at the moment of final fracture, the crack length 
measured from the fracture surface was 27 mm and a/D was 27/46.6 = 0.58. 
Extrapolating the curve in Fig. 16, the pertinent value of y is 3.1. Hence 

and 

a„ = KJY{7iay 

a„ = 49 MN m-2 

Thus, the rod with a 27 mm crack needs a stress of only 49 MN m"^ to 
initiate brittle fracture. This should be compared with the estimated stress 
at the fracture site, made from strain gage measurements on an uncracked 
rod, of 97 MN m"^, Fig. 14. It is clear that all the load on the cracked rod 
was not reaching the fracture site. The only thing between the strain gage 
site and the fracture site is the crosshead trunnion axle and it is here that 

K = Ya^/na 

0 0.2 0.4 0.6 
aD 

FIG. 16—Stress intensity coefficient Y for an edge-notched round bar in tension [5]. 
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some of the load on the rod must have been reacted. Indeed, the investi­
gators observed rubbing marks on the brake rod where it passed through 
the trunnion. Contact between rod and trunnion would be associated with 
a frictional force which would prevent some of the axial load from being 
transmitted to the lower end of the rod. This may always have been the 
case, if the rod was assembled to one side of the hole in the trunnion or if 
the elastic deflection was enough to cause contact. Fig. 17a. Alternatively, 
the crack may have caused the rod to become so flexible as to bring one 
side (Fig. lib) or both sides (Fig. 17c) of the rod into contact with the sides 
of the trunnion block. 

(a) 

FIG. 17—Possible modes of contact between the brake rod and the trunnion. 
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Fatigue Analysis—The change in axial stress in the threaded portion of 
the rod is given by the change in axial stress in the unthreaded region (see 
Fig. 8) muhipUed by the ratio of the square of the diameters 

(73 - 66) (51.3)2/(44.6)2 = 9 MN m'^ 

We now have to estimate the change in bending stress. The maximum 
bending stress varies around the perimeter of the rod and the principal 
bending axis swings through some 102° between the brake on and brake off 
conditions at the site of the strain gages, Fig. 11. By reference to Fig. 10, 
the bending stress in both cases is given by 

CT = cTfl sin 9 + (Tc cos 9 (7) 

Substituting in the values of CTB and â  (see Fig. 8) for the brake off and 
brake on conditions 

ffoff = - 3 6 sin 9 + 97 cos 9 
(Ton = - 55 sin 9 - 35 cos 9 

The change in bending stress ACT is given by the difference between the 
stresses with the brake off and the brake on, (cToff - ô on). 

Aa = ( - 3 6 sin 6 + 97 cos 9) - ( - 5 5 sin 9 - 3 5 cos 6) 

which simplifies to 

Aa = 19 sin 9 + 132 cos 9 (8) 

The maximum value of ACT occurs when the value of 9 is Q„„ which is 
given by 

which is 

and 

d(ACT)/d6 = 0 (9) 

19 cos 9„ - 132 sin 6„ = 0 

K = 8.2° 

Using this value of Q„ in Eq 8 to give the maximum change in bending stress 

ACT„ = 133 Mn m-2 
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This result is significant in that it clears up an anomaly from the first analysis. 
From Fig. 11, the angular position of the maximum bending stress varied 
from e = -122.5° with the brake on to -20.4° with the brake off and yet 
the fracture origin was at roughly 0°. The maximum change in bending stress 
at 8.2°, is much more consistent with a fracture origin at 0°. 

To estimate the maximum change in bending stress in the threaded portion 
of the rod from that in the unthreaded segment, the bending stress is changed 
in proportion to the ratio of the diameters cubed 

Aa„ = 133 (51.3/44.6)3 = 202 MN m'^ 

To investigate the fatigue performance it is sensible first to check the 
material response to the stresses in the threaded section, assuming that all 
the load from the strain gage site is transmitted to the fracture site (a worst 
case analysis). To accomplish this we need to calculate the mean stress and 
the stress amplitude and plot these points on a Goodman diagram [6]. 

The mean stress level at the position of maximum stress amplitude has 
two components: the contribution of bending and the contribution of the 
axial stress. The bending stresses at the position of the maximum stress 
amplitude are given by 

(Toff = -36sin e + 97 cos 6 

(Ton = - 55 sin 0 - 35 cos 6 

Evaluating these stresses at 9 = 8.2° 

cToff = 91 MN m-2 

ao„ = -42MNm-2 

The mean of these two values is 

'±±JZ^ = 24.5 MN m-

The value of mean bending stress in the threaded portion of the rod is 

Kean)*, = 24.5 (51.3/44.6)3 = 37 MN m-^ 
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As the axial stress is uniform over the section, its mean value is simply 
given by the average of the axial stresses with the brake on and brake off, 
corrected for the change in cross sectional area: 

Kea„)6, = (66 + 73)(51.3/44.6)V2 = 92 MN m"^ 

The mean stress at the position of maximum stress amplitude is then 
simply given by the sum of the axial and bending components 

(92 + 37) MN m^ 129 MN m-

The stress amplitude is again given by a contribution from bending and 
axial stresses. The change in stress due to bending was calculated to be 202 
MN m"^. In addition there is a change in stress due to axial loading, of 9 
MN m"^. The sum of these two contributions gives the total change in stress 
as 

ACT = (202 + 9) = 211 MN m'^ 

The stress ampUtude is just half this value. We conclude that the cyclic 
stress of maximum amplitude is that shown graphically in Fig. 18. 

The best data available for estimating the fatigue properties of the brake 
rod refer to an En 8 steel [7]. This material, in the normalized condition, 
was tested in the form of an electropolished specimen containing a notch 
with an elastic stress concentration factor, a*., of 3.15. The tensile strength 
of the steel was 540 Mn m"^, and its reverse bending fatigue limit was found 
to be ±120 MN m"^. These data were used to plot a Goodman diagram, 
Fig. 19. 

The Goodman diagram predicts that fatigue will occur in bending. This 
is an interesting result as it suggests that when the rod was new and the 
bearing seized then all the load above the trunnion axle was transmitted to 
the fracture site and, it was only after the crack had grown, probably to a 
significant length, that the rod was able to flex sufficiently to touch the 
trunnion block, thereby reducing the load on the fracture site. 

1 

off 

on 

off 

on 

off 

on 

. 
211 
MN m" 

129 MN m ' 

FIG. 18—Cyclic loading condition of the brake rod. 
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FIG. 19—Goodman diagram for the brake rod. 

Estimating Lifetime 

Fractography and stress analysis strongly suggest fatigue as the cause of 
failure of the brake rod and a number of important questions arise: 

1. How many on-off cycles did the brake rod experience in its service 
lifetime of 21 years? 

2. Was the crack already initiated when the brake rod was installed or 
was there an incubation period? 

3. Once a crack had been formed, how would its length change with 
increasing cycles of braking? 

About 1000 miners used the shaft in which the accident occurred, each 
making two trips per working day. This constitutes 2000 man trips a day. 
If the shifts of miners are lowered and raised independently of one another, 
each journey by the cages accomplished 32 man trips (because a full cage 
carries 32 men), and 2000 man trips are accounted for by 2000 per 32 
journeys of the cage per working day. For each man a year will consist of 
about 230 working days (assuming a five-day week and that four weeks are 
spent on holidays and illness). The number of cage journeys per year will 
therefore be about (2000 x 230)/32, and thus during the 21 year life of the 
brake rod approximately (2000 X 230 x 21)/32 journeys were made. For 
each journey the brake would be applied once so the estimate of the total 
number of brake applications is about 3 x 10^ Evidence from the mine 
records suggested 7 x 10' cycles, and this is not in conflict with the estimate. 
The cages in this shaft were used also to transport materials other than coal, 
and limited quantities of stone which could account for the difference in 
total number of cycles. 

Cracks were sought by nondestructive testing techniques only after the 
rod had failed and the age of those that were found is completely unknown. 
However, there is no evidence to suppose that these cracks were present 
in the as-manufactured rod, and it is likely that they were initiated by cyclic 
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loading. Since yielding is thought to have occurred due to the stress con­
centration at the thread roots, the incubation period for the cracks may 
have been quite short. For example, yielding may have caused some of the 
hard, brittle inclusions near the thread roots to become cracked, thereby 
creating microscopic cracks in the first few loading cycles. 

For low-strength ferrite-pearlite steels, the Paris-Erdogan equation is of 
the form [8] 

daldN = \0-\^Kf (10) 

where daldN is given in millimetre per cycle and Ai^ is measured in MN 
m"''^. This equation produces the classic sigmoidal shaped da/dN-AK curve 
suggested by Paris [9]. Provided that AK is not too small (say AK > 10 MN 
m" '̂̂ ) and the value of K^^ does not approach Ki^ (say ^„ax < 0.7 ^i^), 
this equation can be applied irrespective of the mean ^-value or the exact 
identity of the steel [8]. In view of the age and unclean nature of the steel 
the use of some of the more complicated crack growth/stress intensity factor 
relationships was not justified. 

The variation of stress-intensity range AK with crack length a for a rod 
of circular cross section (diameter 44.6 mm) loaded in bending to a stress 
range Aa is given in Fig. 20, taken from Ref 10. For a given crack length, 
this graph specifies the particular value AK/Acr for the rod. Multiplying this 
value by ACT gives AK. 

This approach is feasible provided the loading conditions are known for 
all stages of crack growth. However, in this case the understanding which 
we have developed so far suggests that the bending load on the rod decreases 
as the crack grows. We start the analysis by assessing how the crack grows 
to a short length of, say 3 mm and then take stock of the situation. The 
maximum change in stress. ACT, of 211 MN m"^ is composed of two con-

O.I4-| 
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FIG. 20—Variation o/Ak/Acr with crack length for a rod loaded in bending [10]. 
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tributions, 202 MN m"^ from bending, and 9 MN m"^ from tensile loading. 
Since the crack is short, we can consider the value of ACT to be unchanged 
throughout the stages of crack growth. We also make the approximation 
that the total change in stress of 211 MN m"^ is all attributable to bending. 

To integrate the Paris-Erdogan equation numerically, we first assume the 
presence of a crack; a crack of length 0.875 mm puts us in the range of ACT 
where the Paris-Erdogan relation is valid. From Fig. 20, for a crack 0.875 
mm long 

A/^/ACT = 0.045 mi'2 

Taking ACT = 211 MN m'^ 

AK = 0.045 X 211 = 9.5 MN m'^'^ 

This is approximately the lower limit of AK over which the growth law is 
vaUd [8]. Using this value for AK gives the rate of crack growth as 

daldN = lQ-\AKy = 8.56 x lO^*- mm per cycle 

If the crack grows at this rate over a small increment of growth, say from 
a crack length of UQ = 0.75 mm to â  = 1.00 mm (that is, linearly 0.125 
mm, each side of the average crack length â v = 0.875), then 

AÂ  = (of - aa)ldaldN = 0.25/8.56 x 10-<* = 29.2 x 10̂  cycles 

where AN is the number of load cycles involved in the increment of crack 
growth. This process can be repeated with successive increments of growth; 
the results are given in Table 5. The running total of load cycles XAN gives 
the total number of cycles needed to grow the crack from the beginning of 
the first increment to a length of 3 mm. In Fig. 21 the crack length is plotted 
against the total number of load cycles that have elapsed since the crack 
was 0.75 mm long. 

This analysis shows that it took roughly 98 000 cycles to grow a crack 
from 0.75 to 3 mm long. There is probably not much point in carrying the 
analysis beyond this point because the modelling becomes uncertain due to 
the changing load. The result, however, does seem to be of the right order 
when compared with the officially estimated figure of 700 000 braking cycles 
to incubate and grow the crack to its critical length of 27 mm. Most of these 
cycles were spent in nucleating a crack and growing it to 0.75 mm long, but 
we have no analysis to estimate how many. 

Linear elastic fracture mechanics presupposes that there is an existing 
crack, so it can account for the growth but not for the incubation of the 
crack. If the striations are clear and extend over the entire region of fatigue 
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30 90 40 50 60 70 80 
number of cycles X 10 ' 

FIG. 21—Crack length as a function of the number of load cycles occurring since the crack 
was 0.75 mm long. 

it should be possible to couple the crack growth analysis (at low da/dN) 
with fractography (at higher da/dN) where striations are probably more 
visible, to get some idea of the incubation period. Unfortunately, definite 
striations only occurred in patches on the fracture surface of the steel brake 
rod, and this precluded using the da/dN analysis to correlate with and extend 
the fractographic observations. Aluminum would have been the ideal ma­
terial in this regard. 

The preceding estimates of lifetime are incomplete. However, they do 
fully support the verdict of the investigation, namely, that the brake rod 
became progressively cracked by fatigue until finally the fatigue crack be­
came unstable, causing brittle fracture. The agent of fatigue was an un­
foreseen bending which arose because the trunnion mechanism was inef­
fective. 

The center rod in the spring nest is an example of a single-line component, 
in that the operation of the mechanical brakes on the winding engine de­
pended completely on it. Not surprisingly, this type of system was taken 
out of service following the accident. The official report states that single-
line components should be either eliminated or so designed as to prevent 
danger. 

Conclusions 

It is possible to identify fatigue as the cause of this failure and to highlight 
bending moments resulting from friction at the trunnion as the loading which 
caused this fatigue crack growth using straightforward techniques. The anal­
ysis presented here has taken this understanding further and identified a 
variation in principal bending axis, between the brake on and brake off 
positions. This produces a maximum change in bending stress—the critical 
fatigue loading—more in line with the fracture origin. 

In order to measure loads in an uncracked brake rod it was necessary for 
the strain gages to be positioned away from the fracture site and the mea­
surements to be extrapolated to the fracture site using simple analytical 
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models. A fracture mechanics analysis using data measured at the fracture 
site showed that the loads measured at the strain gage site did not reach 
the threaded section where failure took place. Using this understanding it 
was possible to model the load paths through the structure during the growth 
of the fatigue crack. Such an approach was not possible using strain gage 
measurement alone. 

The Paris-Erdogan analysis supports the overall understanding of the 
failure and illustrates the practical limitations in applying the technique. 

At a more general level the case study illustrates the danger of single line 
components. The brake rod had lasted for 21 years despite being made 
from what, by modern standards, would be called a dirty steel and having 
a cut as opposed to a rolled thread. 
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Summary 

The Symposium on Case Histories Involving Fatigue and Fracture Me­
chanics showcased the most recent applications of fatigue and fracture me­
chanics analyses. In order to assemble this showcase, papers were solicited 
which described (1) how fatigue and fracture mechanics concepts were em­
ployed to design new structures and (2) how these concepts were used either 
to evaluate the integrity of structures containing defects or to determine 
why structures failed. The symposium was successful in attracting 24 papers 
which described the latest fatigue and fracture mechanics applications. This 
publication contains twenty-two of these papers. A brief summary of each 
follows. 

Rahka described the cracking of a hydrogenerating pressure vessel. This 
cracking resulted from hydrogen attack of improperly-alloyed weld metal 
in the vessel. A detailed fracture mechanics analysis showed the existing 
cracks did not threaten the structural integrity of the vessel. Consequently, 
it was allowed to remain in service until a scheduled shutdown. 

Smith explained that radial cracks frequently develop in the nozzle corners 
of nuclear pressure vessels. Generally, these cracks are initiated by thermal 
shock, and then propagated by subsequent pressure cycles. Small-scale pres­
sure vessels have been fabricated and tested to study the initiation and 
growth of these flaws. Smith employed frozen-stress photoelastic methods 
to determine the validity of applying the results of tests on small-scale vessels 
to full-size vessels. The frozen-stress method showed the flaw shapes for 
the small- and full-scale vessels were basically similar. However, the stress-
intensity factor distributions were as much as two times higher in the small-
scale vessels than in the full-scale ones. Thus test results generated on small-
scale vessels were conservative when applied to the full-scale vessels. 

Kaplan, Willis, and Barnett analyzed the failure of a hatch cover on a 
pressurized cement barge. The hatch failed when it was partially unlocked 
to bleed air from the barge. The remaining locks on the hatch were unable 
to carry the pressure load, and the hatch failed. Detailed testing and analysis 
indicated the hatch design, hatch material, and barge design all contributed 
to the hatch failure. 

Pearson and Dooman studied the explosion of a truck-mounted propane 
tank. An initial investigation located a crack in the tank. This crack was 
believed to be the cause of failure. However, fracture mechanics analysis 
showed the tank should not have failed at normal operating pressure even 
with the crack present. Further investigation showed (1) the relief valve on 
the tank was corroded shut; (2) the truck driver had overfilled the tank 
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with liquid propane (a properly filled tank contains no more than 82.4% 
liquid); and (3) heat from the motor exhaust and the sun could raise the 
tank pressure to the bursting point. Factors (1) through (3), plus the crack 
in the tank, all combined to fail the tank. 

Chow and Simpson described the sudden failure of a Zircaloy-2 pressure 
tube in a nuclear reactor. This tube was encased in a concentric Zircaloy-
2 tube to insulate it from the reactor coolant. During construction, one of 
the spacers which maintain the concentricity of the tubes was displaced. 
Thus the two tubes contacted each other. The resultant heat sink led to the 
development of zirconium hydrides in the pressure tube. These hydrides 
led to cracking of the tube, and a reduction in the fracture toughness of 
the material. The crack subsequently propagated to a critical size and failed 
the tube. Fracture mechanics analyses and tests were conducted to confirm 
the sequence of events leading to the failure. 

Reid and Baikie described the material selection process for the design 
of high pressure penstocks. Two steels were considered for these penstocks. 
A series of stress, fracture mechanics, and cost analyses were performed to 
establish which of these two steels would be most satisfactory. In addition, 
these analyses were used to establish defect acceptance standards and in­
spection intervals for the penstocks. This paper presents the specific pro­
cedures used in evaluating the two steels. 

Christensen and Hill studied the impact of longitudinal weld-toe cracks 
on the structural integrity of pipeUne steel. Their study indicated that the 
depths of these cracks were only one-third of the critical flaw depth. They 
confirmed their analysis with a full-scale pressure test on a cracked pipe 
section. A subsequent fatigue-crack-growth analysis showed 20 full-pressure 
cycles per day were required to propagate the existing toe cracks to failure 
in a 30 year period. Finally, tests confirmed that cathodic charging had no 
detrimental effects on the pipeline material. 

Reemsnyder explained that fatigue cracks frequently developed at pin 
holes in the legs of off-shore oil drilling rigs. These cracks developed while 
the rigs were enroute from their fabrication sites to their installation sites. 
Studies showed the cracks resulted from a combination of high cyclic stresses 
and tensile residual stresses at the pin holes. To alleviate this cracking (1) 
the cyclic stresses were reduced by modifying the intransit configuration of 
the rigs thereby reducing vortex shedding, and (2) the residual stresses were 
reduced by thermal stress-relief following pin hole fabrication. No cracking 
has occurred at the pin holes since the vortex shedding and stress-relief 
steps were taken. 

Nelson and Hampton investigated the failure of a large wind tunnel com­
pressor blade. They found that a crack had initiated at a scratch in the 
shank of the blade and subsequently propagated to failure. Analysis indi­
cated that crack propagation was aggravated by operation of the compressor 
at or near its resonant frequencies. Operation at these frequencies intro-
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duced high stresses in the blade. In order to prevent a recurrence of such 
a failure, (1) special procedures were developed for blade installation in 
order to reduce the risk of scratching the blades; (2) the compressor was 
required to pass through resonant frequencies as quickly as possible in order 
to reduce the number of high-stress cycles and (3) a regular inspection 
interval was established to detect cracks before they approached a critical 
length. 

CipoUa, Grover, and Richman performed both one- and two-dimensional 
stress analyses of a burst compressor disk. These analyses showed a defect-
free disk should not have burst in the short time the disk was in service. 
Further study showed the disk was subjected to nonroutine processing dur­
ing fabrication. Normally, such disks are heated and quenched prior to final 
machining. Such processing frequently introduced quench cracks which were 
subsequently removed during final machining. However, investigation showed 
the burst disk was heat treated and quenched after final machining. Thus, 
quench cracks could have been present when the disk was initially put into 
service. The authors proposed that the growth of these quench cracks led 
to premature failure of the disk. 

Selz and Peterson described the rationale used to develop inspection 
intervals for high-pressure heater vessels. This rationale involved (1) lo­
cation of the high-stress areas; (2) determination of the maximum flaw size 
which could escape detection during inspection; (3) calculation of the num­
ber of cycles required to propagate the flaw in (2) to a critical length; and 
(4) selection of a safety factor which permitted location of the flaw prior 
to its reaching a critical length. The authors describe in detail the procedures 
used in completing steps 1 through 4. 

Chang explained that welded structures frequently contain crack-like flaws. 
He described a computer code for predicting the growth of these flaws. This 
code, named EFFGRO III, was used to predict the growth of embedded 
flaws in welded aircraft structures. The effects of residual stresses were 
included in these predictions. The prediction results were compared with 
test results and good correlations were found. 

Rich, Pinckert, and Christian reported that cracks were found in fastener 
holes in the compression-loaded spar caps of F-15 aircraft. Analysis indi­
cated that the local stresses around the holes exceeded the material's com­
pressive yield strength. Upon unloading, residual tensile stresses were in­
troduced at the holes. The authors developed an analytical model for predicting 
the role of these tensile stresses in initiating and propagating cracks in the 
spar caps. This model was used to predict crack initiation and propagation 
to a predetermined size. The U.S. Air Force used these predictions to set 
overhaul intervals for their F-15 aircraft. 

Howard reviewed the inflight failure of an aircraft horizontal stabilizer. 
The failure resuhed from a fatigue crack in the top chord of the stabilizer. 
This crack propagated through the chord and subsquently failed it. Once 
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the chord failed, the stabilizer separated from the aircraft and it crashed. 
Inspection of the fracture surfaces indicated the crack propagated by fatigue 
intermixed with a series static crack jumps. Fracture mechanics analysis 
techniques were used to explain the growth sequence of the crack. 

Saff and Ferman reported that fuel-structure interaction dynamics sig­
nificantly increased stresses in wet-wing aircraft. These high stresses pro­
duced drastic reductions in fatigue life as compared to the life of dry-wing 
aircraft. Combinations of vibration loads and internal pressure were found 
to cause even further reductions in fatigue Ufe. They presented procedures 
for predicting fatigue lives under dynamic conditions. Laboratory tests were 
strongly recommended to vahdate the predictions. 

Denyer explained how fracture mechanics techniques were used to track 
fatigue damage accumulation in the wing structure of the T-39 aircraft. 
These techniques were used to compute the remaining structural life, and 
to establish inspection intervals for each aircraft. Tracking was accomplished 
by analyzing flight records and then using the analytical results to predict 
the growth of flaws. The paper described the crack-growth procedures used 
in making these predictions. 

Rich and Orbison described the failures of two dies. One die was used 
to swage fittings onto wire ropes, the other to mold gears in a powder 
metallurgy process. Detailed analysis and inspection showed the swaging 
die failed as a result of a combination of high stresses, low material tough­
ness, and small fabrication cracks. The powder metallurgy die failed as a 
result of the growth of a fatigue crack to a critical size. 

Clarke investigated the failure of an arbor on a lumber mill trimming 
saw. Visual inspection indicated the crack initiated at an abrupt change in 
the diameter of the arbor. Initially, the stress concentration associated with 
this diameter change was thought to be responsible for the failure. However, 
a detailed fatigue analysis showed the operating stresses were too low to 
initiate a fatigue crack. Further study of the lumber mill operations showed 
a piece of steel had recently contacted the saw and knocked off several 
teeth on the blade. The imbalance loads associated with the loss of these 
teeth were adequate to initiate a fatigue crack. Once the damaged blade 
was replaced, the service loads were adequate to propagate the crack to a 
critical size. 

Tubby and Wylde investigated the effects of six parameters on the fatigue 
resistance of welded joints. They found that (1) the material's ultimate 
tensile strength and fracture toughness, and (2) weld residual stresses had 
relatively little effect on fatigue resistance. They further found that con­
touring the weld joint was somewhat beneficial, but was probably not cost 
effective. Finally, they reported that stress concentrations and material 
thickness had significant impacts on fatigue resistance. Both high stress 
concentrations and thicker materials had lower fatigue resistances. 
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Mattheck, Kneifel, and Morawietz described the fracture of intramedul­
lary nails which are used to repair fractures in large bones. Fatigue cracks 
initiated at slots and screw holes in the nails. The growth of these cracks 
was predicted using fracture mechanics techniques. The procedures for mak­
ing these predictions, and for predicting crack arrest, were presented. A 
new design for the intramedullary nails was proposed. This design was 
expected to have considerably lower stress concentrations, and consequently 
longer fatigue lives. 

Rimnac, Wright, Bartel, and Burstein investigated the failure of twenty-
one hip implants. They found that fatigue cracks initiated on both the medial 
and lateral surfaces of the implants and then propagated to critical lengths. 
Crack development was attributed to the basic design of the implant, the 
high applied stresses and the properties of the AISI 316L stainless steel 
used for the implant. 

Demaid and Lawley described the failure of an elevator brake rod. In­
spection showed this failure resulted from the initiation and growth of fa­
tigue cracks at the root of screw threads on the brake rod. Detailed stress 
analyses and stress measurements defined the stress distribution within this 
rod. These analyses and measurements were then used to approximate the 
Hfe of the brake rod using fracture mechanics procedures. The inherent 
vulnerability of single-load-path structures was most clearly manifest in this 
case history. 

C. M. Hudson 
NASA-Langley Research Center, Hampton, 

VA 23665; cochairman and coeditor. 

T. P. Rich 
Bucknell University, Lewisburg, PA 17837; 

cochairman and coeditor. 

Copyright by ASTM Int'l (all rights reserved); Wed Dec 23 18:32:03 EST 2015
Downloaded/printed by
University of Washington (University of Washington) pursuant to License Agreement. No further reproductions authorized.



STP918-EB/Oct.1986 

Author Index 

B 

Baikie, B. L., 102 
Barnett, R. L., 46 
Bartel, D. L., 377 
Burstein, A. H., 377 

Chang, J. B., 226 
Chow, C. K., 78 
Christensen, C , 243 
Christian, T. F., Jr., 243 
CipoUa, R. C , 181 
Clarke, C. K., 336 

D 

Demaid, A. P. A., 389 
Denyer, A. G., 291 
Dooman, R. G., 65 

K 

Kaplan, M. P., 46 
Kneifel, B.,361 

Lawley, A.,389 

M 

Mattheck, C , 361 
Morawietz, P., 361 

N 

Nelson, H. G., 153 

O 

Orbison, J. G., 311 

Ferman, M. A., 277 

Grover, J. L., 181 

H 

Hampton, R. W., 153 
Hill, R. T., 122 
Howard, I. C , 259 
Hudson, C. M., 1, 417 

Pearson, H. S., 65 
Peterson, D. B., 211 
Pinckert, R. E., 243 

R 

Rahka, K., 3 
Reid, C. N., 102 
Reemsnyder, H. S., 136 
Rich, D. L., 243 
Rich, T. R, 1, 311, 417 

423 

Copyright' 1986 by AS'FM International www.astm.org 
Copyright by ASTM Int'l (all rights reserved); Wed Dec 23 18:32:03 EST 2015
Downloaded/printed by
University of Washington (University of Washington) pursuant to License Agreement. No further reproductions authorized.



424 CASE HISTORIES INVOLVING FATIGUE AND FRACTURE 

Richman, R. H., 181 T 
Rimnac, C. M., 377 ^^^^^^ p j ^^^ 

S 

Saff, C. R.,277 ^ 
Selz, A., 211 Willis, T., 46 
Simpson, L. A., 78 Wright, T. M., 377 
Smith, C. W., 31 Wylde, J. G., 344 

Copyright by ASTM Int'l (all rights reserved); Wed Dec 23 18:32:03 EST 2015
Downloaded/printed by
University of Washington (University of Washington) pursuant to License Agreement. No further reproductions authorized.



STP918-EB/Oct.1986 

Subject Index 

Aircraft 
Boeing 707, 259 
compression members, 243 
fuel tank skins, 277 
fuselage, 226 
F-4 fighter, 277 
F-15 fighter, 243 
horizontal stabilizer, 259 
structural maintenance, 291 
USAF T-39 transport/trainer, 

291 
wing, 243 

Aluminum alloys 
A356-T6, 54 
2014-T6, 153 
7075-T6, 281 
7079-T6, 271 

ASME Codes 
boiler and pressure vessel code, 

7,212 
unfired pressure vessel code, 53 

ASTM standards 
A 356-77, 56 
B 26-82b, 54 
E 8-82, 54 
E 23-82, 6 
E 399-83, 54, 69, 88 
E 606-80, 146 
E 813-81, 7, 91 

B 

Barge, pressurized {see Pressure 
vessels) 

Bio-medical devices 
intramedullary nail, 361 
total hip femural component, 

377 

Charpy-V impact test 
ASTM E 23-82, 6 

Coatings 
Alodine 1200, 177 

Compressor blade {see Structures) 
Compressor wheel {see Power 

generation equipment) 
Computerized fracture programs 

BIGIF, 205 
CRKGRO, 297 
EFFGRO, 226 
FRACPAC/FATPAC, 117 

CTOD testing 
British standards institution PD-

6493-1980, 123 

Fatigue estimates 
Goodman diagram, 410 
Neuber's rule and strain, 141 
Paris law, 112, 133, 219, 328, 

346, 375, 412 
striations, 157, 327, 383 
testing, 131, 146, 159, 221, 252, 

285, 351 
Walker equation, 230 

Finite element method 
heat transfer, 194 

425 
Copyright by ASTM Int'l (all rights reserved); Wed Dec 23 18:32:03 EST 2015
Downloaded/printed by
University of Washington (University of Washington) pursuant to License Agreement. No further reproductions authorized.



426 CASE HISTORIES INVOLVING FATIGUE AND FRACTURE 

Finite element method (continued) 
modal analysis, 170 
stress analysis 

ANSYS, 194, 215, 318 
NASTRAN, 51, 170, 246, 295 
other codes, 329, 347, 363 

Fractography, 94, 158, 183, 338, 
381, 395 

H 

High temperature, 4 
Hydroelectric (see Power 

generation equipment) 
Hydrogen attack, 4, 78, 122 

N 

Nondestructive inspection 
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Zr-2.5Nb, 78 

Copyright by ASTM Int'l (all rights reserved); Wed Dec 23 18:32:03 EST 2015
Downloaded/printed by
University of Washington (University of Washington) pursuant to License Agreement. No further reproductions authorized.




