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Foreword

This publication, Thermomechanical Fatigue Behavior of Materials: 4™ Volume, contains papers
presented at the Fourth Symposium on Thermomechanical Fatigue Behavior of Materials, held in
Dallas, Texas on November 7-8, 2001. The Symposium was sponsored by ASTM Committee EO8
on Fatigue and Fracture and its Subcommittee E08.05 on Cyclic Deformation and Fatigue Crack
Formation. Symposium co-chairmen and publication editors were Michael A. McGaw, McGaw
Technology, Inc.; Sreeramesh Kalluri, Ohio Aerospace Institute, NASA Glenn Research Center at
Lewis Field; Johan Bressers (Retired), Institute for Energy, European Commission - Joint Research
Center; and Stathis D. Peteves, Institute for Energy, European Commission - Joint Research Center.
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Overview

Thermal fatigue and thermomechanical fatigue (TMF) of structural materials have been topics of
intense research interest among materials scientists and engineers for over fifty years, and are sub-
jects that continue to receive considerable attention. Several symposia have been sponsored by
ASTM on these two topics over the previous thirty years, and have resulted in Special Technical
Publications (STPs) 612, 1186, 1263, and 1371. The Fourth Symposium on Thermomechanical Fa-
tigue Behavior of Materials was held at a time when significant efforts have been underway both
in the U.S., under the auspices of ASTM, and internationally, under the auspices of ISO, to develop
standards for thermomechanical fatigue testing of materials. This STP represents a continuation of
the effort to disseminate all aspects of thermomechanical fatigue behavior of materials from a wide
variety of disciplines. The materials scientist, for example, seeks a deeper understanding of the
mechanisms by which deformation and damage develop, how they are influenced by microstruc-
ture, and how this microstructure may be tailored to a specific application. The analyst wishes to
develop engineering relationships and mathematical models that describe constitutive and damage
evolution behaviors of materials. Ultimately, the designer seeks engineering tools and test methods
to reliably and economically create load-bearing structures subjected to cyclic, thermally-induced
loads.

The present STP continues the trend of past symposia of strong international participation. The
twenty-one contributed papers in this STP have been organized into four sections. The first section is
on Thermomechanical Deformation Behavior and Modeling. Continuation of rapid advances in com-
putational technology has provided greater opportunity than ever before to enable the identification
and characterization of the complex viscoplastic deformation of materials under thermomechanical
conditions, and this section’s collection of five papers is a consequence of these endeavors. Notable
among these is the paper, “Cyclic Behavior of Al319-T7B Under Isothermal and Non-Isothermal
Conditions,” by C. C. Engler-Pinto, Jr., H. Sehitoglu, and H. J. Maier, as it received the Best
Presented Paper Award at the Symposium. The second section, Damage Mechanisms under
Thermomechanical Fatigue, contains four contributions addressing coated alloys, single crystal
nickel-base superalloys, and titanium aluminide materials. The third section, Thermomechanical
Fatigue Behavior and Cyclic Life Prediction, contains the following seven contributions: an approach
utilizing fracture mechanics for TMF life prediction, a contribution on coated TMF behavior of a
monocrystalline superalloy, a collaborative, round-robin style effort to characterize behaviors of un-
coated and coated superalloys under TMF conditions, a work on complex loading effects, and two
contributions dealing, significantly, with applications in the automotive arena. The fourth and final
section addresses Experimental Techniques for Themomechanical Testing. Too often, especially in
thermomechanical fatigue, experimental details are given secondary importance in the literature,
when in reality the conduct of thermomechanical fatigue tests requires unusually fine attention to de-
tail and practice. Here again, the tremendous advances in computer technology have enabled the de-
velopment and implementation of sophisticated testing techniques. The five papers in this section are
reflective of these advances, and can be read with profit by the experimentalist interested in estab-
lishing or improving thermomechanical fatigue testing capability.

Finally, we would like to express our sincere gratitude to the authors, the reviewers, and ASTM
staff (Ms. Dorothy Fitzpatrick, Ms. Crystal Kemp, Ms. Maria Langiewicz, Ms. Christina Painton, Ms.

Vii
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Holly Stupak, Ms. Qiu Ping Gong, Mr. Scott Emery, and Ms. Annette Adams) for their contributions
to the publication of this STP.

Michael A. McGaw

McGaw Technology, Inc.
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Symposium Co-Chairman and Editor
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Petten, The Netherlands
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Thermomechanical Deformation Behavior and
Modeling



X J Wu,'S. Yandt, * P. Au,* and J.-P. Immarigeon’

Modeling Thermomechanical Cyclic Deformation by Evolution
of Its Activation Energy

REFERENCE: Wu, X. I, Yandt, S., Au, P., and Immarigeon, J.-P., “Modeling Thermo-
mechanical Cyclic Deformation by Evolution of its Activation Energy,” Thermomechanical
Fatigue Behavior of Materials: 4" Volume, ASTM STP 1428, M. A. McGaw, S. Kalluri, J.
Bressers, and S. D. Peteves, Eds., ASTM International, West Conshohocken, PA, 2002, Online,
Available: www.astm.org/STP/1428/1428 10577, 24 June 2002.

ABSTRACT: This paper presents a new approach for modeling the deformation response of
metallic materials under thermomechanical fatigue loading conditions, based on the evolution of
thermal activation energy. In its physical essence, inclastic deformation at high temperatures is a
thermally activated process. The thermal activation energy, which controls the time and
temperature dependent deformation behavior of the material, generally evolves with the
deformation state (y;) of the material, in response to the applied stress 1. In the present approach,
the inelastic flow equation is integrated for a deformation range where strain hardening is
predominant. The simplified integration version of the model only needs to be
characterized/validated by isothermal tensile and fatigue testing, and it offers an explicit
description of the TMF behavior in terms of physically defined variables. By identifying the
dependence of these variables on the cyclic microstructure, the model may also offer a
mechanistic approach for fatigue life prediction.

KEYWORDS: thermomechanical fatigue, stress-strain curves, hysteresis loop, thermal
activation, modeling

Introduction

Thermomechanical fatigue (TMF) refers to the damage induced by simultaneously
alternating temperature and mechanical loads. TMF loading occurs in hot section
components of gas turbines such as turbine blades. The stress-strain responses of
materials under TMF conditions are complex and depend on phasing between thermal
and mechanical loads. Therefore, modeling TMF behavior is a challenge for life
prediction of turbine blades.

From the early 1980s to the late 1990s, some frameworks of “unified constitutive
laws of plasticity and creep” have been developed, which were also applicable to thermo-
mechanical fatigue [1-3]. In these constitutive models, the inelastic strain rate is
described by a flow equation, which depends on two state variables, back stress and drag
stress, responsible for kinematic hardening and isotropic hardening, respectively. The
specific forms of those hardening rules, i.e., governing equations for back/drag stresses,
however, differ from model to model, and depend on several parameters, which are
difficult to verify experimentally.

" Institute for Aerospace Research, National Research Council of Canada, Ottawa, ON K1A OR6.
2 Department of Mechanical and Aerospace Engineering, Carleton University, Ottawa, ON K1S 5B6.
? Institute for Aerospace Research, National Research Council of Canada, Ottawa, ON K1A OR6.
* Institute for Aerospace Research, National Research Council of Canada, Ottawa, ON K1A 0R6
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4 THERMOMECHANICAL FATIGUE BEHAVIOR OF MATERIALS

In this paper, a new approach of modeling TMF deformation response is developed. It
is based on the evolution of thermal activation energy. In its physical essence, inelastic
deformation at high temperatures is a thermally activated process [4], and therefore the
deformation process is determined by the thermal activation energy:

AG” =AG*(1,y,,T) (1a
p

where T is the stress, v, is the inelastic strain of the material, and T is the absolute
temperature.

In keeping with the same principle as discussed by Kocks on thermodynamics of slip
[5], the activation energy for inelastic deformation can be expanded, to the first order, as

AG* =AG] + oAG T+ oAG Y, =AG{ -Vt +VHy, (1b)
ory
where V = —( 6AaG Jis the activation volume and H = %[GAG Jis the work hardening
T
P

coefficient.

A differential equation, governing the evolution of this activation energy, is
derived from deformation kinetics. Then, the equation is integrated to obtain the
constitutive equations for isothermal and thermomechanical fatigue over the range where
strain hardening is predominant. By demonstrating the application of the model for a Ni-
base superalloy, IN738LC, under these conditions, the physical meanings of the
parameters of the model are illustrated, and the results are discussed. This simplified
model is shown to be effective in characterization of the stress-strain behavior of
materials under monotonic and cyclic loads.

The Constitutive Model

Based on deformation kinetics theory, inelastic strain rate can be expressed as [6]:
7, =24sinh ¥ (2a)
.V
Y =—(1-Hj 2b
T ) (2b)

where A is a temperature dependent activation rate constant, V' is the mechanical energy
of the activation system normalized by its thermal energy, V is the activation volume, H
is the work hardening coefficient.

For loading at a constant mechanical strain rate,

V= Iy 7, = constant 3)
u

where p is the elastic shear modulus.

We assume that the evolution of the energy term, W, undergoes a series of
infinitesimal isothermal steps, for each i-th step, the energy state evolves from ‘¥, to ¥;
over the time interval At; = tj —t;; at a constant temperature Ti. Then, Eq 2 can be
integrated into the form (see Appendix for detail):
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Summing up all these infinitesimal steps, we have:

N (etoa )" Vuiy/1+y
lel TAtl

1+y% -1
ZEAEHE, L |

- = ._.Z

-¥
xe +b v, i=1

Let N-—o, the lefi-hand side of Eq 5 will be equal to the logarithmic difference
between the final state and the initial state, and the right-hand side is an integration of the
temperature-dependent terms over the loading period. After mathematical rearrangement,

we have:
[ e‘l’_a]:[l—a}xp{_ ]Vy}hk/l;;( dt} ©)

Q)

i=1

el +b) \x+b

where (; is the time to reach the elastic limit, or in other words, for plastic flow to
commence.
Let

(1-a) gl eI
w(t)-[l+bJexp{ | T dt} @)

b

we can rewrite Eq 6 as a function of stress vs. strain under constant strain rate conditions:

kT . (a+ob
T_HYP_TOZ_VII{I—(D)J 8)

where 1 is the back stress from the material’s initial microstructure.

Equation 8 is derived as the relationship between the equivalent shear stress and the
equivalent shear strain, for 3D generalization. For uniaxial cases, as seen for examples in
the following section, conversion to uniaxial stress/strain can be obtained by multiplying
the Taylor’s factor, as

o =3

e=y/ NE)
Application of the Constitutive Model

As an example of the application of the above constitutive model, deformation
responses of nickel-base superalloy IN738LC were investigated in the practical
temperature range of 750-950°C. The model was used to describe isothermal tensile
behavior of the material loaded at constant strain rates of 2 x10” to 2 x 107 sec’, as well as
isothermal low-cycle fatigue (at 950°C) and TMF (750-950°C) at a constant strain rate of 2 x
10° sec”. The parameter values for the model were obtained from isothermal tension tests
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conducted under axial true-strain control at temperatures of 750-950°C using cast-to-size
tensile specimens. The isothermal-LCF and TMF data was obtained from previous
experimental work, the details for which are described elsewhere [7]. Two grain-sized
IN738LC materials, one with a grain size of ~1 mm, and the other 1-5 mm, were used for
testing. Both materials were in the standard heat-treated state (solution treated at 1120°C for 2
h and aged at 843°C for 24 h), which contain a bimodal distribution of gamma prime
precipitates (primary: 0.4-1.0 um; secondary: ~0.05 um) of 45% in volume fraction.

The application of the constitutive model has been limited to the low strain range in
which deformation behavior is dominated by strain hardening effects. In the following, we
shall apply Eqs 6-8 to various isothermal and thermomechanical deformation processes.

Isothermal Tensile Loading

Under isothermal loading conditions, Eq 7 simply becomes:

ot 2(1—a )exp{_ Vit -t W1+ 7 }
{+b kT

®

Since the strain rate is constant, y(f —¢,) =" - yo where y, = 1o/l is the strain at the elastic

limit. Then, Eq 8 describes the stress-strain response during such a process. A schematic of
stress-strain curve is shown in Fig, 1 (all shear stress/strain are substituted by the principal
axial stress/strain). As illustrated, three components contribute to the flow stress: i) the
material’s initial hardening, &, or 1 ii) deformation hardening (also referred as strain
hardening or work hardening), He, (or Hyy); and iii) the rate-dependent term. Stress-strain
curves of the fine-grained IN738LC at three temperatures are shown in Fig. 2. The model, Eq
8, provides satisfactory descriptions for all the three cases. Figs. 3a and 35 illustrate the strain
rate dependence of the stress-strain response in the fine-grained IN738LC during tensile
loading at 750°C and 950°C, respectively.

A

€

FIG. 1 —A schematic of stress-strain curve.
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temperatures. The solid lines represent Eq 8 and the symbols represent the observed
behavior.
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Values of the parameters in the model are given in Table 1. Several basic material
properties are seen to change with temperature. The strain rate constant, 4, follows the
Arrhenius relationship. The decrease of the structural back stress with temperature could
be associated with changing of deformation mechanism from y’ cutting (at low
temperature) to dislocation climb at higher temperatures, whereas the decrease of elastic
modulus and the work-hardening coefficient with temperature are common material
behaviour.

TABLE 1— Values of the parameters of the model derived for isothermal tension.

Temperature (°C) 750 850 950
Temperature-Dependent Material Constants
Initial Back Stress, oo (MPa) 540 285 110
Work Hardening Coefficient, H (MPa/mm/mm) 15000 13736 12478
Modulus of Elasticity, E (GPa) 175.5 1514 137.0
Strain-Rate Constant, A = Agexp[-Q/RT] (sec™) 35x10%  1.56x 107 5.5x 107
Activation Constants
Activation Volume, V (m’) 3.977 x 10°%
Pre-exponential, A, (sec™) 0.7
Activation Energy, Q (J/mol) 143,276
Isothermal Fatigue

Equation 8 can also be applied to cyclic deformation behavior as in isothermal
fatigue. An isothermal fatigue test was conducted on the coarse-grained IN738LC at a
strain rate of 2 x 10”. Figure 4 shows the description of the model for the first stress-
strain hysteresis loop of the material, based on the monotonic parameters (except that a
lower value of oo = 40 MPa is used corresponding to the coarse-grained material), in
comparison with the experimental data. It is noted that upon the first reversal, a portion
of the accumulated plastic work (He, = 45 MPa) contributed to kinematic hardening,
which shifts the center of loop, about 10 MPa, towards the positive stress axis. The rest
of the accumulated plastic work, together with o, contributed to isotropic hardening. In
the light of this discussion, it appears that the energy, ¥ = V(o - He;, - oo)/kT = 0, defines
an absolute yield surface (as opposed to the yield surface constructed based on the stress
at 0.2% offset strain, which depends on the loading rate). This formulation resembles
Chaboche’s model as in reference [2]. There is, however, a discrepancy between the
model description, using parameters based on the static tests, and the experimental
behavior in the transition region between the elastic and work-hardened plastic regimes.
This is understandable since it is known that the material’s dislocation structure would
change during cyclic deformation and it would affect the hysteresis loop shape [8].
Hence, in modeling, the strain rate constant, A, should be modified to reflect this change,
because it depends on dislocation density, but a detailed description of the evolution of
the dislocation structure is lacking.
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FIG. 4—Cyclic stress-strain curves of IN738LC (coarse-grain).
Thermomechanical Fatigue

In the simplest form of thermomechanical fatigue, temperature varies simultaneously
with the mechanical strain at the same frequency. Since the temperature dependence in p,

V and +/1+7 are not strong, because y is usually small compared to 1, we can assume

these terms take their average values in Eq 6 for first approximation. For in-phase (IP)
and out-of-phase (OP) TMF where strain is synchronized with temperature at the
maximum/minimum in each cycle, Eq 7 can be easily integrated into the form for
triangular waveforms:

m_[l— JX VpAyJHX (10)

1+b

0

where 7, denotes the temperature point at which the strain reaches the elastic limit, AT =
T - T 1s the temperature range, Ay is the total strain range, the -/+ sign is used for

the temperature rising or declining halves of the cycle, respectively. For more complex
thermomechanical cycles, the integration can be performed step-wisely.

TMF tests were also conducted on IN738LC (coarse-grain) and the experimental
details were described elsewhere [7]. The stress-strain response of IN738LC under an
out-of-phase thermomechanical fatigue condition was predicted using Eq 8 with the
parameters given in Table | where the structural back stresses have been lowered to the
corresponding values for the coarse-grained material, as shown in Fig. 5, which shows
that the model using parameters derived from isothermal tensile testing produced good
agreement with the TMF hysteresis loop obtained experimentally.
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FIG. 5—Stress-strain response of IN738LC (coarse-grain) during out-of-phase
thermomechanical fatigue. The solid line represents the observed behavior and the
dashed line represents Eqs 8 and 10.

Discussion

In this paper, constitutive equations for monotonic tensile/compressive loading and
isothermal/thermomechanical fatigue conditions have been derived based on the
evolution of the activation energy of the plastic deformation process. As simple
illustrations, evaluation of the model was deduced exclusively from the results of
isothermal constant-true-strain-rate tensile tests, and good agreement with the
experimental data was observed, however, there are several issues worthy of further
characterisation and they are briefly discussed below.

The Strain Rate Constant, A

The strain rate constant, 4, from its physical origin, is related to dislocation density. It
has been hypothesized by Jiao et al. that the cyclic response of IN738LC during
isothermal fatigue at 950°C stabilises after 10 cycles, due to saturation in the dislocation
density [9]. This implies that the strain rate constant, 4, may change from the value for
the first loading of the material to a value for the state of cyclic stability. The sensitivity
of the model to variations in the strain rate constant has not been addressed in this study.
The present model predicts rather well the cyclic peak stresses and the inelastic strain
range, which may be acceptable for practical applications.

It has also been shown that there is a dependence on the deformation path and the
dislocation substructure that evolves during thermomechanical deformation. For
example, Marchand et al. [10] have observed increasing disiocation density in cast B-
1900-+Hf in the following order: isothermal fatigue (Tmin and Tmax), out-of-phase, and in-
phase TMF cycling. The dislocation substructures and their dependence on loading
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profile have not been evaluated in this work. In cases where there are wide variations in
dislocation density between loading conditions, potentially the strain rate constant, as
defined in the context of the present model, may also vary with the loading condition.
Even though the dependence of 4 on dislocation substructures was not addressed
specifically, the validity of the model was tested for thermomechanical fatigue
conditions, and the comparison with the experimental TMF data on IN738LC is
reasonably good. Frenz et al. [11] used a unified viscoplastic model with two state
variables (viz. back stress, drag stress) and parameters evaluated from isothermal fatigue
data to describe the response of TMF for IN738LC. They observed a deviation between
the predicted and experimental material response for the cooling portion of the TMF
cycles. They attributed this deviation to the large inelastic strain that arises at high
temperature, which increases the resistance of the material to inelastic flow at low
temperatures.

Effect of Microstructure

The strength and hardening behaviours of IN738LC have been observed to vary
considerably with the size, distribution and morphology of gamma prime precipitates in
the material during isothermal tensile deformation [12]. The model, in its present form,
can be extended to describe the evolution of hysteresis loops of the material under fatigue
loading conditions, if the dependence of some parameters, e.g., 6o and H, on the cyclic
microstructure is properly described. Micrographs representative of the gamma prime
morphology of IN738LC (a) before and {b) after the out-of-phase TMF test are shown in
Fig. 6. The original microstructure consisted of a bimodal gamma prime distribution,
however it is clear from these figures that the fine secondary gamma prime has dissolved
and the primary precipitates have rounded and coarsened. The effect of fully reversed
uniaxial cyclic loading on the gamma prime morphology in nickel-base superalloys has
been widely documented in the literature, for example references [13-15]. Antolovich
[13] has reported dissolution of secondary precipitates, and coarsening of primary
precipitates in Rene 80 during isothermal fatigue, which resulted in a gradual softening of
the material. It has also been demonstrated that the coarsening kinetics in plastically
deformed materials is considerably higher than a material in its undeformed state [16].
Similar behaviour was observed in this investigation. The effect of gamma prime
morphological changes on the cumulative glide behaviour at 950°C is exemplified in Fig.
7, which suggests that the structural back stress progressively decrease as fatigue cycling
proceeds. This may necessitate an evolution equation governing the change in the
structural back stress as a function of temperature, cycle and deformation path (e.g., in-
phase or out-of-phase). However, insufficient information is available at present to
determine the relationship between the structural back stress and gamma prime
morphological changes.

FIG. 6—Gamma prime morphology aj before and b) afier OP-TMF 750-950°C testing.
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At this point, the present model only serves as a framework for modelling the entire
TMF history. Assuming that the parameters are constant for each fatigue cycle, the model
needs to be further supplemented with evolutionary equations for those parameters in a
general form such as

A _ fi(A Ao, T,X

AL Y 3O O AC,T, X)) (11
where X; represent any parameter that is likely to be in dependence upon the evolution of
the cyclic microstructure.
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FIG. 7—Evolution of cyclic peak, valley and mean stresses in IN738LC (coarse-
grain) under isothermal fatigue at 950°C.

Conclusions

1. A single constitutive equation has been derived, based on deformation kinetics,
for inelastic deformation during i) monotonic tension/compression, ii) isothermal
and iii) thermomechanical fatigue loading, which is expressed in the form of

e -a) (l-a exp_]Vy}?w/1+;{2 P
ze ¥ +b) \y+b L kT

v
¥ = (- Hy, 7o)

with the parameters defined in the context of Eq 6.
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As a first approximation, the model with parameters evaluated from isothermal
tensile tests provides adequate description of the material’s behaviour under
thermo-mechanical conditions. Especially, predictions for the peak stresses and
inelastic strain ranges are quite satisfactory.

For description of the entire cyclic deformation process, however, evolution of
the parameters with the cyclic deformation microstructure has to be considered.
Hypothetically, this can be accomplished by, firstly modeling the monotonic
stress-strain curve to get the fundamental constants of V and E, and initial values
of A, H and oy, and secondly evaluating A, H and oy, as a function of cycle
number, assuming that they are constant for each cycle. Evolutionary equations
for these parameters need to be derived based on the underlying physics
(dislocation multiplication, ¥’ coarsening, etc.).
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APPENDIX A

As stated in Section 2, inelastic deformation under constant strain rate loading condition
is described by the following set of equations:

7, = 2Asinh ¥ A1)
.V
Y =—(t—-Hy A2
KT (t—Hy,) (A2)
and
Y= i +7, = constant (A.3)
n
Substituting Eqs A.1 and A.3 into Eq A.2, we have
¥ = YR 9ad+ Hysinn (A.4)
kT n

Letu=¢ ", Eq A.4 can be integrated into the form
Uz . 2
ol 22 ) Vmiylex” (A5)
xu+b kT;

bl

where u; and u, correspond to arbitrary energy states W'y and ¥, respectively. The energy
state W assumes an initial value of zero, corresponding to the absolute yield surface.
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ABSTRACT: The deformation behavior of two extremely different nickel base alloys under
cyclic loading is reported and discussed with respect to the underlying micro-structural
mechanisms. One is a high strength cast single crystal alloy and the other is a wrought carbide
strengthened alloy with comparably low yield strength showing pronounced plasticity during
cyclic deformation. A procedure for modeling of the deformation behavior is described that take
this mechanism into account. It implies elastic deformation, yielding, and relaxation. For the low
strength alloy, cyclic hardening is additionally accounted for. The modeling procedure, the
evaluation of the necessary parameters from isothermal tests, and the predicted results for
isothermal and anisothermal loading are compared with experimental results.

KEYWORDS: thermal mechanical fatigue, TMF, low-cycle fatigue, LCF, nickel base alloy,
deformation behavior, cyclic hardening, relaxation, modeling, simulation, hysteresis loop

Introduction

Design of components for aeroengines, e.g., turbine blades, is based on the prediction
of the temperatures and stresses developed during service. An essential tool in that
procedure is the modeling of the deformation behavior. Modeling of deformation is
reported often in literature [1-10]. Constitutive models, like [1], formulate a
mathematical framework, which must be filled with adapted experimental results. Other
models are phenomenological descriptions, which concentrate and handle only the
special topics necessary for the specific task (e.g., [2]). Typically this modeling is done
on the basis of standard test results, which means it is mainly or totally based on
isothermal data. The procedure of prediction should be not too complex and time-
consuming, and it is of some advantage if the procedure has a physical basis, which helps
to understand the mechanisms involved. An excellent proof for the procedure applied in
this work is a comparison with test results that were evaluated under conditions that
consider all important boundary conditions endured under service. Additionally, a
possibility to measure the material’s response (e.g., temperatures and stresses) is quite
important. For the above-mentioned example design of turbine blades, it is important to
know the materials’ response to strain controlled anisothermal loading with heating and
cooling rates comparable to that under service. Strain controlled testing reflects the origin
of the main contribution to stress, which is the existence of thermal gradients, and which

! Dr. rer. nat. MTU Aero Engines GmbH, Dachauer Strafle 665, D-80995 Munich, Germany.
* Professor Dr. Ing. Fachhochschule Regensburg, University of Applied Sciences, Regensburg, Germany.
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cause the consequent thermal strains. Anisothermal testing also enables the interaction of
low temperature mechanisms (e.g., brittle cracking of intermetallic coating at
temperatures below DBTT) and high temperature mechanisms (e.g., high crack growth
rates at high temperature or relaxation). Such measurements are possible with the TMF
test. The aim of the work presented was to concentrate mainly on the prediction of TMF
loops from isothermal standard data with the intention of modeling the behavior with a
physical background. One reason is that a physical basis is helpful in handling
unexpected situations, e.g., how it will influence the TMF life if the microstructure is not
as expected. Additionally, it defines a broad base of common knowledge that correlates
with experience from other fields, e.g., if a calculation explicitly implies particle
strengthening, it is possible to estimate the influence of temperature on the strength by
correlation to the temperature-dependence of the size and density of particles.

Modeling of the behavior measured is not only a proof for the procedure, but also for
the standard isothermal data set if it is established under the right conditions, (e.g., one
will fail to predict the relaxation if the data set is based on the minimum creep rate
because primary creep is also an important contribution to relaxation). Such data sets
typically imply information of elastic deformation, yield strength, and UTS as well as
data for creep deformation. Additional information for cyclic deformation will be found
only for some percentage of blade materials.

The work presented describes a model to predict the deformation behavior of two
different nickel base alloys tested and modeled under loading conditions in which the
behaviors are mainly controlled by different deformation mechanisms. One is used in
moderate temperature regimes and shows pronounced cyclic hardening, and the other is
used at very high temperatures where relaxation is very important.

Experimental Details

The materials under investigation were two nickel base alloys. One is the first
generation single crystal alloy SRR99, and the other is the wrought alloy Haynes 230.

The chemical compositions are given in Table 1. The single crystal alloy has a small
amount of carbon and small widely dispersed carbides in the interdrendritic zones. The
relatively high strength is caused by a high volume fraction of cuboidal y‘-precipitates of
an approximate size of 0.5 pm. In contrast, the nickel base alloy Haynes 230 has a high
carbon content and a small Al -+ Ti content, which results in a higher amount of carbides
without any of the y ‘~precipitates in the matrix.

TABLE 1—Nominal chemical composition of SRR99 and HAYNES 230 alloys in
weight%.

Alloy Cr Co Ta Al Ti \ C Mo Fe
SRR99 8 5 3 5.5 2.2
Haynes230 22 5 0.3 14 1 0.1 2 3

The thermo-mechanical fatigue tests of the Haynes alloy were performed with a
specimen as shown in Fig.1, which has threaded ends and a rectangular cross section in
the gauge length, but with semicircular corners to avoid temperature and stress
concentrations. The flat cross section enables a high ratio of surface to volume, with
small dimensions normal to the surface. Due to this short distance in the direction of heat
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flow, the temperature gradients during induction heating and enforced air cooling can be
minimized. To prove that the remaining gradients are insignificant, the thermal strain
versus temperature is measured before starting the test and compared to the standard data
for thermal strain evaluated by dilatometric measurements.
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FIG. 1—a) Thermo-mechanical fatigue specimen (dimensions in mm); b) Thermo-
mechanical fatigue cycle.

Testing was performed in a servo-hydraulic rig under total strain control with an
extensometer of about 13 mm gauge length, which has ceramic rods and was attached to
the semicircular edges. To evaluate the thermal strain of the specimen, a pretest was
performed under load control to ensure that the stress equals zero with the same
temperature signal as applied during the subsequent test. The resulting strains were
measured as a function of the temperature. Two separate polynomial fits for the heating
and cooling branch of the strain were used as a representative for the thermal strain. To
calculate the control signal for the total strain, both signals (mechanical strain and
thermal strain) were added. Pt-PtRh-thermocouple wires were spot-welded separately to
the center of the gauge length to enable temperature control.

The applied cycle for mechanical strain versus temperature is shown in Fig. 15.

All testing of the SRR99 material and part of the Haynes 230 material was done at the
Institute for Advanced Materials at the JRC in Petten in different collaborative programs.
The testing rig is similar to the one described above. More details can be found in [11].

Deformation Modeling

In this model a superposition of three different physical deformation mechanisms is
acting during TMF loading. This is described as follows:

Elastic and Plastic Deformation

To calculate the material deformation behavior, both the temperature and mechanical
strain signals were defined as a function of time in increments. First the stress was
calculated from the mechanical strain with a Ramberg-Osgood formulation of the elasto-
plastic deformation behavior with respect to temperature (see Eq 1), which essentially
describes the mechanical strain as the sum of the elastic and the plastic part, with the
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latter being correlated to stress by a power law. Temperature dependence is described by
an Arrhenius relation for both the hardening exponent n and the inverse of the factor k
times E (Young’s modulus), where k is the divisor of the stress contribution to the plastic
strain.

%
. =<f_+(<_{) (1)
E \k
where:
k
7 = (Dy-exp(Q, /R-T)+ D -exp(0, / R T)) 0)
n=(4,-exp(Q, /R-T)+ 4, exp(Q,,/ R-T)) 3
k = Ramberg-Osgood parameter [MPa]
n = Ramberg-Osgood parameter [m/m]

D,, D, = material constants

A, A; = material constants [m/m]

Q,, Q; = activation energy for self-diffusion [J/mol]
R = universal gas constant, 8.31 [J/molK]

T = absolute Temperature {K]

Relaxation

Relaxation is described based on a threshold stress concept for the stress dependence,
which takes into account that plastic deformation during creep is confined to the matrix
and dislocations mostly circumvent the y ‘-precipitates. The strain rate is therefore
correlated to a reduced effective stress, which is the external stress o minus o, where oy,
summarizes all strengthening contribution, which reduces the external stress to that inner
effective stress forcing dislocation movement. The creep rate is thus given by [12,13].

2-tfo-o,)- 'exp[“f;ﬂ] @

where:

de/dt = strain rate [s']

A =material constant [MPa'1 s

o = externally applied stress [MPa]

o, = internal stress caused by particles and solution hardening [MPa]

n, = material constant

Qsp = activation energy for self-diffusion, here, Ni into the nickel based alloy [J/mol]
R = universal gas constant, 8.31 [J/molK]

T = absolute temperature [K]

Hardening

The experimental result for the single crystalline material SRR99 during TMF
loading does not show any hardening; therefore it was not necessary to take hardening
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into account. On the contrary, the Haynes 230 material exhibits strong hardening effects
generating stresses at least as high as the yield strength. To describe this hardening
behavior it seems useful to refer it to the underlying physical mechanism. Hardening is
the result of increasing dislocation density. At the yield point the material has a basic
strength, which is a superposition of solid solution hardening, particle strengthening,
initial dislocation density and the influence of grain boundaries with minor contributions
(e.g., Peierl’s force and friction forces). During plastic deformation, interaction of
dislocations with obstacles increases the dislocation density, resulting in increased
strength, which could be expressed via Eq 5:

o, =aMGb\/p ®)
where:
o, = internal increased stress caused by dislocation hardening [MPa]
o = interaction constant for dislocation hardening, 0.3
M = Taylor factor
G = Shear modulus [MPa]
p = dislocation density [m?]
b = Burger’s vector

Stress variations are thereby correlated to the square root of the variations in
dislocation density. Any variation in stress is based on dislocation interaction and thus
requires plastic deformation, assuming no changes in the other contributions. This
implies that an increase in stress should correlate to an accumulation of a corresponding
plastic strain. This leads to the following equation for hardening,

o,=a,+b, *ln(Zabs(Asp,)) (©6)
where:
o, =internal increased stress caused by dislocation hardening [MPa]
Agy = plastic strain range
ap,b, = material constants [MPa]

where the parameters a, and b, are functions of the plastic strain amplitude and the
temperature. As shown in Fig. 2 the constant a, is linearly correlated to the plastic strain
amplitude. More details can be found in the Evaluation of Model Parameters section of
this paper.

Superposition

The calculation sequence can be described as follows: Each hysteresis loop is
subdivided into several time increments (about 200) and for each single time increment
the following sequence is calculated:

For the first increment in the first loop the parameters of the Ramberg-Osgood
equation Eq 1 are evaluated from isothermal data.

1. In a first step strain, temperature and Young’s modulus are evaluated. Then, based on
Eq 1, the initial stress o, is calculated.
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2. The strain is checked if it is reversed. If so, a new Ramberg-Osgood parameter k is
calculated based on the correlation between plastic strain range achieved since the last
reversal and the stress.

3. In a second step the amount of hardening is evaluated from the difference in
accumulated plastic strain based on Eq 6, resulting in a stress difference due to
hardening Acy.

4. In a third step, the amount of relaxation corresponding to this stress o, + Aoy is
calculated based on Eq 4, leading to a stress decrease Ao,

5. In the fourth step the resultant stress is calculated from o, and the contribution from
hardening and relaxation.

6. The amount of plastic strain at the end of the time increment is calculated from total
(mechanical) strain and Young’s modulus.

The Ramberg-Osgood parameter n was calculated from the Arrhenius relation at the
beginning of the loop, but then is kept constant throughout the whole prediction.

Evaluation of the Model Parameters

The elastic constants E and G are given as a fourth order polynomial. The Ramberg-
Osgood parameters are fitted to a set of tensile test data for different temperatures.
Temperature dependence of both parameters is described by an Arrhenius relation for
both, the hardening exponent n and the inverse of the factor k times E (Young modulus),
where k is the divisor of the stress.

The creep data and the procedure of parameter evaluation for the single crystal alloy
SRR99 were taken from [13], which describes the experimental results and evaluation of
parameters of Eq 4. With Eq 4 it is possible to describe the minimum creep rate for a set
of different single crystal alloys as exemplified in [12].

For the material Haynes 230, the creep rate was evaluated by fitting the Eq 4 to a set
of constant strain rate tensile tests. The result conforms to different other creep data
evaluated in the program, but not used for the determination of the model parameters.

The description of the cyclic hardening was based on the results of the stress
evolution in isothermal LCF tests. Figure 2a shows the stress increase at the end of the
loop as a function of the accumulated plastic strain for different applied strain ranges in
strain controlled experiments.

In addition to the data points, a linear approximation as given by Eq 6 is shown. The
parameters a, and by, (axis intercept and slope) of the fit are both functions of temperature
and plastic strain range. The correlation to the plastic range is again linear, whereas the
temperature dependence shows comparable values at 300°C and 900°C, but a pronounced
maximum at 600°C, as exemplified in Fig. 25 for by; a, shows the same behavior.
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FIG. 2—a) Relationship between stress increase and accumulated plastic strain; b)
Relationship between b, and temperature.

Results

Single Crystal Results

Figure 3 shows the experimental results for the single crystal alloy SRR99 under
TMF loading tested with an upper strain of zero and a lower strain of ~1.0% (full lines).
In order to proof the model, one of the experiments with a high strain range was selected
from a couple of experimental results, as it was expected that all relevant micro-structural
mechanisms would be acting. For details of the strain / temperature path refer to Fig. 1b.
In addition to the experimental data (full lines), three different results of calculations
according to the above-mentioned model are shown (dashed lines).
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400 600 800 1000
Temperature (°C)

a)



22 THERMOMECHANICAL FATIGUE BEHAVIOR OF MATERIALS

-200

Stress (MPa)

k&
3

400 600 800 1000
Temperature (°C)

400 600 800 1000
Temperature (°C)

c)

FIG. 3—Comparison between the experimental data and the modeling result of
stress-temperature loops, during TMF for SRR99, with different parameter sets for
modeling relaxation: (full lines: experimental data, dashes/dotted lines: modeling
results). a) Model with minimum creep rate (dashed line); b) Model with primary creep
(dashed line); c) Model with primary creep (for two cycles) and minimum creep rate
(dashed line for three cycles).

The cycling starts at zero stress and at a temperature of about 350°C (slightly higher
than the aimed for 300°C). The control unit first decreases the strain under constant
temperature to the intended starting point of the loop, which is at a compressive strain of
—0.25% (corresponding to a stress of about —350 MPa). Then anisothermal cycling starts
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corresponding to Fig. 1h. Whereas the mechanical strain and the temperature now
de/increase linearly with time, the stress versus temperature as shown in Fig. 35 deviates
slightly from linearity according to the decrease of the Young’s modulus with
temperature and reaches a minimum of approximately —800 MPa at about 900°C, which
occurs at a slightly higher temperature than the intended peak value of the compressive
strain (eps = —1.0%). After reversal of the strain with further increasing temperature, a
strong increase in stress is observed until about 1050°C, when a stress of about —320 MPa
is measured and the temperature control changes from heating to cooling. Continuation
causes rising stress with slight non-linearity to the point of maximum stress (about 400
MPa) and maximum strain (eps = 0%) at about 480°C. Reversed straining and further
cooling until the end of the first loop, which is at 310°C and a stress of about 180 MPa
indicating a difference in stress of about 450 MPa as compared to the starting point of the
first cycle. This difference remains fairly constant while the strain decreases and stress
reaches its minimum of approximately —530 MPa. Whereas the stress was rising after
reversal of the strain from 800 MPa to ~320 Mpa, which is about 500 MPa in the first
cycle, in the second cycle the increase is from ~530 MPa to —260 Mpa, which differs by
270 MPa and is approximately half of the first cycle increase. Subsequent cycling
exhibits quite comparable behavior for the first, the second, and all following cycles. The
small remaining difference in stress between the cycles decreases with increasing cycle
number resulting in rising mean stress of each loop.

The main difference of the subsequent cycles as compared to the first cycle is the
stress increase concentrated in the temperature range between 900°C and 1050°C. The
strong temperature dependence indicates this pronounced stress change could be due to
relaxation at the peak temperature of the cycle. This behavior is typical for TMF testing
with —135° lag, as reported in several papers [11,14].

The modeling results as shown in Fig. 34-c are all calculated with the same Ramberg-
Osgood parameters for elastic and “immediate” plastic deformation. Additionally,
relaxation but no hardening is taken into account, as it was not observed in the test result.
The difference of Fig. 3a—c is only the data set used for calculating relaxation.

Figure 3a shows the described stress response of a single crystalline sample as
compared to the model results based on data for the minimum creep rate [13]. The
decreasing strain from zero to the starting point of the loop as shown in the experimental
results was not modeled. After reaching the strain and temperature of the real loop the
results from modeling and from the experiment are close to each other until a minimum
of —850 MPa in the stress is reached. During heating from 900°C to 1050°C the stress
increases but is less distinct than in the experiment, resulting in about 100 MPa lower
stress for the model. This difference remains fairly constant during further cycling.
Obviously, the measured relaxation in the first cycle is much more pronounced than the
calculated, indicating that the minimum creep rate which is often used as basis for life
prediction is unsatisfactorily low.

Figure 35 shows the same comparison, but takes (only) primary creep into account. In
this case the calculated data for the first and for the second cycle correspond satisfactorily
to the measured data up to 1050°C, but the modeling results show higher stress relaxation
for the following cycles as compared to the experimental data. Thus the difference
increases with increasing cycle number. This is not unexpected as primary creep causes
hardening leading to secondary creep (minimum creep rate). To account for this, the data
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set used was changed from primary creep to secondary creep in the model after two
cycles. As shown in Fig. 3¢, the result from the calculations corresponds to the
experimental in the first two cycles and overlaps for the third through fifth cycle.

Haynes 230

The results presented for the polycrystalline nickel base alloy Haynes 230 are of a
strain controlled LCF-test at 600°C and the an in-phase TMF-test conducted under
loading conditions at appreciable lower temperatures (Tmin = 300°C, Tyax = 850°C). The
isothermal LCF test was done at Turbomeca Bordes Cedex, and the TMF test was done at
the Institute of Advanced Materials of the Joint Research Center in Petten, in the
framework of a collaborative program.

Isothermal LCF

Experimental Results—Figure 4 shows the experimental results (full lines) for stress
versus strain in the first five cycles and in the loop where half of the cycles to failure
were achieved, respectively, for a strain-controlled LCF test at 600°C. The test was
performed under a high strain range of 1.26% under symmetric conditions. The test starts
at zero strain and after about 0.1% strain a pronounced yield point is observed with
subsequent serrated yielding at a stress of about 230 MPa with some hardening. After the
reversal of the strain, the material shows hardening after a smooth transition from elastic
to plastic deformation and again with less distinct serrated yielding. The deformation in
the following cycles is comparable, but with increasing stress at the strain limits clearly
indicating cyclic hardening. Reference to the second diagram that shows the deformation
behavior at half-life (538 cycles) exhibits stresses of about 600 MPa at the strain limits,
thus the contribution that is due to hardening is higher than the yield stress, which
emphasizes the importance of hardening to the deformation of that material.

Modeling Results—In Fig. 4a the results of the modeling are shown together with the
experimental data. The first cycle starts at zero but exhibits an earlier comparable smooth
transition to plastic deformation with subsequent higher hardening rate than the
experiment, thus ending with a maximum stress of 300 MPa, which is about 50 MPa
higher than in the experiment. After reversal of strain the measured stress path now
exhibits a smoother yielding and hardening resulting in a stress, which is close to but a
small percentage lower than, the modeling result. For the following cycles the path and
achieved stress of the modeling result correspond well to the experimental result.
Comparison of the results for the half-life cycle (Fig. 4b) exhibits a 20% lower prediction
of the stress level at the strain limits than measured, which is confirmed by a comparison
of the maximum and the minimum stresses of all cycles available from the experiment
with the modeling result not shown here.
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FIG. 4—Comparison between experimental data and modeling result of stress-strain
loops, during isothermal strain controlled LCF tests of Haynes 230 for a) the first five
cycles; b) cycle at half-life (538 cycles).

TMF

Experimental Results—Figure 5 shows the experimental resulits for stress versus strain
in the first cycle and in the loop where half of the cycles to failure were achieved (N =
88), of an in-phase loaded TMF-sample with the strain limits between 0.0 and 0.8%. The
stress starts at zero and increases up to 250 MPa, which is about the yield stress, and then
remains constant until the temperature reaches 850°C. After reversal of strain and
temperature, the stress decreases almost linearly to the compressive yield, (approximately
200 MPa), and reaches a compressive stress of about 330 MPa at the end of the first loop
due to hardening.

The loop at half-life starts at a compressive stress of —550 MPa, increases up to the
tensile yield, and reaches a pronounced maximum in stress of 420 MPa at a temperature
of about 770°C, again due to hardening. Then, softening can be observed, acquiring the
stress value of 330 MPa at maximum temperature. After reversal of strain and
temperature, the drop in the stress exhibits yielding under compression with a subsequent
hardening as in cycle number one but with a much steeper hardening rate reaching a
stress of 550 MPa at the end of the loop.

Modeling Results—Figure 5 shows additionally the model results in the first and in
the 80th loop under the same loading conditions as in the experiment. The deformation
behavior is as described above. The stress starts at zero and increases up to 220 MPa,
which is close to the yield stress. As a consequence of hardening and softening,
maximum and minimum stresses of 320 and 270 MPa, respectively, are reached at
maximum temperature. After reversal of strain and temperature, the stress decreases,
showing yielding and hardening up to a maximum compressive stress of 300 MPa at the
end of the first loop. In the following cycles (not shown in Fig. 5) the behavior is
comparable, but with an increasing hardening rate. Under tension, a pronounced
maximum stress is built up at a temperature of approximately 750°C, (which increases
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with ongoing cycling up to 450 MPa after 80 cycles) followed by a softening down to a
stress close to 300 MPa for the 80th cycle, whereas under compression, hardening
decreases the stress until the end of the loop, corresponding to a stress value of 600 MPa
for the 80th cycle.

A comparison of the loop shape between both modeling and experimental results
shows a clear similarity, whereas the predicted stresses are about 10% higher at the
maximum (tension) and fit satisfactorily at the minimum stress (compression).
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FIG. 5—Comparison between experimental data and modeling result of stress-strain
loops, during TMF of Haynes 230 for a) the first cycle; b) half lifetime.

Discussion

With respect to the model described above, formulations for both creep and hardening
are based on the effective stress concept, which takes the existence and evolution of
internal stresses into account and refers to the correlation of this stress with dislocation
density. Comparable descriptions are found in [3-5,8,10].

SRR 99

The comparison of the experimental results with the modeling results for the single
crystal alloy shows clearly that it is sufficient to model the elastic and plastic deformation
together with creep. Comparable conclusions can be found in [2]. But it emphasizes the
importance of the primary creep range. The best prediction was achieved with a rough
procedure by application of primary creep data for two cycles and than changing over to
minimum creep rate data. This was done to simulate the reality, which continuously
decreases the rate from the primary to secondary. It was successfully applied for strain
ranges between 0.8 and 1.2%, and it shows that it is necessary to describe the transition
from primary to secondary creep as a function of strain and temperature before
application to other strain ranges and materials.
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Since primary creep for nickel base single crystal alloys causes hardening, it led to
the lower minimum creep rate. This behavior indicates that the dislocation density is
increased during plastic deformation from the beginning, reaching a maximum in density
at the minimum creep rate. This in principle is the same mechanism as for the Haynes
material.

Haynes 230

The prediction of the polycrystalline alloy clearly shows the necessity to describe
cyclic hardening for the isothermal as well as for the anisothermal deformation behavior.
This was achieved by the assumption that it is caused by dislocation interaction
increasing the dislocation density and was thus correlated to the amount of plastic
deformation, which is the accumulated plastic strain in case of cyclic deformation. This
correlation is confirmed by the isothermal LCF results as documented in Fig. 4 and
results in good predictions of hysteresis loop evolution with a tendency to underestimate
the stress extremes by about 20% for longer life. The loop shapes predicted are quite
comparable to the measured shapes with the exception of bad similarity for the first loop.
The reason for this is based in the modeling procedure where the influence of hardening
or relaxation is calculated as a difference in stress with respect to the Ramberg-Osgood
description. The parameters k and n of each loop remain constant until the strain is
reversed, then k is updated to meet the last predicted stress at the corresponding strain. As
n, which controls the basic shape (without additional contributions of hardening and
relaxation), is constant throughout the test all predicted isothermal loop shapes are
similar, whereas the first cycle of the LCF experiment exhibits a shape which deviates
from all subsequent toops.

The hysterests loops of the TMF test exhibit a distinct maximum at 700°C, which is
enhanced with increasing cycle numbers in agreement with the simulation. This can be
explained as an interaction of the cycle dependent hardening and the temperature
dependent relaxation. So far, the model prediction is satisfactory. But a detailed
comparison of the extreme stresses as a function of the cycle number shows relatively
high hardening rates at the beginning of the tests and saturation or quite small hardening
at mid-life for the isothermal tests, the anisothermal tests, and the isothermal simulation,
whereas the predicted anisothermal simulation shows nearly constant hardening rates (not
shown here). This causes increasing deviation from the measurement with increasing
cycle numbers, which becomes important for the tests with lower strain ranges where the
number of cycles to failure is higher. As this is observed only by the simulation of the
TMF test, the difference is likely caused by the modeling procedure and not by a specific
influence of the anisothermal loading, e.g., the interaction of low and high temperature
mechanisms. One possible explanation might be that the description of hardening with a
logarithmic term (which can in principle reach infinity) is not sufficient and a more
elaborate description incorporating also strain and temperature controlled reduction of
dislocation density (softening) is necessary. Another argument is that the experimental
data used for evaluation of the parameters of hardening and for relaxation incorporate
both and are therefore an inappropriate basis for the evaluation of the modeling
parameters. A third hypothesis is that the assumption of hardening being solely controlled
by the evolution of dislocation density is insufficient. In some references [15,16] the
hardening of an alloy (IN 617), which shows comparable hardening and has also a high
carbon content, was mainly attributed to the changes in carbide size and distribution. The
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influence of temperature on the carbide distribution is expected to be thermally activated,
causing different distributions at different temperatures. This would influence the
contribution to particle strengthening and the hardening rate. The hardening rate is
reflected in the simulation by the constant n of the Ramberg-Osgood equation and is
changed during cyclic deformation controlled by the temperature dependent factor b, as
shown in Fig. 2. The value of b, is about the same for temperatures higher than 800°C
and less than 400°C but raised by about 50% at 600°C. This might indicate more favorite
—at least for H230—some interaction of carbon with the dislocations during movement,
thus causing higher hardening rate, than some change in particle distribution which
would influence mainly the yield strength and not the hardening rate.

It is not obvious which of the above-mentioned arguments is most important for the
unrealistic hardening of the simulation. The logarithmic hardening rules were
successfully applied for hardening, but the principal ability to harden up to infinity
clearly shows that it needs a limitation. It is thus intended to incorporate softening in the
evolution of dislocation density. Blum et al. [8,10] developed a more sophisticated
modeling of plastic deformation correlating plastic deformation with dislocation
structures and their evolution. It takes saturation into account, but the hardening rule used
was minorly suitable for the description of the measured LCF behavior. Nevertheless, it
exemplifies how to model saturation. When softening or saturation are embedded in the
modeling procedure, the necessity of further modification with respect to the above
mentioned hypotheses should be discussed.

Conclusions

Modeling of deformation under anisothermal loading has to account for elastic
deformation, plastic deformation, relaxation, and cyclic hardening.

Relaxation has to comprise primary, secondary, and the transition from primary to
secondary creep.

An interaction of consecutive incremental steps of hardening and relaxation and the
summation of the corresponding stresses (increases and decreases) was modeled. A more
sophisticated modeling should take into account the dislocation density reached after
hardening as a basis to define the starting point of the following relaxation step and vice
versa.

The presented model works well for isothermal and anisothermal loading up to a
limited number of cycles. For the Haynes 230 alloy with strong cyclic hardening, the
deviation between prediction and experiment becomes more and more important at a
number of cycles higher than some thousand, and a more refined modeling would be
recommended. No large deviations—even at high cycle numbers—were observed for the
single crystalline alloy, SRR99, which shows no strong cyclic hardening.
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ABSTRACT: The hysteresis loops obtained during thermomechanical fatigue testing of the
stainless steel 253 MA and the ODS alloy PM2000 have been analysed using a model taking
elastic, plastic, and creep deformation inte account. Data from previously performed creep and
tensile tests were used to determine the constants in the model. Hysteresis loops both from in-
phase and out-of-phase cycling were successfully reproduced. By integrating the fatigue and
creep damage along the hysteresis loops, the cyclic lifetimes of 253 MA were predicted.

KEYWORDS: thermomechanical fatigue, TMF, hysteresis loops, modelling, computer
simulations

During operation of high temperature plants such as gas turbines, temperature
variations expose the material to thermal strains. In particular, the strains appearing
during start-ups and shutdowns are frequently severe. After a sufficient number of cycles
thermal fatigue cracking can take place. The ideal way to study thermal fatigue is to
perform thermomechanical fatigue (TMF) tests, where both mechanical strain and
temperature are cycled. The specimens should be exposed to temperature and strain
cycles similar to those occurring in practice. This is unfortunately not always practical
because of the difference in time scale. The transfer of the results of TMF testing to the
more complex cycles that occur in service must be performed with the help of models.

Life prediction of TMF is challenging, since many damage mechanisms such as
cyclic plastic strain, creep and oxidation, and combinations of the two are involved. The
modelling in the literature has primarily been focused on low cycle fatigue (LCF), i.e.
strain cycling at constant temperature. Empirical LCF life prediction models have been
available for many years. Examples of such models are frequency modified damage,
strain-range-partitioning,  strain-energy-partitioning, and frequency  separation.
Overviews can be found in [1] and {2]. Each of these models involves the fitting of a
number of constants to the experimental data. The limitations of the empirical models are
particularly evident when they are applied to TMF with simultaneous temperature and
strain cycles. For example, the differences between LCF and in-phase and out-of-phase
TMF have been generally impossible to describe.
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An alternative approach is to model the stress-strain loops and then to integrate
the creep and fatigue damage that appears during the cycles. Creep and fatigue damage
has in this study been treated as superimposed effects. This approach has previously been
applied to LCF of soldered joints [3]. The purpose of the present paper is to apply such a
model to results obtained from LCF and TMF testing of the austenitic stainless steel
253 MA and also to some results for the oxide dispersion strengthened alloy PM2000.

Modelling

Cyclic Deformation

In a TMF or LCF test, the total mechanical strain rate can be described as a
superposition of strain rates obtained from elastic, plastic and creep strain as well as the
Bauschinger effect, Eq 1. The model does not consider thermal strain, since the test
controller compensates for it. The Bauschinger effect shows up as plastic deformation in
the unloading part of the loop, and hence as a strain component of the total strain,

d.
dey Gy | de, | dEy oy )

d  dt da dt dt
The elastic strain can be expressed as

dey _ 1do

= 2
dt E dt @

The plastic strain is obtained using the Kocks-Mecking {4] flow stress ~ strain
model as a basis. It takes the form

do o
——=—(0,-0) ®3)
de, 2

where G, is the maximum stress and © a constant. Eq 3 can be rewritten as

dep  2H(c) do

dt  o(s,, o) dt “®

where H(c) is the Heaviside step function, which vanishes for 6 < 0 and is unity for
o> 0. When the deformation direction is reversed (which happens twice each cycle),
plastic deformation starts at a lower stress level than in the virgin material. This is
referred to as the Bauschinger effect. The Kocks-Mecking model is used also for the
Bauschinger effect, but with a different start stress 6.

dep 2H(c-op) do

- )
dt  og(oyp—(c—op)) di
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op 1s given the same value as o in Eq 4. o,,5 is twice the value of o,,. The latter choice
1s made to take into account the reduced role of the Bauschinger effect in relation to that
of the “ordinary” plastic strain.
The creep strain rate &, is represented by the Norton equation
r

bor = Ayo"e’0 ©6)
where Ay , n and T are constants, and 7 is the temperature in Kelvin. The creep during
the cycling has a transient component, since the stress is continuously changing. This can
be interpreted as primary creep taking place in each cycle. To model the transient in the
creep rate an inverted omega model is used [5]. This implies that the creep rate decreases
exponentially with increasing strain. This approach has successfully been applied to low
alloy and 9 and 12 % Cr-steels [5]. Although the conventional omega model for tertiary
creep [6,7] works quite satisfactory for stainless steels [8], the inverted model does not
seem to have been used for this type of steel. The inverted omega model is introduced by
replacing the constant 4y in Eq 6 by the following expression at small creep strains. &,
defines the end of the primary creep range.

apr (1_’:”])
Anpr = Aye o Igcrl <Epr (7a)
ANpr =Ay tscr1 2¢ pr (7b)

As will be seen later the transient creep plays an insignificant role for PM2000
and the exact values of the constants in Eq 7 are not critical. Inserting Eqs 3—6 and 7a
into Eq 1 gives

T
ig’_qu 2H(o) do 2H(c-op) do

T. dg
i L+ Aypesi bs(c)"e0 =Tt (3a)
Fat oo, —0) di " oployg (oo di | erEn(0)abs(e) et ==,

Equation 6 for the creep strain rate has been modified to make it applicable also
to negative stresses. Equation 8a is valid in the tension going cycle. The corresponding
expression for the compression going part is

7
2H(— £
ldo , 2H(z0) do + 2H(c+op) do + ANprsign(G)abs(G)"eTO _ oot
Edt oo, +o)dt op(cup+(c+op)) dt dt

(8b)

The Bauschinger start stress 6 is assumed to be negative in Eqs 8a and 8b.
Fatigue Damage

According to the Coffin-Manson relation, the number of cycles to failure
initiation during LCF can be expressed as
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A
Nog = (:1% @ ©)

where 4 is a function of temperature and o is a constant. If a TMF test is evaluated, the
fatigue damage must be integrated during the whole stress—strain loop to include effects
from the varying temperature. If the principle of cumulative damage is assumed to apply,
the fatigue damage Dy, can be expressed as

1
Dyp=nf——o—ar (10)
st J]\’90(7181)1)

where m is the ratio between the strain generated by plastic deformation in each cycle and
twice the strain range. This parameter has been introduced because both fatigue and creep
damage occurs simultaneously, and only the part of the cycle where plastic deformation
is controlling the damage process should be taken into account.

Creep Damage

During LCF and TMF of stainless steels using cycles containing significant creep
portions the dominating creep damage mechanism is the formation of cavities and cracks
[9]. Cavities form at the grain boundaries. Those that are located perpendicular to the
stress direction have a strong tendency to grow. The creep damage D,,. can be defined in

terms of initiation and growth of creep cavities [10]
D,=8NF (1)

where N is the number of cavities and R the cavity radius. This damage formulation is,
for example, consistent with the mechanical damage model according to Cocks and
Ashby [11]. N and R can be expressed as a function of strain as [10,12]

N=C,s (12)
R=Ca” (13)

where Cy, Cp, v, and p are constants. v and p take values in the range 0.3-1 and 0.35-
0.75 for a number of materials. Combining Eqs 11-13 gives the following expression
[107:

D, =Cye, (14)

with the constant & in the range 1-1.5. §is not well known for stainless steels but the
creep damage is assumed to be proportional to the creep strain e.,.. The damage for in-

phase TMF takes the form
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Dy=0-1 | a (150)

fension

and for out-of-phase TMF the corresponding expression is

Dy =-0-7) | i—«fr (15b)

compr

where &, is the creep ductility (creep strain at rupture). The factor (1 - x) is introduced to
take the opening and closure of cavities into account [13,14]. If LCF is considered, a
factor ¢ has to be introduced to reflect the amouni of closure of cavities during the
compressive part of the LCF cycle. Equation 15a then takes the general form

I ﬂdt+ jﬂdt (16)

tenszon compr

where ¢ = 0 for TMF testing and y = 0 for LCF testing. The first integral in Eq 16 is
evaluated over the tension part of the loop and the second integral over the compression
part.

Experimental

The testing that forms the basis for the modelling in this paper has been
performed on two materials, namely the austenitic stainless steel 253 MA and the
mechanically alloyed oxide dispersion strengthened alloy PM2000. Reports on the testing
can be found in Refs. /5 and 76 and only a short description is included in the present
paper. Chemical composition of the materials can be found in Table 1.

TABLE 1—Chemical composition of the tested materials (wt%).
Material C N Cr Ni Si Ce Al Ti 0 Y-0;

PM2000 0.0065  0.0081 19.7 5.28 0.41 023 049
253 MA 0.086 0.152 2097 1098 1.70 0.038 0.0I13  0.007

In-phase TMF testing (TMF-IP), out-of-phase TMF testing (TMF-OP), and LCF
tests were performed for both materials. All tests were conducted under symmetrical (R =
-1) total (mechanical + thermal) strain control. The strain rates used for PM 2000 were
5-10% s for TMF and both 5-10° s™ and 7-10* s for LCF. For 253 MA 1-10° s
(TMF) and 2-10° s (LCF) were used. The temperature was cycled between 800 and
1200°C for PM2000 and between 500 and 1000°C for 253 MA. The specimens were
allowed to run to final failure and the number of cycles to 10 % load drop of linear
maximum tensile load, Ngo, was determined.

Prior to each TMF test the thermal strain versus temperature within the
investigated range was measured under a no-load condition. The temperature dependence
of the elastic modulus was also evaluated. For 253 MA, a first-degree equation was
sufficient and for PM2000 a second degree equation was used.
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E = —87T +198000 (253 MA) (7
E =-0.003372 -100.77 +192100  (PM2000) (18)

The temperature T is given in °C and the elastic modulus £ in MPa. This information was
then used to separate the plastic, thermal, and elastic parts of the total strain after testing.

Modelling Hysteresis Loops

To allow for modelling of the hysteresis loops using Eqs 8a and 8b, the included
constants have to be determined. For 253 MA the constants in Eq 4 were fitted to LCF
data obtained at 750°C [17]. The values chosen are 6y = 273 MPa, &,, = 274 Mpa, and

® = 1934. 6 and o, are assumed to vary with temperature in the same way as the elastic

constant (as observed in tensile tests), whereas o is kept independent of temperature. The
coefficient in the Bauchinger equation is chosen as 6,3 =2 x 274 MPa. G has been

chosen to make the Bauschinger effect start immediately on the reversal of the stress.
The creep contribution to the strain has been estimated by evaluating the creep
rates in uniaxial creep tests. For 253 MA the constants have been chosen as Ay =

1161033 1/s, n = 4.9, and Ty=24.8 K. The primary creep constants were chosen as a,,
= 1.61 and &, = 0.01, which corresponds to a maximum increase in creep rate by a factor

of 5. Since creep tests were not available for PM2000 at all the relevant temperatures, the
stationary creep stress level for LCF tests conducted at 1200°C was used to determine the
constants.

Applying the models in Eqgs 8a and 8b with the constants given above, hysteresis
loops for LCF, TMF-IP, and TMF-OP have been generated. Examples of analysis of
253 MA test loops are given in Figs. 1 and 2. As can be seen from the figures the model
follows the experimental data closely. If the in-phase loop in Fig. 1 is considered, the
various damage processes active in different parts of the loop can be identified. Starting
from the compression corner going clock-wise around the loop the first part is elastic
loading combined with a slight curvature due to the Bauschinger effect and the
temperature dependence of the elastic modulus. After the zero stress point has been
passed, ordinary plastic deformation sets in, followed by a gradual progression to creep
deformation as the temperature and stress rise towards the maximum.

However, while elastic and plastic deformation only changes slowly with
temperature, the creep saturation stress rapidly decreases at higher temperatures. At the
high end of the temperature curve the creep saturation stress becomes the dominant factor
and the stress decreases. This effect seems to be somewhat too pronounced for the model
when compared to the experiments, but the difference can be explained by the presence
of substructure in the material. During the plastic deformation a dislocation substructure
is formed in the material. The dislocations then give rise to a back-stress in the material
that reduces the creep rate until a sufficiently high temperature is reached and the
dislocations are recovered gradually. A time lag does, however, exist between this
recovery process and the prediction by Eq 8a, explaining the difference between the
model and the experimental results.
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After the maximum in tension has been reached there is an elastic unloading, but
since the stress at this point is low, it is relatively short. Afier the zero load level has been
passed the process is controlled by plastic deformation. The last part of the loop close to
the minimum temperature has the shape of an elevated temperature slow tensile test.
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FIG. 1—Stress versus strain during in-phase thermomechanical fatigue of
253 MA. The temperature range is 500-1000°C. The experimental data is shown as dots
and the model results as a line.
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FIG. 2-—Stress versus strain during out-of-phase thermo-mechanical fatigue of
253 MA. The temperature range is 500-1000°C. The experimental data is shown as dots
and the model resulls as a line.

The shape of an out-of-phase loop is shown in Fig. 2. It can be explained in a
similar manner as the in-phase loop and is essentially a mirror image of the former. Note
that the model follows the experimental data as closely in this case as in the case of the
in-phase loop, demonstrating that the model can describe the mechanisms involved.
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PM2000 behaves very differently from 253 MA under LCF, TMF-IP as well as
TMF-OP. In Fig. 3, a low cycle fatigue loop at 1200°C is illustrated. The loop has a
pronounced elastic loading/unloading followed by a totally creep dominated stationary
stress. The loop shows almost no plastic deformation or Bauschinger effect. The
observations and the model are fully consistent in this respect.

PM 2000 LCF 1200 C | * Experiment

— Model (

Stress [MPa]

Strain [%]
FIG. 3—Stress versus strain during low cycle fatigue of PM2000 at 1200°C. The
experimental data is shown as crosses and the model results as a line.

*x Experiment
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TM P-IP 800-1200 C

Stress [MPa]

Strain [% ]

FIG. 4—Stress versus strain during in~phase thermo-mechanical fatigue of
PM2000. The temperature range is 800-1200°C. The experimental data is shown as
crosses and the model results as a line.

Examples of TMF-loops for PM2000 are given in Figs. 4 and 5. In the in-phase
loop the stationary stress in the tensile part of the loop decreases with increasing strain.
In the out-of-phase loop the stationary stress in compressive part increases in the same
way with decreasing strain. This just illustrates how the stationary creep stress decreases
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with increasing temperature. Both the in-phase and the out-of-phase cycles can be
described almost completely by the model. As for 253 MA the same constants have been
used in the LCF, TMF-in-phase, and TMF-out-of-phase. The small deviation in the
stationary part of the cycles is likely to be due to the presence of substructure in the same
way as for 253 MA, which provides a memory effect from low to high temperatures.

!—x Experm ent] PM 2000 ™ F-OP 800-1200 C

—Model ]

Stress [MPa]

Strain [%]
FIG. 5—Stress versus strain during out-of-phase thermo-mechanical fatigue of
PM2000. The temperature range is 800-1200°C. The experimental data is shown as
crosses and the model results as a line.

As can be seen from the figures, the dependence on temperature of the elastic
modulus gives curved vertical parts of both the in-phase and the out-of-phase loops, see
Figs. 4 and 5. This curved behaviour is fully consistent with the model results.

Observed and Predicted Lifetimes

The results from the LCF and TMF testing of 253 MA are shown in Fig. 6. The
slope of the LCF curves is about the same at 25, 600, 750, and 1000°C. Hence o in Eq 9
can to a first approximation be given a temperature independent value (o = 1.64). Since
only data for a few temperatures are available, log(4) in Eq 9 is assumed to vary linearly
with temperature between the data points. The minimum in life around 750°C is
attributed to a reduction in the ductility due to the precipitation of carbides and nitrides at
this temperature [18]. Both TMF in-phase and out-of-phase cycling give shorter lives
than LCF.

For TMF the fatigue damage must be integrated around the stress—strain loops to
take into account the varying temperature. Assuming the principle of cumulative damage,
the fatigue damage Dyy is given by Eq 10. The integration is performed with a cyclic
temperature. The number of cycles to failure initiation Ny is given when the fatigue
damage has reached unity. The predicted lives corresponding to the in-phase TMF tests
taking only fatigue damage into account are included in Fig. 6. Evidently the LCF tests
from temperatures with a shorter life have a stronger influence on the TMF prediction
than those with a longer life.
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FIG. 6—Number of cycles to failure initiation for LCF results at 25, 600, 750,
and 1000°C and for TMF OP and IP cycled between 500 and 1000°C at different levels of
plastic strain range. TMF lives predicted from pure LCF damage are included in the
figure.

During cycling, fatigue and creep damage is formed. Stress range versus number
of cycles is shown in Fig. 7. After an initial transient there is an almost linear load drop
as a function of the number of cycles. This load drop is interpreted as the effect of
growing damage in the form of cavities and microcracks. For comparison, the expected
effect of the computed fatigue and creep damage in Egs 10 and 16 are included in the
figures. Evidently, the model can represent the observed damage quite well. After about
9000 cycles in Fig. 7, the stress versus cycle curve starts to drop steeply. This suggests
that rapid crack propagation, crack linkage, and eventually collapse take place.
Metallographical observations support this hypothesis [16]. Unfortunately no stress
versus cycle curves are available for the TMF tests, so it is not possible to analyse these
tests in this respect.
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45! . . L )
0 2000 4000 6000 8000 10000

Number of Cycles
FIG. 7—Maximum stress versus mumber of cycles at 1000°C. Total strain range
0.0052. Number of cycles to 10 % load drop Ny = 10120. The dash-dotted line is the

model results.
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FIG. 8—Number of cycles to failure for LCF results at 25, 600, 750, and 1000°C
and for TMF-OP and [P cycled between 500 and 1000°C at different levels of plastic
strain range. LCF and TMF lives predicted by taking both fatigue damage and creep
damage into account are shown.

With the help of Eqs 10 and 15, the number of cycles to the end of life can be
predicted. Some results are illustrated in Fig. 8. Predicted and observed number of cycles
to failures expressed as Ny are compared. The contributions to the total damage from

creep and fatigue damage are linearly added. For all the tests the creep damage gives the
largest contribution. It is two to three times larger than the fatigue damage. The predicted
LCF values are close to the experimental ones. The computed TMF lives lie in between
the in-phase and out-of-phase cycled specimens.

In deriving the predicted lives and the stress versus cycle curves, only two
constants have been fitted to the data. These two constants iy and o, cf. Eqs 15 and
16, describe the degree of cavity and crack closure during LCF and TMF testing
respectively. During LCF testing, the creep damage is reduced during the compressive
part of the cycles, where the deformation is mainly controlled by creep. For TMF, on the
other hand, the creep damage is generated at the high temperature end, and there 1s little
chance that there is sufficient creep in the reverse cycle to reduce the damage
significantly. However, instead it is assumed that the reverse plastic deformation gives
cavity and crack closure. This reduction is smaller than when the damage is reduced due
to creep straining. Very limited data exist in the literature on the degree of closure [9,13].

LCF and TMF results for PM2000 are presented in Fig. 9. For the specimens
machined along the main rolling direction, TMF-OP tests displayed only marginally
lower cyclic lifetimes than the LCF tests. TMF-IP had a similar behavior as a function of
strain as TMF-OP but with one order of magnitude shorter lifetime. A reduction of the
strain rate of the LCF test (LCF-slow, 5-107 s™) dramatically decreased the lifetime of
PM 2000. Furthermore, the resulting lifetime reduction increased with increasing strain
range. Thus, the tests that contained the most creep during the tensile part of the cycle
(TMF-IP and LCF-slow) resulted in shorter lifetimes than for TMF-OP and normal LCF.
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In Fig. 9, the results for some specimens taken from the plate along the secondary
rolling direction are displayed. The order between the different tests regarding the
lifetime is kept, that is in increasing life order LCF-slow, TMF-IP, and LCF. However,
the overall lifetimes of all these specimens are around one order of magnitude or more
shorter than for the specimens taken from the main rolling direction.

10.00
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FIG. 9—Plastic strain range versus number of cycles to 10 % load reduction for
PM 2000.

Conclusions

Low cycle fatigue and thermomechanical fatigue tests for an austenitic stainless
steel 253 MA and a ferritic oxide dispersion strengthened alloy PM2000 have been used
to enable comparison with model results for the deformation and failure life.

Hysteresis loops from low cycle fatigue, thermomechanical fatigue both in-phase
and out-of-phase, have successfully been modelied. The model includes contributions
from elastic deformation, plastic deformation, creep deformation from both transient
(primary) and stationary creep, as well as contributions from the Bauschinger effect. All
of these five processes were needed to make a successful model for the 253 MA loops,
while plastic and Bauschinger contributions were insignificant while modelling the
PM2000 loops.

By integrating the fatigue and creep damage around the hysteresis loops, cyclic
lives of 253 MA as well as maximum load-time curves were derived.
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ABSTRACT: The use of cast aluminum alloys for automotive components has greatly
increased in the past two decades due mainly to the lower density and increased thermal
conductivity of aluminum alloys as compared with cast iron. A unified constitutive model is
developed for the aluminum alloy Al319 under T7B thermal treatment. The model is based on
two state variables: the drag stress and the back stress. The constants for the model were
determined systematically from isothermal experiments and the capabilities of the constitutive
model were checked by comparing the simulations with isothermal and thermo-mechanical
experiments. The results show that the model provides successful simulations for the material
response over a broad range of temperatures and strain rates, including cyclic softening and
thermal recovery.

KEYWORDS: cast aluminum alloy, thermo-mechanical fatigue, high temperature, constitutive
modeling, cyclic behavior, stress-strain response

Introduction

The pursuit for higher efficiency in the automotive industry has caused an
increase in the operation temperature of several engine components. The temperature of
automotive cylinder heads in recent engines can reach peaks well above 200°C [1]. The
use of cast aluminum alloys to replace cast iron for these components has become a
reality and it is necessary to understand the behavior of these aluminum alloys under high
temperature loading conditions. Although some studies have been performed on the
physical metallurgy and processing of cast aluminum alloys [2-10], the description of the
mechanical behavior of these materials at high temperatures is not well established.

A correct description of the stress-strain response at high temperatures is a
prerequisite for any durability modeling at high temperatures. The stress-strain
descriptions adopted for room temperature studies are obviously not capable of handling
the creep-plasticity interactions and time or temperature dependent material changes at
high temperatures.

The objective of this study is to develop a model to predict the stress-strain
behavior over a broad range of temperatures. The availability of such a model is very
important to reduce product development time and cost, especially during the design
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stage, because of the complexity of the thermo-mechanical loading that is present in
engine blocks and heads.

The developed model predicts the stress response as a function of the applied
strain, temperature, and strain rate (frequency). It can predict stress relaxation, creep,
ratcheting under mean stress, and recovery effects at high temperatures. A systematic
non-iterative method for determining the material constants from isothermal constant
strain rate tests has been established and is described in details in this paper.

Material and Experimental Procedures

The alloy investigated presents an Al-Si-Cu microstructure and the nominal
chemical composition is given in Table I. It consists of a precipitate hardenable alloy,
where the primary strengthening phase is Al,Cu. The alloy is submitted to the T7B heat
treatment (solutionizing at 495°C for 8 h followed by precipitating at 260°C for 4 h)
before testing. This treatment produces an overaged microstructure that aims to confer
thermal stability to the component. The tensile properties obtained at room temperature
after the T7B treatment are given in Table 2.

TABLE 1—Nominal composition of AI319-T7B in weight percent.

Al Si Cu Mg Fe Mn Sr Ti
Bal. 735 332 022 078 024 003 013

TABLE 2—Room temperature properties of AI319-T7B.

Yield Strength (at 0.2%) Ultimate Strength Elongation
198 MPa 284 MPa 2.5%

This alloy is a secondary alloy (obtained by the re-melting of aluminum alloys),
which presents a higher iron (Fe) content as compared to a previously investigated alloy
[1]. Iron is an undesirable impurity, which decreases the feeding ability of the metal
during casting and can reduce the ductility and toughness through the formation of brittle
intermetallics.

The samples were prepared from a sand-cast wedge with a copper chill positioned
at the apex of the wedge. The wedge geometry results in different solidification rates,
based upon a similar principle of the varied-cooling rate castings used in an earlier
work [11]. This solidification control permits the machining of samples with controlled
secondary dendrite arm spacing (SDAS) sizes. All samples used in the present
investigation were taken from the region where the SDAS is between 15-30 pm. The
samples were machined with a diameter of 7.6 mm and a gage length of 25.4 mm. All
samples were polished longitudinally up to a 1200 sand paper prior to testing

The tests were performed at the High Temperature Materials Laboratory at the
University of Illinois using a computer-controlled servo hydraulic testing machine in
conjunction with a 15 kW induction heater. An optical pyrometer focused on the gage
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length of the specimen provided input to the temperature controller, which received a
command signal from the computer. The temperature gradient over the gage length was
minimized by the use of optimized induction coil geometry. The total strain was
measured over the gage length with a high temperature axial extensometer utilizing
quartz rods. Strain, force, and temperature were continuously acquired and stored by the
computer.

All isothermal and thermo-mechanical fatigue (TMF) experiments were
conducted in total strain control with a constant total strain rate. For the TMF tests, the
strain and temperature waveforms followed a triangular wave shape.

200 —

100 —

Stress (MPa)
|

-100 —

-200 = T T f T T T

-0.6 -04 -0.2 0.0 0.2 0.4 0.6
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FIG. 1—Incremental hysteresis loops obtained at 250°C for & =5 x 107 5.

Isothermal fatigue experiments at the following temperatures were performed:
20°C, 130°C, 250°C, and 300°C. All high temperature tests were performed under four
different strain rates: 5 x 10° s, 5 x 10% s, 5 x 10° s/, and 5 x 10° s™'. These tests
were performed in an incremental manner, where the strain range increased gradually
until it reached 1.0%. This experimental technique allows the determination of the stress-
strain behavior for different strain ranges with a single specimen per temperature level, as
showed in Fig. 1.

Some selected tests were performed on samples previously exposed to 300°C for
1, 10, and 100 h. These tests were used to determine evolution of the material strength
with time and temperature. Some other tests were performed up to the fracture of the
specimens. These tests were used for the determination of modification on the materials
properties under cyclic loading. All these tests and results are described in more details
later in this paper.
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Out-of-phase and in-phase thermo-mechanical fatigue experiments were
conducted to verify the validity of the constitutive model. It is important to emphasize
that these TMF tests were not used for the determination of the constants of the model.
These TMF experiments were performed between 100-300°C under fully reversed
mechanical strain ranges.

The Unified Constitutive Model

A unified model originally proposed by Slavik and Sehitoglu [12-14] has been
modified to describe the stress-strain behavior of the A1319-T7B alloy. In the unified
theory, the creep and plastic strains are combined as inelastic strain and the concept of
yield surface is replaced by a stress surface. Inelastic flow can occur either inside (creep
regime) or outside (plasticity regime) the stress surface. This model utilizes two state
variables to describe the stress surface: the back stress and the drag stress. The back
stress describes the directional pile-up at precipitates, grain boundaries, and other
obstacles, while the drag stress characterizes the material strength due to the number of
blocked dislocations and depends on the dislocations arrangement. In other words, the
back stress, a tensorial value, indicates the position of the center of the stress surface,
while the drag stress, a scalar value, represents the size (radius) of the stress surface.

The basic assumption of the model is that the inelastic strain rate is determined by
the current internal stress state and by the values of the two state variables. The
expression below, known as the flow rule, describes this relation:

Af( jS = M

where ég’ represents the inelastic strain rate, K is the drag stress, Sj is the deviatoric

back stress, is the deviatoric stress, and o is the effective stress defined as

1]

{ ( )T The term S —S,? describes the direction of inelastic strain
rate. The term A4 is a function of temperature and can be expressed as follows:
AH
A=A, exp[—-—J (2)
R(T +273)

where AH is the thermal activation energy, R is the universal gas constant, and the
coefficient 4, is a material constant,

The term /{}%J from Eq 1 is a scalar function described by a different expression

depending on the predominant deformation mechanism operative at a given stress state
and temperature. If the stress state is located inside the stress surface (E/K <1), the
inelastic strain rates are smaller and the deformation is mainly time dependent, as
typically observed in creep deformation. On the other hand, outside the stress surface
(E/K S 1), the material behavior is essentially rate insensitive and plasticity deformation
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mechanisms are predominant. These assumptions are introduced into the flow rule by the

expressions below:
G| 5
/{Bj [-I-(_J Jor (%J <1
=)=

A @

Equations 1-3 establish the flow rule completely. It i1s now necessary to
determine how the two state variables utilized in this model, the back stress and the drag
stress, evolve with time, temperature and number of cycles. The model assumes that both
state variables evolve throughout the deformation history in a recovery-hardening format
as:

8; = %ha(g,T)é;" ‘[’”,,D ((7,:‘:’_,-;",T)+rj((7, T)}Sijc @)

K =h (K,T)~r (K,T)+6(K,T)T %)
where S,]C is the deviatoric back stress rate, K is the drag stress rate, the term @ is the

. - ’3 ..
effective back stress defined as @ = ESf}:SUC , the term @ represents the variation of K,

(initial value of drag stress) with temperature 7 as f= OK/O’T’ T is the temperature

variation rate, /2, and /i, are the hardening functions, ;;ZD and ;;f are the dynamic and
static recovery functions, respectively, for the back stress, and 7, is the recovery function

for the drag stress. The expressions for each of these functions must be appropriately
chosen to fit the observed mechanical behavior for each particular alloy system.

Determination of the Constants for the Model

The Flow Rule

As stated before, the flow rule describes the inelastic strain rate as a function of
the material internal stress state and temperature. It reflects different deformation
mechanisms that lead to different strain rate sensitivity regimes. Therefore, to determine
the flow rule, isothermal fatigue experiments at different temperatures and strain rates are
needed. The unjaxial incremental fatigue tests results were used for this purpose. From
these experiments, the initial yield strength (0,) at a very small strain offset (0.005%)

was determined. This offset was intentionally chosen as very small to neglect the
variation of the back stress (Syc ~ 0), thus reducing the flow rule at that point to:
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o
- = n — (6)
A
exp H%) " 1} for (%] 1

The inelastic strain can be calculated from the expression below:

g

E(T)

in _ _mech

O

where E(T) is the modulus of elasticity as a function of temperature, o is the current
uniaxial stress, and £"" is the mechanical strain. The inelastic strain rate, £", is then
determined by the numerically derivative of the inelastic strain versus time at

£" =0.005 % . The experimental yield strength versus inelastic strain rate for all test
conditions is shown in Fig, 2.

To fit the flow rule to those experimental points, we first need to establish the
equation for the variation of the modulus of elasticity as a function of temperature, which
for this material is given by:

E=78500-50T (8)

where the units for £ and 7 are MPa and °C, respectively.
The initial drag stress as a function of temperature, K(T), can then be
determined assuming that K% (= constant [13,14]. Therefore, knowing that the drag

stress defines the transition from the creep deformation regime to the plasticity regime,
we now need to find this transition point for a given temperature. Based on the graph
showed on Fig. 2, the transition point could be determined at 250°C as K, =0, = 65 MPa

and £ =1x107* s, The expression for K (T is therefore given by:

K250
K(T)=" /- E(T)=77.31 - 00492 T ©)

Furthermore, when o, =K, it comes from Eq 6 that gm/A =1= 47 =1x10" s, which
allows us to determine the constant 4, from Eq 2 as being:

250
A

A=
( AH,
exp| —————
R(250+273)

J=1.87><10‘8 g (10)

where AH, = 2.33 % 10° J/mol and R = 8.3143 J/mol-°C. Finally, the coefficients n; = 8.5
and ny, =26 could be determined by curve fitting Eq 6 for both creep and plasticity
regimes, resuiting in the final flow rule, shown in its normalized form on Fig. 3.
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The Evolution of the Back Stress

From unidirectional loading, the effective back stress, @, can be measured
approximately as the current stress minus the material yield stress, o—o,. The
determination of the back stress hardening term, /,, can be achieved using the tests

performed with the highest strain rate used, 5 x 107 s, assuming that the recovery is
negligible at this condition. In this case, Eq 4 is reduced to the following expression for
uniaxial loading under constant temperature:

d =h,@E" (1)

The expression above can be rearranged to show that 4, :a% . The loading

8in
part of the first stress-inelastic strain loop at Ae™" = 1.0% was used to determine the
back stress hardening coefficients. Figure 4 plots the numerical derivative

a%z—:i" versus oo for the room temperature test. It can be noted that the exponential

equation below fits very well the observed behavior:

alexp{—[az(oco+0_t)]”3} if €"a20
h (@ = aexp{-[a0,-D]*} i £"a<0 (12)

a if €7-a<0 and @=aq,

where the coefficients a, a;, and a; are functions of temperature while the constant o,
represents the maximum expected value for the back stress at the lowest operating
temperature. The value adopted for o, is 180 MPa and the following set of equations
could represent well the variation of the coefficients aj, a; and a3 with temperature:

a =5.45x10°exp [3.074 x1073(T + 273)4.65]
a,=0.010 3
a,=0.9741exp[1.466 x107(T +273)" "]

The back stress recovery terms can be determined at high temperature from experiments
performed with slower strain rates. Based on experimental evidence, it is assumed that
the static recovery term of the back stress is small, 2 @,T)~0, and dynamic recovery
from I&D to be dominant. For the uniaxial case, Eq 4 can be written as follows:

[+3

d =h, (@,1)e" -7 (@.8".T)a&™ (14)



ENGLER-PINTO ET AL. ON AL319-T7B 53

3
800x10° 7
\ +
vt
\ +
\
600 +\\ +
\
E : "'\ £
E et +\ ++ N
cv 400 — + :»\
Tw o+
= AN
g N
+++++ﬁ+4i’*’++
200 4
+
ﬁ%m
0 i T T I | T
-150 -100 -50 0 50 100 150

o (MPa)
FIG. 4—Determination of the back stress hardening function at room temperature.

Then, for € > 0:

0 (a,gin,T): de” 1s)

where /(& T) is obtained from Eq 12 and _d@'a__ is the slope of the back stress versus

Elﬂ
ielastic strain curve for the tests where recovery exist. Figure 5 shows the effect of the

. dou .
strain rate on the — versus o curve for the tests performed at 250°C. The analysis of
5

the results reveals that the back stress recovery term 7~ can be expressed as a function of
the effective back stress &@ and the inelastic strain rate ™ as:

P =C(a) (£7) (16)

a

where the coefficients d and e were determined from the 250°C tests as being —0.5 and
~0.24, respectively. The influence of temperature is accounted for by the coefficient C,
which follows an exponential expression given by:

C=180.8exp[-1.546 x10™ (T'+273)**] (17)
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The Evolution of the Drag Stress

The initial drag stress, K,, was determined as described earlier. The evolution of
the drag stress within the fatigue cycles is a consequence of the modifications on the
microstructure due to alternating inelastic deformation (cyclic hardening or softening)

and to high temperature exposure (thermal recovery).
The last item in Eq 5 accounts for the effect of changing temperature on the initial

drag stress, 0 = é;{l The value for 0 is obtained directly by derivating Eq 9, which gives

8 =-0.0492 MPa/°C.
The hardening function of drag stress, 7, is determined by examining the cyclic

material response, which can produce cyclic hardening or softening to the stable state. It
can be expressed as:

h (K,T)=B, (K, ~K}E" (18)
where By is the drag stress hardening rate coefficient, K, is the drag stress at the
saturated state, and £ is the effective inelastic strain rate.

To determine the constants above, a test at high temperature and high strain rate is
needed, assuming that there is no thermal recovery for this test (r, = 0). The test
performed at 250°C/0.5 Hz with 0.5% strain range was chosen. The yield stress range
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(20y, defined for an inelastic strain offset of 0.010%) was determined for every cycle up
to the saturated cycle. The value of K for every cycle can be calculated by inverting Eq 1.

The saturated drag stress for this temperature is then obtained from the saturated
hysteresis loop, K. = 47 MPa. The value of K, for all other temperatures is determined
by assuming a linear variation of K, with temperature and no hardening at room
temperature (Ko = Ko):

Ky =78.88-0.128 T (19)

The hardening rate By can be obtained from the slope of the plot of lanm, -K |
versus the cumulative inelastic strain. As shown in Fig. 6, By = 0.3428 MPa/s. Previous
investigation on a similar alloy indicates that By is approximately independent of
temperature [1].

3.0+

T I . | T
0 1 2 3 4
Cumulative Inelastic Strain

FIG. 6—Determination of the drag stress hardening coefficient.

The recovery term 7, is given by:

rK(KBT):BR(K~Krec) (20)

where By is the drag stress recovery rate coefficient and K., is the fully recovered value
of drag stress for a given temperature.

In order to determine By and K,..(T), three specimens were pre-exposed to 300°C
for 1h, 10h, and 100 h, respectively. These specimens were then tested at room
temperature and the results compared with the hysteresis obtained from the virgin (as
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heat-treated) material. It was observed that exposing the material to high temperature
greatly decreases its yield strength. Using the same procedure described before for the
evaluation of the drag stress-hardening rate, the value of the drag stress for each of those
recovered samples could be determined. The drag stress recovery is plotted as a function
of the exposure time at 300°C on Fig. 7, together with the predicted recovery by the
developed constitutive model.

Assuming that the value of the drag stress after 100 h at 300°C corresponds
approximately to the fully recovered value and adopting a linear variation of K. with
temperature, the expression for K,.(T) could be determined, which is given below
(assuming that K. = K at room temperature):

K =81.00-0.234T 2n
809 ® Experiment
- - - Prediction
~®
_ 70 ‘
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2 60
S \
g
£ 5047\
)
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2 | '
= 40 \\
\
30 = ) s ~
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1 1 1 | T |
0 20 40 60 80 100 120

time (h)
FIG. 7—Drag stress recovery due to thermal exposure at 300°C.

The drag stress recovery coefficient can then be determined from the plot of (K-K.c) vs.
thermal exposure time, as shown on Fig. 8 (Bz = 3.0 x 10” MPa/s).

The temperature dependence of the different components of the drag stress is
summarized on Fig. 9, which clearly shows a pronounced decrease on the drag stress due
to either cyclic deformation or to thermal exposure. The same behavior was observed on
a similar alloy due to the coarsening of the precipitates [1,15].
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Stress-Strain Simulations

Isothermal Low-Cycle Fatigue

The capabilities of the constitutive model were first checked against critical
isothermal experiments. Simulations of stress-strain response for the Al 319-T7B alloy
during isothermal cycling at different temperature and high strain rate (5 x 10°s™) are
shown in Fig. 10. It can be noted that the model can account for the different
temperatures, predicting accurately the behavior of the alloy in the 20-300°C range.
These results confirm the validity of the flow rule as well as the back stress hardening
formulations used by the model. Another isothermal verification of the model is
presented in Fig. 11, which shows simulations of stress-strain response for the first cycles
at 250°C with different strain rate. It is observed that the model is also capable of
predicting the influence of the strain rate on the behavior of this alloy. In this case, the
flow rule and back stress recovery formulations are successfully validated.

300 -
200
100 —
£
g
v 04
5
=
@
-100 T
-200 —— experimental
- - - prediction
-300 f + T
-0.010 -0.005 0.000 0.005 0.010

Strain

FIG. 10—Experimental and predicted hysteresis for the tests performed at 5 x 1 0757,
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FIG. 11-—Experimental and predicted hysteresis loops for the tests performed at 250°C,

Thermo-mechanical Fatigue

Out-of-phase and in-phase thermo-mechanical fatigue tests were performed until
fracture for several strain ranges. The temperature variation for these tests was between
100-300°C with a constant temperature rate of 1.33°C/s, starting at the mean
temperature, 200°C. In the out-of-phase testing, the specimen is first heated to 300°C
while going into compression. It is then cooled to 100°C while loaded in tension, The
mechanical strain rate is dependent on the applied mechanical strain range, but it varied
between 1.33 x 10°s” and 5 x 10°s™. The in-phase test procedure is similar, but the
specimen is loaded into tension while heating and into compression while cooling.

The behavior of Al 319-T7B under thermo-mechanical fatigue can be observed in
Fig. 12 for all strain ranges investigated. It can be noted that out-of-phase develops a
tensile mean stress because the specimen is submitted to higher temperatures while in
compression. The shape of the hysteresis is also different in the tensile and compressive
part. This can be explained by the differences on the flow rule and on the back stress
evolution at different temperatures. In fact, as the temperature increases, both initial drag
stress and back stress hardening coefficient decrease, allowing the material to flow much
easier in compression than in tension, when the temperatures are lower.

The opposite trend can be observed for in-phase testing, when a compressive
mean stress is developed. It is noted, however, that this alloy behaves in a very similar
manner under tension and compression at high temperature. This can be seen by inverting
the hysteresis loop for the in-phase test and comparing it with the out-of-phase loop, as
shown in Fig. 12a. Figure 125 compares the stress-inelastic strain hysteresis for the out-
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of-phase and the inverted in-phase tests, confirming that the response of the material is
practically identical in both cases.
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FIG. 12—Hysteresis loops obtained from out-of-phase and in-phase TMF.
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A simulation of cyclic stress-strain behavior under out-of-phase TMF loading is
presented in Fig. 13 for a strain range of 1.0%. It is noted that the model predicts very
well not only the shape of the hysteresis, but also the evolution of the material’s behavior
after 300 cycles (which corresponds to 50% of the total fatigue life for this testing
condition). This indicates that the constitutive model, developed exclusively from
isothermal tests, is able to handle the interaction effects of simultaneously varying
temperature and strain. In addition, the model also predicted successfully the evolution of
the drag stress during the test, which is due to both cyclic softening and thermal recovery.
This confirms the validity of the drag stress hardening and recovery formulations used by
the model.

The model was also checked against a different thermo-mechanical fatigue test,
which was performed at Ford Research Laboratory [16] with the same alloy. This test
was performed between 50-250°C with a negative mean strain. The mechanical strain
range was 1.26% and the temperature rate was 1.11°C/s. The comparison between
experimental and predicted hysteresis loops for cycles 1 and 289 is presented in Fig. 14.
In this case, because of the lower temperatures, the recovery of the material’s properties
within cycling is much less pronounced than for the 100-300°C temperature range.
However, it is observed that the model can predict accurately the behavior of the alloy
under these conditions as well.

Finally, to summarize all results obtained from the 100-300°C TMF tests, the
stress range is plotted against the mechanical strain range on Fig. 15. The results of the
isothermal tests performed at 300°C and 0.5 Hz are also plotted.
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FIG. 13—~FExperimental and predicted hysteresis loops for ihe out-of-phase TMF
test performed between 100-300°C with a 1.0% mechanical strain range.
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Discussion

The unified model presented in this paper is a modification of a model previously
developed for other alloys [1,12-15]. It can be applied for both isothermal and thermo-
mechanical loading and is able to handle creep-plasticity interactions, including strain
rate effect, thermal recovery, and cyclic hardening or softening. All constants used in the
model were determined exclusively from isothermal experiments performed at different
temperatures and strain rates in a systematic non-iterative method, as described
previously in this paper.

The temperature range investigated was between room temperature and 300°C.
The material responses to both out-of-phase and in-phase loading are practically
identical, demonstrating that the strain-temperature phasing does not affect the
mechanical behavior of the alloy investigated.

The simulation of the 100-300°C thermo-mechanical stress-strain response for
Al 319 T7B predicts accurately the behavior of the material at the lower temperature part
of the cycle, while the stress response at high temperature is slightly overpredicted, as
observed on Fig. 13. On the other hand, the 50-250°C simulation, presented in Fig. 14,
shows a much better correlation for both high temperature (compressive) and low
temperature (tensile) parts of the cycle. The inelastic strain range, however, is correctly
predicted in all cases, which is very important for fatigue life modeling, as the low-cycle
fatigue damage is usually associated with a high inelastic strain range

Most of the constants used in the model are assumed to vary linearly with
temperature for the complete temperature range investigated. While this assumption
seems reasonable for temperatures up to 250°C, which corresponds to the maximum
expected service temperature for the engine cylinder heads, this might not be true for
higher temperatures. Therefore, further investigation of the material behavior above
250°C would be useful to clarify this issue and to refine the model for higher temperature
applications.

Summary

A two state variables unified constitutive model is applied to describe the stress-
strain response of Al 319-T7B alloy under thermo-mechanical loading. All material
constants used in the model were established from isothermal experiments. The
constitutive model can successfully handle different strain rates and thermo-mechanical
loadings.
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ABSTRACT: Four types of axial-torsional, thermomechanical fatigue experiments have been
performed on Haynes 188 superalloy: mechanically in-phase and thermally in-phase,
mechanically in-phase and thermally out-of-phase, mechanically out-of-phase and thermally in-
phase, and mechanically out-of-phase and thermally out-of-phase. In this study, representative
cyclic deformation behavior of the axial-torsional, thermomechanical experiments is presented
and compared with isothermal experiments performed at the two temperature extremes (316°C
and 760°C) of the thermal cycle. The evolution of c¢yclic hardening under axial-torsional,
thermomechanical conditions is also presented and compared with the corresponding isothermal
data.

KEYWORDS: thermomechanical, cyclic deformation, multiaxial, axial-torsional, and cobalt-
base superalloy

Introduction

As complex solid solution and precipitation hardened alloys are required to
endure higher temperatures and larger stress excursions in the latest generation gas
turbine engines, unanticipated interactions between the material chemistry and the
environment may occur that may not be revealed by conventional, isothermal, uniaxial
test methods. Stress state and thermal history can have a significant influence on the
deformation behavior and damage accumulation in these materials. Experimental
methods that more closely emulate the temperature and strain history encountered by gas
turbine components are necessary to determine if, and under what conditions, these
interactions are likely to occur.

Castelli and Rao [1], using solid cylindrical gage-section specimens, investigated
the cyclic deformation behavior of Haynes 188, a wrought cobalt-base superalloy, under
uniaxial, isothermal, and thermomechanical loading conditions. Thin-walled tubular
specimens were used by the authors to perform isothermal uniaxial, torsional, and
combined in- and out-of-phase axial-torsional fatigue studies on Haynes 188 at 316°C
and 760°C [2-4]. After these isothermal experiments were performed on the thin-walled
specimens, combined axial-torsional thermomechanical fatigue experiments were
undertaken [3,6].
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Aerospace Institute, respectively, NASA Glenn Research Center, 21000 Brookpark Rd., MS 49-7, Brook
Park, OH 44135.
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In the process of performing these strain-controlled fatigue studies on Haynes 188
under combined axial-torsional isothermal and thermomechanical loading, a significant
amount of deformation data was collected. This paper details the stress-strain behavior
and the cyclic stress evolution of Haynes 188 under a variety of axial-torsional,
thermomechanical loading conditions. The data presented here is in no way meant to
represent a comprehensive characterization of the multiaxial-thermomechanical
deformation behavior of Haynes 188. The test matrix would have been designed
differently if this were the primary goal. However, the data presented outline the complex
interactions among the various thermal and load driven deformation mechanisms in a
solid solution strengthened superalloy. Isothermal, cyclic axial-torsional deformation
behavior of Haynes 188 at 760°C was previously reported [7].

Material, Specimens, and Test Equipment

Wrought, solution-annealed bars (50.8 mm) of Haynes 188 were acquired from a
commercial vendor. The chemical composition of the superalloy in weight percent was as
follows: S <0.002; B : 0.002; P : 0.012; C: 0.10; Si : 0.40; La : 0.034; Mn : 0.75; Fe :
1.24; W : 13.95; Cr: 21.84; Ni : 22.43; and Co : Balance. Thin-walled tubular specimens
with inner and outer diameters of 22 and 26 mm in the uniform cylindrical gage section
(25 mm in length) were machined from the bar stock. The specimens were tested in an
axial-torsional servohydraulic test rig. Specimen heating was accomplished with a three-
coil induction heating fixture [§]. Additional details on the material, specimen
fabrication, and testing equipment are available in Ref. 3.

Experimental Details

Four types of combined axial-torsional, thermomechanical fatigue (AT-TMF)
experiments were performed with constant strain rate (triangular) waveforms. In Fig. 1,
the three control inputs for each of the four AT-TMF experiments are displayed
schematically. Mechanically in-phase (MIP) experiments were defined as those where
axial strain and shear strain maxima and minima occurred simultaneously, i.e., no phase
shift. Thermally in-phase (TIP) experiments were defined as those where the temperature
extrema coincided with the axial strain extrema. Mechanically out-of-phase (MOP)
experiments had the axial strain waveform leading the shear strain by 90° (shear strain
passed through zero when the axial strain reached an extrema). In contrast, thermally out-
of-phase (TOP) experiments were defined as those where the temperature minimum
coincided with the axial strain maximum; shifted 180° from the thermally in-phase
condition. Computer controlled induction heating was used to thermally cycle between
316 and 760°C, with a mean temperature of 538°C, for all the thermomechanical
experiments. All TMF experiments (axial, torsional, and combined axial-torsional) were
performed with cycle periods of 10 min/cycle under mechanical strain control; thermal
strains were dynamically accounted for in the total strain command waveform. The
strain-controlled isothermal experiments had cycle periods of 10 s. Therefore, the strain
rates in the isothermal experiments were 60 times higher than the TMF experiments.

Figure 1 illustrates the relative phasing of the axial strain, torsional (or shear)
strain, and temperature command inputs. In addition, Fig. 1 displays the implementation
of the initial shift in phase among the three waveforms. Four acronyms are used to refer
to each of the four AT-TMF experiments: MIPTIP (Mechanically In-Phase, Thermally
In-Phase), MIPTOP (Mechanically In-Phase, Thermally Out-of-Phase), MOPTIP
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(Mechanically Out-of-Phase, Thermally In-Phase), and MOPTOP (Mechanically Out-of-
Phase, Thermally Out-of-Phase). Additional details on the techniques used to perform the
AT-TMF experiments are available in Ref. 5. Table 1 shows the nominal conditions for
the experiments analyzed in this paper.
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FIG. 1—Schematic of axial and torsional strain and temperature command
waveforms for each of the AT-TMF experiments .
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TABLE 1—Fatigue test data analyzed in this investigation.

Test Type Axial Strain Shear Strain Mecha'nical Phase Therr.nal Phase
Range Ae [%] Range Ay [%] Shift ¢ [°] Shift 0 [°]

316°C MIP 0.8 1.4 0

760°C MIP 0.8 1.4 0

316°C MOP 0.8 14 90

760°C MOP 0.8 14 90
MIPTIP 0.8 1.4 0 0
MIPTOP 0.8 1.4 0 180
MOPTIP 0.8 14 90 0
MOPTOP 0.8 1.4 90 180

NOTE: Strain ranges and phase shifts are nominal values.

Observed Deformation Behavior
Hysteresis Loops

Plots of the observed stress-strain behavior of Haynes 188 are presented in
conventional hysteresis loops. The experimental data for the combined axial-torsional
experiments are presented in separate axial and torsional hysteresis loops. The point
where the maximum temperature occurred in each of the thermomechanical experiments
is indicated in these plots. To further illustrate the phasing of the control inputs and
material’s response, axial strain versus shear strain and axial stress versus shear stress
plots are also presented.

Mechanically In-Phase

Figures 2 and 3 show representative (50" cycle) axial and torsional hysteresis
loops (stress versus strain) for mechanically in-phase AT-TMF experiments (MIPTIP and
MIPTOP). For comparison, isothermal 760 and 316°C MIP experimental data are plotted.
In both the axial and torsional plots the 760 and 316°C loops display similar stress-strain
behavior. Some stress relaxation occurred, in both axial and torsional loops, in the AT-
TMF experiments at the high temperature (760°C) end of the thermal cycle. There was
essentially no relaxation in isothermal 760°C MIP experiments due to the substantially
higher strain rates. One can also see the expected asyminetry in the stress response in the
TMF experiments; e.g., higher stress magnitudes required to reach the strain peaks at the
low temperature (316°C) end of the thermal cycles.

Figure 4 shows the axial strain versus the shear strain for the mechanically in-phase
isothermal 316 and 760°C experiments and the MIPTIP and MIPTOP experiments. This
figure illustrates that all four experiments had essentially no phase lag between the axial
and shear strain control inputs. Figure 5 shows the axial stress versus the shear stress
recorded for same experiments. There is some hysteresis in this plot because the material
tends to have different flow behavior under axial and torsional loading. Although it is not
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particularly clear in Fig. 5, one can see the expected asymmetry in the stress peaks in the

TMF experiments.
800 ;
z i ;
600 J EOR T* [ »é,w e o s w.z‘,» e T Rt
400 A o e e e e _‘w e i o e
© ; { Y
o !
=, 200 dr o e o b o e
o i
o MIPTOP T,
7] :
= -200 -~«~ﬂw«\\s7~v
% i ;
< 400 - - —e— 316°C MIP |
, —O— 760°C MIP
! —wy— MIPTIP

;Y0

-800

- sz MIPTOP

! i
T

-0.006

-0.004 -0.002 0.000

Axial Strain, ¢

0.002 0.004 0.006

FIG. 2—Axial hysteresis loops for mechanically in-phase experiments.

Shear Stress, t [MPa]
(=)

COMIPTIPT,
100 4 SV S
;
_200 oo A AUUUUPIIS S
. —@— 316°C MIP
-300 : T —O— 760°C MIP [
: : ; ! : —w— MIPTIP
400 o e e e e e g MIPTOP
2500 : : A % ; : it
-0.008 -0.006 -0.004 -0.002 0.000 0.002 0.004 0.006 0.008

Shear Strain, vy

FIG. 3—Torsional hysteresis loops for mechanically in-phase experiments.



70 THERMOMECHANICAL FATIGUE BEHAVIOR OF MATERIALS

0.008 ; - : T 7
i i i t i

0.006 - — ;MN R e e
: i

0.004 - — ; ; JURE T SO

MIPTIP Tha

Shear Strain, v

") —@~ 316°C MIP [~
—O— 760°C MiP

4 —y— MIPTIP
—— MIPTOP

i
.

3
-0.008 + i — i
-0.006 -0.004 -0.002 0.000 0.002 0.004 0.006
Axial Strain, ¢
FIG. 4—Axial strain vs. shear strain for mechanically in-phase experiments.

500 : ; 7 7
! H ! i
] : : .
B00 e e e e s e V e e ] A,ﬁ T T J—
i i : i
300 o o o o e e o e e e
H i ] ;
0“3 200 o vome v im e o i o e ;
=3 x : 3 ,
i 100 S, .{M ettt WTA [N ,.z_» [,
o ol
[ VR o
2 I MIPTOP T 1
/2] j ; ;
— -100 _F,,. U ,E»m R .L.
© i !
[ : :
CJI:) 0 B e
! | | —e— 316°C MIP
~300 + ; ; —O— 760°C MIP |-
—y— MIPTIP
400 - —— MIPTOP
: |
-500 ! |

-800 -600 -400 -200 0 200 400 600 800
Axial Stress, ¢ [MPa]
FIG. 5—Axial stress versus shear stress for mechanically in-phase experiments.



BONACUSE AND KALLURI ON HAYNES 188 SUPERALLOY 71

Mechanically Out-of-Phase

Figures 6 and 7 show representative (50th cycle) axial and torsional hysteresis
loops for mechanically out-of-phase AT-TMF experiments (MOPTIP and MOPTOP).
Again, the isothermal 316 and 760°C isothermal MOP data are also presented. In contrast
to the mechanically in-phase experiments, the isothermal 760°C MOP response is
markedly different from the isothermal 316°C MOP response. At the 50th cycle, the
760°C isothermal specimen requires significantly lower stresses to reach the same strains
as the 316°C isothermal experiment. In the AT-TMF tests, the axial hysteresis loops
again show the expected asymmetry in stress at the hot and cold ends of the thermal cycle
in addition to the stress relaxation at the maximum temperature. In the mechanically out-
of-phase TMF experiments the asymmetry between the shear stress maxima and minima
are less pronounced because the shear strain peaks occur at the same temperature, 538°C,
due to a 90° phase shift from both the axial strain and temperature waveforms. All loops
show the characteristic inflection in the stress that occurs when the other imposed strain
reaches an extremum and changes loading direction.

Again these loops are somewhat distorted duc to the hardening in the axial
direction at the 316°C end of the cycle and the stress relaxation in the axial direction at
the 760°C end of the thermal cycle.
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Cyclic Stress Evolution

In Figs. 10-13 the maximum and minimum axial and shear stresses are plotted as
a function of cycle number.

Mechanically In-Phase

Figures 10 and 11 clearly show the asymmetry in the stress extremes in the TMF
experiments. As indicated earlier, at the 760°C end of the TMF cycle the material yields
at a lower stress than the 316°C end of the cycle. The TMF experiments exhibit
significantly more cyclic hardening than the isothermal experiments with a significant
portion of this extra hardening occurring at the lower temperature end of the TMF cycle.
This is particularly apparent in the axial plot (Fig. 10) where the 760°C end of the cycle
(maximum stress in the thermally in-phase and minimum stress in the thermally out-of-
phase) nearly parallels the isothermal experiments. This might be explained by the stress
relaxation that is observed in the TMF experiments at the high temperature end of the
cycle. Both the isothermal and TMF mechanically in-phase experiments seemed to have
noticeable change in the rates of cyclic hardening after a few hundred cycles.
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Mechanically Out-of-Phase

Figures 12 and 13 again show the increase in cyclic hardening under
thermomechanical loading over isothermal loading at 316 and 760°C. As in the
mechanically in-phase experiments, the axial data (Fig. 12) show that much of the
additional hardening in the axial direction seems to occur at the lower temperature end of
the TMF cycle. Since the peak shear strains in the mechanically out-of-phase experiments
occur at mean temperature of the thermal cycle (538°C), the shear data from these
experiments do not show the same asymmetry as axial data (Fig. 13).
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FIG. 12—Maximum and minimum axial stress evolution for mechanically out-of-
Pphase experiments.
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Stress Relaxation Under AT-TMF Loading

In the hysteresis loops, the dependence of stress on temperature is apparent. In these
strain-controlled experiments, as the temperature approaches the maximum in the cycle
(760°C), the stress reaches a maximum (or minimum) well before the strain peak. The
magnitude of the stress relaxation is dependent on both the type of cycle performed and
on the number of cycles accumulated. All the AT-TMF experiments show some stress
relaxation at the 760°C end of the cycle where a strain peak corresponds with the
maximum temperature. This includes both axial and torsional loops in the mechanically
in-phase experiments and the axial loops in the mechanically out-of-phase experiments.
As can be seen in Figs. 14 and 15, the magnitude of the stress relaxation evolves with
cycling. Figure 14 shows the evolution in the axial stress relaxation for the four AT-TMF
tests, Figure 15 shows the shear stress relaxation in the MIPTIP and MIPTOP
experiients, Because the shear strain peaks occur at the mean temperature (538°C) in the
mechanically out-of-phase tests, the torsional hysteresis loops do not show any
measurable stress relaxation. In all cases, the magnitude of the stress relaxation increases
in approximately the first hundred cycles and then either remains relatively constant or
begins to decrease. This corresponds with the change in hardening rate seen in the cyclic
stress plots (Figs. 10~13). There is some asymmetry between the amounts of relaxation in
tension and compression. The amount of relaxation in the thermally in-phase experiments
is larger than the thermally out-of-phase, suggesting that relaxation occurs more readily
in tension than in compression. The magnitude of this relaxation seems to be dependent
on the amount of cyclic hardening accumulated.
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FIG. 14—Magnitude of axial stress relaxation as a function of cycles in AT-TMF
experiments.
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Discussion

In the isothermal mechanically in-phase tests (Figs. 10 and 11), there is only a

small difference in the initial stress extrema between the 760 and 316°C in-phase
experiments. This difference nearly vanishes as, at 760°C, Haynes 188 hardens to failure
and at 316°C, the material cyclically softens somewhat after several hundred cycles
before a slight increase in hardening to failure. The “hump” in the hardening in the 316°C
isothermal experiments is more pronounced in the mechanically out-of-phase experiment
(Figs. 12 and 13). The isothermal experiments were performed with a cycle period of 10
s. This was 60 times faster than the TMF experiments (10 min cycle). Direct comparisons
between the isothermal and TMF experiments should take into account the additional
time available for stress relaxation to occur at the hot end of the TMF experiments.
Given the permutations performed in the fatigue tests, the effect of thermal cycling
between 316 and 760°C on the stress response of Haynes 188 can be obtained by
comparing the AT-TMF experiments with the isothermal experiments. Table 2 contains
the near half-life stress ranges and mean stresses of the isothermal experiments and the
AT-TMF experiments.

One can measure the additional hardening caused by mechanically out-of-phase
loading by comparing the measured axial and shear stress ranges with those of a
mechanically in-phase experiment, given that all are performed with the same imposed
axial and shear strain ranges. The difference determines the magnitude of the additional
hardening. The result of these comparisons is shown in Table 3. The 316 and 760°C
columns refer to the isothermal experiment used as the baseline for the additional
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hardening calculation. It should be noted, in the mechanically out-of-phase experiments,
that at any of the strain peaks the absolute value of a combination of the two imposed
strain components must always be less than that of an in-phase experiment (shear strain is
zero when the axial strain reaches an extreme and vice versa). Even though the combined
axial and shear strains at the peaks are lower in the out-of-phase.experiments, the axial
and shear stress ranges always exceed the corresponding values observed in the in-phase
experiments.
TABLE 2—Stress response at approximately half-life.
Axial Stress Axial Mean Shear Stress Shear Mean

Test Type Range Stress Range Stress N
Ac [MPa] op[MPa] At [MPa] 19 [MPa]
316°C MIP 690 5 382 -5 9448
760°C MIP 668 -2 377 0 910
316°C MOP 1018 -1 584 2 3410
760°C MOP 910 -10 544 0 1088
MIPTIP 892 -90 576 -34 282
MIPTOP 949 77 593 42 569
MOPTIP 1297 -149 883 -6 270
MOPTOP 1217 149 824 16 1004
TABLE 3—Stress range comparisons.
Axial Torsion
Aoi-Ac, [MPa] Ati-At, {MPa]
Test 1 Test 2 316°C 760°C  316°C  760°C

Additional Hardening from Out-of-Phase Mechanical Cycling
Isothermal Isothermal

MOP MIP 328 242 202 167
Additional Hardening from Thermal Cycling

MIPTIP Isothermal

MIP 202 224 194 199
MIPTOP  Isothermal

MIP 259 281 211 216
MOPTIP  Isothermal

MOP 279 387 299 339
MOPTOP  Isothermal '

MOP 199 307 240 280

Additional Hardening from Combined Out-of-Phase Mechanical
and Thermal Cycling

MOPTIP  Isothermal

MIP 607 629 501 506
MOPTOP  Isothermal 527 549 442 447

Mip
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The effect of in- and out-of-phase thermal cycling on cyclic hardening behavior
can also be determined by similarly subtracting the isothermal mechanically in- and out-
of-phase stress ranges from the mechanically identical AT-TMF experiments. The results
of these calculations are also shown in Table 3. In spite of the stress relaxation that
occurs in the 10-min cycle, AT-TMF experiments, the stress ranges are still higher, under
TMF, than the 10-s cycle, isothermal experiments. Given the greater stress relaxation
when the maximum temperature occurs at the maximum axial strain (Fig. 14), it is not
surprising that the MIPTIP experiments show less additional hardening then the
MIPTOP.

To determine if the additional hardening encountered in both out-of-phase
mechanical loading and thermomechanical loading are additive, one can compare the
MOPTIP and MOPTOP experiments with the isothermal mechanically in-phase
experiments. This should give some measure of the combined effect of both out-of-phase
mechanical loading and thermomechanical loading. Again, this result is shown in Table 3.

The individually measured effects of out-of-phase mechanical loading (calculated by
comparing isothermal mechanically in- and out-of-phase experiments) and
thermomechanical loading (comparing isothermal and thermomechanical tests with the
same mechanical loading) can then be summed to see how they compare with observed
combined effect. Figure 16 graphically shows the measured effect of combined thermal
cycling and out-of-phase mechanical loading compared with the individually measured
effects. The calculated additional hardening for Fig. 16 used 760°C isothermal MIP
experiment as the baseline. It is clear that the mechanisms that contribute to the
mechanical and thermal cyclic hardening interact synergistically.
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FIG. 16—Comparison of additional hardening due to combined out-of-phase
mechanical loading and thermal cycling with the individually measured effects (760°C
MIP experiment used as baseline).
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Summary

Cyclic deformation behavior of a wrought cobalt-base superalloy, Haynes 188,

tested under isothermal and thermomechanical axial-torsional loading conditions was
examined. The following are the main findings of this study:

1.

2.

Haynes 188 exhibits a varied stress response under the different combinations of
axial-torsional, mechanical, and thermal cycling considered in this study.

Cyclic hardening induced by out-of-phase mechanical and thermomechanical
loading indicates that multiple deformation mechanisms actively contribute to the
hardening process.

The deformation mechanisms that lead to additional hardening under out-of-phase
mechanical loading and thermomechanical cycling appear to interact
synergistically.
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ABSTRACT: The mechanical behavior of thermal barrier coated (TBC) systems under the
influence of combined thermal and mechanical cyclic loading has been studied using a prototype
experimental configuration that simulates realistically the operational conditions within a gas
turbine. This study has demonstrated that the failure mechanisms of TBC systems under
thermomechanical fatigue (TMF) conditions depend on the range of applied mechanical strain
and on the phase angle between thermal and mechanical loading. The results highlight the
importance of proper design of TMF experiments so that the failure mechanisms activated and
studied during the experiments are the mechanisms responsible for the failure of TBC systems
under service conditions.

KEYWORDS: thermomechanical fatigue (TMF), thermal barrier coatings (TBC), fracture,
platinum aluminides, overlay coatings, MAR-M 509, CMSX-4

Introduction

Developments in gas turbines for electricity generation and aircraft propulsion follow
the trend for increased thermal efficiency that may result in a reduction of the specific
fuel consumption with direct environmental and economic benefits. The increase in the
operational temperature of a turbine, called turbine inlet temperature, is the simplest and
most efficient way to increase thermal efficiency. However, this increase in turbine inlet
temperature is limited by the capability of materials used in the first stages of the turbine
to retain their mechanical properties and their reliability in a very demanding corrosive
environment at high temperatures. The increase in turbine inlet temperature was initially
achieved by microstructural modifications of the alloys used (introduction of
directionally solidified and single crystal alloys) and with the implementation of
advanced cooling systems. More recently, thermal barrier coatings (TBCs) are used
successfully to likely permit a further increase in the operational temperature of gas
turbines [1-4].

A TBC system (or simply TBC) consists of: (i) the ceramic topcoat that provides

! Scientific officer, European Commission, DG-JRC, Institute for Energy, 1755 ZG Petten, The
Netherlands.

2 Retired scientific officer, European Commission, DG-JRC, Institute for Energy, The
Netherlands.
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thermal insulation; (ii) the metallic substrate, typically a superalloy; (iii) a bond coat that
prevents high temperature oxidation and hot corrosion of the substrate and enhances the
bonding between the topcoat and the substrate; and (iv) a thermally grown oxide (TGO),
a few microns thick, typically Al,Os, that forms between the bond coat and the topcoat.
Two different families of bond coats are used: diffusion-type coatings, with a general
composition B-NiAl, and overlay coatings with composition MCrAlY (M = Ni, Co, Ni +
Co). The ceramic topcoat is made of ZrO, that contains 6-8%Y,0; as a stabilizer for the
crystal structure of the coating. The ceramic topcoat can be deposited either by plasma
spray (PS) or by electron beam-physical vapor deposition (EB-PVD). Typical
microstructures are shown in Fig, 1.
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FIG. 1—Typical microstructures of: (a) a TBC system; (b) topcoats deposited by EB-
PVD; and (c) PS.

During the operation of a gas turbine, the blades and vanes of the first stages of the
turbine are subjected to cyclic thermal and mechanical loads. As a result, their reliability
is limited by thermomechanical fatigue (TMF). TBCs are utilized nowadays primarily to
increase the durability of the protected components by decreasing their operating
temperature. However, TBCs operating at the “prime reliant” mode (that keeps the bulk
temperature of the component unchanged, permitting the increase of the combustion
temperatute and thus the efficiency of the gas turbine) have not yet been designed
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successfully. This demanding operating mode requires a comprehensive understanding of
the TMF behavior of the coated systems since TBC performance is essential for the
integrity of the coated component. TBC failure can be manifested, but not always, by
spallation of the topcoat, being the result of several damaging mechanisms, Failure has
been shown to be predominantly initiated at the bond coat - topcoat interface region. For
PS TBC coated systems, investigators have demonstrated that failure initiates either in
the TGO [5,6], or in the topcoat, but at close distance to the interface with the TGO [7-
9). These initiation cracks coalesce and propagate within the topcoat paralle! to the
interface, causing spallation after the application of compressive loads on the coated
system. On the other hand, EB-PVD coatings fail by cracking either along the TGO -
bond coat or the TGO - topcoat interface {8,10-12]. This subtle difference in failure
mechanisms is primarily attributed to the dissimilarities in the microstructure of the
topcoat: PS coatings are porous due to processing with a relatively uniform distribution

of microcracks that weaken their fracture toughness (= 0.5 MPavm ) [13]. EB-PVD
coatings consist of loosely interconnected columnar grains, usually oriented normal to the
coating-substrate interface. As a result, the EB-PVD coating is more strain-tolerant in
directions perpendicular to the columns and thus more resistant to crack growth
compared with the PS coatings. Another significant difference between the two systems
is the morphology of the bond coat - topcoat interface: in PS systems, adhesion is
mechanical, ensured by means of a rough interface that promotes layer interlocking but
also amplifies the magnitude of stresses in the coating [14], while in EB-PVD coatings,
mterfacial adhesion is chemical and interfaces are relatively smooth.

The wealth of underlying mechanisms, the variability of the coatings’ quality, the
difficulties in characterizing TBC systems and the lack of testing protocols for TBCs
have limited the success towards a mechanism-based lifing methodology. Thus, testing
under near-service conditions is needed to assess durability and enable damage
observations that can distinguish among potential faiture mechanisms. Despite the
importance of this issue, to our knowledge, only a few independent investigations have
been published, reflecting most likely the difficulties in performing such experiments
[15-19]. For example, very high cooling and heating rates are required (~100K/min) as
well as the establishment of a realistic temperature profile across the cross section of the
sample, where the ceramic topcoat is at a higher temperature than the metallic substrate
during heating.

This work presents an experimental approach adopted for assessing the TBC behavior
and life under TMF testing. A specially designed TMF rig that allows for a realistic
thermal gradient across the TBC system, enabling the simulation of a near-service
thermomechanical-loading environment, has been developed and validated. Using this
setup, TMF tests have been conducted on a number of TBC systems with commercially
applied coatings, deposited by PS or by EB-PVD. The observed damage mechanisms are
discussed based on the imposed TMF cycles and on the interaction between the coating
and the substrate, obtaining valuable information for further improvements of the design
of TMF experiments.

Experimental Setup

Cylindrical hollow specimens (inner diameter 6 mm, outer diameter 10 mm, straight
section 18 mm) were machined from a polycrystalline MAR-M 509 Co-based superalloy
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and from two different single crystal Ni-based superalloys (CMSX-4 and a second
generation superalloy, referred to as A in the following discussion) that were used as
substrates, see Fig. 2. The external surfaces of the substrates were industrially coated
either with a Pt-modified diffusion coating (55 pm thick) or with a NiCoCrAlY overlay
bond coat (200 um) and finally with a topcoat deposited either by PS or EB-PVD. The
corresponding thicknesses for the topcoats were 100 um and 300 pm for the EB-PVD
and for the PS coatings respectively.
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FIG. 2—Specimen drawing (all dimensions are in mm).

Tests were performed in a servo-hydraulic universal testing machine. The
temperature was controlled by means of a thermocouple located at the inner surface of
the sample, at its mid-length. Strain was measured by means of a longitudinal
extensometer, with its rods spanning a gauge length of 9 mm. The load was measured
with a 100 kN load cell. For simplicity, the stress was calculated using the sample cross
section including the bond coat and topcoat. The testing machine and the high frequency
generator used for induction heating were both controlled by a computer. Elongation,
load, temperature and cycle time were digitally recorded at a rate of 1 Hz.

Various cycles were used where the mechanical strain was either in phase with the
thermal strain or with a phase difference of 180° with period times from 1200-3000 s.
Where deemed necessary, more complex cycles were used, as discussed below. Tests
were performed within a range of mechanical strain ranges of 0.3-1.0 % and with
minimum and maximum temperatures of 120°C and 1050°C, respectively.

Prior to each TMF test, the apparent elastic modulus of the TBC system was
determined for each sample as a function of temperature by subjecting the sample within
its elastic regime to a load-controlled triangular cycle (=3 kN, 0.05 Hz). From the stress—
strain response, the elastic modulus was determined at different substrate temperatures
within the temperature range of the imposed cycle. Subsequently, the thermal strain,
Emerm, Was determined for each sample as a function of time within temperature cycles
under zero mechanical load. The mechanical control parameter for the TMF test was the
mechanical strain, £,.., calculated by subtracting the time-dependent thermal strain from
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the measured total strain, & :

&g & &

mech — Cwot — ©therm

In order to reduce the expected lifetime of the samples to an acceptable testing time
of less than one month, the mechanical strain range is generally enhanced compared with
the in-service load during TMF testing. The mechanical strain ranges applied in our tests
were up to 5-fold of typical in-service loads.

Fractographic analysis was performed in the tested samples in order to identify the
crack initiation sites and the crack propagation paths across the TBC system. Polished
cross sections of selected samples, cut parallel to the loading direction, were also
observed under scanning electron microscope and analyzed by means of X-ray
microanalysis. The metallographic specimen preparation followed a procedure, which has
been developed to ensure that artifacts from preparation are avoided. This method
includes embedding the specimen in an epoxy before cutting, and reproducible
mechanical cutting and polishing procedures. The microstructure of the as-received
material was also investigated by the same procedure.

Heating Methodology

To identify the optimum heating method that could generate a realistic temperature
profile across the sample, various methods were investigated without success, including
resistance heating, lamp heating and induction heating. Resistance furnace heating, using
SiC heating elements, proved to yield very low heating and cooling rates. Lamp furnaces
were evaluated due to their cleanliness and their documented potential for rapid heating,
However, given the low absorption of zirconia, it is often customary to apply Fe,Os-based
paints on the ceramic surface to enable their heating by medium powered lamps. Not
knowing whether these paints react chemically with the TBC at high temperatures, their use
was excluded from this study. Despite the non-use of paint, it was possible to heat the TBC
system and achieve the desired temperature profiles with specially designed lamp furnaces.
However, the fast cycling between very high and relatively low temperatures required for the
TMF tests create very harsh operating conditions for the lamp bulbs; for two different lamp
furnace systems tested and employing the aforementioned specimen design and geometry,
the average lifetime of the bulbs proved to be far below the expected lifetime of the samples.

These problems were overcome by induction heating, which proved to have the capacity
for reliable, long-term temperature cycling with sufficient heating and cooling rates.
However, as shown in Fig. 3, using conventional direct induction heating, the temperature at
the topcoat surface is considerably lower than the temperature of the substrate, since the
electromagnetic flux from the induction coil interacts with the metallic substrate and not with
the topcoat. Following this approach, the topcoat is heated by the substrate via conduction,
resulting in a temperature profile that is inverse to that experienced in-service by components
coated with TBCs, and therefore is not appropriate. This shortcoming was overcome by
placing a cylindrical metallic susceptor, made of a commercial Fe-Cr-Al alloy,
concentrically around the sample (Fig. 4). In this set-up, the susceptor is heated by the
induction coil. Eventually, the sample is heated via radiation and convection from the
susceptor. Being next to the susceptor, the temperature at the topcoat surface is higher than
that of the substrate (Fig. 3), thus yielding the desired temperature gradient.
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Unfortunately, the indirect heating with a susceptor has drawbacks, as heating and
cooling rates are smaller compared to direct heating. The maximum controlled heating
rate obtained was about 5 K/s. Fastest cooling was achieved by switching off the
induction heating where the substrate temperature drops from 950°C down to 130°C
within 10 min. No attempts were made to use forced air-cooling in the tests. Furthermore,
the indirect heating usually results in small temperature undulations during heating, about
+5-15°C depending on the target temperature, but always less than 3 %. In combination
with the slow cooling at temperatures below 300°C this causes a deviation of the
experimental result of the mechanical strain/temperature curve from the target curve as
was observed in these experiments.
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FIG. 3—Comparison of the substrate FIG. 4—Image of the heating set-up,
temperature during a temperature cycle with the where the sample is heated indirectly by
temperature al the fopcoat surface, applying the induction coil via the susceptor.
direct and indirect induction heating.

Results

Influence of the Range of the Applied Mechanical Strain

A characteristic downfall of TMF tests is their long duration. A typical approach for
TBC manufacturers, when testing the reliability of TBC coatings, is to subject the coated
specimens to an enhanced mechanical or thermal strain range, typically several times the
nominally experienced in-service range, in order to minimize the duration of each test.

In a series of experiments, coated specimens were subjected to thermomechanical
cycle loading (see Fig. 5). In order to identify any possible influence of the applied
mechanical strain range on the mechanisms that lead TBC systems to failure, tests were
performed at two different levels of mechanical strain range, five times and three times
the nominal strain range. Samples were machined from the Ni-based single crystal
superalloy referred to as A, and were industrially coated with the overlay coating. The
ceramic topcoat was applied by PS or by EB-PVD [19].
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FIG. 5—Loading conditions: Profiles of (i) the inner (inside surface of the metal
substrate) and (ii) outer (surface of ceramic fopcoat) specimen temperatures during the
TMEF cycle, and (iii) the fotal strain imposed on the samples.

No significant differences in the number of cycles to failure (~400) and in failure
mode were found for the two different systems (PS and EB-PVD) after testing under the
highest applied mechanical strain. In PS coated specimens, a number of cracks developed
perpendicular to the loading direction starting at the topcoat - bond coat interface and
growing into the bond coat (Fig. 6a). It should be noted that these cracks almost always
started at asperities arising from the interface roughness, namely at the concave parts of
the interface. Crack flanks were oxidized, indicating that crack growth started early
during TMF testing and continued throughout the test. These cracks eventually
penetrated into the substrate and led the TMF specimens to failure. Delamination and/or
spallation were not observed in tested samples. The TMF tests of specimens coated by
EB-PVD, when tested with the higher mechanical strain, showed very similar failure
behavior. Although the interface between the topcoat and the bond coat was noticeably
smoother than for PS coated samples, cracks started growing from the topcoat-bond coat
interface towards and into the substrate (Fig. 6b). Under this type of loading, crack
initiation seems to be connected to inhomogeneities at the bond coat - topcoat interface.
These inhomogeneities contain Al and Cr rich oxides, probably also in the form of
spinels. Thus, the failure of both specimens has to be attributed to the cracking of the
bond coat under thermomechanical loading, initiated at the bond coat - topcoat interface
whereas delamination and spallation of the coating were absent. The TMF testing of EB-
PVD coated specimens with reduced mechanical strain showed no cracking in the bond
coat after 1200 cycles but a delamination of the topcoat, located at the TGO / bond coat
interface over an extended area (Fig. 7).
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FIG. 7—Center of delamination of the topcoat from the bond coat in the EB-PVD
coated specimen tested with low mechanical strain.

The results of the few TMF tests may point out that two different failure mechanisms
can be active depending on the magnitude of the applied mechanical strain for the given
thermomechanical cycle and TBC system. For the higher strain, life is limited by bond
coat cracking. Cracks initiate at the bond coat - topcoat interface and propagate
perpendicular to the loading direction driven by tensile axial stresses in the bond coat.
Finite element analysis has shown that although the magnitude of axial stress in the bond
coat does not vary significantly along the rough interface, the axial stresses developing in
the TGO can vary in magnitude, but more importantly in sign, so that, while axial
stresses in the TGO are compressive at convex regions of the interface due to residual
stresses, at the concave they become tensile [14]. Since it has been shown that the TGO
has a weak layered microstructure that contains several microcracks {6] it may be
assumed that the TGO is weak in tension and therefore fails with the application of
tensile loads. Therefore, based on these arguments, it can be concluded that the cracks
observed in the bond coat have initiated within the TGO. This conclusion is verified by
the observation that such cracks initiate at concave surfaces, the only locations where
axial tensile stresses develop in the TGO [14]. In the EB-PVD coated samples, the
density of the cracks observed in the bond coat is significantly reduced, compared with
that in the PS specimens, Nevertheless, the life of these two specimens was statistically
identical indicating that life to failure was not controlled by crack initiation but by
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propagation of a single major crack. The difference in crack population between PS and
EB-PVD coatings justifies the previous statement that cracks initiate in the TGO by
tensile axial stresses. High tensile axial stresses develop in every concave surface of a
rough interface in PS TBC systems that lead to the initiation of multiple cracks. These
stresses have a much smaller magnitude during cycling when the interface is smooth in
EB-PVD coated systems, however, combined with a local interfacial defect they can lead
to the initiation of sparse cracks.

Reducing the applied mechanical strain, the peak tensile stresses in the TGO and
bond coat become smaller, apparently below the failure stress of these materials,
suppressing cracking in the bond coat. Eliminating cracking in the bond coat as failure
mode, delamination occurs at higher cycle numbers as a result of degradation of the
interface by enhanced oxidation and growth of the TGO, as observed upon sectioning the
specimens tested with the lower mechanical loading.

Phase Angle Effects

To study the phase angle effects on the failure mechanisms, linear in-phase (IP) and
out-of-phase (OOP) TMF cycles between mechanical strains, &y, of 0 % and 0.5 %
and between substrate temperatures of 400°C and 1050°C were applied. The period of the
TMF cycle was 20 min with heating and cooling rates of 110 K/min and a dwell at
maximum temperature for 10 min at constant mechanical strain [20].

The mechanical response of CMSX-4 samples coated with a Pt-modified diffusion
aluminide coating and an EB-PVD TBC coating is shown in Fig. 8. During IP TMF
cycling, the maximum compressive stress developed at the lowest temperature while the
stress was negligible at the highest temperature of the cycle. Therefore, no significant
inelastic deformation was expected in this type of TMF cycle. Only elastic deformation
was observed with a stress response remaining unchanged for all cycles. The IP TMF test
was stopped after 2000 cycles (~28 days). No obvious damage on the TBC surface was
macroscopically observed. OOP testing with maximum compressive mechanical loading
at maximum temperature led to severe inelastic deformation during the first cycle, see
Fig. 8. For higher cycle numbers, less inelastic deformation occurred. However, as shown
in Fig. 8, the curves of the stress response were shified upwards with cycle number,
reflecting the cyclic accumulation of inelastic compressive deformation. It is reminded
that tests were performed under strain control.

Microstructural examination of the cross section of IP samples revealed considerable
microstructural damage along the topcoat-TGO-bond coat interfaces, Fig. 9. The TGO
thickness had grown from 0.5-1.0 pm prior to testing to 3-3.5 um and appeared to be
severely cracked: separations, primarily at the topcoat-TGO interface, with lengths up to
! mm were observed. In addition, voids were formed in the bond coat at the interface
with the TGO, the walls of which were also covered with TGO. Notably, there were sites
where small-scale delamination at the TGO - bond coat interface was observed, whereas
often delamination cracks at the topcoat-TGO interface had left the interface and entered
into the topcoat.
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Failure of OOP tested specimens was manifested either by detachment of the topcoat,
by a significant drop of the maximum tensile stress, or by fracture. In all samples tested,
fatigue cracks were observed, initiated at both surfaces of the specimen. The cracks that
were visible from the coated surface of the samples nucleated at defects within the bond
coat, at pores located next to the inter-diffusion zone. As a result of the high density of
these defects, the bond coat was heavily fragmented. Under the action of the stress
applied, these cracks propagated into the topcoat that ultimately led to the local
detachment of the topcoat from the bond coat, probably during the ultimate fracture of
the specimen (Fig. 10). In Fig. 10 it is also shown that such cracks may also propagate
into the substrate.

While the density of the cracks from the inner unprotected surface of the substrate
was significantly lower than that of the coated surface, the former cracks were life
determining. Although delamination cracks were observed in all samples, in the IP tested
sample, the topcoat did not spall. In contrast, in the OOP-tested samples, the TBC was
found detached from the bond coat. This detachment was induced either by the plastic
deformation ahead of a fatigue crack approaching the coated surface from the internal
bored surface of the specimen (Fig. 11) or from the severe fragmentation of the bond coat
that caused the segmentation of the topcoat in conjunction with the bending moments or
the shock loading during the ultimate failure of the sample, as shown in Fig. 10.
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In conclusion, it can be stated that in OOP tests, life was determined by a fatal fatigue
crack emanating from the uncoated internal surface of the specimen, while cracks
developed in the bond coat as well as delamination associated with the TGO were not
lifetime controlling. Nevertheless, if fatigue cracking of the substrate could be inhibited,
then failure would be induced by cracks emanating from the defects in the bond coat,
highlighting the importance of the coating deposition methodology. Concerning the less
severe loading conditions of the IP-TMF test, which was interrupted prior to failure after
2000 cycles, significant microstructural degradation of the TGO and of the bond coat
owing to buckling and delamination at low temperature and void growth and oxide scale
formation at high temperature was observed. By this thermal fatigue process,
considerable damage accumulates, which is presumed to ultimately induce failure of the
TBC system by spallation.

Influence of Substrate Microstructure

During the validation of the experimental setup, TMF tests were also performed in
samples of MAR-M 509 substrate, with an overlay coating and a PS topcoat [21]. The
TMF cycle applied in that study had a period of 3000 s. During the cycle the controlled
substrate temperature was increased within 1100 s from 120 to 950°C, held at that
temperature for 600 s and decreased within 1000 s down to 120°C (Fig. 12). At the end of
each cycle a dwell time of 300 s at 120°C was applied. The TMF tests were carried out in
three different mechanical strain ranges, A€mech = Emax - Emin, Namely 0.50 %, 0.85 %, and
1.00 %. Irrespective of the applied mechanical strain range during testing, failure analysis
showed similar results for all samples. The samples failed within the gauge length, with
the fracture surface oriented perpendicular to the loading axis. The fracture surfaces of
the substrate revealed the presence of semi-elliptical features located at the inner
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(uncoated) surface of the samples. These features are the oxidized crack flanks, which
according to their size must have developed over a long period of time (several cycles) of
the TMF test. The flanks of these cracks were smooth (marked as A in Fig. 13),
indicating transgranular fracture, while the fracture surface outside the oxidized flanks
was rough, revealing the dendritic microstructure of the substrate (B in Fig. 13). Finally,
at the center of the semi-elliptical cracks, microstructural inhomogeneities were very
frequently observed that have acted as the crack nucleation sites (see inset of Fig. 13).

Such surface cracks were detected throughout the inner surface of the substrate,
invariably oriented perpendicular to the loading axis, although the density of these cracks
decreased at distances away from the center of the gauge length, i.e., at locations where
lower temperatures were applied during testing. While the examination revealed the
presence of cracks at the coated side of the substrate, similar to the cracks observed at the
uncoated inner surface, the crack density at the protected outer surface of the substrate
was lower than the crack density at the inner surface. Furthermore, examination of
polished cross sections in a sample tested at the same mechanical strain but subjected to
only 90 cycles, revealed the presence of cracks only at the uncoated inner surface of the
substrate (up to 350 pm in length). This indicates that the cracks at the inner surface form
first, while the cracks at the protected surface develop at a later stage of testing.

The initiation of these surface cracks in the substrate is related with the presence of
secondary phases, more specifically to MC-type carbides. For MAR-M 509 it is well
established that the crack nucleation sites and preferred propagation paths are MC-type
carbides [22]. The cracks propagate through the carbides, or along the carbide-matrix
interface. It is interesting to note that carbides were fragmented even at locations ahead
of the crack tip while the orientation of such carbide microcracks is not always
perpendicular to the loading axis. These observations suggest brittle carbide fracture
under the influence of the stress field ahead of the propagating crack (Fig. 14). Therefore,
a crack grows by coalescence of microcracks developed in the carbides.

Finally, our analysis showed that the topcoat is rather damage tolerant, because
transverse cracks were only rarely detected within the topcoat, despite tensile straining of
the TBC system during cycling. It is interesting to note that these cracks did not penetrate
into the bond coat but either stopped or were deflected upon reaching the topcoat-bond
coat interface.

Based on these observations, the following failure mechanism is put forward. During
loading at high temperatures, carbides at the free surface of the substrate in the inner part
of the specimens oxidize and fragment under the influence of the applied tensile
mechanical strain. These fragmented carbides act as crack initiation sites. Oxygen
penetrates the cracks promoting further oxidation ahead of the crack tip. It is important to
note that all of the crack initiation sites are located at the exposed surface of the substrate.
The presence of the coating delays crack initiation and/or decelerates crack growth at the
protected surface of the substrate, demonstrating the efficiency of the coating. In
conclusion, the failure of the specimens is due to oxidation, crack nucleation and growth
at the carbides at the inner, unprotected surface of the specimens.
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FIG. 13—Fracture surface at the inner
surface of a sample tested until failure
with A&pecn = 0.50 %, exhibiting an
oxidized semi-elliptical crack flank.
The detail inset shows that the fracture
has started at an  inhomogenity
(brighter contrast). The transgranular
Jfracture surface is indicated by A and

FIG. 14—Longitudinal section of a sample
TMF tested for 90 cycles with Agpeer = 0.85 %.
The oxidized cracks, perpendicular to the
mechanical loading direction and to the inner
sample surface, are following the morphology
of MC carbides. Small cracks also develop
inside the MC carbides, even ahead of the
main crack tip, a possible result of the stress

the interdendritic fracture surface by B.  field ahead of the crack tip (arrow).



96 THERMOMECHANICAL FATIGUE BEHAVIOR OF MATERIALS

Closure

This investigation has demonstrated that there is a plethora of damage mechanisms
that can be activated during TMF testing of TBC systems, highlighting the importance of
selecting the proper testing conditions in order to activate and study those mechanisms
that are responsible for the failure of TBCs in service. Furthermore, it has been
demonstrated that it is difficult to simulate loading conditions that lead exclusively to
spallation. The importance of the applied mechanical strain range and the phase angle has
been highlighted for the investigated systems. A high mechanical strain range and out-of-
phase loading are the least likely conditions to promote failure by delamination.
Although there is strong evidence that spallation can result from in-phase loading when a
small mechanical strain range is applied, the duration of such tests is too long to be
practical. It must also be noted that, the substrate’s performance, although usually
neglected in related studies, may also play an important role as it can be the weakest
component in a TBC system, as was demonstrated in our study using the MAR-M509
alloy as substrate.
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ABSTRACT: This paper presents an investigation of the damage mechanisms in protective
coatings deposited on a single crystal superalloy, under TMF (thermo-mechanical fatigue)
loading conditions. This includes an aluminide coating called C1A and a Thermal Barrier
Coating (TBC). Different TMF cycles are used to assess the coating resistance in both cases and
respective damage mechanisms are reported. TMF cycles derived from real service conditions
prove to be better testing methods for coating resistance as compared to standard cyclic
oxidation tests without mechanical loading. Implications for lifing procedures are tentatively
discussed from the results of this investigation.

KEYWORDS: aluminide coatings, thermal barrier coatings, thermo-mechanical fatigue

Introduction

Blades and vanes in acroengines as in land-based gas turbines are usually
protected against oxidation and corrosion using aluminide coatings deposited by CVD
technique or overlay MCrAlY coatings deposited by plasma — spray [1]. The presence of
these coatings is often ignored in component design. Thermal barrier coatings (TBC) are
used in advanced turbines to increase the turbine entry temperature when the temperature
capability of the alloy comes to a limit. In this case coating integrity is a key issue in the
life of component: coating spallation results in a large temperature increase in alloy
substrate, which is detrimental for the overall component integrity.

Coating resistance is usually assessed using oxidation or cyclic oxidation tests on
different kinds of specimens. Under service conditions however, coatings are
experiencing cyclic oxidation under stress (due to centrifugal load) as well as thermal
transients. Thermo-mechanical creep — fatigue using hold times under load is especially
appropriate to assess damage of coated systems under realistic conditions. The present
paper reports such an investigation using a single crystal superalloy AM1 used by
SNECMA [2]. Two types of coatings were studied under different loading conditions:
first, an aluminide coating, which is part of an-going work and second, a TBC, which was
investigated in a thesis work completed three years ago [3].
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Materials and Experimental Procedure
Material and Coatings

AM1 is a single crystal superalloy used for HPT (High Pressure Turbine) blades
of SNECMA aircraft engines. Its chemical composition is given in Table 1.

Table 1—Chemical composition (in Wt. %) of AMI.
Ni Co Cr Mo W Ta Al Ti C Fe S
Min bal 6 7 1,8 5 75 51 1 3ppm
Max bal. 7 8 22 6 85 55 14 001 02

At first, the C1A coating is elaborated by a chromium deposition and then a
Nickel Aluminide (NiAl) deposition on the substrate's surface, through Chemical Vapour
Deposition (CVD) process. After going through suitable heat treatments, the coating in
its final state is composed of two distinct layers, as shown in Fig. 1.

NiAl

AMI1 Substrate

FIG. 1—SEM image using Back Scattered Electrons, of a polished section of C14
coating on AMI substrate.

The external layer is of Nickel Aluminide (NiAl) in the form of (dark gray) B
phase of fcc (face centered cubic) structure; whereas the internal layer contains
precipitates rich in chromium, cobalt, molybdenum, titanium and tungsten.

The Thermal Barrier Coating is manufactured by electron beam physical vapor
deposition (EBPVD) of yttria partly stabilized zirconia on a platinum modified nickel
aluminide bondcoat. The chemical composition of the bondcoat is fairly similar to that of
the C1A coating except for the presence of platinum [4]. The external layer near zirconia
is B (NiAI) phase and the internal layer near substrate is a mixture of B (NiAl) phase and
precipitates, which are enriched in heavy elements coming from the substrate. Platinum-
modified aluminide coatings have an enhanced resistance to oxidation and corrosion, but
the presence of platinum-rich precipitates lowers their ductility. EBPVD confers a well-
known columnar structure to the partly stabilized zirconia that improves its resistance to
tranverse cracking. A small layer of alumina is present from the initial condition at the
interface between partly stabilized zirconia and bondcoat.
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Thermomechanical Fatigue Testing

A thermomechanical fatigue facility developed in our laboratory has been used,
and a more complete description can be found in previous references [5,6]. Test control
and monitoring is made using a homemade program written under Labview [6]. Hollow
cylindrical specimens were machined from <001> cast single crystal cylinders 20 mm in
diameter: specimen geometry is the same as for previous work on superalloys with an 11
mm outer diameter and a 1 mm wall thickness. The temperature is constant within 5°C on
the extensometer gage length (of 10 mm). A four bulb lamp furnace is used for heating
and forced air cooling enables a minimum temperature of 100°C. A constant temperature
rate of 5°C/s was used for transients and temperature holds of 5 min were used.
Temperature control can be quite a problem for TBC and a metal temperature is used to
define the thermal cycle. An internal spot welded thermocouple was used to define the
temperature input of the microcomputer to the temperature controller. A maximum metal
temperature of 1050°C was used for C1A coated specimens; it was 1100°C for specimens
with TBC. A longitudinal extensometer is used to impose mechanical strain in creep-
fatigue tests on TBC specimens or to monitor strain in stress-controlled tests on C1A
specimens.

C1A coated specimens were coated both on external and internal surfaces. TBC
specimens were coated on the outer surface but the internal surface was aluminized to
prevent excessive oxidation, as in previous investigations under thermal-mechanical
fatigue without hold times [7,8]. Damage in the substrate was monitored using potential
drop measurements. Damage in the coatings was mostly studied in a destructive manner
using observations on outer surfaces and specimen sections, mostly longitudinal ones.
These observations were carried on tests conducted to failure or on tests interrupted after
a chosen fraction of expected number of cycles to failure or to spallation of coating.
Failure was defined when a crack, nucleating mostly from external surface grew
throughout specimen wall thickness (C1A coated specimens), as can be detected by
potential drop measurements. Tests on TBC coated specimens were stopped at coating
spallation, and checked by optical inspection after test interruption (macroscopic spall a
few mm in mean diameter). A high resolution scanning electron microscope with a field
emission gun (FEG) was used in this investigation and proved to be effective, especially
for observing interface defects on TBC.

CIA Coated AM1 Superalloy
Cyclic Oxidation Tests
A standard practice normally used in the industry for assessing the coating

resistance is either static or cyclic oxidation tests. Figure 2 presents one of these cycles
used at SNECMA.
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FIG. 2—Thermal cycles, the one used at SNECMA for coating resistance testing
and the other one corresponding to the TMF tests af the ENSMP.

The thermal cycle used at SNECMA ranges between 100 and 1050°C and the
hold time at 1050°C is 1 h. Insertion and removal of the test specimen from the furnace
does the heating and cooling, respectively. For comparison with this cycle, we can note a
thermal cycle used at the ENSMP as a part of the TMF cycles. This cycle has constant
heating and cooling rates of 5°C/s and a hold time of 5 min at 1050°. The latter is derived
from real loading conditions as experienced by a HPT blade at around 30% of its span.
We can thereby notice that even the thermal part of real TMF cycles is much different
from the cyclic oxidation cycles used for the assessment of coating resistance. The
coating damage resulting from these cycles is quite different as well. Figure 3 shows the
examples of coating damages after testing under these two cycles. Figure 3a presents an
SEM image of the coating after 600 conventional oxidation cycles. Figure 3b presents
another SEM image of the coating after 2000 TMF like cycles of ENSMP. We can
observe that in the case of TMF like thermal cycle, a considerable part of the coating
(dark gray) PNiAl phase has been transformed to (light gray) y' Ni3Al phase. This
transformation occurs due to aluminum consumption through oxidation and diffusion. In
the case of Fig. 3a however, only a little presence of the y' phase can be noticed at the
grain boundaries although the time of exposure at the highest temperature is much greater
in this test. We can say that the TMF like thermal cycle is more harmful to the C1A
coating as compared to the conventional oxidation cycle.
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(b)
FIG. 3-—C1A coating damage after cyclic oxidation tests. (a) SNECMA cycle 60
min hold time, 600 h at 1050°C, 600 cycles, (b) ENSMP, TMF like cycle 5 min hold time,
167 h at 1050°C, 2000 cycles.

Thermo-Mechanical Creep-Fatigue Tests

In real service, however, turbine blades are exposed to severe mechanical stress
variations due to centrifugal forces, in time with strong temperature transients. Figure 4
represents an experimental TMF cycle derived from real service conditions at 30% height
of an HPT blade. The so-called "Butterfly" cycle also contains a dwell time of 5 min at
the highest temperature 1050°C and under 100 MPa stress. The temperature cycle alone
is also drawn for comparison.
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FIG. 4—Representation on a Stress-Temperature graph of an experimental TMF
cycle (Butterfly cycle) and of the TMF like oxidation cycle used at ENSMP.
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Different variants of the Butterfly cycle can be imagined in order to investigate the
influence of various segments of a cycle on the damage of the coating. Figure 5 presents
typical surface and subsurface damages of the coating after a TMF test using Butterfly
cycle.

(a) (b)
FIG. 5—Typical coating damage afier TMF testing. (a) subsurface damage, (b)
surface damage.

Figure 5b presents an SEM image of the surface of a test specimen after a
Butterfly type TMF test (near 850 cycles). We can notice spalled (dark gray) aluminum
oxide layer and underneath it, a white coating layer containing PNiAl, but also some
Chromium, Cobalt, and Titanium diffused from the substrate. Figure 5a shows the image
of a polished section of the same test specimen. We can observe many damage processes
here, such as P-y' phase transformation, intergranular diffusion, increase of surface
roughness and of course, aluminum consumption as a result of all these phenomena.
Analyzing Figs. 3 and 5, we can see that the mechanisms of coating damage change with
respect to the loading cycles. TMF cycles usually enforce more intergranular oxidation
and phase transformations. They result also in rapid increase of the surface roughness. A
few interesting questions arise from the experimental results we've just seen. How do
different cycle segments damage the coating system? What is the role of loading at high
or at low temperatures, and how does the dwell period affect the coating resistance? In
these tests, the objective was to determine the degradation kinetics of the coating under
different loading cycles, therefore tests were not run to the failure of specimens. No
fatigue cracks from internal surfaces were observed.

TMF Cycles enhancing Alumina Scale Spallation in Aluminde Coating

We understand that the damage process in our case is a slow and steady process.
The aluminum oxide (Al;Os) layer formed at high temperature tends to spall off locally
when the compressive stresses increase at cooling due to difference of thermal expansion
coefficients in the PNiAl and ALQOs. This accelerates the oxidation process, which in turn
uses the aluminum of the external layer, thereby pumping the aluminum out of the BNiAl
reservoir. Now in order to understand the role of different cycle segments, we can
imagine TMF cycles that accelerate the alumina scale spallation, and hence, quicken the
damage process of the coating. Figure 6 presents two such cycles.
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FIG. 6—Two special TMF cycles,forcing alumina scale spallation.

Both the TMF cycles presented in Fig. 6 have a part in common with the Butterfly
cycle, i.e., the mechanical loading path while heating and during dwell period. At cooling
however, the TMF1 cycle differs from the TMF2 in that it does not go towards high
tensile stress and instead comes down towards compression. It then continues to follow
the compressive stress direction reaching ultimately -500 MPa at around 170°C. Unlike
TMFI1 cycle, the TMF2 cycle evolves towards high tensile stresses after the dwell period
and then reaches the -500 MPa compressive stress at nearly 170°C. The two TMF tests
using TMF1 and TMF2 cycles were continued to approximately 825 cycles. Figure 7
presents two micrographs of coatings, corresponding to the two tested specimens.

(a) (b)
FIG. 7—SEM images of the coatings after 825 TMF cycles. (a) TMF1; (b) TMF2.

Figure 7a presents an SEM image of the coating after a test using TMF1 cycle. Observe that the
coating is heavily damaged. There is severe phase transformation at the grain boundaries, but also
inside the grains. The diffusion process seems to go deep down into the substrate as we can see
those white precipitates covering all the lower part of the micrograph. The surface roughness has
tremendously increased due to formation of crests and troughs. In case of the test with TMF 2
cycle, however, the damage process is much different. Here there is no heavy phase
transformation and no deep diffusion zone into the substrate. The surface roughness has increased
to some extent due to intergranular oxidation, but it remains quite localized.

This comparison shows that small differences in the shapes of thermo-mechanical cycles
can lead to significant variations in the extents of coating damage. In the present case, this
variation can be explained: loading path of the cycle at high temperature is particularly important,
especially while cooling. When we cool down from the highest temperature, it results in
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compressive stresses on the alumina scale due to the differences in thermal expansion
coefficients. In the case of the TMF1 cycle, we compress the specimen after the dwell period,
thereby adding to the compressive stresses. In the case of the TMFZ cycle, on the contrary, we
increase the tensile stress on the specimen after the dwell period, which counter balances the
thermally generated compressive stresses.

Quantifving Coating Damage

In a bid to formulate a model of engineering interest in taking care of coating damage for
the lifetime evaluation of turbine blade material, we need to quantify this damage and determine
its kinetics. Two prominent characteristics of this damage that can be evaluated easily are
modification of the surface topography and reduction of the aluminum content in the external-
coating layer.

Surface Roughness

In order to determine the kinetics of surface roughness modification, we need to perform
interrupted tests at predetermined cycle intervals, and measure surface roughness. Moreover, we
need to differentiate this kinetics between cyclic oxidation tests without mechanical stresses and
TMF cycles. For this purpose, we chose to carry out interrupted tests with TMF1 cycle on one
hand and TMF like cyclic oxidation cycle on the other. The values of surface roughness Ra (um),
the arithmetical mean of the surface unevenness, are calculated on the SEM micrographs of
polished sections. Each value is averaged over 10 different micrographs of every specimen. These
results are presented in Fig. 8. The surface roughness of as-coated specimens was not measured
because of the scarcity of the material, but as indicated by the trend curves, untested specimens
have a very low surface roughness of the order of Ra = 2 um. Trend curves are drawn by fitting
power functions to the data points using commercial software.

Figure 8 presents two curves of Ra vs Number of test cycles. It can be noticed that the
TMEF 1 curves exhibit a steep rise in the beginning and continues to progress even afier at a rate
higher than that in cyclic oxidation curve.

1 ’- Ra (mm)

10 |

ENSMP Cyclic
Ogxidation

Number of test cycles

. . .
0 500 1000 1500 2000 2500
FIG. 8—~Evolution of surface roughness as a function of number of cycles in case
of TMF 1 test and TMF like cyclic oxidation test.
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This abrupt rise of the surface roughness can be explained on the basis of microscopic
observations. Figure 9 presents an SEM micrograph captured with the help of secondary
electrons and which shows the presence of unstable oxides in case of TMF1 tests.

=500 T T
"o

S0pm r = 1S5kY S
X58390 sectrawv BCOH ENSHP HAP

FIG. 9—Secondary electrons micrograph of a polished section of a specimen
having undergone a TMF test.

As we can observe in Fig. 9, relatively huge amounts of unstable oxides have
formed just after 200 cycles of the test. These oxides are porous in nature and can easily
be ejected with the application of stresses. The origin of this rapid growth of oxides is not
known perfectly, but this seems to be the major cause of surface roughness increase in
the TMF case. In case of cyclic oxidation however, this is not observed; the slight
increase of roughness is mainly due to local uneven oxidation, etc. The formation of
oxides is more superficial and homogenous.

Aluminum Consumption

Another important parameter devised for the evaluation of coating damage is
aluminum consumption. As we know, the external-coating layer constitutes a significant
reservoir of aluminum that can form stable Al;O; oxides and slow down further oxidation
through passivation. But if the aluminum content decreases through a steady damage
process, then the protective quality of the coating shall be diminished.

In order to evaluate the aluminum consumption, we measure the surface fraction
of different material phases present in the exiernal layer (B, v', voids and other diffused
elements, etc). Then, knowing the atomic percentage of aluminum in every phase, we can
easily determine the atomic percentage of aluminum in the reservoir. Finally, by
comparing this percentage with an untested specimen, we can estimate the percentage of
the consumed aluminum content. The same is presented in Fig. 10 for a TMF 1 case and
a TMF like cyclic oxidation case as a function of number of cycles.
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FIG. 10—Evolution of the aluminum consumption, as a function of number of cycles.

Once again it is clear that the initial aluminum consumption rate in TMF1 is much
higher than that in the cyclic oxidation case. Past this initial rise, the rate of aluminum
consumption in both tests is quite similar.

TB Coated AM1 Superalloy
Thermo-Mechanical Creep-Fatigue Test

The various investigations of life to spalling of the Thermal Barrier Coating have
been conducted under isothermal oxidation or under cyclic oxidation tests, which are felt
to be more representative of service loading. These spalling mechanisms are dependent
on the nature of TBC. Plasma spray deposited zirconia failed internally even near the
interface with bondcoat, due to the presence of numerous defects in the ceramics.
EBPVD failed mostly at the interface with bondcoat due to the growth of alumina, since
the columnar and defect structure of the ceramics allows easy transport of oxygen at the
bondcoat interface. This thermally grown oxide (TGO) is considered as the major cause
for spalling of TBC under service. The system AMI- EBPVD partly stabilized zirconia
has been reported to delaminate along the alumina-bondcoat interface when tested after
isothermal oxidation. A few results have been reported previously concerning the low-
cycle fatigue behavior at 1100°C, using either triangular wave-shape or strain hold cycles
[41.

A TMF cycle has been defined to simulate approximately the behavior of a
critical area of a blade, at the leading edge. This cycle is depicted Fig. 11. The same hold
time was used for 300 s as for the C1A aluminide coating, for a metal temperature of
1100°C. A V shape was used for the mechanical strain versus metal temperature cycle:
the high temperature segment is in-phase while the low temperature segment is out-of
phase.
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FIG. 11—Representation of Strain-Temperature and Temperature-Time graph of
the experimental TMF cycle used for TBC testing.

After completion of this study, the authors discovered that Wright [9] investigated the
behavior of a TBC on Rene N5 using a fairly similar thermal cycle but under pure cyclic
compression strain cycles in phase or out of phase with temperature.

7 p LT

pores

FIG. 12—Nucleation of pores in the alumina scale formed at bondcoat /zirconia
interface after 10% of expected life to spallation.

Damage Evolution in Thermo-Mechanical Creep-Fatigue Tests

Such tests were conducted for a given mechanical strain amplitude for different
number of cycles. Different specimens were conducted to spaliling of the TBC and to
different fractions of lifetime to spalling say about 10, 20, 40, and 50 %. Observations
were made on longitudinal sections to investigate damage near the TGO between the
nickel aluminide layer and the zirconia. After 10 % of expected life to spalling, only
cavities are nucleated inside the alumina layer (Fig. 12).

For a longer duration, there is a large variation in damage. For a number of
cycles corresponding to 20 % of expected life to TBC spallation, tranverse cracks are
observed in the bondcoat, which seem to initiate from the TGO-bondcoat interface and
which are heavily oxidized. Some of them are arrested at the interface between substrate
and interdiffusion layer and show branches in this layer (Fig. 13). The defects in the TGO
grow substantially to small delaminated areas in the middle of the alumina layer mostly,
but near the columnar grains of zirconia too. Some areas show decohesion at the interface
between bondcoat and alumina, but much less frequently.

When the test is conducted to spalling, there is no significant modification in
damage mechanisms. Variations are only quantitative. Cavities grow larger in the TGO
and the oxidized transverse cracks are much more numerous in the bondcoat.
Delaminated areas in the TGO are larger too. Figure 14 shows the edge of the spalled
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area on a longitudinal section. Spalling has presumably occurred after buckling and the
ceramic topcoat which remains adherent at the macroscopic level to the substrate shows
de-lamination at a significant distance of the spalled area. This behavior is consistent
with usual schemes proposed for spalling [10].

FIG. 13—Transverse crack in the bondcoat and internal pores and defects in the
alumina scale formed at bondcoat /zirconia interface afier 20% of life to spallation.

FIG. 14—Section at the edge of the spalled TBC zone in a test conducted to
spallation. Transverse oxidized cracks are more numerous and delamination occurs
preferentially within the alumina scale.

These observations show that spalling mechanisms for such a thermo-mechanical
loading path are strongly different from those in isothermal oxidation [3], or even cyclic
oxidation. For this TBC system on AM1, the bondcoat-TGO interface was the weakest
interface after oxidation without superimposed load. Thermo-mechanical creep-fatigue
favors damage inside the thermally grown oxide, as well as transverse cracking in the
nickel aluminide layer. Transverse cracking is obviously associated with the tensile peak
strain, which occurs at low temperature since nickel aluminide coatings are known to
exhibit a very low ductility below 600-700 °C, depending upon composition [1,11-13].
On the higher temperature part of the TMF cycle, the bondcoat oxidizes and exhibits
extensive visco-plasticity. The stress concentrations at the interface are relaxed during
exposure at high temperature. This nucleation of transverse cracks due to the low
ductility of the bondcoat favor energy dissipation and may explain the fact that
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delamination at the TGO-bondcoat interface is much less favored under thermo-
mechanical creep fatigue than under oxidation tests.

It is worth emphasizing that the same observations were made on components that
have been exposed to service conditions for the same TBC system on AM1 superalloy.
This shows that if actual service loading can be properly estimated, laboratory tests with
a representative TMF cycle can be used to simulate actual damage and mechanisms
occuiTing in components.

Conclusions

Thorough experimental work has been conducted using thermal-mechanical creep-
fatigue tests to understand basic physical mechanisms taking part in the damage of
protective coating on AM1 single crystal superalloy turbine blades.

Stress-controlled TMF tests were used for AMI single crystals coated with C1A
aluminide. Critical segments of thermo-mechanical fatigue cycles responsible for severe
coating damage have been identified. They are during transients, compressive loading
during the initial cooling from maximum temperature, in the high temperature loading
part, compressive loading at low temperature, and tensile loading during dwell periods at
high temperature.

Thermal-mechanical fatigue like cyclic oxidation tests prove to be very economical
and effective when investigating high cycle operations. They cannot completely
substitute to thermal-mechanical fatigue due to the absence of superimposed load but
they are much more appropriate than conventional cyclic oxidation tests.

Interrupted tests have been carried out to determine the damage evolution with an
increasing number of cycles. For the C1A aluminide coating, surface roughness and
aluminium loss have been quantified. For the Thermal Barrier Coating deposited by
EBPVD, defects were found to nucleate and grow under thermal-mechanical creep
fatigue. The evolution of defects influences the occurrence of spalling.

Thermal-mechanical fatigue can be used to simulate the laboratory actual damage
and damage mechanisms occurting in components, provided fairly good estimation of
service cycles are available. Detailed observations of damage in such tests can provide
the basis for the development of engineering models for the destruction of the aluminum
tank, as for C1A coating, or spallation of thermal barrier coatings.
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ABSTRACT: In y'-hardened monocrystalline nickel-base superalloys having a negative v/y'
lattice misfit, the prior introduction of so-called y/y' rafts aligned parallel to the stress axis (by a
small creep pre-deformation in compression) has been shown to enhance both the high-
temperature isothermal fatigue strength and the tensile creep resistance. It was hence of interest
to perform a systematic study of the thermo-mechanical fatigne (TMF) behavior of specimens of
a monocrystalline nickel-base superalloy with the main aim to test whether an initial y/y' raft
microstructure can also enhance the TMF resistance. The experiments were performed on [001]-
orientated monocrystalline specimens of the superalloy SRR 99 which contained either the initial
y/y’-microstructure with cuboidal y' precipitates or a y/y' raft microstructure aligned roughly
parallel to the stress axis. The latter was introduced by a small compressive creep deformation of
less than 0.4% at a temperature of 1050°C and a stress of 120 MPa. Different strain-controlled
TMF cycle forms were employed. However, in most tests a counter-clockwise-diamond (CCD}
cycle (temperature interval AT = 600°C-1100°C) was used with a total strain rate of 6.67-10° s,
This CCD cycle is considered to be close to service conditions. The mechanical strain range Ae,
was varied in the range of Agyesn = 1%, leading to fatigne lives in the order of some 1000 cycles.
It could be shown that pre-rafting in compression enhances the TMF fatigue life significantly for
all cases of CCD-cycles investigated.

KEYWORDS: pre-rafting, thermo-mechanical fatigue, nickel-base superalloy, single crystal,
y/y'-microstructure, fatigue life, coarsening

Introduction

Monocrystalline nickel-base superalloys, precipitation-hardened with a high
volume fraction of cuboidal y' precipitates and orientated in good approximation in a
<001> direction, fulfil the requirements for turbine-blade materials in the hot first stages
of gas turbines and power engines. During service up to temperatures of 1100°C,
turbine-blade materials must meet a number of specific requirements such as high creep
and fatigue strength, high thermomechanical fatigue strength, and last but not least good
resistance against hot corrosion and oxidation. In former investigations by the authors’
group it could be shown that the prior introduction of rafts aligned parallel to the stress
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axis in monocrystalline nickel-base superalloys of negative v/y' lattice misfit &
enhances the high-temperature tensile creep resistance as well as the isothermal fatigue
strength [1].

Improvement of the Tensile Creep Strength by Pre-Rafting in Compression

At high temperatures and low stresses, the glide-climb motion of the dislocations,
as proposed by Carry and Strudel [2], is the rate-determining process. The glide-climb
motion along vertical y/y' interfaces in tensile or compressive deformation is always
slower than along horizontal y/y" interfaces [3]. This leads to the suggestion that pre-
rafting in compression, whereby extended rafts parallel to the stress axis are introduced
for 3 < 0, should reduce the creep rate. Tensile creep tests performed by Tetzlaff et al. [4]
come to the conclusion that this is indeed the case. This is shown in Fig.1, showing, as an
example, two tensile creep curves, measured on two monocrystalline nickel-base
superalloy SRR 99 specimens, one with the as-aged cuboidal y' structure and the other
with a y/y' raft structure lying parallel to the stress axis as the starting microstructures.

. : . : . - v I . - e —
0,035 - before creep after creep EEER -
2 - s EEER
as aged

0,025

0,020

| pre-rafted in S GREPE I III i
[<%] g f. compression -

pl

0,015 '. \ . pre-rafted in
g1l g compression

0,010

A SRR 99 .
0,005 + T = 1000°C

- o = 200 MPa4]
0,000 e
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t [h]

FIG. 1-— Tensile creep curves (T = 1000 °C, o = 200 MPa) up to 3% plastic strain
Jor two monocrystalline SRR 99 specimens with initial microstructures in the as-aged and
pre-rafted (compression) condition (T: temperature, o: axial stress, & axial plastic
strain, t: time), as indicated schematically. Inserts show scanning electron micrographs
of the corresponding microstructural changes in {010} sections parallel to the stress axis.

After [4].
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Up to a tensile creep strain gy, of about 2% the pre-rafted structure has better
creep resistance than the cuboidal y' structure. At larger strains, the y/y' raft structure,
introduced by prior compressive creep deformation, becomes unstable, because the
tensile stresses would normally produce a raft structure perpedicular to the stress axis.

Better LCF-Fatigue Resistance by Pre-Rafting in Compression

The isothermal high-temperature fatigue life is also enhanced by the introduction
of a pre-rafted y/y'-microstructure lying parallel to the stress axis by prior compressive
creep deformation [1,5]. Figure 2 shows some typical results in the form of cyclic
deformation curves (stress amplitude Ac/2 vs. number of cycles, N) obtained on
monocrystalline specimens of the nickel-base superalloy CMSX-6, fatigued at 950 °C at
a total strain range Ag = 0.9 % and at a cyclic total strain rate of 9:107 5. The prior
introduction of a raft structure parallel to the stress axis leads to higher number of cycles
to failure, while rafts lying perpendicular to the stress axis reduce the fatigue life,
compared to specimens with the as-aged cuboidal y/y'-microstructure.

5 00 1 ") — [+ Fam |
[CMSX-6, T = 950 °C g, = 00%
Acl2
=y |
B stk —m= mEEN
= 250 — EEEE
'g‘ - —_— EEEE
M_Ej [ pre-rafied by A gl prerafted by
e L deformation in = deformation in |
tension compression
0 _________________________ —
100 M M 1 1 1 1 1 1 1 M M 1 1 " M
0 2000 4000 6000 8000

number of cycles, N

FIG. 2— Cyclic deformation curves of three monocrystalline nickel-base CMSX-6
specimens with different initial microstructures (as-aged, pre-rafied in tension and in
compression). T =950°C, Ag=109%, Ac/2: stress amplitude. The different
microstructures are indicated schematically. After [5].
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The y/y' raft structure parallel to the stress axis hinders the crack propagation
perpendicular to the stress axis (and to the rafts) and forces the cracks to deviate, which is
the reason for the longer fatigue life of the specimen pre-rafted in compression. On the
other hand, rafts lying perpendicular to the stress axis facilitate the crack propagation and
therefore lead to the shortest fatigue life.

As a next step, it is interesting to explore whether similar measures can also be
applied successfully in order to improve the thermomechanical fatigue life by introducing
a pre-rafted structure by prior compressive creep deformation. An improvement of the
thermomechanical fatigue resistance, which is of major concern in the case of turbine
blades would be most desirable. In the following, the results of such a study are reported.

Experimental Procedure

Material

For the following investigations, rods of the two-step annealed y'-hardened
monocrystalline nickel-base superalloy SRR 99 with orientations close to [001] were
used. The composition of the alloy is given in Table 1:

TABLE 1-— Composition of SRR 99.

Element C Si Mn Cr Mo Ni Co Ti Al
Wt. % 0.017  0.040 <0.03 8.55 0.08 Rest 5.01 22 5.51
Element Fe A\ w Cu Zr Ta B P S

Wt.% 0.05 0.03 9.37 <0.03 <0.003 282 0.0013  <0.005 0.01

After machining and electropolishing of the surface, the specimen had a gauge
length of 12 mm and a diameter of 9 mm. The initial y/y-microstructure consisted of
fairly regularly aligned cuboidal y' particles with a ' edge length of 0.44 um and a
volume fraction of 72%.

Testing Method and Testing Parameters

The thermomechanical fatigue tests were performed on a closed-loop
servohydraulic testing system (MTS 880), which is equipped with a 200 kHz induction
furnace. The total strain, & (mechanical sirain &meen + thermal strain &), was measured
with a high-temperature axial extensometer with ceramic rods, and the temperature was
measured and controlled in a contact-free manner with a 4-channel pyrometer. The
mechanical strain emecn (€lastic and plastic strain) is calculated afterwards by addition of
the negative value of the thermal expansion -&4 in an analog-digital (A/D) converter. The
temperature signal is created simultaneously to control the induction heating which is
necessary for rapid heating and cooling of the specimen. Figure 3 shows a schematic
diagram of the material test rig for thermomechanical fatigue tests. More detailed
information about the testing method and the material test rig can be found in [6].
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FIG. 3— Schematic diagram of the thermomechanical fatigue test rig (F: force).

All tests were conducted in air with mechanical strain ranges Agnpech of 8 x 107
and 1 x 102, employing a triangular waveform with a constant cycle time of 300 s
between 600 and 1100 °C. The TMF test cycle shape was selected so as to simulate
approximately the conditions during start-up and shut-down operations of a turbine
engine. Therefore a counter-clockwise-diamond (CCD) cycle shape (see Figure 4a) was
used with the intermediate temperature (850 °C) being reached at largest tensile and
compressive strains and the highest (1100 °C) and lowest (600 °C) temperatures at zero
mechanical strain.

A limited number of TMF tests were performed with an out-of-phase (OP) cycle
shape, characterized by the largest tensile and compressive stresses and strains at the
lowest and highest temperatures, respectively. OP is considered to be the most severe
loading in a component because of the very high tensile stress, which develops at the
lowest temperature [7]. Figure 4 compares the CCD and OP cycle shapes in detail.
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A)  counter-clockwise-diamond B) out-of-phase
(CCD) (OP)

tension
tension

compression
compression

FIG. 4— Comparison between (4) counter-clockwise-diamond (CCD) and (B)
out-of-phase (OP) cycle shape. Time is denoted by the symbol ¢.

For the TMF specimens with y'-rafts parallel to the stress axis, the microstructure
was produced by pre-deformation in compression at a stress ¢ of —120 MPa and a
temperature T of 1050 °C. To avoid prior damaging, the plastic creep strains were kept
small and were limited to less than 0.4 %. The deformed samples were investigated by
scanning electron microscopy (SEM).

Experimental Results and Discussion

Mechanical Behavior

Hysteresis loop shapes— Figures 5 and 6 present examples of the shapes of the
hysteresis loops (stress o vs. mechanical strain gmeen) in the CCD and OP TMF tests,
respectively, for the different initial y/y’-microstructures. The specimens with the as-aged
and pre-rafted microstructures show similar hysteresis loops in both cases. However, for
the pre-rafted structure, the stress amplitudes in tension in the CCD test are about 100
MPa higher. The shapes of the hysteresis loops of the first cycles of the two testing
conditions differ from the following cycle shapes with respect to the stress amplitudes in
tension and compression and the extent of plastic yielding.
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FIG. 5—Examples of different hysteresis loops for a counter-clockwise-diamond
(CCD) TMF cycle on a specimen rafted in compression, Agpecn = 8-1 03, AT = 600 °C -
1100 °C and &; = 6.67-10° 57,

For the CCD tests, intermediate and comparatively symmetric peak stresses,
300 MPa in tension and 500 MPa in compression, are found, because similar
temperatures are reached at these points (850 °C). In contrast to these very similar peak
stresses in tension and compression in the CCD tests, the OP tests exhibit dissimilar peak
stresses in tension and compression. At the lowest temperature (600 °C), the OP tests
show very high peak stresses up to 700 MPa in tension, at the highest temperature peak
stresses of only 100 MPa are found in compression.
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FIG. 6—Examples of different hysteresis loops for an out-of-phase (OP) TMF
cycle on a specimen with the as-aged y/y'-microstructure Agmeeh = 8-1 073, AT = 600 °C -
1100 °C and &, = 6.67-10° 5™

Cyclic Stress Response Curves—Results of the TMF tests performed on
specimens with different initial y/y’-microstructures (as-aged and pre-rafted
in compression) and TMF cycle shapes (CCD with mechanical strain ranges Aggen of 8
x 102 and 1 x 10'2, respectively, and OP with Agpeen of 8 x 10"3) are shown as cyclic
stress (maximum/minimum stress) versus cycle number N response curves in Fig. 7.

The fatigue life of the material is found to be strongly dependent on the
mechanical strain amplitude, cycle shape and y/y’-microstructure. In the TMF tests with
CCD cycle, the pre-rafted specimens with a raft structure parallel to the stress axis have a
significantly longer fatigue life than the specimens with the initial (as-aged) cuboidal y'
microstructure. At higher numbers of cycles, the stress amplitude decreases due to crack
initiation and propagation. All OP tests show a very short fatigue life because of the
severe loading. The maximum mechanical strain in tension is reached at the lowest
temperature, therefore all samples fail by quasi-brittle rupture in tension. The fatigue life
of the pre-rafted OP specimen is smaller than that obtained for the as-aged state. The
microstructural features, which are thought to control fatigue life, will be discussed in the
following.
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FIG. 7— Cyclic stress response curves of all TMF tests (AT = 600 °C - 1100 °C
and &, = 6.67-1 0° 5, Gpan: maximum cyclic stress, Omip: minimum cyclic stress). Directly
corresponding TMF-tests for as-aged and pre-rafted microstructures are shown next to
each other.
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Microstructural Changes During TMF Loading

CCD testing, as-aged specimens— During the CCD tests, the as-aged y/y’-
microstructure develops into a coarse raft-like structure parallel to the stress axis. The
example shown in Fig. 8 refers to SEM-micrographs taken from specimens fatigued at a
mechanical strain range of Asmen 1 x 107, The high upper temperature (Tipax = 1100 °C)
is held responsible for the strong coarsening. Similar changes in the microstructure have
been found in former investigations on the alloy CMSX-6 [7].

FIG. 8—SEM-micrographs of the microstructures in the initial as-aged state
before and afier thermomechanical CCD ftesting. The stress axis lies in the [00]]
direction.a) and b): (010)-sections parallel to the stress axis before and after the CCD-
testing.c) and d). (001)-sections perpendicular the stress axis before and after the CCD-
testing.

The y/y' rafting is governed not only by the external stress but also by the internal
stresses and by the built-up plastic tensile and compressive strains [8]. The internal
stresses result from the superposition of the coherency stresses between v and y' and the
internal stresses induced during deformation.

CCD Testing, Pre-Rafted Specimens—The microstructure of the specimens with
the initial well-aligned raft structure parallel to the stress axis shows coarsening effects,
but remains elongated parallel to the stress axis (Fig. 9). The reason for the longer fatigue
life observed for the y/y' raft structure parallel to stress axis could be, as in the case of
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isothermal fatigue studied earlier [1,5], that the rafts hinder the crack propagation
perpendicular to the stress axis (and to the rafts) and cause the cracks to deviate. These
results are similar to those of the isothermal high-temperature fatigue tests described in
the introduction.

pre-rafted in
compression

FIG. 9—SEM-micrographs of the microstructures in the initial state with a raft
structure parallel to the stress axis before and after CCD testing. The raft structure after
the CCD test is strongly coarsened.a) and b): (010)-sections parallel to the stress axis
before and after the CCD-testing.c) and d): (001)-sections perpendicular the stress axis
before and after the CCD-testing.

In Fig. 10, the main crack in a fatigued CCD-sample with a raft structure parallel
to the stress axis can be seen. The crack starts at the surface of the specimen and
propagates perpendicular to the stress axis. The crack propagation is hindered and crack
branching occurs. The observation of the secondary crack tip (Figs. 105 and 10c) shows a
dependence of the crack propagation mechanism on the state of the y/y' raft structure. If
the crack runs parallel to the v/y' rafts, there is no cutting of the rafting structure. Cutting
is only seen when the direction of crack propagation is not parallel to the rafting
structure. Thus, the introduction of y/y' plates can induce crack branching and may hinder
crack propagation. These results are broadly similar to findings made in former
investigations on isothermal fatigue tests made by Ott [5] and in line with work of Lerch
and Antolovich [9].
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FIG. 10—Crack propagation after thermomechanical fatigue (CCD, Agpeqn 1x 107
%) of the sample with a raft structure parallel to the stress axis (SEM); a) main crack
starting from surface; b) and c) example of a secondary crack; (010)-section.

OP testing, as-aged specimens—The y/y’-microstructure of the as-aged specimens
with cuboidal y' precipitates is transformed into a coarse raft structure parallel to the
stress axis (Fig. 11). Due to severe loading conditions {(maximum mechanical strain in
tension is reached at the lowest temperature), which produce high tensile stresses, the
thermomechanical fatigue life is very short for all OP tests, independent of the
microstructure. Compared to the CCD tests the effect of coarsening is less marked. This
is presumably a consequence of the shorter fatigue lives and, thus, of the shorter time
available for the diffusional mechanisms.
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(001)- sections
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d)

FIG. 11—SEM-micrographs of the microstructures in the initial as-aged state
before and after OP testing.a) and b): (010)-sections parallel to the stress axis before
and after the OP-testing.c) and d): (001)-sections perpendicular the stress axis before
and after the OP-testing.

OP Testing, Pre-Rafted Specimens—The specimens with an initial rafted structure
parallel to the stress axis change their microstructure towards a strongly coarsed irregular
v/y'-structure. This irregular structure might be a reason for the shorter thermomechanical
fatigue life compared to the sample with the as-aged microstructure. The microstructures
in the initial state of the pre-rafted samples before and after OP testing, as observed by
SEM, are shown in Fig. 12.

Origin of Strong Microstructural Coarsening—The very strong coarsening of the
y/y-structure in the cases discussed above is attributed to the rather high upper
temperature of 1100 °C in all tests. In retrospect, this upper temperature is, in fact,
considered to have been too high for the first generation alloy SRR 99. Presumably,
coarsening would have been much less marked at a more appropriate upper temperature
of ca. 1000 °C.
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FIG. 12—SEM-micrographs of the microstructures in the initial state with a raft
structure parallel to the stress axis before and after OP testing.a) and b): (010)-sections
parallel to the stress axis before and after the OP-testing.c) and d): (001)-sections
perpendicular the stress axis before and after the OP-testing.

Conclusions

In the present work on the monocrystalline superalloy SRR 99, it was shown
exemplarily that pre-rafting in compression can be beneficial for thermomechanical high-
temperature fatigue life with the CCD cycle. It is proposed that these results will apply
also 1o other monocrystaliine nickel-base-superalloys. The main results were as follows:

e Pre-rafting in compression is not only able to enhance the tensile creep strength and
the isothermal fatigue life, as shown earlier, but also the thermomechanical high-
temperature fatigue life for a CCD cycle, which simulates approximately service
conditions.

e The investigation of the main crack of a fatigued CCD-sample with a raft structure
parallel to the stress axis appears to show that the crack propagation is hindered by
the rafts, and crack branching occurs. This is suggested to be the reason for the
superior thermomechanical high-temperature fatigue resistance of material with a v/y'
raft structure parallel to the applied stress axis.
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o The TMF tests with OP cycle shape generally led to a very short fatigue life, which is
shorter for the pre-rafted sample compared to a specimen with the as-aged structure.
The reason may be the development of a very coarse irregular y/y’-microstructure.
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ABSTRACT: High-temperature fatigue behavior of a near-y titanium aluminide was studied
over the temperature range from 500-750 °C under both isothermal and thermomechanical
fatigue (TMF) conditions. Cyclic stress-strain (CSS) response was observed to change
drastically with test temperature. In isothermal tests conducted below the ductile-to-brittle
transition temperature (DBTT) initial cyclic hardening occurred. By contrast, in isothermal
fatigue tests performed above the DBTT the material displayed pronounced cyclic saturation
thronghout the test. Still, modeling of CSS behavior under TMF conditions based solely on
isothermal input data is feasible, as corresponding microstructures evolve in both types of tests.
Environmental degradation plays a key role in this material, and the effects were assessed based
on fatigue tests conducted in air and high-vacuum, respectively. Moreover, the material displays
large mean stress effects below the DBTT, and thus, out-of-phase TMF tests were found to be
most detrimental, when the temperature range encompassed the DBTT.

KEYWORDS: cyclic stress-strain behavior, environmental degradation, intermetallics, mean
stress, microstructure, modeling, oxidation, thermomechanical fatigue, titanium aluminide

Introduction

Near-y titanium aluminides have been developed mainly in response to the aerospace
industries' need for new materials with higher strength to weight ratios at elevated
temperatures. The design target set was to replace heavier alloys in the hottest section of
the compressor in jet engines. At low temperatures TiAl alloys tend to display low
ductility, with a ductile-to-brittle transition temperature (DBTT) of about 700 °C [1].
Thus, most of the earlier studies have focused on improving low-temperature ductility
and fracture toughness of these alloys by varying chemical composition and heat
treatment [2].

With the advent of more advanced near-y titanium aluminides, reliability issues under
high-temperature service conditions became most important. For high-temperature
components such as turbine blades, complex loading conditions exist during service, and

! Professor, Lehrstuhl fiir Werkstoffkunde, Universitit Paderborn, D-33095 Paderborn, Germany.
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life may be governed by creep, isothermal low-cycle fatigue (LCF) or thermomechanical
fatigue (TMF). As a result of the relatively poor oxidation resistance, these alloys are
also prone to environmental degradation effects, and thus, maximum service temperature
should not exceed about 800 °C. For most technical applications temperatures in the
range from 500~750 °C appear to be of most interest [3]. Much work has addressed creep
of TiAl alloys in this temperature range, and the creep behavior of the material employed
for the present study has been extensively characterized in related work [4,5]. By
contrast, LCF and TMF tests on titanium aluminides are still rare [6].

The objective of the present paper was to shed light on the fatigue behavior of a 2nd
generation titanium aluminide under conditions relevant to operation of compressor
blades in advanced jet engines. The test conditions employed in the present study were
chosen such as to closely resemble those thought to prevail at the notch root of a specific
blade currently in the design stage. Given the complex loading situation present during
service of such a component, a detailed understanding of cyclic stress-strain (CSS)
response, mean stress effects, and environmental degradation is key in developing
accurate life prediction methodologies.

The approach chosen here involved LCF and TMF tests performed at different strain
ratios (R,), strain rates (£ ), mechanical strain ranges ( Ag), and temperatures (7) in high-

vacuum and air, respectively. This allowed for an assessment of the effects of mean
stress, environment, temperature, and strain-temperature phasing on fatigue life.
Moreover, electron microscopy was employed to closely correlate the macroscopical
material behavior to the relevant microstructural processes, and the ramifications of the
results with respect to prediction of fatigue life under service conditions will be discussed
in detail.

Experimental Procedure

Material

Near-y titanium aluminide Ti-47Al-2Nb-2Mn (at.-%) + 0.8 vol.-% TiB, XD™ was
employed for the present study. For actual composition including interstitial content see
Ref. 4. The material’ had been investment cast, hot isostatically pressed at 1260 °C and
172 MPa to eliminate casting porosity, and then given a subsequent heat treatment at
1010 °C for 50 h. This resulted in a duplex microstructure consisting of equiaxed primary
v-TiAl grains and lamellar a,-TizAl /y-TiAl colonies. The volume fraction of the
lamellar grains was between 15 and 20%, and the average grain size was determined to
be 15 um and 30 pm for the primary y and the lamellar grains, respectively [4].

For fatigue testing, smooth cylindrical specimens with a gage length of 14 mim and a
gage diameter of 8 mm were machined from the heat treated material. it has been
reported that machining can affect fatigue properties of this type of material [7], and it is
known that oxidation behavior also depends on surface preparation [8]. Thus, all fatigue
samples used in the present study were electropolished in the gage section prior to
testing. Electropolishing was accomplished using a solution of 600 ml methanol, 350 ml
butanol, and 60 ml perchloric acid at a temperature of ~30 °C and a voltage of 20 V until
a surface layer of 0.1 mm was removed.

® The fully-processed material was obtained from Howmet Corp., Whitehall, ML
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Mechanical Testing

All fatigue tests were conducted in a servohydraulic test system under closed-loop
total strain control using a triangular wave shape. Specimen heating was accomplished by
an induction heater, and the geometry of the induction coil was optimized until a tem-
perature gradient of less than 5 °C was obtained within the gage length under isothermal
test conditions. Part of the test parameters (R,, A, and 7) employed were chosen, such

as to simulate the loading conditions that might prevail at the root of certain turbine
blades of advanced jet engines. In order to shed light on the deformation and damage
mechanisms, additional tests were run, including fatigue tests conducted in an all
stainless-steel vacuum chamber at p < 10 hPa. The actual test parameters of the
isothermal LCF tests employed in the present study are summarized in Table 1.

All TMF tests were conducted at a total mechanical strain range of 0.56% over a
temperature range from 500-750 °C. In order to minimize the temperature gradients
within the gage length, all TMF tests were performed at a rather low strain rate of 1.12 x
10* s In the out-of-phase (OP) and in-phase (IP) TMF tests maximum mechanical
strain coincided with the minimum and maximum temperature, respectively. Again, tests
were performed both in air and in high-vacuum. In addition, some more complex TMF
tests were conducted, which will be described in detail later.

Microscopy

Scanning electron microscopy (SEM) was employed to study fracture surfaces and
analyze the oxide scale formed during high-temperature exposure. In cases where
oxidation obscured crack initiation mechanisms, longitudinal metallographic sections
were prepared.

The microstructural details were studied by transmission electron microscopy (TEM).
For TEM work, slices were cut normal to the loading axis of the fatigued specimens and
ground carefully down to a thickness of about 150 pm. From the ground slices, electron
transparent foils were prepared by conventional twin jet electropolishing at 30 °C and a
voltage of 12 V using the previously described electrolyte.

TABLE 1—Test parameters employed in the isothermal LCF tests. Test
environments were air and high-vacuum of p < 107 hPa, respectively.

R, é,s" Ae,% T, °C
036,500, 600,

oli 1';2;1(1)2 © 046, 6507
: 056 700,750

“The ductile-to-brittle transition temperature for the present alloy is about 650 °C.
Results

Cyclic Stress-Strain Response

Related work [6] has shown that CSS response is substantially different for test
temperatures below and above the DBTT, respectively. In isothermal LCF tests
conducted below the DBTT, which is about 650 °C for the material studied, rapid initial
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cyclic hardening occurred. By contrast, an almost immediate stabilization of CSS
response is observed in isothermal LCF tests performed at temperatures significantly
exceeding the DBTT (Fig. 1). Consequently, for a given total strain range the plastic
strain range at half life becomes larger with increasing temperature in total strain
controlled LCF tests (Fig. 2). As seen in Fig. 2, stress range shows a weaker dependence
on ftest temperature, and the effect of strain ratio on CSS response is only minor.
However, it is appropriate to note here that strain ratio has a substantial effect on fatigue
life as discussed later on.
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FIG. 1— Initial evolution of plastic strain range in isothermal LCF tests conducted
below and above the DBTT, respectively. R, =-1, Ac = 0.56% and & =3x 107 s

Given the profound effect of temperature on isothermal CSS behavior (Fig. 2) one
might expect significantly different CSS response in isothermal LCF and TMF tests, if
the temperature range of the latter include the DBTT. Nevertheless, TMF hysteresis loops
could be modeled quite accurately on the basis of so-called pseudo-isothermal behavior.
In this approach it is assumed that the microstructure at any given temperature within a
TMF cycle corresponds exactly to the microstructure obtained in an isothermal LCF test
conducted at that specific temperature [9].

As microstructural state determines mechanical response [10], modeling of CSS
response is straightforward if the assumption of pseudo-isothermal behavior holds [9]. In
order to test this concept, special fatigue tests were devised. Figure 3 is a series of cyclic
stress-strain response curves recorded on a single specimen. The test was started as a
conventional isothermal LCF test at 500 °C. Once CSS response had tended to stabilize,
temperature was increased while strain cycling continued. In this fashion temperature
was first increased in intervals to 750 °C, and then decreased again down to 500 °C.
Finally, an IP TMF test was conducted between 500 and 750 °C.
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for isothermal LCF tests conducted in air at A= 0.56% and ¢é=3 x 10° s Full
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FIG. 3— Maximum and minimum stress vs number of cycles in a complex fatigue test
designed to check for history effects on CSS response. The test was conducted in high-
vacuum to allow for large number of cycles with fatigue damage still being negligible
(the sample did not fail for another 10,000 cycles). R, = -1, As = 0.56% and ¢ =1.12 x
1057, See main text for details.

Despite the initial hardening observed at 500 °C, the minimum and maximum stresses
recorded after the first increase in test temperature rapidly approached the one expected
from a conventional LCF test conducted at 600 °C (Fig. 3). Obviously, no irreversible
microstructural changes had taken place at 500 °C during the period of initial hardening.
Likewise, stresses rapidly approached those expected from the conventional LCF tests
after all of the following increases in test temperature. Moreover, the period of initial
hardening re-occurred once the test temperatures were decreased again, (Fig. 3).
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Obviously, neither the microstructural processes causing rapid cyclic hardening below
the DBTT nor those resulting in stress relaxation above the DBTT are irreversible.

The notion that all microstructural processes are mainly reversible also explains the
stress response observed in the IP TMF test that followed the last isothermal LCF test
section conducted at 500 °C. In the high-temperature part of the TMF cycle all the
previous hardening is rapidly relaxed, and thus, the maximum stress (Gm,x ) obtained in the IP
TMF test is equal to that observed in the isothermal LCF test conducted at 750 °C (marked
with an arrow in Fig. 3).

From the data presented in Fig. 3 it is apparent that the isothermal LCF test did not cause
irreversible microstructural changes. The complex fatigue test depicted in Fig. 4 was devised
in order to see whether this holds true for TMF test conditions as well. This test was begun as
a conventional IP TMF test, and then thermal cycling was stopped at the maximum
temperature of TMF cycle while strain cycling continued, i.e., the test mode was changed to
isothermal cycling at 7 = 750 °C. Maximum stress during this isothermal part is almost
identical to that observed in the continuously run IP TMF test, and no effect on stress
response is seen when the test mode was switched back to IP TMF. Moreover, the following
isothermal test phase conducted at T'= 500 °C produced significant cyclic hardening, but had
no influence on the stress response once IP conditions were established again.
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FIG. 4—Cyclic stress response in a TMF test with intermediate isothermal parts as
compared to a conventional IP and OP test, respectively. For the sake of clarity only
stresses corresponding to maximum temperature are given for the conventional TMF
tests. R,=-1, Ae = 0.56% and & =1.12x 1075

Following an extended period of IP TMF cycling, test conditions were changed to OP
TMF. As expected, rapid cycling hardening occurs during the OP TMF part of this test at the
minimum temperature, i.e., the maximum stress. The cyclic hardening observed is very
similar to the one observed during the initial period of conventional OP TMF tests, and
stresses in both tests soon approach each other. Clearly, all previous microstructural changes
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are climinated during the high-temperature part of the TMF cycle. Finally, when test
conditions were changed back to IP, stress-strain response rapidly approaches that of the
conventional IP TMF test. In summary, neither the intermediate isothermal LCF parts of the
complex tests nor the changes in strain-temperature phasing had any significant influence on
stress-strain response in the subsequent parts as all microstructural changes were reversible
and the material displays almost no effect of prior load history. Consequently, the concept of
pseudo-isothermal material appears to be valid, and thus, modeling of CSS response based on
isothermal input data is straightforward.

Microstructure

TEM Observations—Titanium aluminides display a very complex microstructure, and
the microstructural arrangement depends largely on the orientations of the y and oy
lamellae with respect to the external stress axis [11]. Figure 5 summarizes the main
microstructural features observed in the cyclically deformed samples. The rapid initial
cyclic hardening observed below the DBTT corresponds to a high dislocation density in
both the primary y phase and the y phase in the lamellar grains (Fig. Sa and b). As
expected, the y/o; boundaries are effective obstacles to dislocation motion, and
dislocation activity in the o, phase is only minor (Fig. 5a). Dislocation networks were
observed frequently (Fig. 5b), and these are reported to be effective in increasing the
ductility of titanium aluminides [12]. In favorably oriented primary y-grains and lamellar
y-grains, deformation-induced twins could be observed. This is reported frequently as the
material has low intrinsic stacking fault energy. As test temperature was increased, the
number of deformation-induced twins increased as well, and above the DBTT the twins

contribute significantly to overall deformation both in lamellar and in primary y-grains
(Fig. 5¢).

FIG. 5—TEM micrographs showing the various types of internal boundaries present
in the samples after cyclic deformation. R,= 0.1, A= 0.56% and é =3 x 107 s, Test

temperature was 500 °C for a) and b), and 700 °C for c).
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It appeared that the TiB, particles present in the microstructure (Fig. 5c) had a
negligible effect on overall deformation behavior. Also, degradation of the lamellae
boundaries was observed to be insignificant in all the tests conducted. This was to be
expected, as the microstructure of various Ti-47Al type alloys was reported to be stable
during thermal exposure up to temperatures of 800 °C [13]. Finally, no distinct
microstructural differences were observed between the samples cyclically deformed in
isothermal LCF tests and in TMF tests. We also note that similar microstructures are
reported for the present material to form during tensile tests [14] and in creep tests [4].

Fractography—Figure 6 displays the area where the fatal fatigue crack has initiated
in a sample fatigued at 500 °C in high-vacuum. It is evident that most of the lamellae
seen on the fracture surface are inclined with respect to the external stress, and that crack
initiation has occurred at lamellae oriented about 45° to the external stress axis. This
crack initiation mechanism was not immediately evident in samples fatigued in air
environment as rapid oxidation initially hindered identification of the crack initiation
mechanism. However, longitudinal metallographic sections clearly revealed that the
fatigue cracks always had nucleated by the same mechanism irrespective of both the
environment and the actual loading conditions.

Similarly, the appearance of the fracture surface was observed to be not affected
substantially by test mode. This is to be expected as fatigue crack propagation is known
to be very rapid in these materials. Thus, environmental effects on propagation of longer
cracks should be negligible under the high stress conditions prevailing in LCF and in
TMF tests.

By contrast, the surface crack density was found to be influenced significantly by the
actual test conditions. In all fatigue tests conducted at 7 < DBTT, there were hardly any
secondary cracks visible on the outer specimen surface (Fig. 6). As test temperature was
increased, the number of secondary cracks increased, and above the DBTT small
secondary cracks were abundant. This effect of test temperature on surface crack density
was observed to exist for both high-vacuum and air environment.

20 pm

FIG. 6— SEM micrograph showing the crack initiation site at the outer surface and a
small part of the fracture surface of a sample fatigued at 500 °C in high-vacuum.
External stress axis is vertical. Crack nucleation at lamellae oriented at about 45° to the
external stress axis is typical irrespective of actual test conditions.
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Fatigue Life

In order to separate the different contributions to damage evolution, a variety of
fatigue tests were conducted, and Figure 7 summarizes the effects of the actual test
conditions on fatigue life in isothermal LCF tests.

Pure Fatigue—LCF tests in high-vacuum were employed in order to study pure
fatigue, i.e., damage driven solely by cyclic plasticity. As seen in Fig. 7, fatigue life in
high-vacuum is reduced as the temperature is increased. This is to be expected from Figs.
1 and 2, which demonstrate that plastic strain range, i.e., pure fatigue damage per cycle
increases as temperature approaches and exceeds the DBTT.

Effect of Mean Stress—Additional isothermal LCF tests conducted at R,= 0.1 in

high-vacuum were used to characterize mean stress effects. The data presented in Fig. 7
demonstrate that mean stress effects are most pronounced at temperatures below the
DBTT. Again, this is to be expected as mean stresses were observed to relax rapidly in all
isothermal LCF conducted above the DBTT.

Asymmetric hysteresis loops resulting in mean stresses are also characteristic of TMF
tests. Furthermore, isothermal LCF and TMF tests both have in common that rapid
cycling hardening occurs whenever the temperature is significantly below the DBTT.
Thus, TMF hysteresis loops are shifted during cycling, and in OP TMF tests the tensile
mean stresses tended to increase with number of cycles (Fig. 8). Similarly, mean stresses
became more negative in IP TMF tests as cycling proceeded, i.e, the initial IP part of the
test shown in Fig. 4.
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FIG. 7—Influence of test conditions on life in LCF tests conducted at As = 0.56%

and & =3 x 107 5. The number of mechanisms contributing to fatigue damage increases
Srom left to right, but the x-axis is not truly linear. Note that depending on the actual test
conditions fatigue life can decrease (“A”) or increase (“B”) with increasing
temperature.
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From the data presented in Fig. 7 it is evident that mean stress effects on fatigue life
can be quite large (note the logarithmic scale). It is believed that this is the main reason
for the drastic effect of strain-temperature phasing on fatigue life observed in the TMF
tests. None of the OP TMF tests conducted with a mechanical strain range of 0.56%
exceeded 5000 cycles to failure (Fig. 8). By contrast, none of IP TMF tests conducted at
the same mechanical strain range failed within 20X the number of cycles to failure of the
corresponding OP tests, and all [P TMF tests were interrupted at this stage.

Environmental Degradation—SEM studies revealed that a non-protective oxide layer
forms during fatigue in air, and oxygen-uptake significantly embrittles the subsurface
layer. As expected, the data presented in Fig. 7 demonstrate that fatigue life in air is
substantially lower than in high-vacuum. In the symmetrical LCF tests (R,= -1)

conducted in air, there is a slight tendency towards an increase in fatigue life with
increasing temperature. If compared to the high-vacuum data, it is clear that
environmental degradation is most pronounced below the DBTT. This is not observed in
most other materials. This unusual inverse effect of temperature on fatigue life trend is
even more pronounced whenever environmental degradation is combined with tensile
mean stress effects, and fatigue lives became very low in such tests (Fig. 7). This holds
true for both the isothermal LCF tests and the OP TMF tests (Fig. 8). Comparison of the
high-vacuum data obtained at R, = -1 with the data obtained in air at R = 0.1 reveals that
fatigue life is reduced from about 10° to a few hundred cycles in the worst case (Fig. 7).
Clearly, the material does have a high fatigue potential, but its properties are severely
affected both by environment and superimposed mean stresses.
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Discussion

Cyclic Stress-Strain Response

With respect to modeling of CSS behavior, two microstructural observations made in
the present study are paramount. Firstly, good thermal stability of the lamellae
boundaries was observed. This eases extrapolation of stress-strain mode! predictions that
are based on input data obtained in short term laboratory tests towards long-term service
conditions. In fact, thermal aging experiments conducted by Ramanujan et al. [13] have
demonstrated that aging produced little or no change in the lamellar structures up to
temperatures of 800 °C.

Secondly, the TEM observations performed in the present study have revealed that
there are no distinct differences between the dislocation arrangements established in
isothermal LCF and TMF tests, respectively. This allows for modeling of CSS response
under TMF conditions based solely on isothermal input data (Ref. 9). Similarly, the
effects of prior load history are negligible (Figs. 3 and 4). Given this rather simple
material behavior, it should be clear that the details of the actual stress-strain model used
are of minor importance.

It is well established that dislocation rearrangements are rather slow, and thus, for
most tests conditions, microstructure will not change drastically within an individual
TMF cycle. Consequently, materials that develop significantly different microstructures
in isothermal LCF tests at low and high temperatures, respectively, tend to form unique
microstructures in TMF tests [15]. For such materials CSS response under TMF
conditions is not directly predictable from isothermal LCF tests.

The isothermal siress-strain response, was found to be drastically different below and
above the DBTT, (Fig. 1), and thus, dislocations arrangements formed are expected to
vary substantially with test temperature. Hence, pseudo-isothermal behavior was not
expected in TMF tests for the material studied, as the TMF cycle applied covered tem-
peratures below and above the DBTT. Clearly, the rapid cyclic hardening observed in the
LCF tests conducted at 7 < DBTT does lead to dislocation configurations that are easily
recovered in the high-temperature part of the TMF cycle (T > DBTT). In fact, TEM
studies of fatigued polysynthetically twinned TiAl crystals [16] have shown that recovery
can occur at temperatures as low as 400 °C.

Below the DBTT the motion of ordinary %<110> dislocation results in high
dislocation density within the primary and the lamellar y-grains. At low temperatures the
internal boundaries present in the microstructure (Fig. 5) act as effective obstacles for
dislocation motion [17] and eventually cause rapid cyclic hardening. Above the DBTT,
the dislocations at the lamellae boundaries, which have pure screw character, annihilate
easily [2,12]. It is also known that defects rapidly annihilate by diffusion of vacancies at
T > 700 °C, and thus, contribute to recovery above the DBTT [17].

Furthermore, it is reported that deformation-induced twins (Fig. 5¢) can also hinder
dislocation motion in fatigue [11]. However, recent work [18] has indicated that twins are
only weak obstacles, and thus, their effect on macroscopic deformation behavior is only
minor unless their volume fraction becomes relatively high. In fact, unusual shapes of the
hysteresis loops are commonly observed for this material [3,6], and this might be partly
attributed to the formation of deformation-induced twins. For the scope of the present
paper, however, it is sufficient to note that twins contribute significantly to deformation
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only above the DBTT. Thus, their overall effect on CSS response is rather small as their
volume fraction is either low (I < DBTT), or rapid recovery (7' > DBTT) compensates
for any hardening effect.

Modeling Environmental Degradation and Fatigue Life

As demonstrated in the following, fatigue behavior of the titanium aluminide studied
is similar to that of high-temperature titanium alloys in many respects, and thus, it was
tempting to try to adapt a TMF life mode] developed earlier for a titanium alloy {19].

First of all, OP TMF testing is most detrimental for both alloys as a result of envir-
onmental degradation. This largely results from the fact that neither material forms a
truly protective oxide scale, despite the much higher aluminum content of the titanium
aluminide [20]. At temperatures exceeding about 550 °C oxygen diffusion starts to be-
come significant, and an oxygen embrittled subsurface layer is formed. In fact, measure-
ments showed that microhardness in the subsurface layer of the titanium aluminide was
increased by about 100 HV 0.0025 in samples fatigued in air as compared to samples
tested in high-vacuum.

Conventional titanjum alloys show a strong coupling between cyclic plasticity and
oxidation [19]. In fatigue tests on the more brittle TiAl alloys, however, plastic strain
ranges have to be much smaller. Thus, this effect should be negligible, and the thickness
of the embrittled subsurface layer may be computed essentially based on diffusion data. It
should be noted that the formation of a mixed TiO»/Al,O3 oxide layer was observed in
the present study, and oxidation does not demonstrate simple parabolic growth. Our
thermogravimetric studies have shown that oxidation is better described by a bi-linear
model. Modeling is complicated a bit more by the fact that partial pressures of both
oxygen and water vapor affect the oxidation kinetics [21,22]. Consequently, details of the
environmental conditions have to be known if the growth of the embrittled subscale is to
be modeled accurately. However, the structure of the oxide scale is reported to be
unaffected by temperature in the range from 6001000 °C [23], and thus, it appears that
modeling of oxidation is still possible with reasonable effort.

Environmental effects are most pronounced at temperatures below the DBTT,
resulting in the unusual inverse effect of temperature on fatigue life for tests conducted in
air environment (Fig. 7). Such an anomalous behavior was also observed in fatigue crack
growth tests on pure TiAl and a TiNb particulate-reinforced alloy, where properties were
reported to be worse at 600 °C than at 800 °C [24]. This is clearly different from the
behavior observed in conventional high-temperature titanium alloys [19]. There are many
studies indicating that hydrogen embrittlement contributes to damage evolution in
titanium alloys at intermediate temperatures (~ 300 to 500 °C). Hydrogen embrittlement
is thought to result from the interaction of water vapor with material freshly exposed at
the crack tip during cyclic plastic deformation [25]. It is reported that this is also a viable
mechanism for titanium aluminides [26], and below the DBTT the material should be
much more susceptible to environmental degradation than above the DBTT. This does
explain the unusual inverse effect of temperature on fatigue life seen in tests conducted in
air (Fig. 7).

The fact that mean stress affects fatigue life most below the DBTT is easily
rationalized by the observation that mean stresses rapidly relax in isothermal LCF
conducted at higher test temperatures. By contrast, mean stresses do not relax in TMF
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tests (Fig. 8). Hence OP TMF tests are much more detrimental than IP TMF tests, i.e., the
pronounced effect of mean stress on fatigue life seen in the isothermal tests (Fig. 7) fully
transfers to TMF loading.

With respect to modeling of fatigue life, crack initiation has to be addressed next. For
the high-temperature titanium alloy it was shown that (i) crack initiation can be assumed
to occur within the first few cycles, and (ii) initial crack size does correlate well with
microstructural features. Both statements hold true for the TiAl alloy studied. As shown
in Fig. 6, the fatal crack initiated at lamellae interfaces oriented approximately 45° with
respect to the external stress axis. Thus, one can safely assume that a crack corresponding
to the size of the lamellae (~30 pm) rapidly forms within the first few cycles. In fact,
when initial crack size was calculated from the number of cycles to failure observed for
tests conducted in high-vacuum, values in the range from 17 to 56 pm were obtained. For
these calculations, crack propagation was described using the cyclic Al integral, for
details see Ref. 19. All that is required in this approach is the initial crack size, CSS
response of the material, and crack propagation constants. Initial crack size is known
from microstructure, and CSS response can be modeled much easier than for most other
materials. Unfortunately, crack growth curves tend to be very steep in the case of
titanium aluminides, and below the DBTT, crack growth exponents easily reach values as
high as 45 [27]. Consequently, minor inaccuracies in calculation of stress range finally
lead to drastically inaccurate estimation of fatigue crack growth rate, and thus, fatigue
life could not be predicted satisfactorily for any of the tests conducted in air environment.
In this respect titanium aluminides are quite different from conventional high-
temperature titanium alloys.

At present, a conservative approach to modeling fatigue life under TMF conditions
could be using data obtained from isothermal LCF tests conducted at the minimum
temperatures of the corresponding TMF cycle. Furthermore, the mean stress that builds
up under TMF loading conditions has to be accounted for. Note that mean stresses and
fatigue lives in the LCF tests conducted in air at R,= 0.1 and T =500 °C are very similar

to those observed in the corresponding OP TMF test (Figs. 7 and 8).

Clearly, modeling of fatigue life under TMF loading conditions is still far from being
satisfactory. With respect to application, however, the tremendous potential of the
material, which is evident from the fatigue tests conducted in high-vacuum (Figs. 7 and
8), appears to be very promising. Hence, appropriate surface modifications or coatings
[28] are an important issue in this respect. In fact, a few preliminary LCF tests have
already indicated that surface modifications such as CI” ion implantation can substantially
increase fatigue life in this alloy.

Summary

Isothermal low-cycle (LCF) fatigue and thermomechanical fatigue (TMF) tests were
performed on near-y titanium aluminide in the temperature range from 500-750 °C both
in high-vacuum and air environment. The results of this study can be summarized as
follows:

1. The dominating microstructural processes are similar both in isothermal LCF and

TMF tests. Thus, cyclic stress-strain (CSS) response under TMF conditions is
easily predicted based on isothermal input data.
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The lamellar microstructure was not degraded substantially during cyclic
deformation up to temperatures of 750 °C, and predictions of CSS behavior under
long-term loading conditions appear feasible based on short-term laboratory tests.
The material displays drastic effects of mean stress and environment on fatigue
life. Moreover, the effects are more pronounced below the ductile-to-brittle
transition temperature (DBTT), which is about 650 °C for the present material.
This results in an unusual inverse dependence of fatigue life on test temperature.
Above the DBTT, environmental degradation is mainly due to the formation of an
oxygen-embrittled subsurface layer. At the lower test temperatures employed,
oxidation is negligible. However, below the DBTT, the brittle material becomes
susceptible to hydrogen embrittlement, and hydrogen is assumed to be generated
by the reaction of water vapor with material freshly exposed at the crack tip.
Out-of-phase TMF tests conducted in air are most detrimental as these combine
(1) tensile mean stresses with (ii) high tensile stresses acting on the material in the
brittle state, and (iii) environmental degradation.
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ABSTRACT: An extensive database on the isothermal and thermomechanical fatigue behavior
of high-temperature titanium alloy IMI 834 and dispersoid-strengthened aluminum alloy X8019
in SiC particle-reinforced as well as non-reinforced condition was used to evaluate both the
adaptability of fracture mechanics approaches to TMF and the resulting predictive capabilities of
determining material life by crack propagation consideration. Emphasis was put on the selection
of the correct microstructural concepts, then adjusting them using data from independent experi-
ments in order to avoid any sort of fitting. It is shown that the cyclic J-integral (AJ concept) is
suitable to predict the cyclic lifetime for conditions where the total crack propagation rate is ap-
proximately identical to plain fatigue crack growth velocity. In the case that crack propagation is
strongly affected by creep, the creep-fatigue damage parameter D¢r introduced by Riedel can
successfully be applied. If environmental effects are very pronounced the accelerating influence
of corrosion on fatigue crack propagation can no longer implicitly be taken into account in the
fatigue crack growth law. Instead, a linear combination of the crack growth rate contributions
from plain fatigue (determined in vacuum) and from environmental attack was assumed and
found to yield a satisfactory prediction, if the relevant corrosion process is taken into account.

KEYWORDS: High-temperature titanium alloy, IMI 834, high-temperature aluminum alloy,
X8019, metal matrix composite, fracture mechanics, fatigue crack propagation, cyclic life, envi-
ronmental damage, thermomechanical fatigue, life prediction

Introduction

Cyclic loading of metallic engineering materials at high temperature is known to
cause a complex evolution of damage, which cannot be described in a unique and
straightforward way. This is particularly true in the case of components subjected to
thermomechanical fatigue (TMF) loading conditions. TMF loading occurs in service
from a combination of thermal transients during startup and shutdown and mechanical
strain cycling. This complex cycling may also lead to damage contributions from
environmental degradation (usually termed oxidation), fatigue, and creep. The individual
extent of these damage constituents and their mutual interactions depend strongly on the
specific material considered and the loading conditions applied.
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Driven by the need for an accurate concept to predict life of metallic engineering
materials subjected to complex loading conditions, as this is a prerequisite for improving
reliability and economy of the use of such materials, a variety of life prediction models
have been proposed for TMF (e.g., [1-17]). In order to account for the complex
interaction of fatigue, creep, and oxidation, very different concepts have been proposed.
These models can be subdivided into four classes: (i) empirical, (ii) damage mechanics,
(iii) fracture mechanics, and (iv) physical models [6]. Currently, the maturity of physical
models for TMF life prediction is rather low. This can mainly be attributed to the
problem of modeling the interaction of damage mechanisms where sound physical
concepts are lacking. The importance of the physical approach lies primarily in providing
the physical background for empirical and damage mechanics models, e.g., by explaining
the conditions that promote the formation of cavities. While the concept of damage me-
chanics is rarely applied to complex loading (e.g., [7]), phenomenological (empirical) ap-
proaches are often used [4,8—12] and preferred in practical applications [13]. However,
despite the fact that often reasonable agreement between experimentally observed TMF
life and predictions by empirical models is reported, the lack of a physical basis seems to
be not only unsatisfactory but also dangerous for predictions made outside the range of
loading conditions and temperatures collected.

Fracture mechanics concepts describe the growth of a fatal crack from its initial size
to its size at failure. These methods are especially useful if a material contains mi-
crostructurally large initial flaws or if cracks are initiated early in cyclic life. The local
conditions close to or at the crack tip are considered to be responsible for crack propa-
gation and hence parameters such as K, J, and C" and their cyclic counterparts are
applied, since they can be determined on a macroscopic level. The striking advantage of
fracture mechanics methods is that crack length represents a simple and physically
reasonable measure of damage. Furthermore, the implications of microstructural changes
can directly be taken into account in modeling. Hence, from the point of view of
transferability and predictive capability, these models seem to be the most versatile for
complex loading situations such as TMF. This benefit seems to be important, as
laboratory tests are usually run under more severe conditions than those encountered by
an actual high-temperature component. Consequently, fracture mechanics has been
applied to TMF loading in several studies (e.g., [1,3,14-17].

The objective of this paper is to provide a compact survey of fracture mechanics
based life prediction methods applied to a series of isothermal and thermomechanical fa-
tigue studies performed in the laboratory of the authors [18-20]. Two areas are empha-
sized in this paper. The first area is the selection and adaptation of models according to
the relevant material-specific damage mechanisms as identified by means of thorough
microstructural analysis. The second area is the expansion of these models with respect to
TMF loading conditions. For the sake of clarity the paper is restricted to fracture me-
chanics concepts, while the results obtained by application of selected damage mechanics
and empirical methods are reported separately [21].
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Details on the Materials and Experimental Procedures

Materials Considered

The investigation was performed on three metallic materials, which basically fulfill
the requirement of a short crack initiation stage. The first alloy was high-temperature tita-
nium alloy IMI 834, which is a near-a Ti alloy of nominal composition Ti-5.8Al-4.0Sn-
3.5Zr-0.7Nb-0.5M0-0.35Si-0.06C (in wt pct). All data used in this study were obtained
on the bimodal microstructure, which is designed to yield an optimum compromise
between creep and fatigue performance [22]. Figure 1 shows an optical micrograph of
this microstructure, which was established by solution annealing for 2 h in vacuum at
1020 °C, i.e., within the otp phase field, followed by a rapid oil quench. During
quenching the P phase transforms into lamellar o (transformed ), which surround the
primary o grains. The average grain size and the volume fraction of the primary o grains
were found to be 14 um and 15 vol. percent, whereas the transformed B grains show a
grain size of about 25 um. Before mechanical testing, the material was aged for 2 h at
700 °C and air cooled. This improves the mechanical properties due to the precipitation
of fine silicide particles and ordered Ti;Al.

.\‘ i@ ’ a.
FIG. 1—Optical micrograph of the FIG. 2—TEM micrograph of
bi-modal microstructure of IMI 834. X8019/12.5, showing a SiC particle and
dispersoids.

The second and third alloy used in this study were the high-temperature aluminum
alloy X8019/12.5, (nominal composition Al-8Fe-4Ce in wt pct), which is reinforced with
12.5 vol. pct SiC particles and the unreinforced (i.e., SiC-free) reference alloy. Both
alloys are dispersion-strengthened and have excellent microstructural stability at elevated
temperatures [23]. Dispersion strengthening is obtained by rapid solidification of the gas-
atomized powder as part of the powder-metallurgy production process leading to a high
volume fraction of fine intermetallic phases formed by iron, cerium, and aluminum.
Transmission electron microscopy (TEM) indicated that the microstructure of both alloys
is identical with regards to volume fraction, morphology of these dispersoids, and grain
size (about 1 um). Figure 2 shows a TEM image of the particle-reinforced variant. The
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SiC particles present in this material were found to have an average diameter of about
3 um and seem to have no effect on the dispersoid distribution. Metallographic inspection
showed an excellent bonding at the SiC/matrix interface and a homogeneous distribution
of both the dispersoids and the SiC reinforcement.

Experimental Procedure

The fatigue tests were performed in servohydraulic testing machines (MTS) equipped
with induction heating systems using specimens with a cylindrical gage section, which
were either mechanically (X8019 and X8019/12.5;) or electrochemically (IMI 834) pol-
ished before testing. All TMF experiments and the isothermal fatigue tests were per-
formed under fully reversed, push-pull, closed-loop, plastic strain control using a trian-
gular function generator signal. This technique ensures that the specimens were always
deformed at a constant (absolute value of) plastic strain rate easing the comparison of the
behavior under TMF and isothermal test conditions [24]. In the TMF experiments, the
temperature was varied linearly with time and synchronously in-phase (IP) and out-of-
phase (OP) with the plastic strain. The tests were always started at the mean temperature
and at zero plastic strain with the strain increasing. The fatigue tests were mainly run in
laboratory air, however additional experiments were performed in high vacuum to char-
acterize the significance of environmental effects on fatigue life.

In order to determine all the necessary data for the application of selected fracture
mechanics life prediction models, creep tests were performed in conventional creep ma-
chines, which were modified such that the stress could be kept constant in each test. Fur-
thermore, fatigue crack growth was studied using single edge notch specimens loaded in
4-point bending.

Microstructural changes were characterized applying TEM on samples that were
thinned either using conventional twin-jet electropolishing (IMI 834) or ion milling
(X8019 and X8019/12.5,). Scanning electron microscopy (SEM) was used to determine
the relevant damage mechanisms. Microhardness profiles were measured on samples of
IMI 834, since this alloy forms an oxygen-enriched brittle subsurface layer (a-case) dur-
ing high-temperature exposure to air. As will be shown below, this oxygen embrittiement
is enhanced by cyclic plastic deformation and contributes significantly to fatigue crack
propagation. Since hardness within this layer is approximately proportional to the square
root of the oxygen concentration [25], microhardness profiles provide a simple means to
quantify the depth of this zone.

The main results of the isothermal fatigue tests and the TMF experiments have been
published in detail in refs. [26-30]. The description of the fatigue behavior is confined in
this paper to those aspects that are relevant to the fracture mechanics life prediction
methods used. Results reported in the literature [31-33] were employed where model
parameters could not be determined from the experiments performed.

Selected Fracture Mechanics Concepts and Their Application

Cyclic J Integral

Theoretical Background—In the case of Ni-base superalloys, fatigue crack propa-
gation can be described by means of linear-elastic fracture mechanics even at high tem-
peratures. The ductile and less creep-resistant alloys dealt with in this study require a
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consideration of the effect of non-elastic deformation on crack growth. According to the
concept proposed by Dowling [34], the cyclic J integral can be applied for conditions
where a solely cycle-dependent behavior is observed. Following Heitmann et al. [35] an
analytically deduced approximation for semicircular cracks under plain strain conditions
was used to calculate the effective cyclic J integral as

Moy =290, +2.5W,) a=Zpa (1)

€
Waerr and W, are the effective elastic and the plastic deformation strain energy den-
sities, respectively. An a denotes the crack length. Both energy densities can directly be
determined from the stress-strain response of cyclic deformation. W, is represented as the
area under the ascending branch of the hysteresis loop in a plot of stress o vs plastic
strain g, Crack closure effects are accounted for in Weyerr using
A 2
W =% ®
where E is the Young’s modulus. The effective stress range Aces can be calculated in a
first approximation from the stress range Ac and the load ratio R using [35]

Ao =3.7200(3-R)"" (3)
The crack propagation rate (da/dN) is assumed to follow expression (4) so that the

number of cycles to failure Ny results from an integration of this equation from the initial
crack length ag at Ny (which 1s 1 according to the concept) to the final crack length ay.

= C ) =C(Zp)" " @
I—m f-m
Nf — M+NO (5)

(1-m)c(zp )"

An advantage of this concept is that the crack propagation constants C and m in
equations (4) and (5) can be derived directly from the Paris regime of fatigue crack
growth under loading conditions where linear elastic fracture mechanics applies. Under
plane strain condition AJ.g and the effective stress intensity range AK are related via

Mg = (8K V (-v?)/E ©)
where v is Poisson’s ratio (v=0.3).

Application of cyclic J integral to X8019 and X8019/12.5,—The results of fatigue
life prediction according to equation (5) depend heavily on the value assumed for aj.
SEM study showed that in particle-reinforced material the fatigue crack always starts
from cracked or debonded large SiC particles located at or close to the surface. Hence,
irrespective of temperature an initial crack length of 15 pm, determined metallographi-
cally, corresponded reasonably well with the diameter of the largest SiC particles. In the
SiC-free material, cracks are also formed very early in life starting from the surface in
areas which appear brittle. However, metallographic inspection indicated that the initial
crack size increases with temperature from a value of 8 um at room temperature to 15 pm
at 300°C. In both materials, fatigue crack propagation seems to govern cyclic life up to
temperatures of 250°C where creep deformation can no longer be neglected.
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FIG. 3—SEM micrographs of longitudinal sections of specimens cyclically loaded at
a plastic strain amplitude of 0.4% at (a) room temperature and (b) 300 °C (stress axis is
vertical).
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FIG. 4—Comparison of experimentally obtained and calculated lives at room
temperature for X8019 and X8019/SiC, as a function of Zp.

In the case of the reinforced alloy, a change in damage mechanism both with in-
creasing temperature under isothermal conditions and with strain-temperature phasing in
TMF was observed. In isothermal tests at room temperature as well as in TMF OP tests,
crack propagation takes place mainly within the matrix. Cracked SiC particles were only
found on the fracture surface, i.e., cracking occurs in the stress field of the propagating
crack without strong effect on crack growth rate. In the bulk (remote from the main
crack) particles debond from the matrix (Fig. 3a) without cracking. At elevated
temperature and under TMF IP conditions, voids are formed at the SiC/matrix interface
(Fig. 3b) as a bulk phenomenon, and cracking in front of the growing crack seems to lose
importance. Thus under these conditions fatigue cracks first extend preferentially within
the matrix and later propagate by link-up with the SiC/matrix interface voids.
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Because neither creep deformation nor void formation is modeled by the AJ concept,
its application is only justified at low temperatures (<250°C). The lines in Fig. 4 repre-
sent the result of the calculation according to Eq 5 performed for room temperature on
the basis of a final crack size of 1 mm and values of C and m from long fatigue crack
growth tests (4-point bending). The symbols depict the experimentally determined
fatigue lives. Reasonable agreement between calculation and experiment is obtained.

Application of Cyclic J Integral to IMI 834—As has been stated above, the AJ con-
cept is very sensitive to ag while it is rather insensitive to a¢ This fact was used to indi-
rectly determine the initial crack size as a function of temperature for IMI 834 by adapt-
ing ap in equation 5 in such a way that it yields the values of Ny of fatigue tests performed
in high vacuum. Since environmental effects can be excluded in vacuum and creep de-
formation was found to be negligible under the test conditions applied, this procedure
seems to be justified. Moreover, it provides the basis to estimate the contribution of pure
fatigue damage under complex loading conditions as will be shown later. The resulting
values of aq are plotted versus temperature in Fig. 5.
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FIG. 5—Initial crack size in IMI 834 as a function of temperature in isothermal
tests at a plastic strain amplitude of 2-10°7; w calculated from fatigue life obtained in
vacuum tests, O observed by means of metallographic inspection.

In order to check whether the calculated increase of the initial crack size with tem-
perature represents the real behavior, SEM was employed. Figure 6a and 65 show typical
examples for crack initiation sites as observed after cyclic deformation at low and high
temperature respectively. Up to a testing temperature of about 400°C, most cracks are
formed within the primary a grains (Figure 6a). At higher magnification, it becomes ap-
parent that cracks initiate along planar slip bands. Consequently, ap should be identical to
the primary a grain size (14 pm). Hence, the values seen in Fig. 5 in the low temperature
plateau are in excellent agreement with those metallographically determined. The
increase of ay 1s also reflected in the SEM study. The few fatigue cracks that were found
in the primary a grains at T = 600 °C seem to become non-propagating as soon as they
reach the grain boundary. The cracks formed in the transformed o grains (the prior B
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grains) and seem to grow unhindered (Fig. 6b). Therefore, the prior § grain size, which is
about 25 um, provides a reasonable value for aq at high temperature in accordance to Fig.
5. A possible explanation for this change in the crack initiation mechanism is given in
Ref. 36. The effect is mainly attributed to a transition in slip mode from planar to wavy,
which occurs around 600 °C.

It should be noted that all tests dealt with in this study were performed under large
scale yielding conditions. Therefore, threshold type behavior at the crack starting sizes
observed can be excluded.

FIG. 6—SEM micrographs showing typical crack initiation sites for tests run at
(a) T =400 °C and (b) at T = 600 °C (stress axis is horizontal).

Creep-Fatigue Damage Parameter D¢y

In contrast to the behavior of IMI 834, creep was found to contribute significantly to
cyclic plastic deformation during fatigue testing of X8019 and X8019/12.5, at tem-
peratures above 250 °C. As already shown above (Figure 3b), fractography showed that
there was significant void formation at the SiC particles in the reinforced material. How-
ever, this creep damage mechanism seems to occur independent of fatigue damage, which
continues to be governed by crack growth within the dispersion-strengthened matrix.

Riedel [37] proposed an expansion of the AJ approach for situations where void
formation and crack propagation are not coupled. Then the crack growth rate depends on

the creep-fatigue damage parameter Dcr as

da

—=C(Dg )" a™. 7

=) Q)
Using some simplifying approximations, which are described in detail in [37], Dcr

can be expressed as

]

5 1+n
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where n denotes the Norton exponent determined from constant-stress creep experiments,
and n' is the fatigue hardening exponent calculated from the slope of the cyclic stress-
strain curve. The separation of plastic strain range Ag, and creep strain range Ag, for
isothermal push-pull loading was performed with reasonable accuracy by means of fa-
tigue tests that employed instantaneous changes in strain rate [38]. All the other parame-
ters were treated exactly as described above in the context of the application of AJ so that
no fitting was required.
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FIG. 7—Comparison of experimentally obtained and calculated lives at 300 °C
for X8019 and X8019/SiC, at a plastic strain rate of 107 5.
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full symbols represent creep tests, open symbols show results from fatigue tests.

Figure 7 compares the experimentally determined number of cycles to fracture with
the prediction results for both the reinforced and the SiC-free material at 300 °C and a
plastic strain rate of 107 s It must be emphasized that reasonable agreement can only be
expected if the loading conditions applied fulfill the requirements for application of Dcy.
In particular, if the temperature is too high or the plastic strain rate too low, a strong
interaction between creep cavity formation and crack growth may occur, or lifetime may
be dependent on creep damage evolution. The regime where creep dominates and corre-
sponding parameters such as C" apply can be defined where the peak stress required in a
fatigue experiment approaches that of a creep test when the inelastic strain rates are also
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similar, Figure 8 represents fatigue data as open symbols, while creep data are plotted as
full symbols. The change in slope from the fatigue line to the creep line indicates that
below a critical plastic strain rate, which increases with temperature, creep dominates the
behavior.

Considering Environmental Effects on Isothermal Fatigue and TMF Life of IMI 834

Basic Concept—Environmental effects are known to play an important role in
high-temperature fatigue of titanium alloys. Because the dominant mechanism of the
interaction of IMI 834 with laboratory air changes with temperature and this change takes
place in each TMF cycle, a suitable life prediction model should treat the environmental
effects separately instead of considering them implicitly in the fatigue crack growth law.
On the other hand, systematic investigations applying various types of load cycles, in-
cluding those incorporating dwell periods [28, 31], documented that creep damage is neg-
ligible in the temperature range where these alloys are currently used. Even in creep tests,
large plastic strains must be accumulated to cause significant void formation. Hence, for
modeling it is assumed that the overall crack growth rate contains two contributions,
which account for pure fatigue and environmental effects. For the sake of simplicity a lin-
ear superposition law was applied:

da _ da

da)  da
dv dN

9
fat dN ( )

env

The term in Eq 9 that corresponds to pure fatigue was expressed by means of the AJ
concept (Eq 4) as described above. Since the crack propagation behavior of titanium
alloys in high vacuum is almost independent of temperature, data observed at room
temperature on long fatigue cracks were used [31].

Environmental Effect at High Temperature—Microhardness profiles obtained on
cyclically deformed samples documented that oxygen uptake seems to be plasticity-en-
hanced. At temperatures above 600 °C fatigue crack propagation is strongly affected by
the existence of an oxygen-embrittled subsurface zone. Following the suggestion of
Reuchet and Rémy [39] the thickness of this zone e, can be described by

em=amﬁ=ag(T)(1+KmA—§‘1JJ? (10)

where K, is a constant and ag denotes the oxidation constant without cyclic loading,

i.e., at zero plastic strain amplitude Agy/2. As the number of cycles N increases, the crack
propagates faster, and the environmental contribution to fatigue crack rate decreases. In

contrast with [39], where da/dN| |env was assumed to be independent of N, the total crack

advance due to the environment was assessed to be equal to the a-case layer thickness at
the smooth surface determined metallographically, i.e.

_dey () _dloa TN )_“_m(ijm an

da| _
N

dNv

_ da
dN

dN dN 2

env Oxygen
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where 71s the cycle time. Inserting equations (11) and (4) into (9) results in an equation
that cannot be integrated in closed form. Therefore, the number of cycles to failure was
calculated using the Euler-Cauchy iteration method.

Environmental Effect at Intermediate Temperature—Oxygen uptake in high-tem-
perature titanium alloys becomes negligible for temperatures below about 500 °C. As
shown by comparative studies on the fatigue crack propagation in nitrogen and humidi-
fied air [32,33] the main environmental degradation can be attributed to hydrogen, which
results from the reaction of water vapor with the freshly exposed crack tip.
Unfortunately, this type of environmental effect on fatigue crack growth cannot be
proved directly by metallographic studies. Hence published data on long fatigue crack
growth was used to quantitatively describe the detrimental environmental effect in the
intermediate temperature range. The expression

da]

dv

_da]

dN =H H,

Hydrogen

(12)

env dN fat

was applied where H; was derived from the increase in fatigue crack growth rate ob-
served in humidified argon as compared to high vacuum [33]. The parameter /, takes the
effect of frequency into account and was deduced from test results observed at 0.5 and 35
Hz [32]. Since the effect of temperature and stress intensity factor range on H, and H, has
been shown to be very small, constant values were assumed.

Application to Isothermal Fatigue and TMF—So far the concept presented is ap-
plicable to isothermal conditions only. In this case the environmental degradation is
mostly dominated by one damage mechanism, which is determined by temperature. In or-
der to describe the behavior over the temperature range of a TMF cycle, it is assumed
that the modeled environmental effects are decoupled and therefore oxygen and hydrogen
effects can be combined by means of linear superposition.

da]

dv

_da|

dv

da
+_

W (13)

env Oxygen Hydrogen

Figure 9 represents the maximum stress values observed in fatigue tests in vacuum
and ambient air at various temperatures as a function of the number of cycles to failure.
The fatigue lives in vacuum are reasonably well predicted with the assumption of pure
fatigue (Eq 5). The curves labeled A and B in Fig. 9 represent the calculated results for
dry air (Egs 4, 9, and 11) and humid argon environment (Eqs 4, 9, and 12), respectively.
The linear combination of both environmental damage contributions according to
equation (13} yields satisfactory results over the whole temperature range (curve C).

Previous work [40] has shown that TMF hysteresis loops can be modeled for many
materials based on isothermal data only. Hence, TMF fatigue life in inert environment
can be predicted in a straightforward manner from isothermal data using the cyclic J
integral concept introduced above. However, the question of the initial crack size needs
to be addressed. SEM investigation showed that the change in a9 with temperature
observed under isothermal conditions (Fig. 5) does not occur in TMF. Crack nucleation
was always observed in the lamellar transformed B matrix. In other words, initial crack
size was assumed to be governed by the maximum temperature of the TMF cycle.
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The consideration of environmental effects on fatigue life in TMF is more compli-
cated and demands additional assumptions. Hydrogen embrittlement was assumed to be
negligible in the case of IP TMF as stresses are mostly compressive in the low-tempera-
ture part of the cycle. Consequently, oxidation was the only environmental effect consid-
ered for IP TMF. By contrast, both environmental degradation mechanisms were ac-
counted for to predict Ny of OP TMF tests. Oxygen uptake was assumed to be not
affected by the sign of the stress and therefore should be rather independent of plastic
sirain-temperature phasing. Since high tensile siresses coincide with low femperature in
OP TMF, hydrogen embrittlement must be expected due to the reaction of the alloy with
water vapor.
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Figure 10 compares the experimentally observed TMF lives of IP and OP tests at two
values of the plastic strain amplitude with the results of the prediction calculation. As can
be seen, all data points lie within a +2 scatter band.
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TMF Life Prediction for X8019 and X8019/12.5,

In contrast to most of the isothermal tests performed on both aluminum alloys, TMF
tests were performed applying a low plastic strain rate of 10°s™. This fact and the
periodically changing temperature in TMF again demands a separate treatment of the oxi-
dation damage contribution. Moreover, no solution is yet known for the Dcr parameter
under non-isothermal conditions. Hence, a combined consideration of creep and fatigue
contribution to damage evolution by means of D¢ is not possible for TMF. Therefore,
the following basic equation was used assuming that there is no coupling between the
individval damage mechanisms.

da da

AN dN

da

da
+ —_
fat dN

+ W (14)

Creep Oxygen

Fatigue crack growth rate under pure fatigue conditions can be calculated directly
applying equation (4). As crack propagation was found to occur within the matrix during
most of the fatigue life, the time-dependent effects should not be contained in the fatigue
term of equation (14). Therefore crack growth data obtained for the unreinforced material
at room temperature and high frequency was used. The actual value of AJyg can either be
taken from a measured TMF hysteresis loop or calculated from isothermal data, which
can be justified by the stability of the microstructure [40].

Miller et al. [3] proposed a method to assess the creep damage from creep rates
observed in monotonic creep tests. da/dN| ( Crecp W8S calculated in this way, however it

turned out that the creep damage under TMF cycling over the range of temperatures ex-
plored was negligible. This is simply a consequence of the strong temperature depend-
ence of the creep rate such that creep deformation takes place only close to the maximum
temperature of each TMF cycle.

Oxidation damage was treated analogously to the model of Miller et al. [3] according
to

da =Co, (A‘]eff )mox v = C; exp[%} (Ajeff )mox v (15)
eff

where mox and y are material constants and 7 is the cycle time. The coefficient Coy ac-
counts for the temperature dependence of oxidation and obeys an Arrhenius-type equa-
tion. In the original model, the apparent activation energy Qox is a function of the stress
at the minimum temperature of the TMF cycle in order to take mean stress effects on
cyclic life into account. As the cyclic life of the materials studied was found to be a weak
function of phasing (OP and IP), this extension was ignored (Qox = const.). The oxide
formation on aluminum alloys occurs quite rapidly on exposure of the material to air and
leads to a thin layer of approximately constant thickness. The oxidation rate, and hence
the relevant oxide thickness in TMF, is governed by the maximum temperature, Ty, in
the cycle. Therefore, the effective temperature, Tesr, in Eq 15 was replaced by Tiax- All
the other oxidation parameters of equation (15) were obtained by non-linear least squares
regression to isothermal fatigue life data from tests performed on unreinforced material.

Oxygen
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FIG. 11—Comparison of experimentally obtained and calculated TMF lives of X8019
and X8019/12.5, at a plastic strain rate of 107 5.

Figure 11 shows a comparison of the calculated values for TMF life and the ex-
perimental observations. As discussed in detail in ref. 29, a non-conservative prediction
results for the particle-reinforced material that can be attributed to the apparent coupling
of the damage mechanisms, which is not accounted for by the model.

Concluding Remarks

In principle, the concepts described throughout this paper and the predictions ob-
tained show that fracture mechanics methods are a suitable means of describing fatigue
life both for isothermal and thermomechanical conditions. However, the description
given here indicates that the concepts must be selected carefully such that they relate
closely to relevant damage mechanisms and microstructural processes. Hence, no fracture
mechanics damage parameter is a priori qualified. Rather extensive testing in
combination with detailed microstructural and fractographic studies must be performed,
before an appropriate concept can be selected. This approach is illustrated for the alloy
X8019/12.5, in Figs. 12 and 13. In Figure 12, a map is presented, which shows the
regimes of plastic strain amplitude (ordinate) and temperature or plastic strain rate
{abscissa) where damage can be attributed to fatigue, creep, oxidation, or combinations
of these damage types. On the basis of such a map, which resulted from metallographic
inspection of correspondingly tested samples, a suitable damage parameter can be chosen
and applied to the respective loading parameter regime (Fig. 13). In the case of TMF,
adaptation of these concepts to non-isothermal conditions requires even more
consideration in order to deduce simplifications, which enable the adaptation but are also
reasonable from a mechanistic point of view.

A fundamental disadvantage that arises from the strong connection of the relevant
damage processes with the suitable fracture mechanics parameter is the very restricted
transferability of corresponding models to new loading conditions. This might be an im-
portant reason why empirical life prediction methods are still preferred in practical appli-
cations. Despite the lack of physical reasoning, empirical approaches provide similar pre-
dictive accuracy (compare [21]) and are simpler to apply. However, the acceptable range
of applicability and the transferability are better defined for fracture mechanics methods,
if a sound knowledge on the active damage mechanisms exists. Furthermore, in research
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the application of fracture mechanics can help to identify those mechanisms that control
damage evolution and to quantify these processes.
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FIG. 13— Schematic map representing the regimes of the respective life prediction
concepts deduced from Figure 12 for X8019/12.5,.

One major limitation of simple fracture mechanics concepts has been shown by the
poor accuracy of the calculated TMF life of X8019/12.5, (Fig. 11). Because linear
combination of the damage contribution has been used in the model applied, the unsat-
isfactory prediction result is not surprising, but simply a consequence of coupling of
damage mechanisms as confirmed by metallographic observations. There are some
models proposed in the literature that try to take these interactions into account. At
present however, it appears that the understanding of the physical nature of these cou-
pling effects and the development of a mathematical description of the relevant processes
are much too incomplete to provide an appropriate basis for model development.
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ABSTRACT: This study is part of a project concerned with the effect of diffusional aluminide
coatings on the stress response and life of a coated monocrystalline nickel-base superalloy
(CMSX-6) during thermomechanical fatigue (TMF) testing.

In this project, the effects of different platinum-modified aluminide coatings are studied. To
separate the effects induced by the coatings from other effects with respect to the TMF life,
uncoated specimens are investigated as reference specimens.

In this paper, TMF studies on specimens coated with a two-phase platinum-modified
aluminide coating are reported. The TMF tests were performed with a particular type of
asymmetric counterclockwise diamond cycle (lower and upper temperatures: 400 °C and
1100 °C, respectively) representing typical loads experienced by turbine blades under conditions
of service during start-up and shut-down operation. The life of the specimen is determined by
crack initiation and propagation. Crack initiation is observed to occur early during TMF life at
the surface of the coating as a consequence of its brittleness at low temperatures. Thus, the
coating shortens the life of the substrate-coating system. In this context, the characteristics of the
two-phase platinum-aluminide coating studied here and its influence on the mechanisms of crack
initiation and propagation during TMF are of special interest.

KEYWORDS: thermomechanical fatigue, coating, platinum-aluminide, nickel-base superalloy,
single crystal, crack initiation

Introduction

The components in today’s aero engines experience several types of loads:
mechanical and thermal loads and oxidative and corrosive attack. In the course of
operating time, these loads can lead to failure of the material. Thermomechanical fatigue
(TMF) failures, caused by simultaneous severe changes of temperature and stress, are of
particular concern. In the aero engine, the blades in the high-pressure part of the turbine
are exposed to the highest temperatures and mechanical loads. Therefore, these
components are made of monocrystalline nickel-based superalloys. These alloys have
sufficient mechanical strength at high temperatures but insufficient resistance against
oxidation and corrosion and, as a consequence, are degraded by the hot gas stream, if
they are not protected by an oxidation-resistant coating. A detailed overview of different

1 Research Associate and Professor, respectively, University of Erlangen-Niirnberg, Institut flir
Werkstoffwissenschaften, Lehrstuhl 1, Martensstr. 5, D-91058 Erlangen, Germany.
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164
Copyright®2003 by ASTM International WWW.astm.org



GRUBE ET AL. ON AN Ni-BASE SUPERALLOY 165

types of coatings, their characteristics, applications, and failure mechanisms is given
in Ref. 1.

In this context, the coatings of interest are several variants of diffusional aluminide
coatings: either pure nickel aluminides or platinum-modified aluminides, which can be
two-phase (B-NiAl+ PtAl,) or single-phase (B-NiAl). Simple aluminide coatings are
widely used as protective coatings for high-temperature applications because of their
excellent oxidation resistance. The platinum modification of the aluminide coatings has
been developed because of the significantly increased resistance against hot corrosion
compared to the conventional aluminide coatings [2,3]. Furthermore, an improved
adherence of platinum-modified coatings is reported, especially for the combination of
thermal barrier coatings on underlying metallic bond coats [4,5]. Finally, the oxidation
resistance also tends to be increased by the platinum modification: the degradation of the
coating is characterized by the transformation of the B-NiAl phase, the main phase of the
coating, to the y'-NizAl phase because of the loss of aluminium. This is due to the spalling
and the reforming of the surface oxide layer as well as to diffusion into the substrate. By
the addition of platinum, the B-NiAl phase is stabilized, which is the reservoir for the
replacement of aluminium atoms being lost during the coating life [6-8].

The above-mentioned coating materials show a good oxidation resistance, but are
generally extremely brittle at low temperatures. This is due to the fact that the main
constituents of these coatings are intermetallic alloys, namely the f-NiAl phase or p-NiAl
in combination with the PtAl, phase. Ordered alloys are known to be brittle at low
temperatures and to exhibit a brittle-to-ductile transition at a higher temperature. For the
pure B-NiAl phase, the transition temperature is between 300 °C and 500 °C, and it
increases with the content of alloying elements and with deviations from the
stoichiometry [9]. The ductility of nickel aluminide as a coating material is reported to be
a function of the aluminium content [10]. The brittle-to-ductile transition temperature of
different coatings with and without platinum modification, investigated under tensile
conditions, lies between 600 °C and 850 °C in both cases [11,12].

As a consequence, aluminide coatings can affect the TMF life drastically: the brittle
nature of the coatings leads to crack initiation very early in TMF life, especially if the
coating is loaded by tensile stresses during the low temperature part of the TMF cycle. As
a consequence, oxidation and crack propagation into the substrate can start immediately
after the cracking of the coating. As a result, the TMF life of the coated material is
shortened in comparison to the TMF life of the uncoated material [13—15].

In comparison to isothermal fatigue tests, all the types of TMF cycles developed in
recent times have the goal to simulate the real service conditions of the material as
realistically as possible. In general, the temperature and the strain are used as command
signals with triangular waveform. Depending on the phase shift between the two signals,
different types of TMF cycles can be defined.

In this paper, we shall report the results of our investigations on the effect of a two-
phase platinum-modified aluminide coating on the TMF life. The substrate material is the
monocrystalline nickel-based superalloy CMSX-6. The TMF tests were performed with
an asymmetric so-called counterclockwise diamond-shaped cycle, which is considered
representative for the loads occurring in the component during start-up and shut-down
operation of the turbine.
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Experimental

In the laboratory, the real service conditions are simulated by the thermomechanical
fatigue (TMF) test. The asymmetric cycle with a phase shift of —135° and a strain ratio
Ry = —1 is considered to be one of the most typical cycle types with respect to the
operating conditions in the turbine blade of the aero engine. This type of TMF cycle was
the one performed in this study. The shape of this cycle type is shown schematically in
Fig. 1. Minimum and maximum temperatures for all tests performed were 400 °C and
1100 °C, respectively. The heating and cooling rates were 10 K/s. Thus, the duration of
one cycle was 140 s. The mechanical strain range was varied between 0.5 % and 1.0 %.
Comparable TMF cycle types had been used in earlier work concerned with high-
temperature applications of aluminide coatings on nickel-based superalloys [14,16-19].

The differences between the types of strain that are dealt with throughout this study
have to be emphasized. As the 7otal strain eis we define the sum of the thermal strain &g
and the mechanical strain €yeq, as shown in Eq 1, the mechanical strain being the sum of
elastic and plastic strain.

€tot = €th T E€mech (1)

During the TMF test, the mechanical strain, which is the command signal, is
calculated from the measured total strain and the thermal strain. The latter is calculated as
a function of the measured temperature at any instant of time during the test. As a

consequence, the thermal strain as a function of the temperature has to be determined
before each test under load-free conditions.

T T/\ ot 4 €mech

€mech \//\ﬁt

FIG. 1—Definition of the TMF cycle type performed in this study.

The experiments were carried out on a uniaxial servohydraulic testing system of the
type MTS 810 with maximum loads of +50kN and a digital controller, which was
connected to a PC for the purpose of defining the command signals and for the data
acquisition. The total strain was measured by means of a high-temperature extensometer
with 12 mm gauge length. A detailed view of the central part of the TMF testing system
with the specimen is shown in Fig. 2. The heating of the specimen was done by a high-
frequency generator (200 kHz, max. 5kW) and an induction coil whose shape was
optimized with respect to the sample geometry in order to obtain a homogeneous
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FIG. 2—View of the central part of the TMF testing system.

temperature profile over the gauge length of the sample. Special thermocouples were
used for temperature measurements. Instead of spot welding, another technique of fixing
the thermocouple to the specimen was preferred in order to avoid any influence on crack
initiation. First the welded point of a thermocouple was pressed to a flat tape of about
100 um in thickness. Then, this thin tape was fixed to the surface of the specimen in the
middle of the gauge length by a spring (which is not visible in Fig. 2).

Although a flat sample geometry was chosen for reasons of high natural cooling rates,
forced air cooling had to be applied to reach the cooling rate of 10 K/s. To obtain a good
reproducibility of the airflow, two nozzles with a ring-shaped geometry were built and
placed at the top and the bottom of the specimen, respectively, so that the air was
conducted homogeneously onto the specimen. With this set-up, the temperature along the
gauge length, measured on the specimen surface, was always constant within +10 °C.

The longitudinal axis of the specimen is coincident within a few degrees (<10°) with
the crystallographic [001] direction, which at the same time is the growth direction of the
monocrystalline material (Fig. 3).

To avoid crack initiation outside the range of the extensometer, the coated area was
restricted to the gauge length of the specimen. Figure 4 shows the as-coated micro-
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FIG. 3—The specimen geometry (all dimensions in mm) and the relationship of
sample geometry and crysiallography.
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FIG. 4—Scanning electron micrograph (backscattered electron contrast, BSE) of the
as-coated microstructure of the two-phase Pt-modified aluminide coating.

structure of the two-phase aluminide coating. The coating is produced by a special
type of CVD (chemical vapour deposition) process, called pack cementation process. The
coating thickness is about 50-70 pm.

The fine-grained main coating consists of the intermetallic phases B-NiAl (dark
phase} and PtAl, {bright phase). The diffusion zone is mainly (-NiAl, containing a
number of various precipitates (intermetallics, carbides). The monocrystalline substrate
material is observed to exhibit the well-known Y/ y'-structure typical of all Ni-base
superalloys.

Results and Discussion

Thermal Strain

The values of the thermal strain are used to calculate the command signal (which is
the mechanical strain). It is important to determine the thermal strain as a function of the
measured temperature as precisely as possible, because any difference between the
calculated thermal strain and the actual thermal strain of the specimen will result in
mechanical stresses which, ideally, should be equal to zero but are not exactly zero in the
actual test. In Ref. 20, the requirements for high precision TMF test control under the
conditions of high heating and cooling rates are discussed in detail.

The reason for the difference between calculated and actual thermal strain is the
difference between the measured temperature, which in fact is the temperature of the
surface of the specimen, and the average temperature of the bulk material. For this
reason, a slight hysteresis of the measured thermal strain versus the temperature can be
observed during the heating and cooling parts of the cycle, which reflects the difference
between the bulk temperature and the surface temperature.
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FIG. 5—Comparison of measured and standard values’ of the thermal strain of CMSX-6.

Optimizing the system with respect to the temperature control means minimizing the
hysteresis of the thermal strain as a function of the temperature, as shown in Fig. 5. A
reasonably narrow hysteresis curve is observed as well as a good agreement of the
absolute values of the measured thermal strain with the standard values of CMSX-6.

TMF Life and Stress Response

A limited number of TMF tests with different mechanical strain ranges were
performed for coated and for uncoated specimens. The parameters of each test and the
TMEF lives (number of cycles to failure, Ny) of the samples are listed in Table 1. The TMF
life of the coated specimens is clearly reduced in comparison to the uncoated specimens.
There is not much scatter within each series of tests. The results are summarized in the
diagram in Fig. 6, where the mechanical strain range is plotted versus the number of
cycles to failure Nf for each test. The failure criterion is either a 30% drop of the
maximum stress or the catastrophic failure of the specimen.

In Ref. 19, a conventional coating without platinum-modification on a
monocrystalline nickel-base alloy is investigated under identical cyclic conditions. The
observed effect on the TMF life is basically the same as the one detected in this study.
There is no evidence for a principal difference in the TMF behavior of the conventional
and the two-phase platinum-modified coatings on monocrystalline superalloy substrates.
This is also confirmed by the comparison of results presented in [13,14,17].

3 Internal standard, E. E. Affeldt, MTU Aero Engines, Personal communication.
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TABLE |—Mechanical strain ranges and TMF lives of all specimens investigated.

sample N° Aggech Nt

uncoated 1 0.9 % 3029

uncoated 2 0.8% 5554

uncoated 3 0.7% 9306
coated 1 0.8% 921
coated 2 0.7% 2296
coated 3 0.6 % 3001
coated 4 0.5% 7119
coated 5 initial state

There is no principal difference in the mechanical stress response of coated and
uncoated specimens, which is expected because the coating thickness is only about
50 um. For this reason, the contribution of the coating to the load-bearing cross section
can be neglected. The interpretation of the results is based on the same assumption in
Ref. 21. Figure 7 shows a typical example of a TMF cyclic deformation curve. Whereas
the stress range Ac remains constant during the whole life of the sample except for the
last cycles, the maximum and minimum stresses (Gmax, Omin) shift (relax) towards more
positive values within the first cycles of each test. Afterwards, saturation of the stress can
be observed. At the end of the TMF life, when a crack is propagating through the
material, reducing the load-bearing cross section, the maximum stress drops fast until the
specimen fails. A similar evolution of the stresses as in the present study is observed in
[19]. The deformation behavior and stress response under TMF loading can also be
simulated by numerical methods, compare [22].

1.0
= ~ uncoated
P SHCS e
S 4. T~
[= A L e
£ ~—_
s ~
R \\
3 0 S-J 2-phase Pt-aluminide coated \ ~
5
L
Q
[}
£
1000 10000

number of cycles to failure, N;

FIG. 6—Overview of tests performed in a plot of the mechanical strain range versus
the TMF life.
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FIG. 7—Maximum and minimum stress values (Cpu, Omin) and one half of the stress
range (Ao/2) versus the number of cycles N, uncoated specimen, Agpecr= 0.8%.

The TMF behavior of the material can also be visualized by inspection of the
hysteresis loops of the stress versus the mechanical strain which is shown in Figure 8.
Once the material has relaxed completely, the stress response remains constant over a
large portion of the TMF life until the onset of failure of the specimen. In other words,
the hysteresis loops indicate that most of the plastic deformation of the material takes

800

600 1 AEmecn = 0.9 %
N,= 3029

D
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0
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-200

-400 =

-600 \ ‘
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mechanical strain

FIG. 8—Evolution of hysteresis loops of the stress versus the mechanical strain.
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FIG. 9—Cyclic deformation curves: evolution of maximum and minimum stresses
under TMF loading for uncoated specimens.

place in the first cycles, as had been reported earlier [15,18,19], whereas for the rest
of the TMF life, deformation is predominantly elastic. The shape of the hysteresis loop of
the first cycle (N = 1) is relatively broad, especially in the compressive part of the cycle,
where the high temperature facilitates the plastic deformation. During the first few cycles,
a shift towards more positive values of the stress is observed.

Afterwards, the stresses stay constant, and the hysteresis loops remain narrow over
the whole range of the TMF life except for the very last cycles. This behavior is reflected
in the almost perfect coincidence of the hysteresis loops observed after N =10 and
N = 3000 cycles (number of cycles to failure, Ny = 3029), as shown in Fig. 8.

The comparison of the results obtained for the uncoated specimens at different strain
ranges shows a decrease of the TMF life with increasing strain range (Fig. 9). This is not
surprising, as the maximum tensile stresses are higher the larger the strain range is. In
contrast to the tensile stresses, the maximum compressive stresses coincide for all three
strain ranges. This is supposed to be a consequence of the high temperature and the larger
plastic deformation during the compressive part of the TMF cycle. Since the temperature
of the specimen is lower in the tensile part of the cycle, there is little plastic deformation,
and the different stresses observed are approximately proportional to the applied strain
ranges. Finally, it is pointed out with reference to Fig. 9 that, in one case
(Agmecn = 0.7 %), the tensile peak stress is found to increase in the final stage of fatigue
life (a similar behavior is seen in Fig. 11). This is always the case, when the fatal crack
develops outside the extensometer gauge range.

In the case of the coated samples, it is also observed, for similar reasons as in the case
of the uncoated samples, that the compressive peak stresses are rather similar for the
different strain ranges, whereas the tensile peak stresses differ markedly (Fig. 10).
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FIG. 10—Cyclic deformation curves: evolution of maximum and minimum stresses
under TMF loading for coated specimens. The discontinuities in some of the curves stem
Jrom interruptions of the test for technical reasons.

For the coated specimen loaded at the mechanical strain range of 0.8%, a strong
cyclic softening is observed, which was not the case for all other samples. This is
possibly due to the fact that this test had to be restarted in order to replace the
thermocouple. This restarting procedure could have damaged the specimen, leading to an
acceleration of the crack initiation or propagation at least in the case of the high strain

range applied.
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FIG. 11—Comparison of cyclic deformation behaviors of coated and uncoated

samples under TMF loading (Aémech = 0.7 %). The small stress oscillations were caused
by small temperature fluctuations (day/ night, summer time).
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The effect of the coating on the TMF life is clearly demonstrated by a direct
comparison of the cyclic deformation behavior of a coated and an uncoated specimen
loaded at the same strain range. As the results are similar for all comparable TMF tests
performed, only one typical example is presented in Fig. 11. The TMF life of the coated
specimen is reduced by a factor of 4 to 5 in comparison to the uncoated specimen.

Crack Initiation and TMF Life

The reason for the drastic effect of the coatings on the TMF life is a change in the
mechanism of crack initiation. In Fig. 12, the macroscopic views of the surfaces of a
coated and an uncoated specimen are compared. On the left, the gauge length of an
uncoated specimen can be seen, which is broken into two pieces at the end of its TMF
life. On the right, only one part of a coated specimen after catastrophic failure is shown,
namely the upper part of the former gauge length (bottom) and some of the adjacent
uncoated substrate material (top). To avoid the initiation and propagation of cracks
outside the gauge length, the region to be covered with the coating was limited to the
gauge length for all the coated specimens investigated.

During TMF cycling, many short cracks are initiated all over the surface of the
uncoated specimen. The sites of crack initiation are oxide spikes forming during the high-
temperature part of the TMF cycle (point initiation mode), as shown in scanning electron
microscopy {SEM) micrographs in Fig. 13, using secondary electron (SE) and backscat-
tered electron (BSE) contrast. The crack growth during the TMF life is accelerated by the
oxidation and the cracking of the brittle oxides formed inside the crack during cycling.

For the coated specimens, brittle cracking of the coating occurs very early in TMF
life. The cracks are long and macroscopically straight (line initiation mode). Only few
cracks are observed, all of which are perpendicular to the load axis of the specimen and
approximately equidistant (Fig. 14). Additionally, the length of the brittle cracks is not
limited as the cracks propagate completely around the circumference of the specimen
from the moment of their initiation. The terms "point" and "line" initiation have been
used earlier in the literature, e.g. [21,23-25].

Figure 13 shows details of the crack initiation and propagation at oxide hillocks at the
surface of an uncoated specimen, which corresponds to the mode of crack initiation

-

untﬁoatéd coated

FIG. 12—Comparison of the two modes of crack initiation under TMF loading in an
uncoated (left) and in a coated (right) specimen.
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100um uncoated 100um

FIG. 13—Cracks form at oxide hillocks (point initiation mode) at the surface of an
uncoated specimen after TMF loading, SEM micrographs, surface (left, SE contrast) and
longitudinal cross section (right, BSE contrast).

described in references [19,21,23-25]. The micrograph on the left is a view of the
surface of the as-tested specimen whereas, on the right, the polished cross section of the
same location of the speciimen is shown.

Details of the crack initiation at the surface of a coated specimen are apparent in
Fig. 14, in the view of the surface of the coated specimen on the left (SE contrast) and the
polished cross section of the sample on the right (BSE contrast). After propagating
through the coating, the crack is observed to stop in the interdiffusion zone between the
coating and the substrate. Once the substrate is reached, severe oxidation begins,
followed by crack initiation and propagation.

The behavior of cracks that are initiated at the surface of the coating and stop at the
diffusion zone or at the coating-substrate interface has been reported earlier. Observations
of this kind are not restricted to conventional nickel-aluminide coatings [19,26-28] but
are also valid for platinum-modified aluminide coatings [17].

FIG. 14—Brittle cracks form at the surface of a coated specimen after TMF loading
(line initiation mode), SEM micrographs, surface (left, SE contrast) and longitudinal
cross section (right, BSE contrast).
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In the literature, a critical fracture strain of aluminide coatings is observed below
which no brittle cracking corresponding to the line initiation mode is found. Therefore,
the protective function of the coating is fulfilled, and TMF lives similar to those of
uncoated specimens can be reached [25,29-34]. Depending on the type of coating and the
type of thermomechanical cycle, the critical value of the strain is reported to lie between
A€mecn = 0.6% and Agpeeh = 0.8%. In the present study, no critical value of the fracture
strain of the coating was detected, as the brittle cracking of the coating occurred at all
mechanical strain ranges tested (Agpecn = 0.5% t0 A&mech = 0.9%). If a critical value for
the two-phase platinum-modified coating exists, it must be below Agme =0.5% and,
therefore, is very small. This is in line with the extreme brittleness of the intermetallic
PtAl, phase. As single-phase material, it can be more brittle than the B-NiAl phase,
depending on the parameters of the modified aluminizing procedure [35].

As the brittleness of the coatings is considered to be the factor that limits the TMF life
of aluminide-coated nickel-base superalloys, further investigations must concentrate on
the understanding of the properties of the coatings. Thus, the interest should focus on the
aluminium and platinum content, the distribution and the stability of the phases of the
coating, the crystallographic relationship of coating and substrate, etc., and their effect on
the TMF behavior. At present, a new, more ductile single-phase platinum-modified
coating is under investigation under identical conditions of TMF as in the present study
with the aim to compare the results with these obtained for the coating used in the present
study. First preliminary results show an appreciable improvement of the TMF resistance.

Conclusions and Outlook

In this study, the TMF behavior of coated and uncoated CMSX-6 specimens was
investigated. The coating was a two-phase platinum-modified diffusional aluminide
coating. Thermomechanical fatigue tests with an asymmetric counterclockwise diamond
cycle shape were performed. In the case of coated specimens, the TMF life of the
specimens was reduced by a factor of 4 to 5, compared to the uncoated specimens. The
major cause lies in the brittleness of the coating at low temperatures, which consists
mainly of intermetallic phases. Thus, the coating is observed to crack during the first
TMEF cycles, when the tensile stresses reached exceed a critical value.

The brittle cracks of the coating generally stopped at the coating-substrate interface
and then acted as sites of fatigue crack initiation in the substrate material. Crack initiation
is accelerated by the influence of oxidation setting in, once the protective coating is
penetrated by the cracks.

Platinum-modified coatings, compared to conventional aluminide coatings, also tend
to be very brittle, while they offer an increased oxidation resistance and — as shown in the
literature — an improved hot corrosion resistance. Both features are important for the
high-temperature application in aero engines.

Therefore, as a next step, a new, single-phase platinum-modified coating is currently
being tested. Since this coating exhibits an increased ductility, in particular at low
temperatures, it was hoped that the negative effect of the coating on the TMF life by early
crack initiation caused by brittle cracking would be less pronounced. Preliminary results
look very promising, revealing a significant enhancement of the fatigue lives compared
with the results obtained on the coated specimens in this work.
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ABSTRACT: Results of collaborative research by "Subcommittee on Superalloys and
Coatings" in The Society of Materials Science, Japan (JSMS), are presented, which cover the
thermo-mechanical fatigue (TMF) and high temperature isothermal low-cycle fatigue (ILCF)
strengths of Ni-Base superalloy, substrate alloys and the protective coatings. Three kinds of Ni-
base superalloys were selected as the substrate: a single crystal alloy, CMSX-4; a directionally
solidified alloy, CM247LC; and a polycrystalline alloy, IN738LC. On these substrate specimens
the CoNiCrAlY alloy was coated by 250 wm in thickness by low pressure plasma spraying, and
then aluminized. This process was managed and undertaken by one of member companies of the
Subcommittee. The round robin TMF and ILCF tests were carried out under a strain ratio of -1
at temperature ranged between 400 and 900°C. In the former the tests were performed under the
out-of-phase and diamond phase conditions in which the phase difference between strain and
temperature were 180° and 90°, respectively. It is shown by the round-robin tests that the TMF
lives, as well as the ILCF, were strongly dependent on the substrate alloys. Many important, or
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noteworthy results were also found: e.g., the TMF fracture behavior of the coaied specimens
revealed some unique characteristics that were hardly deduced from that of the bare specimens.
The effect of coating on the ILCF life was strongly dependent on the temperature. It was not
reasonable, or difficult to try to estimate the TMF life of the coatings from the ILCF test results.
Based on the observations on the crack initiation, propagation and the fracture surface, the
effects of the substrate alloy and the coating on the TMF and ILCF lives were discussed.

KEYWORDS: Ni-base superalloys, protective coatings, CoNiCrAlY, thermo-mechanical
fatigue, isothermal low-cycle fatigue, crack density, dislocation structure

Introduction

Industrial gas turbines are used as electrical generators by both utilities and
private industrial companies [1-6]. Nowadays so called 1500°C level combined cycle
gas turbines have been developed, which can provide thermal efficiencies greater than
55% [3]. The durability of a gas turbine is principally limited by those components
operating at high temperatures in the turbine sections. The gas path components
experience a complex thermal and mechanical history during a typical cycle of operation,
consisting of start-up, steady state operation, shut-down, and emergency shut-down [1].
Ni-base superalloys; most reliable materials for these components, have to endure several
kinds of damage: fatigue, creep, oxidation and so on. In the case of utility gas turbines, in
which long life-time durability and cost reductions using cheaper fuel are required,
protective coatings and thermal barrier coatings, which shield the underlying substrate
materials from oxidation and corrosion attacks and reduce the temperature, respectively,
are essential requirements for the hot section components. These coatings induce
additional thermal stress due to the mismatch of thermal expansion coefficient between
the substrate and the coating, which impel the Ni-base superalloys to be exposed to more
severe conditions. Thus, thermo-mechanical fatigue strength is one of critical issue to
determine the life. Many efforts have been made to estimate the TMF lives [1,2,6,8].
One of interesting and historical approaches is a trial to predict them from simple
isothermal low cycle fatigue (ILCF) tests. Regarding this article, a group of the High
Temperature Committee (chaired by Prof. Taira) in the Society of Materials Science,
Japan, has conducted pioneer research for twenty years [8]. According to their results, the
TMF life of monolithic materials under the out-of-phase condition, for an example, was
successfully estimated from the LCF life conducted at the intermediate temperature of the
TMF tests. Nowadays this aspect has been one of guides. However, there is little
information on TMF failure of Ni-base superalloys and the coatings all over the world.
Thus, questions are: Are these findings applicable to the Ni-base superalloy coatings?
What are special phenomena in the failure of coatings to which special attention should
be paid?

From these backgrounds, collaborative research has been conducted by the
Subcommittee on Superalloys and Coatings, The High Temperature Committee of
Materials, JSMS, in order to get basic information on the above articles. This project
covers strength in thermo-mechanical fatigue (TMF) and isothermal low-cycle fatigue
(ILCF) of Ni-Base superalloys and the protective coatings at elevated temperatures.
Based on the observations of the crack initiation, the fracture surface and the dislocation
structures, the effects of the substrate alloy and the coating on the TMF and ILCF lives
are presented in this paper. The correlation between the TMF and ILCF are also
discussed.
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Collaborative Research by “Subcommittee on Superalloys and Coatings,” JSMS

Objectives

Subcommittee, "Superalloys and Coatings" (chaired by Prof. M. Okazaki, The
Univ. Tokyo, Japan), was established by the Committee of High Temperature Strength of
Materials, The Society of Material Science, Japan (JSMS) in 1998. The members of the
Subcommittee are listed in Table 1.

This subcommittee is engaged in collaborative research on the high temperature
strengths of superalloys and coatings, with special attention being paid to the interaction
between the substrate and the coatings. The main objectives of the subcommittee are: (i)
to quantitatively make clear the mechanics and mechanisms of failure by TMF, in
comparison with those by ILCF; (ii) to make clear the effect of coating on TMF and
ILCF lives; (iii) to quantify the effect of substrate alloy on the TMF and ILCF lives; and
(iv) to develop life prediction method(s), summarizing the items (i)-(iii).

TABLE 1— The members of the subcommittee.

Affiliation Chief Member Working Member
The University of Tokyo Masakazu Okazaki
(Formerly Nagaoka University of (Chairman)
Technology)
Kawasaki Heavy Ind. Koji Take (Secretary) Mitsuhiro Kaku
Tokyo Metropolitan University Koji Kakehi (Secretary)
Kyoto University Takayuki Kitamura
Okayama University
(Formerly Kyoto University) Naoya Tada
Ritsumeikan University Masao Sakane
Niigata Institute of Technology Yasuhiro Yamazaki
Japan Defense Agency Toyoichi Satoh
VOLVO Aero Co. Thomas Hansson
Central Research Inst. of Electric Akito Nitta Masayuki Arai
Power Ind.
Hitachi Ltd. Shigeo Sakurai
Mitsubishi Heavy Ind. Hideaki Kaneko Hiroshi Ishikawa
TOCALO Co.. Yoshio Harada Tatsuo Suizu
Chubu Electric Power Co., Inc. Akihiro Itoh
Kobelco Research Institute, Inc. Toshinori Yokomaku Takanari Okuda
Ishikawajima Heavy Ind.. Isamu Nonaka Takuya Itoh
Toshiba Co.. Kazunari Fyjiyama Keisuke Takagi
Mitsui Eng.& Shipbuilding Co., Ltd. Kouichi Namba

Research Procedure and Program

Three typical types of Ni-base superalloys were selected as the substrate: a
polyerystalline alloy, IN738LC; a directionally solidified alloy, CM247LC; and a single
crystal alloy, CMSX-4. The chemical compositions and the conditions of heat treatments
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are summarized in Table 2. The size of v’ precipitates and the volume fractions are given
in Table 3. From these substrates the cylindrical specimens were machined for the TMF
and ILCF tests. The geometry of the specimens were different a little, depending on the
research institute where the tests were carried out, however, the gauge section dimensions
were around 6 mm in diameter and 20 mm in length, respectively.

The coated specimens were also prepared according to the following procedures:
after the machining of the specimen with same geometry as the substrate specimen, the
surface was shot-blasted by #60 alumina powders, followed by sputtering to clean up.
Then the CoNiCrAlY alloy was overlay coated by about 250 um in thickness by low
pressure plasma spraying (LPPS), followed by the aluminizing treatment of the surface
layer of CoNiCrAlY coating by 20 um in thickness by a pack diffusion method. These
operations were managed and performed by TOCALO Co. (Kobe, Japan), a member of
the Subcommiittee. The chemical compositions of the CoNiCrAlY alloy powder are: 20.3
Cr, 82 Al, 0.51 Y, 31.3 Ni, and bal. Co, in wt.%. During the plasma spraying the
substrate temperature was not strictly controlled, but it was about 750°C. Finally the
diffusion and ageing treatments were applied at 1120°C for 2 h and at 850°C for 24 h in
air, respectively.

TABLE 2—Chemical compositions and the conditions of heat treatments of Ni-base
superalloys.

Chemical Compositions

P C 1S Cr ! Co ! Mo! W | Ta | Re
CMSX-4 - - 640 19.60 | 6.4 - 165129
CM247LC | 0.07 - 8.04 1 931 | 9.38 - 1327 -
IN738LC | 0.09 1 0.04 { 16.0 | 8.14 | 8.14 | 1.65 | 1.72 -
Al | Ti | Hf | Ni
5.7 1.0 - bal.
563 1072 { 1.56 | bal.
3.57 - - bal.

Heat Treatments

CMSX-4:
Solution heat treatments (1277°C x 2 h....1296°C x 3 h....1304°C x 3 h...1313°C x 3 h ...
1316°C x 3h°C...1321°C x 2 h.... in Ar.) — ageing treatments(1080°C x 4 h ... 880°C x

CM247LC:

Solution heat treatments (1232°C x 2 h....1252°C x 3 h....1265°C x 3 h......... in Ar.) —
ageing treatments (1080°C x 4 h...880 °C x 20 h......... in Ar.).

IN738LC:

Solution heat treatments (1120°C x 2 h....in Ar.) — ageing treatments (845 °C x 24 h,) —
HIP (1200°C % 1100 atg x 4 h. in Ar.) — ageing treatment (1080 °C x 4 h... in Ar.)
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TABLE 3—The size of y * precipitates and the volume fractions of the substrate alloys.

Specimen Average size of ¥’ (um)  Volume fraction of v’ (%)
CMSX-4 ~0.43 66
CM247LC =048 58
IN738LC ~0.8 46
TABLE 4— Summary of test program.
Temp.
. Hold strain Max. | Min.
. Test Strain Frequency | .
Specimen type | waveform (i1z) time phase | Temp. | Temp.
(sec.) | difference | (°C) C)
8()
o
s-£ 11/22800 g 200 200
ILCF C - & &
Bare omp- 1/620 | 600 400 | 400
& Hold
Coated Ouof g0 | o 180
TMF Dfams - 900 | 400
on 1/480 0 90
phase
4
f-f Strain AVAVAV%AVLTME Out-of- Mechan
1 phase  uan c “;i— Temperature
(&=180 1 B
I C-H ] T
L (Comp. Strain H’ Time| M Diamond + v\
C hOld) - F phase Mec_hanic hl T "
F (8=90 K Strain emperature
; 1N
S-S StraiL\VAVZ Time

Round robin tests, which consisted of ILCF and TMF tests, were carried out
according to the test program summarized in Table 4. All of these tests were performed
under strain-controlled condition, utilizing servo-electro hydraulic test machines. In the
ILCF tests three strain wave shapes were applied: fast-fast wave (denoted by f-f) in
which the tension- and compression-going strain rates were high; compression-hold
(denoted by C-H) wave in which a dwell time for 10 min was introduced into the f-f
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wave at maximum compression strain; and slow-slow wave (denoted by s-s) in which
the tension- and compression-going strain rates were low compared with those in the f-f
wave, respectively (see the illustration in Table 4). The test temperatures were 400 and
900°C. In the TMF test, on the other hand, mechanical strain was applied so that it was
superimposed on thermal free expansion strain in a synchronized manner with thermal
cycling under the following two phase angle conditions: one is the out-of-phase condition
and the other is diamond-phase condition, in which the phase differences between strain
and temperature cycling are 180° and 90°, respectively (see the illustration in Table 4).
All the TMF tests were carried out at temperatures ranged between 400 and 900°C. The
ILCF and TMF lives were defined by the number of cycles at which a 25% drop in
tensile load was attained.

Results and Discussions

TMF and ILCF Lives of Substrates and Coatings

The results of the TMF and ILCF lives of the substrates and the coatings are
summarized in Figs. 1 and 2, where some best-fit curves are drawn for representative
data set in Fig. 1 and they are reproduced in Fig. 2. Note that the vertical axis of these
figures for the TMF tests is mechanical strain range: i.e., net strain range applied to the
specimen in which thermal free expansion strain is subtracted from apparent total strain.
This kind of expression enables us to directly compare the TMF life with the ILCF one.
On the other hand, according to the traditional results which dealt with the correlation
between TMF and ILCF life [8], it has been semi-empirically deduced that the TMF lives
under in-phase and out-of-phase conditions may be almost comparable to the ILCF lives
which is measured at the maximum and at the intermediate temperatures of the TMF
tests, respectively. Taking the above semi-empirical understandings into consideration,
the following characteristics should also be pointed out in these figures:

(1) Regarding the substrate specimens (See Figs. 1 (a) through I1(c)):

(i) The ILCF lives of the substrate specimens are strongly influenced by the strain
waveshape: the lives under the S-S and the C-H waves (see Table 4) are noticeably lower
than those under the f-f wave. This effect can be clearly seen in IN738 alloy substrates.
These trends are familiar to those in conventional materials [8].

(if) The TMF life under the out-of-phase condition is shorter than that under the
diamond phase condition. This trend is pronounced in CMSX-4 and CM247LC.

(iii) The lives of the CMSX-4 were the longest of all the substrates specimens, not
only in ILCF but also in TMF tests (Compare between Figs. 1 (a) through 1 (c)).

(2) Regarding the coated specimens (see Figs. 2 (a) through 2(c)):

(iv) The TMF lives of the coated specimens are the shortest under the out-of-
phase condition, and they are near to the ILCF lives conducted at the minimum
temperature of the TMF test (400°C), rather than those conducted at the maximum
temperature (900°C ).

(v) The TMEF lives of the coated specimens were significantly reduced, compared
with those of the bare specimens. On the contrary, the ILCF lives at 900°C were rather
improved by coating.
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(vi) The features (iv) and (v), can be seen in common independently of the
substrate alloy.

(vii) The TMF and ILCF lives of the CMSX-4 were the longest of all the coated
specimens.
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FIG. 1— Summary of TMF and ILCF lives of the substrate alloys. (a) IN738LC, (b)
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The above characteristics (iv)Hvi) clearly demonstrate that the ILCF test can
provide only limited or inadequate information for the TMF failure of the Ni-base
superalloy coatings. From the feature (ii) this aspect seems to be the case not only in the
coatings but also in the substrate. In the other words, the traditional understanding may
not be always applicable to the Ni-base superalloy substrates and the coatings, which will
be discussed again later based on the observation of dislocation structures. Furthermore,
it is also important to emphasize from the above characteristics that the TMF life of the
coatings can be hardly estimated only from that of the substrate, without any
consideration on interaction between the substrate and the coating. The comparison of the
cyclic stress- (mechanical) strain relation between the out-of-phase and the diamond
phase TMF tests indicated that the mean stress in the former was significantly higher than
that in the latter. This difference must be responsible for the characteristics (ii).

Cracks in Coated Specimens

As shown in the previous section, the TMF life of the coatings can be hardly
estimated from that of the substrate alone. In order to study the unique fracture behavior
of the coatings, crack density was measured in the longitudinal cross section through the
coated specimen after the failure. The cracks were classified into the following three
types in this project (Fig. 3): one is crack of which the tip was in the aluminized region
(Type D), the second is the crack in the CoNiCrAlY alloy coating (Type II), and the third
is the crack penetrating into the substrate (Type III). The cracks, which were arrested at
the CoNiCrAlY alloy coating/substrate interface, were included into the Type II crack.
The degree of the cracking was represented by the line density (i.e., number of
cracks/unit length on the longitudinal cross section along the specimen gage length).

Typel

Type II

Type 111

Aluminized CoNiCralY  Substrate
ayer coating
FIG. 3—Classification of cracks.
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FIG. 4—Comparison of crack densities between TMF and ILCF tests.

The crack density in the TMF tests of the IN738LC coated specimens is shown in
Fig. 4 in comparison with that in the ILCF tests. It is found that the crack density in the
TMF tests under the out-of-phase condition is extremely higher than any other test
conditions. The majority of the cracks were classed as Type I and 1. More or less,
similar features were also seen in the coated specimens subjected to the ILCF at 400°C.
This means that the crack initiation is promoted by the coating under these test
conditions. Note that the maximum tensile strain was reached at 400°C in the both tests.
On the contrary, the crack density in the coated specimen subjected to ILCF at 900°C was
significantly lower than that in the substrate specimen. Especially the Type III crack
density was remarkably reduced, indicating that the CoNiCrAlY coating inhibited the
crack initiation. Thus, the TMF failure, especially under out-of-phase condition, was not
well reproduced by the ILCF lives at 900°C, concerning the crackings. Cracking behavior
must be related to the mechanical properties of the coating: that is, ductile-brittle
transition temperature (DBTT) of the CoNiCrAlY coating has been measured to be about
700°C [7]. Therefore, it is essential for the TMF life prediction of Ni-base superalloy
coatings to get mechanical properties not only of the substrate but also of the coating
film.
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Dislocation Structure of Superalloys during TMF tests

As shown in the previous section, the traditionally established semi-empirical law
regarding as the correlation between TMF and ILCF [8] was not always applicable to the
Ni-base superalloy substrates. In order to discuss this result, the thin films were
extracted from the bare specimens after the failure to observe the dislocation by
transmission electron microscope (TEM). The thin foils were extracted from the [001]
plane in the specimen gauge section region that was far apart enough from the finally
ruptured position under the respective test conditions.

The dislocation structures of the CMSX-4 substrate specimens exposed to the out-
of-phase and diamond phase TMF cyclings are given in Figs. 5 and 6. It is found in Fig. 5
that almost all the dislocations exist in the narrow y channels with the same Burgers
vector, and few dislocations inside the y* precipitates. Some stacking faults which extend
across the precipitates are also seen on multiple {111} planes, indicating that the
{111}<112> slip system was activated under this condition, associated with widespread
cutting of y* precipitates [9]. The similar characteristics are also seen in Fig. 6. A few
dislocation loops, which appear to have taken 90° change in direction during the process
of traveling through the matrix were also observed in Fig. 5 (see the left-hand side of the
photograph). This must have resulted from the cross sliding of the leading screw
dislocation segments from one (111) plane to another (111) plane. It has been clarified
that the cross glide is necessary for the systematic spreading of the dislocations into the
narrow y chamnels [10]. The features were more or less similar in the CM247LC
specimen that failed by the out-of-phase TMF cycling. From these observations the
deformation and damage in the out-of-phase TMF test might chiefly evolve by bowing
the dislocations through the matrix channels on {111} planes. Further investigation is
necessary with respect to the similarity and dissimilarity between the out-of-phase and
diamond phase TMF cyclings.

FIG. 5—Dislocation structures of CMSX 4 sub]ected to out-of-phase TMF cycling
(400-900 °C, de =1.55 %). The foil normal is [001]. g =002.
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FIG. 6— Dislocation structures of CMSX-4 sub]ected to diamond-phase TMF cycling
(400-900°C, Ae =1.53 %). The foil normal is [001]. g=002.

FIG. 7— Dislocation structures of CMSX 4 subjected to ILCF cycling under f-f
waveshape (900 °C, Ae =1.53 %). The foil normal is [001]. g=002.

The dislocation structure in the ILCF test under the f-f strain waveshape (see
Table 4) at 900°C is given in Fig. 7. It is found that a significant fraction of the
dislocations form a cage around the y* precipitates. The two-plane analysis showed that
most of dislocations were not always on, or escaped from the {111} planes. In the other
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words, edge dislocations were climbing in the y — y° interfaces. It is worth noting a
significant difference of the Burgers vector and that of dislocation network between Figs.
5-7. In addition, superlattice-stacking faults were not observed under this condition,
dissimilarly to Fig. 5. These features indicate that diffusion might be a major mechanism
to dominate the deformation and damage during the ILCF test at 900°C.

The comparison between Figs. 5-7 demonstrates that the deformation mechanism
under the TMF tests was essentially different from that under the ILCF test at 900°C. 1t is
important to point out again that the dislocation structure given in Figs. 5-7, or the
deformation and damage mechanism, is closely related to the y / vy’ composite
microstructure in the Ni-base superalloys; a unique microstructure that is different from
that in other monolithic materials. Thus, it is natural rather than surprising, that the
traditionally established semi-empirical law between TMF and ILCF was not applicable
to the TMF failure of the Ni-base superalloy substrates.

Summary and Future Work

The outline of collaborative research by "Subcommittee on Superalloys and
Coatings" in The Society of Material Science, Japan (JSMS), which cover the thermo-
mechanical fatigue (TMF) and high temperature isothermal low-Cycle fatigue (ILCF)
strengths of Ni-Base superalloys and the protective coatings, was presented.

The results obtained by the collaborative research are summarized as follows:

1. The TMF life, as well as the ILCF, was strongly dependent on the substrate
alloys. The single crystal and directionally solidified alloys and their coatings
generally exhibited the most excellent properties, compared with those of the
traditional polycrystalline alloy.

2. The observation of dislocation structures indicated that the controlling and
deformation mechanisms were intrinsically different between the TMF under the
diamond and out-of-phase conditions and ILCF at 900°C in the Ni-base
superalloys. Accordingly, it must be unreasonable in principle to reproduce and
to estimate the TMF failure of the Ni-base superalloys by the ILCF tests.

3. Remarkable reductions in the TMF life of the Ni-base superalloy coatings under
the out-of-phase condition was found to occur, compared with that of the bare
materials. Meanwhile, the TMF lives of the coated specimens under the diamond
phase condition were almost comparable to those of the substrates. It was shown
by the investigation of crack density that the above behavior was closely related
to the ductility of the coating film at the temperatures at which the maximum
tensile strain was reached in the TMF tests. Hence, it is essential for the TMF life
prediction of Ni-base superalloy coatings to get an understanding of the
mechanical properties of coating films at elevated temperatures, as well as those
of substrate alloys.

4. Regarding the relation between TMF and ILCF life of the coatings, attention
should be paid to that ILCF tests may sometimes provide us with somewhat
misleading information for TMF failure: ¢.g., the TMF life under the out-of-phase
condition was significantly reduced by the coating, although the ILCF life at
900°C was improved.
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From these results a project has just begun to explore the following articles,

focusing on "interface":

I. TMF life prediction method of the coatings,
II. Evaluation method of adhesion strength,
MI. Optimization and control of interfaces for an improved TMF

life, and
IV. Establishment of recoating, repair and refurbishment
technology.
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ABSTRACT: The repeated start-ups and shut-downs experienced by gas turbines cause
complex thermal-mechanical loading, which may result in the low-cycle fatigue failure of
components such as the walls of the combustion chambers. In addition, a higher frequency high
cycle fatigue loading (HCF) is often superimposed due to mechanical vibrations and unsteady
combustion processes. It is known that such a superimposed HCF loading may not only change
the cyclic deformation behavior, but also reduce the lifetime considerably. In the present study,
the cyclic response of a combustion chamber material, NiCr22Co12Mo9 (Inconel 617), was
investigated under combined TMF/HCF loading in total strain controlled out-of-phase (OP) and
in-phase (IP) TMF tests with and without superimposed HCF loading. The minimum
temperature of the TMF tests was 200 °C, and the maximum temperature was varied from 750 to
1200 °C. For each maximum temperature condition, the superimposed HCF amplitude was
varied between 0 and 0.2%. Cyclic hardening was observed, but it became less pronounced the
higher the maximum temperature, and at the highest Ty, the material was cyclically neutral.
With increasing superimposed HCF amplitude the cyclic deformation behavior was more and
more determined by the HCF. Further, as a result of the superimposed HCF loading the TMF
lifetimes decreased significantly. In general, the lifetimes decreased with increase in HCF
amplitude and approached only 10% of the fatigue lifetime obtained in the pure TMF
experiments. The relation between the applied total strain amplitude, &,,™,and the number of
cycles to failure, N¢, could be expressed as g,,°= A - Nf"b for each Ty, and type of TMF-test.
With the use of this empirically determined relationship it was possible to estimate the lifetime
reduction caused by a superposition of a higher frequency HCF loading on the OP- as well as IP-
TMF loading.

KEYWORDS: nickel-base superalloy, thermomechanical fatigue, superimposed loading, cyclic
deformation behavior, lifetime behavior

In many technical applications, the cyclic loading of a component involves a low
frequency basic loading cycle and a superimposed higher frequency loading cycle. The
basic loading can be induced either mechanically, as for example in the case of a
submarine hull, or thermally as in the case of the disk of an aircraft turbine engine. These
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basic loading cycles frequently lie in the low cycle fatigue (LCF) range. In addition, a
superimposed higher-frequency loading is often present, for example, due to the variation
of gas pressure in a combustion engine or because of resonant vibrations. These higher-
frequency loading components generally lie in the high cycle fatigue (HCF) range.
Despite the fact that this type of combined loading occurs in many technical applications,
only a very few systematic investigations in this field are to be found in the literature.

With respect to the complex loading of submarines, experiments have shown that a
superimposed higher-frequency mechanical loading reduced the lifetime considerably [1—
3]. Similar results have been obtained in experiments with cast iron for internal
combustion engines [4,5], and a Ni-base superalloy for gas turbines [6]. In addition,
experiments that simulated the loading of titanium alloy components of combustion
engines or compressor disks showed that the growth of fatigue cracks was considerably
accelerated by a higher frequency superimposed loading [7,8]. Nonetheless, although
there are but a few references, it is clear that the problems associated with superimposed
low frequency and higher frequency loading of components are very important in many
technical applications.

It is also clear that the development of suitable experimental facilities to carry out
such combined experiments is not a simple matter [9]. In fact, although in many technical
applications the superimposed high frequency loading occurs at different temperatures in
an operating cycle, the experimental studies to date, with one exception, have all been
performed at a constant temperature. In this one exception, Ref. 10, tests involving the
superposition of a high frequency mechanical loading cycle on a low frequency thermal-
mechanical loading cycle were carried out for the first time [10]. In that study, a cobalt
base alloy was tested with the thermal expansion and mechanical loading inputs being
out-of-phase (OP). The present contribution is a further step in the development of this
research program in which a nickel base alloy was tested under both in-phase (IP) and
out-of-phase conditions.

Material

The material investigated was the solid solution and carbide precipitation hardened
Nickel base superalloy NiCr22Col12Mo9 (Nicrofer 5520 Co, Inconel alloy 617). The
chemical composition of this alloy is 22.25 Cr, 11.45 Co, 8.88 Mo, 1.28 Al, 0.56 Fe, 0.40
Ti, 0.11 Si, 0.06 C, baiance Ni (all quantities in wt. %). It was supplied as 19 mm
diameter rods after annealing at 1 200 °C and water quenching at Krupp VDM, Germany.
Cylindrical specimens with gauge length of 10 mm and a diameter of 7 mm within the
gauge length were machined from the rods. The microstructure of the alloy consisted of
grains whose mean diameter was 180 p, which contained a high density of twin
boundaries and a relatively high number of homogeneously distributed primary MsC
carbides and Ti(C,N) carbonitrides.

Experimental Details

The experiments were performed on a servohydraulic fatigue-testing machine, which
had a maximum loading capacity of 100 kN. For the strain measurements, a high
temperature capacitive extensometer was used. The temperature of a specimen was
determined by means of a Ni-CrNi thermocouple, which was spot-welded close to the
gauge length, the actual temperature in the gauge length being established by a
calibration procedure. During the thermal-mechanical fatigue (TMF) tests, the specimens
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were heated up in an inductive furnace, which was equipped with a closed loop control.
The specimens were cooled by thermal conduction to the water cooled grips and
additionally, if necessary, by blowing with proportionally controlled air jet on the surface
of the specimen.

All experiments were performed under total strain control with Tmin= 200°C. Tmax
was set at a value of 750, 850, 1000, or 1200°C. The heating and cooling rate was 14 K/s,
resulting in cyclic periods of 79, 93, 114, or 143s, respectively.

At the beginning of a TMF test, each specimen was first heated up to a pre-selected
mean temperature, Tr, and then subjected to three triangle-shaped temperature cycles
between Ty and 200 °C while under stress control with the stress maintained at zero.
The purpose of this initial testing was to establish the magnitude of the thermal strains. It
is noted that because of differences in the thermal gradients on heating and cooling, the
thermal expansion of the specimens above and below the mean temperature were not
exactly equal. After determining the magnitude of the thermal strains, the testing machine
was switched to total strain control and the TMF loading was started. In the thermal
mechanical tests the total thermal strain was obtained by subtracting the total mechanical
strain,

In-phase (IP) and out-of-phase (OP) thermal mechanical fatigue tests were performed
with and without a superimposed higher frequency mechanical (HF) loading. During the
OP experiments without the superimposed HCF loading the total strain g which is the
sum of the total mechanical strain & and the thermal strain sth, was kept constant (&= &
me + g™ = &™F + ™) throughout each test. To do so, a mechanical strain amplitude g =
sa,tTMF, which was equal to the thermal strain amplitude saﬂ‘, was induced. In OP TMF
tests the phase shift between the temperature and the mechanical strain was 180°. Thus,
tensile stresses acted at low temperatures and compressive stresses at high temperatures.
In the IP TMF tests the phase shift between the thermal and the mechanical strain was 0°.
Thus, tensile stresses acted at high temperatures and compressive stresses at low
temperatures. The test program input to the servohydraulic controller came from two
computers, which individually determined the set points for the low frequency TMF
cycle and the higher frequency (5Hz) loading. During TMF tests with superimposed HCF
loading, a sinusoidal HCF loading with a frequency of 5 Hz and an amplitude &,
between 0.05 and 0.2% was superimposed upon the OP or IP cycle described above. In
this case &, ™ = sa,tTMF + smHCF. The superposition of the HCF loading therefore led to an
increase in the total strain amplitude, which ranged from 0.05-0.20%.

Results
Cyclic Deformation Behavior

The hysteresis loops formed in the first few cycles of both pure IP and OP loading
exhibited serrations in the tensile portion of the loops, an indication that dynamic strain
aging was taking place. With further cycling these serrations generally disappeared.
Figure 1 is an example of the nominal stress—mechanical total strain hysteresis loops for
Tmax = 850°C at half of the lifetime for experiments under OP conditions, without and
with a superimposed HCF loading sa,tHCF 0f 0.05, 0.1, or 0.2%. Distinctive dynamic strain
aging effects, which appeared only within the first cycles pure OP loading, were observed
predominantly in the tensile phase of the loading cycle. Under superimposed OP/HCF
loading, evidence of dynamic strain aging was observed even at the half-lifetime under
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both tensile and compressive stresses. From the width of the hysteresis loops at mean
stress it is seen that the plastic strain amplitude at Ny¢2 increases with increasing &,/ HCF
On the other hand, the stress amplitude decreases slightly with increasing sa,tHCF. The
hysteresis loops show that under OP test conditions dynamic relaxation processes
occurred during compressive loading at high temperatures. This relaxation resulted in an
asymmetrical form of the hysteresis loops, which resulted in a shift of the loops in the
tensile stress direction and therefore to the development of tensile mean stresses.
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FIG. 1—Stress-total mechanical strain hysteresis loops at out-of-phase thermal-
mechanical fatigue tests at Tpa = 850°C without and with superimposed higher frequency
mechanical loading at N7/2.

Figure 2 gives examples of the hysteresis loops obtained under IP conditions at Ny/2 for
sa,tHCF of 0, 0.05, 0.1, and 0.2% for Ty = 850°C. Since the phase shift between temperature
and mechanical total strain is zero, tensile stresses are induced at higher temperatures and
compressive stresses at lower temperatures. The cyclic plastic deformation is essentially
determined by thermally activated dislocation glide processes in the low temperature range
and by diffusion controlled creep processes in the high temperature range. Furthermore, the
cyclic plastic deformation behavior is influenced by dynamic strain aging processes, which
appear under superimposed IP/HCF loading mainly during the compressive deformation
phase at high £,,"" during a large portion of the lifetime. At the 50% lifetime the width of

the hysteresis loops, and with thate] , increases with increasing SZSF , as in the case of OP

testing. The cyclic stresses rose as the £.0CF increased from 0-0.05%. However, at higher
values of &,{™F any further change in the cyclic stress amplitude, o, was quite small. In
each case dynamic relaxation of the tensile stress occurred as T approached T As a
consequence, the tensile stresses decreased and the mean stress was shifted in the
compressive direction in all IP experiments.
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FIG. 2—Stress-total mechanical strain hysteresis loops at in-phase thermal-
mechanical fatigue tests at Tne = 850°C without and with superimposed higher
Jrequency mechanical loading at Ny/2.

For all Tyax values below 1000°C the influence of the superimposed HCF loading on
the cyclic deformation behavior was comparable. Figure 3 shows the cyclic deformation
curves for a Tpa value of 850°C. In this figure the stress amplitude is plotted as a
function of the plastic strain range, which was taken to be the half-width of the hysteresis
loop at the mean stress level. Results from OP-TMF experiments are presented on the left
side of the figure and those from IP experiments on the right side of the figure. The upper
part of the figure shows the variation of the plastic strain amplitude with number of
cycles, and the lower part shows variation of the stress amplitude and the mean stress as a
function of the number of cycles. Cyclic hardening behavior was observed under all test
conditions, which meant that since the total mechanical strain range was held constant,
the elastic component increased as the plastic component decreased. For all OP loading
conditions a marked increase in G, in the first 20 cycles was observed, and for those tests
lasting more than 20 cycles only a slight additional increment in cyclic hardening
occurred up to the point of macroscopic crack initiation. Under IP conditions a similar
effect of the superimposed HCF loading on the cyclic deformation behavior was
observed. For all of the IP ;""" values investigated, cyclic hardening developed, which
was considerably more pronounced as compared to IP-TMF loading without the
superimposed HCF loading. The stress amplitudes at saturation in the case of
superimposed loading reached values that were about 120 MPa higher than for eXF =
0%.
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In OP loading, with increase in sathCF the values of &,,"° and o, increased. It is

interesting to note that at the lower HCF total strain amplitudes a change in g,
resulted in a relatively strong change in &7, and only a relatively weak change in G..
However, in the range of higher &,/'" values, the opposite trend occurred as the
influence of the superimposed HCF loading on the cyclic deformation behavior increased

with Iincrease n sthF and Ty, At higher values of aa,tHCF cychc hardening was promoted

by HCF-induced dynamic strain aging. Therefore, a further increase of sa,tHCF was almost
fully elastic, which resulted in a corresponding increase in o, but a nearly negligible
influence on &7, . This behavior also occurred under IP loading, but was less pronounced.
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FIG. 3—Cyclic deformation curves for OP- (left) and IP- {right} TMF
loading at Trax = 850°C without and with superimposed higher frequency
mechanical loading.

As in the case of the TMF experiments without superimposed loading, the
development of mean stresses under HCF loading was due to dynamic relaxation at high
temperatures because of different material resistances at high and low temperatures.
Under OP/HCF loading at Ty, = 850°C the tensile mean stress rose in the first TMF
cycle. The mean stress remained approximately constant up to the 10® cycle and then
increased continuously with further cycling. Under IP/HCF loading a compressive mean
stress of about —50 MPa was produced in the first cycle at all maximum temperatures.
After minor changes within the 10 first cycles, the absolute values of the mean stress
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increased continuously as the result of the pronounced cyclic hardening. At a Ty, of
1200°C the material behaved under OP/HCF as well as under IP/HCF loading in a
cyclically neutral manner. The plastic strain amplitude, the stress amplitude, and the
mean stress remained approximately at the level, which developed in the initial cycles up
to the point of macroscopic crack initiation.

Lifetime Behavior
TABLE 1—Coffin-Manson type parameters o and g for superimposed OP/HCF and
IP/HCF loading. OP/HCF TPAHCE

T[] o &10° o g107
750 037 187 -0.62 70
850 -0.15 87 -037 24
1000 -008 93 -027 207
1200 -008 12 -0.106 13.6

In Fig. 4, the values of the

log of g,™ at Ng2 are 2x10 R
plotted versus the log of the T, = 1200°C far " Fa
number of cycles to failure 10°

for superimposed OP/HCF
loading (top) and IP/HCF
loading (bottom). For each

o]
1 9]
\D\B\Kﬁﬁjsocc
Tmax the experimental data ]
can be described by a straight : ] s
line, thus establishing that a 1 §#°F = 5HZ 780°C
type of  Coffin-Manson T =200°C
N T AL L LA RLE |

/.
] ﬁ\v\v%k
] \H\\D‘\U‘

1000°C
s

at N2 [%]

me
Eap

relationship is valid for

-1
superimposed TMF/HCF 10
2x10

Ty — T

loadings. Note, however, that T, 12000 P /5™ = g

the reduction in fatigue life 1O°J 2t
under combined TMF and ] \VLV\LAQ,\
HCF cycling is not simply ] \5\%@{\1000“0

due to an expansion of the

plastic strain range. The HCF 1 \\Kﬁ\/:im
cycling process must also be . ]
playing a role. Since the 750°C
deformation processes are 1o 7 = 5Hz
temperature dependent, and 1 T, =200°C

— T

at NJ2 [%]

me
sap

the total mechanical strain

5x1 0+

due to the TMF loading 10" 10? 10°
increases with increasing N,
Tmax, the relation between FIG. 4—Plastic strain amplitude at Ny2

plastic  deformation .and versus the number of cycles to failure Ny for
number of cycles to failure superimposed OP/HCF loading (top) and

yields separate lines for every IP/HCF loading (bottom).
maximum temperature.

Relatively low values of the



202 THERMOMECHANICAL FATIGUE BEHAVIOR OF MATERIALS

slope a were determined, and these

values decreased with increase in 100 OP /& = ¢
Tmax. The estimated values of the Toeray 1
Coffin-Manson type parameters o = 807 T, = 200°C .
and ¢y are listed in Table 1. =
The ratio of the fatigue lifetime £ %0 é
under HCF cycling to that without s 1
HCF cycling is given as a é 40 :
percentage in Fig. 5 as a function of 3 w
the % total strain amplitude in HCF = 204
(OP/HCF, top, IP/HCF, bottom).

Under OP/HCF loading, a given
8a,tHCF resulted in approximately the
same lifetime reduction
independent of the maximum
temperature. For example, the
superposition of &, = 0.1% in
OP loading reduces the number of
cycles to failure by about 60% as
compared to the lifetime under pure
OP conditions. On the other hand,
under IP/HCF, the relative lifetime
reduction at a given sa,tHCF does
depend on the  maximum
temperature because the tensile
stresses, which primarily
determined the lifetime, were
developed at high temperatures. It
is noted that the highest lifetime
reductions due to a super-imposed
HCF loading occurred at Tpax
values of 750°C and 850°C due to a
combination of high tensile stresses and oxidation damage. This temperature dependence
was most pronounced at low and medium Sa,gHCF values. It also scems clear that the
damaging effects of the HCF loading cannot be accounted for on the basis of a
straightforward linear damage summation. For example, if all of the HCF cycles were
assumed to be applied at the highest temperature (850°C), presumably the worst case for
IP HCF, then the isothermal lifetime at total strain amplitude of 0.2% at 850°C and a
frequency of 5 Hz for this alloy would be about 1.2 x 10* cycles [11]. The IP/TMF
lifetime at 850°C is 700 cycles. The experimentally determined TMF/HCP damage
fraction is 0.14 (N¢= 100 cycles). In 100 TMF cycles, the number of HCF cycles would
be 100 cycles x 5 Hz x 93 s/cycle = 46 500 cycles, a number in excess of the fatigue
lifetime at 850°C. Most of these cycles, however, would have been applied at temperature
levels below the maximum value of 850°C where the fatigue lifetimes would have been
larger than at 850°C. In addition, much of the IP/TMF cycle is in compression where

lifetime reduction [%]

FIG. 5—Lifetime reduction under super-
imposed HCF loading as a percentage of the pure
TMF loading as a function of €4 i for super-
imposed OP/HCF loading (top) and IP/HCF
loading (bottom).
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little damage due to the HCF is 1.5
expected. It would be a challenging

task, but if the damaging effect of \ Tom = 200°C
the HCF cycles could be properly 0‘;‘ \

accounted for, perhaps in terms of 0.8 l \

their influence on fatigue crack 0.7 \

[%]

growth, a damage summation closer 2; 06
to unity might be obtained, with the 05] ¥ v Ta.=1200°C
effective number of cycles under e o T,=1000C
HCF being 54 000, i.e., 46 500/54 044 = = T,,= 850C
000 = 0.86. L8 TeaT TEOC
In Fig. 6 the total mechanical 03: T T '
strain amplitude g,;™, i.e., the sum Y P
of the total mechanical strain
amplitude &,, ™" of the pure TMF 1
loading and the amplitude of the g'g‘
superimposed HCF loading &,"”, =z 07
(€™ = &2, + £,°F) is plotted 3 06
double logarithmically as a function o5l v ¥
of the number of cycles to failure e o
(open symbols). In addition, the 044 m o
€as versus Ny Wohler curves (full 4 2
symbols), which were determined 0.3 P
under pure TMF loading at Ty, = 5 10 by 107 2x10°

200°C and Ty, values between 750
and 1200°C are included (OP/HCF
top, IP/HCF, bottom). As with Fig.
4, both the OP and the IP loading
conditions show a distinct decrease
of the lifetime with increasing amplitude of the super-imposed HCF loading for all Ty,
values investigated.

It is noted that g, lifetime data from the superimposed TMF/HCF exper-iments can
be described for each maximum temperature by a straight line, which is given by a power
function,

FIG. 6—Total mechanical strain amplitude, €4, ,
versus number of cycles to failure, Ny , for
superimposed OP/HCF loading (top) and IP/HCF
loading (bottom).

€a™ = ANf® (1)

where A is a constant, which can be determined from the TMF experiments without
superimposed loading. The exponent b, which is defined by the slope of the straight line,
decreases with increasing Tmax for all loading conditions and seems to be dependent on
the material properties at the respective maximum temperature. This is suggested by the
linear relation between the exponent b and the tensile strength at the maximum
temperature, which has been found for a Co-base superalloy [10]. (This type of
relationship could not be checked in the present case because the tensile properties were
not determined.) By means of the empirical relation (1) and the given test conditions, it is
possible to make an estimate of the lifetime reduction due to a superimposed HCF
loading.
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Discussion

The cyclic deformation behavior of the alloy investigated under superimposed
OP/HCF and IP/HCF loading was dominated by thermally activated dislocation slip at
the lower cycle temperatures, by dynamic strain aging processes at intermediate tem-
peratures and by diffusion controlled time-dependent creep processes at higher tem-
peratures. The latter manifested itself clearly by a decrease of the applied stresses due to
dynamic relaxation processes. These stresses occurred under OP (IP) loading at com-
pressive (tensile) loading before the minimum (maximum) mechanical total strain at the
maximum temperature was reached (see hysteresis loops in Figs. 1 and 2). Dynamic
strain aging effects occurred predominantly during the reverse deformation during
cooling down to Ty, as a result of interactions between gliding dislocations and diffusing
alloying atoms. At still lower cycle temperatures, the decreasing thermal activation of
dislocation slip resulted in relatively high tensile (OP) or compressive (IP) stresses, as the
temperature approached Tyu,. Under OP loading the plastic strain amplitude at Ng2
increased with increasing sa,tHCF, whereas the stress amplitude at N¢'2 decreased slightly
because the cyclic hardening was incomplete due to a decreasing number of cycles to
failure. Under IP-conditions at Ty, = 750 and 850°C where saturation was reached at all
sa,tHCF, generally an increase of the &, values was observed at half of the lifetime. This
was more pronounced for an increase of sa,tHCF from 0-0.05% (Fig. 2) and was caused by
a increasing cyclic hardening due to an increase in the dislocation density.

Under OP as well as at IP conditions at Tyax < 1000°C cyclic hardening was less
pronounced than higher Ty« because, with increasing temperature, diffusion controlled
recovery processes became more and more important. This was reflected after OP
loading by a microstructure that consisted of subgrains, which showed evidence of
carbide dissolution and coarsening [12]. At Tpa = 1200°C, an equilibrium between
hardening and recovery processes developed. Hence, either cyclic hardening nor cyclic
softening i.e, neutral cyclic
deformation  behavior, was 055
observed for all oP/ely =t T
eCF vatues investigated.

Generally, with an increase in
€ag O a shift in the level of g,,™ 0,504
and G, to higher values was
observed because of the
increasing mechanical loading 045 "F=8Hz | 400
(Fig. 3). The cyclic deformation T,,=200°C
behavior was the more affected
by the HCF loading the smaller N=10
Tmax and the higher the value of 0,40 — —— 350
gt C". For OP/HCF loading with 000 005 01 015 020 025
Twmax = 850°C the growing &% %)

influence of HCF can be readily ) . .
recognized in Fig. 7, where &q FIG. 7—Plastic strain amplitude and stress

HCF : amplitude at Ny2 versus HCF- total mechanical
al f 0.05 and 0.1% did P
vaues o an o strain amplitude under superimposed OP/HCF.

500

&ap (%]

not cause any substantial change
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in the material’s resistance to cyclic plastic deformation. Therefore, the HCF loading was
taken up in almost a purely plastic manner. This led to a corresponding rise of €., and a
negligible change of the stress amplitude. HCF loading with an amplitude of 0.15 and
0.2% resulted in a considerable rise of the material resistance to cyclic plastic
deformation. Therefore, the sa,tHCF strain was taken up in a mainly elastic manner. As a
result the stress amplitude increased and the plastic strain amplitude changed only
slightly. Under IP/HCF superposition the relationships are less clear. At Tyay = 850°C,
similar &,,™ values as in the case of OP/HCF superposition were obtained. However, at
high sagtHCF values, a considerable increase of the stress did not occur. This is compatible
with the corresponding development of damage. Since &,™ increased with g,/F ,
whereas €. ;" hardly changed at all, the compliance of the specimen had to increase. This
increase in the compliance was caused by the initiation and propagation of microcracks.

The complex relationship between the superimposed TMF/HCF loading and the
number of cycles to failure can be described for every Ty by the extent of the plastic
deformation at Ny2 by means of the Coffin-Manson relationship. The values of the
Coffin-Manson exponent a (see Table 1) showed a considerable decrease with increasing
Twax- This again reflects the complex interactions between TMF and HCF loading in the
development of stress and plastic strain amplitudes. For such cases it seems reasonable
check on the applicability of a damage parameter such as the Smith-Watson-Topper
parameter, Pswr, or the Ostergren parameter, Pog for the assessment of the lifetime
behavior. These parameters take the total strain amplitude or the plastic strain amplitude
as well as the maximum stresses developed into account. These parameters were
evaluated in Fig. 8. The upper half of this figure shows the fatigue lifetime a function of
Pswr for both OP/HCF and IP/HCF loading. The lower part of the figure shows similar
plots in terms of Ppg. The Pswr parameter provides only a weak basis for assessing the
fatigue lifetime due to the low slope of the data points under OP/HCF loading and the
strong scattering of the data points under IP/HCF loading. The Poy parameter provides a
somewhat better basis for lifetime predictions, but is also characterized by a high degree
of scatter. A more detailed analysis [12] shows that for a particular Ty different
relationships exist. However, no improvement in lifetime prediction is obtained over that
obtainable through the use of Figs. 5 and 6.

The lifetime reduction under superimposed TMF/HCF loading with respect to the
lifetime under pure TMF loading increased considerably with increase in g, """ (Fig. 5).
For example the superposition of a g, of 0.2% led to a lifetime reduction of
approximately 95% under OP loading and approximatety 80% under IP loading. Under
OP loading the lifetime reduction was largely independent of T,y because the HCF
loading influenced mainly the initiation and propagation of microcracks. This damage
developed predominantly under the action of tensile stresses in the range of the minimum
temperature, which was the same for all experiments. On the other hand, under IP
loading, the lifetime reduction depended on the maximum temperature (Fig. 5) because in
this case, the tensile stresses that determined the lifetime developed in the range of Tpax.
The highest lifetime reduction occurred at Tp,y vaiues of 750 and 850°C. This was due to
the high tensile stresses developed at these temperatures because of pronounced cyclic
hardening, which was associated with a microstructure that contained high densities of
dislocations and carbides [12].
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FIG. 8—The Smith-Watson-Topper damage parameter (top) and the Ostergren
damage parameter (bottom) versus Ny for superimposed OP/HCF loading (left) and
IP/HCF loading (right).

A comparison of Ny under pure and superi TMPposed TMF loadings on the basis of the

total mechanical strain amplitude g,™ = = gyt + €a4 F shows a considerable lifetime
reduction under OP loading for €,; ™ > 0.5% and under IP-loading with &,," > 0.57%.
This lifetime reduction increased with increasing &,,™ (Fig. 6). It was mainly caused by
the accelerated growth under HCF loading of cracks, which are created by low frequency
LCF loading [6]. In addition, the change of the microstructure at high &, JC and Toax
values from a subgrain structure to a diffuse planar dislocation arrangement with a high
dislocation density resulted in a reduction of the mobility of dislocations as compared
with pure TMF loading. This strongly localized dislocation movement favored the
development of microscopic damage [12].
As shown in Fi c% 4, for every Tmay temperature the relation between g, as the sum
of &, and g, " and the resulting lifetime under superimposed TMF loading with
different g, HCE can be described by a simple power law (Eq 1). The exponent b of these
equations decreased with increasing Tpax or &ay ¥ , and seemed to be dependent on the
material properties at the different maximum temperatures. In order to verify this
relatlonshlp, addltlonal OP/HCF experiments at Ty, = 850°C were carried out with
€a, JME— 5 ga The results of these tests are indicated by solid symbols in Fig. 9. These
results indicate that the slope of a straight line through the data points has a higher slope
as compared to the corresponding line in Fig. 4 (0.23 versus 0.15). If the exponent b is
plotted on a logarithmic scale as a function of the log of the total mechanical total strain
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amplitude  from pure TMF
experiments, the data points of the
OP experinients can be described
by a straight Line (Fig. 10). The
results of IP tests are also shown in
Fig. 10, and it is seen that the
values of b are higher for IP/HCF
than for OP/HCF loading. This
comes about because under
IP/HCF conditions at the same
Tuax {same sa,tTMF) the induced
tensile stresses are lower. There-
fore, under IP/HCF loading the
effect of the HCF loading on the
lifetime is lower as compared to
OP/HCF superposition. Again, the
de{}endence of the exponent b of
ga: " may be explained by the
fact that the initiation of
microcracks is mainly affected by
the magnitude of the pure thermal
mechanical loading, and only the
propagation of these microcracks
is influenced by the superimposed
higher frequency HCF loading.

In Fig. 11, the mechanical total
strain Wohler curves from pure
TMF (a) and superimposed
OP/HCF and IP/HCF experiments
at £, " = 0.1% (b) and 0.2% (c)
is shown, Under pure TMF loading
the Wohler curves of OP and IP
loading cross. Under OP loading
gatm > 0.7% (Tmax > 1100°C)
resulted is a higher lifetime. For
lower values of €, (Tmax) the
opposite is the case. This behavior
is caused by the development of
damage. At lower g,; ™ (Tpax) the
tensile mean stresses which are
produced under OP loading accele-
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FIG. 9—Total mechanical strain amplitude
versus number of cycles to failure for superimposed
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FIG. 10—Exponent b versus TMF f(otal
mechanical strain  amplitude for pure and
superimposed HCF loading for OP- and IP loading
with different TMF constraints.

rate microcrack initiation and propagation. Therefore, under this loading condition the
lifetime at OP is lower than under IP loading. At high &,¢™ (Tnma) values tensile stresses
in the range of Tpax produce creep damage under IP loading which reduces the lifetime in
comparison with OP loading despite of the compressive mean stresses which develop
under IP loading. Under superimposed TMF/HCF loading the Wéhler curves did not
cross. This was a consequence of the growing influence of the superimposed loading
mainly on the increasing tensile stresses that controlled microcrack propagation. Under
OP conditions, microcrack initiation at the surface was accelerated by the high tensile
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stresses developed at low temperatures.
Therefore, during OP/HCF loading the
faster microcrack propagation due to the
superimposed HCF loading resulted in
earlier failure than under IP/HCF
loading. As Lcan be seen from Fig. 11,
under an aat loadlng of 0.2%, a much
larger influence of the phase shift
existed than for an sat loading of
0.1%.

Summary

From the results obtained in this
study, the following conclusions can be
drawn:

e A superimposed HCF loading
decreased the TMF lifetime
significantly. The lifetime reduction
increased with increase in g,,"" and
approached 90% of the lifetime
obtained in pure TMF experiments.
The dependence between the
applied total strain amplitudeg,;™
and the number of cycles to fallure
Nt can be describedas &,;™ = A Ne®
for each Ty andtype of TMF-test.

* Under OP/HCF loading the lifetime
reduction at a given aat T did not
depend on  the  maximum
temperature because tensile stresses,
which determine the lifetime,
developed when the temperature
approached the minimum
temperature of the thermal cycle and
Tmin Was the same at all OP tests. In
contrast, for IP/HCF superposition
the lifetime reduction did depend on
the maximum temperature because
tensile siresses developed when the
temperature approached Trax.

e With increasing g, the lifetime
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Wéhler curve for (a) pure TMF loading, and
(b) superimposed OP/HCF and IP/HCF

loading for e = 0.1 and (c) 0.2%.

decreased under OP/HCF conditions more so than under IP/HCF conditions because
the lifetime reduction depended mainly on the developing tensile stresses, which
controlled microcrack initiation and propagation. At a given Tpay, faster microcrack
initiation and propagation during OP/HCF loadlng due to HCF resulted in an earlier
failure than for IP/HCF loading. With increasing £,5 , the differences increased.
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ABSTRACT: CM186 SX is a second generation Rhenium (Re) containing single crystal nickel-
base superalloy, which exhibits improved creep and oxidation performance compared with its
first generation counterparts. In this paper, the thermomechanical (TMF) response of coated and
uncoated <001> single crystal nickel-base superalloy, CM186 SX is presented. In-phase (IP) and
Out-of-Phase (OP) cycles were examined using coated and uncoated hollow dumbbell test
pieces. Linear heating and cooling with a temperature rate of 6°C/s between 350 and 930°C was
applied. The tests were mechanical strain controlled with strain ranges between 0.5 to 1.0%.
Detailed examination of the experimental results revealed that variations in wall thickness of the
hollow test pieces played a significant role in the set-up of the experiments and interpretation of
the results. Finite element analysis was also performed to investigate the influence of the
variation in wall thickness and its relevance to the experimental results. Overall, the results
showed that the coating reduced the TMF life, particularly for OP cycles. Brittle cracking of the
coating, especially at low temperatures, occurred at low strains. For the IP cycle the coating
appeared to have less of an influence on life than for OP cycles. The results are compared with
those from an earlier program using solid rectangular test pieces.

KEYWORDS: thermomechanical fatigue, single crystal, nickel-base superalloy, aluminide
coating, Sermalloy 1515 and CM186 SX

Introduction

The development of nickel-base superalloys has been driven primarily by the gas
turbine and aero-engine industry. Over the past few decades, more advanced casting
processes have allowed the introduction of more sophisticated and stronger nickel-base
superalloys, such as the directionally solidified (DS) and single crystal (SC) forms.
CMI186LC, a second generation DS superalloy, is used as blade material in small
industrial gas turbines [1]. It is an attractive superalloy due to its low production cost as it
has good castability and does not require a solution heat treatment. Further cost reduction
is possible by using foundry revert material from other superalloys such as CMSX4®, due
to their chemistry resemblance. The successful implementation of CM186LC® as blade
material in industry has promoted interest in the possibilities of further improvement in
engine performance by using the single crystal form of this material, CM186 SX. This
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necessitates more characterization of mechanical properties of this material, such as high
temperature creep, fatigue, oxidation resistance and most importantly, thermomechanical
(TMF) behavior.

Despite their superiority in high temperature creep and fatigue resistance
compared with the first generation superalloys, the improved strength of the newer
generation superalloys is often accompanied by lower surface oxidation and corrosion
resistance, due to lower content of chromium (Cr). Hence, various types of surface
coatings are often used to improve their surface oxidation and corrosion resistance.
Although it is generally accepted that coatings have minimal influence on the structural
integrity of the component, it is important to optimize the performance of the coated
component through a better understanding of its mechanical behavior.

Gas turbine blades experience transient thermal and mechanical loading during
service, especially during start-up and shutdown of the engine. Thermal induced strain,
combined with mechanical strain, has a detrimental effect on the blade's service life.
Different damage mechanisms are expected to occur in coated turbine blades during a
thermal cycle as the coating has a ductile-brittle transition temperature (DBTT) at an
intermediate temperature in the cycle. It is therefore essential to study the material
response of the newer superalloys during thermal and mechanical fatigue.

Different methods are often used when conducting TMF tests and there is no
standard procedure. Thin wall test pieces are generally used in TMF tests to reduce
thermal mass and help minimize thermal gradients. The thin wall test piece is also
intended to resemble a volume of material in the thin section of a turbine blade. In the
work presented in this paper, the influence of nonuniform wall thickness of the test piece
was examined.

Turbine blades in service experience various TMF cycles. The Diamond type
cycle with 135° phase shift is particularly popular among many researchers [2-4,8]. In
this work, simple In-phase (IP) and Out-of-phase (OP) cycles were used to study coated
and uncoated CM 186 SX test pieces. The effect of the coating on the TMF lives of the
same coating-substrate system was studied by Peteves et al [5] under OP and R = -
condition. The results from their work are compared with the results presented later in
this paper.

Material and Experiments

Material and Test Piece Geometry

CM186 SX is a highly alloyed cast superalloy with 3% Re and 70% volume
fraction of the coherent ¥’ precipitate strengthening phase. The nominal chemical
composition of the alloy is shown in Table I.

TABLE 1—Nominal chemical composition of CM186 Superalloy (in wt. %).
Co W Al Cr Ta Re Hf Ti C Mo Ni
925 85 57 6 34 3 14 0.7 007 05 Bal
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The material was cast to the shape of the test piece, with the longitudinal axis
intended to be the [001] crystallographic orientation. A two-stage aging heat treatment
process was applied. In the first stage, the cast test piece was vacuum heated at 1080°C
for 4 h. The second stage was 20 h at 870°C. In both stages, rapid gas fan quenching in
high purity argon followed heating. The external surface of the cast test piece was then
machined and polished. The inner wall of the test piece was honed. This was to avoid
crack initiation at machining scratches and casting defects at the bore surface. Button-end
hollow test pieces with gauge length of 15 mm and nominal wall thickness of 0.75 mm
were used. The dimensions are shown in Fig. 1. After testing, it was found that the wall
thickness was non-uniform, and the steps taken to understand and ameliorate this effect
are described later in this paper.

Coated and uncoated test pieces were used in this work. The coating used was a
modified aluminide coating, Sermalloy 1515%. The Al/Si coating was applied as sprayed
slurry on the gauge section of the test piece, followed by a diffusion process at about
870°C. The process (spraying and heat treatment) was repeated three times, resulting in
three layers of coating with an approximate total thickness of 80 wm. No coating was
applied to the bore surface or other areas of the test piece. The crystallographic
orientation of the test pieces was within 6.5° deviation from the nominal [001] direction.

Experimental Equipment

TMF tests were performed using an Instron 100kN closed loop electromechanical
testing machine at DERA, Farnborough. Strain was measured using a high temperature
side-contacting axial extensometer with gauge length of 12.5 mm. A 10 kW solid-state
high frequency induction heater provided heating. Cooling of the test piece was achieved
by passing compressed air through the middle of the test piece and also by conduction
through water-cooled hydraulic grips at both ends. A single color pyrometer with spot
size of 0.35 mm diameter and temperature range between 200°C and 1200°C was used to
control the temperature. The pyrometer was connected to a Eurotherm 900EPC
controller, which received command signals from the test machine controller. A 2-color
pyrometer with a spot size of 7 mm diameter and temperature range between 600°C and
1600°C, was used to monitor the temperature of the test piece and was independent from
the control system. An R-type thermocouple was spot-welded outside the gauge section
for over-temperature monitoring purposes.

2556.5R Z‘g 501515

A

FIG. 1—TMF Test Piece Geometry (All dimensions in mm).
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FIG. 2—Applied variations of temperature and mechanical strain with time.

TMF Cycle

Basic In-phase (IP) and Out-of-phase (OP) TMF cycles were used in this work.
The same temperature cycle was used in all IP and OP cycle tests. Linear heating and
cooling rates of 6°C/s were applied between 350 to 950°C, which gave rise to a cycle
period of 200 s. Triangular strain cycles were applied with R-ratio (mechanical strain
ratio) of -1 and 0.05. Total mechanical strain ranges applied were 0.5, 0.6, 0.8, and 1.0%.
Different TMF conditions are illustrated in Fig. 2 for a mechanical strain range of 1.0%
as an example.

Experimental Procedure

Before the start of this series of tests, an alignment check was carried out on the
test machine using a strain-gauged test piece and any misalignment of the load train was
corrected. Then, at room temperature, each test piece was cycled between + 0.5kN and
the axial strain measured at different locations around the test piece. The value of “local”
axial strain at any location was recorded directly and the recorded value of load was
divided by the average cross section area of the test piece to obtain “average” stress. The
“local stiffness” was obtained from the values of “average stress” and “local” strain
measured.

Since the accuracy of measurement from the pyrometer was affected by the
stability and condition of the test piece's surface (both coated and uncoated), the test
piece was preoxidized at 950°C before the actual test, to allow a layer of stabilized oxide
to build up on the surface. Initial investigations revealed that there was a spatial variation
of the surface temperature of the test pieces. As part of the procedures to account for
temperature variation around the test piece due to nonuniform wall thickness, the
temperature around the test piece at the gauge section was recorded. This was examined
in more detail by heating the test piece to 950°C, and then the temperature measured at
30° intervals around the test piece. Typically, a sinusoidal variation was obtained, which
was later found to be correlating with the wall thickness. The maximum variation in
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temperature depends on the variation of the wall thickness. It was decided to control the
temperature at an “average” location. This was defined as the location where the mean

T +7T. -
value (ﬂ"2—m‘“—) of the temperature variation was measured, where Tmax and Tmin Were

the measured maximum and minimum temperatures, respectively, around the test piece.
For the strain measurements, the extensometer was set up to measure “average” local
axial strain. By adopting this method, the temperature and sirain was set to be controlled
and measured at a location having an intermediate wall thickness, with the results
intended to represent the “average” response of the material.

For the test program each test piece was cycled first with the desired temperature
cycle under zero load control. The thermal strain was recorded and the TMF software
was used to transfer the thermal strain recorded into a set of polynomial parameters. The
parameters were then transferred to the computer’s memory. During the TMF test, the
total strain was measured and the instantaneous thermal strain calculated and subtracted
by the computer. Consequently, the correct mechanical strain was applied to each test
piece. Each test piece was also cycled thermally under zero strain for six cycles followed
by the actual TMF loading. This was to allow thermal equilibrium to be reached before
the mechanical loading was applied.

Tests were stopped when there was a stress drop from a stabilized value of 50%
or sometimes when the test piece fractured. Tests that completed 3000 cycles with no
sign of failing were also stopped. Test conditions for all the TMF tests conducted are
shown in Table 2. Also shown in Table 2 are the number of cycles to crack initiation (N;)
and number of cycles to failure (Ng). N; and Ny were defined as the number of cycles
when there was a 2% and 50% stress change from the stabilized maximum stress,
respectively.

TABLE 2—Test Matrix of CM186SX<001> TMF tests.

Test  Mis-Orientation, TMF  Agpean, % R Coating N; N

No. 0,° Cycle (0.980m)  (0.50ma)
1 472 OP 0.5 -1 Yes 3000* 3000*
2 6.5 opP 0.6 -1 Yes 2238 2516
3 4.8 OP 0.8 -1 Yes 423 508
4 6.5 OP 0.6 0.05 Yes 423 441
5 1.7 OP 0.8 0.05 Yes 282 282
6 3.0 OP 0.8 -1 No 1374 1469
7 2.1 1P 0.8 0.05 Yes 3000* 3000*
8 1.6 1P 0.8 -1 Yes 895 895
9 0.8 1P 1.0 -1 Yes 278 567

*Unfailed tests

Metallographic Examination

Fracture surfaces of the failed test pieces were analyzed using a scanning electron
microscope (SEM). Transverse sections of the samples were obtained from the failed test
pieces and mounted using cold-setting epoxy resin. Samples were polished down to 1 pm
and then examined using an optical microscope.
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Experimental Results

Variation in Wall Thickness, Temperature, and Stiffness

During the experimental set-up, it was found that the stiffness and temperature
varied as a function of angular position around the test piece. Examples of the variation
of temperature and local stiffness with wall thickness are shown in Fig. 3a and 5,
respectively. Post test examination of test pieces’ cross sections revealed that the wall
thickness within the gauge length was not uniform. The design specification required a
wall thickness of 0.75 mm. The average coating thickness for coated test pieces was
about 80 um. However, the average results of all the test pieces showed that the variation
in wall thickness was from 0.59-1 mm for coated test pieces and 0.5-0.96 mm for the
uncoated test piece. This represented a variation from the design value of 0.75 mm of
about -21% and +33% for coated test pieces and -33% and +28% for the uncoated test
piece.
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FIG. 3—a) Variation of temperature with wall thickness; b) Variation of stiffness
with wall thickness.
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Figure 3 shows the variation in wall thickness for one test piece where the
minimum and maximum wall thickness were 0.56 and 0.95 mm, respectively. It can be
seen in Fig. 3a that the minimum temperature coincides with the maximum wall
thickness. Conversely, the maximum temperature occurred at the minimum wall
thickness. The variation in the measured local stiffness shown in Fig. 35 corresponds also
to the change in wall thickness. Investigation on all the test pieces revealed that highest
variation for local stiffness at room temperature and temperature (controlled at 950°C)
was 26GPa and 30°C, respectively.

Experimental TMF Stress-strain Response

Typical hysteresis loops from coated test pieces subjected to IP and OP cycles are
shown in Fig. 4a and b, respectively. It is shown that in both cases, most of the inelastic
strain was accumulated in the first cycle. Apart from the first cycle, very narrow loops
were obtained in the following cycles. This is one of the main thermomechanical
characteristics of this material. Different shapes of loops were found in IP and OP tests,
mainly caused by changes in stiffness with temperature, Similar loops were found for
coated and uncoated test pieces tested in identical conditions. This indicates that the
coating had only a small effect on the load bearing capacity of the test pieces. However,
generally higher stiffness was found for coated test pieces compared to uncoated test
pieces.

The evolution of maximum and minimum stresses during TMF tests was
influenced by the loading condition at the high temperature part of the cycle. Typical
results are shown in Fig. 5. In IP cycles, relaxation of the maximum and minimum stress
occurred at high temperatures due to creep deformation and caused the mean stress to
become more negative. In OP cycles, these effects were less evident with very little
relaxation of the peak and mean stress prior to crack initiation.
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FIG. 4—a) Experimental hysteresis loops for IP tests, coated and Agmeon = 0.80%;
b)—Experimental hysteresis loops for OP fests, coated and Agpecr, = 0.80%.

700 !
Crack Initiation :
< —O0p "~°"IP

Maximum Stress g

Stress (MPa)

Minimum Stress

800 1000 1200 1400 1600 1800 2000

Number of Cycles, N

FIG. 5—Evolution of maximum and minimum stress for coated test pieces under
OP (R =-1) and IP cycles (R = 0.05), Agpeer = 0.8%.

TMF Lives

The TMF lives for different tests are summarized in Fig. 6. The results show that
the OP cycle was more damaging than the IP cycle for both R-ratios (0.05 and —1). R =
0.05 was found to be more damaging than R = -1 in OP tests. This was the reverse for IP
tests. In OP tests, a reduction of the mechanical strain range from 0.80% to 0.60% in an R



218 THERMOMECHANICAL FATIGUE BEHAVIOR OF MATERIALS

= (.05 test resulted in an increase of life of about 50%, while an increase of five times
was achieved in the case of R = -1 tests for the same reduction in strain range. In IP
conditions, R = -1 tests were found to be more damaging than R = 0.05. For an applied
strain range of 0.80%, the R = 0.05 test was found to last at least three times longer than
R = -1 test. The presence of the coating appeared to reduce the TMF life by about three
times when compared with a similar uncoated test piece tested in the OP condition, R = -
1 and with a mechanical strain range of 0.80%.
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FIG. 6—Experimental TMF lives for CM1865X<001>.

Metallographic Observations

SEM fractography and optical metallography were performed on specimens
prepared from tested TMF test pieces. SEM analyses of the fracture surfaces revealed
multiple crack initiation sites on all samples. Different crack initiation mechanisms were
identified, generally regarded as “line initiation” for the coated material and “point
initiation” for the uncoated material [2]. Crack initiation from sub-surface pores was also
observed.

For the uncoated test piece, multiple crack initiation sites were observed and were
invariably associated with “point initiation” from broken oxide hillocks on heavily
oxidized surfaces, especially on the bore surface. These features are shown in Fig. 7a.
Crack initiation occurred also from subsurface casting pores near both the inner and outer
surfaces of the uncoated test piece. However, it is not clear which of these mechanisms
led to final failure of the uncoated test piece. The presence of a casting pore on a fracture
surface is shown in Fig. 7b. In coated test pieces, parallel transverse cracks perpendicular
to the loading axis were observed on the outer surface of the test piece. This is regarded
as “line initiation.” The coating cracked at low strain in a brittle manner at temperatures
below its DBTT, which is thought to be around 600°C [6].
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(2) OP, R = -1, Aeqcen = 0.8%, uncoated  (b) OP, R = -1, Aemecn = 0.8%, uncoated

FIG. 7—a) SEM micrograph showing oxide hillocks on heavily oxidised bore
surface of uncoated test piece; b) SEM micrograph showing crack initiation site at
subsurface casting pore of uncoated test piece.

Finite Element Simulations

Finite element (FE) analyses on 3-dimensional (3-D) models of the hollow TMF
test piece were performed to investigate the effects caused by the nonuniform wall
thickness. Hollow test piece models were created using the dimensions of several
experimental test pieces described earlier. The external dimensions of the piece were the
same as shown in Fig. 1. The objective was to create a 3-D model with the same wall
thickness variation as observed in the experiments. A typical wall thickness variation is
shown in Fig. 35.

To create the model, a 3-D geometric model was created using AutoCAD 2000.
The model was then imported into ABAQUS/CAE, where mesh creation was petformed.
3-D solid elements, of type C3D20R were used throughout the model. Elements with
reduced integration were used to reduce computational times. Fifteen elements were
created along the gauge section and 24 elements around the test piece in the gauge
section, with two layers of elements through the cross section. A total of 10296 nodes and
1824 elements were used in the complete model. In addition to the 3-D model of the test-
piece, an analysis using a 3-D single element was also carried out.

The material model in the FE analysis included anisotropic elasticity together
with a single crystal creep model in a UMAT subroutine. The details of the material
models are described elsewhere [9,10]. No details of the coating were included in the
analysis. Also, no effect of crystallographic mis-orientation was included in the FE
analysis.
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Boundary and Loading Conditions

For the 3-D test piece model a local cylindrical coordinate system was defined for
all the nodes on the base of one end of the test piece. All these nodes were constrained in
the hoop and axial directions. To apply loading on the test piece, uniform displacement
was applied to all the nodes on the surface of the other end of the test piece in the
uniaxial direction Z.

As the average stress on the test piece was required for direct comparison with
experimental results, a cross section was defined at the middie of the gauge section. The
total area and force on the section were used to compute the average stress acting on the
test piece. To obtain the local strain, two nodes along the gauge were identified. The
original distance between the two nodes was 12.5 mm and equal to the gauge length used
in the experiments. The strains at different angular positions on the model were
determined by using nodes at the corresponding positions.

To simulate the thermal cycle for TMF conditions on the 3-D model the
temperature at all nodes was set to 350 C in the first step and then 950 C in the next step.
The total time for each step was 100 s. In the first cycle, remote displacement values were
determined by trial and error so that the local strain, equivalent to that controlied in the
experiments, was equal to experimental values. For subsequent cycles the remote
displacements were adjusted to match the required local strain control.

To investigate the effect of nonuniform thickness on the TMF resuits, the same
analysis was repeated by controlling the strain at other locations with different wail
thickness.

Results

Results of 3-D FE analysis of the test piece model were obtained in such a way to
aliow direct comparison with experimental data [9] and FE resuits of the single element
model represents pure material response predicted by the material model. Figure 35
shows the variation of the local elastic stiffness with angular position around the test
piece, together with the variation of wall thickness. The results show that the specimen
experienced greater stiffness at positions when the wall thickness was largest, and the
results agree very well with the experiments.

Typical results from the TMF simulations are shown in Fig. 8. Figure 8a shows
the experimental and FE resuits of the variation of stresses with number of cycles. Here,
the local strain was controlled at the position of the mean wall thickness. The results
show good agreement between FE and experimental data, especially at high
temperatures. Good agreement between FE results from the single element model and the
test piece model suggests that the mechanical response measured in the experiments were
representative of the material response or at least within the practical experimental scatter
or prediction uncertainty.
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Figure 85 shows the FE results from three separate analyses on the same test piece
model. Each analysis was performed by simulating the TMF test with strain controlled at
different locations around the test piece. The locations corresponded to the mean (as in
the case of the experiment) smallest and largest wall thickness. The thickness at each
location was 0.78, 0.49, and 0.96 mm, respectively. Both experimental and FE results in
Fig. 30 show that a stiffer mechanical response was obtained at a location with the largest
wall thickness. The same is observed in Fig. 8b, where a higher stress response was
obtained when the strain was controlled at the location of greatest thickness. However,
the results show that there is very little difference between the three sets of simulations
for minimum stress and the difference is more significant for maximum stress.

Discussion

Influence of Coating, R-ratio, and Cycle Type on TMF Lives

It was thought the the reduction in TMF lives in coated test pieces when
compared to uncoated test pieces was caused by the premature cracking of the coating.
This induced cracking would then cause crack initiation into the substrate in the early part
of the TMF lives. The results showed that for both R-ratios investigated, the effect was
more significant in the case of OP tests compared with IP tests. As the coating has a very
low fracture strain at low temperatures, premature brittle cracking of the coating was
expected in OP tests, since the material was subjected to maximum tension at low
temperatures. A smaller effect was expected in 1P tests.

The premature cracking of the coating during the early part of the test not only
exposed the substrate to the environment and allowed oxidation, it also acted as a crack
initiation site for cyclic crack propagation. Affeldt [3] reported that this occurred in the
first cycle for high strain tests. However, it was observed in the present tests that the
cracks did not extend into the substrate in the first cycle, since the fracture surface
revealed heavily oxidized coating-substrate interfaces, which is illustrated in Fig. 8a. This
suggests there was long exposure of the interface to the environment, indicating that the
coating cracked very early during the test and only extended to the substrate after a
considerable amount of time [7]. Figure 9a also shows regions indicating a feature of
classical fatigue crack growth, which propagates to the substrate from the coating-
substrate interface.

The overall picture js that the coating cracks at the early part of the test, but
usually stops at the coating-substrate interface and allows oxidation to take place. After a
considerable amount of oxidation, cracks start to extend into the substrate through “line”
crack fronts via classical cychic crack propagation. The early part of the TMF life is
therefore strongly influenced by oxidation, followed by the TMF induced crack
propagation at a later stage.

Trrespective of the dominant mechanism leading to failure, crack initiation also
occurred from the uncoated bore surface in all tests. This mechanism was more evident in

tests subjected to small strain ranges and hence longer lives. This is because the material
was exposed to the environment for longer periods, allowing more severe surface
oxidation on the uncoated inside surface to take place. In the case of all tensile cyclic
tests (R = 0.05), it was observed that the crack initiation from sub-surface pores became
more evident.
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Casting of the hollow test pieces produced nonuniform wall thickness. As
illustrated in Fig. 3, this feature influenced the local temperature and stiffness of the test
pieces. The variation in wall thickness caused nonuniform deformation (and hence
stresses) across the section. As might be expected initiation of failure occurred at the
thinnest section of the wall in all test pieces. An example is shown in Fig. 95. Final
failure usually occurred in the thicker section of the wall thickness. Consequently,
although the test pieces had nonuniform wall thickness, this variation is not expected to
have a significant influence on the test variability. This is because failure initiated at the
thinnest section and strain was controlled at a location corresponding to the mean wall
thickness. Nevertheless, further work using finite element analysis is being undertaken to
assess the implications of the nonuniform wall thickness on TMF failure.

I,
(a) OP, R=-1, Agpech=

0.8%, coated (b) OP, R=-1, A€mech = 0.8%, uncoated

FIG. 9%—a) SEM micrograph showing the coating, heavily oxidised coating-
substrate interface and flat region of fatigue propagation area; b) Photography showing
cross section of failed TMF test piece.

Variation of Wall Thickness

The FE results have demonstrated that, despite the significant variation observed
in measured elastic stiffness at locations with different wall thickness, the experimental
material data obtained with the special experimental procedures employed was within
acceptable experimental scatter. The good agreement between FE and experimental
results suggests that the mechanical response measured in the experiments were
representative of the material response. The FE results also demonstrated that the special
experimental procedures employed were able to measure acceptable data despite the
variations observed in the measured elastic stiffness.

In industry, the difficulty in casting hollow components with precise wall
thickness is already well known. The benefit of using cast hollow test pieces compared to
machined hollow samples is that the inner wall of the hollow cast specimen better
represents the surface conditions of actual engine components. Using as-cast samples
provides more realistic material data. Furthermore, the FE results form a basis for
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determining suitable tolerances for variations in wall thickness for this type of test piece.
This is because it is economically impractical to manufacture and reproduce cast
components with a precise wall thickness.

Comparison with Other Data

The results for the thin wall test pieces subjected to TMF were compared with
earlier test results from the Joint Research Centre (JRC) in Petten, Netherland [5] on the
same coating-substrate system, but using different test piece geometry. The test piece
used by JRC was a solid rectangular cross section of 12 mm _ 3 mm. The TMF lives
from the JRC study for OP, R = - test are compared with OP, R = -1 hollow cylinder
tests in Fig. 10. The results suggested that R = - tests was the least damaging among all
R-ratios (0.05, -1, -o) investigated. However, there may also be an influence of test piece
geometry. JRC also recorded the early crack initiation life of the test pieces. This
corresponded to surface crack lengths of 30 pm. In contrast, initiation of failure in the
thin wall test pieces corresponded to a stress reduction of 2%. Although different R-ratios
were used, the results show that initiation occurs early on in life for OP loading
irrespective of geometry and R-ratio. Subsequent crack growth in the hollow test pieces
was then dependent on the local stress and strain state. This arises because the wall
thickness was nonuniform. Nevertheless, it was reasonable to expect the failure lives of
the tests at DERA to be shorter than that of the tests from JRC because of the
complicated stress state.

1.1
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% Nif JRC)
£ 09 Ni (JRC) )
=
& 423 508 o,
= 081 5196
3 300 Nf (DERA)
g
S 0.7
=
T o g 2516
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& 2238
0.5 R B T
100 1000 10000

Number of Cycles, N

FIG. 10—TMF lives for coated CM1865X<001> tested with OP cycles.
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Conclusion

Strain-controlled TMF tests have been performed on single crystal nickel-base
superalloy, CM186 SX <001> in coated and uncoated conditions. IP and OP cycles with
R =-1 and R = 0.05 were applied at different mechanical strain ranges. A procedure was
developed to detect and ameliorate the effect of nonuniform wall thickness on the
temperature and local stiffness of the test pieces. The beneficial effect of this procedure
was later confirmed by good comparison between the experimental data and FE analysis
results. Brittle cracking of the coating at low temperatures occurred very early during the
tests and was found to be detrimental to the TMF lives for OP cycles. Different
deformation mechanisms occurred when different TMF conditions were applied due to
the changes in ductility of the coating with temperatures. Comparison with earlier work
on the same material also demonstrated the effect of test piece geometry on the TMF
lives.
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ABSTRACT: This paper describes a study performed on the thermomechanical fatigue
behavior of stainless steel grades for exhaust systems, especially for exhaust manifolds. A
testing rig has been developed to characterize the thermomechanical fatigue resistance of bent
stainless steel sheets. In particular, the behaviors of ferritic and austenitic stainless steels are
compared. After the identification of the elasto-viscoplastic constitutive law of the materials, the
numerical simulation of the test is performed, enabling the computation of the viscoplastic strain
accumulated during each cycle. Examination of the failed specimens indicated that cracks could
be mainly attributed to out-of-phase thermomechanical fatigue in the case of ferritic grades and
to in-phase thermomechanical fatigue in the case of austenitic grades. A Taira type dainage
criterion is proposed, which correlates the amplitude of the viscoplastic strain and the number of
cycles to failure. But due to a coupling with oxidation and creep during in-phase
thermomechanical fatigue, the phasing between the thermal and the mechanical loads has to be
taken into account in the criteria. The hydrostatic pressure at maximum temperature is proposed
as such a phasing factor.

KEYWORDS: thermomechanical fatigue, stainless steel, exhaust, damage, life prediction
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Strain tensor, e, t and vp subscripts for elastic, thermal, viscoplastic

Sk Yield function and yield limit

o, X, Kinematic hardening variables

C.D  Kinematic hardening parameters (Chaboche law)

n, K Viscoplastic parameters (Norton law)

Ny Number of cycles to failure

&7 Equivalent viscoplastic strain

Ag”  Equivalent viscoplastic strain amplitude during a stabilized cycle
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Introduction

Stainless steel grades are now widely used for exhaust applications like muffler,
catalytic converters, pipes, or manifolds. This evolution is driven by the need to increase
the durability of the exhaust parts, which are subjected to more severe conditions as a
consequence of the effort to decrease automotive pollutant emissions. In this framework,
high temperature stainless steel grades were developed to provide high temperature
mechanical properties and better oxidation resistance especially for the hot end of the
exhaust system. Today, exhaust suppliers test manifolds on engine dynamometers under
severe thermal cyclic loads at high temperatures. The exhaust gas temperature can be as
high as 950°C and in the future it will probably reach around 1050°C, especially for the
gasoline engine. The test conditions are generally specified by the automakers, so
different cycles can be observed including short to long dwell time at high temperature.
The cycle duration is around 10 min. with dwell time of around 5 min. Different types of
cooling processes are also used: natural convection, pulsed air or water-cooling. An
exhaust manifold has to pass approximately 1500 cycles to be considered validated for
production. Figure | shows an example of a ferritic stainless steel exhaust manifold.

In an effort to reduce cost and development time, simulation tools have to be
proposed for the fatigue design of such a component including a mechanical behavior
model and a damage model under non-isothermal mechanical loads. The general
procedure for the lifetime prediction of an exhaust manifold under thermomechanical
fatigue is summarized on Fig. 2. Finally, the main improvements of the approach are
now:

Meshing rules for singular area (weld seam, small curvature area)

Take account of the forming process inducing thinning or residual stresses
An accurate temperature distribution by a 3D flow-thermal simulation
Provide models and data for both behavior and damage analysis
Validation of the approach by comparing experimental and FEA results.

The present paper is focused on the behavior and damage models, and the simulation
of the thermomechanical fatigue process of the stainless steels.

Thermal Fatigue Test

Tested Materials

The materials studied are stainless steel grades commonly used for exhaust manifold
application in the form of bent and hydroformed tubes or deep-drawn sheets. The
considered thickness for exhaust applications is often below 2 mm. Standard designation
and chemical compositions of the tested materials are listed in Table 1.

FIG. 1 — A4 4-cylinders ferritic stainless steel exhaust manifold (Courtesy of
Benteler).
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FIG. 2—General procedure for lifetime prediction on an exhaust manifold under
thermomechanical fatigue.

TABLE 1 — Typical chemical composition of the tested materials in weight percent.

Grades Ct Ni Si Man C Others
Ferritic Grades

AISI409 11.5 0.5 03 002 Ti

AlSI441 17.8 0.5 05 0.02 Ti+Nb

Austenitic Grades
AISI304 182 87 05 15 0.04
AISI321 175 92 05 13 003 Ti
Austenitic Refractory Grades
AISI308S 19.8 127 20 1.7 0.04

Ferritic grades have low ultimate tensile strength at temperatures above 800°C but
good cyclic oxidation properties and a low thermal expansion coefficient compared to
those of austenitic grades. So stresses induced by a thermal cycle in ferritic grades are of
a lower level than those induced in austenitic grades. Antoni et al. presented in [1] a
comparison between the cyclic oxidation properties of stainless steels and observed an
important scaling of the austenitic grades like AISI 304 and 321. Also, it is well known
that the creep properties of ferritic grades can be improved significantly by adding
niobium as in the AISI441 grade. In the austenitic refractory grades, the sigma-phase
precipitation in this temperature range can lead to an embrittlement of the metal at room
temperature.

Experimental Procedure

A special test has been developed to determine the thermomechanical fatigue (TMF)
resistance of steel sheet specimens. The testing rig and the experimental procedure are
described in [2] and [3]. This test permits the imposition of a thermal cycle on a clamped
V-shaped specimen by alternate resistance heating and air-cooling (Fig. 3). It has also
been adapted to the case of welded specimen [4]. Specimens are constrained at each end,
which causes strain-stress response. Specimens are taken from sheets of thickness
between [ and 2 mm. Constraining force at cold temperature, temperature, and the
number of cycles are recorded during the test.

The TMF life of a specimen is expressed as the number of cycles to failure
determined conventionally as the time after which a 50% decrease of the constraining
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force has occurred. For a given grade, the fatigue life depends on the maximum and
minimum temperature of the cycle, dwell time at the maximum temperature and the
specimen thickness. The fatigue life is the mean value of three tests and standard
deviation is below 10% (duration of one test is around 3 weeks). The advantage of this
test is that it is both simple for classifying the TMF resistance of the stainless steel grades
and representative of the TMF process occurring in exhaust manifolds, while focusing on
a study of the damage mechanisms.

1000
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300
200
100

0
0 50 100 150 200 250 300 350 400 450 500
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FIG. 3—Principle of the TMF fatigue test developed and typical thermal cycles
imposed on thin sheet specimens.

Experimental Results

Figure 4 presents results in the case of 2 mm thick specimen loaded from 250°C to
900°C and for different dwell times from 0-180 s at the maximum temperature. Classical
austenitic grades (AISI 304 or 321) exhibit poor thermomechanical fatigue resistance
compared to the ferritic grades (AISI 409 or 441) or high-chromium refractory grades
(AISI 308S). In fact, the AISI 441 ferritic grade offers the best thermomechanical fatigue
resistance, even compared to the AISI 308S refractory grade, which can be more
sensitive to the detrimental effect of the dwell time at the maximum temperature (Fig. 4).
Oku et al. investigated in [5] the TMF resistance of ferritic stainless steels and found the
same difference between ferritic and austenitic grades. In fact, microstructural
observations performed on our specimens showed that the fatigue crack propagation
occurs at intrados of the specimen (concave side) in the case of ferritic grades and at
extrados of the specimen (convex side) in the case of austenitic grades.

The difference between the thermal expansion coefficients of ferritic grade and those
of austenitic grades is not sufficient to explain the difference between the TMF lives and
crack locations. The coupling with creep and oxidation seems to be the main factor for
the damage process especially at extrados where a tensile state of stresses occurs at
higher temperature. Finally, it has to be noticed that these TMF results differ significantly
from results obtained in isothermal conditions —low-cycle or high-cycle fatigue— where
resistances generally follow high temperature tensile strength.
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FIG. 4—TMF results on 409, 441, 32,1 and 308S stainless steel grades for 250°C-
900°C — 2-mm thick specimens for different dwell times.

Numerical Simulation of the Thermomechanical Fatigue Process

Constitutive Law for Material and Identification Procedure

In order to simulate numerically the TMF process occurring in the test, constitutive
laws for materials behavior have to be identified. Because of the temperatures involved,
an elasto viscoplastic behavior description is to be preferred to a solely elastoplastic one.
In fact, the viscoplastic behavior of a metal subjected to cyclic loading at high
temperature is well described using a non-linear kinematic hardening model coupled with
a Norton law. We chose the unified model proposed by J. L. Chaboche [6]. In our
procedure, the coupling between the mechanical behavior and the damage is not
considered.

Following Chaboche, the deformation behavior is defined by the following
constitutive equations in the two domains:
Elasticity:

oc=E.

It'tn

M

where £ represents the matrix of elasticity, a function of the Young modulus and
Poisson ratio.

Viscoplasticity: Yield function, viscoplastic strain and kinematic hardening rule are
defined as follows
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f=Hg-X)-k 2)

£ G)
p=<%> @
a=p(r—32.X) and X=2Ca (5)

where J is the von Mises invariant. The strain accumulation rule is given by
e v th
e=¢g +e7+¢’ ©)

All the material parameters of the model (E, C, D, n, ...) were assumed to depend only on
temperature and are identified using the stress-strain curves derived from low-cycle
fatigue tests performed in isothermal conditions — from room temperature to 950°C —
and for different strain amplitudes and strain rates: from 0.05— 0.8%, and from 10* to

10 per second.

In our identification procedure no relaxation tests were performed; so our set of
parameters did not allow for a simulation of a long period creep process (strain rate
below 10 s). Because the stabilized strain-stress loop was chosen for the parameter
identification, we assumed that the material reached a saturated cyclic hardening state.
The parameters of the model are optimized to make the model fit the experimental
curves. In Ref. 7 Watanabe et al. preferred the first half cycle, which appears to describe
more closely a softened material especially when a recovery process occurs during a long
period at high temperature. The difference is mainly significant at low temperature. It is
clear that a complete coupled metallurgical behavior to take account of the softening (no
phase transformations occur in the studied temperature range) will be a significant
improvement for the model but identification and implementation in finite element code
are substantially more complex.

Application to the Thermomechanical Fatigue Specimen

ABAQUS™ finite element code [8] was used to solve both the thermal and
mechanical analysis of the different experiments where thickness, maximum, and
minimum temperatures and holding time were varied. Only a % of the specimen was
meshed using 8-nodes 3D finite elements (Fig. 5). First, the thermal analysis was done to
fit precisely the experimental measurements by thermocouples: only the four first cycles
were simulated.
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FIG. 5-—3D meshing of a % of the thermal fatigue specimen.

A specific subroutine was necessary to perform the non-linear thermomechanical analysis
using the elasto-viscoplastic Chaboche model with ABAQUS. In that aim, we used the Z-
ABA™ software [9]. Different experimental conditions were simulated to determine the
effect of the maximum temperature (Tmay), minimum temperature (Tyin) and temperature
range (AT). Figure 6 shows a comparison between the experimental and calculated
clamping force, which is considered as a satisfactory result regarding our assumptions.
Also, Fig. 6 evidences an accommodation process just after the first half cycle and
thereafter the clamping force reaches a stable loop. The interest in modeling a few
thermal cycles rather than modeling only one heating and to use a kinematic hardening
law rather than isotropic was also demonstrated.
Figure 7 shows two typical features of the TMF process of our component:
¢ An in-phase mode at extrados of the specimen implying viscoplastic strain at
the maximum temperature under tension;
¢ An out-of-phase mode at intrados of the specimen implying viscoplastic strain
at the maximum temperature under compression.
These two modes would determine the main damage mechanisms involved in a
stainless steel part under TMF.

Damage Mechanisms and Lifetime Prediction Methods

Thermomechanical Fatigue Damage Process

Failures of exhaust parts are often attributed to an out-of-phase (OP) TMF process
[7]. Many of these examinations are performed on ferritic stainless steel grades but such a
conclusion cannot be generally applied to austenitic grades where an in-phase (IP)
thermal fatigue process appears more detrimental. On the other hand, some thermal
fatigue conditions probably exist, which lead to failure in IP for ferritic grade and OP
process for austenitic. By microscopic observations of failed austenitic specimens, we
conclude that the two main damage mechanisms are: mechanical damage by fatigue-
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creep process and oxidation damage at high temperature under tensile stress. Whereas
OP-TMF is due to mechanical damage, the IP-TMF implies both mechanical and
oxidation mechanisms. Figure 8 shows that the ferritic and austenitic grades failure is
caused by out-of phase and in phase TMF respectively: thus, cracks due to mechanical
damage propagate at intrados in the case of ferritic grades and cracks with a tip oxidation
propagate at extrados in the case of austenitic grades. In the case of austenitic grades,
intergranular cavitation is often observed due to creep damage.

FEA Result

Experimental result

Temperature (°C)

FIG. 6 — Comparison between experimental and calculated constraining force for
AIST 441 250°C ¢ 900°C no dwell time.

cold

hot

Stress (MPa)

Total Strain (%)

FIG. 7—Stress-strain curves at intrados and extrados of the specimen, showing an in-
phase and an out-of-phase process.
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Crack tip oxidation -~ -

(b)

FIG. 8—SEM observations of a failed ferritic specimen (a) and austenitic specimen
(b): EN1.4509/A181441 and EN1.4541/AISI 321 for 250°C»950°C cycle.

Thermomechanical Fatigue Criterion

Taira, in Ref. 10, formulated a non-isothermal Manson-Coffin criterion, which relates
the equivalent viscoplastic strain amplitude A¢” accumulated during each cycle to the
number of cycles to failure Nyin the form,
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Ag? = A . (Nf)" where Ae” = Ll [—Z—é‘v"’:

1/2
. Y odt 7
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lTen.

where the constants A and #» may depend on an effective temperature for a given grade.
The proposed version of the model depends implicitly on two other parameters:

s The dwell time, which plays both on the strain value and on parameter 4;

s A phasing factor describing IP or OP process defined afterwards.

A mean value of 47 is computed for cycles 2—4. Evolution of €7 as a function of
time is shown in Fig. 9 where the increment 4£7 at the intrados is greater than at the
extrados. The failure is naturally related to this local quantity. The model has been fitted
successfully on AISI441 ferritic grade for different maximum and minimum temperature:
Tmax varies from 850-950°C and Ty, from 100-250°C. In the analysis, the maximum
temperature was chosen as the effective temperature. Results are displayed in Fig. 10 and
the scattering of the results obtained on AISI441 is only the consequence of a more
important effect of the maximal temperature on fatigue lives in the studied range.

Particular Case of Austenitic Grades

In the case of the test described earlier, the model cannot predict alone the thermal
fatigue failure of austenitic specimens because, whatever the grade, the viscoplastic strain
amplitude is always greater in intrados than in extrados. The conclusion would be the
same using other criteria based on the strain, the stress or the dissipated energy (like
Skelton model).

TABLE 2 — Parameters of the damage model (6) for maximal temperature in range
850-950 °C.

n A Mode
AISI 441 -0.85 572.9 Qut-of -Phase
AISI 308S -0,32 10.7 In-phase

Thus a phasing factor able to distinguish in-phase or out-of phase mode appears
necessary to establish a more general TMF law. It was shown that a tensile state of stress
at high temperature leads to the opening of the cracks and therefore the oxidation
penetration. Cracks propagate more rapidly in the in-phase mode in the case of austenitic
grade because of their poor cyclic oxidation resistance. So the relation (7) for the 3085
was identified using viscoplastic strain amplitudes computed at extrados in IP mode. The
parameters of the Taira criterion are given in Table 2.

To apply the procedure on a real component, the phasing between thermal cycle and
the mechanical cycle has to be computed first. The hydrostatic pressure at the maximum
temperature is a good local quantity to describe this phasing,

p(Tne)=1/34r(c)  at maximal temperature ®)

where #r designated the trace of the tensor.
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Thus, p(Tma) is positive in in-phase process and negative in out-of-phase process and
consecutively determines the choice of the damage curve on the diagram of Fig. 10,
relating the number of cycles to failure, the equivalent viscoplastic strain amplitude and
the fatigue mode (in-phase or out-of-phase). Theses curves are used during the post-
processing of finite element modeling on real exhaust manifolds in order to evaluate
critical fatigue zones and fatigue life of the components.
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FIG. 9—(a) hydrostatic pressure versus temperature (b) Cumulated viscoplastic

strain versus time at intrados and extrados — EN 1.4509 (AISI 441) 250°C¢» 900°C no
dwell time.
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FIG. 10—Damage curves for 441 ferritic grade (in out-of-phase mode) and 3085
refractory grade (in in-phase mode).

Conclusions and Perspectives

The thermomechanical fatigue resistance of different stainless steel grades was
studied by means of a specific test. Further, the developed test appears as a useful means
to study the damage process and to identify or validate damage criteria. So, two typical
features of the thermomechanical fatigue are simulated in our test:

e An in-phase mode implying viscoplastic strain at the maximum temperature
under tension, which appears to be the most detrimental damage mode for
austenitic grades;

e An out-of phase mode implying viscoplastic strain at the maximum
temperature under compression, which appears to be the most detrimental
damage mode for ferritic grades.

» Results evidenced that the ferritic AISI441 grade offers the best resistance
compared to the austenic grades, which are more sensitive to the detrimental
effect of holding time at high temperature due to a creep and oxidation
coupling with fatigue. In the out-of-phase damage mode of ferritic grades, the
viscoplastic strain amplitude was used as the crack initiation criterion using a
non-isothermal Manson-Coffin law.

Concerning the in-phase damage mode of austenitic grades, the phasing between the
thermal load and the mechanical load has to be taken into account in the criteria. The
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hydrostatic pressure at the maximum temperature is proposed as such a phasing factor.
Finally, our study evidences that a damage model for such a structural part submitted to
thermomechanical fatigue loads needs to include both crack initiation and propagation
processes description.
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ABSTRACT: Cast aluminum engine components are increasingly being used in the automobile
industry. Due to high engine operating temperature, thermal fatigue during start-stop cycles is a
very important design consideration. In this paper we will describe the application of newly
developed analysis methods to analyze these complex problems. A user material subroutine for
viscoplasticity stress analysis using the commercial FEA code ABAQUS has been developed.
Stress and strain of engine heads during thermal cycle are thus analyzed and this code verified.
The thermomechanical fatigue model developed by Neu and Sehitoglu, a damage accumulation
model including fatigue, oxidation and fatigue damage, has been extended to three-dimensional
state of stress by using the concept of critical planes. The enhanced damage model has been
implemented in a FEA postprocessor for engine component life analysis. The predictions of
thermal strains and fatigue life based on 3D FEA analysis are compared with measurements of
engine component tests. Three different thermal loading cycles are considered. The thermal
fatigue life predictions are within 30% error of actual component test data.

KEYWORDS: thermal fatigue, thermomechanical fatigue, viscoplasticity, engine components,
aluminum castings, fatigue prediction, finite element analysis

Introduction

The automotive industry has been facing the challenge to increase the engine
efficiency and overall performance and at the same time deliver a vehicle that meets
increased customer expectation for safety, fuel economy and price. The use of cast
aluminum alloys has provided a significant reduction in weight, notably in the cylinder
heads and blocks. Shifting the material for engine components from iron to aluminum,
however, also brings about new challenges. To increase efficiency the maximum
operation temperature of these components has also increased from below 170°C in
earlier engines to peak temperatures well above 200°C in recent engines [1]. For the cast
aluminum cylinder head, an important challenge is its resistance to thermal fatigue. For
diesel engines, the operating temperatures can be even higher. In this case, the visco-
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plastic behavior, such as strain rate effect, of the material has to be taken into
consideration to accurately predict the thermomechanical fatigue response.

The principal thermomechanical cycle of concern in engine head analysis is the start-
stop cycle. Consider an engine starting up during cold winter, where the ambient
temperature can be lower than -30°C, and warming up to over 230°C. The non-uniform
thermal expansion and contraction of different parts of an engine head during such a
thermal cycle introduce large thermomechanical loads to the structure of the engine head.
These thermomechanical loads, together with the firing load of an operating engine can
cause an engine head to fail in low cycle fatigue if not properly accounted for.

In this paper, we describe extension of the unified viscoplasticity relation and thermal
mechanical damage model developed by Neu and Sehitoglu et al. [2,3] to 3D simulations
and the implementation of this model to the analysis of engine cylinder head thermal
fatigue.

Thermomechanical Fatigue Theory

The thermomechanical fatigue (TMF) life prediction model, originally developed by
Neu and Sehitoglu for steels [2,3], is used in the present investigation. The total fatigue
damage per cycle is obtained by summing the damage due to mechanical fatigue, creep
and oxidation, respectively, as

Dtoral :Dfat + Dox +Dcreep (1)
or, in terms of fatigue cycles,

111 1
Ntotal - N Jat + Nox + Ncreep
s s S s

@

where D, D™ D’ and D”*” are total damage, mechanical fatigue damage, oxidation
and creep damage, respectively. And N;f’“’, N ;“’, N7 and N7*"are total cycles to
failure, cycles to failure due to mechanical fatigue, oxidation and creep damage,
respectively.

The mechanical fatigue damage is calculated using the well-known strain-life
equation, which is obtained by adding the Manson-Coffin and Basquin equations {4]:

A G .
ss,gch :Ff(zN]{bt)b_l_sf(ZN}’m) (3)

where oy is the fatigue strength coefficient, £ is Young's modulus, b is the fatigue strength
exponent, s}is the fatigue ductility coefficient, and ¢ is the fatigue ductility exponent.

The constants E, o7, b, s}, and ¢ are determined from isothermal room-temperature

fatigue tests.

The oxidation damage is due to repeated formation of an oxidation layer at the crack
tip and its rupture,
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where A, o, a, 8, and B are material parameters. €, , is mechanical strain rate
andK ;ﬂ is the effective oxidation constant,
g1

K) = J; D, exp(
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0
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where Dy 1s a constant, Q is activation energy for oxidation and R the universal gas
constant. The Oxidation Phasing Factor

ax_i © __1_ (E.rh/émech)_i-l 2
® - [ exp[ FE )}dt (6)

where £ measures the relative amount of damage associated with different phasing. €,
is thermal strain rate. The damage is higher for out-phase thermomechanical cycling than
in-phase thermomechanical cycling.

The creep damage is related to mechanisms such as void growth and intergranular
cracking and assessed by using

Nclreep — e E A0 IRT) (0‘16 *}:261{) dt o)
f

where & is equivalent stress, oy the hydrostatic stress and K the drag stress. These terms
are to be defined later when constitutive relations for the materials are discussed. o,; and
o are scaling factors, which present the relative amount of the damage occurring in
tension and compression, ®““? is the Creep Phasing Factor

2

Eith
|
q)creep :.1_ £c exp _l E.EL dt (8)
tc 2 é creep

where &% defines the sensitivity of the phasing to the creep damage. Creep damage is at
its worst when the thermomechanical deformation is in-phase.

A comprehensive testing matrix, involving more than 100 samples has been
employed to define all the parameters in the above formulation for the 319 cast aluminum
alloy in a T7 heat treatment condition. All 1sothermal and thermo-mechanical fatigue
experiments were conducted on uniaxial cylindrical specimens under total strain control
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and constant strain rate. The isothermal fatigue experiments were performed at
temperatures ranging from 20°C to 300°C with three different strain rates: ~2 x 10™'s™
(40 Hz), ~2 x 10?5 (0.5 Hz) and 5 x 10°s™. A wide range of mechanical strain ranges
(Ag,,) was considered (0.2-2.0%).

The thermo-mechanical fatigue tests were conducted at the University of Illinois at
Urbana-Champaign using a servo-hydraulic Instron testing machine in conjunction with a
15 kW Lepel induction heater. The temperature was measured using a Raytek non-
contact infrared pyrometer. The strain and temperature waveforms followed a triangular
wave-shape. TMF experiments were conducted at a mechanical strain rate of
approximately 5x10”s™" and over a temperature range of 100-300°C.

The original TMF theory of Neu and Sehitoglu [2,3] as formulated above is one-
dimensional. Since engine components are normally subjected to three-dimensional
loadings, a three-dimensional TMF model is needed. This is achieved by extending the
one-dimensional Neu and Sehitoglu theory to a three-dimensional state of stress by using
the critical planes concept [5,6]. Since the state of stress at the critical area of a cylinder
head is close to pure shear, it is assumed that the plane of maximum mechanical shear
strain range is the critical plane and that the 319 cast aluminum alloy fatigues by
alternating shear deformation.

The cycles to failure due to three-dimensional mechanical fatigue damage is
calculated, corresponding to Eq 3

AYmech - (1 +U€)Gf
2 2E

I+v
(2N]]:al)b+( 21’)

e, (2N/")* ©)

where Appec is the maximum mechanical shear strain range on the critical shear plane, £
is Young's modulus, v, and v, is Poisson's ratio for elastic and plastic deformation,
respectively. v, is chosen to be 0.25 and v, is 0.5.

Oxidation damage occurs by repeated formation and rupture of an oxidation layer,
mostly a mode I tensile phenomenon. The normal strain range on the critical plane and its
rate are used in Eq 4 for three-dimensional calculation of oxidation damage.

s 2(2A8nn y@e
1 — hL‘V'SD 1_08 (10)
N;x Bq)oxK;ﬁ ( Zénn )1—(U/B)
1

€

where &, is the normal strain and €, the normal strain rate on the critical plane. Using

the normal strain in oxidation damage is also consistent with the idea of phasing, as the
idea of phasing loses its significance when pure shear is considered. Using the normal
strain rate on critical plane, the Oxidation Phasing Factor is modified to
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Since creep damage in Eq 7 is based on stress invariants, Eq 7 is three-dimensional.
However, the Creep Phasing Factor is now calculated using normal strain and normal
strain rate on the critical plane

v Y
1 ¢ 28
D =t—£ exp) —% —Sg’"j:jep dt (12)

Without new testing data, all parameters in Eqs 9-12 are those from one-dimensional
formulations, i.e., Eqs 3-9.

The three-dimensional fatigue formulation has been programmed in a postprocessor
for ABAQUS, called HotLife, to process finite element analysis results.

Material Constitutive Relation

In many cases, sections of cylinder heads can experience temperatures as high as over
230°C. The material stress-strain relations are drastically different when they are tested at
230°C compared with those at room temperatures. Figure 1 provides such an example.
The stress at 0.5% strain when tested at room temperature is 100 MPa higher than that
tested at 250°C. Strain rate effects are also important. Figure 2 shows stress-strain
relations at different strain rates at 250°C. The stresses at 0.5% strain for samples tested
with strain rate of 5x10s™ is only about half of that when tested with rate 5 x 107s™.
These strain rates are within the range of strain rates an engine cylinder head could
experience.

To accurately predict thermomechanical fatigue, a reliable constitutive relation is
needed. The constitutive model proposed by Slavik and Sehitoglu is used in this study
[7,8] with modifications for cast aluminum [1,9]. This model is a comprehensive unified
viscoplasticity model using 26 temperature dependent parameters. Two state variables, a
drag stress, K, and a tensor back stress, S;, are used to describe the microstructural
changes of the material at different temperatures and strains. As a detailed discussion of
the model with all formulations has already been published [1,9], only the major
equations are listed here.
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FIG. 1—Comparison of stress-strain relations at 20°C and 250°C, 319-T7.
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FIG. 2—Stress-strain relations at different strain rates tested at 250°C, 319-T7.

in

The total strain rate €, is divided into elastic part £; and inelastic part s',j s

respectively, as
£ =£° 4+ (13)
where inelastic strain rate is

S. —8¢
. (14)

g :§Af(c'f/K)
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. _ . 1 . .
S, in the above equation is the deviatoric stress S, =o, -56 - O 1s equivalent stress

— 3 . .
defined by & =—2—(Sij ~8;)S; =S;). A is a material parameter. The strain rate

function fis defined as
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where n; and n; are material parameters. The evolution of back stress S is governed by

equations
2 g D=in N
Sy =3he] ST (16)

D

where A, describes hardening, r~ and rf are dynamic and static recovery term, which

are also functions of back-stress and inelastic strain rate.
The evolution of drag-stress is formulated as
y+6T 17

K=B(K, -KE"-B,(K-K

sat rec
where B and B; are parameters and K, and K., are saturation and recovery drag-stress.

The above constitutive relation has been programmed into a user material subroutine,
HotStress, for stress analysis using the finite element code ABAQUS. Since the unified
constitutive relation is strongly nonlinear, with both strain rate equation and back stress
evolution governed by nonlinear differential equations with terms of stacked exponential
and power function, writing a user material subroutine is quite a challenge, especially, in
getting analytical formulation of the Jacobian of the material relation. Improvements of
the material subroutine have been achieved since we first reported our work in {10].

Thermal Fatigue Test and Its Numerical Simulation

The thermomechanical cycles considered are the start and stop cycles. To test a new
design for thermal fatigue, accelerated tests are frequently used. Figure 3 shows such an
accelerated test for thermal fatigue of an engine cylinder head. It will be referred as TFT,
or Thermal Fatigue Test.

As shown in Fig. 3, the engine head is bolted to a plate. The plate has open circular
windows so that the combustion chamber areas of the cylinder head are exposed.
Thermocouples and strain gauges are mounted side by side to record temperatures and
strains. The test starts by directing gas flames to the combustion areas through the open
windows to rapidly raise the temperatures on the surfaces of combustion chambers of the
cylinder head to some designated value. The maximum temperature achieved at the vatve
bridge area, where a thermocouple is placed, controls the severity of the tests. The
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maximum temperature of engine head during a TFT cycle can be controlled by changing
the gas flames and their duration. The plate covering the engine head helps in insulating
the flames from direct contact with other parts of the engine head. A water jet is then
applied to cool down the head to the room temperature, simulating the engine stop cycle.
The test is regularly interrupted for inspection by ultrasonic and dye penetrant methods;
if a crack is detected, the test stops and the number of cycles to failure is recorded.

The TFT described above has been simulated using the thermomechanical fatigue life
model and constitutive relation introduced in previous sections. The simulation of TFT
includes three sequential analyses, i.e., thermal analysis, stress analysis and fatigue
analysis. Stress analysis was performed by using finite element code ABAQUS with
HotStress, the user material subroutine introduced in the section of material constitutive
relation. The finite element mesh is shown in Fig. 4. The model includes 94 000 cubic
elements and 83 000 nodes. Pre-tension was used for the bolt load and contact surface for
contact between the plate and engine head. For convenience of interfacing thermal and
stress analysis, ABAQUS 1is also used for the thermal analysis. The thermal transfer
between the plate and the engine head is modeled by gap conductance. Fatigue analysis is
achieved by postprocessing the results of stress analysis using HotLife, as mentioned
previously. For thermal and stress analysis, both the cylinder head and the plate are
modeled as shown in Fig. 4.

Cylinder Head Cylinder Head

Mounting Plate Mounting Plate
,_.I/ Burner \ - ;/
! | i / A Water
10 I/\ — N /
| | 4= Gas & Air > :l " Cooling Water

___7 o _ Spray Nozzles
VAT

A
'_I Water

Heating Cycle Cooling Cycle
FIG. 3—Sketches showing the thermal fatigue test (TFT).

>

Oni O%

FIG. 4—Finite element model for the thermal fatigue test.

Heat flux is used as the boundary condition for thermal analysis. The only non-zero
heat flux is assumed to be on the combustion surface and is obtained by an optimal
inverse modeling technique, as described below. In this effort, one of the cylinder heads
tested is instrumented with 13 thermocouples in different locations. The center of the gas
flame is assumed to be located at the center of the combustion chamber and the heat flux
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is a one-dimensional decreasing function of the distance from the flame center..An initial
function of the heat flux is assumed and temperature calculated based on the heat flux
assumption. The temperature distribution obtained is then compared with the temperature
measurements at the 13 points where thermocouple data are available. If the simulation
and the experimental results do not match, the boundary conditions are adjusted until a
satisfactory simulation is obtained. Figure 5 shows the optimized results of such an
analysis for one of the thermocouples.

250
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FIG. 5—Comparison of predicted and measured temperature during a TFT cycle.

The temperature field obtained is directly input as loading for stress analysis. For
comparison, finite element stress analysis with elastic material relation has also been
carried out. The dependency of Young's modulus on temperature is achieved by using a
look-up table in ABAQUS input file. Figure 6 shows the comparison of predictions and
measurements. The solid curve in Fig. 6 is the measurement from a strain gage in the
combustion chamber near the critical region (where crack initiation is detected). The
points connected by dotted line are finite element results from viscoplasticity analysis.
Since the results from ABAQUS analysis take up a large disc space, only limited
intermediate results are stored. The same is true for elastic analysis, whose results are
points connected by using dashed line.
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FIG. 6—Comparison of predicted and measured strain.
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By the results from Fig. 6, one sees that the viscoplasticity theory used in the present
study can capture stress and strain behavior quite accurately. The elastic analysis, on the
other hand, introduces sizable error; especially it underestimates the tensile strain when
the engine cools down.

Plots in Fig. 7 show the contours of cycles to failure due to fatigue, oxidation, creep
and total damage, respectively. Only the first cycle is simulated in order to predict the
thermal fatigue life. These results are the output of HotLife, the TMF postprocessor.
Apparently, the most critical damage is from mechanical fatigue as is obvious by
comparing cycles to failure recorded in Fig. 7a-7c. It is also interesting to note that the
most critical oxidation damage and most critical creep damage do not always occur at the
same place. From Fig.7c, the critical area for creep damage is close to the valve bridge
area while for oxidation, as shown in Fig. 7b, the most critical area is the corner between
the exhaust valve and outer edge of the combustion area, which happens to be also the
most critical area for mechanical fatigue, Fig. 7a. This is quite reasonable if one realizes
that deformation is more tensile in the bridge area and more compressive in the exhaust
corner. At the exhaust corner, deformation is clearly out of phase while in the bridge area
it is more mixed.

Table 1 compares the predictions of the numerical simulation with the measured life
from three different test conditions. A total of seven samples were tested at each
maximum temperature and the average thermal fatigue life observed is presented in
Table 1. The difference in the predictions and measurements is generally less than 30%.
Predictions for all three cases were conservative.

TABLE 1—Predicted and measured life for the TET methodology.

Maximum Temperature Measured Life Predicted Life
210°C 3000 2312
230 °C 1700 1415
250 °C 560 447

In the three dimensional formulation of the thermomechanical fatigue theory, shear
strain ranges are calculated on the most critical plane, i.e., the plane that has the
maximum shear range during thermomechanical cycles. The mechanical fatigue damage
is assumed to be a result of alternating shear deformation, as in Eq 9. However, since
normal strains and all stress components are used in the calculations of oxidation damage
and creep damage as shown in Egs 10-12, the total life is not decided only by alternating
shear strain. By results from engine head analysis, shown in Fig. 7(a)- 7(d), creep
damage and oxidation damage contribute sizably to total damage. Further exploration is
needed to fully understand the physical meaning of the accumulated damage theories in
three-dimensional cases.

In engineering thermomechanical fatigue analysis, the so-called “Strain Invariance
Principle” [11] is sometime used. This practice assumes that strain calculated based on
clastic analysis is very good approximation for a viscoplasticity analysis. The strain
ranges from elastic analysis are thus used in fatigue analysis directly. Creep damage is
assessed by using stresses recalculated by using a viscoplasticity relation often attached
to a fatigue processor with strain from elastic analysis as input. This should be used with
caution, as even for constrained plastic deformation results from an elastic analysis and a
viscoplasticity analysis can be very different, as shown in Fig. 6.
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|
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FIG. 7—Predicted cycles to failure of an engine cylinder head undergoing TFT
(maximum temperature of 230 °C, Table 1): (a) contour of mechanical fatigue life; (b)
contour of oxidation life; (c) contour of creep life; and (d) contour of total life.

Summary

A thermomechanical fatigue model based on the concept of damage accumulation has
been presented. The damage considered includes fatigue, oxidation and creep damage.
The model is extended to three dimensional formulation based on the concept of critical
plane. Based on experimental observation and finite element analysis, thermomechanical
fatigue for cylinder head with cast 319 T7 is judged to be a shear failure. The plane of
maximum mechanical shear range is assumed to be critical plane. The three-dimensional
thermomechanical model has been programmed into a postprocessor, HotLife, for
thermomechanical analysis.

A comprehensive constitutive material relation has been applied to cast aluminum for
stress analysis. The unified viscoplasticity theory takes both temperature and strain rate
effects into consideration. The evolution of microstructure of the material during
thermomechanical deformation is described by using two state variables, a drag stress
and a back stress tensor. The material relation has been written into a user material
subroutine, HotStress, for finite element analysis using commercial code ABAQUS.
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The accuracy of this approach was evaluated by comparing FEA results with
measurements from an accelerated component test. The tests were simulated by using
finite element method. Comparison of the analysis results with strain measurements is
quite encouraging. Predicted fatigue lives are within 30% of measurements. Predictions
for all three cases are conservative.
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ABSTRACT: Acoustic emission (AE) allows for the in-situ monitoring of damage during the
thermal and mechanical solicitation of a material and can be used to identify various damage
mechanisms and interpret the way they interact, in particular, in multi-material systems. In the
present work AE activity was monitored during the step-wise tensile testing and during the
thermomechanical fatigue (TMF) of Ni-base superalloys (in single-crystalline and directionally
solidified form), coated with oxidation protection coatings. The classification analysis of the AE
signals revealed that AE monitoring provides complementary and specific information about the
surface-, subsurface-, and bulk damage processes. In combination with the mechanical response
and the surface damage analysis by video imaging, it represents a powerful means for non-
destructive damage assessment and it offers possibilities for the lifing of coated material
systems.

KEYWORDS: Nickel-base superalloys, thermomechanical fatigue, acoustic emission, damage
mechanisms, CMSX4, CM186

Introduction

The research and development efforts for enhanced performance of high-temperature
materials for gas turbines is driven by the need to meet the demands for increased
lifetimes and higher efficiencies at lower costs and reduced environmental impact. These
ambitious goals can only be achieved through a combined approach comprising the
development of new material systems and the use of advanced materials testing methods,
in order to improve the understanding of the materials behavior and to allow for less
conservative designs. While the trend in the development of hot-section gas turbine
materials goes from monolithic metallic materials towards composite material systems
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(coated superalloys, bimetallic joints, metal matrix, and ceramic matrix composites),
more reliable materialproperty data are obtained by close-to-service testing procedures
and advanced damage analyses.

In the present work, Ni-base superalloys are investigated, which are used for high-
pressure gas turbine blades, as they retain high mechanical strengths up to about 80% of
their melting temperature. Due to their limited high-temperature oxidation resistance,
however, protective measures must be taken to slow down reactions of the superalloy
with the aggressive environment. Indeed, to improve the performance of the turbine
blades under specific service conditions, coatings are used for the oxidation and
corrosion protection of the components. The damage processes of these coated material
systems are rather complex, including oxidation, corrosion, plasticity, precipitate
cracking, erosion, and microstructural degradation caused by the interdiffusion between
the substrate and the coating [1-4]. The actual failure mode, however, is predominantly
controlled by thermomechanical fatigue (TMF) due to mechanically applied and
thermally induced alternating stresses, resulting from the thermal strains generated by the
strong temperature gradients experienced during start-up and shut-down. Owing to the
complex damage and failure behavior, the coating’s performance cannot be extrapolated
from simpler isothermal low cycle fatigue tests in the temperature spectrum of operation,
but should be assessed through close-to-service TMF testing backed-up by appropriate
damage analysis.

In that respect, acoustic emission (AE) represents a valuable tool, as it allows in situ
monitoring of the damage evolution, provided that the damage mechanisms of the
material system can be identified and correlated with specific signals by a proper analysis
of the AE data. In a first step of this study, such an AE data analysis was applied to
simple isothermal tensile tests, where AE activity turned out to be associated with only
two damage mechanisms. The tensile tests were performed on two different MCrAlY
coatings applied on the same single-crystalline Ni-base bulk material (CMSX4) and
tested at various temperatures. In a second step, TMF tests on single crystalline and
directional solidified CM186 blade alloys in the uncoated and Sermalloy 1515-coated
conditions are reported. Here more complex degradation mechanisms are revealed
through specific AE activity, distributed over several stages of TMF life and reflecting
various interdependent damage mechanisms.

The objectives of this study were firstlto establish the validity of the AE monitoring
as a means to assess the material response under thermal and mechanical loading
conditions and, second, to correlate classes of AE signals with specific damage
processes.

Experimental

As already mentioned, two different test series were conducted on two types of
material systems, in order to investigate the performance of AE analysis as a tool for the
identification of damage processes in those materials. In both material systems, the front
surfaces of the test specimens were monitored via an automated video imaging system,
which was synchronized with the mechanical loading [5].

The first material system tested was the single crystal Ni-base superalloy CMSX4
with two different types of plasma sprayed MCrAlY overlay coatings, referred to as Type
I and Type 11, having about the same thickness of 220 um. Tensile specimens having a
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rectangular cross section of 7 x 3 mm” and a parallel length of 18 mm were machined
with the tensile axis along the crystallographic [001] direction. Isothermal tensile tests
were performed for both types of coated systems at four different temperatures (300°C,
500°C, 700°C, and 900°C), which are representative of the temperature range covered
during start-up and shut down of gas turbines. Strains were applied in steps of 0.1% at a
strain rate of 107%™ with intermediate dwell times of 30s, in order to allow images of the
gauge length to be taken for optical surface crack analysis. Provided that failure had not
intervened, the tests were interrupted at 5% total strain for microstructural analysis.

The second type of material system consisted of specimens prepared from single
crystal (SC) and columnar grained (CG) (directionally solidified) Ni-based superalloy
CM186 bars with [001] orientation of the tensile axis. Threaded end TMF specimens
with a solid rectangular cross section of 12 x 3 mm” and a parallel length of 9 mm were
machined. Some of the SC and CG samples were coated with a modified aluminide
coating, Sermalloy 1515, via an Al/Si slurry diffusion process, with an approximate
thickness of 80 um. In this second series of tests, asymmetrical triangular out-of-phase
TMF cycles with mechanical strain ranges Ag, of 0.8% and 1.0%, respectively, and a
temperature range AT = 600°C with temperature cycled between 350°C and 950°C were
applied (minimum to maximum mechanical strain ratio R = —o, cycle period Az =200 s).
Thus, temperature and mechanical strain both varied linearly with time, but with a phase
shift of 180°. This cycle imposes maximum mechanical strain (tension) at minimum
temperature and minimum strain (compression) at maximum temperature. The tests were
started at the minimum temperature and zero mechanical strain, and conducted until
failure, or stopped when the cyclic load had dropped below 50% of the previously
stabilized value. TMF life is then defined as the corresponding cycle number.

In both series of tests, AE monitoring was achieved by two broadband piezoelectric
sensors, which were attached at the rims of the grips just outside the two cooling plates
placed to protect the gripping system and to stabilize the temperature control. The signals
of the sensors were pre-amplified and fed into a two-channel acoustic emission digital
signal processor. AE data processing was done by means of the commercial software
MISTRAS 2001 [6]. The software parameters for the AE monitoring were optimized
with respect to the external noise sources (ambient or from the induction heating system),
the mechanical set-up, the geometry, and the gauge length of the specimens to be
monitored. The final AE set-up was optimized and validated by measuring the difference
in the arrival time of artificially AE signals generated within and outside the gauge
length. The same software parameter settings have been used for all the tests within a
series, in order to ensure comparability among the AE data sets.

The monitored AE signals were in time order and seven different AE features were
registered for each signal (rise time, counts, energy, duration, amplitude, average
frequency, and counts to peak). Besides these AE parameters, the mechanical stress,
temperature, and time were also registered as external parameters, every time that an AE
signal was received.

Cluster Analysis of the AE Data

The main objective of this study consists of correlating the AE signals with specific
damage mechanisms for both material systems and analyzing their characteristic
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evolution. For this purpose, the recorded AE data have to be evaluated, in order to group
them info classes (clusters) of damage events.

Initially the AE data were filtered in order to eliminate signals induced by the
electromagnetic field of the induction heating system as well as other noise sources
emanating from the experimental configuration. This was achieved by pre-recording the
specific AE signature of the electromagnetic field and by excluding similar signals in the
final post processing of the received AE data. Furthermore, the signals obtained from the
two different channels (sensors) were compared with respect to the values of all the AE
parameters and their times of detection, to ensure that only those AE data, which
originated from events inside the specimen gauge length, were taken into account (in
particular, signals with zero value of energy were disregarded). For the subsequent
cluster analysis, only the AE signals registered by one of the sensors (the same in all the
cases) were processed.

Since the AE activity of the studied material systems had not been analyzed
previously, an unsupervised cluster analysis was followed. The NOESIS software [6] was
used to manage the unsupervised cluster analysis of the AE data in terms of the recorded
AE parameters and the external parameters of the AE events. These parameter sets form
an extended dimensional parameter space, within which neighborhood relationships have
to be established for the identification of clusters. To this end, all the values of the
aforementioned parameters were initially normalized to lie between zero and one and
their Euclidean distances were computed.

The choice of an appropriate subset of parameters that could serve as descriptors for
the classification of the data was made with respect to their degree of independence [7].
First, the AE data serjes of all tests were subjected to a trial and error procedure, in order
to determine those parameters, which were most appropriate for a global classification of
all the AE data series. Since the comparability of the classified results among the
different tests was a prerequisite, identical descriptor sets were used for all the tests
within a series. The FORGY®© routine [6], a k-means based algorithm, was selected as
the most suitable to perform the classification of the AE data. The results from this
analysis showed that the behavior of the clusters in the descriptor space is robust and
comparable among all the tests.

Tensile Tests

Mechanical and Video Imaging Data

The isothermal tensile tests were performed at four different temperatures; within the
investigated temperature range, the two types of coatings exhibit different characteristics
as far as their surface cracking behavior (Fig.1) and their final strain values are concerned
(Table 1).

At 300°C the specimen of coating type 1 develops only one single crack (the fatal
one), at 500°C a single crack spanning the whole specimen width grows out from an
array of short cracks confined to one of the edges of the specimen, and at 700°C and
higher no surface cracks were observed at all. As opposed to this, the specimens of
coating type 11 support the development of many specimen-wide cracks perpendicular to
the loading axis at 500°C and below, while at 700°C no surface cracks besides the fatal
one are observed.
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TABLE 1—Test matrix of the tensile tests (unless otherwise indicated the final strain
refers to failure of the sample).

Temperature (°C)  Specimen Coating  Final Strain (%)

300 Al Typel 1.1
A2 Typell 5 (interrupted)
A3 Type 1 49

500 A4 Type I 3.9

200 AS Typel 5 (interrupted)
Ab Type I 4.4

900 A7 Typel 5 (interrupted)
A8 Type Il 5 (interrupted)

Type I at 300°C Type 11, typical of 300°C & 500°C

FIG. 1—lllustration of the surface crack behavior of coating types II and I. Arrows
indicate tensile loading direction.

So a major difference exists with respect to the cracking behavior at 500°C and
below: Type I exhibit single crack mode, whereas Type Il is referred to as multiple crack
mode. Note that for both types of coatings the tensile tests at 900°C did not produce any
surface cracks within the 5% strain range.

Fractographic Analysis

After testing, cross sections of selected samples have been metallographically
prepared for SEM investigation and analyzed by means of EDS. The micrographs in Fig.
2 are representative of the evolution of the cracks from the coating-substrate interface
towards the surface (Fig. 2a) and within precipitates located at the coating/substrate
interface region (Fig. 2b). The initiation of the coating cracks relates to the cracking of
these precipitates, which consist of alumina oxides (as suggested by EDS), and which are
randomly distributed at the interface in the interdiffusion zone of the coating. Frequently,

cracks are observed to bridge cracked precipitates before propagating towards the surface
(Fig. 2a).
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FIG. 2—Scanning electron micrographs, as prepared from Specimen A2 [Type II,
300°C, micrograph (a)] and Specimen A5 [Type 1, 700°C, micrograph (b)].

AE Analysis

By following the cluster analysis procedure outlined above and utilizing amplitude,
rise time, duration, and counts as descriptors three distinct groups of signals (clusters)
resulted (Fig. 3).

‘ O cluster1 cluster2 4 cluster3 ‘
"4 16000
g1 1 3000
1]
i T 2500
& 12000 § —
0 £ & 2000 w
; = = o
B § 80004 g 1500 E
o % B
O g E 1000
& aoo0 | e
o 500
o 0
= 40 so 6o 70 80 90 100 0 10000 20000 30000 40000
5116000 .
m
] 4o § 3900
@ 12000 ‘n @ 2500 —
a5 A B o
p.B pats = 2000 w
S @ soo0 A B o
Ui [ 1500-
] { . A ﬁ
iak & 1000
© a000 b . .
2 . o & 500 % o
(o] e 1 Ny @
0 mm os! 04 @ ;&\
40 s0 60 70 80 S0 100 0 10000 20000 30000 40000
AMPLITUDE (db) DURATION (isec)

FIG. 3—Clustering of AE signals in the descriptor domain at 500°C.

From the location of each cluster in the descriptor domain and its individual activity
in the time domain it becomes apparent that Cluster 3 results from a superposition of
simultaneously recorded events of the types that form Clusters 1 and 2. However, the
available AE information is not sufficient for a direct deconvolution of Cluster 3 into



VOUGIOUKLAKIS ET AL. ON NI-BASE SUPERALLOYS 261

signals corresponding to the two generic clusters. Therefore, an indirect method was
required to analyze the information provided by Cluster 3. Given the premise that Cluster
3 is constituted by pairs of simultaneously recorded events, which are actually
characteristic of Clusters | and 2, the question arises whether these are randomly
superimposed pairs of events originating from different locations in the specimen
(uncorrelated events), or whether one event is inducing the other one in its immediate
vicinity (correlated events).

To address this question, one may estimate the probability that a Cluster 2 event
happens to be initiated during the time window defined by the duration of a Cluster 1
event, and vice versa. The number of the expected uncorrelated Cluster 3 events can then
be calculated and compared with the actually observed number of events in Cluster 3. If
more Cluster 3 events are observed than expected from uncorrelated superposition, one
concludes that the underlying micromechanisms are interrelated, rather than
superimposed independently.

The ratio g between the number of actually observed events in Cluster 3 and the
number of events expected if Cluster 3 originated from uncorrelated superposition of
independent pairs of events pertaining to Clusters 1 and 2 is given by

n
3,0bs
g=—"— (D
n3,uncor
with
n n n n
1y o = wl’ft 2 Aty > 4 2 A s )

tot tot

where 7, ¢ =7, . +7 4, is the effective number of events in Clusters 1 and 2, At is

the duration of the AE active part of the test, and <At; »> are the average durations of
signals of Cluster 1 and 2, respectively.

The ratio ¢ shows a strong increase with temperature, as summarized in Table 2. This
leads to the conclusion that at the lower temperatures (300°C and 500°C), Cluster 3
results from uncorrelated pairs of events, whereas the significantly higher ¢ values at the
highest temperature (700°C) must be attributed to an interaction of the damage processes
underlying Clusters 1 and 2. The observed dependence of ¢ on temperature also reflects
the ductile-to-brittle transitions (DBT) of the overlay coatings (Type I and II), which
occur around 500°C.

TABLE 2—Values of correlation factor q.
Temperature Typel Type 11

300° 4 2.5
500° 0.68 6.3
700° 115 23

Discussion

The cluster analysis revealed that all AE activity could be traced back to two
concurring damage mechanisms, as characterized by Clusters 1 and 2. It is characteristic
of AE events belonging to Cluster 1 that certain AE features, such as amplitude, energy,
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rise time and counts to peak, are decreasing with increasing test temperature. This
temperature dependence of Cluster 1 was observed irrespectively of the type of coating.
The fact that the temperature dependence of the AE parameters goes along with the
change from brittle to ductile behavior of the coatings (DBT temperatures are around
500°C), suggests that the ductility of the coating plays a significant role in the signature
of Cluster 1 in the descriptor domain. The majority of AE events belonging to Cluster 1
are registered during the straining periods of the stepwise tensile tests, while its activity
sets in only after a minimum stress, ca. 500 MPa, is exceeded. Furthermore, combining
the information provided by the video imaging system with that from the AE monitoring,
it is revealed that those AE events from Cluster 1 (as well as those AE events from
Cluster 3), which exhibit the highest values of amplitude (>90db), coincide with the
appearance of surface cracks. Thus, Cluster 1 can be attributed to crack growth in the
coating, either towards the surface or along the interdiffusion zone between coating and
substrate.

As opposed to that, Cluster 2 comprises AE events whose parameter values are fairly
constant up to 700°C, while the events cease to appear at 900°C. Signals of Cluster 2 are
registered continuously during the whole test (during straining and dwell intervals) and
its activity starts already at stress values as low as about 200 MPa. It is important to note
that Cluster 2 precedes Cluster 1 in time, i.e., the activation of Cluster 2 appears to be a
prerequisite for the subsequent activation of Cluster 1. Consequently, Cluster 2 is
associated with the precipitate cracking in the interdiffusion zone that has been clearly
evidenced by the microstructural investigations. The absence of Cluster 2 at 900°C is
attributed to the extreme ductility of the coating. At that high temperature the MCrAlY
matrix relaxes the applied stress almost completely so that the critical stress for
precipitate cracking is not reached within the coating [8].

Below 500°C, Cluster 3 results from the superposition of independent events
stemming from different locations, whereas in the ductile regime at 700°C the Cluster 3
activity is induced by pairs of events from the same location. Therefore, as Cluster 2
relates to the fracture of Al-O rich precipitates and Cluster 1 to crack growth inside the
coating, the prevailing damage processes can be separated in two stages. In the low-
temperature stage (< 500°C), precipitate cracking on the one hand and crack growth on
the other hand represent two independent processes, which are occurring in parallel and
which are associated with Clusters 2 and 1, respectively. In this low-temperature stage,
Cluster 3 mainly results from a random superposition of independent events from the
other two clusters. '

At 700°C, the two above-mentioned damage processes still combine to form Cluster 3
events. However, these events now relate to crack growth, which is strongly related to the
fracture of precipitates. The corresponding damage mode can be envisaged in terms of
precipitate cracking and bridging of cracked precipitates. As the precipitates are located
in the interdiffusion zone of the coating/substrate interface, this damage mode is confined
to the interface, which is in accordance with the fact that no surface cracks have been
observed at 700°C. At the transition temperature around 500°C, the high-temperature and
low-temperature damage modes seem to be co-existing, and the damage processes
include (i) precipitate cracking, (ii) crack growth, and (iii) bridging of cracked
precipitates.
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TMF Tests

The TMF results and post mortem fractographic and microstructural analyses of the
samples have been reported and discussed elsewhere [9]. As such, a few relevant results
will be presented only here, namely the pronounced cyclic creep during the first cycles
caused by the accumulation of compressive inelastic deformation due to plastic flow at
high temperature (Fig. 4), and the cracking mode (Mode I) of the coating based on the
microstructural investigation, which revealed that cracks are initiated in the coating at the
coating/substrate interface, grow towards the surface, and finally propagate also into the
substrate by Mode I extension, producing a crack front almost parallel to the specimen
surface and a crack path perpendicular to the loading direction. This is obvious from Fig.
5, which also shows the triple-layer structure of the coating.
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FIG. 4—Thermomechanical behavior of uncoated CG CM186 sample during the first
cycle (&, : mechanical strain, &, : inelastic strain, T: temperature, Oy external tensile
stress).

loading direction

F1G. 5-—Post-mortem scanning electron micrographs from a coated CM186 sample.
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AE Analysis

For the analysis, the AE signals were separated according to the mechanical load state
of the system when they were received: compressive or tensile signals. Table 3 presents
the above information for each test. A first conclusion resulting from Table 3 is that more
AE signals were received from the coated specimens. Where this is mainly due to the AE
activity during tension, some increase of AE events between coated and uncoated
specimens was also observed during the compressive part of the TMF cycle.

When the overall AE activity during the test is considered, two distinct regimes of
AE activity are revealed, Regions I and II i Fig. 6, which are sometimes (but not
necessarily, cf. Fig. 8b) separated by an inactive period. In the case of the coated
samples, both regimes are present, whereas in the case of the uncoated samples only
Region II is active during the last 20% of the TMF life (Fig. 6).

TABLE 3—Experimental conditions and AE activity in terms of number of AE events.

Specimen T™I ™2 T™m3 ™S ™7 T™M9
Material SC SC SC, coated SC, coated CG CG, coated
Mechanical strain range 1% 0.8% 1% 0.8% 1% 1%
TMF lives (# cycles) 1941 9165 1121 5300 1412 2404
AE events in tension 749 1309 2393 7022 742 14693
AE events in compression 2491 4238 4813 5918 850 2629
AE events in Region [
in tension 1675 6484 6453
in compression 1475 1640 . 1892
End of Reg. 1 (cycle #) 335 2508 933
(% of TMF life) (30%) (47%) (39%)
First crack at cycle # 600 1000 200 300 400 200

This observation provides a clear distinction between signals originating exclusively
from the coating (Region I) and those involving also the substrate (Region II). Therefore,
signals from Region [ relate to damage processes in, or induced by the presence of the
coating, while signals from Region II reflect the mechanical response of the whole
material system independently of the presence of the coating.

Thus, the objective has been to correlate (i) the signals of Region I with specific
damage micromechanisms at the early stage of TMF life of the coated specimens and (ii)
the signals of Region 11 with the final damage evolution leading to failure. This
information is caught from a cluster analysis of the AE activity inside both regions, in
conjunction with the video imaging observations. For this purpose, the AE data from the
coated samples have been divided into two data sets. Initially only the AE data belonging
to Region I, as presented in Table 3, are taken into account. Table 3 includes also the
number of cycles after which surface cracks became visible, as made available by the in
situ video imaging system.

The number of signals of Region I received during the compressive parts of the
cycles is comparable for the three coated tests (Table 3) while their activity fades away
well before the end of Region I. Hence, the AE activity during compression does not
seem to have a direct effect on TMF life.
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FIG. 6—AE activity for a coated and an uncoated specimen throughout the test.

However, this AE activity in the compressive part of the early cycles reflects the
excess inelastic compression of the coating at high temperatures that induces tensile
internal stress in excess to the substrate during the low temperature part of the cycles.
The tensile stresses in turn, are expected to have a detrimental effect on TMF lives, as
they induce cracking of the coating. What is clearly distinct among the three tests, yet, is
the AE activity during the tensile parts of the cycles, as seen in Table 3. As such, it was
decided to use these AE data for the pattern recognition analysis.

Classification of the AE data

For a cluster analysis of the AE signals from Region I, the AE parameters (i) counts,
(if) amplitude, (iii) duration, and (iv) counts to peak were chosen as the appropriate
descriptors for the classification, while the temperature and the cycle number were used
as additional external descriptors to establish the correlation with the mechanical
behavior. A typical classification result obtained by the cluster method is presented in
Fig. 7, which reveals the trend of specific clusters to form “branches.”

The cluster analysis revealed that for each TMF test at least one cluster (actually two
clusters in the case of TM3) emerged already during the first TMF cycles close to the
maximum stresses, i.e., minimum temperature, imposed in the cycles (cf. Cluster 5 in Fig.
7). These clusters correspond to AE signals with high values of all AE features, in
particular, amplitude, duration, and energy. As far as the time domain with respect to the
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video imaging observations is concerned, the clusters refer to AE events, which occurred
prior to the detection of any surface cracks, continued to be present after the appearance
of surface cracks, while their activity was decreasing and finally vanished well before the
end of Region I was reached. For reasons explained below, the damage mechanism
underlying these clusters is referred to as an gthermal process.
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FIG. 7—Cluster analysis result for specimen TM5.

A second distinct group of clusters is the one that exhibits the aforementioned
branching behavior (Clusters 2, 3, and 4 for T™S, cf. Fig. 7). The initiation of these
clusters is closely related to the appearance of surface cracks. The behavior in the AE
parameter domain was found to change gradually during the cyclic evolution of the
branches. While the values of duration and amplitude were almost constant, the values of
counts to peak and energy started from medium values at the beginning of each branch
underwent a minimum and finally reached the highest values at the end of the branches.
The evolution of the characteristic stresses (Fig. 7) points to a thermally activated
process as the underlying damage mechanism that gives rise to these AE branches.

Discussion

For an interpretation of those AE clusters in terms of damage processes, it is
necessary to consider (i) the characteristic stresses at which AE activity is observed and
(ii) whether or not the AE activity is exhausted at a certain stage of TMF life. While the
first criterion reflects a possible contribution of thermal activation in the damage process,
the second criterion gives information on the possibly limited number of sources that may
cause the AE events.

In view of these criteria, the first type of AE clusters can be associated with an
athermal damage process, since the corresponding AE activity peaks at the highest tensile
stresses available in the TMF cycles, without showing any characteristic temperature
dependence. Furthermore, the gradual decrease in activity with increasing cycle number
indicates that, given the stress range, only a limited number of ‘sites” is available to
contribute to this type of AE activity. Together with the observation that the AE activity
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commences already in the tensile part of the first cycle and, hence, precedes any other
kind of activity in tension, this damage process can be attributed to brittle crack
nucleation. Presumably this is associated to precipitate (silicide) cracking at the interface,
which commences with the largest precipitates and subsequently involves smaller ones as
the maximum tensile stresses increase with increasing cycle number. The exhaustion of
the corresponding AE activity can then be explained by assuming that eventually the
available stress does not suffice for further cracking of small precipitates/precipitate
fragments.

As opposed to that athermal process, the second type of AE clusters, which exhibit
the branching behavior, is characterized by narrow stress intervals of occurrence that
carry over to characteristic temperatures if the cyclic evolution of internal stresses is also
taken into account. Given the athermal crack nucleation at the interface, which precedes
those branches, it is natural to associate the branches with the growth of cracks inside the
coating, perpendicular to the loading direction and parallel to the surface.

The fact that the characteristic stresses of those branches first decrease with cycle
number, pass through a minimum, and finally increase again (Fig. 7), relates to the cyclic
evolution of internal stresses. The initial downward branching is supposed to be
associated with the plastic compression at high temperature of the ductile coating, in
excess to the substrate. In the low and intermediate temperature regimes of the cycles,
this excess plastic compression gives rise to excess tensile stresses, which assist the
thermally activated crack growth. Consequently, as these tensile internal stresses
gradually build up, AE activity is occurring at decreasing applied stress levels. At some
point, however, a counteracting relief of tensile stresses due to multiple cracking of the
coating balances the downward branching. As the post-mortem fractographic analyses
have revealed (Fig. 5), dense arrays of coating cracks develop due to the lateral growth of
these cracks along the surface (average crack spacing = 60um, which is to be compared
to the average crack depth ~ 80um corresponding roughly to the thickness of the
coating). This will tend to shield a considerable part of the applied tensile stress and the
internal tensile stresses developed by excess plastic deformation. This kind of crack
interaction is the reason why the branch is turned upward and continues until the
characteristic stress exceeds the maximum stress reached in the TMF cycle (and
governed by the bulk mechanical behavior). Then the stress level available is no longer
sufficient to maintain the thermally activated surface cracking.

It should be noted that the discussion given so far refers to a single branch, whereas
in Figs. 7 and 8 several of them can be discerned which evolve almost parallel to each
other in the Gex-N plane. It is natural to assume that this multiple branching relates to
different crack growth configurations, which are associated with the triple-layer structure
of the coating, Fig. 5, and which involve slightly different internal stresses
assisting/obstructing the propagation of the crack configurations.

Future AE Analysis in TMF Tests

As a next step, the AE data recorded during the late stages of the TMF tests, i.e.,
events from the aforementioned Region II are considered. This stage is also important as
it may reveal precursory events before the immanent failure due to the fatal fatigue crack
growth becomes obvious from the mechanical response of the specimens.
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FIG. 8—AE events (symbols) and cyclic maximum and minimum stress envelopes
(solid lines) during TMF tests for SC (a) and CG (b) coated samples.

Figure 8 shows two examples of the overall AE activity. For the SC sample, Region
II is well separated from Region I by an inactive period, which is missing in the case of
the CG sample. In both cases, AE activity in Region II starts at an intermediate stress
level (close to zero stress or slight compressive stresses), and it spreads with respect to its
stress range of occurrence, while its rate of activity increases as TMF cycling continues.
At a certain point of TMF life (80-90%) another type of AE activity emerges, which
relates to the maximum stresses (min. temp.) available within the TMF cycles. This AE
activity accompanies the ultimate fatigue crack propagation (Fig. 9).
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FIG. 9—Last stage (Region II) of AE data under tension for an uncoated sample (TMI).

Figures 6 and 8 show that Region II may start as early as approximately 40% of the
ultimate TMF life; thus, providing important information about damage mechanisms
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preceding the propagation of the fatal crack. Further analysis of this last part of the AE
data is needed to consolidate the observed trend for these samples; by studying the
signature of Region II in the AE parameter domain it may be possible to relate the
Region IT AE activity to specific damage mechanisms.

Conclusions

The analysis of the AE data generated during the previously described experiments
revealed valuable information about the validity of AE as a method to monitor and
identify damage processes. Utilizing these methodically and judiciously analyzed AE
data and combining it with information provided by mechanical, video and post mortem
observations, the damage evolution was monitored and damage assessment could be
performed. Furthermore, by classifying the AE data into clusters, groups of signals in
various cases were correlated with pre-identified damage mechanisms. Future analysis is
expected to reveal common trends of these material systems concerning the signature of
the AE data prior to the activation of surface damage processes. This opens up
possibilities for life prediction methodologies for coated material systems during thermal
and mechanical loading.
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ABSTRACT: Conventional thermomechanical fatigue tests are usually performed under
conditions of close control of strain amplitude, temperature cycle, loading rates, and
frequency——mainly for the purposes of developing data for design. However, in some cases, it is
helpful to have a rapid assessment of the likely response fo specific thermomechanical
environments of those materials, particularly when new materials are being developed, or when
material is in short supply, or when material production processes have been changed.

For this purpose a miniature test system, developed at the National Physical Laboratory, has
been evaluated for its ability to discriminate between different materials under these general
circumstances, but with conditions of ramping load or temperature to accelerate material
response and failure characteristics.

The miniature test system uses D-C current to heat test pieces to appropriate temperatures,
up to 1300°C in under a minute if necessary, using small cross-sectional (2 x 1 mm) rectangular
samples. Strain was measured using changes in electrical resistance of the central 2-3 mm of the
gage length (16-20-mm grip separation), where temperature was known to be acceptably
uniform.

Several material types were studied, including a powder metallurgy high speed steel,
cemented carbides, a refractory metal, Ta, and a Ni-base superalloy. Tests were performed under
combinations of either ramping load or temperature ramping. The system was shown to
discriminate well between the different materials under various conditions of the
thermomechanical environment with respect to the effects of accumulated strain.

KEYWORDS: thermomechanical, miniature, ramping tests, high temperature properties
Introduction

Reliable thermomechanical fatigue (TMF) data are required for predicting the life of
a number of safety critical components and for the design of such components to ensure
their efficient operation over longer periods of time, or at higher temperatures,
particularly in the power generation, transport (road, rail, and air), and process industry
sectors. In the transport sector, improved design can lead to reduced weight, resulting in
improved fuel economy with the consequent beneficial impact on the environment by
reducing emissions.

The purpose of TMF studies is twofold: first and foremost, to obtain engineering
relationships and mathematical models for macroscopic material behavior, allowing the
design, evaluation, and validation of engineering components; second, to gain deeper
understanding of deformation behavior and damage initiation and growth as influenced
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by microstructure. Materials and mechanics scientists conducting basic research are
interested in the second goal, while the first goal is pursued by engineers and designers
who are integrating this basic information and the experimental data to develop structural
models for application in component design, as well as for the validation of the design.
The reliability of the test results, therefore, has implications with respect to safety in, for
example, aero-engines, as well as with regard to economy of operation. An example of
the latter is the cost associated with critical component failure in a power plant.

Conventional TMF testing is aimed at simulating the thermomechanical loading
history of critical volume elements in components in a laboratory test setup. This is
achieved by exposing the test specimen synchronously to a temperature cycle and to a
mechanical strain cycle, applied at predefined rates between given temperature and strain
limits. The phase angle between the temperature and strain cycles is chosen to represent
the condition in a given volume element of the component. Spatial uniformity of the
temperature and mechanical strain (that both change with time) over the volume of the
test specimen’s gage length is critical and must be maintained at all times. Continuous
measurement of the corresponding stress provides the unique relationship between stress,
strain, and temperature that controls the behavior of the material in the selected volume
element of the component.

There are several reasons for using miniature tests. For example, test pieces can be
taken from in-service components and tested to assess material degradation without, in
principle, affecting performance. Often advanced materials are in short supply, and thus,
the use of small test pieces can accelerate the production of useful data. However, strain
measurement becomes more difficult as the test piece size diminishes. Extensometers are
typically used on gage lengths of 10-25 mm, but smaller test pieces present some
problems in the use of conventional extensometers. An innovative method of strain
measurement based on resistance changes was developed in the current work to
circumvent the extensometer problem.

Conventional thermomechanical tests usually apply a well defined strain-temperature
cycle to the test piece and measure various parameters as a function of number of
deformation cycles, such as the drop in load that occurs as damage develops [1,2]. This
procedure generates information vital for lifing components. However, there is another
aspect to thermomechanical testing—that of assessing the relative abilities of new
materials to resist thermomechanical deformation and that of characterizing the effects of
changes in microstructure that occur during service life. In the current work, this aspect
of thermomechanical deformation has been evaluated using a new miniature system
employing various forms of parameter ramping. This approach was chosen to accelerate
the acquisition of data. There are many possibilities:

[1] Temperature and stress ramping monotonically;

[2] Either temperature or stress ramping with the other constant;

[3] Temperature and stress cycling, but with increasing amplitude (ramping);

[4] Either temperature or stress cycling with one constant amplitude and the other
with a ramping amplitude.

Aspects of this testing envelope were assessed in the current project on a number of
materials in a new thermomechanical test system (the ETMT), where the use of miniature
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test pieces allows more rapid heating and cooling rates than are possible in conventional
systems. The test method involved the use of a miniature electro-mechanical test system in
which direct current is used to heat the test piece.

The primary objective of this work was to evaluate the versatility of the ETMT for
performing accelerated ramping tests to assess the thermomechanical deformation
resistance of materials for elevated temperature service performance.

Test System

The miniature electro-thermomechanical test system (the ETMT) has been developed
at NPL [3-5] to obtain multiproperty data over a range of temperatures. The system uses
D-C electric current to heat rectangular cross section test pieces. Strain is measured using
changes in electrical resistance. Both thermal and mechanical loads can be cycled.

The ETMT can perform experiments that can be categorized into three types:

[1] Measurement of physical properties, such as thermal expansion and
conductivity;

[2] Measurement of mechanical properties, such as creep, fatigue, and strength;

[3] Measurement of microstructural stability under thermal exposure, such as
recrystallization and phase transformation.

The ETMT consists of an environmental chamber (500 x 250 x 120 mm) with
electrical leadthroughs, water cooled grips, and inert gas supply for prevention of test
piece oxidation. A computer-controlled d-c heating power supply (200 A) is used to heat
the specimen, with an integral test piece resistance and thermocouple measurement
facility. Test piece geometries are determined by test piece resistance. Metallic test
pieces are typically 2 x 1 mm cross section along the full length of the test piece
(40 mm). The gripped ends are typically 10~15-mm long leaving a freely suspended
central portion of 10-20 mm, Fig 1. Heating rates up to 200°C s are possible, dependent
on the thermal characteristics of the test piece. Cooling rates are determined by the
thermal diffusivity of the test piece and loss of heat to grips. This can typically be
between 100°C s™* or 10°C 57 for good and poor conductors, respectively. The test piece
grips are held at a fixed temperature (room temperature) to provide a constant reference
point. This results in a parabolic temperature distribution for test pieces smaller than
about 20 mm in length with a central temperature up to 800°C. Temperature distributions
in test pieces heated to much higher temperatures are more uniform in the central 2-4
mm of the test piece, typically less than + 5°C at a central temperature of 1250°C. The
system uses a mechanical loading assembly (+ 4 kN maximum), with an in-line drive and
a versatile gripping system, a load cell (0.5 N resolution) and capacitance displacement
transducers (0.4-pm resolution). A computer-controlled motor is included for null, mean,
ramping, or fatigue load capability (in- or out-of-phase d-c current cycle), or constant
displacement tests for stress relaxation or thermal shock experiments. The motor
response is set to about 1000 N s for nominally square wave fatigue experiments, while
maintaining less than about 0.5 % overshoot of maximum load. Uniaxial tests can have
variable (step loading) rates, typically 0.1-20 N's™". Full thermomechanical control is
possible in load or displacement control modes with options for sinusoidal, triangular,
trapezoidal, or arbitrary waveforms for both load and temperature, together with any
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degree of phase lag. Full strain control is not yet possible, due to the difficulty of strain
measurement on such small test pieces. The system uses customized LabView™ software
to monitor and control tests and temperature cycles by appropriate feedback control.

Temperature Measurement and Distribution

Because the test piece is held in water-cooled grips, a nonuniform temperature
distribution develops along the test piece. Measurements and analysis [1-3] have shown
that the steady state temperature profile along the test piece is parabolic at temperatures
up to about 800°C. The indicated temperature of the central 3 mm of the test piece is
approximately within the range:

£ 1°Cup to 206°C +2°C at 200-400°C
+ 3°C at 400-1000°C +5°C at 1000-1500°C

The program software maintains control of temperature even if the test piece changes
in cross section, providing the strain rate is not greater than about 0.01 s™. For uniaxial
tests, the loading rate can be set between 0.05 and 1000 N 5. During the test, changes in
length are monitored by the capacitance transducers mounted on the grips, and results are
plotted as load against displacement. However, it must be noted that the displacement
contains an element due to the compliance of the rig, which is about 0.05 pm N%.

A further issue is the accuracy of temperature measurement, since thermocouples
are made at NPL individually for each test, using 0.1-mm diameter wires of Pt and Pt-13
% Rh that are fusion welded to form a small bead. The bead is then spot welded to the
test piece. Furthermore, the voltage is processed by a standard LabView® software
routine to give a direct reading in degrees centigrade. A sample of pure Ti was used in
order to check the combined ETMT software and thermocouple. Ti has a well-defined
transformation temperature. Repeat measurements were made and the indicated
temperature of the transformation was with 2°C of the handbook value for pure Ti. The
resistance of the test piece was measured over a 3-mm length in the center, where it is
known that the temperature is reasonably uniform. A two-color pyrometer has also been
recently installed and can be used in the range 400-1200°C in situations where it is
difficult to spot weld a conventional thermocouple.
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Samples typically fracture and deform in the central region, which acts rather like a
reduced cross section in a conventional test because the material is softer in this part of
the test piece.

Strain Measurement

Because of the difficulties of deconvoluting the load/displacement data from rig
compliance and with a temperature distribution, an alternative strain measurement
procedure was developed based on the use of resistance measurements. Resistance is
measured over the central 2-3 mm of the test piece, where the temperature distribution is
reasonably constant, using thin, 0.1 mm, spot welded Pt-13 % Rh wires as potential
contacts. The resistance in the central 2-3 mm of the test piece changes significantly
during a deformation test, due to a change in the cross-sectional area. The resistance
increases in tension and decreases in compression. The following analysis was developed
to allow true stress/strain data to be obtained from these changes. The resistances before
and during deformation, R and R,, are given by

R, = rLJ/wgh and R, = rLiwih; €)]

where 7 is the resistivity, L is the length between the contact points for measuring
resistance, and w and 4 are the width and height of the test piece. Assuming that the
volume, ¥, remains constant, and neglecting elastic changes

Vs = Vt = stshs = Ltwtht (2)

Consequently,
RJR.=LJILE ©)

Thus, true strain, &, is given by

& = In(L/Ly) = Iny(R/Ry) (4)
which is a single expression allowing strain to be calculated as a function of the
measured change in resistance.

The formulae given in Eqs 25 allow an uncertainty in the measurement of strain to
be calculated from changes in resistance using a simplified analysis, since

e = InyR/R, = In VM (5)
where Ri/R; is defined as M.

Thus, the fractional error in strain, de/e, is given by

The fractional error in strain, de/e, thus varies with strain and fractional error in the
resistance ratio. The error in measurement of the resistance ratio, M, is dependent on
material, but was typically 0.2%. Thus, the error in strain measurement at 5% strain was
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about 2% of this value, ie., (5 £ 0.1)%. The uncertainty is, however, larger at lower
values of strain [6].

Materials, Test Pieces, and Tests

Ni Base Superalloy

The Ni base superalloy was Nimonic 901 obtained from Inco International Ltd,
Hereford, UK, with a nominal wt % composition of 12.6 Cr; 5.8 Mo; 3.0 Ti; 0.2 Al;
0.25 Co; 0.1 Si; 0.1 Cu; 0.16 Mn; 0.04 C; balance Ni. Cast bars were extruded and
homogenized at 1090°C for 3 h and air cooled.

Powder Metallurgy, High Speed Steel (PM HSS)

Three variants of M42 were tested. Two with different aging treatments (austenitized
at 1150°C followed by triple tempers to either peak-age at 540°C or over-age at 575°C)
and one with sulphide additions for improved high temperature tribological properties
(also peak-aged). The materials were obtained from Federal Mogul Ltd, Coventry, UK.
The nominal composition of the M42 HSS was 3—-6% Cr; 6—11% Mo; 5-10% Co; 0.0—
3% C; 0.3-2% Si; 0.5-3% V; 0.1-3% W; balance Fe.

Tantalum and WC Hardmetals (Cemented Carbides)

The pure tantalum samples were obtained from Plansee AG, Reutte, Austria, and
tested in the as-received condition. Three hardmetals (cemented carbides) were tested in
the as-received condition. Each was based on WC as the hard phase. Each cemented
carbide contained an alloy binder phase that was different from the Co that is
conventionally present. The nominal wt % composition and hardnesses of the three
hardmetals were:

1300 HV30: 92 WC/8 Ni
1950 HV30: 95 WC/5 Co/Ni
1250 HV30: 80 WC/20 Fe/Ni/Co

The hardmetals were provided by the research group of the British Hardmetal
Association.

Test pieces were wire electrodischarge machined (EDM) from larger blocks of
material. The final sizes were rectangular, 1 x 2 x 40 mm. The surfaces were lightly
ground using fine SiC paper to clean off EDM residues. The following test types were
examined:

Superalloy Cyclic temperature, step ramp fatigue load
PM HSS Constant temperature, step ramp fatigue load
Constant load, temperature ramp
Constant load, ramp fatigue temperature
Tantalum Constant temperature, ramp fatigue load
Hardmetals Constant temperature, step ramp load

The primary objective for all the different ramping tests was to generate information
on the dependence of thermomechanical strain rate on stress and temperature in ramping
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tests. The usual convention in high temperature deformation studies of plotting log strain
rate against stress or inverse temperature was followed.
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Results and Discussion

Superalloy

The superalloy was used to illustrate a typical ramping test in which temperature was
cycled (triangular, with a frequency of about 0.1 Hz) between 450 and 850°C, while the
load was step ramped from O N in 50 N steps (equivalent to 25 MPa) about every 200 s
until significant deformation had occurred (Fig. 2)—as indicated by the displacement/
time plot. The resistance method was used to calculate strain, and this is shown as a
strain/time plot in Fig.3 from which the dependence of strain rate on stress was
calculated (Fig. 3).

PMHSS

Two ramping procedures were evaluated in the tests on the three M42 PM HSS.
Significant differences in thermomechanical behavior were sought that could be
correlated with their different microstructures. In the first type of test, the load was held
constant at 800 N (approximately 400 MPa) while the temperature was ramped at 2°C s
In the second type of test, the temperature was held constant at 650°C, while the load was
step ramped in a square wave fatigue mode with a frequency of 0.3 Hz and R = 0. The
initial Pyax was 500 N and was incremented by 100 N every 100 min. Typical outputs of
displacement/time are shown in Fig. 4 for these two test types. Both tests show a clear
discrimination between the different structures, with the peak-aged M42 being the most
resistant to thermomechanical deformation.
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FIG. 4—Displacement/time plots for two different types of ramping test on PM HSS.
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A plot of resistance/time is shown in Fig. 5 for the fatigue load, step ramp test. It can

be seen that after an initial period the resistance rapidly increases, corresponding to

significant deformation, and this increase was used to calculate the strain/time plot, also
shown in Fig. 5. However, it can also be seen that, initially, for the two peak-aged
M42 HSS, that the resistance decreases slightly. This corresponds to aging of the

material, as the microstructure is not stable at 650°C. This is an illustration of the
additional benefit of using resistance measurements, since they can be used to monitor

the Kinetics of phase changes as well as the strain that occurs during deformation.
Clearly, to measure strain, the data have to be first corrected for any microstructural

change. This is performed by conducting isothermal or isochronal tests with constant

zero load.

194 [ ——M42 (Peak tempered PT) |

M42 (Over tempered,OT)

Resistance m

——— M42 (Added sulphide,AS)

T
12000
Time s

T
o 8000

T
18000

T
24000

Strain %

¥ T

R .

— M42 [P-eak wmpered.lé"i'] 7
—— M42 (Over tempered,OT)
— M42 (Added sulphideAS)

M

T T T
6000 12000 18000

Time s

FIG. 5—Strain and resistance data at 650 °C from PM HSS fests.

T
24000

L8]

1E-4

1E-54

Strain rate S

o

o

4o =]
m]

m]

1E-6

M42 (Over aged)

{>dule

MAZ (peak aged) |

M42 (Added sulphide) |

T T T
280 300 320 340 360

T T T
380 400 420 440
Stress  MPa

Strain rate 5"

0.01 o

1E-34

[ OO w4z (Over tempered) |
O M4z (Peak aged)

1E4 T T T T
000090 000095 000100 000105 000110

Inverse temperature K '

FIG. 6—Analysis of ramping test data on PM HSS.

000115




ROEBUCK ET AL. ON RAMPING TESTS 279

The strain/time data from the two different ramping procedures were then converted
to either strain rate/stress or strain rate/inverse temperature plots (Fig. 6), where it can be
seen that the analysis discriminates well between the different metallurgical conditions.

Tantalum

For the tantalum samples, the ramping test comprised a constant temperature at
1100°C, together with a fatigue ramp load. In this case, a ramp was imposed in which
Ppax was increased linearly with time while Ppy, was held constant at 0 N (Fig. 7). There
was some oxidation of the sample, even though the test was carried out in flowing argon.
Consequently, as for the HSS tests, the resistance/time data had to be corrected for the
effects of a loss in cross section due to oxidation. Clearly, the kinetics of oxidation could
also be studied with the apparatus if needed—making it a true multiproperty test rig. A
strain rate/stress diagram was then constructed (Fig. 7) that again showed characteristic
linear log strain rate/stress thermomechanical behavior.
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FIG. 7—Temperature constant/fatigue load ramp tests on tantalum.
Hardmetals

The ramp test on the hardmetals consisted of a step load ramp at a constant
temperature of 850°C. These materials sometimes contain significant residual stresses.
So, before each test, the sample was heated to about 1000°C and then cooled slowly
(about 5°C s™"). During this cycle data are captured relevant to thermal expansion and
resistivity. Typical plots are shown in Fig. 8 where the phase transformation associated
with the Fe/Co/Ni material can be seen at about 600°C in both the expansion and
resistivity plots.

Figure 9 shows load/displacement plots for each material demonstrating good
discrimination. The ramping test for the Ni and Co/Ni hardmetals was commenced at
400N (200 MPa), and there was little deformation before what was essentially brittle
fracture. The Fe/Co/Ni material was considerably more ductile, and so the test in this
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case was started at 100 N (50 MPa). As in the tests on the other materials, this enabled
log strain rate/stress plots to be calculated (Fig. 9) showing the typical linear correlation
that is observed in high temperature deformation studies.
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FIG. 9—Thermomechanical ramping data for hardmetals at §50°C.
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Summary

A new test system for miniaturized thermomechanical tests has been evaluated for its
ability to discriminate between materials in ramping experiments. Tests on a range of
materials, including a refractory metal, two tool materials (cemented carbide and high
speed steel), and an Ni base superalloy have demonstrated its versatility. A number of
different ramping experiments were explored with the objective of measuring the
dependence of deformation strain rate on applied stress. This was successfully achieved
for all the materials evaluated. However, it was necessary to use an unconventional
method for monitoring strain, using the change in electrical resistance as the test pieces
experienced significant plastic deformation. The ramping tests were shown to
discriminate particularly well between high speed steel materials in different states of
heat treatment.
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ABSTRACT: Three different approaches to minimize control deviations in the case of TMF
experiments with high temperature transients (10K/s and higher) will be presented. In the first
approach, an empirically derived algorithm is used to calculate a modified temperature
command function based on the recorded control deviations. In a second approach, a itwo-zone
model of the plant (specimen, grips, heating and cooling device) is used for control design. The
model is first used to design a “soft” PI controller for generating a robust starting output profile.
This output profile is then used as a basic reference input profile. The remaining error is
minimizes by a “fast” PI controller. A third controller approach is characterized by the
determination of an inverse model that is used to define an “ideal” profile of the command
variable. This “ideal” profile is then used as a reference input profile.

KEYWORDS: thermomechanical fatigue, temperature control, control design, inverse control,
TMF

Motivation

In the design and construction of thermomechanically stressed components, such
as those found in modern aircraft engines, stationary gas turbines, rocket engines and
combustion engines, material data generated from TMF experiments are required for
component lifetime predictions.

In order to gain reliable material data, it is necessary to achieve reproducible
testing conditions and to keep the defined temperature-mechanical-strain cycle as exact
as possible in the experiment. In order to realize a mechanical strain-control, during a
non-isothermal cycle, it is necessary to record the thermal strain function by means of a
suitable procedure. Then the total strain is calculated by adding the mechanical strain
function to the measured thermal strain.

With constant environmental conditions, such as the ambient temperature, the
temperature of the grips, the contact of the thermocouple to the specimen etc., an
accuracy of +/-0.01% for the mechanical strain control is attainable with a stable, tuned
temperature control loop. This causes a relative control deviation of 1% corresponding to
a TMF test with 1% mechanical strain range.

! MTU Aero Engines GmbH, Dachauer StraBe 665, D-80995 Miinchen, Germany.
% Institute of Automatic Control and Electrical Machines of the Johannes Kepler University, A-
4040 Linz, Austria.
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By controlling the temperature of the specimen with a customary PID-controller,
a higher percentage control deviation occurs. This is due to the relatively slow processes
of heat conduction and convection. In addition, the slow response times of heating and
cooling devices causes a delayed response of the specimen temperature to the changing
command variable.

95’ l&eferef:e Trejectory 9—;; 7*1 Measured Temperature H
] N\ / w /] I
g NS/ ) 7L §
el N I . TANN
O F - — O —27 7T
=1 _IMeasured Temperatureli ' 4/Reference Trajectory

L H L L L] Ll

Time Time

FIG. |—Command and actual values at the turning points of the linear
temperature command cycle. (Temperature and time units are arbitrarily chosen).

Figure 1 shows the control characteristics of the customary PID-controller with
stable control parameters, into which an analog input of ideal triangle temperature cycles
with transients is fed. At the turning points, in each case, overshoot and undershoot
occurs. This corresponds to a deviation of approximately 5%, which is related to the total
temperature range of a typical TMF cycle. The deviation in the linearity causes a
distortion of the stress temperature loop, especially adjacent to the temperature turning
points, and therefore influences the TMF-life. Furthermore the overshoot and undershoot
characteristics are not reproducible and therefore contribute to the increase of the spread
of data reducing the significance of each test. A larger number of tests are necessary for
one statistically reliable test series. In the following, three methodologies are presented.
These methodologies seek to minimize the described control deviations and thus increase
the repeatability of each individual TMF test.

Approach 1: Empirical Algorithm for Input Profile Optimization
Experimental Background

Figure 2 shows the specimen during testing as well as the grips, the coil, the
cooling air nozzles, the axial extensiometer and the thermocouple. In order to keep the
test conditions as constant as possible, the grips and the extensometer are water-cooled.

5 -‘ Specimen

= I Gauge
12mm | HAUEC
L Length

FIG. 2—Experimental set up with: induction coil (1),cooling air nozzle (2),
thermocouple (3), water cooled grip (4), water cooled extensometer (5).
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The coolant temperature for the extensiometer is held constant by thermostat at
+/- 0.5K in order to minimize the influence of specimen and ambient temperature
fluctuations on the extensometer.
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< J Total Strain Buffem
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a") : N —>DAC 1 Tot.-Strain,
= N Controller
5 B / — valve current
Time/s

FIG. 3—Scheme of the TMF test set-up.

Figure 3 shows the scheme of the TMF experimental setup. The command
variables of the temperature and the total strain are generated prior to testing as arrays
saved in the computer. During testing, both command variable functions are fed into the
temperature and strain control loops. The command variable functions are then converted
into +/-10V-signals by two digital to analog converters, which are triggered
synchronously by a common clock source. The customary PID temperature controller
generates the heating signal for the induction heating and the cooling signal for the air
valve.

Theoretical Background

Figure 4 shows the closed control loop consisting of the PID-controller and the
controlled system (plant). Essentially, the plant contains the heating device, the cooling
device, the specimen, the grips and the thermocouple.

In Fig. 4, the reference trajectory is fed into the control loop. The resulting
temperature profile shows a typical deviation at the upper turning point (overshoot with
asymptotic approximation to the command value). The control characteristics and the
extent of the deviation depend on:

Control parameters of the PID controller,

s Thermal conductivity of the specimen and the surface resistance between the
specimen and the grips,

e Specimen geometry, heat radiation, coil geometry, natural and forced convection,
and

¢ Response times of the heating and cooling device etc.
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FIG. 4—Block diagram of the control loop including PID-controller and plant.

The properties of the closed control loop determine the transfer characteristics
(transfer function) from the input profile to the output profile. With this transfer function,
a temperature function for the specimen can be determined for each temperature input
function. Therefore, by inverting this transfer function, it is possible to determine the
corrected input profile, which is necessary to obtain an ideal output function with
minimum deviations. A command variable function, which is not identical to the
reference trajectory, is fed into the controller, in order to obtain the minimum deviations
in the specimen temperature (Fig. 5).
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FIG. 5—Minimized control deviation at the maximum temperature turning point
by conversion of the reference trajectory to the corrected trajectory.
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Because this procedure contains the completely inverted control loop, consisting
of controller and plant, the resulting corrected command value function can be applied
without modifying the experimental set-up.

Algorithm for Input Profile Optimization

As already described, the characteristic of the control error depends on the
transfer function of the control loop. It is therefore possible, based on the cyclically
occurring control error, to deduce a corrected input profile, with which a minimization of
the control error can be obtained. In this way, an inverse model of the control loop can be
implemented without explicit knowledge of the transfer function.

The principal item of the correction algorithm used here is a function (1), which
calculates a modified input profile of the temperature command variable. In addition to
the error function and the error differential, a proportionality factor, a differential factor
and a rate time of this function must be assigned (Fig. 6). The value of the parameters
are optimized empirically, in such a way that over correcting of the command variable
function does not occur, i.e., no control error in the opposite direction results from a
correction step. Therefore it is possible to achieve by iterative application of this
function, a gradual convergence of the control error on the maximum margins of error
admissible in the test.

Input Trajectory after
o9 correction step n
o -
E
Ly
-~
L} L] Ll %, i
Time /s Input Trajectory
x - Correction Function| 7T ——— :
= | | Control deviation | Input Trajectory afte
S correction step n + 1
& =
> - correction parameters:
o
d L) L) ] = o
E . | p (proportional factor)
el 1 & d (derivation factor) ) g ’ '
Time / s rt (rate time) Time /'s
@
4
~ 1
2 4
o
2
@
8

Time /s

FIG. 6—The correction function of the input trajectory receives the input
trajectory to be corrected, the control deviation, the derivation of the control deviation
and the correction parameters p, d, rt.
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On the basis of the control deviation E and the differential E' at the time 7, the
modified command variable function Wr(?) is calculated. The size of the correction is
determined by the factors p and d, which are empirically derived.

W) =w, ()~ (p-E(t+rt)+d-E(t+rt)) (1)

W, Input trajectory at t after correction step n
Wy.1  Input trajectory at t after correction step n-1

E Control deviation referring to the reference (non corrected) input
trajectory

p proportional factor

d differential factor

The correcting function is merged into an iteration loop, where an error function
is calculated. Then a new, corrected input profile is created for each iteration until the
error limit (e.g., +/-4K) is no longer exceeded. In order to reduce the influence of
sporadic control deviations on the input profile correction procedure, an appropriate
correction step should be derived from an average cycle calculated over several
cycles.(e.g., 5)

Results of Measurements

After the parameters of the correcting transfer function are empirically
determined once, they may be left unchanged as long as no modifications of the
controlled system are made. Therefore, the procedure described above has been
integrated into a fully automated TMF experimental procedure, where first the
temperature input profile is optimized and then the thermal strain is measured during
simultaneous temperature cycling.

e
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FIG. 7—Gradual reduction of the temperature deviation after correction step 0 to
7 at the lower turning point.
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FIG. 8—Gradual reduction of the temperature deviation at the lower turning
point (cooling ramp: 15K/s, heating ramp: 50K/s).

Figure 7 shows the reduction of the control deviation at the lower point of a
temperature cycle with 10K/s. The linearity error is reduced from approximately 30K
(correction step 0) to fewer than 4K after correction step 7. Tests carried out with higher
temperature transients (up to 50K/s) also showed a reduction of the remaining control
deviations to +/-4K (Fig. 8).

Control Design by Modeling and Simulation

Another approach for finding a solution to the control problem is through
simulation. This method is typically used in the field of automation engineering. The first
step is to find a model which describes the dynamics of the open loop circuit. This can be
done either numerically, e.g., training a neural net or using black box identification, or
using physical properties of the plant. Once the model has been validated, i.e., the results
calculated with this model are consistent with measured data; the second step is to design
a corresponding controller. The following section shows two different controllers, which
were designed according to such procedures. One controller is a modified self tuning
inverse online controller with a double integrator. The other one is based on an offline
input profile correction method with recursive least square (RLS) identification.

Physical Background of Specimen Heating

Heat transfer occurs within the test piece as well as between the test piece and its
surroundings due to conduction, radiation, natural convection and forced convection [1].
The principle equations used to calculate a power balance of the various heat flows such
as conduction, radiation etc., are shown:

=leh£)-—kd2 sinh kd — sin kd

P - -
4p cosh kd — cos kd

heat

@)

The heating power Py, is calculated from (2) [2]. Where p is the permeability of
the specimen. B is the magnetic field. The variables /, 4 and d represent the length,
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height, and thickness of the test piece respectively. The variable @ is the frequency of the
electrical field and the symbol k represents the inverse penetration depth which is
approximately in the range of lmm. The influence of the heating output is proportional to
B and therefore is nonlinear.

A
Popa =270 ~T,) 3)

Where A(T) is the heat conductivity (strongly non-linear), A is the cross-sectional area of
transmission, / is the length of transmission, T; and T, are the corresponding
temperatures.

radiation — SIGAS (Tl4 - Ta‘:nbienr) (4)
Where ¢, is the emissivity (e%ual to 1 for blackbodies), o is the Boltzmann constant,
which equals 5.67x10*Wm™ K™, Note: The power of the radiation is proportional to T*.

P

natural = (X‘AS (Tl - Tambient ) (5)
Where A, is the surface area of natural convection and the heat transfer coefficient o, is
determined from the Nusselt number.

P Jorced = G‘Ax (T; - Tambz'em) (6)

Where o, is the heat transfer coefficient, which is a function of the Reynolds number and
the velocity of the fluid.

Modeling

An exact description of the physical situation would lead to a complex PDE. In
order to create an exact simulation finite element techniques requiring an intensive
programming effort must be used. As an alternative a simplified mathematical model
may be used to evaluate differential equations in one or more states [4]. The model is
implemented in a numerical program (e.g., Matlab).

One-Zone Model

Considering only one representative temperature, in the middle of the test piece,
leads to the use of only one temperature (one state) in the differential equation. To find
the model, it is necessary to use a power balance such as:

mCT = })in - Pout (7)

where m is the mass of the piece, c is the specific heat capacity, T is the temperature
(state), P, is the power input to the test piece, Py, is the heat (power) flow out of the
piece.
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Combining the above formulas, the first model is as follows:

.1
T = (P hear Pnatural -F radiation P Sforced ) (8)
mc

The above formula was used as the basis of a numerical simulation of the plant
response to the step input. The results of this simulation were compared to actual system
response data given the same step input. It was found that the steady state value of the
simulated response matched that of the actual response. However, there were significant
discrepancies observed in the dynamic characteristics of the response. This result implies
that the consideration of only one representative temperature on the whole specimen
(gauge length + shaft) is not an accurate description of the plant. Therefore, in this case,
it is not possible to use a one-zone-model for controller design purposes.

Two-Zone Model

In order to expand the model with one additional state, the test piece is split into
two parts. The first part (index 1) is the gauge length and the second part (index 2) is the
upper and lower shaft. The shaft enables the heat to flow from the gauge length to the
water-cooled grip. The influence of the induction heating on both gauge length and shaft
is described by introducing a weighting factor. The simulation showed that about 65% of
the heating power is generated in the specimen gauge length and 35% in the shaft:

Jnatural - Pl,radtanon - PI, forced - Ptrans )

.
T, =——(0.65P,,, —P,

heat

cmy
1 ©
T2 = (0'35Pheat - PZ,natura] - PZ,mdiatian - P2,clamp + Ptrans)
cymy
or rewritten
j.]=f(71,714,T2,u12,”2) (10)

T, =f(T2,T24,T1,u12)

where u; = heating signal, u; = cooling signal and Py is the power being transmitted
from zone 1 to zone 2. It can be seen, that the model is strongly nonlinear. The specific
heat capacities (¢, and ¢,) and the heat conductivity have non-linear characteristics. The
cooling factor also has a nonlinear characteristic and a lag-time.
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FIG. 9—Step response experiment (simulation (2) based on the two-zone-model
and measured (1) temperature).
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FIG. 10—Random cycle (simulated (2) and measured (1) temperature).

It can be seen in Figs. 9 and 10 that during both steady and transient states, the
simulation corresponds very well to the measurement. Due to its accurate description of
the plant, this model enables the design of a viable controller.

Controller Design 1: Modified Self Tuning Inverse Control

To control a circuit with a standard inverse controller, it is necessary to solve the
differential equation to get the input profiles. In this case, a numerical method is used to
solve the differential equation. This is why a process, which leads to a basic input profile
for the induction heating, must be found. This is done as follows:
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1. The process starts by carrying out five update cycles controlled by the double
integrating controller. (For example, 1% cycle, see Fig. 12) The factors for P, I and I?
are calculated by the frequency domain method [3]. The parameters are calculated in
a way, such that the control algorithm shows a slow response characteristic.
Subsequent to the update cycles an average basic input profile is calculated from the
recorded heating signal (u) as follows:

5
L =lzuk,i an
5%

2. During testing the calculated basic input profile (11) of the heat signal and the input
profile of the cooling signal is fed into the plant. In order to minimize the remaining
error, the loop is closed by inputting the control deviation (error) into the PI2
controller, thus influencing the heat signal trajectory. The factors for P, I and I for
the controller are calculated in order to achieve a quick response. The input profile
(11) can be interpreted as an inverse model of the process because the shape of the
input profile depends on the properties (transfer function) of the plant.

In the realized test setup (Fig. 11), the input profile for the cooling factor has to be
determined one time by the operator manually for each temperature reference trajectory.
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FIG. 11—Scheme of self-tuning inverse control.
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FIG. 12—Simulated (2) and measured temperature (1) deviation during update cycles.

Subsequent to the updated cycles, the remaining error is corrected and the
remaining temperature deviation from the original input profile is less than £4°C (not
displayed).

Testing with a real-time card showed that the resulting error on the real circuit
was reduced to +2°C during the tracking period and to +4°C at the turning points.

Controller Design 2: Correction of the Ideal Trajectory with Identification

If the reference trajectory fits better to the plant dynamics, a simpler controller
can be used, for instance, a simple P—controller. To this end, the model of the plant can
be linearized around a working point, yielding the following continuous transfer function:

G(s) =St oo (12)
s“tas+a,,
Discretizing the transfer function for the open-loop system results:
bz +b
G(z) = __P1ETh ) (13)

z"+az+ay Y

G(z) represents the plant, therefore, is a part of the transfer function (17). In order to
invert the transfer function of the whole circuit, it is necessary to determine the time
varying coefficients bs, by, a; and ao. This is possible through dynamical identification [5]
with a recursive least square (RLS) algorithm, on the basis of the input and the output
data from the open-loop circuit. The identification is as follows:

1 n
V:EZ(yk ~¢10;)% = MIN (14)
k=1

where yy is the measured temperature and ¢;0, is the predicted temperature. The

difference between the measured and the predicted temperature is called the error. To
find the minimum error, the derivative of (14) must be calculated. It follows a recursive
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algorithm for 6, which converges automatically to zero for the error. By transforming

the discrete transfer function into a difference equation:

T
Vi =bp_ +boup_2 —a1Yp-1~ V-2 =9 _Or-1
Now the recursive algorithm can be found for the discrete transfer function:

07 =Yk ~yka g ugp)and®_y=(a ag b by)
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FIG. 13—Coefficients by, by, ay, a;, during identification process.
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FIG. 14—Block diagram of the set-up during identification and during controlling.

Figure 13 shows the typical identification of the factors of the numerator and the

denominator. If the closed-looped circuit with P-controller is introduced, the result of the
transfer function is as follows:
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__PG) _ Vb, z + Vb, an
" 1+ PG(z) z'+az+a,+Vbz+Vh,
or rewritten
(2% +(a, +Vb)z ++a, +Vb,)y =(Vb,z + Vb, )W (18)
Dividing this equation by z and solving for wy it follows:
1
W = ﬁ(yp,; + Vi (al +Vb, )+ Vi (ao + Vbo)" Wi Vb, ) (19)

1

where V is the gain factor for the P-controller. With this equation, it is now possible to
calculate a corrected ideal trajectory for the input. A conceptual understanding of this
process may be realized by reviewing the block diagram of Fig. 14.
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FIG. 15—Control deviation prior (1) and subsequently (2) to identification and
calculation of an optimized input profile.

As it can be seen in Fig. 15 above that the error during the tracking period and in
the tumning points is +4°C.

Conclusions

Three approaches intended to reduce deviations in cyclic temperature input
profiles were presented: 1) empirical algorithm for input profile optimization, 2)
modified self-tuning inverse control, and 3) correction of the input profile with
identification.

The resulting control accuracy, observed during experiments, is comparable
among all procedures mentioned (approximately +/-4K for a triangle cycle with 10K/s).
The deviation at the measuring location is small relative to the overall deviation on the
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gauge length of the specimen due to inhomogenities in the longitudinal and transversal
temperature distribution.

Considering the degree of automation of the TMF test start procedure, Approach
1 is most advantageous, since the cooling trajectory need not be determined manually.
Also, the expense of hardware and programming for the implementation into a TMF
testing process is smallest with Approach 1. It can be implemented with a AD/DA-
converting board, with two D/A channels. For Approaches 2 and 3, a PC real-time system
is most suitable, with at least 3 D/A channels. For the real time hardware, processes such
as PI-controllers, analog output and analog input must be programmed.

When a TMF system is already equipped with real time hardware, Procedure 2
should be favored. Changing conditions of the system during a running test (e.g., ambient
temperature or oxide coating growth} can be compensated by the principle of seif-tuning
inverse control, which would inevitably lead to a deviation in Approach 1. Due to the
controller design by the frequency domain method, the stability of the control
characteristic is also more reliable.
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ABSTRACT: Start-stop and load change processes of combustion engines result in
inhomogenous and instationary temperature fields, which induce cyclic mechanical loadings,
e.g., in solid and cooled turbine blades and vanes. The present study shows results of so-called
complex thermal-mechanical fatigue® (CTMF) tests carried out with a two specimen testing
system in order to simulate the interaction of the “hot“ outer and the “cold” inner side of a
cooled turbine blade and the influence of superimposed mechanical loadings. The test pieces
were made from the austenitic steel AISI 316 L. Specimen 1 represents the “hot* and specimen
2 the “cold” side of the component, respectively. Both specimens were loaded by individual
thermal cycles. The mechanical interaction of the “hot* and the “cold” side is simulated firstly
by keeping the total strains of both specimens at identical values. Secondly, in order to simulate
external loadings such as centrifugal forces at turbine blades, the sum of the forces at both
specimens is given as a function of time. The influence of dwell times at the maximum
temperatures as well as of superimposed forces on the cyclic deformation and the cyclic creep
behavior of the two specimen system is presented and discussed.

KEYWORDS: thermal fatigue, thermal-mechanical fatigue, austenitic steel, AIST 316 1, cyclic
creep

Introduction

Start-Stop cycles and load changes in high-temperature parts of combustion engines,
such as turbine blades, vanes, and discs, result in inhomogenous and instationary
temperature fields, which induce complex cyclic mechanical loadings within these
components [1,2]. For example, the hollow blades and vanes in the first stages of gas
turbines are cooled at their inner side by air from the compressor. In Fig. 1, the
temperature-time courses occurring during a start-stop cycle at the inner and the outer
side of such a blade, as well as the respective mechanical loadings, are plotted
schematically. At the outer side, larger temperatures and higher temperature rates arise
during heating up and cooling down than at the inner side. The thermal strain at the "hot*
outer side that is represented by the volume element 1 in Fig. 1 is partially constrained by
colder material elements within the blade. This results in mechanical loadings which are
about 180° phase shifted against the temperature-time path. Accordingly, at the inner side
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(volume element 2 in Fig. 1) mechanical loadings occur with nearly no phase shift to the
temperature cycle. Additionally, centrifugal forces can cause a superimposed overall
tensile loading Fs of the component which is drawn schematically in Fig. 1. Increasing Fs
lead to increasing tensile stresses in the cold parts of the component and decreasing
compressive stresses at the outer side at the same time.

temperature

I."1"~.I
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i“f‘.‘rra—l‘?' ol 'lsi_l T «

f

mechanical loading

FIG. 1—Thermal and mechanical loading in cooled turbine blades with external force Fs

Repeated start-stop cycles result in so-called thermal fatigue (TF), which is often
responsible for the initiation of fatigue cracks in turbine blades, vanes, and discs.
Assessing the lifetime of TF-loaded components using data from isothermal fatigue (IF)
tests can give strongly non-conservative results, because other deformation- and damage
mechanisms occur under TF- than under IF-loadings [3--5]. Due to that, thermal-
mechanical fatigue (TMF) tests are carried out in total strain control, where the thermally
induced loadings arising in critical volume elements of the components are simulated at
specimens that are loaded uniaxially and homogenously. This leads to more realistic
results concerning the cyclic deformation, lifetime, and damage behavior than IF tests [3~
5]. However, in such “conventional” TMF tests, the interaction between different volume
elements on the “hot” and the “cold” side of a construction part with the respective re-
distributions of stress and strain are not considered because a fixed total strain - time
course is applied to the specimen. Furthermore, it is impossible to simulate external
mechanical loadings such as centrifugal forces, which are acting at the complete
component by one specimen TMF tests. So-called complex thermal-mechanical fatigue
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(CTMF) tests using a two-specimen testing facility as described in detail in [6-8] are
especially taking these effects into account: one specimen represents a hot and the other a
cold volume element in a thermally loaded component, each with its individual
temperature-time course. The interaction between both elements is firstly realized by
keeping the total strains of both specimens at identical values all the time. Secondly, in
order to simulate external loadings Fs (see Fig. 1), the sum of the forces is risen to a
given value during the heating phase of the cycle, kept constant during the dwell time at
maximum temperature and decreased to zero at minimum temperature. The results of
such tests on the steel AISI 316 L are described in the present paper. The influence of
dwell times at maximum temperature and of superimposed overall loadings Fs on the
cyclic deformation, as well as on the cyclic creep behavior of the system consisting of
both specimens, is discussed.

Test Material and Sample Geometry

The tests were carried out on the austenitic steel AISI 316 L (X 2 CrNiMoN 17 12)
with a content of é-ferrite below 1.0 vol.%. The material was supplied as plates with a
thickness of 40 mm, which were solution annealed in vacuum at 1100°C. The austenite
grains with a size of 50-250 wm (Class 4 according to the ASTM standard) have a
relatively high twin density. The chemical composition of the material is given in Table
1. The nitrogen content has no influence on the corrosion behavior, but increases the
yield strength at room temperature and decreases significantly the content of brittle - and
o-phases.

TABLE 1—Chemical composition of AISI 316L.

Fe C Cr Ni Mo N Mn Si Cu
Bal. 0.019 17.14 126 240 0053 1.79% 03 0.138

Figure 2 shows the geometry of the solid round test pieces as were used for the
CTMF experiments. The temperature within the gage length and its homogeneity were
determined by three type K (Ni-CrNi) thermocouples, which were spot welded at the
positions as depicted in Fig. 2. The spot welding process was optimized in order to get a
minimal influence on the microstructure and to avoid damage, which would lead to an
accelerated crack initiation at the thermocouple locations. Furthermore, the thermocouple
locations were chosen in such a way that the measured values were not affected by the air
Jets blowing radially on the surface in the cooling phase of the TMF cycle (see below).
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FIG. 2—Specimen geometry.
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Experimental Details

All tests were carried out on a two-specimen testing facility mainly consisting of two
servohydraulic load frames with a nominal force of 100 kN, a four-channel digital
controller and two inductive furnaces [6-8]. Figure 3 shows a schematic sketch of the test
equipment.
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FIG. 3—Test equipment (schematical view).

The specimens are fixed in the load frames by water-cooled hydraulic grips. The
strain is measured at each specimen by an air-cooled high temperature extensometer. The
test pieces are heated by two 5 kW high frequency generators with induction coils that
are adapted to the specimen geometry in such a way that the temperature difference
within the gage length is kept below +£5°C. The cooling of the specimens is achieved by
the heat flux into the water cooled grips and, if necessary, by proportionally controlled air
jets blowing radially upon the specimen surfaces. The thermal expansion behavior
determined in reference temperature cycles at zero force with the same T - t course as in
the CTMTF tests gave evidence that neither significant radial temperature gradients nor
plastic deformations due to inhomogenous temperature distributions within the gage
length occur. The complete system is controlled by a 4-channel MTS TestStar device.
Separate control circuits are realized for the temperature of specimens 1 and 2. The third
channel controls the sum of the forces and the fourth channel the difference between the
total strains occurring on both specimens. This experimental setup results in a
minimization of the phase angles between the single control loops with respect to the
usage of separate control units for each channel [8]. According to the structure of the
controi circuits, the following setpoint values have to be given for each experiment:
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e Separate temperature-time-courses for specimens 1 and 2

o The sum of the forces on both specimens as a function of time (e.g., in order
to simulate centrifugal forces at turbine blades)

o Identical total strains at specimens 1 and 2 all the time (no thermally induced
bending of the considered component)

These boundary conditions can be summarized as follows: T; = fi(T), T> = /1), Fs =
Fi+F; = g(t), g1, = &,. At given numbers of cycles, the forces, total strains, and
temperatures of both specimens are stored as a function of time with a sample rate of 1/s.
At the beginning of each test, the thermal strain ¢™ was determined as a function of
temperature for each specimen during five reference cycles without mechanical loading.
The total strain &, is the sum of € and the total mechanical strain &™:

g,(t)=¢" +e"

According to this equation, the nominal stress o, is calculated and plotted as a
function of the total mechanical strain. The resulting hystereses are evaluated in order to
get cyclic deformation curves of the maximum and minimum stress Gmay and Gmin as well
as the maximum and minimum strain € ma and &min versus the number of cycles N.
Additionally, the plastic strain &, is calculated for each cycle using the equation:

c
g =¢, +8”:E(;") te,

where €. is the elastic strain and E(7) the Young‘s modulus as a function of the
temperature, which was determined in separate tests and subsequently approximated by a
polynomial of 3" order. The resulting hystereses of o, versus g, are evaluated to get
cyclic deformation curves of the plastic strain amplitude €, versus the number of cycles
for each specimen. All tests were carried out with trapezoidal temperature-time paths
without any phase shift between specimens 1 and 2. The heating and cooling rate at
specimen 1 was 10°C/s. The dwell time at maximum temperature of specimen 1 was
varied between 7p = 0 s and 600 s. The maximum temperature of this specimen 7' max was
generally 650°C. The respective minimum temperature was 7Timn = 200°C. The
temperature of specimen 2 7> was kept constant at a value of 200°C. The influence of the
dwell time on the cyclic deformation behavior was investigated with an overall force on
both specimens of Fg= 0. The impact of Fg on the CTMF behavior was considered at a
dwell time of 40 s. Generally, the ultimate number of cycles was 10°.

Results and Discussion

Influence of Dwell Times on the CTMF Behavior at Fs= ()

In Fig. 4 the courses of the temperatures 77 and 7>, of the total strain &, which is
identical at both specimens, and of the nominal stresses o, and o9, all as a function of
time, are plotted for the first cycle.
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FIG. 4 — Temperatures, total strains, and stresses versus time in the first cycle (Fs = 0).
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The interaction between two AISI 316 L specimens during a CTMF test without
dwell time, Ty/2min = 200°C, T max = 650°C, T5max = 200°C, and an overall force Fs = 0
has been presented and discussed in more detail in a previous study [9]. As also shown
there, at the beginning of the first cycle, the total strains €/,; and the stress in specimen 2
o, increase, whereas o decreases with increasing temperature. Before 7', is reached,
the flattening of the stress- and total strain-time courses indicate extensive plastic
deformation. However, the peak stresses and strains are reached at # = 45 s when 77 =
Timax = 650°C. After that, for a dwell time of zero, €1, continuously decreases until
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T\ min is reached, and, due to the plastic deformation during heating up, negative total
strains remain after the first cycle. The absolute values of ¢; and o, decrease at the
beginning of the cooling phase. Then the stresses change their sign at 77 ~ 400°C and
further increase continuously up to their peak value at the end of the first cycle. The large
remaining tensile stresses in specimen 1 and compressive stresses in specimen 2 are again
due to plastic deformation, mainly during heating up to 77 pmax.

Dwell times at 7 max lead to a stress relaxation, especially in the “hot” specimen 1,
and therefore, because of the condition F; + F> = 0, to a continuous decrease of the stress
values in both specimens. Consequently, during cooling down to 7' niy, higher remaining
total strains are developing. The largest part of the stress relaxation occurs within the first
40 s of the dwell time. If # is increased to a value of 300 s, a further slight decrease of
the stress amounts until the beginning of the cooling phase is observed. A dwell time of
600 s does not lead to a significant further stress relaxation with respect to #, = 300 s.

In Fig. 5, the hystereses of the nominal stresses ) and &> versus the total mechanical
strains €1, and g, are given for the first cycle. Fig. 6 shows the respective hystereses
at N =1000 cycles.
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FIG. 5 — Stress-total mechanical strain hystereses at N = 1 (Fg = 0).
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FIG. 6—Stress-total mechanical strain hystereses at N = 1000 (Fs = 0).

From Fig. 5 it becomes obvious that in the “hot” specimen 1 a large plastic
deformation in compression occurs during heating up to 77max. At the same time,
specimen 2, which is at the constant temperature of 200°C, undergoes an elastic-plastic
deformation in tension. However, because of the lower temperature of this sample with
respect to T, this plastic strain is small. If no dwell time at T yax is applied, the elastic-
plastic redeformation in tension (specimen 1) and in compression (specimen 2) begins
immediately after &) min and Oz max (as Well as €1 min - and £24max ) are reached. Due to
the fact that the compressive deformation of specimen 1 occurs at the same absolute
stress value and at the same time as the tensile deformation of specimen 2 and due to the
higher temperature of specimen 1, which results in a lower resistance of the material
against plastic deformation, a compressive plastic deformation of the complete system
consisting of both specimens is observed after the first cycle.

As mentioned in the discussion of Fig. 4, introducing a dwell time at T 4, leads to
stress relaxation especially in specimen 1 at € ymax > Which also results in decreasing o,
during #p because of the condition Fs = F; + F, = 0. Due to that, the elastic-plastic re-
deformation during cooling down specimen 1 to Timin = 200°C starts at lower
compressive (tensile) stresses in specimen 1 (specimen 2). However, the stress values in
both samples, which are measured at the end of the first cycle, are nearly unaffected by
the dwell times investigated because of the stress-strain course being relatively flat as
soon as plastic deformation occurs.

If one compares the stress-strain behavior as given in Fig. 6 for N = 1000 with the
hystereses for N = 1 in Fig. 5, the following observations are made: Firstly, and most
surprising, at N = 1000 the plastic deformation of the “cold” specimen 2 is much larger
than the respective strain for specimen 1, in spite of the fact that the specimen ! is
deformed at significantly higher temperatures. This means that, as discussed in a previous
paper [9], the thermal-mechanical loading of specimen 1 leads to a cyclic hardening
which is so pronounced that this sample gets a higher resistance against plastic
deformation, even at Timsx = 650°C, than specimen 2 which is isothermally loaded at
200°C. Secondly, Fig. 6 shows that the plastic strain amplitude in specimen 1 increases
and the stress range decreases with increasing dwell time. From this, it is concluded that
the cyclic hardening of specimen 1, which is mainly due to dynamic strain aging
processes [9], is superimposed by recovery during the dwell time and is, consequently,
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diminished. The cyclic deformation behavior of specimen 2 is assumed to be unaffected
by the dwell time. Therefore, the decrease of the plastic strain amplitude and of the stress
range in specimen 2 with increasing fp is attributed to the lower amount of loading that is
induced by the thermal cycling of specimen 1, which becomes “softer” when #p is risen,
combined with the boundary conditions €y = &, and F| = -F». The third point to be
discussed concerning Figure 6 is the negative cyclic creep of the CTMF system which
becomes obvious in the shift of the hystereses at N = 1000 towards compressive strains
with respect to N = 1. This behavior is the more pronounced the higher #p is. The reason
is that the compressive deformation of specimen 1 occurs at higher temperatures and,
therefore, results in larger plastic strain than the tensile redeformation in the range of
T'1,min- The impact of this effect raises with increasing 1p, because the relaxation during #p
(see Fig. 4) always occurs in compression and, therefore, leads to a further shortening of
specimen 1 that is not fully compensated by the deformation during cooling down to
T min which is, as shown above, not affected significantly by the dwell time.

Figure 7 gives an overview of the cyclic deformation behavior of the CTMF system.
In Fig. 7a the peak strains €/ mawmin are plotted versus the number of cycles N. Fig 7b
gives the respective courses of the plastic strain amplitudes in both specimens and Fig. 7¢
and d the peak stresses 1 max/min aNd G2 maxmin, reSpectively, all versus V.
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FIG. 7—Cyclic deformation behavior at different dwell times (Fs = ().

The reasons for the negative cyclic creep, which becomes obvious in Fig. 74 and
increases with the dwell time, have been discussed above. The courses of the plastic
strain amplitude in specimen 1 (Fig. 7b)) together with the nearly constant stress ranges



306 THERMOMECHANICAL FATIGUE BEHAVIOR OF MATERIALS

in this sample (Fig. 7¢)) give evidence of the cyclic hardening which could be seen by the
comparison of the o, - & hystereses at N = 1 and N = 1000. Again, it becomes clear
that, due to superimposed recovery, €4, increases with increasing dwell time. The
development of the &,,, seems at the first glance to indicate cyclic softening of the
isothermally loaded specimen 2. But, if one considers additionally the course of the
respective maximum and minimum stresses versus N (Fig. 7d)), it becomes obvious that
the material behavior under CTMF loading cannot be interpreted in the simple terms of
cyclic softening or hardening because the redistribution of stresses and strains in both
specimens as a consequence of the change of the cyclic stress strain behavior have a
strong impact on the cyclic deformation curves in Fig. 7. Therefore, the cyclic
deformation behavior has to be interpreted as a reaction of the complete system
consisting of both specimens, which is, of course, strongly influenced by the properties of
the material itself. Keeping this fact in mind, the following consistent interpretation can
be made: The boundary condition Fy + F, = 0, which is equivalent to o, + 6, = 0, means
that the absolute value of the nominal stresses occurring in both specimens has to be the
same all the time. When specimen 1 is heated up for the first time (N = 1), the
compressive stresses in this sample are acting at a higher temperature and, therefore, are
working against a lower resistance of the material against plastic deformation than the
tensile stresses with the same absolute value in specimen 2 which has a constant
temperature of 200°C. This leads to a higher plastic strain amplitude in specimen 1. In
the subsequent cycles, the resistance of specimen 1 against plastic deformation
continuously increases due to the cyclic hardening [9]. This results in a decrease of &;4,
and, more important, in a slight increase of the maximum and minimum stresses in
specimen 1 and in specimen 2 (see Fig. 7c¢ and d). Because cyclic hardening does not
occur in specimen 2 and because AISI 316 L shows a relatively flat stress-strain path as
soon as plastic deformation occurs, increasing peak stresses result in a strong increase of
£3,ap, a8 shown in Fig. 7b. At the same time, the increase of Gy and oy in the complete
system is limited because of the condition I ol l = l o3 | that results from Z(F) = 0. Due
to that, Omax and omiy increase less pronounced and &4, decreases steeper than it would
be observed in a strain controlled one specimen TMF test with the same total strain - time
course as observed in the first cycle of the considered CTMF experiment.

Whereas a clear influence of dwell times on the courses of & and &;; as well as on
&1,4p 15 Observed, which is attributed to the relaxation and recovery processes occuring in
specimen 1 during #p combined with the boundary condition I o1 ‘ = l o2 l , NO systematic
influence of #p on the plastic strain amplitude of specimen 2 is observed in Fig. 7. On
the one hand, dwell times result in increasing plastic deformations and, therefore, in
increasing total mechanical strain ranges in specimen 1 (see Fig. 6). Because the total
strain is the sum of the thermal strain and the total mechanical strain and, due to the fact
that the thermal strain &,™ is about 180° phase shifted with respect to &, the cyclic
relaxation and recovery processes which increase the total mechanical strain amplitudes
in specimen 1 lead to a decrease of the total strain amplitude &14. In specimen 2, the
total- and the total-mechanical strain amplitudes are identical, because no thermal strain
occurs in this sample. Therefore, the total mechanical strain range and, consequently, the
stress range in specimen 2 should be reduced due to the dwell times (see Fig. 7a, ¢, and
d). The other way round, time dependent plastic deformation in specimen 2 during the
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dwell time which would lead to an increase of €;,, can’t be excluded even at T = 200°C.
The superposition of both effects results in the plastic strain amplitudes €., as observed
in Fig. 7b. The similar peak stresses occurring at all # investigated are again due to the
relatively flat stress-strain path of AISI 316 L in the plastic deformation regime.

Influence of Superimposed Forces Fs = F; + F; on the CTMF Behavior with tp =40 s

In order to investigate the influence of superimposed overall forces Fs on the
behavior of the CTMF system, tests with identical temperature and strain conditions as
presented in the previous chapter for #p = 40 s were carried out. Additionally, Fs was
risen linearly up to a given value of 5 kN up to 15 kN during the first 45 s of the cycle
when specimen 1 was heated up. During the dwell time, Fs was kept constant. While
cooling down to 7 pin, Fs was linearly decreased to its initial value of zero. For these
tests, Fig. 8 gives the courses of the total strain €152, which is identical at both specimens
as well as of the nominal stresses 7 and o as a function of time for N=1.
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FIG. 8 — Total strains and stresses versus time in the first cycle (Fs > 0).

Increasing Fs significantly raises the total strains in both specimens throughout the
first cycle. Consequently, the remaining strain after this cycle is positive for Fg> 5 kN,
whereas a negative value of €5 at £ = 130 s is observed for Fs= 0. The stresses in both
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specimens are also shifted to higher values by increasing Fs. However, in specimen 2,
which is loaded by tensile stresses during heating up of specimen 1 (z < 45 s) and the
subsequent dwell time (45 s < ¢ < 85 s), an increase of Fs beyond 5 kN does not result in
further increasing stresses because the stress in this specimen is limited by the relatively
flat stress-strain path of AISI 316 L as soon as plastic deformation occurs. Due to that,
the main part of the overall force is compensated by a reduction of the compressive
loading in specimen 1 and, for Fs> 5 kN, even by tensile loadings up to 100 Mpa in this
sample during the dwell time. The elastic-plastic deformation occurring in both samples
during the cooling phase of specimen 1 finally leads to similar remaining stresses after
the first cycle as they were observed for Fs=0.

Figure 9 shows the hystereses of the nominal stresses ¢; and o, versus the total
mechanical strains &1, and €, in the first cycle for all Fg investigated. In Fig. 10 the
respective hystereses at N = 1000 cycles are given.
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FIG. 9 — Stress-total mechanical strain hystereses at N =1 (Fg > 0).

In the first cycle, increasing Fs led to a pronounced reduction of the compressive
deformation of specimen 1 and, the other way round, to a strong increase of the tensile
plastic deformation of specimen 2 during the first 45 s of the cycle where specimen 1 is
heated up to 650°C and Fy is risen up to its maximum value at the same time. Whereas at
Fs = 0 the compressive plastic deformation dominates the total strain in the system
consisting of both specimens, which leads to negative remaining strains after the first
cycle, for higher overall forces the plastic deformation of specimen 2 in tension more and
more determines €;/2;.
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FIG. 10—Stress-total mechanical strain hystereses at N = 1000 (Fs > 0).

After 1000 cycles the oy-&™ hystereses of both samples are shifted to positive
strains if overall forces up from 5 kN are applied. This effect is the more pronounced the
higher Fs is, whereas Fs = 0 leads to negative cyclic creep as discussed above. It can
further be seen from Fig. 10 that the stress amplitudes in specimen 1 decrease with
increasing Fs and that lower o, occur at N = 1000 compared with N = 1. Furthermore,
the mean stress in this sample at N = 1000 increases with Fs. Contrarily, in specimen 2
only small tensile mean stresses occur even for the highest Fs investigated. The stress
amplitude o, is increasing with Fs, whereas the plastic strain amplitude is nearly
independent from Fs. Comparing Fig. 10 with Fig. 9 reveals that the cyclic plastic
deformation of specimen 2 leads to cyclic hardening, especially at high values of Fs.

The cyclic deformation behavior of the AISI 316 L specimens under CTMF loading
with different Fs is shown in Fig. 11 in the representation of the peak strains €12 ¢ max/min
(Fig. 11a), the plastic strain amplitudes €124, (Fig. 115), and the peak stresses 61 max/min
(Fig. 11¢), 62 maxmin (Fig. 11d), all versus the number of cycles N.

From Fig. 11c it becomes obvious, that, especially at overall forces of 10 kN and
more, the maximum stress and the stress range in specimen 1 increase up to N = 70. For
higher numbers of cycles a very slow decrease of the stress amplitude and of 6 max and a
small increase of oy min s Observed. Furthermore, at Fs > 10kN the absolute values of
both, the maximum and the minimum stress in specimen 2 increase in the cycle range N<
70. This indicates cyclic hardening in this sample, because, as obvious from Fig. 115, at
Fs > 10 kN, the plastic strain amplitude of sample 2 decreases at the same time.
However, Fs has no significant influence on the qualitative course of €14, versus N. The
development of tensile mean stresses in specimen 1 and the cyclic hardening of specimen
2 is clearly visible for high values of Fs, whereas at Fs = 5 kN these effects are less
pronounced. The behavior of the CTMF system at Fs= 0 kN still has been discussed in
the previous chapter. As mentioned above, the cyclic creep towards positive total strains
is the more pronounced the higher Fs is. In Fig. 11a it can additionally be seen, that the
cyclic creep rate is relatively high from the first cycle up to N = 70. From this, it is
concluded that the cyclic hardening of specimen 2 combined with the stress re-
distribution within the system consisting of both samples which becomes obvious in the
increase of the mean stress of specimen 1 up to ¥ < 70 in Fig. 11a, diminishes the
overall cyclic reep of the system. As soon as the peak stresses have saturated, the creep
rate tends towards zero at 5 kN < Fs< 12 kN. At Fs = 15 kN, a reduced creep rate
occurs up from this point. A
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FIG. 11—Cyclic deformation behavior at different overall forces Fy
Concluding Remarks

The two-specimen complex thermal fatigue (CTMF) testing system that was used
for the present study provides a helpful means to experimentally simulate and to
understand the complex interaction between the “hot” and “cold” regions in thermally
loaded components such as turbine blades which additionally undergo external
mechanical loadings. However, one should keep in mind that this two-specimen system
makes some strong simplifications of the real service loadings in the considered
components. But, in spite of neglecting the multiaxiality as well as the gradients
occurring in real components and using strongly simplified temperature cycles, the study
gives evidence of the complicated interactions between mechanically coupled volume
elements in construction parts under service conditions that cause inhomogenous and
instationary temperature fields. It has been shown that this interaction results in a cyclic
deformation behavior, which cannot be simulated by classical strain controlled TMF
tests. The other way round, at least in the near future, TMF tests will further be used as
the best practise method for the determination of sufficiently reliable databases for
materials used in high temperature components which are subjected to thermal fatigue.
But it should be noted that the basic understanding of the processes occurring “inside”
such components which is arising from CTMF tests is a helpful means for the
determination of mechanical boundary conditions of TMF tests in such a way that the
results from these experiments are as useful and as realistic as possible with respect to the
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real service loadings. Furthermore, the CTMF tests, which were performed under well-
defined boundary conditions, give good reference data for the assessment of the
reliability of the modeling of the thermal mechanical fatigue behavior of components
using advanced constitutive viscoplastic materials laws [10].
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ABSTRACT: The magnitude of temperature gradients and their variation with temperature and
time was investigated for a thermomechanical fatigue (TMF) cycle between 400°C and 1100°C
under a heating rate of 10°C/s. The measurements of the temperature distribution in the gauge
section of a flat rectangular specimen of the Nickel base superalloy CMSX-6 were carried out by
means of thermocouples located at various positions on the surface and in the volume,
respectively. As a reference the temperature distribution was calculated by finite element
analysis based on the temperature signal of the control thermocouple. Additionally, the surface
temperature distribution was studied by thermographic measurements.

The results reveal that thermal gradients establish in longitudinal and in transverse direction
of the gauge section. Although the temperatures in the bulk material exceed the reference given
by the control signal during the entire cycle, this effect is most pronounced (+40°C) during
cooling by forced air. In comparison, the predictive results of the finite element calculation lead
to slightly enhanced surface temperatures during heating (+8°C) and to reduced surface
temperatures during cooling (-5°C). Therefore, it is concluded that heat transport in the bulk
material is sufficiently fast to guarantee almost homogeneous temperature distribution. The
significantly enhanced volume temperatures in the experiment were found to resuit from
influences of the experimental set-up, and from superimposed effects due to forced air cooling
and heat flow through the wires of the spot welded thermocouple.

KEYWORDS: thermo-mechanical fatigue testing, nickel-base superalloy, finite element
modeling, temperature measurement, thermographic analysis

Introduction

Components and structures of industrial machinery are in many cases exposed to a
complex superposition of mechanical and thermal loads changing with time, which in
most cases results in a serious reduction in lifetime. This interaction between separately
varying temperatures and loads is considered as thermal mechanical fatigue, TMF [1]. In
particular, the influence of the changing temperature with time results in thermally
induced stresses due to temperature gradients over the component, or even by a mismatch
of the thermal expansion between different materials or geometries. Frequently, the
mechanical loading of these components due to operation conditions is superimposed by
these thermal stresses. The major cause of failure in single crystal nickel based turbine
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blades of advanced aero-gas turbines is due to these thermally induced stresses [2,3]. For
a precise definition of the inspection intervals and for the calculation of the lifetime the
material behavior under service loading conditions is of superior interest for design and
operation purposes of these components. Therefore, data from laboratory testing are
essential for an economic design of these parts. Isothermal mechanical testing cannot
provide the information required for this task [3,5]. Therefore, TMF tests are carried out
under specific laboratory conditions, mostly close to loading in operation. To simulate the
service conditions by using laboratory testing parameters, aspects like temperature range,
heating and cooling rates, strain limits and phase angle between mechanical and thermal
load are of utmost importance [5].

In order to apply the testing results to critical components the laboratory simulation
should perform precisely. Therefore, a highly reliable experimental set-up is essential.
The simultaneous uniformity of the applied temperature and the mechanical strain over
the volume of the test specimen’s gauge length is critical and has to be maintained at all
times while both are functions of time [6]. This is generally realized by continuously
measuring and controlling both variable parameters. TMF tests are performed under
control of the total strain &, which consists of thermal strain contributions &y, due to
thermal cycling and the superposition of a mechanical strain gmecn, according to:

Etot = Eth + Emech ( 1 )

Effects of variability in the temperature-strain signal, in particular, concerning issues
such as thermal strain measurement and thermal strain compensation, result in a
misleading calculation of the thermal strain and thus lead to a misinterpretation of the
control variable gmech:

Emech = Etot - Eth (2)

While under heating rates not exceeding approximately 5°C/s [7] the heat flow from
the induction heated surface into' the volume can be considered as sufficiently fast to
instantaneously guarantee homogenous temperatures in the volume of the gauge section;
first investigations reveal that thermal cycling under 10°C/s results in thermal gradients
along the gauge section and in the volume, respectively. The objective of the present
study is to characterize these thermal gradients and their variations with temperature and
time for high heating rates of 10°C/s. In addition, the experimental results of the
temperature measurements will be supplemented by finite element calculations.

Experimental Details

Temperature Measurement

For the investigation of the thermal gradients during thermal cycling, a conventional
servo hydraulic testing machine with a 150 kHz induction heating was used (Fig. 1). The
coil was specifically designed for the heating of flat rectangular samples with
semicircular corners. Thermal cycling was carried out in a temperature range between T
=400°C and T = 1100°C at a heating/cooling rate of 10°C/s. In the temperature regime
from 1100-750°C natural cooling was sufficiently effective. For temperatures below
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750°C additional cooling by forced air quench of the specimen surface was necessary to
meet the defined cooling rate. The volume stream and the air pressure were calculated by
the temperature controller and directed to the surface through two adopted nozzles. For
the temperature measurement a platinum/platinum-rhodium (Pt/PtRh) thermocouple spot-
welded onto the side face in the center of the gauge length was used. In addition, for
investigating the thermal gradients along the surface and to minimize influences on
temperature measurement due to induction [8,9], flattened thermocouples with 0.1 mm in.
thickness were additionally attached to various positions of the surface. All other
thermocouples had wire diameters of 0.35 mm.

The temperature in the volume was also measured by a Pt/PtRh thermocouple that
was attached into the volume of the gauge section (Fig. 2). The channel for this
thermocouple was produced by spark erosion and additional over-spraying with matrix
material after the fixation of the thermocouple.

To guarantee stable and reproducible thermal conditions and to minimize influences
of transient effects, a minimum of five thermal cycles was performed prior to the
temperature measurements. In addition, thermographic analysis of the temperature
distribution was performed for representative temperatures under isothermal heating
conditions in vertical and in horizontal direction, respectively. The camera resolution was
better than 0.16 mm.

Cooled Grips
Specimen
Induction Heating

Extensometer

Pt/PtRh Thermocouple

Nozzels for Air Cooling

FIG. 1—Experimental set-up with induction heating and fixtures for the test specimen.

Finite Element Modeling

Heat Input—In the applied model [12] the distribution and the power density of the
heat sources within the skin area of the gauge length were defined by the finite element
program Qtran [13]. The current penetration depth & was calculated according to Eq 3:
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volume Pt/PtRh-
thermocouple

120

spot welded Pi/PtRh-thermocouple,
0.35 mm wire diameter, about 45 °
to planar side faces 40

- A s

FIG. 2—Specimen geometry and positions of the thermocouples attached fo the
specimen surface and to the volume, respectively.

5= |—P 3)
T pr f

where p is the specific electric resistance, 1, r the permeability, and f the frequency.

For the specific experimental setup, & is determined to 0.38 mm. The enhanced
contribution to heating by thermal source elements located directly beneath the surface
was taken into account by partitioning & into two layers aligned parallel to the specimen
surface [12]. Each single element had a cube length of 0.19 mm. 86% of the heat input
were generated by the outer and 14% by the inner layer (Fig. 3a). Thermal sources were
only defined within this area of the gauge section, which is covered by the induction coil.
Due to their orientation to the magnetic field, in the model both semicircular corners of
the specimen were not specifically considered to provide significant contributions to heat
put.

All variables necessary for the modeling, like interactions between induction coil
design and specimen geometry and material data are functions of time and cannot be
measured directly from the experiment. During the entire cycle the power of the
generator is controlled by the computer as well as the velocity and the volume stream of
the forced air operating in the cooling branch at temperatures below 750°C. Therefore, no
quantitative input data concerning the individual contributions of the heat sources during
the thermal cycle are available. Furthermore, this implies undefined variations in the
boundary conditions required for the modeling of the heat flux into the specimen volume.
Instead of a numerical solution by modeling the time and temperature dependence of
these variables, variations concerning the individual contribution of the thermal sources
were defined between 0—100% by the definition of an appropriate scaling function in the
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calculation program Qtran. In detail, for the defined position of the control thermocouple
used in the experimental part (Fig. 2) the calculated temperature field is continuously
adjusted to the experimentally measured temperatures until both temperature versus time
functions exactly correspond.

a)
FIG. 3—a) Finite element mesh for the modelling of the thermal sources; b)
surfaces for which specific boundary conditions were defined in the model.

Temperature Distribution and Boundary Conditions—The modeling of the
temperature distribution was performed with the FEM program Abaqus [14]. For the
calculation of non-steady heat transfer due to temperature fields varying with both time
and specimen position, the general equation for heat transfer was applied with respect to
the specific boundary conditions, Eq 4 [101:

2 2 2
Xy (9)2"‘9—4‘)\,), (8)9—9+7»Z(9)~a—9+W(S,i,t)—pc(S)@— - 0 (4)
ox? ay* 82> at

where Ayy, (3) is the thermal conductivity, p is the density of the material, c¢(3) is the
heat capacity, and W represents the power density of the internal heat sources. For the
solution of Eq 4 the following boundary conditions were considered:

Symmetry—Based on the symmetry, only one eighth of the test specimen was
described by the finite element mesh, (Fig. 3). Therefore, the internal surfaces 1-3 were
defined adiabatic (Fig. 3b).

Thermal Contact Between the Threads and the Cooled Grips—With respect to the
complex problems concerning thermal transition at the threads this condition was not
specifically considered and instead substituted by the assumption of pure heat flux
through the planar front face (surface 4). The coefficient for contact resistance hc was
calculated to 2000 W/m’K according to the definition of a hypothetical length 1 for the
fixed end of the sample required to achieve equal amounts of heat flow under conductive
conditions as can be realized under convective boundary conditions.

Convection and Radiation at Faces 5-7: The convective boundary conditions were
calculated according to Eq 3:

Me=1f b(Ty-T,) da ©)
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Until the onset of the cooling by forced air at 750°C only free convection is acting.
Due to the applied software the temperature dependence of the coefficient for heat
transfer h could not be taken into account. Instead, a mean value for h was used, but
individually balanced with respect to the actual length and inclination of the specific
surfaces considered: face 5: h = 5.0 W/mZK, face 6: h = 4.7 Wm’K, face 7: h = 4.5
W/m’K. With the onset of the air cooling, forced convection has to be considered
additionally. Due to the undefined conditions under turbulent air-flow this effect was also
balanced individually as an increase in h by an appropriate function in the calculation
program Qtran.

Radiation—1IIs considers the contribution by radiation including the coefficient for
heat transfer resulting from radiation hg Eq 6 [11]. The emissivity was measured
thermographically to 0.57.

1
HRZEL hR (TW _TU)4 dA (6)

Conclusively, it can be summarized that during the entire cycle until the onset of the
air-cooling at 750°C the calculation of the temperature versus time function is based on
the variation of the power density for heat input. During the additional air-cooling
between 750°C and 400°C only the coefficient for heat transfer is varied in order to
obtain the identical temperature versus time function as that measured in the experiments
for the defined position of the control thermocouple.

Results
Temperature- Measurement

Surface Temperatures—Thermographic analysis of the specimen surface under
isothermal heating at different temperatures indicates that temperature gradients are
acting in horizontal and in vertical direction, respectively (Fig. 4a). In horizontal
direction the deviation in temperature is more pronounced for higher temperatures, i.e.,
900-1100°C (Fig. 4b). For this temperature range deviations of AT = —18°C were
measured for the position of the control thermocouple. On the opposite side only slightly
enhanced temperatures with AT ~ 7°C are registered. For lower temperatures (500°C to
900°C) the temperature profile appears more homogeneous, but also in this case the
temperatures on the side of the thermocouple fixing position are below the signal
temperature whereas on the other side slightly higher temperatures are measured.
Irrespective of the heating or the cooling sequence of the thermal cycle the deviations in
temperature at representative isothermal temperatures are in a comparable range. In
vertical direction (z-axis) for a given temperature of T = 500°C the temperature profile
appears sufficiently constant over almost the entire length, (Fig. 4c). For isothermal
heating at temperatures exceeding 500°C the length where temperature deviations in the
order of AT = 5°C are acting is significantly reduced. Whereas for 700°C an almost stable
temperature profile is observed over a distance of 8.5 mm, this section is continuously
reduced for higher temperatures (7.7 mm at 1100°C). It should also be pointed out that
the temperature profiles for all surface temperatures investigated appear to be asymmetric
compared to the middle of the gauge section with a deviation which is more pronounced
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for the lower part of the gauge length. For greater distances Az = £5 mm from the center
position the temperature gradient rapidly increases up to -30°C.
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FIG. 4— Results of thermographic measurements on the specimen surface for four
isothermal heating conditions: a) thermographic image of the specimen, showing the
lines along which the measurements were done and corresponding temperature
deviations with respect to the control thermocouple in horizontal (b) and in vertical
direction (c).

Volume Temperatures—The results obtained from the volume thermocouple are
shown with reference to the temperature signal and also to the surface temperature given
by the spot welded thermocouple. It should be pointed out that four thermal cycles were
performed prior to that reported (Fig. 5). During the entire cycle the volume is exposed to
higher temperatures when compared to both references. Furthermore, it is evident that
during most temperature regimes of the cycle, the temperature indicated by the control
temperature is (slightly) delayed with respect to the temperature signal.

Heating Cycle—Directly at the onset of the heating phase the volume temperature is
approximately 40°C above both, the signal temperature and the temperature measured by
the spot welded thermocouple (Fig. 5).
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With increasing signal temperature to 600°C (ie., first 10 s of heating) this
overshooting is reduced to AT = 25°C. This indicates a pronounced increase in the
surface temperature compared to the volume. This higher volume temperatures increase
with further heating according to the signal temperature up to values of AT = 32°C for an
intermediate temperature range from 650-850°C. In the high temperature regime from
850°C up to the maximum temperature of 1100°C a steady increase in the volume
temperature is observed. This increase approaches a maximum deviation of AT = 45°C at
the peak temperature of the cycle. At this time the specimen volume is overheated to
about 1140°C.
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FIG. 5—Temperature deviations between volume and surface and between signal and
volume for the heating and for the cooling phase as a function of the temperature signal.

Cooling Cycle—In the section of the cooling cycle between 1100°C and 850°C, both
curves indicate that the higher volume temperature is continuously reduced from 45°C to
approx. 17°C, (Fig. 5). In this sequence the deviations between the signal temperature
and the spot welded thermocouple are in the order of AT = 3°C. With the onset of forced
air cooling in the temperature interval from 750°C down to 400°C both curves change
from a positive to a negative gradient, i.e. the volume temperature deviation continuously
increases from AT = 15°C (at 750°C) to AT = 40°C (at 400°C). In this sequence,
oscillations in the curve Tvolume — Tspor due to influences of the airflow on the spot welded
control thermocouple are observed. The mean deviations between the signal temperature
and the temperature of the spot welded thermocouple are again in the order of
approximately 3°C.

Irrespective of the subsequent heating or cooling cycle in any case at the turn over the
volume temperature is about AT = 40°C above the signal temperature.
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Finite Element Modeling

Figure 6 shows significant positions of the test specimen for which measured
temperature data are available. For comparison, in the following the calculated
temperatures during one thermal cycle will be presented for these representative positions
(Fig. 7 and Fig. 8). All calculated temperature data refer to thermalldy stable conditions,
which in the model are already obtained after the completion of the 3™ thermal cycle.

Control thermocouple T,

Temperature T,

Temperature T, — Temperature T,

Temperature T, /"L\‘
3

mm

Temperature T,

FIG. 6—Representative positions for the comparison of measured temperatures
with the results obtained by finite element modeling.

The results obtained from the modeling of the surface temperatures in axial and in
vertical direction are summarized in Fig. 7. Additionally, the calculated volume
temperatures are plotted. With respect to the reference temperature, Ty, given by the
control thermocouple, the thermal gradients in horizontal direction of the cross section
where the control thermocouple is spot-welded are negligible, T3. With increasing
distance in vertical direction (6 mm) the surface temperature, Ts, at the corner decreases
with increasing temperature during the heating phase and reaches a maximum value of
AT ~ 18 °C at the peak temperature of 1100°C. During the following cooling phase this
deviation is again reduced with decreasing temperature.

In the heating sequence from 400°C to the peak temperature of 1100°C the specimen
surface is exposed to slightly enhanced temperatures compared to the specimen volume.
For the cooling phase the conditions are vice versa. This effect results from the reduced
heat input into the surface layer during cooling where as the contributions of radiation
and convection remain unchanged irrespective of the heating or the cooling phase for
both effects are only affected by the surface temperature.



AFFELDT ET AL. ON THERMAL GRADIENTS 321

150 - control thermocouple, T,
- = =volume temperature, T,
1050 1 N\ - - - comer temperautre, T,
. Neee- COMNer temperature, T,
o 9501 -
O 850
=
fp—
O 7501
o
g- 650 -
2 5501
450 -
350 T - v - .

60 80 100 120 140
time, sec

(=]
8
8

FIG. 7—Calculated cycle temperatures for various positions of the specimen.
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FIG. 8—Calculated thermal gradients between surface and volume within one
thermal cycle for the heating and cooling phase.
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Within the cross section in the center of the specimen volume the temperature
deviations are approximately AT = 10°C smaller compared to the measured temperature
deviations between surface and volume (Fig. 8). This indicates that under the conditions
as assumed in the model, the heat transfer into the volume appears to be sufficiently fast
to guarantee almost stationary thermal conditions, which are required for TMF
experiments. In axial direction of the gauge length deviations of up to 42°C are
maintained by this calculation.

Discussion

Surface Temperatures

Already the analysis of the temperature profiles investigated under isothermal heating
at specific temperatures, i.e., without any cooling by forced air, indicates that thermal
gradients are acting on the surface in vertical and in horizontal direction, respectively.
These surface gradients are more pronounced for higher temperature regimes, i.e., 900°C
to 1100°C. In vertical direction the variations from the temperature signal are
significantly increased for the lower half of the gauge section. This effect i1s mainly
contributed to free convection for influences on the temperature profile due to non-steady
surface radiation or heat flux through the cooled grips should be excluded due to the
symmetry of the sample and the fixture system. Figure 4 has indicated that for this side
where the control thermocouple is fixed only slight deviations from the signal
temperature are detected, whereas for the opposite position a temperature increase of
about 10°C is present. This indicates that heat flux through the wires of the thermocouple
leads to locally reduced surface temperatures in the surrounded area of the spot weld
position. Consequently, for the compensation of this deviation the thermal controller
reacts with additional heating until the appropriate signal temperature is obtained. Due to
this locally induced further heating the entire specimen is overheated.

The results of the analysis concerning the surface temperature distribution obtained
from thermocouple measurements at various positions of the surface during thermal
cycling also exhibit these reported variations in the actual surface temperature. For the
temperature regime experimentally investigated, this side where the thermocouple is
attached is clearly exposed to lower temperatures. In direct comparison, on the opposite
side face slightly enhanced temperatures are registered. The temperature deviations in
both horizontal and vertical direction are in good accordance with the results obtained by
FEM calculations for defined positions (Fig. 6). This sensitivity of the temperature
measurement concerning “external influences” is also confirmed by the oscillations in
temperature, which are observed with the onset of the cooling by forced air. Although the
wires of the control thermocouple are protected against convection by flexible glass fiber
tubes, forced convection effects on the weld spots on the unprotected surface induce
enhanced heat flux.

Volume Temperatures

During the entire cycle the volume temperatures are significantly enhanced compared
to both the surface temperatures and the signal temperatures, respectively. Already with
the onset of the fifth thermal cycle, i.e., after thermally stable conditions within the
specimen volume should be obtained, this overheating of the volume is observed.
Although the position of the volume thermocouple is slightly asymmetric (Fig. 2) to the
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center axis of the sample, the results are considered to be representative also for the
center position. These enhanced volume temperatures indicate that the reduction of the
heat quantity stored in the volume cannot be reduced effectively by pure “natural cooling
processes” (convection and radiation as well as heat flow through the cooled grips) to
provide a temperature profile close to that defined by the thermal cycle. Nevertheless, the
excess heat is reduced from AT = 45°C to approx. AT = 15°C during cooling from peak
temperature to 750°C at the beginning of the air-cooling. At that sequence of the cycle
the volume temperature again steadily increases until a maximum deviation of approx.
40°C is present at the beginning of the subsequent cycle. During this period the heat flux
through the wires causes additional artificial cooling of the surrounding surface, which
simulates reduced actual temperatures, but also the superimposed forced convection due
to additional air-cooling. Consequently, the actual temperature signal appears as too low
and is therefore adjusted by the thermal controller, which is combined with excessive
heat input and consequently results in an overheated volume.

In contrast to the experimentally investigated deviations in temperature, the FEM
results normalized by the experimentally measured surface temperatures indicate the
opposite behavior. Under the limitation that all measured temperatures refer to the center
area of the gauge section this comparison between the experimental and the calculated
temperatures can be drawn.

The surface is exposed to slightly enhanced temperatures during heating and vice
versa in the cooling sequence. The deviations from the temperature of the spot welded
thermocouple are negligible. The results indicate that the heat transfer through the
volume is not the time controlling step as could be concluded from the results of the
experimentally recorded temperatures. The temperature difference between surface and
volume provides an indication concerning the magnitude of the thermal gradients.

Finite Element Calculations

Due to the complex experimental set-up the boundary conditions required for the
modeling cannot be accurately reproduced. All input variables are time dependent and
experimentally not measurable. The major efforts in the FEM calculations were therefore
aimed on a satisfactory modification of the temperatures calculated for those positions on
the specimen surface for which also experimental data are available. Under the limitation
that all measured temperatures refer to the center area of the gauge section this
correlation between the experimental and the calculated temperatures can only be
performed for this plane of the cross section, but it can be concluded that the model is
sufficiently precise to also correctly predict the conditions in the surrounding area.

Conclusions

The detailed investigations concerning the temperature distribution in flat rectangular
specimens of a Nickel base superalloy during thermal cycling indicate:

The accuracy of the temperature measurement is highly influenced by heat flux
through the wires of the control thermocouple. This effect is observed under isothermal
heating as well as under thermal cycling. Therefore, lower temperatures are registered
and thus corrected by the thermal controller until for the control thermocouple the signal
temperature is maintained. This leads to an overheating of the specimen volume.

Additional cooling by forced air as required to guarantee cooling rates in the order of
10°C/s affects the signal of the control thermocouple by forced convection effects.
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Consequently, the measured actual temperature is reduced and thus the cooling does not
provide sufficient reduction of the heat stored in the specimen volume.

According to the finite element modeling the heat flow within the volume is fast
enough to provide stable and constant temperature distributions, even for heating rates in
the order of 10°C/s.

Acknowledgments

The authors thank C. Schwamminger and J. Ross for their assistance and the
performing of the experimental work and also M. Pieper for the analytical investigations.

References

(1]
(2]

(3]

[4]

[5]

[6]

[7]
(8]

[9]
[10]
[11]
[12]

[13]
[14]

Spera, D. A., Thermal Fatigue of Materials and Components, ASTM STP 612, D.
A. Spera, Ed., ASTM International, West Conshohocken, PA, 1976, p. 3.

Miller, D. A. and Priest, R. H., “High Temperature Fatigue: Properties and Life
Prediction,” R. P. Skelton, Ed., Elsevier Applied Science, London/New York,
1987, p. 113.

Guédou, J.-Y. and Honnorat, Y., Thermo-Mechanical Fatigue Behavior of
Materials, ASTM STP 1186, H. Sehitoglu, Ed., ASTM International, West
Conshohocken, PA, 1993, p. 157.

Rémy, L., Bemard, H., Malpertu, J. L., and Rézai-Aria, F., Thermo-Mechanical
Fatigue Behavior of Materials, ASTM STP 1186, H. Sehitoglu, Ed., ASTM
International, West Conshohocken, PA, 1993, p. 3.

Marchionni, M., Bressers, J., Joos, R., Rémy, L., Timm, J., and Vasseur, E.,
Materials for Advanced Power Engineering 1994, Part 11, D. Coutsouradis, J. H.
Davidson, J. Ewald, P. Greenfield, T. Khan, M. Malik, D. B. Meadowcroft, V.
Regis, R. B. Scarlin, F. Schubert, and D. V. Thornton, Eds., Kluwer Academic
Publishers, Dordrecht, Boston, London, 1994, p. 989.

Bressers, J., Timm, J., Williams, S. J., Bennett, A., and Affeldt, E. E., Thermo-
mechanical Fatigue Behavior of Materials, 2nd Volume, ASTM STP 1263, ASTM
International, M. J. Verrilli and M. G. Castelli, Eds., ASTM International, West
Conshohocken, PA, 1996, p. 56.

Stirk, K. F., personal communication, Darmstadt, Germany, February 2000.
Petry, F., Doctorate Thesis, Friedrich-Alexander-Universitit Erlangen-Niirnberg,
1989.

Miller, D. A. and Priest, R. H., High Temperature Fatigue: Properties and
Prediction, R. P. Skelton, Ed.. Elsevier Applied Science, London/New York,
1987, p. 113.

Rao, 8. S., The Finite Element Method in Engineering, Pergamon Press, 1989.
Pieper, M., Diploma Thesis, Fachhochschule University of Applied Sciences
Miinster, 2000.

Zienkiewicz, O. C. and Cheung, Y. K., “Transient Field Problems: Two-
Dimensional Analysis by Isoparametric Finite Elements,” International Journal
for Numerical Engineering, Vol. 2, 1970, p. 61.

Qtran, “Internal Calculation Software,” MTU Aero Engines GmbH, Miinchen,
Germany, 1997.

Hibbitt, Karlsson & Sorensen Inc., Abaqus Theory Manual, Version 5.8, 1998.



Author Index

A
Affeldt, Emst E., 15, 164, 312
Alam, Adil M., 98
Allison, John E., 240
Andersson, H. C. M, 31
Arai, Masayuki, 180
Au,P.,3

B
Beck, T., 297
Bickard, Anny, 98
Bonacuse, Peter J., 65
Brendel, T., 282
Bressers, J., 83
Bullough, C. K., 210

C
Cerdan de la Cruz, Lorena, 15
Christ, Hans-Jiirgen, 127, 145
Coleman, Arthur, 227

D
de Haan, Frits, 255
delRe, L., 282

E
Engler-Pinto, Carlos C., Jr., 45, 240

F
Fischer, Frank O. R., 127
Fujiyama, Kazunari, 180

G
Gant, A., 270
Gee, M. G., 270
Grube, Friederike, 164

H
Hiahner, Peter, 83, 255
Hammer, Joachim, 15,312
Harada, Yoshio, 180
Huber, U,, 312

I
Immarigeon, J.-P., 3
Itoh, Akihiro, 180

J
Jung, Amd, 145

K

Kakehi, Koji, 180
Kalluri, Sreeramesh, 65

Copyright®2003 by ASTM International

STP1428-EB/Aug. 2003

Kaneko, Hideaki, 180
Kong, C.N., 210

L
Lang, Karl-Heinz, 195
Lasecki, John, 240
Lohe, Detlef, 195, 297
Loveday, M. S., 270
Lundblad, H., 312

M

Maier, Hans Jiirgen, 45, 127, 145

Moalla, Mourad, 195
Moretto, P., 83
Mughrabi, Haél, 112, 164

N
Naderhirn, M., 282
Nanba, Kouichi, 180
Neuner, Frank C., 112
Nonaka, Isamu, 180

o
Okazaki, Masakazu, 180
Okuda, Takanari, 180

P
Peteves, Stathis D., 83, 255

R
Rau, K., 297
Rémy, Luc, 98
Roebuck, B., 270

S
Sakane, Masao, 180
Sakurai, Shigeo, 180
Sandstrém, R., 31
Santacreu, Pierre-Olivier, 227
Schwaminger, C., 282
Sehitoglu, Huseyin, 45, 240
Simon, Christian, 227
Smith, D. J., 210
Stamos, Vassilis, 255
Su, Xuming, 240

T
Take, Koji, 180

Tang, Chung-Yao, 240
Teteruk, Rostislav, 145
Tetzlaff, Ulrich, 112
Tzimas, E., 83

325

WWWw.astimn.org



326 THERMOMECHANICAL FATIGUE BEHAVIOR OF MATERIALS

A\ Y
Vougiouklakis, Yannis, 255 Yamazaki, Yasuhiro, 180
Yandt, S., 3
W
Wu, X.J,3 Z

Zubeck, Michael, 240



Subject Index

A
ABAQUS, 240
Accelerated material discrimination,
270
Acoustic emission, 255
Activation energy, 3
AISI3161L,297
Aluminum alloy, 145
Aluminide coatings, 98, 164, 210
Aluminides, 83
Al319-T7B, 45
Austenitic stainless steel, 227, 297
Automotive components, 45
Axial-torsional, 65

B
Back stress, 45
Brittle cracking, 210

C
Carbide strengthened alloy, 15
Cast aluminum alloy, 45, 240
CM186 SX, 210
CM196, 255
CM247LC, 180
CMSX-4, 83, 180, 255
CMSX-6, 164,312
Coarsening, 112
Coatings, 98, 164, 180
Cobalt-based superalloy, 65
Computer simulations, 31
CoNiCrAlY, 180
Constitutive modeling, 45
Control design, 282
Counter-clockwise-diamond cycle, 112
Crack density, 180
Crack growth rate, 145
Crack initiation, 164
Crack propagation, 145
Cracks, 227
Creep, 31,210
Creep-fatigue damage parameter, 145
Crystal, single, 112, 164,210
Cyclic behavior, 45
Cyclic creep, 297
Cyclic deformation, 3, 65, 195
Cyclic hardening, 15, 65, 127
Cyclic J-integral, 145
Cyeclic life, 145
Cyclic stress-strain behavior, 127

327

STP1428-EB/Aug. 2003

D
Damage, 227
mechanisms, 255
Deformation behavior, 15
Diamond phase, 180
Dislocation structure, 180
Drag stress, 45

Ducile-to-britle transition temperature, 127

E
Elastic deformation, 15, 31
Elasto-viscoplastic constitutive law, 227
Engine components, 240
Environmental damage, 145
Environmental degradation, 127
Exhaust, 227

F
Fatigue crack propagation, 145
Fatigue life, 112
Fatigue prediction, 240
Ferritic stainless steels, 227
Finite element analysis, 210, 240
Finite element modeling, 312
Fracture, 83, 145, 180

G
vy’ -microstructure, 112

H
Haynes 188 superalloy, 65

High cycle fatigue loading, super-imposed, 195

High temperature, 45, 180

properties, 270
High-temperature aluminum alloy, 145
High-temperature titanium alloy, 145
High temperature transients, 282
Hysteresis loop, 3, 15, 31

1
IMI 834, 145
IN738LC, 180
Inelastic deformation, 3
In-phase cycling, 31, 65, 210, 227
Intermetallics, 127
Inverse control, 282
Isothermal low-cycle fatigue, 180

L
Life prediction, 145, 180, 227
Lifetime behavior, 195
Low-cycle fatigue, 15



328 THERMOMECHANICAL FATIGUE BEHAVIOR OF MATERIALS

M
MAR-M 509, 83
Metal matrix composite, 145
Microstructure, 127
Miniature test system, 270
Modeling, 3, 15, 31, 127
Multiaxial, 65

N
Nickel base alloy, 15
Nickel-base superalloy, 164, 180,
195, 210, 255,312
monocrystalline, 112
NiCr22Co12Mo9, 195

o
Out-of-phase cycling, 31, 65, 127,
180, 210, 227
Overlay coatings, 83
Oxidation, 127
performance, 210
protection coatings, 255

P
Phase angle, 83
Plastic deformation, 31
Platinum aluminides, 83, 164
Pre-rafting, 112

R
Ramping tests, 270
Relaxation, 15
Reproducibility, 282
Rhenium, 210

S
Sermalloy 1515, 210

Silicon carbide particle-reinforced, 145

Simulation, 15
Stainless steel alloys, 31, 227,297
Strain, 195, 240
Stress, 240

mean, 127
Stress-strain curves, 3
Stress-strain response, 45
Superimposed loading, 195
Surface damage analysis, 255

T

Taira type damage, 227
Temperature, 195

control, 282

measurement, 312
Thermal activation, 3
Thermal barrier coatings, 83, 98
Thermal fatigue, 240, 297
Thermal gradients, 312
Thermographic analysis, 312

Thermomechanical fatigue, resistance, 112

Thermomechanical loading, 65
low-frequency, 195
Titanium aluminide, 127

v
Video imaging, 255
Viscoplasticity, 240

X
X8019, 145

Y
Yielding, 15



