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Foreword

This publication, Composite Materials: Testing, Design, and Acceptance Criteria, contains
papers presented at the symposium of the same name held in Phoenix, Arizona, on 26-27
March, 2001. The symposium was sponsored by ASTM International Committee D30 on
Composite Matcrials. The symposium co-chairmen were A.-H. Zureick, Georgia Institute of
Technology, Atlanta, Georgia and A. T. Nettles, NASA Marshall Space Flight Center, Hunts-
ville, Alabama.
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Donald F. Adams'

Tabbed Versus Untabbed Fiber-Reinforced Composite Compression Specimens

Reference: Adams, D.F., “Tabbed Versus Untabbed Fiber-Reinforced Composite
Compression Specimens,” Composite Materials:  Testing, Design, and Acceptance
Criteria, ASTM STP 1416, A. Zureick and AT. Nettles, Eds., American Society for
Testing and Materials International, West Conshohocken, PA, 2002.

Abstract: The development of suitable specimen configurations and loading methods
for the compression testing of high strength composite materials has received
considerable attention during the past decade, and especially during the past five years.
Both experimental and analytical investigations of very specific aspects of specimen and
test fixture configurations have been performed. Many seemingly conflicting results
have been presented, leading to considerable confusion within the composite materials
testing community. However, a definite conclusion appears to now be emerging, viz., the
use of tabs on compression test specimens has a detrimental influence on measured
strength. This has been qualitatively suspected for some time since analytical studies and
detailed finite element analyses consistently predict induced stress concentrations at the
tab ends of the specimen gage section. Numerous approaches have been followed to
minimize these stress concentrations, of course including the total elimination of tabs.
Key analytical and experimental results, taken from the extensive published literature as
well as from the author’s own recent work, are presented and compared, to demonstrate
the consistent trends that actually do exist in the seemingly scattered and confusing
published literature. Finally, options currently available for the successful compression
testing of high strength composite materials are presented.

Keywords:  compression testing, compressive strength, specimen configurations,
specimen tabs, loading methods, analysis, testing

The Purpose of Specimen Tabs

There are two fundamental ways of applying a compressive force to laboratory test
specimens, viz., end loading or shear loading. As implied, end loading is the direct
application of opposing compressive forces at the ends of the specimen. Shear loading is
the application of opposing shear force distributions at each end of the specimen; these
shear forces being distributed over some prescribed length of the specimen faces. These
shear forces induce a compressive force in the gage section of the specimen, i.e.,

1 President, Wyoming Test Fixtures, Inc., 421 S. 19" Street, Laramie, WY 82070, and
Professor Emeritus, Mechanical Engineering Department, University of Wyoming,
Laramie, WY 82071.
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4 COMPOSITE MATERIALS

the central region of the specimen between the end regions where the shear forces are
applied.

High strength composite materials, e.g., those exhibiting axial compressive strengths
above about 1 GPa (150 ksi), are particularly difficult to test using either of these load
introduction methods. Such materials tend also to be relatively stiff, and highly
orthotropic. In particular, the transverse tensile and comnpressive strengths and the
longitudinal shear strength are low relative to the axial compressive (and tensile) strength.
A unidirectionally reinforced composite material is an example of such a composite.

End loading typically results in crushing of the specimen ends, due to the difficulty of
introducing the compressive force uniformly over the end of the specimen (being
compounded by the high stiffness of the material). Any loading nonuniformity creates
local stress concentrations, which are not readily redistributed because of the high
orthotropy of the material (in particular here a relatively low shear strength), leading to
premature failure (brooming and crushing) at the specimen ends. The most common
method of reducing the average stress at the specimen ends and thus making the stress
concentrations less critical is to bond tabs (doublers) adhesively on opposing faces at each
end of the specimen, as shown in Figure 1. These tabs increase the contact area over
which the end loading is applied. Thus, when local stress concentrations do occur at the
ends, the maximum stress will hopefully still be less than that in the gage section of the
specimen, resulting in gage section failures as desired. Of course, any force applied at the
end of a tab must be transferred via shear into the test specimen itself over the length of
the tab. Thus, a tabbed, end-loaded specimen is effectively being subjected to a
combination of end and shear loading.

: tab / specimen
’é 9. gage length

Figure 1 — Typical tapered tab compression test specimen.

In the case of pure shear loading, all of the applied force is introduced via a shear
transfer mechanism. Although end crushing is nonexistent, local stress concentrations are
still a problem, occurring along the specimen surfaces where the shear forces are acting.
These shear forces are applied using grips of some type, which clamp the specimen
surfaces at each end and transfer force by friction. Smooth, flat grip surfaces would aid,
although not guarantee, uniform shear force transfer. However, smooth grip surfaces
result in relatively low coefficients of friction, thus requiring very high clamping forces to
prevent slipping. But by definition, the transverse (here compressive) strength of the
highly orthotropic material being tested is relatively low, resulting in potential crushing of
the specimen in the gripped regions. Thus, more aggressive grip faces are usually used,
which dig into the surface of the specimen, increasing the effective coefficient of friction
and permitting the use of lower clamping forces. These aggressive grip faces would
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damage the surface of the test specimen, weakening the material. Thus, tabs are bonded
onto the specimen surfaces to protect them.

In summary, whether end- or shear-loaded, the test of a high compressive strength
specimen typically incorporates tabs.

The Detrimental Consequences of Using Tabs

For the reasons discussed in the previous section, high compressive strength
composite material test specimens typically incorporate adhesively bonded tabs. Detailed
stress analyses, particularly finite element analyses, conducted during the past ten or more
years, have clearly shown that stress concentrations are induced in the test specimen at the
ends of the tabs adjacent to the gage length [/-74]. A typical example is shown in Figure
2. Transverse normal and longitudinal shear stress concentrations exist also. How
detrimental these stress concentrations actually are in reducing the measured compressive
strength of the material has not been clearly established. Nevertheless, extensive studies,
both analytical and experimental, have been conducted to seek ways of reducing these
stress concentrations.

1.4 -
' O ——1
. 1.2 .
NOX:iaalllzed Lo §—>’ gage section
Compressive
Stress 08 r
0.6
04
IH gage section
< specimen centerline

Figure 2 — Schematic of a typical axial compressive stress distribution
along the length of a tabbed specimen near its surface.

Only relatively recently have some general conclusions been generally accepted.
These will be discussed in detail later. However, in brief summary, more compliant tabs
reduce the stress concentrations. But compliant materials tend not to be as strong as stiffer
materials, compliance and strength typically being contrary properties. The tabs must be
strong enough to transfer the required shear stresses from the testing machine grips to the
specimen. Thus a compromise must be made. Tapering the ends of the tabs at the gage
section also reduces the induced stress concentrations. Thus the more taper the better.
However, the longer the taper, the longer the unsupported length (between the grips) of
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the specimen, as shown in Figure 3, which can induce gross buckling rather than a
compressive failure. Thus, once again a compromise must be made, resulting in the stress
concentration possibly being reduced, but not eliminated.

grips

3
31
—1

H gage length &

unsupported length

a) untapered (90°) tabs

tab specimen

L L .

h ]
— ]

H_|_ gage length

I ! unsupported length

b) tapered tabs

Figure 3 — Unsupported specimen lengths of tabbed specimens of equal gage length.

Of course, making the long gage length specimen thicker can prevent buckling.
However, the axial compressive stress through the thickness of the specimen gage section
then becomes more nonuniform, the stresses introduced at the specimen surfaces tending
to remain localized at these surfaces. For example, Figure 4 indicates that even at the
center of the gage section, i.e., at the maximum distance from the tab ends, the axial
compressive stress in a 10 mm (0.39 in.) thick specimen has still not attained a uniform
stress state, although the stress is relatively uniform for a 2 mm (0.080 in.) thick specimen.
This stress nonuniformity in a thick specimen compounds the seriousness of the stress
concentrations at the tab ends. Thus, simply increasing the specimen thickness by adding
additional layers having the same lay-up as the original laminate is not a viable solution.

Since tabs are typically bonded to the test specimen, optimum adhesive material
properties and bond line thicknesses have been studied. Just as for the tab material itself,
a more compliant adhesive is better. Correspondingly, a thicker bond line is better, being
better able to blunt the stress concentration induced by the tab. However, just as for the
tabs, more compliant adhesives tend to be lower in shear strength than stiff adhesives.
Also, thick bond lines tend to be weaker than thin bond lines because of the less favorable
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stress states that develop under shear loading. Thus, the best adhesive in terms of
reducing stress concentrations may not be strong enough to transfer the required shear
loads. Once again a compromise must be made when selecting the adhesive, and the
stress concentration is not eliminated.

outer surface of 10 mm thick

5 T specimen
N &1—— 10 mm thick specimen,
4 shear loaded
Position | ——— 10 mm thick specimen,
Through 3 end loaded
Specimen
Thickness | 2 mm thick specimen,
(mm) 2 / either loading method
1 -~ — outer surface of 2 mm thick specimen
0 | mid-thickness of specimen
07 08 09 10 1.1
Normalized Axial

Compressive Stress

Figure 4 — Axial compressive stress distribution through the thickness of a tabbed
specimen at the mid-length of the gage section for two different loading
conditions (untapered steel tabs,().18 mm thick adhesive bond line, end loading).

The Perceived Current Status of Compression Testing

As a result of the problems summarized in the two previous sections, the compression
testing of high strength composite materials has remained a compromise. Equally
unfortunate, but understandably, different groups have selected different compromises,
with equally justifiable reasons. Thus, consensus is not likely to be achieved under the
present state of affairs.

One common, but by no means universally accepted, compromise at present is to
utilize end loading (such as the so-called Modified ASTM D 695 Compression Test
Method, which will be defined later), untapered compliant tabs (such as glass
fabric/epoxy), and a strong adhesive of medium bond line thickness (many of which are
available). Many would disagree with this compromise.

Before presenting a new appraisal of the current status of compression testing, it is
important to summarize recent key studies, both analytical and experimental, which permit
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this new view. The available literature tends to be very scattered, and thus a concentrated
effort has been made to gather and digest it, as summarized in the following two sections.

Key Analyses

It will be noted that the first fourteen references here are listed chronologically.
Although a few simple, closed form analyses were attempted initially [2,3], most of the
major works have been finite element analyses [/, 4-14]. Significant interest in
characterizing the compression properties of composite materials was just emerging at the
time most of these works were being published. For example, the first ASTM test method
developed specifically for compression testing high performance composite materials,
ASTM Test Method for Compressive Properties of Polymer Matrix Composite Materials
with Unsupported Gage Section by Shear Loading (D 3410), was not issued until 1975.
At that time, it contained only the so-called Celanese compression test method, the IITRI
compression test method not being added to this standard until 1987. It was at about this
same time that Bogetti, et. al. [4] and Westberg and Abdallah [5] published their
frequently quoted finite element analyses.

However, one of the first researchers to analyze in depth the problems associated with
the then accepted methods of compression testing composite materials was Tan [6-8], in
the early 1990s. This was soon followed by the extensive finite element analyses of Xie
and Adams [/]-14]. Most of the prior analyses in the published literature, including those
by Tan, had been two-dimensional and linearly elastic in nature. Xie and Adams
developed and utilized a three-dimensional elastoplastic analysis of the orthotropic
composite material [15,16]. Interestingly, their results showed that for the particular
problem of analyzing a highly orthotropic (typically unidirectional) composite material
compression specimen, a three-dimensional analysis was not generally necessary. The
variations in stresses across the width of the specimen were shown to be negligible, and
the influences of material nonlinearities were relatively small. This was a significant
finding in that it gave additional confidence in all of the prior analyses, and permitted the
use of much simpler two-dimensional linearly elastic analyses in future studies.

While there are always worthwhile additional analyses that can be performed, it
appears that the predictions of compression specimen stress states now available in the
literature, as referenced above, almost all lead to the same general conclusions, as
summarized below.

e The clamping forces exerted on the specimen by the grips used to apply a shear
loading introduce a significant axial compressive stress concentration right at the
ends of the grips. This stress concentration is very localized.

e When tabs are used on either shear-loaded or end-loaded compression specimens,
axial stress concentrations are also induced in the specimen at the ends of the tabs.
These stresses are more severe for shear-loaded specimens since the tab influences
then combine with the grip influences noted above.

e The tab- and grip-induced through-thickness normal stresses and longitudinal shear
stresses, while low in magnitude relative to the axial compressive stress, are not
always negligible because the corresponding strengths of the material are also
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relatively low. Either individually or in combination with the axial compressive
stress they can cause failure in some cases.

e Away from the region of local stress concentration, the axial compressive stress is
more uniform through the thickness for a thinner specimen. Since tabs transfer
forces into the specimen at the specimen surface, some axial distance is required
for the axial compressive stress to become uniform through the thickness of the
specimen, and for the transverse normal and longitudinal shear stresses to decay to
zero. That is, even though the surface stress concentration at the ends of the tabs
decays within a relatively short distance into the gage section, typically within
0.013-0.025 mm (0.050-0.100 in.), the compressive stress near the specimen
surface of a thick, shear-loaded specimen may still be significantly higher than that
in the interior, even at a considerable distance from the tab end.

e More compliant tabs, a more compliant adhesive, a thicker adhesive bond line, a
smaller tab taper angle, and end loading rather than shear loading all reduce the
stress concentration at the tab tip to varying degrees, but they do not eliminate it.
As discussed in the previous section, there is always a trade-off that must be made,
so that the most favorable limits of each of these parameters individually cannot be
attained.

Key Experimental Studies

The increasing amount of experimental data that has become available during the past
several years is now strongly supporting the conclusions of the analytical studies cited
above. Publications of experimental results of particular significance include [5, 17-37].
Again, these references are listed in chronological order here, to emphasize the rate of
data generation in recent years. Reviews are presented in [38-41].

As one example of the progress that has been made, Smoot [/7] in his M.S. thesis
work published in 1982, indicated that there was an influence of the specimen gage
length being short, although the prior work of Westberg and Abdallah [5] had not
indicated such. It was not until the detailed experimental work of Adams and Lewis [24]
was published nine years later, in 1991, that this view changed. This was a significant
finding since the then (and still) commonly used test method, “Compressive Properties of
Oriented Fiber-Resin Composites,” (SACMA Recommended Method SRM1-88), utilizes
a very short 0.048 mm (0.188 in.) gage length specimen. For example, ASTM D 3410
recommends a 12.7 mm (0.50 in.) gage length, more than two and one-half times longer.
Reference [24] clearly demonstrated that measured compressive strength is not dependent
on specimen gage length (as long as Euler buckling does not occur). Figure 5 is a sketch
of some of the above data, indicating that, until the onset of buckling, there is no
significant influence of specimen gage length, even for very short gage lengths. In fact,
for the 0.025 mm (0.1 in.) specimens tested in Reference 24, the tabs were almost
touching at failure due to elastic deflections, indicating this to be very close to a lower
limit of gage length. All specimens tested to generate Figure S had similar widths and
thicknesses.
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Compressive o
N
Strength onset of buckling / . \\,
| resion
of
buckling

] | ] | | I |
3 5 8 10 13 15 18 mm
0r 02 03 04 05 06 0.7 inches
Specimen Gage Length

Figure 5 — Compressive strength of unidirectional carbon/epoxy
composites as a function of specimen gage length..

Some of the early experimental efforts were also not well controlled. For example, in
the early 1980°s ASTM conducted round robin testing {24] to compare the above two test
methods. The SACMA SRM1-88 method faired very poorly, and thus was not added to
the standard during the next revision of ASTM D 3410 in 1987. Yet it has since been
convincingly demonstrated [24, 28, 29, 31-34, 40] since then that in fact it produces
results at least as good as the ASTM D 3410 method. A number of the laboratories
participating in the ASTM round robin had never even previously used the SACMA
SRM1-88 method, and did not conduct the tests properly.

Because of the difficulties associated with compression testing high strength
composites, true strengths were not being achieved at the time. Thus, sometimes even
minor modifications to test methods resulted in noticeable increases in measured
strengths. This led to a period of significant activity to achieve higher and higher
compressive strengths, which were assumed to be closer to the “true” strength. Kim and
Crasto [/8,22] were among the first, with their “mini-sandwich” axial compression
specimen, viz., thin unidirectional composite layers bonded to the surfaces of a neat resin
core. They “backed out” the composite strength using a simple analysis. Several years
later Welsh and Adams [28,32] replicated and extended their results. The mini-sandwich
specimen produced compressive strengths from 25 to 50% higher than any being
obtained with the ASTM and SACMA standard tests.

At about the same time the concept of testing cross-ply or angle-ply laminates
containing 0° plies and then backing out the 0° ply axial strength was introduced [42], as
summarized in [40]. Detailed results are presented in [28,29,33]. Compressive strengths
as much as 75 percent higher than those obtained using the standard tests were obtained.

It was finally realized that the values being obtained in the laboratory under special
testing conditions, while perhaps approaching the true compressive strengths of the
various unidirectional composite materials tested, were not those that would be attained
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in an actual composite structure [34,40]. What were needed were design values. The
published literature was searched for typical laminate strength data, from which the
unidirectional ply axial strength was backed out [34]. It was found that for any given
composite material there was, within experimental scatter, a common 0° ply axial
compressive strength. All of the available compression test methods were then
reevaluated, to determine which produced this “design value”. It was found that the
mini-sandwich specimen, the thickness-tapered specimen [30], and [90/0],s cross-ply
laminate test configurations were all suitable. Testing of a [90/0],s laminate is
particularly attractive as an untabbed straight-sided test specimen can be used with a
combined loading test fixture, as will be discussed. The SACMA SRM1-88 test method
is not suitable without tabs, as end crushing may occur, as previously discussed. The
ASTM D 3410 methods are also less desirable because of the high clamping forces
exerted on the specimen by the wedge grips.

This quest for higher and higher compressive strengths again raised the issue as to the
degrading influence of specimen tabs. Perhaps a key work, which has received relatively
little attention to date, was that by Tan and Knight [9]. They determined the influence of
specimen tabs by analyzing and testing unidirectional composite specimens with tapered
tabs of various taper angles. In particular, they tested specimens with tab taper angles of
14°, 30°, 45° and 90°, although they did not report any 14° taper data (presumably
because all of those specimens buckled). Although they used short gage length (5.08
mm, ie., 0.20 in.) specimens, they encountered increasing problems of specimen
buckling as the tab taper angle was decreased (as the unsupported length increased, as
discussed previously in relation to Figure 3). Thus, their amount of valid data was
limited. They plotted measured compressive strength versus tab taper angle for their
valid data and then extrapolated the strength to zero taper angle. In this way they
estimated the strength of an untabbed specimen.

What is particularly interesting is that, now studying their results in retrospect, the
extrapolated compressive strength values they obtained agree very well with the attained
“design values” discussed in the previous paragraph, which were not established until
several years later. Also interesting is that the influence of tab taper angle (the presence
of tabs) was not negligible. For example, for a unidirectional carbon/epoxy composite,
the compressive strength increased from 1.34 GPa (194 ksi) for 90° tabs to 1.69 GPa (245
ksi) for 30° tabs, and to an extrapolated value of 1.92 GPa (278 ksi) for no tabs. The
difference between the 30° and 90° tab taper results is much greater than the three to six
percent difference observed by Adams and Odom [25] three years earlier using the same
carbon/epoxy composite material. However, the trends were the same. Adams and Odom
[257 had not considered their own results to be conclusive as their differences were about
the same as the scatter in their experimental data. Tan and Knight did note the existence
of Reference 23, but did not discuss its contents or make any comparisons with their own
results. Again in retrospect, the data of Adams and Odom [25] appear to have been
trying to send a message.

Development of a New ASTM Standard

These types of results ultimately led to the development of a new test fixture for
testing cross-ply laminates, the Wyoming Combined Loading Compression (CLC) Test
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Method [34,37], which has now been adopted by ASTM as “Standard Test Method for
Determining the Compressive Properties of Polymer Matrix Composite Laminates Using
a Combined Loading Compression (CLC) Test Fixture” (ASTM D 6641-01). An
untabbed, straight-sided test specimen is lightly clamped (relative to the ASTM D 3410
methods) at each end between blocks having roughened surfaces. Thus, a significant
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(ASTM D 6641-01) with untabbed specimen installed.
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shear loading component can be attained without the detrimental influences of either tabs
or wedge grips. This shear loading component reduces the end loading sufficiently so
that end crushing does not occur. An added bonus is that the test specimen is close to the
ultimate in simplicity. A sketch of the CLC fixture is shown in Figure 6. Full details of
the use of the fixture are given in ASTM D 6641-01.

This CLC fixture can also be used to test other laminates [34], including
unidirectional composites [35]. However, if the laminate strength is too high, either end
crushing will occur or the clamping force (shear component) necessary to prevent end
crushing becomes so high that stress concentrations are introduced, just as when using
tabbed specimens or wedge grips. Extensive experimental data for a wide range of
laminate configurations are presented in Reference 34.

In this case, one very viable modification is to use an untabbed thickness-tapered
specimen with the CLC fixture [30,35]. This is particularly attractive when testing
unidirectional composites. This concept is beginning to attract attention now that it has
been demonstrated [30,35] that thickness-tapering a specimen is not difficult, a primary
concern of potential users. Experimental data are contained in both of these references.

Summary

It has now been adequately demonstrated, both analytically and experimentally, that
the use of conventional tabs on compression specimens is not an acceptable approach to
attaining design values for high axial compressive strength composites. The tabs always
introduce detrimental stress concentrations. Correspondingly, the use of wedge grips is
not desirable. They introduce through-thickness stresses, and local stress concentrations
at the grip ends. End loading of an untabbed specimen cannot be performed because of
end crushing.

The most attractive approach at the present time is to test an untabbed, straight-sided
specimen of constant thickness in a combined loading compression test fixture [34]. If
the axial compressive strength of the specimen is so high that an unacceptable level of
fixture clamping force is required to prevent end crushing (e.g., a high strength
unidirectional composite), the specimen can be thickness-tapered [30,35]. This reduces
the total applied force required at the specimen ends to initiate a failure in the reduced
thickness (gage) section, thus eliminating end crushing.
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Abstract: This paper discusses a new multi-axial 10.2-cm (4-in.) composite tube test
method. This test method is capable of loading a 10.2 cm composite tube by internal
pressure, torsion, and tension/compression. The method improves on an older biaxially
loaded (internal pressure and axial load) tube design used extensively by Swanson and
coworkers [ /-5] to characterize the failure mode of fiber dominated pressure vessels.

The 10.2 cm tube test method has been used successfully to test composite tubes by
internal pressure combined with torsion and axial tension/compression. Tubes were
tested at both ambient and hot/wet conditions. Tubes with various lay-ups, including,
hoop and helical, and all helical configurations were tested.

This paper discusses the development of the test method. This followed by the
presentation of test data for +25/90/+25 composite tube loaded in biaxially (internal
pressure combined with axial load), pure torsion, and combined biaxial with torsion load.
The test data offered are limited due to space restriction. Additional data will be
presented in other ASTM publications.

Keywords: tube, composite, multi-axial, test, pressure, torsion, tension/compression,
helical, filament wound, carbon fiber, epoxy resin, failure criteria

While there is a significant body of research [5-74] related to the failure theory of
anisotropic composite materials, interest in this subject area has not diminished. This is
apparent from the a recent conference led by the United Kingdom Institute of Mechanical
Engineering devoted to the subject of designing with fiber composites for critical
applications [/2]. The stated reason of the meeting, which was funded by the
Engineering and Physical Sciences Research Council of the United Kingdom, was “to
explore the failure of polymer-composite structures and debate the mechanisms and
criteria for the prediction of their performance.” It was further stated that “the meeting
was chiefly memorable for the amount of heat and excitement that was generated over the
question of the validity of established failure criteria.”

! Technical Manager, Composites Development Center (CDC), Toray Composites (America), Inc. 19002
50" Ave. East, Tacoma, WA, 98446.
2 This work was conducted while the author was emploved by Alliant Techsystems, Inc.

17

Copyright®2002 by ASTM International WWW.astm.org
pyrig Y



18 COMPOSITE MATERIALS

While there are many failure criteria, there is a considerable lack of good experimental
data to support or refute these criteria. A lot of coupon data is questionable because of
the edge effect that may influence the initiation of failure. In addition, for the most part
coupons can only be loaded in one loading mode at a time (i.e., tensile, compression,
shear, etc). Composite tubes provide a unique structural component for conducting
multi-axial composite tests, while eliminating the edge effect found in flat coupons.

Swanson et al. [/-5, 15] have used a 10.2 cm (4-in.) composite tube loaded biaxially to
investigate the failure mode of fiber dominated internally pressurized structures. This
test method has shown to be highly effective in determining and characterizing this
failure mode. Swanson and his associates have shown that for such structures and failure
modes the maximum fiber strain criterion was most accurate. It is interesting to note that
this criterion was found to be valid regardless of the stress ratio imposed by varying the
axial load component.

Over the past 20 years tubular composite samples loaded with internal pressure, axial
load, torsional load, and/or a combination of these loads have been used by many other
researchers [9, 16-21]. The need for the present development arose from the necessity to
evaluate the strength of filament wound rocket motor composite boosters that were
subjected to a combination of biaxial (internal pressure and axial load) and torsional load.
At the time a modified version of Swanson’s 10.2 cm biaxial tube could only be tested
under relatively low combined biaxial and torsion (1,020 N-m) loads. Therefore,
Swanson’s tube test method was completely redone as highlighted in this paper. The
paper does not discuss differences between this current test method and the many other
methods presented in the literature. Rather, the focus is on this method’s simplicity and
versatility with possible application for standardization.

The objective of the current development was to improve on Swanson’s 10.2 cm
biaxial tube design to allow for internal pressure combined with axial
tension/compression and torsion loads, simultaneously. The objective was then to
generate a wide spectrum of composite multi-axial test data to be used in validating
acceptable failure criteria, for pressure vessel applications, and in particular for the
composite pressure vessel dome design. As a composite pressure vessel is pressurized,
the dome laminate experienced significant material nonlinear performance associated
with the highly nonlinear in-plane shear response. This is coupled with possible changes
in the meridian stresses from tensile to compressive. The compressive stresses can also
produce highly nonlinear responses in the material. The very significant material
nonlinear behavior, coupled with the very notable geometric nolinearity of the dome
structure, makes accurate analysis and failure prediction of the dome structure very
complex.

When the dome stresses are high enough, intralaminar cracks (crazing) will form
leading to progressive damage. This damage does not lead to catastrophic structural
failure, but does cause significant stiffness change and redistribution of stresses. In order
to be able to predict such behavior accurately, the resin-dominated nonlinear response
coupled with progressive damage needs to be incorporated into the analysis model (e.g.,
finite element). An accurate analysis model then needs to be coupled with failure criteria,
which incorporate the progressive damage eventually leading to structural failure. The
models to predict complex structural behavior ultimately need to be verified
experimentally.
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The current paper discusses upgrades to the Swanson 10.2 cm biaxial composite tube
test method [7-5]. This upgrade consists of a 10.2 cm composite tube that can be loaded
by internal pressure combined with tension/compression and torsion loads. This is
followed by the presentation of test data for +25/90/425 composite tube loaded biaxially,
in pure torsion, and biaxial combined with torsion load. Biaxial test data is compared to
old data generated with the old biaxial tube test method.

Approach

The tube design used by Swanson [/-5] had molded EC2216 adhesive tapped build-
ups at the ends to transfer the axial load through an end gripping system. The tapered
buildup had a conical shape used to transfer the axial load gradually into the gage section
[Z]. This particular design was not capable of transferring compression and/or torsion
loads. The new tube design has glass build-ups (Figure 1) replacing the adhesive. The
glass build-ups are wound as the multiple samples are fabricated and co-cured as one
244-cm (96-in.) long tube. The 244-cm long tube is cut into seven specimens and the
glass build-ups are machined with tapers and a straight cylindrical section (Figure 1).

Following the machining step, two stainless steel end fittings are bonded to the tube
(Figure 2). The steel end fittings are used to impart to the specimen the axial and torsion
load components. The stainless steel end fittings have an outer part and an inner part that
can be disassembled (Figure 1) for ease of bonding and removal following the test.

WE

Figure 1—Multi-axial composite tube. Figure 2—Bonding of stainless steel élnds.
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Before bonding, the end cap bonding surfaces are sand blasted and degreased. The glass
end tabs are also cleaned and degreased before bonding. Following the tests, the end
caps are removed by placing them in an oven at 400°C to break the adhesive bond. The
end caps are cleaned and reused.

The 10.2-cm (4-in.) tube test hardware was designed for two test configurations. The
first configuration is the standard biaxial test model (Figure 3). In this case, the tube is
loaded axially by a ball-bearing clevis design and by internal pressure. The ball-bearing
clevis end fitting design is identical to the one used on the old biaxial 10.2-cm (4-in.) test
arrangement.  The second test configuration is used to conduct multi-axial
tension/compression, internal pressure, and torsion tests (Figure 4). For this test
configuration, a rigid attachment is used for both the load cell and the hydraulic ram sides

(Figure 4).

" =l
Figure 3—Biaxial test setup. Figure 4—Multi-axial test setup.

A specially designed bladder internally pressurizes the tube. This rubber bladder is
fitted over an aluminum plug and has two integral O-rings molded on each end (Figure
5). The aluminum plug with the bladder over it is inserted inside the tube (items® 10 and
11 and 12 and 13, Fig. 5) so that the O-ring is sealed against the inside surface of the
stainless steel end cap (items 2 and 3, Fig. 5). The bladder is pressurized by fluid that is
passed through a stud in the tube adapter (item 14, Fig. 5) through channels in the
aluminum plug. The aluminum plug is free to rotate relative to the studs and/or the
composite tube stainless steel end caps, thereby providing free axial expansion and/or
rotation of the tube. The plug is held in the axial position by two springs (item 26, Fig. 5)
that are placed over the tube adapter’s stud (on both sides).

* Items in Figure 5 are identified with a number that is enclosed by a circle.
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To prevent damage to the internal bladder from composite debris after failure, the tube
is lined with a 2.54 mm thick rubber liner that is bonded to the inside surface of the tube.
The tube is then instrumented with foil strain gages and/or long wire gages. A 10.2 cm
tube biaxial test configuration in the 445 KN (100 kips) MTS servo-hydraulic tensile
machine is shown in Figure 3. The second multi-axial test configuration is shown in
Figure 4. Current load capabilities are:

Axial load (tension/compression) 445 KN (100 kips)
Internal pressure 137.9MPa (20 ksi)
Torsion 814 KN-m (600 kips-ft.)

These load limits are primarily [
associated with the test machine
limitations for the particular load
frame used.  Higher axial and/or ki
torsion loads are possible if a different A
servo-hydraulic load frame is used.
The capability of the bonded end cap is
somewhat questionable. However, for
higher load requirements the end cap
could be pinned to the tube to increase
the load transfer capability.

To validate the new test method
seven composite specimens Wwere

Eee
RETATED

tested—four specimens were tested in L

a biaxial mode and three were tested in

a combined biaxial—torsion mode.
The four specimens’ biaxial data were
compared to historical data®. In order to compare the new test results to the historical
data, the tube used to make the four specimens was fabricated using the same
manufacturing parameters that were used to fabricate the old tube to which the current
data is compared. The old tests included ten specimens fabricated from IM7°-12K W-
sized carbon fiber and HBRF-55A® resin with the old formulation”. The new tube was
fabricated with the same IM7-12K W-sized carbon fiber using modified HBRF-55A resin
formulation®. The old resin was not available and therefore cannot be duplicated exactly.
The effect of the resin on strength in the 10.2 cm tube is not exactly known. However,
during the time of the switch from Epi Rez 5022 to RD-2 diluent, multiple 50.8-cm (20-
in.) cylinder ring tests [22] with IM7W fiber show the two resin systems give identical

Figure 5—Bladder sealing configuration.

* The original Swanson 10.2 cm biaxial tube test method was developed in corporation with Alliant
Techsystems (formerly, Hercules Aerospace Co.) and used extensively to characterized filament wound
composite structures in biaxial loading.

% IM7 is high modulus high strength carbon fiber manufactured by Hexcel Corp. (formerly, Hercules
Aerospace Co.). W-size is solvent base fiber sizing phased out in the mid-90® because of EPA
environmental restrictions.

¢ HBRF-55A is a Hercules Bacchus Resin Formulation resin base on Shell’s EPON 826 epoxy.

7 The old formulation of HBRF-55A resin used Shell’s EpiRez 5022 diluent.

8 The new formulation uses Vantico’s RD-2 diluent.
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fiber strain translation. Both tube lay-ups were a standard £25/903/£25 with nominal tube
wall thickness of 1.27-mm (0.05-in). The bandwidth, tension, and resin content were all
the same on the new tube as on the old tube.

One tube from the group of seven samples was tested to failure in pure torsion. The
tube was instrumented with three-element rosette strain gages located at the center of the
gage section at 120° azimuth from each other (Figure 6). The gages were placed in a -
45/0/+45 pattern.

Finally, one tube was tested to failure in multi-axial internal pressure, axial, and
torsion load. The axial load is proportional to the internal pressure and is increased at the
rate of 11.341 Ib/psi. The tube was instrumented with three-element rosette strain gages
located at the center of the gage section at 120° azimuth from each other (Figure 6). The
gages were placed in a -45/0/+45 pattern. Additional hoop foil strain gages were also
added at five axial locations along the gage section at each azimuth (Figure 6). However,
due to the limitation in the number of channels that can be used to collect data the two
strain gages at 1.9 cm from the centerline were not used. The tube was loaded as
follows.

Loading Torsion Pressure (MPa) +
Step Load (N-m) Axial Load (kN)
1 3,955 0
2 3,955 21 +151
3 4,520 21 +151
4 4,520 To failure
T T
Results \ e ] \
The test results are summarized in Table |
1 for both the new and old tubes. The new // N 1.00" .
tube test results show a very consistent and ()/0 . \\ l\

is measured by the relatively low coefficient
of variance on pressure, hoop strains, and el N V2 AN
axial strains as compared to the old tube i -
data. The new specimens (four specimens) -
were instrumented with three strain gage !
rosettes (CEA-06-250UR-350) at the tube’s
mid-gage location. The three strain gage
rosettes (oriented at 0°/45°/90° where 0° is
parallel to the tube axis) were mounted at j
120° around the specimen’s outer J
circumference from each other. j |
Additionally, two 6.5 Ohm/ft. long wire e T T

gages were mounted 2.54-cm (1-in.) from Figure 6—Tube Instrumentation Schematic

somewhat higher performance. Consistency 45/'
/

] 038 T © | as.00°
075 —— == |,

|
i
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each other (1.27 cm from the tube’s mid-gage center line on each side). The old
specimen was instrumented with three long wire gages—one at the mid-gage centerline
and the other two on either side of the mid-gage centerline. Details of the
instrumentation are not available, which makes it somewhat difficult to compare the
results. The axial gages were standard, single element foil gages that were oriented in the
axial direction.

The new biaxial 10.2-cm (4-in.) test performed extremely well compared to the old
test setup. The new biaxial 10.2 cm test average failure pressure was 6.9% higher and the
long wire gage average failure hoop strain was 4.4% higher. Fiber lot strength data for
the old tubes are not available and therefore, a more precise comparison of performance
is difficult. However, given the 7% higher pressure and 4% higher hoop strain it is
unlikely that the entire difference can be explained by fiber lot strength differences alone.
The coefficients of variance for both the failure pressure and failure loads were also
significantly lower in the new design as compare to the old design.

Table 1—Summary of biaxial tube test results.

0Old Tube New Tube
Measured Average Cv (%) Average Cv (%)
Parameter
Failure pressure, 33.50 33 35.81 1.4
MPa (psi) (4,858) (5,194)
Failure axial load, 242.5 4.1 257.8 1.6
kN (kips) (54.52) (57.95)
Foil gage hoop N/A N/A 1.627 0.6
strain (%)
Long wire gage 1.478 32 1.543 2.1
hoop strain (%)
Foil gage axial 0.956 8.7 0.587 0.7
strain (%)

The lamina stresses and strains at the average failure loads are summarized in Table 2.
The lamina strengths are reported in Table 3. The data in Table 2 lists the maximum
fiber strain to be 14% higher than the value recorded in Table 3. The fiber strain to failure
greatly depends on the resin type[23], fiber volume[24], and test method. For example
IM7 fiber tow tests with DER332 resin, as reported by the manufacturer, routinely
yielded between 1.6% to 1.8% strain to failure [25]. Hence based on the data it may be
concluded that the delivered fiber strength in the tube was nearly 100% relative to the
strength reported by the fiber supplier. The maximum fiber strain criterion has been
shown to be the most appropriate failure criterion for hoop fiber failure in pressure vessel
[1-4, 22]. However, if one uses the maximum fiber stress criterion it should be noted that
the fiber strength data reported in Table 3 are based on tow strength for which fiber
volume is considered 100%. Therefore, the maximum fiber stress in Table 2 needs to be
normalized to 100%. The fiber volume in the tubes was around 65% (although it was not
measured).
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Table 2—Stresses and strains in biaxial loaded tube
(Avg. Failure Loads: Pressure = 35.8 MPa, Tension = 258 kN).

Ply Fiber Direction Transverse Radial Direction | In-Plane Shear
Orientation | oy, €11 on €22 013 €33 T2 Y12
(deg)) (MPa) | (%) | (MPa) | (%) | (MPa) | (%) | (MPa) | (%)
+25 1607 | 0.911 22.1 1.523 | -359 | -2.593 | 383 0.645
-25 1682 0.953 22.1 1.473 | -34.5 | -2.540 | -31.0 | -0.710
90 2896 1.683 12.4 0.775 | -34.5 | -2.580 3.4 0.073
+25 1600 | 0.900 31.7 1.478 -2.1 -0.890 | 25.5 0.597
-25 1675 0.944 31.0 1.426 -1.4 -0.838 | -29.0 | -0.667
Table 3—IM7/55A lamina strength properties.
ASTM No. of Ultimate Stress Ultimate
Test samples (MPa) Strain
Property/Direction Method (% strain)
Avg. |Cv,% | Avg. |Cv,%
Tensile/Fiber Tow 24 4282'| 10 1.48 11
Compressive/Fiber 10 993 10 0.80 10
Tension/Transverse D5450 6 15.4 9.3 0.22 8.8
Shear/In-plane D5448 6 63.4 3.8 3.8 11

1. Based on 100% fiber.

A photograph of the failed four biaxial specimens is shown in Figure 7. All tubes
failed by hoop gage section failure. After the failure, the internal bladder contained the
pressurizing fluid so no cleaning was required. The same bladder was used multiple
times. Thus, the new test hardware proved to be extremely reliable and efficient. The

Figure 7—Failure mode of four tubes tested by biaxial loading.
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new multi-axial 10.2 cm test method was used to develop nonlinear response for filament
wound case material, damage accumulation behavior, and failure envelope. Results from
these tests will be reported in other ASTM publications.

The tube that was loaded in pure torsion load failed at 4396 N-m (38,900 in.-1b.) and
average 1.77% shear strain. Plot of the shear strain versus applied torque is shown in

Figure 8. There are four curves
that are presented in the figure—
one curve for each rosette gage
and one curve for the average.
The plot shows very consistent
results between the gages. Table
4 presents the lamina stresses and
strains at failure as calculated by
an elasticity program [26].

The maximum in-plan shear
stress, 61.2 MPa (8.87 ksi)
occurs at the 90° hoop layer.
This failure stress is very close to
the in-plane shear strength, 63.4
MPa (9.2 ksi), measured in a
10.2 cm (4-in.) hoop wound tube
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fabricated from the same resin  Figure 8—Shear strain versus applied torque for pure

and fiber tested in pure torsion to

failure.  Table 3 summarizes

IM7/55A lamina strength

properties as measured by the ASTM
standards listed in the table. The
maximum compressive stress and
strain occur at the —25° helical layers
(these stress and strain are slightly
higher at the outer layer). The
lamina maximum  compressive
strength is 993 MPa (144 ksi) and
maximum strain at failure is 0.80%
(Table 3). Hence, both the inplane
shear in the hoop layer and the
compressive stress in the helical
layer are at or near the material
strength. At failure the tube outer
layer exhibited compressive buckling
of the —25° helical (Figure 9).
However, it should be noted that
because of the winding pattern, the
outer layer is a combination of +25°
layers. Therefore this localized
failure affected a region of

torsion test.

Figure 9—Failed tube loaded by torsion only.
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approximately one helical bandwidth wide. Finally the transverse tension and

compressive stresses in the +25° are also very close to the lamina ultimate transverse
strength.

Table 4—Torsion load only
(Failure Torsion = 4396 N-m).

Ply Fiber Direction Transverse Radial Direction | In-Plane Shear
Orientation | ¢y, 1 o2 £ o313 £33 T2 Y12

(deg.) (MPa) | (%) | (MPa) | (%) | (MPa)| (%) | (MPa (%)
+25 952 0.597 -20.7 0.633 2.1 0.015 39.3 1.043

-25 -1027 | -0.641 18.6 0.604 634 0.074 38.6 1.033

90 0 0.000 -1.4 -0.037 -07 0.011 61.2 -1.622

+25 972 0.607 -20.7 | -0.643 -4.8 -0.016 40.0 1.061
-25 -1041 } 0.651 19.3 0.614 634 -0.074 { 393 1.051

250

Finally, the tube that was tested in axial tension, internal pressure, and torsion failed at
27.3 MPa (3,963 psi) pressure, 200 kN (45 kips) axial load, and 46 kN-m (41 in-kips)
torsion load. The average hoop, axial, and shear strains at these loads were 1.33%,
0.70%, and 2.08%, respectively. The calculated (by elasticity program) hoop, axial, and
shear strains using nominal fiber volume and ply thickness at the failure loads were
1.22%, 0.57%, and 1.64% strain, respectively. Plots of the average hoop, axial, and shear
strains versus hoop and axial loads are plotted in Figure 10, The average hoop strains
measured by the top, middle, and bottom strain gages versus pressure are plotted in
Figure 11. The average strain of all gages is plotted as a solid line where the average of
the individual strain gages at each location is plotted as symbols. The results show
excellent agreement between the top, middle, and bottom gages indicating uniform hoop
strain distribution along the tube gage section.

250 30
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Figure 10— Strains versus biaxial loads for
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Figure 11-— Hoop strains versus pressure

tube loaded by internal pressure, as function of gage locations.

axial load and torsion load.
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Table 5 lists the lamina stress and strain as calculated by the elasticity program at the
failure loads. The IM7/55A lamina strength data was presented in Table 3. The results
of the analysis indicate in-plane shear as the most likely failure scenario for this tube. The
transverse tension stress in the —25° is higher than the lamina strength, thus suggests a
possible progressive micro-crazing followed by catastrophic in-plane shear failure. The
tube did fail in the gage section, by blowing into two pieces, exhibiting what appears to
be a tensional failure. It is interesting that the tube that was loaded in pure torsion failed
by what appears to be compressive buckling and not in-plane shear, whereas the tube that
was loaded by combined biaxial and torsion load failed by what appears to be in-plane
shear. The stress analysis results presented in Tables 2 and 5 do support the observed
failure phenomenon. The tube test results showed some very significant nonlinear and
progressive damage material responses, depending on the laminate lay-up. Because of
space limitation the results from these tests will be discussed in a separate paper.

Table 5—Lamina stresses and strains at failure loads
(Failure Loads: Pressure=27.3 MPa, Tension =200 kN, Torsion = 46 kN-m).

Ply Fiber Direction Transverse Radial Direction | In-Plane Shear
Orientation | oy, &1 G2z €2 033 €33 T12 Y12
(deg.) MPa) | (%) |(MPa) | (%) | (MPa) | (%) | (MPa) | (%)
+25 2179 1.292 4.8 0.554 -29.6 | -2.099 70.3 1.546
-25 159 0.094 19.3 1.742 -25.5 -1.841 21.4 0.470
90 2144 1.272 5.5 0.555 -27.6 -1.994 | -71.0 | -1.557
+25 2193 1.294 13.1 0.505 -2.1 -0.711 69.6 1.527
-25 138 0.077 29.6 1.717 -0.1 -0.567 23.4 0.520
Conclusions

This paper reports on an improved 10.2 cm multi-axial tube test method. This test
method is based on an earlier biaxial 10.2 cm tube test configuration developed by
Swanson et al. [/-4]. One tube was tested in pure torsion and an additional tube was
tested in biaxial internal pressure and axial load combined with torsion load. Both tubes
exhibited failure mode that was consistent with the stress analysis results and the lamina
strength. The tube that was tested by pure torsion appears to fail by compressive
buckling of the outer helical layer. The tube that was loaded by biaxial combined with
tensional load appears to fail by in-plane shear. Although the test data presented here are
very limited, the results show the test method to be a unique tool in the investigation of
failure modes in multi-layered filament wound material. This tool can be used to validate
failure criteria given the absence of edge effects found in flat coupons. Because of space
limitations more tube test data related to this test method will be presented in other
publications.
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ABSTRACT: This research undertakes a comprehensive parametric study of the ASTM
D 6641 Combined Loading Compression (CLC) test fixture from Wyoming Test Fixtures
(WTF) using numerical analysis to evaluate various test parameters associated with
compression testing of unidirectional test specimens. A two-dimensional finite element
analysis of the D 6641 CLC fixture was used to identify loading conditions and tabbing
configurations that minimized the peak axial, shear, and through-thickness stress
concentrations in the test specimen. Combined shear and end loading appears to offer a
good compromise between reducing the tab tip stress concentrations inherent in shear
loading, and avoiding premature failure by end brooming associated with end loading.
Thin, tapered tabs made of compliant materials were found to have the smallest stress
concentrations at the tab tip. Specimens with these tab configurations should yield higher
measured compressive strengths since premature failure at the tab tip is less likely to
occur. Partial debonding of the tab tip was found to increase the stress concentration
compared to the fully-bonded case, but to move its location away from the gage section
of the specimen. Tab tip debonding should be avoided for compressive strength testing.

KEYWORDS: composite materials, compression testing, combined loading, specimen
optimization, stress analysis

Introduction

A wide variety of compression test fixtures has been developed over the past two
decades in an attempt to measure the true compression strength of composite materials [/, 2]
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Compression testing of unidirectional fiber-reinforced composite materials is especially
challenging because of their highly orthotropic nature and their low through-thickness and
shear strengths. Either shear or end loading may lead to artificially low measured strength
values; end loading may result in premature failure by end brooming at the point of load
introduction, while shear loading may lead to high stress concentrations due to the material's
high longitudinal stiffness.

It is difficult to compare loading techniques used in the literature, since each
loading technique is associated with a different test fixture and specimen geometry.
Those who have attempted a head to head comparison of shear and end loading
techniques often produce contradictory results. Despite or perhaps because of its relative
simplicity, end loading is often used in industry for materials screening or quality
assurance testing despite its propensity to measure only the lower bound limit of end
crushing failure. No less than four different ASTM standards now describe how to
extract the compressive properties of polymer matrix composites, (1) Test Method for
Compressive Properties of Rigid Plastics (D 695-96), (2) Test Method for Compressive
Properties of Polymer Matrix Composite Materials with Unsupported Gage Section by
Shear Loading (D 3410-95), (3) Test Method for Compressive Properties of
Unidirectional Polymer Matrix Composites Using a Sandwich Beam (D 5467-97), and
(4) Test Method for Determining the Compressive Properties of Polymer Matrix
Composite Laminates Using a Combined Loading Compression (CLC) Test Fixture
(D6641-01). While some of these standards have clearly been developed with a
particular class of composite materials in mind, that this many different test techniques
exist simultaneously is indicative of the lack of consensus in the composites community.

Several investigators have proposed combined loading as an improved method of
composite compression testing [3-9]. This technique reduces the stress concentration at
the re-entrant corner of the end-tabs, compared to the shear case, while the clamping
action of partial shear loading acts to inhibit both tab debonding and end brooming. The
experimental evidence in support of this claim is limited and ambiguous at best, due to
testing artifacts particular to any given test fixture. Furthermore, although Xie and
Adams [9-11] modelled combined loading, their results are only hypothetical since they
relate to no real test fixture.

In this paper we perform a two-dimensional finite element analysis of the ASTM
D 6641 Combined Loading Compression (CLC) Test Fixture (manufactured by
Wyoming Test Fixtures) for compression testing of unidirectional composite materials.
The D 6641 CLC fixture, which was originally developed by the Composite Materials
Research Group at the University of Wyoming for compression testing of cross-ply [/2]
or off-axis {/3-74] laminates can be used to produce shear and end loading in any
proportion desired, without changing the specimen configuration. The optimal specimen
configuration to be used is the second issue addressed in this paper, specifically we are
interested in a specimen configuration that permits direct measurement of the
compressive strength properties of as-manufactured unidirectional composites; that is,
without using special laminates requiring a “back-out factor”, or specially “shaped”
specimens.

The literature is full of different specimen and tabbing configurations, each with
its peculiar advantages and disadvantages, which are often related to the test fixture for
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which it was developed. For this investigation we were primarily interested in the widely
used straight-sided, uniform thickness composite specimen with bonded end-tabs.

For compression testing of unidirectional composite laminates, ASTM Standard D
3410 suggests either steel or glass-fabric epoxy tabs with a 90° bevel angle. Recent
studies have shown that steel and glass-fabric epoxy tabs produce comparable results for
unidirectional carbon fiber-reinforced composites [/5]. Other researchers have reported
that decreasing the taper angle reduces the tab-tip stress concentrations [10,/6]. Some
investigators have observed debonded tabs during post mortem inspection of the test
specimen [/7,18], a number have proposed deliberate debonding as a way to improve
specimen performance [15,19-23]. Again, there is no real consensus on the best
specimen configuration and no one has performed an integrated study on the effect of
different aspects of specimen design and tabbing

The goal of this study was to evaluate the optimal method of loading introduction
using the D 6641 CLC fixture, and to investigate various aspects of specimen design and
tabbing by a systematic finite element analysis. The various loading conditions and
specimen configurations were compared on the basis of the predicted stress distribution
(uniformity and peak values) in the test coupon. With additional experimental validation,
we hope to improve composite compression testing, particularly compression strength
measurements, of unidirectional composite materials using the D 6641 CLC fixture.

A thorough literature review surveying both the extensive experimental work that
has been performed in the area of composites compression testing, and the various
analytical papers which have looked at compression test specimens was performed as part
of the authors' dissertation research [24,25]; selected results have been included in this
paper. In this paper we begin with an introduction of the D 6641 CLC fixture and a
discussion of its general usage. In the succeeding sections we describe in detail the
various tabbing configurations to be evaluated in this study, and the details of the finite
element modelling and the boundary conditions imposed. Next we present the fimte
element results and a summary of our observations. In conclusion, we discuss optimal
loading conditions and guidelines for optimal specimen tabbing.

The ASTM D 6641 Combined Loading Compression Test Fixture

The ASTM D 6641 Combined Loading Compression (CLC) Test Fixture is a
relatively new fixture. It was originally adopted in our lab as part of an investigation to
measure defect sensitivity in FRP laminate composites [25]. When our fixture was
purchased from Wyoming Test Fixtures, its use had not yet been demonstrated for tabbed
specimens or for that matter with unidirectional composite materials, it has since been
adopted as a standard test method for compression testing of PMC laminates. The
D 6641 CLC fixture, which is shown in Figure 1, modifies the WTF End-Loaded Side
Supported (ELSS) Fixture by incorporating roughened clamping surfaces for shear load
introduction into the specimen.

The D 6641 CLC fixture has several advantages. First, it is applicable to a wide
range of specimen thicknesses and layups, since the proportion of shear and end loading
may be adjusted as appropriate for each specimen. It has been demonstrated successfully
for use in “backing out” unidirectional composite compression strengths [/2-14] as well
as for use with thickness tapered unidirectional specimens [26] with comparable results.
The fixture is compact and lightweight, compared for example to the IITRI fixture
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(ASTM D3410 Procedure B), which makes it quick to heat up and cool down for
environmental testing. It also is relatively inexpensive and easy to use. The post and
linear bearings design used to align the top and bottom halves of the specimen (see
Figure 1) minimizes friction carried in the alignment pins [/4], thereby eliminating
redundant load paths inherent in other similar fixtures [/9-20]. The grip surfaces are
thermal sprayed to minimize damage to the specimen from clamping, which may in fact
negate the need to use tabbed specimens. The high resultant coefficient of friction in the
grips is also advantageous for optimal shear loading without building up disproportionate
transverse normal stresses, since lower clamping loads are sufficient, compared to the
wedge grips of the IITRI fixture.

Figure 1-Schematic of WT'F Combined Loading Compression Test Fixture
and tabbed specimen.

Following the example of Rolfes [/9-20] who designed a similar test fixture and
in order to better understand the evolution of the combined loading condition; a special
procedure was developed for loading the specimen in the D 6641 CLC fixture. Opening
the fixture up completely, the bottom right and bottom left halves were fitted together (by
the post and linear bearings) and then the specimen was introduced with both ends of the
specimen inset approximately 0.5-1 mm with respect to the ends of the clamp blocks.
The specimen alignment can be carefully checked at this point with the fixture wide
open, using the spacer bar provided with the fixture to ensure good registration with the
alignment pins in the bottom half of the fixture. Then the top half of the fixture was
assembled this is carefully lowered onto the fixture alignment pins, then the clamp bolts
are introduced and the bolt torque can be adjusted according to the test specifications.
This way shear load is introduced first and the ratio of shear/end loading can be predicted
apriori based on an estimate of the compressive failure load. When the load reaches the
maximum friction force sustainable between the block and the specimen, the specimen
slips in the blocks until it makes contact with the loading surface. Specimen damage due
to slippage is not an issue when this procedure is used with tabbed specimens.
Subsequent loading is by a combination of shear and end loading. The fixture can be
used to achieve any combination of shear and end loading, by varying the bolt torque
applied to the clamping bolts.
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Methodology

Compression testing in the D 6641 CLC fixture was simulated using two-
dimensional finite element analysis. Pure shear loading, pure end loading and combined
loading were simulated using the actual fixture to guide selection of boundary conditions,
including clamping pressure and the friction in the grips. We modelled a straight sided,
uniform thickness test coupon with bonded end-tabs. The effects of tab material, tab
thickness, tab tip geometry, and tab tip debonding were all examined for combined
loading in the WTF CLC fixture. The various loading methods and specimen/tabbing
configurations were evaluated on the basis of the overall stress distribution in the test
coupon as well the peak stresses occurring at the specimen/tab interface.

Specimen Optimization

Since we chose a relatively undocumented fixture (it has since been reported on
several times [12-14,26] and even adopted by ASTM for use with D 6641-01), it
followed that we had to choose a suitable specimen design with care. After reviewing the
available literature on compression test techniques and composites mechanical testing,
we elected to evaluate two different widely used techniques for diminishing the stress
concentrations at the tab tip: tapered tabs and debonded tabs.

t
-l _"| |"— 13 mm

[ Tab tip|

| debor

(a.) (b.)

Figure 2-Characteristic dimensions of two tab configurations,
(a.) tapered tabs, (b.) debonded tabs.

A sketch of these two tabbing configurations is provided in Figure 2 for
comparison. The general dimensions of the specimen coupon are 140 mm long, 2.5 mm
thick, and 13 mm wide, with a 13 mm long unsupported gage length. The tab thicknesses
studied were 1 mm, 1.5 mm, and 3.2 mm, with 3.2 mm considered the baseline case. The
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adhesive layer thickness was 0.13 mm, based on thickness measurements of several test
specimens.

The material analyzed in this investigation is a carbon-fiber reinforced thermo-
plastic composite, T300/P1700 from Amoco. This material has been extensively
characterized as part of an earlier investigation of the effect of process-induced fiber
waviness on compression strength of composites initiated by Adams and Hyer [27] at
Virginia Tech and later continued at UT-Austin by Naley [28] and Joyce and Moon [25].
A summary of the T300/P1700 composite properties extracted from [27,28] is provided
in Table 1. The properties used in this study are underlined.

Tab Material

ASTM Standard D 3410-95 lists steel and continuous E-glass fiber-reinforced polymer
matrix materials as the most commonly used tab materials. The thinking on choice of tab
material seems to vary but recent studies have concluded that more compliant tabs are
beneficial [10,15]. To investigate the effect of tab material on the stress distributions in
the composite coupon, four candidate tab materials were evaluated; steel, aluminum,
glass-fabric/epoxy NEMA Grade G10, and unreinforced epoxy. The tab material
properties used in this analysis are summarized in Table 2. The elastic constants for
steel, aluminum, and epoxy were taken from [29]. The in-plane elastic properties for the
G10 tab material were obtained from mechanical tests performed in our lab and the out-
of-plane properties were extracted from [30] for lack of test data.

Table 1 — Summary of material properties for T300/P1700 composite.

Property Symbol Units Source
(27] (28]
Longitudinal Modulus E, GPa 122 126
Transverse Modulus E,.E, GPa 8.3 74
In-plane Poisson’s Ratio V0, - 035 034
Out-of-plane Poisson’s Ratio v, - 0.486 0.507
In-plane Shear Modulus ny GPa 4.1 4.1
Out-of-plane Shear Modulus G..G, GPa 28 2.5
Longitudinal Compressive Strength X, GPa 096 13
Transverse Compressive Strength Y,Z, MPa 125 n/a

In-plane Shear Strength S MPa 48 n/a
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Table 2 — Summary of tab properties.

Property Symbol  Units Tab Material

Steel Aluminum GI10 Epoxy
Longitudinal Modulus E, GPa 207 75.8 207 3.0
Transverse Modulus E, GPa 207 75.8 20.7 3.0
Through-thickness Modulus £, GPa 207 758 6.90 3.0
Poisson’s Ratio VU550, - 03 033 0.191 0.37
Shear Modulus G,.G,,G, GPa 796 285 4.1 1.1

The adhesive was modelled as isotropic with £ =2.19 GPa and v = 0.42.
The material properties for the adhesive were extracted fron Ref. [30]. The choice of
elastic constants for the adhesive layer was considered insignificant for this study. It has
been demonstrated that the effects of varying adhesive layer stiffness on the stress
concentrations resulting from both tension and compression testing are negligible [11,31].
However, it has been shown that neglecting the presence of an adhesive layer results in
exaggerated stresses at the specimen/tab interface [/7].

Tapered Tabs

The first specimen design incorporates untapered tabs, with a tab bevel angle of
90° as recommended in ASTM D 3410-95. Tapered tabs as proposed first by Rehfield et
al. [32] and again by Adams and Odom [/5] were evaluated for comparison. In testing
thin composites where global buckling is a concern, a 30° taper angle provides a good
starting point, since the effect on the unsupported gage length is minimized. Taper angles
of 10° and 20° were also considered in this study.

An additional variation on the tapered tab incorporates a curved taper surface; this
is commonly referred to in the literature as a waisted specimen [5,21] or a thickness-
tapered specimen [33,34] . This specimen design often incorporates integral [+45] tabs,
hence the various names that imply a monolithic test coupon. Integral tabs are often
designed so that the layer stiffness of the tab material is more compliant than the
unidirectional test section; a close approximation in many cases would be glass-
fabric/epoxy tab material. In order to generalize our results in terms of the effect of tab
material, we modelled a straight-sided test piece with bonded end-tabs; the tab tip was
tapered using a curved arc with radius equal to the tab thickness. It is referred to in this
study as the “radius tab”.

Figure 3 shows the five tab geometries: square (untapered) tabs, 30° taper, 20°
taper, 10° taper, and radius tabs. In Figure 3 we illustrate a quarter model of the
specimen. The tab thickness in the illustration is 3.2 mm and the specimen half thickness
is 1.27 mm.
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(a)

(d)

(e)

Figure 3-Five different tab geometries: (a) square (90°), (b) 30° tapered, (c)
20° tapered, (d) 10° tapered, and (e) radius tapered.

Debonded Tabs

It has been frequently observed in practice that compliant tabs may undergo some
debonding at the tab tip during testing [/5,17,18,22], frequently extending all the way
back to the “elbow” of a tapered tab (where the taper begins and the flat part of the tab
ends), owing to the Poisson expansion of the composite coupon. Observations of such
in-situ debonds have led several researchers [/5,79-22] to propose a specimen with
deliberate debonds, which may be created by coating a small portion of the tab surface
with Teflon tape or mold release compound prior to bonding the tab to the specimen.
This design reduces the shear stress concentration effect, primarily by moving the stress
concentration back from the tab tip, thereby yielding a more uniform stress field in the
gage section.

We examined the effect of partially debonding the tab from the specimen for
square, 10° tapered, and radius-tapered tabs. For the square tabs, we examined the
difference between a deliberate debond, which included a Teflon insert with a low-
friction interface, and an in-situ debond, which models a crack in the adhesive and has a
higher coefficient of friction. Teflon, which was used in debond cases, was modelled
with a modulus E = 4.1 GPa and Poisson's ratio v = 0.42.

Buckling Considerations
The maximum allowable gage section length was determined on the basis of column

buckling analysis. Including the effects of transverse shear, and assuming a rectangular
cross-section specimen, the expression [35] for the column buckling length, J, is
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where ¢ = specimen thickness, C =1 for a pinned-end column or 4 for fixed-end column,
E, = longitudinal modulus, G, = through-thickness shear modulus, n» = 1.2 for
rectangular cross-sections, and o = buckling stress.

Because the specimen geometry must be prescribed prior to testing, the material
properties must be assumed to estimate the permissible gage length. The ultimate
compressive strength and the engineering constants for the T300/P1700 composite (see
Table 1 were obtained from the literature [27,28]. All of the panels had a nominal
thickness of 2.5 mm.

Figure 4 shows the buckling curves generated by Equation 1 for pinned-pinned
and fixed-fixed end conditions. The maximum allowable gage length, with the
assumption of pinned-pinned conditions, worked out to approximately 18 mm, see Figure
4 where the buckling curve for pinned/pinned end constraints intersects with the
horizontal line indicating the compressive strength of the T300/P1700 composite. To be
conservative, the unsupported gage length for all further analysis was decreased to 13
mm, marked Unsupported Gage Length in Figure 4. For either boundary condition, this
gage length clearly leads to a buckling stress that is higher than the expected compressive
strength.

Figure 4 shows the buckling curves generated by Equation 1 for pinned-pinned
and fixed-fixed end conditions. The maximum allowable gage length, with the
assumption of pinned-pinned conditions, worked out to approximately 18 mm, see Figure
4 where the buckling curve for pinned/pinned end constraints intersects with the
horizontal line indicating the compressive strength of the T300/P1700 composite. To be
conservative, the unsupported gage length for all further analysis was decreased to 13
mm, marked Unsupported Gage Length in Figure 4. For either boundary condition, this
gage length clearly leads to a buckling stress that is higher than the expected compressive
strength.

For a specimen with square end-tabs, selecting the maximum allowable
unsupported gage length and appropriate end conditions is straightforward. Because the
entire length of the tab is fully supported by the clamp blocks, the unsupported gage
section is best modelled using a fixed-fixed end condition. Figure 4 indicates that an
unsupported length of 13 mm may be extremely conservative for a specimen with square
end-tabs.

In the case of tapered tabs, estimating the column buckling length is more
difficult. Ifthe tapered region provides sufficient lateral support against buckling, then
the pinned-pinned end condition can be applied using the tab tip to tab tip distance as
above. Since the flat part of the tab is fully supported by the clamp blocks, a fixed-fixed
boundary condition might be used with the distance between the tab “elbows” where the
taper begins. Using the distance between the “elbows” and the pinned-pinned end
condition obviously underpredicts the buckling stress.

Marked on the fixed-fixed curve in Figure 4 are the distances between the
“elbows” for the various taper angles and the three tab thicknesses considered in this
study. Increasing the tab thickness or decreasing the taper angle increases the taper
length and hence the distance between the “elbows”. The fixed-fixed buckling curve
predicts a buckling stress greater than the compressive strength for all cases but one -- the
thick (3.2 mm) 10° tapered tab. This is a conservative estimate because the tapered
region of the tab will provide some lateral support depending on the thickness of the tab
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and the stiffness of the tab material. This analysis demonstrates that reducing the taper
angle produces an undesirable increase in the unsupported gage length, especially in the
case of thick tabs, which may result in global buckling rather than compressive failure.
The buckling curves predict that 10° may be too shallow for thick tabs (given a 13 mm
unsupported gage length), especially in the case of compliant tabs where the lateral
support afforded by the tab tip is expected to be minimal.

3

1
| x Maximum gage length

ixed/fixed 30° tapered tabs

i 20 'l\‘l‘__‘L'J'\i':- tabs

\ 107 tapered tabs
|

Compressive

failure

Column Buckling Length (mm)

Figure 4 — Column buckling curves from Equation 1 and
predicted buckling stresses for various tabbing configurations.

Finite Element Analysis

In order to evaluate the effects of loading method and tab design, a two-
dimensional finite element model was developed using ABAQUS, Version 5.8 to
compare the stress concentrations resulting from shear, end, and combined loading in the
D 6641 Combined Loading Compression Test Fixture. The goal of this investigation was
to evaluate the relative location and magnitude of the stress concentrations and the
corresponding strain uniformity in the gage section, using the test fixture to define the
appropriate boundary conditions.

Model Formulation

The finite element model included an explicit analysis of the specimen, the
adhesive layer, the tab material, and the clamp blocks. The model is in two dimensions,
the length and thickness directions of the specimen. Plane stress was assumed because it
was felt that plane strain overconstrained both the out-of-plane deformations of the block
and the specimen as well as the lengthwise deformation of the block and specimen at the
grip/tab interface. Because the specimen is symmetric about two planes, only one quarter
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of the specimen coupon was modelled, applying the appropriate boundary conditions at
the planes of symmetry.

The finite element model used approximately 6000 linear (four-node) plane stress
elements. The basic model of the specimen used 140 elements along the length, and 24
elements through the thickness. The node placement in both directions was biased so that
the elements were concentrated in the region near the tab tip, or near the end of the
bonded region for debond cases.

The adhesive layer and square tabs were modelled with three elements and 20
elements, respectively, through the thickness and 100 elements along the length. The
clamp block was modeled using 15 elements through the thickness and 20 along the
length.

In-situ tab debonding was modelled by untying the adhesive elements from the
composite coupon in the vicinity of the tab tip, simulating a crack. The interface between
the adhesive and the specimen was modeled using contact surfaces with a coefficient of
friction p = 0.1. The actual coefficient of friction for sliding across a cracked epoxy
interface is unknown; for the purposes of this study it was sufficient to assume it might be
a couple orders of magnitude greater than the coefficient of friction resulting from
deliberate debonding using a Teflon insert.

In the case of a debond that is deliberately introduced by a Teflon insert, the
adhesive layer in the debond region was replaced with Teflon. The coefficient of friction
along the debond surface between the Teflon and the specimen was assumed to be
#=0.001.

Because it is difficult to determine the actual properties and coefficient of friction
in a debond, we checked the sensitivity of our results to the way the debond was
modelled. For the in-situ case, changing the friction coefficient, p, across the debond
interface from 0.1 to 0.001 (as for the Teflon insert) increased the axial stress
concentration slightly (5%). For the deliberate debond case, holding the friction
coefficient constant at 0.001 but varying the elastic properties of the insert material
showed that a stiffer insert material causes an increase in the stress concentration factors,
especially o, /5, .

Loading

The loading boundary conditions were applied in two steps; first the clamp load
was applied and the specimen was loaded in pure shear through an applied uniform
displacement of the clamp blocks. Then the specimen and blocks were end loaded
through an applied uniform displacement of the clamp blocks and the loading end of the
specimen, tabs, and adhesive. A schematic of the entire finite element model is included
in Figure 5.

To model the previously described experimental procedure for this fixture, the
end of the specimen is initially inset from the edge of the block by a small gap, marked A
in Figure 5. The displacement of the clamp blocks in the first step of loading is equal to
the gap size, A, simulating the first stage of the experimental procedure, pure shear
loading up to the point where the specimen slips in the grips.

A preliminary study of the effect of gap size showed that a minimum gap size is
required to achieve maximum shear loading, as shown for the case of pure shear loading
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in Figure 6. The shear strain in the tab, and hence the load transferred into the specimen,
is proportional to the displacement of the block, up to the point where the total friction
force between the block and the tab reaches the limiting value of uN. The minimum gap
required to develop 100% of the target load in the specimen was found to increase as the
proportion of shear loading increases, and with a more compliant tab material. As shown
in the figure, increasing the gap size beyond the threshold value did not affect the load
transferred into the specimen. However, it did increase the number of iterations required
to obtain a convergent solution.

Clamp load
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Figure 5 — Schematic of the finite element model.
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Figure 6 — Effect of gap size on axial load in specimen
(Square, 3.2 mm tabs, shear loading).
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A gap size of 0.25 mm was used for most cases in this study. However, in several
cases, notably in the case of shear loading with epoxy tabs and in the case of the 10°
tapered G10 tabs, this gap size was found to be insufficient to develop 100% of the target
shear load. These cases were analyzed with a gap size of 0.5 mm instead.

The clamping pressure necessary to achieve shear loading through the tab faces is
achieved by torquing the clamp bolts to achieve the desired level of normal force. In the
finite element model, this load was simulated using two point loads, representing the
preload in a pair of clamp bolts. The bolt torque in each clamp bolt is related to applied
preload in each clamp bolt by the following relation derived for power screws [36]

T =KFd
K~02
5T
F="— 2
= (2)

where T'= the torque applied to the bolt, K = the torque coefficient, F; = the force in
each bolt, and d = the diameter of the bolt, 6.4 mm (0.25 in). The torque coefficient, X,
has been found to be approximately equal to 0.20 no matter what size bolts are employed
and whether the threads are coarse or fine [36].

In practice once the clamp bolts have been preloaded they behave more like
an applied displacement boundary condition than a pair of applied point loads. As the
specimen is loaded in compression, the transverse expansion of the specimen coupon due
to the Poisson effect will increase the clamping pressure in the grips by a measurable
amount, thereby increasing the effective shear load transferred into the specimen
proportionally. The Poisson effect caused an 8% increase in the clamping pressure,
which resulted in a higher gage section stress but a negligible change in the percent of the
load introduced through shear. Because this error was insignificant and the modelling
procedure was more straightforward for point loads, all of the numerical results discussed
below were generated using an applied force boundary condition to model the clamping
action of the D 6641 CLC fixture.
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Figure 7 — Analysis of friction in grip surfaces.
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The friction interface between the block and the top of the tab was modelled in
ABAQUS as a pair of contact surfaces with-a Coulomb friction model. The coefficient of
friction for the grip surface between the flame sprayed clamp blocks and the tab surface
was measured in a series of tests where a number of specimens were loaded only until
they slipped in the clamp blocks. For G10 tabs, the coefficient of friction in the grips was
estimated to be between 0.4 and 0.6 (see Figure 7), depending on how well the flame
sprayed surfaces were cleaned prior to each test. A value of g =0.4 was assumed
throughout the analysis.

In the second step of the simulation, the end of the specimen and the clamp blocks
were displaced simultaneously approximately 0.2 mm, simulating end loading. Since the
method of loading introduction and the tabbing configuration varied, two to three
computer runs were typically required to get the correct displacement for the specimen to
yield the desired compressive axial stress &, = 965 MPa + 0.5 MPa in the gage section

of the composite.

Three loading cases were evaluated in this study: pure shear load, pure end load,
and combined shear and end load. The load transferred into the specimen by shear equals
the total frictional force between the clamp blocks and the tab, which in turn is
determined by the normal clamping force and the friction coefficient, u. The nominal
stress in the specimen &,= 965 MPa corresponds to an axial force (in the quarter-model)

of 15.6 kN.

For the pure shear case, the full axial force must be transferred by friction, which,
with the assumed coefficient of friction of 0.4, requires a total normal clamping force of
38.9 kN, or 9.7 kN in each of the four bolts. From Equation 2, this normal force
corresponds to a bolt torque of approximately 12.4 N-m (110 in-1bs).

The end load case starts by assuming a bolt torque of 0.6 N-m (5 in-1bs), which is
the smallest that can be consistently applied to the clamp bolts, and is slightly larger than
“finger-tight”. Again using Equation 2, this corresponds to a normal force in each bolt of
0.47 kN, or atotal normal force of 1.88 kN. The frictional force in this case is 0.75 kN,
meaning that less than 5% of the load is delivered to the specimen through shear.

The combined loading case represents an intermediate bolt torque of 6.2 N-m
(55 in-1bs), a total normal force of 19.4 kN, and frictional force of 7.75 kN. In this case,
50% of the axial loading comes in through the shear load and the other 50% by end
loading.

Observations And Results
Effect of Load Introduction

The effect of loading method was investigated for square G10 tabs, 3.2 mm thick.
Figure 8 shows the normalized axial stress distribution for a section along the long axis of
the specimen (Section 1), one element below the specimen/tab interface since these
values are more numerically reliable than those at the surface. The stresses were
normalized with respect to the gage section value of the axial stress, &,.
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Figure 8 — Effect of load introduction on the axial stress distribution along the
length of the specimen (Square, 3.2 mm thick, G10 tabs).

As expected, pure shear loading builds up axial load in the specimen through
gradual shear transfer from the tabs until very close to the tab tip, where a discontinuity
in the geometry as well as the stiffness account for a sharp spike in the stress distribution.
The stresses are then relieved within the first 2.5 mm of the gage length. Our results are
comparable in nature to those of Tan [/6] and Ault and Waas [37] who both modelled
pure shear loading using a uniform applied stress boundary condition.

Pure end loading, on the other hand, yields a much more constant stress
distribution under the tabs, accompanied by a less pronounced stress concentration at the
tab tip (approximately a 10% decrease compared to shear loading). The danger in end
loading is not so much the stress concentration at the tab tip but end crushing failure at
the loading end of the specimen failure. Combined loading has an intermediate tab tip
stress concentration (a 6% decrease compared to shear loading), but also reduces the
stress level at the loading end of the specimen compared to end loading, thereby reducing
the tendency to fail by end crushing. Qualitatively our results are in good agreement with
the prior analysis by Xie and Adams [9].

Figure 9 shows the axial stress distribution for a section taken in the specimen
gage section just past the tab tip (Section 2). Clearly the axial stress distribution through
the thickness is not strongly affected by the method of load introduction.

The shear and through-thickness stress components are small compared to the
axial stress component. The shear and through-thickness stress components under the tab
vary in direct proportion to the applied clamping pressure in the grips, as shown in
Figures 10-11. For instance, the tab tip shear stress concentration factor, z_ /&, and the

tab tip stress concentration factor for the through-thickness stress component, o, /&, , are

0.21 and 0.292, respectively, for pure shear loading, similar to the predictions obtained by
Tan [16] for shear loading using a uniform applied stress boundary condition.
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Figure 9 — Effect of load introduction on the axial stress distribution through the
thickness of the specimen (Square, 3.2 mm thick, G10 tabs).

Pure end loading yields a 38% smaller value of 7, /&, at the tab tip and a 38%

decrease in the peak value of ¢, /&, . It is also noteworthy to point out relatively flat

shear stress distribution along Section 1, particularly near the loading end of the
specimen. This is in sharp contrast to the high shear stress concentration predicted by
Xie and Adams [9] at the loading end of the specimen, arising from the use of an applied
uniform stress boundary condition to model end loading.

As before, combined loading produces an intermediate tab tip stress concentration
factor of 7,, /&, =0.165 (a 21% decrease) and o, /&, = 0.226 (a 23 % decrease). Again

this result is qualitatively similar to that of Xie and Adams [9], except for the absence of
a shear stress concentration at the loading end of the specimen, as described for pure end

loading.
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Figure 10 — Effect of load introduction on the shear stress distribution
along the length of the specimen (Square, 3.2 mm thick, G10 tabs)
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Figure 11 — Effect of load introduction on the through-thickness stress distribution
along the length of the specimen (Square, 3.2 mm thick, G10 tabs)

While the shear stress and through-thickness stress components are small
compared to the axial stress, it is important to compare them to the measured shear
strength and the transverse tensile strength of the T300/P1700 composite since it is highly
orthotropic. The strength values from Table 1, normalized by the nominal axial stress &,

are shown as horizontal lines in Figures 10 and 11. The maximum values of shear and
through-thickness stresses exceed their respective strengths over a very small region near
the tab tip, which raises the possibility of localized failure as suggested by Wisnom [38].
However, it is also important to recall that the present analysis considers the constitutive
behavior of the specimen, the adhesive and the tab material to be strictly linear elastic.
Incorporating the effects of material nonlinearity is expected to significantly reduce the
magnitude of the matrix dominated stress components, 7, and o, .

Figure 12 shows the clamping pressure distribution along the interface between
the tab surface and the clamp block. The shear loaded case has the highest clamping
pressure, as required to transfer the entire load from the block into the specimen by
friction. It is also worth noting that the pressure distribution is nonuniform, indicating
that an applied uniform stress boundary condition as used by previous investigators [9-
11,20,33,34] is unrealistic for the D 6641 CLC fixture. For the shear loading case, the
peak clamping pressure near the tab tip is 40% higher than the value that would be
obtained if a uniform load were to be applied along the length of the end-tabs.
Interestingly, the nonuniformity of the clamping pressure in the grips is even more
exaggerated for the combined loading and end loading cases, although the pressures are
lower.

The shearing deformation of the end-tabs allows the grip/tab friction interface to
open, relieving the clamping pressure a short distance ahead of the tab tip. The greater
the applied clamping pressure, the shorter the open distance. The shear deformation of
the end-tabs causes the tab tip to bite into the specimen, which explains the spike in the
through-thickness stress in the specimen at the tab tip.
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Figure 12 — Clamping pressure distribution along the surface of the tab
(Square, 3.2 mm thick, G10 tabs).

The shear stress distribution along the clamp/tab interface has the same dis-
tribution as the pressure, but is smaller by a factor of the friction coefficient (n = 0.4).

Effect of Tab Material

The effect of tab material was investigated for square tabs of steel, aluminum,
G10 glass-fabric/epoxy, and unreinforced epoxy under combined loading (6.2 N-m bolt
torque). Figure 13 shows the axial stress distribution for Section 1 along the length of the
specimen. Because stiffer tabs carry more of the load, we observe very low axial stresses
in the composite coupon under the steel tabs, accompanied by a very steep load transfer
into the coupon at the tab tip for steel tabs. In the instance of more compliant tabs such
as G10 fiberglass or epoxy, the tabs carry less of the load, resulting in a more gradual
shear transfer into the specimen gage length and reduced stress concentration at the tab
tip. Of concern with the epoxy tabs in particular is the high stress levels at the loading
end of the specimen, which may lead to failure by end crushing.

The tab tip stresses are better illustrated in Figure 14, which shows the axial stress
distribution through the thickness just near the tab tip (Section 2). While the axial stress
distribution is very uniform for compliant tabs such as epoxy, the shear transfer in the
case of stiff tabs such as steel or aluminum produces a highly nonuniform through-
thickness axial stress distribution.

The effects of tab material and loading method were evaluated simultaneously in
Figures 15, 16 and 17 which show the maximum stress values along Section 1. Chang-
ing the stiffness of the tab material had a significant effect on the peak stresses. Stiff tabs
proved to be relatively insensitive to the method of loading introduction, both because
they are inefficient at transferring shear load gradually into the specimen, and because
and there exists a sharp stiffness discontinuity, making for an abrupt stress transfer even
in the instance of pure end loading., However, a specimen with more compliant tabs
clearly benefits from increased end loading since there is less of a stiffness discontinuity
between the specimen and the tabs.
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The results for an untabbed specimen are also included in Figures 15, 16, and 17.
Figure 15 shows that an untabbed specimen yields the minimum axial stress concen-
tration factor regardless of the loading method. Recall that tabs are generally included in
the specimen design to prevent damage to the specimen itself in the case of shear loading
test techniques, or alternatively as a means to eliminate failure by end crushing by
aring area of the specimen in the case of end loading test
techniques. In the D 6641 CLC fixture with its flame sprayed gripping surfaces the need
for tabs may be obviated at low bolt torque (6 N-m); however, in practice there may be
loading is needed before the specimen begins to fail
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Figure 15 — Effect of loading method and tab material on peak axial stress
in the specimen (Square, 3.2 mm thick tabs).

In Figures 16 and 17 we see the beneficial effects of compliant tabs, especially for
moderate to high bolt torque ( 6 N-m). Not only are the stress concentration factors for
compliant tabs lower than for stiff tabs, they are lower than for the untabbed specimen,
since the tab acts to shield the specimen from the hard steel clamp blocks. In the case of
pure end loading, the untabbed specimen yields the minimum tab tip stress
concentrations. However, this specimen may prove impractical due to end crushing
failure.
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Figure 16 — Effect of loading method and tab material on peak shear stress
in the specimen (Square, 3.2 mm thick tabs).



50 COMPOSITE MATERIALS

Load introduced through shear (%)

<

2

E 0 50 100

g 0.35 t .

2 B Steel
0.3

2 E -~ Aluminum
£ 0.253

2 ] - G10
u -

I - E

£ ] poxy
2 0.155 _ Through-thickness

5 ] compressive -~ No Tab
< 014 strength

a0 f

2 ]

€ 0.054

S ]

% 0 L S I A N [N N B B B T

0

o

T
0 2 4 6 8 10 12
Bolt Torque (N-m)

Figure 17 — Effect of loading method and tab material on peak through-thickness
stress in the specimen (Square, 3.2 mm thick tabs).

The peak stresses in the specimen are related to the pressure distribution along the
surface of the end-tabs, which is affected by the choice of tab material. Figure 18 shows
the clamping pressure normalized by its nominal value, which is the total normal force
divided by the area of the tab surface. Stiff end-tabs bear greater axial stress, resulting in
higher shear stress in the tab. Increased shear deformation in the vicinity of the tab tip
causes the grip/tab interface to open over a greater length than in the case of more
compliant tabs, and results in a higher peak clamping pressure. The steel tab case has a
peak clamping pressure nearly three times the nominal value, while the peak in the epoxy
is only about 30% higher than nominal.
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Figure 18 — Clamping pressure distribution along the surface of the tab
(Square, 3.2 mm thick tabs, combined loading).
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Effect of Tab Tip Geometry

Five different tab geometries were compared in this study: square (untapered) tabs, 30°
taper, 20° taper, 10° taper, and radius tabs, which were shown in Figure 3. Each case
had 3.2 mm thick tabs, and combined loading (7 = 6.2 N-m).

The effects of tab tip geometry and tab material were evaluated simultaneously.
As expected, the overall stress distribution along the specimen/tab interface (Section 1) is
not strongly affected by the tab tip geometry. However, the peak stresses and the
distributions through the thickness of the specimen (Section 2) are strongly affected by
the tab tip geometry.

The peak stresses are shown in Figures 19 to 21, with the radius-tab case plotted
as 0° taper angle (shown connected by a dashed line) and square tab case as 90°. As in
Figure 14, the peak stresses occur at the specimen/tab interface.

Figure 19 shows the same trend with respect to tab material that we demonstrated
in Figure 15. No matter what the tab tip geometry, more compliant tabs yield a smaller
axial stress concentration. Taper angle has a strong effect on the stress concentration in
all three stress components, especially in the case of stiff tabs. It is interesting to note the
sharp decrease in the tab tip stress concentration factor beginning with a taper angle of
30° for stiff tabs such as steel and aluminum, whereas in the case of compliant tabs,
where the stress concentration is less significant to begin with, the effect of decreasing
the taper angle is much less pronounced. A stiff tab material such as steel shows a far
greater sensitivity to decreasing the tab taper angle, especially at the low end.

Interestingly, the peak axial stress in the radius tab case is comparable to or
slightly higher than the 10° case. Although the radius tab is very thin at the tab tip, which
would tend to cause a very low stress concentration, the length of the tapered region is
even shorter than that of the 30° tapered tab; decreasing the distance over which load is
transferred from the tab into the specimen tends to increase the stress concentration.
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Figure 19 — Effect of tab material and tab tip geometry on peak axial stress
in the specimen (3.2 mm thick tabs, combined loading).
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Figure 20 — Effect of tab material and tab tip geometry on peak shear stress in the
specimen (3.2 mm thick tabs, combined loading).

The peak shear and through-thickness stresses in Figures 20 and 21 exhibit trends
similar to those shown in Figure 19 for the peak axial stresses. However, in the case of
epoxy tabs, which are very compliant, an interesting phenomenon is demonstrated at low
taper angles. The peak value of shear stress (Figure 20) is the same for 10° and 20° and
shows a slight increase for 30° taper angle. Similarly, the peak through-thickness stress
(Figure 21) decreases for taper angle increasing from 10° to 30°. Inspection of a
displaced view of the finite element model suggests this effect is related to the
deformations in the tab tip, as the compliant tab material is unable to resist the lateral
expansion of the test coupon due to Poisson's effect.
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Figure 21 — Effect of tab material and tab tip geometry on peak through-thickness
stress in the specimen (3.2 mm thick tabs, combined loading).
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In almost every instance, the peak stresses occur at the tab tip. In the case of
epoxy tabs with a very low taper angle, the shear and through-thickness stress
concentrations move from the tab tip to the elbow of the tab, where the taper ends and the
flat part begins. The cases, for which the stress concentration peak is at the elbow, rather
than at the tab tip, are denoted with an X through the data point in the graph.

This effect is best explained by looking in detail at the stress distributions along
the length of the specimen, as in Figures 22 and 23. Epoxy tabs provide little or no
lateral support in the taper region of the tab and so the stress concentration due to the tab
tip is diminished in comparison to the results shown in Figures 20 and 21 for G10,
aluminum, and steel. The peak stress in this instance occurs instead at the elbow of the
tab rather than at the tab tip.

Figures 20 to 23 again show the shear and through-thickness strengths of the
composite specimen as horizontal lines. The peak values exceed the strength for all the
square tabs, and several of the cases with stiffer tabs and high taper angles. However, the
region over which the stress exceeds the strength value is both limited and dependent on
the tab tip geometry.
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Figure 22- Effect of tab tip geometry on the shear stress distribution
along the length of the specimen (3.2 mm thick, epoxy tabs, combined loading).

Figure 24 shows the effect of tab tip geometry on the shear stress distribution
through the thickness of a specimen with G10 tabs. From Figure 24 we can see that
although the peak shear stresses in Figure 20 may be in excess of the composite shear
strength, the stresses quickly dissipate to within an acceptable level. The depth over
which the shear stress exceeds the composite shear strength is about 15% of the specimen
thickness in the case of square tabs, less than one tenth of the specimen thickness in the
case of 30° tapered tabs, and only 3 elements (0.048 mm) for a specimen with 20°
tapered tabs. The region over which the through-thickness stress exceeds the through-
thickness compressive strength is even smaller and limited to only a few elements for
most cases.
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Figure 23 — Effect of tab tip geometry on through-thickness stress distribution along
the length of the specimen (3.2 mm thick, epoxy tabs, combined loading).
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Figure 24 — Effect of tab tip geometry on shear stress distribution
through the thickness of the specimen (3.2 mm thick, G10 tabs, combined loading).

Effect of Tab Thickness

The effect of tab thickness was investigated for square tabs of each material, and
for G10 tabs with different taper angles. All cases had combined loading.

For the case of square tabs, the effects of tab thickness and tab material on the
peak stresses were evaluated simultaneously in Figures 25-27. Also included in these
three figures for comparison are the peak stresses for an untabbed specimen, as well as
the results from an analysis, that included the adhesive layer but no tab.
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Figure 25 — Effect of tab material and thickness on peak axial stress in the specimen
(Square tabs, combined loading).

It is clear once again that more compliant tabs yield lower stress concentrations.
In the case of a specimen with G10 square tabs under combined loading, the tab tip axial
stress concentration factor, o, /&, = 1.565 for 3.2 mm thick tabs. Halving the tab
thickness to 1.5 mm results in a 6% decrease in the axial stress concentration factor. An
additional 33% decrease in thickness results in another 4% decrease ino, /&, . Although

it is not shown here, decreasing the tab thickness similarly decreases the axial stress
gradient through the thickness.
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Figure 26 — Effect of tab material and thickness on peak shear stress in the specimen
(Square tabs, combined loading).

If the end-tabs were perfectly bonded to the specimen, both the specimen and the
end-tabs would have the same axial strain; hence, the load carried in the tab would be
proportional to its overall tab stiffness, £4, (where £ = Young's modulus and 4 is its
cross-sectional area). Since the adhesive layer bonding the end-tabs to the specimen has
a finite thickness and a relatively low Young's modulus, the adhesive layer allows some
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difference in strain between tab and specimen. Nonetheless, thicker, stiffer tabs will
carry a greater proportion of the load as shown in Figure 28, whereas thinner tabs carry a
smaller fraction of the load. In the case of the square tab, the tab area A is constant for
the full length of the tab, and the geometric discontinuity leads to a high stress
concentration at the tab tip.

The effect of the adhesive stands out in Figures 26 and 27 and perhaps to a lesser
extent in Figure 25. As EA decreases, the peak stress is converging to the adhesive-only
prediction, which is markedly lower in magnitude than the peak stress predicted for the
untabbed specimen. The adhesive has a very low Young's modulus, so it effectively
smears out the stresses imposed by the rigid clamp blocks. The same can be said for the
discrepancy in Figure 25 between the no-tab prediction and the adhesive only prediction;
the shear lag caused by the compliant adhesive reduces the magnitude of the stress
concentration caused by the clamp blocks at the end of the gage length.

In the case of tapered tabs, the geometric discontinuity at the tab tip is less severe,
allowing for a more gradual transfer of load from the tab to the specimen. Although
increasing the tab thickness increases the proportion of the load carried by the tab, it also
increases the length of the tapered region over which this load is transferred to the
specimen. Changing the thickness has the greatest effect on square tabs, and virtually no
effect on 10° tapered tabs, as shown in Figure 29. The effect of decreasing the tab taper
angle is less significant in thin tabs than in thick tabs.
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Figure 27 — Effect of tab material and thickness on peak through-thickness stress
in the specimen (Square tabs, combined loading).
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Figure 28 - Effect of tab thickness on axial stress distribution
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Figure 29- Effect of tab thickness and taper angle on peak axial stress
in the specimen (G10 tabs, combined loading).

Effect of Debond

Finally, the effect of tab debonding at the tab tip was evaluated. Debonded square,
tapered (10°) and radius tabs were compared to their fully-bonded counterparts for the
case of combined loading (7= 6.2 N-m) and 3.2 mm thick G10 tabs.

First we compared the effects of deliberate tab debonding as in the Rolfes-
Sendeckyj specimen [/9-20] with the effects of in-situ tab debonding as observed by
Adams and Odom [/5]. Our results showed no significant difference in the stress
distributions whether the debond was modelled as a Teflon insert with a low coefficient
of friction, or as a discontinuity in the adhesive layer with a high coefficient of friction,
simulating a crack in the adhesive. Figure 30 examines the effects of in-situ tab
debonding for a specimen with square G10 tabs. The axial stress concentration is slightly
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higher for the debond case than for the fully-bonded case. The stress distribution for the
case of deliberate debonding is indistinguishable from the in-situ tab debonding case.
Although the magnitude of the peak axial stress is not strongly affected by
the debond, its location is; the peak occurs not at the tab tip but under the tab, at the end
of the adhesive (see Figure 30). The stresses are then relieved under the tab approaching
the gage section. While this may offer the advantage of a more uniform strain field in the
gage section of the specimen for the purposes of modulus evaluation, it does nothing to
promote gage section failure for strength testing.
Since we observed no significant difference between the in-situ debond case and
the case of deliberate debonding, the remainder of this section evaluates only the case of
in-situ debonding.
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Figure 30 — Effect of tab debonding on axial stress distribution along the
length of the specimen (Square, 3.2 mm thick, G10 tabs, combined loading).
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Figure 31 — Effect of in-situ tab debonding on axial stress distribution along the length of
the specimen (10° tapered, 3.2 mm thick, G10 tabs, combined loading).

The effect of in-situ tab debonding in a specimen with G10 tabs with a 10° tab
taper is shown in Figure 31. Three cases are illustrated: fully bonded, a short (1.3 mm)
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debond, and a long (18 mm) debond stretching the entire length of the tapered region. It
1s the clear that the effect of tab debonding is detrimental; the presence of even a very
short crack in the adhesive amplifies the axial stress concentration by 8%, while a long
crack increases the peak axial stress by 37%. As one would expect, the long debond case
exhibits an axial stress concentration factor similar to a specimen with G10 tabs with
square tab ends under the same loading conditions.

Finally we evaluated the effect of in-situ tab debonding in a specimen with G10
tabs with a 3.2 mm radius tab end (see Figure 32). Once again, it is clear that tab
debonding has only detrimental effects on the axial stress concentration in the specimen;
a 3.2 mm debond, simulating a crack in the adhesive extending to the elbow of the tab,
increases the peak o /&, by 30%.
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Figure 32 — Effect of in-situ tab debonding on axial stress distribution along the
length of the specimen (Radius, 3.2 mm thick, G190 tabs, combined loading).

The effect of tab debonding on the peak axial and shear stress values is
summarized in Figure 33. The results in this figure are for in-situ debonds; the 10°
tapered results are for the long (18 mm) debond. From Figures 30 and 33, we can see that
for square tabs, although the magnitude of the peak axial stress is unchanged, the axial
stress concentration is removed from the gage section by tab debonding. The peak shear
stress, however, is almost halved in the case of tab debonding for square end-tabs. This
may be beneficial since shear stresses have been implicated as a cause of premature
failure in compression testing [35].

The detrimental effects of in-situ debonding are clearly illustrated for tapered or
radius tabs in Figure 33, which show a strong increase in both peak axial and shear
stresses. While the gage section stress field may be more uniform because the stress
concentration has been pushed back to the end of the adhesive (the tip of the debond),
any advantage formerly afforded by the tab tip geometry is nullified by the presence of
the tab tip debond and the stress concentration reverts to that of a specimen with square
tab ends. The same trend can be observed for specimens with stiff tabs such as steel tabs.
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(3.2 mm thick, G10 tabs, combined loading).

Summary of Results

The comparison of loading methods suggests that the specimen should be end
loaded as much as possible without inducing undesirable failure mechanisms such as end
brooming or crushing. Increasing the proportion of end loading not only reduces the
axial stress concentration in the specimen, but also minimizes the shear and through-
thickness stress components. Combined loading appears to be a good compromise,
which decreases the tab tip stress concentrations from the level found in shear loading,
but also decreases the stresses at the loading end of the specimen, which may prevent
premature end failure characteristic of end loading.

Several tabbing configurations were examined in an attempt to optimize specimen
performance. The finite element analysis predicts that more compliant tabs will yield
lower stress concentrations in all three stress components (see Figures 15-21), regardless
of tab geometry and loading condition.

In square tabs, it is the overall tab stiffness, £4, which governs the peak stress
levels; thin tabs yield the same advantage in terms of lower stress concentrations as more
compliant tab materials. While decreasing the thickness of square tabs by a factor of six
(from 3.2 mm to 0.5 mm thick for square G10 tabs) yielded almost a 15% decrease in the
axial stress concentration factor, the peak stress at the tab tip is still 30% higher than the
nominal gage section stress (see Figure 25). Likewise, even for the thinnest square tabs,
the peak shear stress at the tab tip is still two times higher than the nominal shear strength
of the T300/P1700 composite (see Figure 26). While this may be a localized
phenomenon, it is still of concern since compressive failure is driven by shear instability,
and the presence of high shear stresses at the tab tip is likely to cause premature failure.

Next, the effects of tab tip geometry were evaluated. The finite element model
was used to evaluate varying tab taper angle, as well as the effects of deliberate or in-situ
tab debonding. Reducing the tab taper angle significantly reduced the tab tip stress
concentrations; a 10° taper angle reduces the tab tip axial stress concentration in a
specimen with 3.2 mm thick G10 tabs by almost 25% compared to 3.2 mm thick G10
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tabs with square tab ends, and the peak shear and through-thickness stress values lie
within acceptable limits as well (see Figures 19-21). However, thick end tabs with a 10°
taper angle may be in danger of failure by global buckling.

While the finite element analysis predicts the optimal tabbing configuration to be
compliant tabs with a shallow taper angle, this turns out to be the worst scenario in terms
of global buckling (see Figure 4). If thick tabs are tapered to a very small taper angle, the
effective gage length is significantly increased. An improved solution is to use thin tabs,
in which case the effect of the tab taper length on the unsupported gage length is
minimized. For example, for G10 tabs with a 10° taper angle, reducing the tab thickness
from 3.2 mm to 1.5 mm has no significant effect on the tab tip stress concentrations (see
Figure 29), but the unsupported length is reduced enough to virtually prohibit global
buckling.

Finally we examined the effects of tab tip debonding in square, 10° tapered, and
radius tabs, as shown in Figures 30-33. For the square tabs, the debond had little effect
on the peak axial stress, and actually decreased the peak shear stress, but moved both
stress concentrations back from the tab tip to the edge of the debond. For the tapered and
radius tabs, the stress concentrations were also moved to the edge of the debond but were
markedly increased compared to the fully-bonded case. The peak axial stress was
comparable in all the debond cases; debonding a tapered tab completely eliminated the
benefits of using a tapered end-tab. While moving the stress concentration away from the
tab tip may lead to a more uniform strain field in the gage section, it will not provide a
more accurate measure of composite compressive strength.

Discussion

The finite element model in this study explicitly included the test fixture's clamp
blocks, which we believe is a more realistic way to model boundary conditions than by
applying either uniform stress or uniform displacement on the tab surface. Indeed,
Figures 12-18 show that the clamping pressure is nonuniform, especially for stiff tabs.
Our model also included a uniform applied displacement in the second step of loading,
which we feel is the only realistic way to model end loading.

Xie and Adams [9-71] modelled compression testing by applying uniform stresses
on both the tab face and the end of the specimen. For end loading, they observed an
upswing, or “tail”” in the shear stress in the specimen at the loading end, which they
suggested was a contributing factor in end brooming, and should be eliminated by using
tabs of the same material as the test specimen. The stress concentration or “tail” arises in
the instance of applied uniform stress, due to the load transfer from the more compliant
elements (specimen and adhesive) into the stiffer elements (steel tabs), leading to a state
of uniform strain in the specimen, adhesive, and tab. Our results (Figures 10 and 22)
using an applied uniform displacement boundary condition to model end loading
eliminate this erroneous stress concentration since the strains are inherently uniform.

Similarly, since the model developed by Xie and Adams was only hypothetical,
the boundary conditions they chose for the clamping pressure for end loading seem
unrealistic by comparison. End loading can be achieved in the D 6641 CLC fixture using
very modest clamping pressure; therefore our results for this fixture show lower stress
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concentrations arising from end loading, notably the through-thickness stress
concentration.

A study of the effect of gap size showed that a minimum gap between the end of
the specimen and the edge of the clamp blocks is required to achieve 100% of the target
shear; increasing the gap size beyond the threshold value did not affect the magnitude of
the load transferred into the specimen. As shown in Figure 6, the minimum gap required
to develop 100% of the target load in the specimen was found to increase as the
proportion of shear loading increases, and with a more compliant tab material. A gap
size of 0.25 mm to 0.50 mm was sufficient for the cases in this study. This analysis
suggests that care must be taken when placing a test specimen in the fixture, to ensure
that the full shear load is developed in the specimen coupon before the specimen ends
contact the loading surfaces. This is of secondary importance, since our other results
demonstrate that the best test configuration favors end loading with just enough load
introduced through shear to prevent end crushing of the specimen. The gap analysis
result is interesting though, suggesting careful experimental verification and a review of
the ASTM D 6641-01 procedure.

Since the constitutive behavior of the specimen, the adhesive and the tab material
is modelled as strictly linear elastic, the current model predicts very high localized shear
and through-thickness stresses in the specimen, the adhesive and the tab material in
several instances. Bearing in mind this limitation, it is important to consider the results
of this analysis to be strictly qualitative regarding the through-thickness and shear tab tip
stress concentrations predicted for the various specimen/tabbing configurations con-
sidered in this study. Incorporating the effects of material nonlinearity is expected to
significantly reduce the magnitude of the matrix-dominated stress components, 7, and

o,. However, the axial stress component is expected to be unaffected by the material
nonlinearity [9-11], since the material properties in the fiber direction are linear.

Conclusions

The finite element analysis in this study has developed a thorough picture of how
the various factors influencing the stress distribution in composite compression testing
act and interact. The results suggest use of combined shear and end loading, and a
specimen with thin, compliant, tapered tabs. The finite element results favor end loading
to the extent that undesirable failure mechanisms such as end brooming or crushing can
be avoided; however, this limit was not clearly established using finite element analysis
only. The problems associated with shear loading are clearly demonstrated by the finite
element model results; in terms of the tab tip stress concentrations that develop no matter
what the tabbing configuration. Combined shear and end loading as with the D 6641
CLC fixture offers an attractive compromise, in terms of reduced tab tip stress
concentrations but also in terms of decreased stresses at the loading end of the specimen
and increased constraint which may help prevent end brooming or crushing. Our results
are in overall agreement with the previous work by Xie and Adams [9-11], however
through the use of proper boundary conditions, we eliminated the stress concentration
effect at the loading end of the specimen, previously thought to be responsible for end
brooming failure.
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In fact, the efficiency of the D 6641 CLC fixture at transferring shear load could
be improved by modifying the grip/tab friction coefficient. Increasing the friction
coefficient would decrease the normal force necessary to achieve a desired amount of
shear load, and hence reduce the through-thickness stresses in the specimen. The friction
model in this study was based on experimental observation of specimens with G10 tabs; a
thorough evaluation of the friction resulting from other tab materials or surface
conditions might yield a higher friction coefficient for the D 6641 CLC. Another
possibility might be modifying the test fixture by roughing up the grip surfaces.

Several tabbing configurations were examined in an attempt to optimize specimen
performance. Contrary to what Xie and Adams [9-17] concluded, using a uniform
applied stress boundary condition, our finite element results demonstrate that more
compliant tabs will yield lower stress concentrations in all three stress components (see
Figures 15-21), regardless of tab geometry and loading condition. This is due to more
explicit modelling of the boundary conditions arising from use of the actual dimensions
and mechanics of the D 6641 CLC fixture (see Figure 8.) Furthermore, our analysis
showed that, it is the overall tab stiffness, £4 that governs the stress intensity incipient in
tabbed specimens, that is, thin tabs yield the same advantage in terms of lower stress
concentrations as more compliant tab materials.

The effects of tab tip geometry were also evaluated. The finite element model
was used to evaluate varying tab taper angle, including radius tabs, as well as the effects
of deliberate or in-situ tab debonding. Reducing the tab taper angle significantly reduced
the tab tip stress concentrations. However, tapered tabs in particular increase the
effective buckling length of the specimen. This problem must be carefully considered
independently of the finite element analysis results to determine if the specimen geometry
is in danger of failure by global buckling. The effects of using a shallow taper angle can
be reduced by using thin tabs or radius tabs.

One possible alternative may be radius tabs. This analysis examined radius tabs
with a tab tip radius equal to the tab thickness, in this case 3.2 mm. This specimen looks
favorable both in terms of the tab tip stress concentrations (see Figures 19-21) and also
with respect to global buckling. The peak shear stress predicted by the finite element
model appears a little high, but this could be reduced through further specimen
optimization, perhaps through the use of thinner tabs. The chief drawback to the radius
tabs lies in the method of manufacture, milling a curved surface into a set of tabs prior to
bonding them onto an already-manufactured composite may prove difficult, even
prohibitive. These tabs appear to be most feasible when integral tabs are manufactured as
part of the laminate as it is laid up and cured, as proposed by Curtis et al. [2/]. Then the
tab material is milled away from what becomes the specimen gage section, and a curved
surface can be readily milled into the tab.

Finally we examined the effects of tab tip debonding in square, 10° tapered, and
radius tabs, as shown in Figures 30-33. Tab tip debonding had a positive affect on the
stress concentration in the specimen configuration with square tabs as implied by the
work of [23]. However, in both the tapered tabs and the radius tabs, the stress
concentration was markedly increased negating any positive effect derived from
modifying the tab tip geometry. In all three cases, tab tip debonding also had the effect
of shifting the location of the stress concentration away from the tab tip region, this helps
in that it leads to a more uniform strain field in the gage section, but it does little to
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increase the probability of an acceptable failure. Tab tip debonding is only beneficial as
an alternative to using tapered tabs or radius tabs. From a practical perspective, it seems
that even in the case of square tabs, tab tip debonding does little to help provide a more
accurate measure of composite compressive strength.

The debilitating effects of tab tip debonding are of particular concern because our
model does not explicitly predict failure in the adhesive, which in an actual specimen
would lead to in-situ debonding. Real adhesives may fail “prematurely” making some of
the predictions described as part of this investigation unattainable. Further tests to
evaluate the critical interfacial strength of real adhesives are necessary before
experimentalists can anticipate and avoid in-situ debonding.

The finite element model does not explicitly predict specimen failure, either by
global buckling, end brooming, or due to the tab-tip stress concentrations. Which failure
mode will prevail for a particular material, specimen configuration, and loading condition
must be determined experimentally. The D 6641 Combined Loading Compression
fixture makes possible a direct comparison of shear, end, and combined loading, which
have previously required different fixtures and, often, different specimen geometries.

The recommendations in this study are therefore a good starting point for further
experimental work. Several issues remain to be explored in depth; perhaps the most
immediate question is the amount of end loading which leads to end failure for various
specimern/tabbing configurations, because this will place a practical limit on the
proportion of end loading used in combined loading. Other issues are whether lower
stress concentration factors at the tab tip lead directly to higher failure strengths, the
significance of the shear and through-thickness stress components, and the proper end
conditions for predicting buckling failure of tabbed specimens. The finite element
analysis suggests that the D 6641 CLC fixture used in combined loading holds great
potential to improve compression strength measurements of unidirectional composites
once these issues have been satisfactorily resolved.
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Abstract: The design methodology of composites in aircraft structures normally follows a
building block approach and validation of design allowables is carried out through coupon,
feature, and full-scale component level tests. Another important aspect in the design of
composites is to account for environmental degradation of strength and stiffness properties,
especially under a hot-wet environment. This paper describes the methodology adopted for and
the results obtained from full scale static load tests with and without pressurization, on two
composite pressure test boxes, under room temperature and hot-wet environmental conditions.
The test boxes representing a typical wing structure, were made of three bays with the middle
bay consisting of composite spars and top and bottom skins. One of the two identical test boxes
was subjected to almost saturation level moisture conditioning at 70°C and 85% RH in an
environmental chamber. The test boxes were extensively strain-gaged with back to back strain
gages fixed at pre-selected locations, and these were very carefully moisture-proofed to
withstand the moisture-conditioning over long period and rigorous hot-wet test at 100 + 5°C
and > 85% RH. A component test rig and an aluminum test chamber were specially designed to
undertake these tests, which involved application of loads and reactions that cause combined
bending and torsion of the test box. Finite element analysis using “ELFINI” had predicted the
test box to be buckling-critical. Through actual testing it has been validated that the top skins
of the test boxes do not undergo buckling up to design ultimate load (DUL) and that the
ultimate failure loads were well above the DUL of the test boxes, both under room temperature
and hot-wet environmental conditions.

Keywords: carbon fiber composite, composite pressure test box, room temperature test, hot-
wet environment, design limit load, design ultimate load, buckling strength

It is well known that over the last few decades, advanced composites like carbon fiber
composites (CFC) have found increased use in aerospace vehicle structures because of their
distinct advantages over metals in terms of specific strength, stiffness, and durability in a
fatigue loading environment [ /]. Although the use of composites in airframes was initially
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limited to control surfaces, fairings, and other secondary structural elements, with better
understanding of their in-service performance and greater confidence on the structural integrity
of components made from composites, carbon (graphite) fiber reinforced composites have
been successfully employed in

primary structural components of aircraft like wings and empennage [2]. However, in view of
the very limited database available on the long-term use of composites in safety-critical
primary structural components of airframes, it is sometimes necessary to follow a building
block approach for the airworthiness certification of any newly designed composite structure.
The validation of a new design and the design allowables essentially boils down to testing on
the order of a few thousands of test coupons, hundreds of structural elements/features like
joints, a few dozen large panels, sub-components, and ultimately a few wing-boxes/full-scale
components/ airframes [3]. This is necessary because some of the analytical or empirical
methods normally employed for the strength and life prediction of metallic structures are
unsuitable for application to composite structures and the material non-homogeneity/anisotropy
exhibited by the layered polymeric composites, necessitates extensive testing to demonstrate
the desirable strength/stiffness properties. Further, epoxy matrix — based carbon fiber
reinforced composites have shown appreciable strength degradation when subjected to elevated
temperature and humid environment [4-5]. Parida et al. [6] have reviewed some of the earlier
works on numerical analysis and testing of laminated composite panels and have presented
buckling analysis results, both under room temperature and hot/wet environmental conditions.
The airworthiness certification authorities normally require the designers of composite
structures to demonstrate design ultimate load (DUL) carrying capacity of composite
subcomponents/components through full-scale hot/wet environmental test under simulated
service loads, both internal and external. It may be noted that the objective of carrying out such
an elaborate and complicated testing exercise was not only to validate the design allowables but
also to assess the prediction capability of the analyticallFEM tools employed in the design.
Unfortunately, experimental data and details of composite box test under both room
temperature and hot/wet environmental conditions are scarce in open literature. In this paper,
the results of structural integrity assessment of a CFC pressure test box subjected to both
internal pressure and external loading up to design ultimate load and beyond, under room
temperature and hot/wet environmental conditions have been presented. The predicted values
of strains on the top composite skin of the box obtained from FEM analysis have been
compared with those obtained from the experiments, both under room temperature and hot/wet
conditions.

Design of CFC Pressure Test Box
Description

A pressure test box representing structural details of a typical aircraft wing was designed
and tested. The geometry and structural details of the test box are shown in Figure 1. It was a
rectangular box of dimensions; 2234 mm length, 715 mm width, and 110 mm height. It had top
and bottom skins made of carbon fiber composites. The top and bottom skins were bolted to
substructure consisting of four spars and six ribs. The top skin between Spars 2 and 3 and Ribs
3 and 4 was the test panel. The strains at various locations, buckling, and failure of this test
panel were under investigation.

The box was loaded at eight locations Py to Pg as shown in Figure 1. The loads were all
applied normal to the box in the z-direction. The box was supported at three locations R, to R,
shown in Figure 1. The reactions R;, Ry, and R; were normal to box in the z-direction. The
three reactions were statically determinate.
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The box between Rib 3 and Rib 4 was sealed to facilitate application of pressure loading to
the test panel.
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Figure 1 — Geometry and structural details of the composite pressure test box.
Materials

The top and bottom skins were made of unidirectional carbon-epoxy prepreg tapes of
specification Fibredux 914C-TS-6-34. The nominal thickness of prepreg was 0.15 mm. The
fiber volume fraction was 0.6. The four fiber directions were 0°, +45°, 90°, -45°. These
directions are shown in Figure 1. Spars 2 and 3 between Ribs 3 and 4 were made of bi-
directional carbon-epoxy prepreg tapes of specification G803-914C-40. The nominal thickness
of prepreg was 0.3 mm. All other spars, ribs and brackets were made of aluminum alloys of
specification BS L 168 T6511.

Test Panel

The top skin between Spars 2 and 3 and Ribs 3 and 4 was the test panel. The 280 x 734 mm
rectangular test panel had thickness distribution as shown in Figure 1. It had thicknesses of 6.6,
6.3, and 6.0 mm. The stacking sequence of the thicknesses is shown in Table 1. The stacking
sequence was symmetric and unbalanced.
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Table 1-Stacking sequence of CFC test panel.

Thickness Stacking Sequence
6.6 mm [£452/904/345/45/90/£45/90/£45/45/90/45/0/90]s
6.3 mm [£452/904/+45/45/90/+45,/45/90/45/0/90]s
6.0 mm [4452/904/+45/45/90/+45,/452/0/90]s

The thickness distribution was achieved by means of dropping plies. The stacking sequence
and the ply dropping were evolved as per recommended aircraft design practices {7]. The three
different thicknesses and the ply dropping in the test panel were specifically introduced to
study their effects on strains and buckling.

Loads

A factor of safety of 1.5 was used in the design. Therefore the design ultimate load (DUL)
was equal to 1.5 times design limit load (DLL). The box and the test panel were designed not to
fail or buckle before reaching DUL. The DUL are given in Table 2. Positive loads were acting
up in the z-direction. The loads cause combined bending and torsion of the test box and the
strains developed on the test panel were representative of the strains in a typical wing. The
pressure loading was applied to simulate the fuel pressure in the outboard region of a typical
wing.

Table 2 -Applied loads on the test box and support reactions.

Design Ultimate Loads (DUL) Design Ultimate Pressure
Locations kN MPa
Py 98.6 Pressure 0.135
P, -51.2
P; -82.2
Py -10.4 Design Ultimate Reactions
Ps -33.7 Locations kN
Ps -84.7 R, 63.4
Py -44.2 R, 32.9
Pg 60.3 R; 51.2
Test Schedule
Number of Test Boxes

Two test boxes had been fabricated as per the design. Both the test boxes were identical.
The first box was tested at room temperature / as received (RT/AR) condition. The second box
was moisture conditioned and tested under hot/wet environmental condition.

Environmental Conditioning

The second test box was moisture conditioned in an environmental chamber maintained at
70°C + 2°C and 85% RH + 5% RH. The moisture absorption during the conditioning was
monitored using traveler coupons. The three traveler coupons, representative of the three
thicknesses of the test panel, were weighed at frequent intervals to assess percentage moisture
gain. Figure 2 shows the variation of moisture gain of the three traveler coupons plotted against
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square toot of time in hours. The moisture absorption reached a level of about 1.5% after 590
days. The moisture gained was with respect to the “as received” (nominally dry) condition.

Mositure Absorption for Traveller Coupons

1.60 —h—TC-1
1.40 4
1.20 + —8—TC-2
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0.80
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0.20 4
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—4—TC-3

Percentage of
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Time in sqrt(hours)
Figure 2 -Moisture Absorption characteristics of traveler coupons at 70°C and 85% RH.
Strain Gaging

Both the test boxes were extensively strain gaged. Figure 3 shows the details of the strain
gages in the test panel. In addition to the test zone, the outer and inner surfaces of the top skin,
bottom skin and the webs of spars and ribs were also strain gaged. Each box was strain gaged
with 88 rectangular strain rosettes. Therefore, strain data corresponding to total of 264 channels
were recorded during each test.

These strain gages were compatible for use on composites and were employed with proper
moisture-proofing. For the second test box that was moisture conditioned for hot/wet test,
specific care was taken to install a four-layered moisture proofing to prevent moisture ingress
and thereby protect against corrosion of the gage element. It is a matter of great satisfaction
that even after 590 days of conditioning under harsh environment, not a single strain rosette
had gone dead due to corrosion. This was achieved because of the extreme care taken for
moisture proofing of the strain gage installations.
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Figure 3 — Strain gage locations on the CFC test panel.
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Displacement Gages

Deflections at prescribed seven locations at the bottom of the test box (on the bottom skin)
were recorded during the tests. The LVDT locations are shown in Figure 4.

L3 Corresponds to (R2+R3), Ch, 282 L1 Corresponds to R1, Ch. 280

1 1
L8 (P5), Ch. 287 Ch. 296 L2 (P}, Ch.
Ch. 295
L9 (P6), Ch. 288, choea | |
R2
Ch. 304 L
chesoq ™2 ech. 3p2 R1
Ch. 303
RS L10(P7). Ch.289 ) | | L6 (P3), Ch. 285
Ch. 292
Ch.291
L4 (P8), Ch. 283 ch.2s0 | |/ | 17 Pa) cn. 286

Note:- Ch. 290 to Ch. 296 are LVDT points
Ch. 301 to Ch. 303 are thermocouple points on the top skin.
Ch. 304 is a thermocouple point on the bottom skin.

Figure 4 — LVDT and thermocouple locations
Test Sequence

The following test sequence was followed for the structural static test of the first box in the
RT/AR condition as well as the second box under hot/wet condition.

@) Up to limit loads, without pressure

(i)  Up to limit loads, with constant limit pressure

(ili)  Up to ultimate loads, without pressure

(iv)  Up to ultimate loads, with constant ultimate pressure

(v)  Up to failure loads without pressure

The loads were applied in steps of 10 % (or, in some selected stretches, in steps of 25 %) of
limit load. After each load step, strain gage and LVDT data were recorded. Strain gage and
LVDT data were recorded during unloading also. After unloading, the permanent set/residual
strains were also recorded. Strain data of a few back-to-back strain gages in the test panel were
monitored in real time to observe the linearity of the strain output and to monitor the onset of
panel buckling.

Finite Element Analysis

The test box was analyzed using ELFINI software. ELFINI software is a finite element
analysis computer software developed by the erstwhile Avions Marcel Dassault-Breguet
Aviation of France [8]. The finite element meshing was performed using Computer Aided
Three-Dimensional Interactive Analysis (CATIA) software [9]. The finite element model is
shown in Figure 5. The finite element model has 5086 elements and 2411 nodes. The CFC top
and bottom skins were modeled with ‘QD4T2PLATE’ elements. It is a four-noded,
quadrilateral, anisotropic plate element with straight edges. It has six degrees of freedom at
each node, namely, three translations, and three rotations. The element stiffness matrix was
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computed by the layer properties: density, Eij, Ez2, Gi2, V12, thickness of layer, number of
layers in each direction, and the angle of each fiber direction. The material properties used for
the CFC top and bottom skins are shown in Table 3. The degraded material properties due to
hot/wet environmental conditions are also shown in Table 3. These properties were based on
extensive coupon level testing of the CFC material.

Table 3 - Elastic constants used in FEM analysis.

Elastic Constants Room Temperature Hot/Wet
Longitudinal Young’s Modulus, E;, 130.0 GPa 127.0 GPa
Transverse Young’s Modulus, Ej» 10.0 GPa 5.0 GPa
In-plane Poisson’s Ratio, v, 0.35 0.35
In-plane Shear Modulus, G 5.0 GPa 3.6 GPa

Spars 2 and 3 between Ribs 3 and 4 are made of bi-directional carbon-epoxy prepreg tapes
of specification G803-914C-40. The material properties used are E;; = Ez; = 60.0 GPa, G2 =
5.0 GPa and v, - 0.053. Spars 1 and 4 and the segments of Spars 2 and 3 outside of Ribs 3 and
4 are made of aluminum alloy with material properties E = 70.0 GPa and v = 0.3. The flanges
of the spars and ribs were modeled with bar elements. The bending stress carrying area of the
webs was suitably lumped with the flange bar area. The webs of the composite spars were
modeled with isotropic shear panel element with equivalent shear modulus. The flanges of the
composite spars were modeled with bar elements with equivalent Young’s modulus.

Linear Static Analysis

Linear static analysis of the first and second test boxes was performed for the following two

load cases:
)] Design ultimate loads without pressure, and
(i)  Design ultimate loads with design ultimate pressure.

The linear static analysis gives the nodal deflections, and micro-strains in each element. For
the skin elements micro-strain data in each fiber direction was computed. The strains on the top
and bottom surfaces of the skins were also computed. A typical micro-strain contour plot for
the top skin outer surface in the 0° fiber direction is shown in Figure 6. This corresponds to the
DUL with design ultimate pressure case for the first test box in the RT/AR condition. The
complete range of results available from the linear static analysis makes it possible compare the
strain gage and LVDT data obtained during the testing of the boxes.
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Figure 5 — Finite element mesh employed in ELFINI for FEM analysis of the test box.
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Linear Buckling Analysis

Finite element method is a powerful method for predicting the linear buckling loads and
buckling mode shapes. The buckling loads and buckling mode shapes were computed by
solving for eigen values A, which satisfy the following equation

Det (IK]- A[G]) =0 &)

where [K] is the stiffness matrix and [G] is the geometric stiffness matrix. The buckling loads
are given by the eigen values and the corresponding eigen vectors represent the buckling mode
shapes. The eigen values represent the buckling factors. The load at which buckling occurs is
the FEA input load multiplied by the buckling factor. ELFINT uses the “inverse iteration on a
subspace” method for the linear buckling analysis.

*
®
w

Figure 6 - Contour plot of micro-strain distribution for the CFC top skin outer surface along
0°ply direction (for ultimate load and ultimate pressure at room temperature).

Table 4 — Buckling factors obtained from FEM analysis.

S1. No. Condition Buckling Mode Buckling Factor
1 Room Temperature 1 1.248
2 Room Temperature 2 1.478
3 Hot/Wet 1 1.178
4 Hot/Wet 2 1.401

Testing of Pressure Test Box
Test Rig and Test Equipment

Keeping in view the complexity of support and loading conditions needed to conduct the
structural static test of the pressure test boxes, both under RT/AR and hot/wet conditions, a test
rig was specially designed, fabricated and erected at the Component Test Facility of Structural
Integrity Division of National Aerospace Laboratories. Figure 8 shows the schematic diagram
of the test rig with the test box in position for the test. In order to apply the eight loads on the
test box, eight numbers of servo-hydraulic actuators of adequate capacity, along with load cells,
were employed.
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Fig. 7 shows the first two mode shapes for the RT/AR and hot/wet conditions. The
buckling factors are shown in Table 4. The buckling factors and buckling mode shapes
correspond to the load case of design ultimate loads without pressure.

Figure 7-Mode shapes predicted by FEM analysis for test zone top-skin panel
buckling: (a) first buckling mode at room temperature (b) second buckling mode at
room temperature (¢} first buckling mode under hot-wet condition and (d) second
buckling mode under hot/wet condition.

An indigenously designed and developed multi-actuator (ten channel) servo-hydraulic test
controller was used to conduct the computer-controlled test with options to select
loading rate.

Measurement Group, System 4000, data acquisition system was used and all the strain
gages, LVDTs, and load cells were connected to the data acquisition system. A compressed air
pressure vessel was used for applying internal pressure to the test box.

Room Temperature Test

Figure 9 shows a view of the first test box undergoing RT/AR test. The test was conducted
as per the test sequence described earlier. At each step of loading, the strain gage, LVDT and
load cells data were recorded in the data acquisition system. It was observed that the strain
gage output of all the strain gages were linear up to DUL. This implied that the test panel had
not buckled at DUL. Typical strain gage outputs have been compared with those obtained from
FEM analysis and shown later.

In the last test of the test sequence, namely the failure load test, the back-to-back strain gage
outputs exhibited shallow divergence from linearity, indicating the beginning of bending of the
test panel. Typical strain gage output of the back-to-back strain gages in the test panel has been
shown later. The test was terminated at 185% of DLL, when one of the loading brackets failed.



78 COMPOSITE MATERIALS

B _ R [T
‘ y 1 TESTRIG
LOADCEL —
13
~ 14 o w
ACTUATOR 1k v

[T

X

(=1

Figure 8 — Schematic diagram of the specially designed test rig for CFC pressure box test. The
maximum height of the test rig is 2600 mm.

Figure 9 — A view of the CFC pressure test box undergoing room temperature test.
Hot/Wet Test

For the hot/wet test, the moisture conditioned second test box was installed inside an
environmental test chamber mounted on the test rig. A view of the test set-up is shown in
Figure 10. The chamber was made of aluminum frames and sheets. It was suitably insulated
with asbestos and rubber sheets. Care was taken to provide clearances between chamber and
test box at all sides and to route the huge bundles of strain gage lead wires out of the chamber
for connection to the data acquisition system. A steam generator continuously supplied steam
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to the chamber through four steam hoses. Four thermocouples fixed at different locations on
the test panel were connected to the system 4000. The thermocouple outputs were monitored in
real time to ensure that the entire hot/wet test was performed at 100°C + 5°C and > 85% RH
environment. The temperature was maintained at the desired level through the control of steam
inlet valves. Figure 11 shows the temperature variation of the four thermocouples during a
typical hot/wet test.

The hot/wet test was also conducted as per the test sequence described earlier. Typical strain
data obtained from the DUL test are shown later. The strain response up to DUL was almost
linear. This implied that the test panel had not buckled up to DUL. The strain data in the failure
load case showed divergence from linearity after DUL. Typical strain data for back-to-back
strain gages in the test panel, are also shown later. The test panel had started to buckle only
after DUL, as observed during the test. The test under hot/wet condition was terminated at
192.5% of DLL due to the failure of the test box between Ribs 3 and 4.

Figure 10 — 4 view of the CFC pressure test box undergoing full scale hot/wet test at
component test rig at 100°C £5°C and > 85% RH.

Temperature variations in hot/wet condition
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Figure 11 - Temperature variation during hot/wet environmental test for loading up to ultimate
applied load and pressure. Thermocouple locations indicated in Figure 4.
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Southwell Method of Buckling Load Analysis

In the case of hot/wet test, the strain output from back-to-back strain gages in the test panel
exhibited divergence from linearity above DUL. It is also observed that the strain channels at
different locations and along different orientations exhibited different nonlinear behavior after
DUL. In order to draw an objective conclusion as regards the magnitude of critical elastic
buckling load, “Southwell method” of buckling load analysis was carried out [6]. Figure 12
shows a typical Southwell plot of Strain versus Strain per unit load in percent DLL for strain
channel No. 62, whose location is shown in Figure 3. The plot yields a critical buckling load of
170.138 % DLL. Similar Southwell plots for the other back-to-back strain channels in the
buckled region of the test panel yielded the result of critical buckling load varying from 160.1
% to 173.7 % of DLL.

DBP BDX H/W TEST STRAIN/STRAIN PER UNIT LDAD (IN % DLL)BDX ID : DT-01-0331-00-8
RDSETTE ND RT 21 CH # 62 (45 DEG)
1000

Pcr=170.138 % /Q

500

e —
e

MICROSTRAIN

-1500

-2000

-14 -12 -10 -8 6 -4 -2 0 2 4 6
STRAIN/LOAD IN % DLL

Figure 12 — Determination of critical buckling load by Southwell method from a typical strain
gage output from hot/wet test without pressurization up to failure.

Comparison of Results from Test and Analysis
Loads and Reactions

The loads applied in the test and the reactions obtained were monitored through load cells.
These are plotted in Figure 13 for a typical load case and are found to meet the design
requirements.

Deflections

The deflections measured with the help of LVDTs during test were compared with those
from the FEM analysis. Typical comparison is shown in Figure 14 for a hot/wet test. It may be
noted that during the hot/wet test some LVDTs had shown very little or no deflections at the
first step of loading due to the friction between the stem of LVDT and the bottom wall of the
environmental test chamber. This was subsequently set right by allowing free movement of the
stems of those LVDTs. The deflections obtained from tests compare well with the analysis up
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to DLL. Beyond DLL, the deflections from test are on the higher side as compared to those
obtained from linear FEM analysis, as shown in Figure 14.

Loading Up to Design Ultimate Load Without Pressure
Under Hot/Wet Condition Testing
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Figure 13 - Typical test loads compared with those from FEM analysis.

Loading Up to Design Ultimate Load Without Pressure
Under Hot/Wet Condition Testing

Plot 25 LVDT Channel 290 5 Plot 29 LVDTChqane]ZQa}
0 ‘ ; ; ‘ ‘
5 , 150
PO Y A U U S
25 A Test e TS
B0 AL a
Y- S S S S

% Limit Load

Figure 14 - Typical LVDT channel output data plotted against percentage limit load.
For Loading up to Design Ultimate Load without Pressure

Strains

The strain gage outputs in terms of micro-strains recorded during the tests have been
compared with the FEM analysis results. Typical comparison for four channels of strain gages
in the test panel is shown in Figure 15. Analysis of all the strain data of the gages in the test
panel showed that for the RT test, the maximum variation between the strains at DLL recorded
during the test and the strains obtained from finite element analysis (FEA) was around 5%.
Similarly, for the hot/wet test, the variation in the strain values was generally around 10% and
only at a few gage locations, the variation was up to 15 - 25%. From plot 7 of Figure 15, it is
observed that at 150% of DLL the magnitude of strain from test is about 35% less than that of
FEA value. From Figure 15, it is also seen that under room temperature condition the slopes of
strain versus applied load curves obtained from FEA and test compare well up to DLL.
However, under hot/wet conditions, the slopes of FEA data are higher than that obtained from
the test data. This may be due to the variation between material properties of the composite test
panel and those obtained from coupon-level tests.

The strains predicted by analysis in the case of test with internal pressure generally
compared well with the test data.
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For Room Temperature A/R Condition

For Hot/Wet Condition Testing
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Figure 15 — Typical test strain data comparison with those from FEM analysis.
Buckling

The strain output of several pairs of back to back strain gages fixed to the test panel were
analyzed with a view to ascertain the buckling load. Typical strain data for back-to-back strain
gages in the test panel are shown in Figure 16.

For room temperature condition, the FEM analysis had predicted first mode buckling to be
at 124.8% DUL (187.2% DLL). In tests, the test panel started exhibiting out of plane
deformations around 150% of DLL and before the panel could develop a distinctly buckled
(deformed) shape, the box experienced a secondary failure in the metallic loading bracket.

For the hot-wet condition, the FEM analysis predicted first mode buckling to be at 117.8%
DUL (176.7% DLL). In tests, the test panel started exhibiting out of plane deformation at
around 150% DLL. The test panel strain values also started showing divergence from linearity
above 150% DLL. The critical buckling load obtained from use of Southwell method varies
between 160.1% DLL and 173.7% DLL. The mode shapes predicted by the FEM analysis were
also confirmed by the test.
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For Loading up to Failure without Pressure

For Room Temperature A/R Condition
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Figure 16 - Typical back-to-back strain channel data plotted to ascertain buckling of test panel.

Concluding Remarks

In this investigation, an attempt has been made to design, and test a carbon fiber reinforced
composite test box representing a typical wing structure with a view to ascertain the following:

1. The structural integrity assessment of the composite test box up to design ultimate load,;

2. The prediction capability of the FEM analysis employed in respect of displacements,
strains, and critical buckling load, to be determined from actual full scale test of the CFC
pressure box;

3. Effect of environmental degradation on the strength and buckling of the CFC skin through
analysis and testing under both room temperature and hot/wet environmental conditions;

and

4. Effect of internal pressure combined with external loading on the strain response of the
CFC test panel. ‘

From the FEM analysis and test results, it is observed that the structural integrity of the CFC
test box has been ensured up to design ultimate load, both without and with internal pressure,
as well as under room temperature and hot/wet environmental conditions. Comparison of strain
data, as obtained from FEM analysis and from test, show reasonably good correlation with and
without pressure under room temperature condition. However, under hot/wet environmental
conditions, variation was seen between the strain data obtained from analysis and test in a few
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strain channels, especially those close to the buckled region of the test panel. The prediction of
critical buckling loads through FEM analysis have been found to be close to those, obtained
from full scale test of CFC test boxes.
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Abstract: The general aviation approach was taken in these material qualifications, where
it is assumed that a large portion of composite material property batch-to-batch variability
can be reproduced in the laboratory through independent layup and cure of panels, termed
a process lot. A nested experimental design was used to quantify the actual sources of
variability for hot/wet tension and compression strengths, and dry and wet glass transition
temperatures. Two large crossplied panels, each representing a process lot, were
independently made from each of three qualification batches. Two subpanels, each
representing a machine lot, were cut from each process lot panel, then independently
machined into coupons, moisture conditioned, and tested. With these three nested
experimental levels the batch-to-batch variability can be partitioned into true batch
variability, laminate fabrication, coupon test, and within sample variability. Results indicate
that true batch variability was a relatively minor contributor to material property variability
as a whole.

Keywords: Composite, qualification, experiment, nest, regression
Introduction
Background

This composite material qualification work supports the development of a composite
main rotor blade for the AH-64 Apache attack helicopter. Since A-basis allowables were
desired, five batch qualifications were performed for the 250°F (120°C) curing
glass/epoxy materials. A batch is defined as a unique combination of resin and fiber lots.
Two prepregs were qualified in parallel to avoid second source qualification in the future,
and to take advantage of dual sources during the development portion of the program.
Efficiencies from using the regression approach for data layout and allowables calculation
made this affordable.

Materials Engineer and Project Manager, respectively, The Boeing Company, 5000 E.
McDowell, Mesa, AZ, 85215.
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As the glass tape qualifications for this program were being completed, design
established the need for carbon reinforced materials to provide selective additional
stiffness for portions of the blade. The data was urgently needed, but a carbon effort had
not been planned or funded. Neither the blade program management nor the prepreg
manufacturers expressed enthusiasm for the effort and calendar time required for
fabrication of an additional five batches, but A-basis allowables of comparable quality to
the just-completed glass qualifications were desired by design.

Regression Approach

The regression methodology was used for both layout of the data structure [/] and
calculation of the allowables [2] for the glass/epoxy materials. For the critical
environmental condition, typically hot/wet, all five batches were tested, with six coupons
per batch. For less critical conditions, such as Room Temperature Dry (RTD), only two
batches were sampled. This approach is diagrammed in Figure 1, showing the effect of
not testing all five batches for the dry conditions. The dotted line in Figure | represents
the true curve that would be obtained if all five batches were tested dry. The solid line
reflects the inaccuracy that could result from sampling only two batches, which is seen as
negligible compared to the substantially lower hot/wet values that drive design
allowables. Spare panels were cured to allow additional testing should a dry condition
become critical. For the glass qualifications this became necessary, and all five batches
were tested cold/dry for tension as well.

*
§ g
5| & TN
o * x
g b
b7 *
. S
*
Cold/Dry RTD Hot/Dry

Temperature Hot/Wet
* Tested Batch/Condition (6 coupons each)
# Untested Batch/Condition
Figure 1 - Regression qualification methodology.

Nested Experiments

The general aviation community has done an excellent job of combining efforts across
companies for composite material qualifications [3]. One of the most interesting aspects
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of their methodology is the creation of multiple process lots from batches on the
assumption that this will recreate in the test laboratory much of the variation associated
with batch-to-batch variability. During calculation of the allowables these process lots are
treated as if they were batches, allowing the development of much more stable allowables
from a limited number of batches.

During the glass qualifications, a side effort had been planned to investigate the
sources of observed batch-to-batch variation measured during a material qualification.
Similar efforts have been discussed at MIL-HDBK-17 [4] working group meetings for
some time. A nested experimental design [5] was laid out, aiming to partition variability
between: “true” batch variability, variability induced in the process of laying up and
curing panels, and variability induced by machining coupons from the panels then
conditioning and testing them.

This effort was originally planned with two process lots, consisting of panels layed up
and cured at independent times, being fabricated from each of two batches. From each
process lot panel two subpanels for a given test would be cut. Each of these subpanels
would be machined into coupons, conditioned, and tested at independent times, forming a
machine lot. If there was no effect as a result of process lot, then the average of the
process lots from the same batch would be expected to be very similar. In the same
manner, if the machine lot did not have an effect, then machine lots from the same
process lot would be expected to be close. This effort was planned but never performed
due to program schedule and priorities.

Single Panel Testing

For the glass material qualifications, the basic multi-batch mechanical properties were
0° lamina tension and compression, and in-plane shear (IPS) strength. The combined
loading compression (CLC) fixture [6] was used for compression strength testing, where
crossplied laminates (without tabs) are tested and lamina strengths backed out for
optimum compression values. A water boil flexural strength test was being used as a
conditioned receiving inspection test [/]. Since +45° preplied glass tape was being
procured, this test had also been performed using crossplied laminates.

This left tension as the only mechanical test where crossplied laminate testing had not
been performed during the glass qualifications. After a brief laboratory evaluation using
carbon tape, it was apparent that crossplied tension [7-9] was as effective as the
crossplied compression testing, and had the same advantage of eliminating tabs. The use
of tabs brings into the composite variability assessment task a multitude of issues
associated with tab and adhesive materials, and their properties, dimensions, surface
preparation and bonding issues. If standardized composite materials are not possible
without standardized tests, certainly standardized test results are problematic with the
variety of factors introduced by the use of tabs.

Since IPS and flexural strength tests were already performed without tabs, all the
carbon multi-batch mechanical property coupons could now be tested without tabs, and
using the same [90, 0]4s layup. Consolidating the layups meant that the panels for
individual tests could be combined into one panel. This one crossplied panel undergoes
nondestructive inspection (NDI), then subpanels for tension, compression, in-plane shear,



88 COMPOSITE MATERIALS

and flexural strength are rough cut from it. If NDI shows the process lot panel to be
uniform, then one set of physicals (degree of cure, resin content, void volume, etc.) can
represent all of the machine lot subpanels. At least one unidirectional panel is fabricated
and tested for each batch to determine the required elastic and 90° strength properties,
again with tabs being unnecessary.

Carbon/Epoxy Qualification Approach

These various aspects were then combined in an attempt to qualify the IM7
carbon/epoxy unidirectional tape reinforced versions of the prepregs in a manner that met
the technical, schedule, and funding requirements of the program: desire for 5-batch type
A-basis allowables, application of the regression methodology for data layout and
allowables calculation, investigation into the sources of batch-to-batch variability such as
through process lots, and single panel testing.

A three-batch qualification for the carbon tape form was envisioned, as seen in Figure
2, with the batches formed from three resin lots (A, B and C) and two fiber lots (1 and 2).
From each batch two independent process lot panels would be fabricated, numbered 1
though 6. From each process lot panel two subpanels would be cut for tension (T1
through T12) and compression (C1 through C12) tests. The process and machine lot
identification numbers in Figure 2 indicate the randomized run order.
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Figure 2 - Nested experimental design approach.
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These machine lot panels would be machined into coupons, conditioned and tested at
independent times. Three coupons per machine lot would be moisture conditioned at
70°C under more than 85% relative humidity for 30 days then tested at 70°C. The glass
transition temperature (T,) coupons were cut from compression panel trim. T,s were run
on both dry and moisture conditioned samples, two per machine lot.

While intervals between lots of at least two to three days was desired, in some cases
they occurred on subsequent days. All the subpanels to be rough cut from each process lot
panel were programmed into a waterjet cutter, allowing this process to be completed in a
matter of minutes. Since the randomized run order for process and machine lots was
established by the experimental design, this became the pacing item for the entire
qualification. Although some additional planning was required in advance, once the
qualification started scheduling, tracking, and management became minimal issues, rather
than the substantial burden experienced in previous qualifications. All but the nested
hot/wet tension and compression and the T, coupons were machined, conditioned and
tested at the lab’s convenience between machine lots, allowing flexibility in the lab work
load. As many coupons as possible were cut from each machine lot subpanel since the
wafer saw setup had already been performed. This generated a spare coupon pool that was
immediately available for retests, expanded testing for an emerging dry critical condition,
and visual inspection of adjacent coupons in the event of an unusual failure.

Data Review

Once laminate strength values were obtained for the tension and compression
coupons, the 0° lamina strengths were backed out and normalized [6]. The nested
experimental data for the 3M and Hexcel materials are recorded in Tables 1 and 2,
respectively. The tension data for both materials is plotted in Figure 3.

At the top of Figure 3, the average values for the three batches tested are plotted for
both 3M and Hexcel. The horizontal lines connect: the three batches from a manufacturer,
the two process lots from the same batch, or the two machine lots from a process lot. The
point plotted for each batch is connected by a vertical line to the process lots making up
the batch. Each process lot is in turn connected by a vertical line to the two machine lots
making up the process lot. The machine lot points plotted are individual coupon values,
with the coupons from the first machine lot slightly below the horizontal line, and the
second slightly above the line, a total of 72 coupons.

From the plot it certainly appears that the averages for the two materials differ by
about 240 MPa for tension strength. While there is no overlap in batch or process mean
ranges, there is considerable overlap between the two material machine lots. Both
materials have ranges spanning about 560 MPa, leading to an expected standard deviation
of about 140 MPa. With a mean of 2 700 MPa, this would equate to a coefficient of
variation of about 5%, which seems reasonable for tension testing.

For the compression data plotted in Figure 4, there is substantial overlap between
batch, process lot, and machine lot ranges. For compression the range of values for each
material is again about 560 MPa. With a mean of 1 400 MPa, this would equate to a
coefficient of variation of about 10%, not unreasonable for compression testing.
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Table 1 - 3M IM7/SP381 data.

Batch Process Machine Rep- 70°C Wet 70°C Wet  Dry Wet
Lot Lot licate Tensile Compress. T;, °C Tg, °C
Str., MPa Str., MPa

1 1 1 1 2383 1470 147,51 136,98

1 1 1 2 2577 1463 145,04 137,89

1 1 1 3 2555 1611 -- --

1 1 2 1 2763 1462 144, 84 133,68

1 1 2 2 2490 1519 143,51 133, 69

1 1 2 3 2272 1375 -- --

1 2 1 1 2686 1154 150, 66 141, 09

1 2 1 2 2589 1213 151,71 143,31

1 2 1 3 2548 1185 -- -

1 2 2 1 2533 1130 147, 68 147, 69

1 2 2 2 2535 1180 146,21 142,39

1 2 2 3 2417 1355 -- --

2 1 1 1 2554 1641 151,69 135, 28

2 1 1 2 2679 1626 150, 48 135, 09

2 1 1 3 2590 1635 -- --

2 1 2 1 2479 1546 150,21 143, 69

2 1 2 2 2467 1434 150,75 141, 99

2 1 2 3 2649 1401 -- --

2 2 1 1 2531 1328 151,52 136, 41

2 2 1 2 2663 1476 153,16 139, 77

2 2 1 3 2630 1433 -- --

2 2 2 1 2642 1292 150,24 142,00

2 2 2 2 2717 1552 150,40 143, 27

2 2 2 3 2806 1460 -- -

3 1 1 1 2745 1388 150,23 129, 98

3 1 1 2 2626 1381 150,38 132, 38

3 1 1 3 2476 1441 -- -

3 1 2 1 2594 1558 148,94 142,27

3 1 2 2 2591 1664 150, 38 146, 32

3 1 2 3 2681 1361 -- -

3 2 1 1 2510 1526 149, 09 135, 06

3 2 1 2 2528 1418 148, 88 135, 04

3 2 1 3 2696 1485 -- --

3 2 2 1 2584 1644 148,79 142,05

3 2 2 2 2335 1490 147,48 142,02

3 2 2 3 2597 1516 -- --
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Table 2 - Hexcel IM7/R913 data.

Batch Process Machine Rep- 70°C Wet 70°C Wet Dry  Wet
Lot Lot licate  Tensile Compress. Tg, °C T, °C
Str., MPa Str., MPa

1 1 1 1 2717 1510 157,63 154, 56

1 1 1 2 2642 1498 159,93 157,29

1 1 1 3 3000 1420 - -

1 1 2 1 2814 1279 159,12 155, 83

1 1 2 2 2869 1377 157,41 149,29

1 1 2 3 2844 1446 - --

1 2 1 1 2510 1433 157,51 156,08

1 2 1 2 2865 930 158,83 153,74

1 2 1 3 2843 1399 - -

1 2 2 1 2625 1388 157,11 153,53

1 2 2 2 2786 1262 157,36 157,18

1 2 2 3 2577 1283 -- --

2 1 1 1 2851 1274 160, 06 150, 32

2 1 1 2 2935 1498 159,99 150, 68

2 1 1 3 2764 1493 - -

2 1 2 1 2825 1193 160, 10 153,32

2 1 2 2 2899 1381 157,37 153,12

2 1 2 3 2827 1594 -- -

2 2 1 1 2908 1215 158,82 146, 08

2 2 1 2 2906 1473 160, 86 147, 85

2 2 1 3 2914 1474 - -

2 2 2 1 2914 1441 158,76 150,40

2 2 2 2 2747 1383 158,78 146, 23

2 2 2 3 2781 1327 - -

3 1 1 1 2911 1413 160, 09 150,41

3 1 1 2 2653 1264 158,45 151,83

3 1 1 3 2902 1259 - -

3 1 2 1 2964 1120 162, 84 151, 63

3 1 2 2 2612 1074 160,02 154,37

3 1 2 3 2942 1050 - -

3 2 1 1 2939 1222 160,49 149,01

3 2 1 2 2821 1049 161,36 153,04

3 2 1 3 2900 1386 - -

3 2 2 1 2879 1509 159,94 147, 61

3 2 2 2 2797 1199 159, 11 149, 19

3 2 2 3 2724 1275 -~ --
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Figure 3 - 0° Lamina tension strength nested data (ASTM D 3039).
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Figure 4 - 0° Lamina compression strength nested data (ASTM D 6641).
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In addition, it is noted that in tension Hexcel material appears to provide higher
values, while in compression the 3M material does. If both properties have comparable
performance requirements, selecting one as the “best” material is problematic. If a
specification requires both tests, then each material is much more likely to fail one test.

The dry glass transition temperature data can be seen in Figure 5. There is no overlap
between values for the two materials, although the difference in mean values appears to
be less than about 15°C. Differences between machine lots appear more pronounced
compared to the prior mechanical data.

M Hexcel
Batches
Process Lots !
Machine Lots g :
140 145 150 155 160 165 170

Dry Glass Transition Temperature (DMA), °C
Figure 5 - Dry glass transition temperature nested data (SACMA SRM 10R-94).

The wet T, data can be seen in Figure 6. The range for process and machine lot
averages seems to have increased somewhat. While machining did not have a conceivable
influence on T, values, machine lot also encompasses the conditioning and test variability
aspects.

Analysis

The nested experimental data from Tables 1 and 2 were statistically analyzed for each
of the four sets of test values discussed [5, /0]. Basic regression model parameters and
estimates of variance components are contained in Table 3. Various reviews of the
residuals and other model checks did not indicate any problems with assumptions.

The mechanical property models explain at most two-thirds of the variation seen for
those properties. Provided by the analysis is an assessment of the variance for each of the
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random factors included in the experiment: batch, process lot, and machine lot. The
residual variance not explained by any of the experimental factors is also included.

Batches 3M Hexcel

Process Lots "

Machine Lots

130 135 140 145 150 155 160
Wet Glass Transition Temperature (DMA), °C

Figure 6 - Wet glass transition temperature nested data (SACMA SRM 10R-94).

Graphical displays of the results for the tension and compression mechanical
properties can be seen in Figure 7. The comparative width of the distributions shown
represents the variability estimated for each of the random factors, going from batch at
the top of the figure to process lot, machine lot, then residual at the bottom. The scale is
the same for the compression and tension distributions. The numerical value of the
standard deviation represented is noted to the right of each distribution.

Tension

Figure 7 indicates that for a given vendor, the true batch-to-batch contribution to
variability in tension values seen is represented by a standard deviation of 33 MPa. With
about 95% of the variation in values contained within approximately two standard
deviations, we would expect a range of about 132 MPa. For any given batch mean,
represented by the point at the base of the batch distribution, there is a distribution of
process lot averages about that batch mean similar in magnitude to the batch variation.

Since machine lot did not appear as statistically significant for the tension model, there
is no standard deviation or distribution shown. For any given process lot average, there is
variation from the individual coupons within the machine lots, represented by the residual
distribution. We see that within machine lot there is substantially more variation
compared to the batch or process lot contribution.
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Table 3 — Regression model parameters and estimates.

70°C 70°C Dry T, Wet T,
Tension Compression (DMA) (DMA)
Strength Strength
Model Parameters
Rsquare 0.6672 0.6322 0.9810 0.9651
Rsquare Adj. 0.5077 0.4560 0.9629 0.9343
Root Mean Squ. Error 118.2 117.0 1.0526 1.9118
Mean, MPa 2696 1383 154.2025 145.2860
Source Prob>F
Model <0.0001 <0.0001 <0.0001 <0.0001
Vendor 0.0036 0.1753 0.0015 0.0012
Batch 0.2352 0.3496 0.0887 0.5313
Process Lot 0.1575 0.0298 0.1730 0.3935
Machine Lot 0.8633 0.2731 0.0128 <0.0001
Standard Deviation Estimates
MPa °C
Batch 32.96 42.82 1.33 N/A
Process Lot 34.68 85.36 0.82 1.03
Machine Lot N/A 3441 1.02 3.55
Residual 118.2 117.0 1.05 1.91

A conclusion that could be drawn from this is that while testing additional batches
and/or process lots could provide a somewhat better assessment of material variability,
just the act of making and testing more coupons regardless of batch, process lot, or
machine lot is beneficial. For this test, this justifies the general aviation approach
qualification methodology using process lots as a substitute for testing more batches.

Compression

For compression strength there is a similar story in Figure 7, although with some
interesting differences. The contribution of batch is only slightly higher for compression
compared to tension, but process lot seems to introduce substantially more variation.
Perhaps compression is more vulnerable to the small variations in fiber direction
compared to tension, since the coupons came from the same panel. Machine lot is seen as
statistically significant for the compression test data, with a standard deviation of about
34 MPa. Finally, the residual or within machine lot vanability is large and almost
identical to that seen for the tension model. Again process lot appears as a good substitute
for additional batches, with machine lot also contributing, but simply more coupons
regardless of source lot provide a better assessment of variability.

It is very interesting, and somewhat unexpected, that such a large residual should
remain for these mechanical property models. The residual represents the variability
which remains unexplained by any of the model factors. In other words, after the effects

95



96 COMPOSITE MATERIALS

of batch (“true” batch-to-batch variation), process lot (panel layup and cure), and machine
lot (coupon machining, conditioning and test) have been accounted for, more than a third
of the variability remains unexplained.

I'ension Compression

Standard Standard
Deviation, MPa Deviation, MPa
32.96 42.82
Batch
34.68 85.36

Process Lot

N/A
Machine Lot

> | 3 Residual | T

Figure 7 - Nested experiment statistical model variance estimates —
tension and compression strength.

Glass Transition Temperature

The same type of plot is contained in Figure 8 for the dry and wet T, data. The scale
for the wet and dry distributions is the same, although it differs from that used in Figure 7
for clarity. For dry T, there is a pattern similar to the mechanical testing for the batch,
process lot and machine lot contributions to variability, with each having roughly the
same contribution. Interestingly, the residual is also of about the same order, indicating
that this dynamic mechanical analysis (DMA) test is much more reproducible than the
mechanical tests.

While for the wet data the process lot and residual variability contributions are similar
to that seen for the dry data, the batch effect is not statistically significant, and the
machine lot contribution is substantially higher. While it doesn’t seem reasonable that
coupon machining is responsible for the difference in T, values, the conditioning and test
occurring as a part of the machine lot appear to be substantially influencing the results.

Correlation between the properties was evaluated. The only strong correlations were
with the dry T, values. With tension strength the correlation coefficient was 0.75. With
wet T, the correlation coefficient was 0.80. There were no strong correlations between
compression values and the other three tests.
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Dry T, Wet T,

Standard Standard
Deviation, °C Deviation, °C
1.33 N/A
Batch

0.82 1A 1.03
Process Lot /

A 1.03 3.56

Machine Lot |

Residual

1A 1.05 1.91
/) /1

Figure 8 - Nested experiment statistical model variance estimates —
dry and wet glass transition temperature.

Review

This qualification approach and evaluation has achieved several objectives. The nested
experiment contained within the qualification allows assumptions made about variability
sources used to lay out the qualification to be justified by the same qualification data.
This makes the general aviation qualification approach “self-justifying” rather than an
untested assumption. The nested experimental structure also plans and schedules the
work, requiring little intervention or management, and allows completion of the effort in
as little as a few months.

Basic multi-batch composite properties have been tested and variability well
characterized through the fabrication of only six crossplied panels and three
unidirectional panels. The reduction in physical, chemical, and nondestructive testing as a
result of requiring substantially fewer panels alone makes this approach attractive.

This effort fits in well with the regression approach to allowables calculation. The
approach generates an adequate number of adjacent spares that are immediately available
for test or examination if required. Also, the entire effort can be completed without the
use of tabs, which bring their own factors and associated variability. It is very interesting
that different tests appear to respond differently to the sources of material variability,
although for all the tests examined in this effort true batch to batch variability was a
minor component.
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Conclusions

1. The compression and tension mechanical tests respond differently to the
components of variability compared to the dry and wet glass transition
temperature physical tests.

2. For the mechanical tests, simply having more coupons, regardless of batch,
process lot, or machine lot, provided the greatest contribution to characterizing
variability.

3. The residual scatter for the T, tests was much less than for the mechanical
tests, implying better reproducibility.

4. True batch to batch variability was a minor component for all the mechanical
and physical tests performed.
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Abstract: The development of a database and guidelines for its generation are described.
The developed common database guidelines include types and number of mechanical
tests, test methods, and environmental conditions. Methods to reduce the test data to the
level of obtaining A~ and/or B-basis values include statistical procedures that allow
pooling across different environments for the same failure modes in order to increase
sample sizes to estimate material variability. Either Weibull or normal distribution
statistics can be used. For the normal distribution, knockdown factors from mean value
to A-and B-basis material (lamina) allowables were developed that are based on a large
sample size for variability and a smali sample size for the mean. The concept of
establishing large sample (population) variability for particular failure modes has
implications for the statistical significance of design allowables for notched and
unnotched laminates where the test samples are historically small. In order to utilize the
database, each company must demonstrate that their processing of the identical composite
material results in mechanical properties that are the same as in the database.

Equivalency tests, along with statistical acceptance criteria, were developed that would
perform that function. In addition, the developed acceptance criteria may be used by the
manufacturing company to control the quality of the incoming material. This paper will
also contain an example of a database for a carbon/epoxy material along with example
equivalency tests and statistics.

Keywords: composite materials, databases, material allowables, statistical methods,
pooling, equivalency tests, acceptance criteria

Introduction

A major barrier to lowering the cost of aircraft using composite structural materials
has been the cost of certification. To a large extent, the high certification cost has been
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due to the need for individual manufacturers to develop extensive and costly data on
mechanical and chemical properties of the composite materials selected in aircraft
construction. In the conventional approach, each company is required to develop a
complete database. If several companies desire to apply the same material to a number of
components, each company is required to develop the same database. Thus, the
considerable effort involved in generating the database has to be duplicated several times.

The purpose of this work was to establish a database and guidelines for its generation
and use. The database, in this case, was shared by a group of small aircraft companies in
the Advanced General Aviation Technology Experiments (AGATE) consortium.

Because the companies agreed to use a common material and qualification procedure for
each of their applications, only one database development was required. The cost of
generating the database was then shared, resulting in a sizeable saving to each of the
partners. It is estimated that, after the development of a common database, the
certification cost of each company was reduced from $350 000 to $50 000, with a
concurrent reduction in time to complete the development of the property base from as
much as 24 months to as little as 6 months. The developed methodology may also be
used by material suppliers to qualify a material system to be used by future customers
and not necessarily small aircraft builders.

In order to utilize the database, each company must demonstrate that their processing
of the identical composite material results in mechanical properties that are the same as in
the database. Equivalency tests, along with statistical acceptance criteria, were developed
that would perform that function. In addition, the developed acceptance criteria may be
used by the manufacturing company to control the quality of the incoming material that is
being purchased.

Database

The database described here will be able to generate statistically based material
allowables for both A- and B-basis applications. Specific test matrices and test methods
are presented that produce lamina level composite material properties for various loading
modes and environmental conditions. The database only covers the initial material
qualification at the lamina level and does not include procedures for laminate or higher
level building block tests. For brevity, only mechanical property values are discussed;
methods to obtain other material data are contained in [/].

For a composite material system database to be viable, several batches of material
must be characterized to establish the statistically based material property for each of the
material systems. The definition of a batch of material for this database refers to a
quantity of homogenous resin (base resin and curing agent) and fiber prepared in one
operation with traceability to individual component batches as defined by the resin
manufacturer.

In order to account for processing and panel-to-panel variability, the material system
being qualified must also be representative of multiple processing cycles. For this
database, each batch of prepreg material was represented by a minimum of two
independent processing and curing cycles.

In order to substantiate the environmental effects with respect to the material
properties, several environmental conditions are defined to represent extreme cases of
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exposure. The conditions defined as extreme cases in this database are listed as follows:
Cold Temperature Dry (CTD) = -59 °C with an “as-fabricated” moisture content,
Room Temperature Dry (RTD) = ambient laboratory conditions with an as-fabricated
moisture content,
Elevated Temperature Dry (ETD) = 82 °C with an as-fabricated moisture content, and
Elevated Temperature Wet (ETW) = 82 °C with an equilibrium moisture weight gain in
an 85% relative humidity environment.

Two test matrices are presented, one that represents reduced sampling requirements
and one that represents robust requirements. The former, Table 1, is suited for obtaining
B-basis material allowables; the latter, Table 2, is for A-basis material allowables. The
numbers of replicates in the tables are identified as such: the first number is the number
of batches, the second number is the number of replicates per batch. A typical number of
replicates per environmental condition are 18 in Table | and 55 in Table 2. The number
of replicates is based on MIL-HDBK-17 but with number of batches reduced to three.

Table 1 — Reduced sampling requirements for cured lamina properties.

No. of Specimens Per Test Condition

Test Method CTD | RTD [ ETW | ETD
0° _(war;z) Ten‘sile Modulus, Strength and ASTM D 3039 36 %6 36 %6
Poisson’s Ratio*
90° (fill) Tensile Modulus and Strength* ASTM D 3039 3x6 3x6 3x6 3x6
0° (warp) Compressive Strength SACMA SRM | 3x6 3x6 3x6 3x6
0° (warp) Compressive Modulus SACMA SRM 1 3x2 3x2 3x2 3x2
90° (fill) Compressive Strength SACMA SRM 1 3x6 3x6 3x6 3x6
90° (fill) Compressive Modulus SACMA SRM 1 3x2 3x2 3x2 3x2
In-Plane Shear Modulus and Strength* ASTM D 5379 3x6 3x6 3x6 3x6
Short Beam Shear ASTM D 2344 - 3x6 - -

* Strain gages or extensometers used during testing for only two specimens per batch.

Table 2 — Robust sampling requirements for cured lamina properties.

No. of Specimens Per Test Condition

Test Method CTD RTD ETW ETD
0° (warp) Tensile Modulus, Strength | xqTvp3039 | sxi1 | sxil | sxi1 | s«
and Poisson’s Ratio*
90° (fill) Tensile Modulus and Strength* | ASTM D 3039 S5xl11 S5x11 S5x11 5x11
0° (warp) Compressive Strength SACMA SRM 1 5x11 5x11 Sx11 5x11
0° (warp) Compressive Modulus SACMA SRM 1 5x4 5x4 5x4 5x4
90° (fill) Compressive Strength SACMA SRM | S5x11 S5x11 5x11 5x11
90° (fill) Compressive Modulus SACMA SRM 1 5x4 5x4 5x4 5x4
In-Plane Shear Modulus and Strength* ASTM D 5379 5x11 5xl11 5x11 5x11
Short Beam Shear ASTM D 2344 - S5x11 -- -

* Strain gages or extensometers used during testing for only four specimens per batch.

Tables 1 and 2 can be used for both tape and fabric material although the specimen
width for ASTM D 3039 will be different. The suppliers for the Advanced Composite
Materials Association (SACMA) SRM 1 [2] test method for compression properties
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requires two different specimens to be tested. Therefore, the two additional specimens
needed to determine stiffness properties are reflected in these tables. The test methods
cited are currently being used in general aviation industry. Other test methods, such as
the combined loading compression [3], are preferable as they do not require separate test
specimens for stiffness measurements. The number of replicates at each environmental
condition can be considered a minimum: 18 for B-basis and 55 for A-basis. A much
larger number is recommended in MIL-HDBK-17. However, the number of specimens
chosen is representative of industry practice, primarily small aircraft manufacturers. As
the number of replicates is small, there is a need to lessen the impact of low material
allowables on the design of the structure.

Material Allowable Generation

Upon completion of the mechanical test program and data reduction, including
normalization of fiber-dominated properties, the next step in the qualification procedure
is to produce statistical material allowables for each mechanical property. B- or A-basis
material allowables are determined for each strength property using the statistical
procedures outlined in the following sections. In the case of modulus and Poisson’s ratio,
the average value of all corresponding tests for each environmental condition are used as
design properties.

The general methodology described here is based on the methodology described in {4]
that employed the Weibull distribution to characterize the data. Here, the methodology is
extended to encompass a normal distribution. Either statistical distribution can be used,
depending on the best fit to the data, although, in general, the use of the Weibull
distribution will result in more conservative material allowables. In this data reduction
method, the data from all environments, batches, and panels are pooled to obtain
population variability factors for each test condition and failure mode, i.e., tension,
compression, and shear. This approach allows the use of small data sets to grow the
database and establish material basis numbers from this much larger data set.

The data reduction methodology presented in this section requires several underlying
assumptions in order to generate a valid material allowable. By pooling the data sets in
the analysis method, the variability across environments should be comparable and the
failure modes for each environment should not significantly change. If the variability or
failure modes significantly change, recourse should be taken in the traditional methods of
MIL-HDBK-17.

Data Reduction Methodology

The methodology to produce a material allowable (based upon testing represented by
the Tables 1 and 2) is presented through a stepwise process, which assumes that all
testing data for each condition and testing environment has been reduced and is in terms
of failure stress. An assumption of normality is used in the method to reduce and model
the behavior. The stepwise process then proceeds as follows.

1. All relevant fiber-dominated property data is normalized via the procedures presented in

MIL-HDBK-17-1E. This normalization procedure accounts for variations in the fiber

volume fraction between individual specimens, panels, and/or batches of material.
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2. For a single test condition (such as 0° compression strength), the data for each
environment being tested is collected. The number of observations in each
environmental condition is n; where the subscript j represents the total number of
environments being pooled. The sample mean ¥ and sample standard deviation s for
each environment is then calculated by

f=1%x M
ni=t
A
=t S -% @
n—1i=

For each environment, the environmental groupings must be checked for any outliers as
well as for the assumption of normality. In addition, the variances of each environmental
grouping should be checked for equality. If any outliers exist within each environmental
grouping, the disposition of each outlier should be investigated via the procedures given
in MIL-HDBK-17. For the check of population normality, engineering judgment should
be applied to verify that the assumption of normality is not significantly violated. If the
variance of each environmental grouping is significantly different, as determined by the
procedure described later, statistical methods of MIL-HDBK-17 should be used.

3. Strength data at each environment is then normalized by dividing the individual strength
by the mean strength. This results in all data having a mean of 1.0. Next, all the
normalized data from each environment is pooled together into one data set.

4. For the pooled, normalized data set, the number of samples N, the sample mean X , and
sample standard deviation s is calculated by Equations (1) and (2). For the pooled data
set, a visual comparison of the best normal fit should be conducted. If the assumption of
normality is significantly violated, the other statistical models should be investigated to
fit the data. In general, the Weibull distribution provides the most conservative basis
value.

5. The one-sided B- and A-basis tolerance factors are calculated for the normal distribution
for each environment j that is based upon the number of samples in the pooled data set N
and the number of samples in each environment n;. The B-basis tolerance factor (number
of standard deviations), (k;); may be approximated by [5]

2
ff 1 by b,
kp) =z, 1= - -4 3
(B)/ % Q+ CB"-+[203] 2¢, @

I
where n; is the number of observations of the selected environment (a subset of N, the
number of total pooled observations) and z; is the standard normal random variable. In
the case of a B-basis calculation, zp is taken as 1.28 115 (90% probability). The subscript
jis used to indicate the tolerance factor for that specific environment. The coefficients by
and ¢ are given by the following relationships

1 1 1
b, (f)=1.1372—=—0.49162 — +0.18612 —— 4)
’ Jr f N
e, (f)= 0.36961+0,040342—— —0.71750- +0.1963—— Q)

Jf f Nf
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where f= N-2 is the degree of freedom for the variance. In the case f2 3, Q may be
approximated by

0=f-23277 +l.138+0.6057—1——0.3287% ©)

77

For f= 2, the exact value of Q may be used as Q = 0.05129. The above approximations
are accurate within 1.2% of the tabulated values for B-basis calculations.

The A-basis tolerance factor, k4, may be approximated by

2
- fi / Lo (oa | _ba
(kA )j =24 0 + cn, +[20A ] 2(:A O]

where n; is the number of observations of the selected environment (a subset of N, the
number of total pooled observations) and z, is the standard normal random variable. In
the case of an A-basis calculation, z, is taken as 2.32635 (99% probability). The
subscript j is used to indicate the tolerance factor for that specific environment. The
coefficients b4 and c,4 are given by the following relationships

1 1 1
b, (f)=2.0643——-0.95145—+0.51251 —= 8)
! Jr f Nf

c,(f)=0.36961+ 0.0026958—— —0.65201 - +0.011320—— )

Jr f f

where f = N-2 is the degree of freedom for the variance. In the case f2 3, Q may be
approximated by

Q=f-2327,[F + 1.138+0.6057——1-—0.3287% (10)

V5

For f =2, the exact value of Q may be used as Q = 0.05129. The above approximations
are accurate within 0.9% of the tabulated values for A-basis calculations.

The normal distribution B- and A-basis allowable is then calculated using the pooled
(normalized by fiber volume) mean, standard deviation, and tolerance factors for each
environment j via the equation

B, =x-(k;);s an
This number is essentially a knockdown factor less than 1. The A-basis value for each
environment may be obtained similarly by

A, =x—(k,)s 12)
The pooled basis values obtained in step 6 are multiplied by the mean strength calculated

for each environment obtained in step 2. These values then become the basis values (A
and B) for each individual environmental condition.
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Equality of Variance — The equality of variances between the different grouped data
must also be checked using Levene’s test [MIL-HDBK-17-1E]. This test determines
whether the sample variances for “k” groups differ significantly, which is an important
assumption that must be validated to substantiate pooling across environments. This test
is usually performed at a significance level of 0.05. It should be noted that values less
than 0.05 may also be used to assess equality of variances at different environments.
These different significance values can be useful in establishing engineering judgment as
to the degree of variance inequality and suggest possible problems with obtaining a
representative pooled data set. In the case when the variances are not equal at the 0.05
level, engineering judgment should be used to determine the degree of inequality.

Figure 1 provides guidance in the situation of unequal variances and describes procedures
to obtain a conservative material allowable. Note that these procedures must be
combined with engineering judgment and that the failure modes must remain the same
across environments. In general, if variances are significantly different at the 0.01 level,
the reason should be investigated and some corrective action may be required.

[ Check Equality of Variance ]

Variance
Equal?
Using “engineering judgment,”

assess the degree of inequality ACCEPTABLE
using a = 0.05, 0.025 and 0'01J
| S—

YES

1
QUESTIONABLE

o A

Identify data set problem lookingatl,______________ H|GH CV
Coefficients of Variations (CV)
__

1
LOW GV

( ) r
Delete low CV environmental ! Proceed with analysis as
data set from anatysis J 7L presented

if an environmental data set was

deleted, use the pooled variability

for the A- and B-basis muitiplied

by the mean of the deleted data YES

set to generate the allowable for
that environment J

Was a data
set deleted for
the analysis?

NO

Use A- and B-basis
allowables as generated

Figure 1 — Procedure to obtain material allowables in the case of variance inequality.
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In general, a coefficient of variation between 4% to 10% is typical of composite materials.
Experiences with large data sets have shown that this range is representative of most
composite material systems. Lower coefficients of variation may be caused by the specimen
fabrication and testing by a single laboratory while higher coefficients may point to lack of
material and processing control. In cases where the coefficients of variation of the pooled
data set are higher or lower than this range, the reason for the higher or lower coefficient of
variation should be investigated before determining design allowable values from the pooled
data set. For the coefficient of variation lower than 4%, an assigned value of 4% may be
considered as an alternative engineering solution.

Example of B-Basis Calculation

This section illustrates the calculation of basis values according to the stepwise
procedure presented using example mechanical property data (in the case of this specific
example, for compression) that was generated according to the test matrix of Table 1 with
some reduction in testing at CTD. The example data have been normalized to fiber
volume fraction. The resulting mechanical property data (in MPa) are shown in Table 3.
The sample mean, standard deviation, coefficient of variation, and number of
observations are shown at the bottom of each column of data that is grouped by testing
environment.

The next step in the data reduction procedure is to check the individually grouped
environmental data for any outliers that may exist. Using MIL-HDBK-17 method, an
outlier is detected in the ETD test data for the stress of 403.3 MPa. For the purpose of
this example, the low outlier will be retained in the data set at this point.

Table 3 — Example data set for each testing environment.

CTD RTD llj ETD I ETW
Batch]Panel] Data [{Batch[Panel] Data ]Batch[Panei]l Data |iBatchfPanel] Data
1 1 712.0 1 1 650.8 1 1 501.3 1 1 384.8
1 1 719.0 1 1 702.3 1 1 564.6 1 1 385.1
1 1 769.4 1 1 705.8 1 1 474.5 1 1 400.5
1 2 7676 1 2 699.4 1 2 543.1 1 2 438.4
1 2 709.9 1 2 666.6 1 2 584.9 1 2 414.6
1 2 748.9 1 2 717.8 1 2 550.9 1 2 3927

2 3 705.8 2 3 403.3 2 3 434.3
2 3 666.6 2 3 573.0 2 3 467.4
2 3 671.8 2 3 552.7 2 3 447.8
2 4 656.8 2 4 557.2 2 4 421.2
2 4 720.4 2 4 583.9 2 4 453.2
2 4 681.9 2 4 633.5 2 4 425.9
3 5 646.4 3 5 524.8 3 5 4282
3 5 630.7 3 5 536.7 3 5 414.2
3 5 647.1 3 5 574.4 3 5 4106
3 6 658.6 3 6 5085 3 6 456.4
3 6 669.4 3 ] 580.7 3 6 3928
3 6 687.7 3 6 494.2 3 6 4139
AVG @ 7378 AVG : 6770 AVG : 6412 AVG 4212
STD : 2760 STD - 2677 sTD : 5178 STD : 2495
CV% : 374 CVv% : 385 CV% : 957 CV% : 692
n : 6 n : 18 n : 18 n : 18
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After the data is checked for outliers, visual and statistical checks should be performed
on the environmentally grouped data to validate the assumption of normality. Figure 2
shows the data from Table 3 plotted against the standard normal curves for each
environment tested. The Figure 2(a) plot is graphically represented on a normality scale,
which reduces the distribution to a straight line. The identified outlier RTD is the only
point that does not fit the normality criterion. This type of plotting is a graphical method
for determining whether sample data conforms to a hypothesized normal distribution
based on a subjective visual examination of the data. If the normal distribution
adequately describes the data, the plotted points will fall approximately on a straight line.
As seen in Figure 2(b), the normal model appears to closely represent the data across all
represented environments and does not appear to cause any significant concerns.

Failure Stress (MPa)

1

Probability of Survivat

200 —

200

-

0
Normal Score

@)

3

I ! I ! 1
0 800
Failure Stress (MPa)

(b)

Figure 2 — Fit of experimental data for each environment [(a) normality scale — (b)

probability scale].
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In addition to a visual check on normality, an Anderson-Darling (A-D) test was
performed to check the normality of the data at each environmental condition. The A-D
test showed that the normality of the data at each environmental condition is not rejected.

The next step in the data reduction process is the pooling of data across environments.
At this point, the equality of variance was performed using the F-test. This statistical test
showed that at the 0.05 significance level the variances at the four environmental
conditions cannot be ruled out to be different. The Feacuiaied Was equal to 1.88 which is
below Fegigical = 2.93. The data from each environment is normalized using the sample
mean from each environmental condition. Table 4 shows the resulting normalized data
pooling all environments together. As seen from this method, all strength values then
take on a normalized value in the neighborhood of one. Also shown in Table 4 are the
resulting mean, standard deviation, coefficient of variation, and number of observations.
Using the pooled data, Figure 3 shows the visual check of the normal distribution with
respect to the pooled data. As seen from Figure 3, the normal model appears to closely
represent the data across all pooled data. Again, the only exception is the outlier.

After the pooled data have been collected, the pooled sample mean and standard
deviation may be computed (see Table 4). Using these values, the B- and A-basis values
may be calculated for the pooled data. Using Equations 3-10, the one-sided tolerance
limits may be calculated for each environmental condition. The values of these tolerance
limits for each environment are shown in Table 5. k4 and kg, when combined with the
pooled normal sample mean and standard deviation, yield B and A knockdown values for

each by Equations (11) and (12) as shown in Table 6.

Table 4 — Resulting pooled data after normalization procedure.

— — =
ciD__ RTOD ETD ETW

Batch[Panel] Data |[Batch[Panell Data |iBatch[Panel]l Data |Batch|Panel]l Data
1 1 0.965 1 1 0.961 1 1 0.926 1 1 0.913
1 1 0975 1 1 1.037 1 1 1.043 1 1 0914
1 1 1.043 1 1 1.042 1 1 0.877 1 1 0.851
1 2 1.040 1 2 1.033 1 2 1,003 1 2 1.044
1 2 0.962 1 2 0.985 1 2 1.081 1 2 0.984
1 2 1015 1 2 1.060 1 2 1018 1 2 0.832
2 3 1.042 2 3 0.745 2 3 1,031
2 3 0.985 2 3 1.059 2 3 1110
2 3 0,992 2 3 1,021 2 3 1,063
2 4 0970 2 4 1.029 2 4 1,000
2 4 1.064 2 4 1.079 2 4 1.076
2 4 1.007 2 4 1471 2 4 1011
3 5 0.955 3 5 0970 3 5 1016
3 5 0.932 3 5 0892 3 5 ©.983
3 5 0.956 3 5 1.061 3 5 0975
3 [ 0973 3 6 0939 3 6 1.084
3 [ 0.988 3 6 1073 3 6 0.833
3 [ 1016 3 [ 0913 3 6 0.883

Pooled Average ;] 1.000

Pooled Standard Dev.:} 0.0649

Coeff, of Variation (%) :]  6.494]

Number of Observations : 60
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Figure 3 — Fit of pooled data [(a) normality scale — (b} probability scale].

Table 5 — Example tolerance limit values for each environment.

Normatized Pooled Data

Probability of Survival

0.9 —
0.8 —
b (o4
0.7
! " 1 | | L
-3 -1 0 1 2 3
Normal Score
(a)
1 -
Normai Fit
08 = Pocled Data
0.6 —
0.4 —
0.2 —
° T — T
0.6 0.8 1 1.2 1.4

(b)

Normalized Pooled Data

Statistic CTD RTD ETD ETW
kg 2.0281 1.7585 1.7585 1.7585
ka 3.1632 2.9250 2.9250 2.9250
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Table 6 — Example knockdown values for each environment.

| Statistic CTD RTD ETD ETW
Brormal 0.8683 0.8858 0.8858 0.8858
Anormal 0.7946 0.8100 0.8100 0.8100

Once these values are calculated, the B- and A-basis for each environmental condition
are obtained using the mean of each environment and the pooled B- and A-basis values.
Simple multiplication yields the B- and A-basis values for each of the environmental
conditions as shown in Table 7.

Table 7 — Example basis values for each environment (in MPa).

Statistic CTD RTD ETD ETW
B-Basis Value 640 600 479 373
A-Basis Value 586 548 438 341

It should be noted that even though A-basis numbers were calculated for this example,
the number of specimens was more in accordance with the number recommended for B-
basis calculations. For a more robust A-basis allowable, the number of specimens can be
increased to those given in Table 2.

Material Equivalence and Acceptance Testing

The methodology to demonstrate material equivalency and establish acceptance
testing criteria is described next. Material equivalency programs are specified to assure
that a follow-on material will produce material properties equivalent to those of the
original qualification. Acceptance testing is a quality control procedure designed to
detect large property variations or undesirably high or low properties in an incoming
prepreg lot.
The procedures for material equivalency described in this document are only
applicable to the following specific types of changes:
a. Identical material fabricated by the same airframe manufacturer using identical
fabrication process at a different location,
b. Identical material fabricated by a different airframe manufacturer using a follow-on
process that is equivalent to the original process,
c. Identical material fabricated by the same airframe manufacturer using a follow-on
process that is slightly different from the original process,
d. Minor changes in the prepreg constituent(s) and/or constituent manufacturing process,
or
e. Combinations of the above.

The equivalence criterion that was chosen is based on a statistical test commonly
known as test of hypotheses [6]. For strength properties, both the means and the
minimum individuals are considered. As this is a joint or combined ¢ for one-sided test,
a low mean or low minimum individual, or both, will constitute a rejection. For modulus
properties, only the means are considered.

When showing equivalency, engineering judgment should not be left behind. If some
mechanical property at one temperature does not show statistical equivalence, the
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importance of that property and the size of the discrepancy should be investigated before
declaring that the materials are not the same or equivalent. For example, tensile strength
and modulus and ETW compression strength and modulus are examples of properties that
are usually design critical and therefore more importance should be placed on the
statistical test results for these properties.

Acceptance testing is also known as material receiving inspection, incoming material
inspection, or raw material quality control testing. It is designed to detect large variations
or undesirably high or low properties in the incoming prepreg lot. The procedures and
acceptance criteria described herein are intended as guidelines for developing material
and process specifications for quality control purposes. The procedures for receiving
inspection do not allow for any changes in the material system or manufacturing process.
The material system and manufacturing process must be identical to that used in the
original qualification, or if material equivalency has been substantiated, it must be
identical to that used in the material equivalence exercise.

Testing Requirements for Material Equivalence

For mechanical properties, Table 8 describes the minimum number of tests required
for each environmental condition along with the relevant test methods to establish
material equivalence with respect to the original A- or B-basis design allowable, The
temperature for each environmental condition was described previously. Specimen
sampling and selection should be based on at least two independent processing or cure
cycles. Thus, eight replicates in Table 8 represent four replicates for each processing or
cure cycle. Table 8 is a reduced version of Table 1, otherwise there would be no benefit
in trying to use the existing database if one has to duplicate it. For Table 8, the two most
critical environments were selected. The number of batches were reduced to one, the
number of processing cycles reduced to two, and the number of replicates reduced from 6
to 4.

Table 8 — Material equivalence testing requirements for cured lamina properties.

No. of Specimens Per
Test Condition
Test Method RTD ETW

0° (warp) Tensile Modulus and Strength' ASTM D3039 8 8
90° (fill) Tensile Modulus and Strength”2 ASTM D 3039 4 4
0° (warp) Compressive Strength SACMA SRM | 8 8
0° (warp) Compressive Modulus SACMA SRM 1 4 4
90° (fill) Compressive Strength2 SACMA SRM 1 8 8
90° (fill) Compressive Modulus® SACMA SRM 1 4 4
In-Plane Shear Modulus and Strength’ ASTM D 5379 8 8
Short Beam Shear ASTM D 2344 8 --

! Strain gages or appropriate extensometers are to be used on four specimens.
? Only required for unidirectional (tape) material form when design relies on these properties.
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Testing Requirements for Acceptance

Acceptance test requirements may vary from airframe manufacturer to airframe
manufacturer. All of the mechanical tests described in Table 9 should be performed by a
material vendor, airframe manufacturer, or both. For acceptance testing, it is not
necessary to incorporate processing cycle or panel-to-panel variability as was required for
the equivalency testing. All of the test panels for the test matrix in Table 9 may be
processed in a single cure cycle.

Table 9 — Acceptance testing requirements for cured lamina properties.

No. of Specimens Per Test
Condition
Test Method RTD ETD

0° (warp) Tensile Modulus and Strength' ASTM D3039 5

90° (fill) Tensile Modulus and Strength“2 ASTM D 3039 5

0° (warp) Compressive Strength SACMA SRM 1 5
0° (warp) Compressive Modulus SACMA SRM 1 2
90° (fill) Compressive Strength SACMA SRM 1 5
90° (fill) Compressive Modulus? SACMA SRM | 2
In-Plane Shear Modulus and Strength' ASTM D 5379 5

Short Beam Shear ASTM D 2344 8 8

! Strain gages or appropriate extensometers are to be used on four specimens.
2 Only required for unidirectional (tape) material form when design relies on these properties.

Statistical Tests

This section provides test statistics related to material equivalency and acceptance
testing. The test statistics are selected based on the material properties of interest. The
test statistic for modulus requires that the mean value to be within an acceptable range,
neither a high nor a low mean is desirable. The test statistics for these properties are
designed to reject either a high or a low mean value. The test statistics for strength
properties, on the other hand, will reject either a low mean or a low minimum individual
value.

Failure for Decrease in Mean or Minimum Individual — The mean, x, and standard
deviation, s, are approximated by results from the individual test condition (environment)
of the original qualification. The pass/fail thresholds for mean properties, Wiy, are
determined by Equation (13). The mean values from experimental tests must meet or
exceed

W = E _ k see footnote(4) .5 4 (1 3)

mean n

The pass/fail threshold for minimum individual properties, Wiinimum individuat, are
determined by Equation 14. The minimum individual values from experimental tests
must meet or exceed

* See Table 20 of {1] for appropriate k.
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= see footnote(5)
Wminimum individual — % kn -5 (]4)

Failure for Change in Mean - This statistical test assumes that the standard deviations
of the original and follow-on data are equal but unknown. The pooled standard deviation,
Sp, is used as an estimator of common population standard deviation.

s = ("1_1)'S|2"'("2"'1)'522
= (15)
n+n,~2
fy=— (16)
I 1
Sp. —
nn,

The test statistic is #p, and » is the number of specimens. Subscripts / and 2 denote
follow-on and original, respectively. Since this is a two-sided t-test, ¢, , =¢ t

al2m+ny-2? “an

is obtained from Table 22 of [/]. The passing range is between -z, ,,, ., , and

t In other words, fo must be smaller than ¢, ,,, ,,, ., but larger than

al2nm+ny=2"
. . . o
= ly 1 2m+n,—2 tO Pass the criteria. For stiffness properties, modulus, and Poisson’s ratio,

variations of +5-7% from the base material mean can be an acceptable practice if
difficulties are encountered with the t-test.

Criteria Specific to Material Equivalence

For determining material equivalency, it is recommended to set the probability of
rejecting a good property (&) to 0.05 or 5% for all test methods that utilize the test
statistics. One retest is allowed for each property, reducing the actual probability to
0.0025 or 0.25%. As depicted in Table 8, a minimum of eight specimens is required for
strength properties comparison (typically four specimens from each processing cycle). A
minimum of four specimens is required for modulus comparisons (typically two
specimens from each processing cycle). In the case where one or more properties fail the
criteria, one may choose to test only those properties that failed the criteria. However, it
is recommended that the entire material equivalence test matrix be repeated if more than
half of the properties in Table 8 fail the criteria, so that a new qualification database may
be generated.

Criteria Specific to Acceptance Testing

For determining material acceptance, it is recommended to set the probability of
rejecting a good property to 0.01 or 1% for all the test methods that utilize the test
statistics, Since one retest is allowed for acceptance testing, the actual probability of
rejecting a good property is reduced to 0.0001 or 0.01%. Only those properties that fail

3See Table 21 of [I] for appropriate k,.
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the criteria need to be repeated. It is highly recommended that five or more specimens be
used to reduce the probability of accepting a bad lot of prepreg material without
increasing the probability of rejecting a good lot of material.

Concluding Remarks

The utility of a database that is based on a minimum number of specimen replication
has been demonstrated using AGATE consortium database. The approach described here
produced A- and B-basis material allowables that were sound statistically and made
engineering sense. In this approach, advantage is taken of statistical procedures that
allow pooling across different environments for the same failure modes in order to
increase sample sizes in the estimate of material variability. Either Weibull or normal
distribution statistics can be used, although only the use of a normal distribution was
shown. For the normal distribution, equations are given that can be used to calculate
knockdown factors from the means to A- and B-basis values based on a large sample size
for variability and a small sample size for the mean. The concept of establishing large
sample (population) variability for particular failure modes has implications for the
statistical significance of design allowables for notched and unnotched laminates where
the test samples are historically small.

Equivalency tests were developed that would permit usage of the database by new
material users. Guidelines are given, in terms of mechanical and statistical testing, for
what the company must demonstrate to show that their processing produces the same
material as the original database. In addition, guidelines and criteria were provided for
what mechanical and statistical tests should be used in the material acceptance activity
that a manufacturing company could use to control the quality of the incoming material.
For best results the equivalency and acceptance testing should mirror test methods and
processing of the database with the criteria also derived from the database.
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Abstract: The need for a static test method for modeling low-velocity foreign object
impact events to composites would prove to be very beneficial to researchers because
much more data can be obtained from a static test than from an impact test. In order to
examine if this is feasible, a series of static indentation and low velocity impact tests
were carried out and compared. Square specimens of many sizes and thickness were
utilized to cover the array of types of low velocity impact events. Laminates with a ©/4
stacking sequence were employed because this is by far the most common type of
engineering laminate. Three distinct flexural rigidities under two different boundary
conditions were tested in order to obtain damage due to large deflections, contact
stresses and to examine if the static indentation-impact comparisons are valid under the
spectrum of damage modes that can be experienced. Comparisons between static
indentation and low velocity impact tests were based on the maximum applied
transverse load. The dependent parameters examined included dent depth, back surface
crack length, delamination area and to a limited extent, load-deflection behavior.
Results from this particular study showed that no distinct differences could be seen
between the static indentation tests and the low velocity impact tests.

Keywords: composites, static indentation, impact, transverse loading rate

Low velocity impact events are expected to occur during the manufacturing and
service life of composite parts and/or structures. Foreign body impact can occur during
manufacturing, routine maintenance or use of a laminated composite part. This has led
to an abundance of research on low-velocity impact damage to laminated composite
plates. Typically, laminated plates are impacted by a “drop weight” method. This
method usually consists of an instrumented striker (tup) that is secured to a carriage that
falls along guideposts and collides with the plate. After an impact event has been
performed, ultrasonic C-scans, X-radiography and cross sectional photo-microscopy are
some of the common techniques used to document the damage area. Post impact
strength testing (mostly compression) is often performed to evaluate a material’s or
structure’s damage tolerance.

! Composite Materials Engincer, NASA Marshall Space Flight Center. ED34. MSFC . AL 35812.
2 Design Engineer, International Construction Equipment. 301 Warchouse Dr., Matthews, NC 28104,
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It would be very beneficial to simulate an impact event using a “quasi-static” loading
test. By using this test, damage initiation and propagation can be more easily detected,
deflection can be directly measured with great accuracy, and maximum transverse force
can be better controlled. Thus it is the focus of the work in this study to examine if drop
weight impact tests and quasi-static loading tests give the same size, shape, and location
of damage for a given maximum transverse load.

In the present study, all tests were conducted on laminated plates made from an
intermediate modulus carbon fiber with a toughened epoxy resin in prepreg form. The
plates tested were quasi-isotropic with a stacking sequence of £+45,90,-45,0]n5, with n
equal to 1,2,4, or 6, and a per ply areal density of 0.0194 g/cm”.

Previous Work
Background

The need for a static (or more commonly referred to as quasi-static) test method for
modeling low-velocity foreign object impact events would prove to be very beneficial
to researchers since much more data can be obtained from a quasi-static test than from
an impact test. Standard Test Method for Measuring the Damage Resistance of a Fiber-
Reinforced Polymer-Matrix Composite to a Concentrated Quasi-Static Indentation
Force (ASTM Standard D6264-98) has been proposed for transverse quasi-static
loading of composite laminates, although the standard stops short of claiming to
represent low-velocity impacts. Since a “low-velocity” impact event lasts approximately
6-10 milliseconds there is debate as to whether or not a quasi-static indentation test truly
represents a low velocity impact event.

First it is important to determine whether or not an impact event is considered “low-
velocity” and can thus be subject to further analysis as a quasi-static event. it has been
clearly shown that projectile-type impacts in the ballistic range are governed by
dynamic events and therefore could never be represented by a quasi-static test [/,2,3].
Some research efforts have been focused on defining the bound between “low-velocity”
and “dynamic” impact events. One study suggested that the impactor to target
frequency ratio governs the type of event with a low (much less than unity) ratio
implying a quasi-static event [4]. A simpler method was obtained by Swanson [3] in
which a rule has been established that if the impactor mass is more than ten times the
“lumped mass” of the target, then the impact event will be quasi-static in nature. The
“lumped mass” is a function of the target shape and boundary conditions but is
generally about one-half the mass of the entire target. However, for most practical
purposes it is fairly clear if an impact event is “low-velocity” or not. High-velocity/large
mass impacts of are little concern because the part will be so heavily damaged by such
an event that an analysis is not needed and conversely a low velocity/low mass impact
is of little concern because no visible damage will form.

Once an impact event is deemed to be “low-velocity” the question remains as to
whether or not a static indentation test can be performed that will duplicate certain
aspects of the impact. Some of these aspects include permanent indentation, maximum
displacement and most importantly, amount and type of damage formed. All of these
parameters must be compared against an independent variable that will be common to
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both tests. It has been suggested that this independent variable be the maximum
transverse load [3,6,7].

Permanent indentation after an impact or quasi-static loading test has been examined
in a few studies [8,9,/0]. The one common feature to all of these studies is the large
amount of scatter in indentation depth data to the point of rendering this measurement
useless. Nevertheless, it was decided to examine this parameter in this study to see how
much scatter would exist.

For load-deflection correlation it is imperative to have an instrumented impact
apparatus. The interpretation of the signals has been greatly simplified with the use of
commercially available systems that filter the load signals to reduce unwanted noise.
Care must be taken to ensure that the filter being used does not mask important load
events. A complete analysis of instrumented impact testing is beyond the scope of this
study, but two excellent references are noted for the reader [17,12].

The amount of damage formed by an impact event can be measured in a number of
ways. Destructively, the impacted specimen can be sectioned and examined under high
magnification, or a residual property can be measured (termed “damage tolerance™).
Non-destructively, ultrasonic or X-radiography can give a planar indication of the type
and extent of damage. Ultimately the amount of damage formed by an impact event is
of the most concern to the engineer investigating such an occurrence and because the
impacted part may still be useable, nondestructive techniques are preferred. Thus the
major portion of this study will deal with the resulting damage as detected via
nondestructive evaluation, and whether or not the damage formed for a given transverse
load is similar in low-velocity impact and quasi-static testing.

Impact versus Quasi-Static Testing

Several studies [3,6,8,13,14] show a similarity between quasi-static indentation and
drop weight impact testing. While other studies, [7,/5,16] have shown a limit to the
applicability of using quasi-static indentation to represent impact events, it must be
noted that there are many variables involved in these tests such as boundary conditions,
specimen size, specimen thickness, stacking sequence, impactor size, impactor shape
and type of fiber/resin system. The amount of impact damage formed in a laminated
composite has been shown to be very sensitive to stacking sequence, regardless of
thickness [/7]. As plies are grouped together, larger areas of delaminations tend to
form. It has been conventional wisdom in the composites industry to disperse the ply
orientations in order to increase damage resistance. For example, a stacking sequence of
[+45,0,-45,90],s is preterable to one of [+45,,02,-45,,90,]s in order to increase the
damage resistance of the laminate.

Experimental Procedure

The intent of this study was to compare quasi-static indentation testing to drop
weight impact testing based on the maximum transverse load. In order to ensure a
complete analysis of the two events, the testing was divided into two different
categories based on the boundary conditions. These two categories were then
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subdivided into three additional groups based on the composite laminate’s transverse
(flexural) stiffness. To ensure the repeatability of the experimental procedure each
impact test was performed on approximately four different specimens, while the quasi-
static indentation tests were performed on two different specimens. Because of the
inherent scatter in data of the drop-weight impact testing, it was decided that portions
needed to be repeated numerous times. However, the repeatability became so constant
during the latter stages of the testing that the number of impacted specimens for
repeatability assurance was reduced.

The rate of the quasi-static indentation test was also investigated to find if there was
any time dependency involved in quasi-static indentation testing. The two rates used
were 0.02 mm/s and 0.42 mm/s.

Boundary Conditions

The main two categories of test depended on the boundary conditions. Specimens
were either clamped on all four edges or simply supported (also called free) on all four
edges. This was done to determine if the boundary conditions would have a major
influence on the damage introduced due to impact or quasi-static loading.

To perform the simply supported test, the specimens were placed on machined plates
made from a 5.08 ¢cm thick aluminum plate with an outside square dimension of 40.64
cm. A total of four plates were made with a square cutout in the center. These cutouts
had sizes of 5.08 cm, 10.16 cm, 15.24 cm, and 30.48 cm. This was done to explore the
effects of the transverse flexural properties of the composite panels.

In order to perform the test with clamped boundary conditions the plates had a series
of 0.64 cm holes drilled and tapped into the aluminum plate 3.81 cm from the edge of
the opening. The holes were spaced 2.54 cm on center. A 1.27 cm thick steel plate was
machined with holes placed in the same location as those in the aluminum plate. The
laminated composite panel to be tested was placed between the aluminum plate and the
steel plate. Socket head bolts were then used to secure the specimen and a uniform
torque of 5.65 Nem was applied to each bolt.

Flexural Rigidity of Specimens

The three subgroups of tests involved the transverse stiffness of the composite plates.
The stiffness was a function of the ratio of the support opening size versus the laminate
thickness. The specimens were divided into three categories under this assumption:
Flexible, Medium, and Stiff, with ratios of 150, 50, and 25 respectively. During an
impact event this transverse stiffness characteristic changes the mode of damage. For
stiff laminates the contact forces caused the majority of damage, which was more
confined to the side of the plate hit by the impactor. For flexible laminates the damage
was most severe on the side opposite the impact site. This is characteristic of the
materials used in advanced composites.
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Specimen Preparation

The quasi-isotropic laminated panels were layed-up by hand from the carbon/epoxy
prepreg material, placed in a vacuum bag and autoclave cured using the manufacturer’s
cure cycle. The panels were fabricated into 61.0 X 91.4 cm plates. In order to obtain a
large variety of flexural stiffnesses of laminates the following four thicknesses (based
on number of plies) were used, 8, 16, 32, and 48-ply. The panels were fabricated
utilizing the quasi-isotropic n/4 stacking sequence of [+45,90,-45 01, where ‘n,” was
given the value of 1, 2, 4, or 6 respectively in order to obtain the desired number of
plies.

Impact Testing Procedure

The impact testing was performed using a drop-weight impact tester. The specimens
were placed on the platens with the desired opening size. Table 1 lists the opening (or
span) size used depending on the laminate plate thickness. This divided the tests up into

the proper flexural rigidity ratios being examined.

Table | — Opening and laminate thickness ratios.

Number of Plies Thickness ! Opening (spccimen Size)
(mm) | {(mm)
‘ 8 102 1524
Flexible 16 2.04 304.8
8 1.02 304.8
Medium 16 2.04 101.6
48 6.1 304.8
16 2.04 50.8
Stiff 32 4.06 101.6
48 6.1 152.4

Specimens were then impacted with a hemispherical tipped steel tup. The drop
height and mass of the impactor were adjusted to give the desired damage level. The
damage level desired was very little visual damage to the top of the specimen while
achieving a measurable crack on the bottom surface. This level of damage was chosen
since the onset of visual damage is such a critical state for an impact event, If
penetration is allowed, boundary conditions and rate effects will not be as noticeable
and if too low of an impact level is used, damage may not form at all. Table 2 lists the
height, max load, boundary condition and mass for each subgroup that was finally
chosen for impact testing.
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Table 2 — Maximum load and drop height for the impact specimens tested.

Number Mass | Impact Force | Drop Height Boundary

of Plies (kg) (N) (cm) Condition

8 24 1930 30.5 Clamped

. 16 24 7108 121.9 Clamped
Flexible 8 2.4 1873 445 Free
16 2.4 5400 148.6 Free

8 2.4 1036 12.7 Clamped

16 2.4 3728 356 Clamped

Medium 48 133 26823 1194 Clamped
8 24 974 57 Free
16 24 3728 49.5 Free

16 24 3100 33.0 Clamped

32 24 7268 71.1 Clamped

Stift 48 133 23100 63.5 Clamped
16 24 2922 527 Free
32 24 9853 124.5 Free

Quusi-Static Indentation Testing Procedure

Once the impact testing was completed, the maximum impact force obtained for
each of the different subgroups (listed in Table 2) was used as the independent variable
for the quasi-static indentation testing. Figure 1 shows the test fixture used for all of the
quasi-static indentation tests performed. The platen rested on top of the 5.08 ¢m thick
aluminum uprights and could be removed without taking the fixture out of the test
frame. The aluminum uprights were bolted to a 5.08 cm thick steel plate. The indentor
was placed in the upper crosshead of the servo hydraulic load frame. In a limited
number of tests, transverse deflection of the center point of the laminate, directly under
the hemispherical tup, was measured using a linear voltage displacement transducer
(LVDT). Figure 1 shows the location of the LVDT. The tests were run in stroke control
at load rates of 0.02 and 0.42 mm/s.

Nondestructive Analysis

Once the impact and quasi-static testing were completed the specimens underwent
three types of nondestructive analysis to document internal and external damage. These
consisted of measuring dent depth on the impacted surface, crack lengths on the non-
impacted surface and internal damage as determined from X-radiography.

After the specimens were impacted or subjected to quasi-static indentation testing,
they were set aside for at least 24 hours so that the resulting dent would have time to
relax to its equilibrium state. Any visible cracks on the non-impacted surface of the
specimens were measured.
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Location of Steel Tang

5 ¢m Thick Steel Plate

Figure 1 — Test fixture for quasi-static indentation testing.

After all dent depths and crack lengths were measured the specimens were then
subjected to radiographic techniques to document the internal damage. The specimens
were soaked on both sides with a zinc iodide penetrant solution for 24 hours and then
X-rayed using a Faxitron™ X-ray machine. A piece of photgraphic film was placed
directly under the specimen to capture the image of the internal planar damage in the
form of a negative. From the negatives positives were made so that the planner damage
area could be calculated. This was accomplished by superimposing a grid of 4 mm”
squares over the picture and then counting squares that were within the damage area.
Figure 2 illustrates the process used.

Figure 2 — X-ray of impact specimen with 4 mm’ grid superimposed.
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It should be noted that this is only a planar calculation and does not take into
consideration the thickness of the specimen. The planar area of delamination was the
most important variable used in this study and was the main factor in determining if an
impact event can be represented by a quasi-static indentation test.

Results and Discussion
Introduction

Because the main purpose of the research being presented was to establish if quasi-
static indentation testing was a true representation of a low velocity impact event, this
section will address this issue by comparing the experimental results obtained. Table 2
lists the maximum transverse loads used for comparison between impact and quasi-
static testing. Once the specimens were tested, comparisons were made on the
following; dent depth, crack length, delamination area, and to a limited extent, load-
deflection data.

Dent Depth

Plots of dent depth versus maximum transverse load demonstrate the vast amount of
scatter that exists in the dent depth measurements, thus making trends difficult to
identify. There appears to be no ditference between the dent depth of an impacted
specimen versus that of a quasi-statically loaded one. Two examples of these types of
plots are shown in Figure 3. The clamped and free boundary conditions are shown
together for comparison.

- 8- 15.3 i Or i
8-ply, 15.3 cm Opening, Flexible 48-ply, 15.3 cm Opening, Stiff

e 4 o

Figure 3 — Plots of dent depth versus maximum t(ransverse load.
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Crack Length

The length of the crack, or split, on the opposite side from the impact site also
demonstrated a large amount of scatter. For the specimens that were impacted, the split
length was longer than an equivalently load quasi-static specimen. Two examples of
data are presented as they were for dent depth and are shown in Figure 4.

Delamination Area

Figures 5-12 present delamination area as a function of applied transverse load for
both low-velocity impacts and quasi-static loads of two rates. Each figure contains data
for both clamped and simply supported (free) specimens.

100 80
8-ply, 15.3 cm Opening, Flexible 48-ply, 15.3 cm Opening, Stiff
Dclmpact. Free v 70
80 (O-1.27 mm/sec, Free
- 3254 mm/sec. Free = ) ) v
£ 5o Arlmpact. Clamped g 60 &I:njpiwl. Free
= ° @ | 27 mm/sec. Clamped :_g:: O‘“ 7 mnvsee, Free @
g 25 4 mm/sec. Clamped 2 50 (3254 [11}1)-:\._ =
@ o A Impact. Clamped
— 40 = g s i
— = @1 27 mnv/see. Clamped
a o 40 : :
) 7] B 25 4 mm/sec. Clamped
20 30 |
|
0 20
1840 1860 1880 1900 1920 1940 21000 22000 23000
Maximum Load (N) Maximum Load (N)
Figure 4 — Plots of split length versus maximum transverse load.
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Figure 5 — Delamination area versus

transverse load, 8-ply specimen
over 152.4 mm opening, flexible.

Maximum Load (N)

Figure 6 — Delamination area versus

transverse load, 16-ply specimen
over 304.8 mm opening, flexible.
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Figure 7 — Delamination area versus
transverse load, 8 ply specimen
over 50.8 mm opening, medium.

48 OrImpact. Free

(O-1.27 mmv/sec. Free
[}25.4 mnv/sec. Fr

40 AcImpact. Clamped

@ ! 27 mm/sec. Clamped

llil mmy/sec. ('Inm@i

Delamination Area (cm”)
(5]
o

v

W
(=]

25
23000 25000 27000 29000
Maximum Load (N)

Figure 9 — Delamination areu versus
transverse load, 48-ply specimen
over 304.8 mm opening, medium.

5
Olmpact, Free
4.5 Or1.27 mm/sec. Free
3254 mm/sec. Free
4 A mpact, Clamped . .
@ | 27 mm/sec. Clamped
35 25 4 mm/sec. Clamped

e

Delamination Area (cm
L¥5 )

C
v
25
v
2
15
2800 3200 3600 4000

Maximum Load (N)

Figure 8 — Delaminution area versus
transverse load, 16 ply specimen
over 101.6 mm opening, medium.
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Figure 10 — Delamination area versus

transverse load, 16-ply specimen
over 50.8 mm opening, stiff.
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Figure 11 — Delamination area versus Figure 12 — Delamination area versus
transverse load, 32-ply specimen transverse load, 48-ply specimen
over 101.6 mm opening, stiff. over 152.4 mm opening, stiff.

Figures 5 and 6 present data for the case of “flexible” laminates (support/thickness
ratio of 150). Figures 7-9 present data for the case of “medium” laminates
(support/thickness ratio of 50). Figures 10-12 present data for the case of “stiff”
laminates (support/thickness ratio of 25).

For the “flexible” laminates there is no distinct difference between the impacted
specimens and the ones tested quasi-statically at either rate. The effects of the boundary
conditions show no difference for the 8 ply specimens supported over the 152.4 mm
opening whereas a distinct difference is seen for the 16 ply specimens supported over
the 304.8 cm opening. This difference is due to the clamped specimens being loaded to
a higher level resulting in a larger delamination area.

The “medium” specimens have no distinct trends between boundary conditions or
rate of loading. The impact test results fall in well with the static indentation tests in
Figures 7, 8, and 9.

Figures 10, 11, and 12 represent the opposite extreme from the “flexible” specimens
in that the contact damage dominates. Again there is no discernable difference between
impact and static indentation results. In Figure 10, the simply supported specimens
show slightly less damage for the same magnitude of maximum load than the clamped
specimens, however this difference is slight.

Overall the low velocity impact tests can be represented by static indentation testing
at rates of .02 and 0.42 mm/sec, regardless of specimen rigidity and boundary
conditions. There is enough inherent scatter in both types of tests that all data fall within
this scatter.

It must be kept in mind that these results are only valid for laminates of the n/4 type
and laminates with different lay-ups or clumped plies may yield different results.
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Load-Deflection Data

As another check of the validity of using static indentation tests to represent impact
tests, a comparison of the load/deflection data can be made.

Figures 13-18 show static indentation load/deflection data superimposed over impact
load/deflection data. A circle represents the static data, while the impact data are
represented by a triangle. Static load/deflection data was not available for all of the
static tests since a faulty LVDT was used, thus only the valid data are presented.
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Figure 13 — Static and Impuact Load-
Deflection Data for 8-ply
Specimen Over 152.4-mm
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On the loading portion of the curves, the data agree well, except for the undulations
in load seen on the specimens that experience a relatively high load. However, for the
unloading portion of the curves the impact data usually indicate that more energy was
lost during the event because there is a much larger hysteresis in the impact curves.
However, from the delamination area data it was anticipated that the energy loss should
be about the same. It has always been suspected that most of the energy lost in this type
of impact testing is lost due to vibrations within the impact apparatus, not in damage to
the specimen. When the falling crosshead and tup impact the composite plate, the head
will tend to rebound at an angle that is not parallel to the guideposts. Thus a sideways
force is exerted on the guideposts, which causes them to vibrate and interfere with the
“natural” rebound of the impactor had the guideposts not been a factor.

Figures 14, 16 and 17 represent this erroneous “loss of energy” data quite well.
Figure 13 is a flexible specimen and the loading portions of the curves agree well for
both the static and impact cases. However, for unloading, the impact data shows a larger
deflection than the static data for a given load on the rebound.

Figure 15 does not have unloading data for the static case, but the loading portions of
the curves agree quite well. Figure 15 is unique in that during the static indentation test,
the maximum load as determined from the impact tests could not be reached since the
impactor began penetrating through the plate before this load was obtained. Thisis a
result of selecting the onset of “easily” visible damage as the point at which the impact
tests were carried out. For a relatively thick plate, the load at which a back surface split
appears is not much below the load needed to begin penetration because so much
volume of material needs to be damaged to cause the back surface split.
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Conclusions

The following are the major conclusions of this study.

1. Static indentation tests car be used to represent low velocity impact events when the
damage is compared by maximum transverse force. This is true of plates that
experience flexural type damage, contact type damage, and a combination of the
two. Lay-ups other than of the n/4 type may not yield these same results.

2. Much non-linear behavior is observed in the load-deflection curves for flexible
laminates. As the laminate becomes stiffer, more linearity is seen and a distinct drop
in load due to delamination becomes more pronounced.

3. Load-deflection plots of static indentation and low velocity impact are similar for
the loading portion of the curve. The impact plots tend to show that more energy is
lost.

4. Dent depth results produce a great deal of scatter, which makes any conclusions
concerning this parameter difficult.

5. The only difference in damage between statically loaded and impacted specimens
may be the split length that forms on the underside of the specimen, although this
difference is small and does not seem to affect the delamination area.
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Abstract: Interpreting the information given in a thermogram can be a difficult task
under ideal circumstances and extremely challenging in a real world setting. The work
discussed in this paper illustrates how the microstructure of several commonly found
defects in composite structures relate to their thermographic image counterpart. Two test
cases are studied herein, including a large graphite/epoxy RP-1 fuel tank and a graphite
composite cryogenic fuel feedline. The structures used in this study were designed to
serve as manufacturing proof of concept specimens and to undergo hydroburst testing to
verify manufacturing practices and structural design. Prior to hydrostatic testing the
structures underwent 100% thermographic evaluation to ensure that no manufacturing or
handling damage was present. Due to a large inclusion found in the feedline, it was
pulled from service and dissected without performing the hydroproof. The
thermographic indications found in the RP-1 tank were below critical limits so it
underwent a complete hydroproof loading series and finally a hydroburst. Following the
hydroburst samples were cut from the tank in regions where thermography had located
damage before the test. These regions were re-evaluated thermographically and then
were cross-sectioned and photomicrographed.

Keywords: thermography, composite materials, microstructure
Introduction

The thermographic evaluation of composite structures for delaminations, disbonds,
inclusions, porosity, and microcracking has proven to be a valuable asset in the field of
nondestructive testing. Coupling large area coverage, variable sensitivity, and minimal
surface contact with a photographic type image representation of structural anomalies
thermography has become a primary inspection method for composite structures.
Thermography works well for locating both surface and subsurface defects in most
composite systems ranging in thickness of up to 0.25 inch (0.64 cm) or more.

T Materials Engincers. Nondestructive Evaluation Team ED32, and ° Materials & Structures Engineer,
Nonmetallic Materials Group ED34, respectively, Marshall Space Flight Center, Alabamna 35812.
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The thermographic method for inspection of composite structures typically involves
applying an external source of heat to the structure, either from the camera side or back
surface, and then recording the changes in the surface temperature. The heat source may
be a hot air gun, flash lamp, standard “shop type” high intensity quartz lamps, or any
other source that provides a uniform initial surface heating to the structure. The structure
then responds to this heating and variations in the material property manifest themselves
as changes in the surface heat profile of the structure. If these temperature variations are
large enough and a camera with sufficient sensitivity is used. then the material or
structural abnormality can be detected and referred back to its source. The problem
though is determining just what created the thermal indication. Variables, including
depth, thermal conductivity, orientation, and size of the abnormality can all have a great
influence on how its heat pattern will be seen by the imager.

In this paper the problem with interpreting thermographic images “thermograms” will
be addressed by conducting several destructive tests. Samples will be cut from real
defects in real structures, then polished and photographed under low power magnification
to determine the true nature of the defect. Two structures will be investigated for this
study including a full scale thin walled composite tank, designed and fabricated for the
storage of pressurized RP-1 rocket fuel, and a prototype rocket motor cryogenic fuel feed
line designed to transport liquid hydrogen.

Numerous anomalies were detected and mapped in both structures prior to proof
testing, some along bond lines and some scattered throughout the acreage. After testing
was completed coupons were cut from the regions including thermographic anomalies,
and these coupons were again inspected thermographically to document the growth of
any indications due to proof testing. The sections were then dissected and micrographed
so that the relationships between the thermograms and the physical nature could be
determined.

RP-1 Fuel Tank

The RP-1 fuel tank evaluated in this study was manufactured in three primary sections
(forward and aft cylinder/dome, and skirt) by hand placing sheets of woven
graphite/epoxy prepreg over an aluminum mold, vacuum bagging, then curing in an
autoclave. The finished tank measured nearly 13.8 ft (4.2 m) long with a 6.1 ft (1.9 m)
diameter. The forward and aft sections were joined by way of a stepped “bellyband”
overwrap applied to the inner and outer surface of the tank. The skirt was attached to the
transition of the cylinder and dome on the aft tank half by a stepped overwrap applied just
to the outer surface of the tank.

The primary sections were inspected thermographically prior to being combined to
form the final tank as well as after final assembly. Each inspection utilized a highly
sensitivity infrared camera and flash heat source applied to the outer “viewed side” of the
tank. In this manner variations in the quality of the tank would be manifested as a
thermal abnormality in the resulting thermograms. The thermographic system consisted
of an Amber Radiance 1t thermal camera run under Thermal Wave Imaging (TWI)
software. Heat was supplied by a TWI flash hood, which uses a bright flash of light
generated by two Xenon flash tubes to impart approximately 6.4 kJ of energy to the tank
surface. To produce each thermogram 10 frames were averaged. Each frame was
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acquired at a frame rate of 60 Hz over an 11 second period. The field of view was kept at
11 inch (28 cm) square, the face area of the flash hood. The image map shown in Figure
1a illustrates the number of individual shots (zones) that were required to inspect the
acreage of the tank. The domes were inspected in a similar manner, with the aft dome
being inspected from inside the tank, accessed though the manhole in the forward dome.
The inner band of the belly overwrap was also inspected from the inside of the tank.

i |

|

i

a. Image map b. Defect map

Figure 1 - RP-1 tank image/deféct maps.

The defect map shown in Figure 1b indicates how the thermal indications were
distributed around the tank. Without standards to work from it was impossible to identify
the unique nature of each indication. Based upon the thermal duration, magnitude and
sharpness of each indication the character of indication mechanism was estimated. Since,
none of the defects were found to be above acceptable limits for the test, it was decided to
complete the hydroproof test series without attempting any repair. Ultimately the tank
performed as, or better, than planned with the noted thermal indications having little
bearing on the final burst pressure.

Sections of the failed tank where the original thermal indications had been located
were removed and re-inspected. Little or no growth was detected for these indications.
After carefully marking the boundaries of each indication, sections were cut, mounted in
acrylic holders, and polished with successively finer emery cloth down to 1200 grit. The
sections were then viewed under a low power microscope and photographed with a CCD
camera. Except for the inclusion defects it was difficult if not impossible to detect any
variations in the cross-sections between good and damaged material. To enhance fine
details in the cross-sections a fluorescent die penetrant was applied to the sample. After
soaking for two minutes, excess die was flushed from the surface and the samples were
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dried. Due to the highly porous nature of the composite material an abnormal amount of
bleedout was present. The excess die was wiped from the sample with a soft lint free
cloth, leaving just the die that was trapped inside the cracks of the sample.

The first defect, shown in Figure 2, is that of a piece of sand that was trapped under
the outermost ply of the tank at location B5. The indication was very pronounced on the
thermogram yielding a 0.25 inch (0.64 cm) diameter hot spot. This hot spot indicated
that a void was present due to the inability of the material to transmit the flash heat into
the thickness as fast as the surrounding material. The micrograph taken from a slice
though the edge of the thermal indication clearly shows the sand particle, which measures
0.06 inch (0.15 cm).

.64 cm.

Section view

a. Thermogram b. Photomicrograph

Figure 2 - Inblusion at Zone B3.

The second indication shown (AS5) is that of a delamination at the build-up region of
the skirt overwrap. On the tank surface a slight ridge could be seen and thermally a
portion of that ridge remained hotter than the surrounding material after the flash was
initiated. The thermal indication appeared sharp and well defined, showing up
immediately after the flash (Figure 3a). The micrograph shown in Figure 3b clearly
shows a delamination at two levels, both near the surface. The surface-breaking feature
appears to be resin pocket that is poorly bonded to the surrounding fibers and is linked to
a second delamination, between the outermost and second ply. The dimensions of the
two closely approximate the size of the thermal indication.

Another type of indication found on the tank occurred at positions ES, N5, RS and S5
appearing to be a site of impact related damage. The indication in the thermal image
sequence appeared to spread slightly with time and last for almost the entire capture
duration. The questionable feature of the indication was the dark band that passed
circumferentially through its middle. A ridge found on the inside of the tank directly
below these indications was thought to be the culprit by possibly causing localized
bending during a post cure process which initiated the delamination. The
photomicrograph, as shown in Figure 4, support these findings in that a series of
delaminations can be seen to exist though the thickness of the sample on either side of the
inner surface ridge.
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Figure 3 - Wrinkle at Zone AS.
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Figure 4 - Delaminations at Zone S35.

Cryogenic Feedline

A graphite composite feedline intended for cryogenic, liquid hydrogen, service was
thermographically evaluated for manufacturing or handling defects just before it was to
undergo extensive structural testing. The 8 inch (20.3 cm) diameter feedline was
thermographically inspected with a combination of front surface flash heating (Figure 5a)
and rear surface lamp heating (Figure 5b) using a highly sensitivity infrared camera. The
long duration lamp heating was required to get full thickness coverage of the thick
flanges and build up regions on each end of the tube. The same infrared imager and flash
heating unit were used on the feedline as used on the tank. A TWI flash hood capable of
generating approximately 6.4 kJ of energy supplied the flash heat. However, long
duration heating was supplied by a 1000W IR lamp. Frame averaging produced each
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thermogram as previously discussed. The field of view was kept at 11 inches (28 cm)
square, the face area of the flash hood by placing 0.25 inch (0.64 cm) square foil squares
in a grid pattern as shown in Figure 6.

a. creag( plndl T # 1cl{)

Figure 5 - Feedline thermographic inspections.
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Figure 6 - Feedline image map.

During the thermographic scan of the feedline a large indication (Figure 7) was found
which caused it to be pulled from the test pool of tubes. The large thermal indication
spanned a length of nearly 9 inches (22.9 cm). Due to its sharply defined edges,
uniformity and quick arrival time the indication was classified as a piece of tape or paper
below the first or second ply. Foil markers were used to help define the location of the
indication on the tube and a sketch of the boundaries of the indication made on the tube.
Based upon these sketches precision sectioning with a diamond band saw blade was
made exposing cross-sections as shown in Figure 8.

View number one was taken of the cross-section at the “thinner” end of the indication.
The edge was polished with 800 grit silica carbide paper. The indication can be seen to
be a piece of plastic tape that was left on the top of the third ply as the fourth and final
ply was being applied. View number two was taken at the other end of the indication at a
point were the indication began. In this view the edge of the tape is clearly visible.
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A second indication (Figure 9) was found in the same feedline, which had similar
features except that the edges were not as clearly defined and the time of maximum
thermal signal occurred later in the image sequence. Upon dissection this indication was
also found to be caused by a piece of plastic tape. At this indication the tape is between
the first and the second plies.

Figure 7 - Thermographic indication of inclusion.

Start of tape

- Plastic tape
View 1 View 2

Figure 8 - Photomicrographs of Teflon tape inclusions.

Section View

Plastic tape

Thermogram

Micrograph

Figure 9 - Deeply embedded plastic tape inclusions.
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The third set of indications found on the feedline bore no resemblance to the inserts
found elsewhere in the tube. The indications were dark “colder” than the surrounding
material and their boundaries were not clearly definable. Based upon these thermal
findings it was suspected that these indications were resin rich zones. A set of examples
of two of these indications is given in Figure 10. The cross-sections of these regions
showed that large resin pockets were present. The left most indication appears to have
been caused by a small piece of plastic being left between the spliced materials.

Conclusions

Identification and characterization of manufacturing and service-related
defects/damage by thermographic methods pose two entirely different challenges to
nondestructive testing personnel. While much research has been placed on developing
alternative ways for performing thermographic inspections to locate and identify
abnormalities, it is the interpretation of such findings that ultimately determine the
usefulness of such testing. The work discussed in this paper has shown how the
microstructure of several commonly found defects in composite structures relate to their
thermographic image counterpart. By analyzing two test cases, a large graphite/epoxy
RP-1 fuel tank and a graphite composite cryogenic fuel feedline, defects that can impact
the performance of a structure were compared. The results clearly show the challenges a
thermographer faces when trying to evaluate defects, determining the type, size, and
location of irregularities in a material.
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The present investigation deals with damage resistance of pultruded composites under
quasi-static indentation and subsequent damage tolerance under compression.

Instrumented impact and static indentation tests of graphite-epoxy composites, with
comparisons based on damage width rather than damage area, have been reported [/] to
show large scatter due to vibrations in the drop-weight crosshead, absorbing significant
energy. The influence of indentor size and laminate stacking sequence on the response of
graphite-epoxy composites to contact loads and low velocity impact was investigated [2].
Some investigations [3-5] have shown that there is a correlation between quasi-static
indentation and drop-weight impact testing, while some others [6, 7] have concluded that
quasi-static indentation tests can not be used to simulate impact tests. More recently, it
has been reported [8], on the basis of extensive experimentation with a carbon fiber
reinforced epoxy composite, that static indentation can be used to represent a low-
velocity impact event. The impact research on laminated composites has been reviewed
[9].

Considerable work has been done in the area of compressive strength of composite
plates containing cutouts or prior impact damage. The use of hole strength data to predict
impact damage strength has been questioned [/0]. The compressive failure mechanisms
of 45° ply dominated carbon epoxy laminates with circular holes or impact damage have
been investigated [/7]. Very limited information is available regarding impact damage,
transverse indentation, or compressive strength degradation due to cutouts/damage in
pultruded composites. The low-velocity impact response of a complex geometry
pultruded glass fiber reinforced polyester matrix composite box section has been studied
[12}.

Test Material

The material tested in this investigation was an E-glass fiber reinforced polyester
pultruded composite. The composite consisted of layers of unidirectional roving fibers in
the pultrusion direction sandwiched between layers of continuous strand mats (CSM).
The pultruded composite is available in different thicknesses and in different shapes. In
this investigation, pultruded sheets of 6.3 mm and 12.7 mm thicknesses were used to
prepare all the specimens. The lay-up configuration and percentage of glass were slightly
different for the two thicknesses. The 6.3 mm thick sheet had two roving fiber layers
sandwiched between five CSM layers, while the 12.7 mm thick sheet had four roving
layers sandwiched between nine CSM layers. Both sheets had approximately 60% by
volume of glass; the 6.3 mm thick sheet had 58% of the glass in the form of CSM, while
64% of the glass in the 12.7 mm thick sheet was in the form of CSM. It may also be
mentioned here that the outer layers of all the pultruded sheets were made of CSM.

Quasi-Static Transverse Indentation Test

This section describes the damage resistance part of the investigation. All the
specimens were tested in the simply supported boundary condition in a test fixture that is
commonly used for indentation tests [8].
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Specimen Configuration

Plate specimens of 6.3 mm and 12.7 mm thicknesses were tested under transverse
indentation. Specimens with a length of 152 mm and width of 102 mm were prepared
from the 6.3 mm thick pultruded sheet and specimens with a length of 254 mm and width
178 mm were machined from the 12.7 mm thick pultruded sheet. A total of 30 specimens
were prepared for each thickness.

Testing Procedure

The quasi-static indentation tests were performed on an 89 kN servo-hydraulic Tinius-
Olsen testing machine. A square aluminum platen, 51 mm thick, with an outside
dimension of 406 mm, was located on top of a 51 mm thick steel base plate. The
composite specimens were placed on the aluminum platen, with a square cut-out, for the
simply supported boundary condition on all four edges. The specimens with 6.3 mm
thickness were loaded by a 19 mm diameter spherical steel indentor on a supporting
platen with a 51 mm square cut-out. The specimens with 12.7 mm thickness were loaded
by a 38 mm diameter spherical steel indentor on a supporting platen with a 102 mm
square cut-out. Two direct current differential transformers (DCDTs) were used to
measure the indentor movement and the central plate displacement directly under the
indentor. The tests were conducted in a stroke control mode at a rate of 1.27 mm per
minute. The load and the displacements were recorded using a data acquisition system.

Damage Evaluation

Four types of measurement were performed on each specimen after the quasi-static
indentation test. These were: measurement of the permanent (or residual) dent depth,
measurement of the back surface crack length, X-radiography photographs, and
photomicrographs of sectioned surfaces. Dent depth measurements were made 24 hours
after the indentation test, with a DCDT. The DCDT was traversed along the length and
width directions across the dent and the data (maximum depth) were averaged. A digital
caliper was used to measure the visible crack length on the back surface.

The X-radiography technique provides a through-thickness integrated view of
delamination and matrix cracking. The specimens were soaked on both sides with a zinc
iodide penetrant solution for 24 hours and were then X-rayed using a Faxitron™ X-ray
machine. A piece of photographic film was placed directly under the specimen to capture
the image of the internal damage in the form of a negative. Some specimens did not show
any damage, especially at low force levels; in such cases, a small hole of 0.8 mm
diameter was drilled near the damage area, the dye-penetrant was injected through a
syringe into the hole, and the specimen was X-rayed again. Prints from the negatives
were viewed against a transparent grid with small squares and the damaged area was
measured.

In the fourth damage evaluation method, quasi-statically loaded specimens were
sectioned along the longitudinai and transverse directions and the sectioned specimens
were examined under a stereo microscope with a camera attachment.
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Repeatability Tests

As the study involved evaluation of damage in specimens transversely indented to
different percentages of the failure load and the comparison of compressive behavior of
specimens with different damage levels with specimens having circular holes, tests were
conducted to establish the repeatability in pultruded composites. Four identical specimens
of each thickness were tested under quasi-static indentation. Each specimen was loaded
up to the maximum indentation force and was unloaded once the indentation force started
dropping. The indentation force-central displacement curves for the 6.3 mm thick
specimens and the 12.7 mm thick specimens are shown in Figures 1, and 2, respectively.
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Figure 1 — Indentation force as a function of the plate center displacement for the
repeatability test (6.3 mm thick).

These figures show that the indentation force-displacement curves are very close to each
other for each thickness. The repeatability tests were also performed in terms of damage
parameters, such as maximum deflection, back-surface crack length, energy absorption,
and damage area. These results are summarized in Table 1 for the 6.3 mm thick
specimens and in Table 2 for the 12.7 mm thick specimens. These tables show that
considering the inherent material variability in civil engineering infrastructure pultruded
composites, the repeatability is good.

Tests for Damage Characterization and Tolerance

After the repeatability tests, damage resistance of the pultruded composite was
investigated. Damage was introduced at various transverse indentation force levels,
selected from the force-displacement curves up to failure. The selected load levels are
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Figure 2 — Indentation force as a function of the plate center displacement for the
repeatability test (12.7 mm thick).

Table 1 - Summary of repeatability test results for the 6.3 mm thick specimens.

Specimen Max. Max. Damage area | Back surface Energy
Number Deflection | Indentation (cm?) crack length absorbed
(mm) force (mm) (N-m)
(kN)
1 5.8 6.9 17.0 513 30.5
2 53 7.3 17.6 43.2 26.0
3 6.1 6.3 153 472 32.1
4 6.5 7.1 16.6 50.5 322

shown in Figure 3 for the 6.3 mm thick composite and in Figure 4 for the 12.7 mm thick
composite. At each load level, five identical specimens were loaded and unloaded. The
surface damage was measured for all the five specimens. Two specimens at each load
level were sectioned along the longitudinal and transverse directions following the X-
radiography examination. The rest of the specimens were reserved for the compression
tests to characterize the damage tolerance.
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Table 2 — Summary of repeatability test results for the 12.7 mm thick specimens.

Specimen Max. Max. Damage area | Back surface Energy
Number Deflection | Indentation (cm?) crack length absorbed
(mm) force (mm) (N-m)
(kN)
1 10.7 17.9 654 96.5 123.1
2 10.4 18.7 68.3 73.7 115.2
3 9.4 18.9 - 813 99.6
4 9.4 18.6 - 97.3 101.4
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Figure 3 — Indentation force as a function of plate center displacement of various
unloading states for 6.3 mm thick specimen.

The back-surface crack was mostly in the form of an s-shaped crack, as shown in
Figure 5 for a 12.7 mm thick specimen. A typical X-radiograph showing the internal
damage in a 12.7 mm thick specimen is shown in Figure 6.

Compression Tests

This section describes the damage tolerance part of the investigation. Specimens with
circular holes of different diameters were tested under compression in a compression
fixture [/3]. Specimens subjected to transverse indentation at different load levels were
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Figure 4 — Indentation force as a function of plate center displacement of various
stages for a 12.7 mm thick specimen.

Figure 5 — Photograph showing back surface crack at static indentation load of
16.8 kN (12.7 mm thick).
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Figure 6 — Typical X-radiograph showing the internal damage due to quasi-static
indentation loading up to failure (12.7 mm thick).

also tested under compression. These results were compared to establish the concept of
an ‘equivalent hole diameter’ for damaged specimens.

Specimen Configuration

The dimensions for the compression specimens, of both the thicknesses, were chosen
so that a strength failure would more likely occur than a buckling mode failure.
Specimens of 152 mm length and 102 mm width were prepared from the 6.3 mm thick
pultruded composite sheet, while specimens of 254 mm length and 178 mm width were
made from the 12.7 mm thick sheet. The length direction of all the specimens was
oriented parallel to the pultrusion direction. A total of 30 specimens for each thickness
was prepared. Circular holes of different diameters were machined in these specimens to
give a wide range of diameter to width ratios of 0.075 to 0.75. The holes were machined
with special tools and by following careful procedures so as to minimize the influence of
machining.

Some of the specimens were instrumented with strain gages. Back to back strain gages
were used to minimize bending effects. Strain gages, away from the hole and along the
specimen width, verified the uniformity of the compressive loading. In addition, strain
gages on the inside surface of the holes captured strain concentrations, while strain gages
along the width across the minimum cross section were used to record the strain
gradients.
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Testing Procedure

The end-gripped compression test fixture was used in this investigation. This fixture
has two pairs of adjustable grips to accommodate specimens of different thicknesses.
Two side fixtures with knife-edge restraints attached were placed along the specimen
sides. Thus clamped boundary conditions were applied at the loaded ends, while simply
supported boundary conditions on the sides prevented column buckling. All the
compression specimens were loaded quasi-statistically using a Tinius Olsen 1.78 MN
capacity hydraulic testing machine. During the tests, two DCDTs were used: one at the
specimen center and oriented transverse to the specimen to measure the out-of-plane
displacements (specimens with a hole had the DCDT offset) and one along the loading
direction to measure the end shortening. The load, the DCDT signals, and the strain gage
data were all recorded using a data acquisition system. The specimens with prior
indentation damage were also instrumented with strain gages and tested in compression
following the same procedure.

Results

This section summarizes some of the important results from the damage resistance and
damage tolerance tests.

Damage Resistance

As mentioned earlier, the damage parameters were assessed in terms of back surface
crack length, damage area by X-radiography and photomicrographs after sectioning, at
five load levels for each thickness. The average damage area as a function of the
indentation force is shown in Figure 7 for the 6.3 mum and 12.7 thick specimens. This
figure shows a linear relationship between the damage area and the indentation force. The
figure also shows that the thicker material withstands larger forces, with correspondingly
larger damage areas. The back surface crack length is shown as a function of the
indentation force in Figure 8. It is clear that the back surface crack length and the damage
area both increase as the indentation force increases.

Photomicrographs, taken at different load levels, of the longitudinal (along the
pultrusion direction) and transverse sections through the center of the specimens showed
the progressive failure mechanisms. At lower load levels (for instance 4 KN for the 6.3
mm thickness), there was no visible damage. At higher load levels, matrix cracks begin to
form; then delamination between the roving and CSM layers on the tension side begins.
Then extensive delamination spreads across the thickness, accompanied by fiber
breakage in the roving layers. Extensive delamination and failure in the 6.3 mm thick
specimen at the failure load are shown in Figure 9.

Damage Tolerance

The damage tolerance of the pultruded composite was evaluated in terms of the
compressive strength of specimens that were subjected to different levels of transverse
indentation loading. The measured compressive strengths of these damaged specimens
were compared with the compressive strength of similar specimens with a circular hole.
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Figure 7 — Damage area as a function of indentation force.
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Figure 8 ~ Back surface crack length as a function of indentation force.
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Figure 9 ~ Photomicrographs showing extensive delamination and fiber breakage at
failure load of 7.3 kN (6.3 mm thick).

Compression Strength of Specimens with Holes

The strength results for the compression specimens with holes of different diameters
are summarized for the two thicknesses in Figure 10. This figure shows the compression
strength based on the net section; each point represents the average strength of at least
three specimens. The 6.3 mm thick specimens exhibited higher compressive strengths
compared to the 12.7 mm thick specimens, probably because of more internal flaws
observable in the thicker material. As the ratio of hole diameter to specimen width
increased, the differences between the two thicknesses became less significant. As
explained later, this figure was used as a master curve to compare the damaged
specimens with the specimens with circular holes to arrive at an ‘equivalent hole
diameter.’

As mentioned earlier, many of the compression specimens were instrumented with
electrical resistance strain gages. The axial strain distribution in the vicinity of the hole
for several hole sizes is shown in Figure 11 for the 12.7 mm thick composite. Such plots
provided information for determining the strain concentration factors as well as for
comparison with the behavior of specimens with indentation damage.

Compression Strength of Specimens with Damage

Specimens of both thicknesses, damaged at different transverse indentation loads,
were tested in subsequent compression. A number of these specimens were also
instrumented with strain gages on both surfaces, to capture the strain gradients. The strain
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Figure 10 — Compressive strength as a function of the hole diameter to specimen width
ratio for 6.3 mm and 12.7 mm thick plate specimens.
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Figure 11 — Axial strain distribution in the vicinity of a hole for several hole diameters in
178 mm wide plate specimens of 12.7 mm thickness.
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gages were located close to the damaged region. Typical strain variations for a 6.3 mm
thick specimen at a prior indentation load of 7.3 kN are shown in Figure 12. This figure

5000

©- — o Strain Gages Located at Indentation Side
v— - —% Strain Gages Located Opposite Side

4000
3000

2000

AXIAL COMPRESSIVE STRAIN (ue)

1000

0 10 20 30 40 50

DISTANCE MEASURED FROM PLATE CENTER (mm)

Figure 12 — Axial strain distribution in the vicinity of the damage region for 6.3 mm thick
plate specimen at a load of 7.3 kN.

shows the strain variations on the indentation side as well as the backside, for two
different specimens. The measured strains for the two specimens agree very well. The
figure shows that on the backside (where tension occurs during the transverse
indentation) the strains increase away from the damage zone, while on the indentation
side, there is a strain concentration due to the damage zone. It can also be noticed that the
strain on both sides merge together away from the damage region.

The residual compressive strength (compression after damage) is shown as a function
of the back surface crack length for both thicknesses in Figure 13. It is interesting to note
that the curve for the smaller thickness is above that for the larger thickness for relatively
short back surface cracks, but the two curves cross over around a 20 mm long crack.
Earlier, in Figure 10, it was shown that the thicker composite exhibited a compressive
strength closer to that of the thinner composite for relatively larger holes. Thus the 12.7
mm thick composite appears to be more damage tolerant.

The residual compressive strength is shown as a function of the indentation force for
both the thicknesses in Figure 14. The corresponding undamaged compressive strength is
also included in the figure. The figure shows that the damaged specimens did not show
any degradation of compressive strength unless the threshold indentation force was
exceeded. This threshold was 10 kN for the 12.7 mm thickness and about 4 kN for the 6.3
mm thickness.

The compression strength measured for the damaged specimens was used in conjunc-
tion with the compression strength of specimens with holes (Figure 10) to arrive at
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Figure 13 — Compressive strength as a function of back surface crack length.
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an ‘equivalent hole diameter’. Such an ‘equivalent hole diameter’, determined for the 6.3
mm and 12.7 mm thicknesses, is shown as a function of the back surface crack length in
Figure 15. Consistent with the results shown in Figure 13, the ‘equivalent hole diameter’
for the smaller thickness materials is observed to be larger.

50

o] 6.3-mm thick
[ 12.7-mm thick

EQUIVALENT HOLE DIAMETER (mm)

'

0 : ' .
0 20 40 60 80 100 120

BACK SURFACE CRACK LENGTH (mm})

Figure 15 — Relationship between the equivalent hole diameter of the damaged specimens
and the back surface crack length.

Finally, the variation of the ‘equivalent hole diameter’ with the damage size (measured
from X-radiography images) is shown in Figure 16 for the two materials. Again, it is seen
that the ‘equivalent hole diameter” for the smaller thickness composite is larger for a
given damage size.

Conclusions

The damage resistance and damage tolerance behavior of a fiberglass-epoxy pultruded
composite material, in two thicknesses, has been investigated. The damage parameters
were determined from X-radiography, back surface crack length and cross-sectional
photomicrographs, after different levels of transverse indentation loads. The repeatability
of the experimental results was good, especially in view of the inherent material
variability. It may be mentioned here that many investigators have tried, with varying
degrees of success, to correlate the results from transverse indentation tests and from low
velocity impact tests; most of these investigations have involved aerospace composites
containing carbon fibers.

The second phase of this investigation parallel the compression after impact (CAI)
studies aerospace composites. Specimens with damage caused by different levels
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Figure 16 — Relationship between the equivalent hole diameter of the damaged specimens
and the average damage diameter.

of transverse indentation force were subjected to compression. The compressive strengths
and the strain distributions were compared with the corresponding characteristics of
specimens with circular holes. Based on this comparison, ‘equivalent hole diameters’
were determined for some of the damage parameters such as the back surface crack
length and the damage area (given by X-radiography).

Acknowledgment
This work was supported by NASA grant number CA NCC-1-389.
References

{1] Lee, S. M. and Zahuta, P., “Instrumented Impact and Static Indentation of
Composites,” Journal of Composite Materials, Vol. 25, 1991, pp. 204-222.

{2] Wu, E. and Shyu, K., “Response of Composite Laminates to Contact Loads and
Relationship to Low-Velocity Impact,” Journal of Composite Materials, Vol. 27,
1993, pp.1443-1464.

[3] Jackson, W. C. and Poe, C. C., “The Use of Impact Force as a Scale Parameter for
the Impact Response of Composite Laminates,” NASA Technical Memorandum
104189, 1992.



PRABHAKARAN ET AL. ON DAMAGE RESISTANCE/TOLERANCE 155

[4] Kaczmarek, H. and Maison, S., “Comparative Ultrasonic Analysis of Damage in
CFRP Under Static Indentation and Low-Velocity Impact,” Composites Science
and Technology, Vol. 51, 1994, pp. 11-26.

[5] Sjoblom, P. O., Hartness, T. J. and Cordell, T. M., “On Low-Velocity Impact
Testing of Composite Materials,” Journal of Composite Materials, Vol. 22,
1988, pp. 30-52.

[6] Lagace, P. A., Williamson, J. E., Wilson Tsang P. H., Wolf, E. and Thomas, S., “A
Preliminary Proposition for a Test Method to Measure (Impact) Damage
Resistance,” Journal of Reinforced Plastics and Composites, Vol. 12, 1993, pp.
584-601.

[7] Highsmith, A. L., “A Sudy of the Use of Contact Loading to Simulate Low-
Velocity Impact,” NASA Contractor Report 97-206121, 1997.

[8] Nettles, A. and Douglas, M. J., “A Comparison of Quasi-Static Indentation to Low-
Velocity Impact,” NASA Technical Publication 2000-210481, 2000.

[9] Abrate, S., “Impact on Laminated Composites: Recent Advances,” Applied
Mechanics Review, Vol. 47, 1994, pp. 517-544.

[10] Starnes,J. H., Jr., Rhodes, M. D. and Williams, J. G., “Effect of Impact Damage
and Holes on the Compressive Strength of a Graphite/Epoxy Laminate,”
Nondestructive Evaluation and Flow Criticality for Composite Materials, ASTM
STP 696, American Society for Testing and Materials, 1979, pp. 145-171.

[11] Shuart, M. J. and Williams, J. G., “Compression Behavior of 45° Dominated
Laminates with a Circular Hole or Impact Damage,” AI4A4 Journal, Vol. 24,
1986, pp. 115-122.

[12] Wisheart, M. and Richardson, M. O. W, “Low Velocity Response of a Complex
Geometry Pultruded Glass/Polyester Composite,” Journal of Materials Science,
Vol. 34,1999, pp. 1107-1116.

[13] Saha, M., “Elastic Properties, Strength and Damage Tolerance of Pultruded
Composites,” Ph.D. Dissertation, Department of Mechanical Engineering, Old
Dominion University, Norfolk, 2001.



Johannes F. Neft,' Karl Schulte,? and Peter Schwarzer'

Mechanical Degradation of Continuous Glass Fibre-Reinforced Thermoplastics un-
der Static and Cyclic Loading:

A Prepreg Laminate - Technical Textile Comparison

Reference: Neft, J. F., Schulte, K., and Schwarzer, P., “Mechanical Degradation of
Continuous Glass Fibre-Reinforced Thermoplastics under Static and Cyclic Load-
ing: A Prepreg Laminate - Technical Textile Comparison,” Composite Materials:
Testing, Design, and Acceptance Criteria, ASTM STP 1416, A. Zureick and A. T. Nettles,
Eds., American Society for Testing and Materials International, West Conshohocken, PA,
2002.

Abstract: The mechanical degradation of continuous glass fibre-reinforced thermoplas-
tics (GFRT) was analysed considering differences in the semifinished products of the
laminates. The investigated laminates were produced from prepregs and technical textiles
(commingled thermoplastic and glass fibres stitched together with a polymeric yarn) with
isotactic polypropylene (iPP) as matrix material. E-glass fibres were used as reinforce-
ment in both systems. Static transverse and longitudinal tensile, compression and bending
tests were performed. Fatigue tests were made in tension-tension (R=0.1). The matrix
morphology varied due to different manufacturing procedures. The results showed a sig-
nificant influence on the mechanical degradation of the semifinished products.

Keywords: glass/polypropylene, microstructure, morphology, prepregs, technical textile,
mechanical degradation, fatigue, failure mechanisms

Introduction

The advantage of continuous fibre reinforced polymers (FRP), high specific strength
and stiffness, superior fatigue and corrosion resistance, are adequately known from the
aircraft applications [/]. Carbon fibre reinforced polymers (CFRP) allow the greatest
weight savings when compared to metals. However, due to high material costs and a
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complicated processing, they are mainly used in the air- and space industry. In order to
have their positive properties also available in other industries, mainly the automotive
industry, new fibre/matrix combinations and processing methods have been developed
[2-4]. Continuous glass fibre-reinforced thermoplastics (GFRT) are one of the most
promising new material combinations. They offer a very good price to payment relation-
ship. Besides the exceptional mechanical properties they have a good damping behaviour
and they are easy to reuse, respectively recycle, what is, at least in Europe, an important
property [5-7]. They have an unlimited shelf life. For the part production near net shape
manufacturing technologies, as hot pressing or diaphragma forming etc. can be used,
which are well-known from the sheet metal deformation technologies [8, 9]. Pre-
impregnated fibres, or new methods derived from textiles allow the manufacture of fa-
vourable and cost effective semifinished products [/0]. Commingled yarns consisting of
reinforcement and polymer(matrix) fibres, are stitched together with a polymeric binding
yarn to form a flat weft inserted warp knitted structure, in which during the hot pressing
process the polymer(matrix) fibres melt to form the matrix, while the binding yarn re-
mains unaffected.

For the future application of this group of materials it is of great importance to un-
derstand their mechanical properties and damage behaviour. As this is a relatively new
group of materials there is still a lack of understanding and the numerous examples for
their industrial application has not yet lead to serious production [17].

It is the aim of this paper to give an overview of the property / damage characteristic
of various manufactured glass fibre-reinforced thermoplastics. Two different thermoplas-
tic laminate systems with E-glass fibres as reinforcement and isotactic polypropylene
(iPP) as matrix were used. Static tensile, three-point bending, compression, tests and fa-
tigue tests under tension-tension load (R = 0.1) were performed.

Materials and Experimental
Laminate Systems

The laminate systems investigated were the Plytron® prepregs from Borealis Comp.
(Stathelle, Norway) in which the fibres are already impregnated with the matrix before
they are processed to the final component and a new technical textile Twintex® from
Vetrotex (Chambery, France). Twintex® fibres of polypropylene (PP) which will later
form the matrix, are commingled together with the reinforcement fibres and a binding
yarn of polyethylenterephthalate (PET) was used to form a textile.

Both laminate systems had a commercially available E-glass fibre as reinforcement
and isotactic polypropylene (iPP) as matrix. The characteristics of the components are
summarised in Table 1.

Processing and Laminate Structure

The manufacturer of the semifinished products also produced the sheets from which
the test coupons were taken.



158 COMPOSITE MATERIALS

The prepreg systems had a thickness of approx. 0.2 mm. Consolidation of the test
plates was carried out in an autoclave for 30 minutes with a cooling rate of 13°C/min.

In the technical textiles the impregnation with the matrix and the consolidation of the
fabrics to test plates was carried out in a two step process. In a first press the textile was
heated, under the low pressure of 4 bar to a temperature of 220°C, which was held for 3
minutes. Immediately after this it was consolidated in a second press in a cold tool (30°C)
at 10 bar for more than 3 minutes. The transport between the two presses needed less than
5 seconds. The cooling rate in the second press corresponded to 66°C/min.

Table 1 — Materials characteristics.

Tensile  Tensile  Young’s Density Fibre Coefficient
strength strain  modulus diameter  of thermal expansion
[MPa] (%] [GPa] [g/cm’] {pm] (0K ]
Prepreg
PP' 34.7 7.4 L5 0.90 - 150
E-glass' 3400 45 73 2.6 17 5.4
Tech. Textile
PP 37 8.6 1.9 0.90 - 150
E-glass' 3400 45 75 26 18.5 5.4°
" from the manufacturers Borealis and Vetrotex
2
{121

The sheet laminates produced were different in the fibre volume fraction, the matrix
cristallinity and the stacking sequence (number of layers) (compare Table 2). The fibre
volume fraction vg was 34% for the prepreg and 44% for the technical textile according
to ASTM Test Method for Fibre Volume Determination (D792 86). The matrix
cristallinity Ko was analysed with a DSC (Mettler Toledo DSC 821°/700). K, depends on
the processing conditions [/3]. Due to the long processing cycle and low cooling rate the
prepreg system reached a higher matrix cristallinity with 53% compared to the technical
textile with 42%. For the technical textile it had to be taken into account that during the
heating of the specimens in the DSC an exothermic recrystallisation of the PET binding
yarns took place besides the endothermic melt reaction of the polypropylene. As both
reactions overlapped they could not be analysed separately. Therefore the cristallinity
measurements of the technical textiles had to be repeated with a textile from which the
binding yarn had been diminished (Table 2). It could be proved that with the help of a
temperature modulated DSC the superimposed effects can be evaluated separately.

Table 2 - Fibre volume fraction Vg, cristallinity Ky of the matrix and stacking
sequences of the laminate systems.

Vg Ko Stacking se-

[%] [%] quence
Prepreg 34+0.7 53512 [0]1a
Tech. Textile 44 + 0.8 41.6 +2.8% [0]10

" tech. textile without PET binding yarns
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Test plates with a thickness of approx. 3 mm were manufactured from both lami-
nate systems, from which test coupons were machined with the help of a diamond saw.
The edges were carefully grounded to minimise preparation influences.

Anti-Buckling Guide Fatigue Test Specimen Technical Textile
a) b) 16 p

] ]
- -

Test Specimen _] y

.-.\.'..I'Z Buckling r.'l.ill.!.' \ ]

B

Figure 1 - a) Anti-buckling guide for compression tests; b) Tailored test specimens
Jor the technical textile fatigue tests.

Test Conditions and Specimen Geometry

Static tension, compression and three-point-bending tests were carried out in a com-
puter-controlled universal test machine (Zwick 1485, 100 kN) following DIN EN ISO
527 (tension), DIN 65380 (compression) and DIN EN 63 (bending). The ultimate
strength oy, the ultimate strain to failure €yyr; and the Young’s modulus E; were meas-
ured, with i indicating the fibre orientation compared to the load direction (0° or 90°).
The used geometries of the test coupons are listed in Table 3. The test coupons were pro-
vided with 1.5 mm thick and 50 mm long glass fibre polyester tabs at the sample ends
except for the bending tests. A special ethyl-cyanacrylat adhesive was used together with
a primer (Loctite 406/770) to affix the tabs.

For compression tests of FRP several standards exist. The most frequent test configu-
rations used are the so-called Celanese test according to ASTM D3410 and the ITTRI test
method [/4]. Both methods have in common that the test coupons have only in the mid-
dle of the sample a short gauge length for scheduled buckling. In this work a simple anti-
buckling guide with Teflon foils to minimise the possible influences by friction was used
for the compression tests [15]. This anti-buckling-guide allows the test specimens to fail
in the centre at a length of 12.5 mm, comparable to the Celanese test. A principle outline
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is shown in Figure la. An extensometer with a measurement range of 45 mm was fas-
tened on the test specimens to monitor the strain.

Table 3 — Geometry of test coupons.

[mm] Thickness Width Length Measuring length
Tension [0°] 3 16 250 150
Tension [90°] 3 16 250 150
Compression [0°] 3 16 250 125
Bending (0°] 3 10 150 -
Fatigue (0°}

R=0.1 3 16 250 150

Fatigue tests were carried out in a servo hydraulic machine (Schenck: Fy = 10 KN) under
sinusoidal tension control at a frequency of 10 Hertz and an R-value of R=0.1. The
specimen geometry was identical with those for the static tension tests (Table 3). Only for
the technical textiles tailored specimens were used to avoid failure in the clamping area
(Figure 1b) [16].

4 hmdm“ yams & ok
W
ATERE 250 m.

cn—

Figure 2 — Technical Textile: a) Inhomogeneous fibre distribution vertical to the fibre
direction; b) Wavy deflection of the fibres in fibre direction.

Results and Discussion
Microstructure

The PP/glass fibre prepreg had a homogeneous fibre distribution over the complete
sample cross-section, which can be compared with unidirectional thermosetting prepregs.
The technical textiles, however, had an inhomogeneous fibre distribution. Zones with
PET binding yarns and matrix rich regions with the polypropylene matrix, followed by
fibre rich regions (Figure 2a) due to the textile structure of the semifinished products. The
reinforcement fibres and the matrix fibres were stitched together by the PET binding
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yarns to form the fabric. The hot pressing temperature of 220°C is not high enough to
melt the PET binding yarns, which have a melting temperature of about 250°C. Addition-
ally the fibre bundles showed some waviness, which results from the textile process (Fig-
ure 2b). Similar laminate structures are known from earlier examinations on glass fibre-

reinforced technical textiles [17].

Static Properties

Transverse Tension - Transverse tensile tests give information about matrix proper-
ties and the bond strength between fibre and matrix. Figure 3a shows characteristic o-¢-
diagrams of both laminate systems.

20 800
* b) T Textile

ve=dd %
Prepreg E 600 - I]]]]

15 A

g s
éﬁ 10 & 400 - Prepreg
2 E
3 X

5 200 o

.
0 0 T | T T
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Strain £¢4- [%] Strain €y [%]

Figure 3 - Characteristic o-&-diagrams: a) Transverse tension; b) Longitudinal tension.

The prepreg laminates had a predominantly elastic deformation with only a small de-
viation from the linear behaviour until failure with the onset of the first continuous trans-
verse crack. The specimen failed abruptly. The technical textile showed distinctive plastic
deformations. It failed at about 8% of strain, which is not shown in the diagram, and
therefore indicated by an arrow at the end of the curve. From about 0.5% of strain on, no
further stress increase occurred, with a continuous development of transverse cracks took
place. This is schematically shown in Figure 4. At the intersection of the tangents for the
totally elastic respectively totally plastic deformation of the o-g-diagram an approxima-
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tion for the actual ultimate strength (GyLreee) and strain (€yrr9e) can be obtained (see also
Table 4) and is used in this work for better comparison of mechanical data between both
laminates. In Region 1 of the 6-€-diagram in the beginning a totally elastic deformation
took place. With increasing strain plastic deformation can be observed. With a higher
strain level the portion of plastic deformation increased. At the end of Region 2 a first
transverse crack developed, bridged by the binding yarns. At this stage the laminate was
regarded as failed. Further loading (Region 3) led to the development of further trans-
verse cracks and the specimen was only held together by the binding yarns until also their
ultimate strength was reached.

Transverse

Crack

i " Matrix -
. .

Fibre Bundle™

PET Binding Y |||

-
o

Figure 4 - Transverse tensile failure and schematics of material property determination
in the technical textile.

The ultimate properties of both laminates are summarised in Table 4. The ultimate
transverse tensile strength of 15 MPa for the prepreg system was comparable to the val-
ues determined by Davies [/8] and Rijsdijk [19] at unidirectional glass/PP. The ultimate
tensile strength of the technical textile was approximately 60% lower. One reason for this
can be related to the higher fibre volume fraction of the technical textile which leads to
locally higher internal stresses in the laminate and stress concentrations in the matrix.
Due to the high transverse modulus of the fibres and the comparably low modulus of the
matrix, the matrix has to deform to an extremely high content in between the fibres,
which will lead to early failure and has been described by Puck [20] with the so-called
strain extension factor

fe= (1
2
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with Ey and Er as the Young’s modulus of the matrix and the fibre respectively and vy as
the fibre volume fraction (in weight per cent).

Table 4 - Tension, compression and three-point-bend properties.

Tech. Textile(vy=44%)

Test Prepreg (Vi=34%)

Tension

GyLTope [MPa] 1513 59+0.7
OyLTor {MPa] 548 £42 763 £ 51
€uLTI0° {%] 0.41 +0.06 0.28 +0.01
€uLTo° [%] 2.24 +0.09 2.66 + 044
| S [GPa} 3.97+0.04 1.56 +0.04
Eq- {GPa] 26.71 £2.57 33.52 +046
Compression

GuLToe {MPa] 266 £ 3 148 =5
€uLTe [%] 1.18+0.13 0.43 +0.05
Eq [GPa] 25.10 £ 0.94 34.6£0.51
Bending

GuLtge [MPa] 608 + 38 266+ 11
€uLtor [%] 2.96 £0.34 0.93+0.10
Eq [GPa] 26.09 + 1.08 3344 +1.39

The calculated strain extension factor f. amounted to 2.71 for the prepreg system and
to 3.79 for the technical textile, which corresponds to an increase of 40%. The differences
in the ultimate strength, however, are clearly higher than the calculated 40% increase in
the strain extension factor. It is well-known that the fibre volume and distribution also
influences the stress conditions within the laminate [20]. The strain extension factor in-
creases with increasing fibre density. This is the case for the technical textile. Due to the
binding yarn the glass fibres are held to bundles in the laminate with locally higher fibre

volume fractions.
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Figure 5 - Characteristic fracture morphologies after transverse tension tests:
a) Prepreg system; b) Technical textile.
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The transverse Young’s modulus of the technical textiles was lower as in the prepreg

system (Table 4). This can be related to the inhomogeneous fibre distribution in the tech-
nical textile where the matrix-rich zones reduce the overall stiffness of the laminate. Dif-
ferences in the matrix crystallinity in both laminates have an effect on the transverse
Young’s modulus as well. A lower matrix modulus corresponds to a lower laminate
modulus.
In the prepreg system the fibres are poorly wetted with matrix as naked fibres can be ob-
served (Figure 5a). The matrix was highly crystalline, which was due to the long proc-
essing cycles and low cooling rates. The crack propagation partly proceeded intercrystal-
line in the matrix and partially along the fibre/matrix-interface. Within the laminates the
spherulitic boundaries represented weak points due to the high initial crystallinity [21].
The morphology of the technical textile was characterised by a ductile matrix with low
crystallinity (Figure 5b). The crack propagation proceeded transcrystalline with good
fibre/matrix-adhesion.

Longitudinal Tension — A characteristic 6-e-diagram of both laminate systems under
longitudinal tensile load is shown in Fig 3b. The technical textile reached a higher
strength and modulus (Table 4). Failure is in both laminates characterised by longitudinal
intralaminar cracks. A brush-like fracture appears. Bader first described this failure be-
haviour on the example of carbon fibre reinforced epoxy resins [22]. Starting from statis-
tically distributed ruptures of single fibres due to Mode II (shear loads) longitudinal in-
tralaminar cracks propagate and connect the fibre breaks with each other. A stress redis-
tribution from the broken fibres into the unbroken fibres occurs with a stress rise until
final failure. In the prepreg system the longitudinal cracks can develop along the entire
specimen. In the technical textile the longitudinal cracks are stopped at the next binding
yarn. Therefore the damage area is limited to a few centimetres of the free sample length.

Table 5 — Normalised tensile strength and Young’s modulus (vr = 40%.).

Prepreg System Tech. Textile
GuLToe [MPa] 645 695
Eg [GPa] 3142 30.47

The different fibre volume fractions of both laminate systems did not directly result
in the properties achieved. The strength and modulus were normalised to a characteristic
fiber volume fraction of ve = 40% for easier comparison. The results are listed in Table 5.
The prepreg system showed a lower normalised ultimate tensile strength compared to the
technical textile. Obviously the fiber waviness and the inhomogenious fiber distribution
did not have a significant influence to the ultimate tensile strength. The normalised
Young’s modulus was not affected.

Axial Compression - Under compression load the technical textile had a higher
Young’s modulus (Figure 6a) due to the higher fiber volume fraction (Table 4). The ulti-
mate compressive strength of the technical textile was, clearly lower as in the prepreg
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system. The fibre waviness led to an early microbuckling with an initiation of shear
stresses in the matrix and a dramatic reduction of the ultimate compression strength. [23].

The failure mechanisms of the different laminate systems were differently. Failure in
the technical textile appeared by the formation of kink-bands induced by the PET binding

yarns (Figure 7 and 8a).

300 800
a) by | ‘
Prepreg E
ve=34 % 6004 §
& 200 1 s Prepreg
& % ve=34 %
& & 400 -
% Textile %
& 100 4 ve=44 % & Textile
200 A vi=44 %
0 T T T 0 T T T T T T T
0 1 2 0 1 2 3 4
Strain €. [%] Strain €4. [%]

Figure 6 - Characteristic o-&-diagrams: a) Axial compression; b) three-point bending.

In the prepreg system two compression failure mechanisms could be observed: shear fail-
ure was 45° to the load direction and an indication for the formation of kink-bands (Fig-
ure 7 and 8b). Both mechanisms are well-known from tests with carbon fibre reinforced
€poxy resins, in which under shear failure higher strength results were reached [24-26].
This could not be corroborated with the prepreg system. Both failure mechanisms showed
equal compression strengths within small scatter. Also, the appearance of longitudinal
intralaminar cracks could not be found, as they have been observed by Rijsdijk [/8] in

unidirectional glass/PP.

Three-Point-Bending — The stress—strain response in a three point bending test of
both laminates is shown in Figure 6b. The prepreg system deformed linearly to approx.
80% of the ultimate strength. First failure in the form of fiber breaks started and the c-¢-
slope declined until final failure of the test specimens. The technical textile again showed
a higher Young’s modulus due to the higher fiber volume fraction, however it did not
even reach 50% of the ultimate bending strength of the prepreg system. It failed abruptly
followed by a stepwise strength decrease.
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Prepreg Technical Textile

Fibre
Bundles

! PET Binding
Yarns
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Binding Yarns

Figure 7 - Characteristic failure mechanisms for axial compression.

Figure 8 - Characteristic failure under axial compression; a) Kink-bands initiated at
binding yarns in the tech. textile; b) Kink-bands in the prepreg.

Both laminate systems failed under compression. In the technical textile a kink-band
was formed at the first load decrease. The specimen had not failed yet, and further fibre
failure with the development of kink-bands followed (Figure 9). First ply failure did not
arise under the bend stamp but at the nearest binding yarn. The PET binding yarns caused
a stress concentration and an out of axis waving of the glass fibres and led to early mi-
crobuckling kink-band formation and failure of the laminates. The failure under three-
point-bending could not be compared to the failure in a simple compression test, as in a
three-point-bending test the compressive stresses are continuously reduced from the sam-
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ple top side towards the neutral zone. Therefore the bending strength in a three-point—
bend test is normally higher than the corresponding compressive strength in a
unidirectional laminate [27] like it was the case in the prepreg system. The technical
textile showed an opposite behaviour.

binding yarn

Figure 9 - Technical textile: Kink-bands initiated at binding yarns under three-point-
bending.

Fatigue Behaviour

Tension-Tension Fatigue (R = 0.1)

Fatigue loading can lead to a temperature increase, due to the dissipation of energy
as a result of internal friction [28]. The temperature development was monitored with a
thermocouple during the fatigue tests. A temperature increase of max. 4°C could be
measured, therefore a temperature dependence of the fatigue results could be excluded.
The results achieved were plotted in a normalised fatigue diagram with the normalised
maximum stress in each consecutive fatigue cycle on the y-axis and the number of cycles
to failure plotted in a logarithmic scale on the x-axis (Figure 10). Equation (2), proposed
by Reifsnider et al [29] describes the fatigue behaviour

To —m*logN, +b ?)

O-ULT

with o, - maximum stress in the fatigue load cycles; Gy — maximum fracture stress from
the static tensile test; Ng — number of fatigue load cycles until failure and m and b as re-
gression parameters (compare Table 6). m describes the slope of the curve. Because of
the few tests only a low correlation coefficient Rk could be expected. It was the aim of
this investigation to obtain just a qualitative comparison of the different laminate sys-
tems.
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Table 6 - Parameters from the logarithmic equation.

m b RK
Prepreg System -0.022 0.8 0.815
Tech. Textile -0.035 0.78 0.784
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Figure 10 - Normalised fatigue life-diagrams under R = 0.1.

Hahn defined a fatigue ratio [30] 6/Oy; at 10° load cycles. This value helps to com-
pare different laminates. Typical values of unidirectional glass fibre-reinforced laminates
with thermoset matrices have values between 0.6 and 0.4 [31, 32]. Oever et al. [33] cal-
culated for glass fibre-reinforced polypropylene the fatigue strength value to 0.4, which is
comparable to that of the prepreg laminates, which had in our tests a value of 0.45. The
technical textile, however, had a fatigue strength value of only 0.2. Both, the fatigue ratio
and the slope of the curve in Figure 10 showed the significantly lower fatigue properties
of the technical textile.

Damage Mechanisms - A particularly appropriate method sensitive to the fatigue
damage degradation of a fibre reinforced polymer is the response of the secant modulus
[34]. Figure 11 shows the variation of the secant modulus, normalised to the initial
modulus in the very first load cycle, plotted versus the fatigue life. The prepreg laminates
showed the typical decrease in the secant modulus (stiffness reduction) for unidirectional
laminates. After the initial decrease in stiffness one can observe two further reduction
steps, which can be correlated to fibre and fibre bundle rupture. The technical textile,
however, showed a continuous decrease of the secant modulus, which can be compared
to that of woven fabrics [35]. After a first stiffness reduction (Region I) which occurs
within the first 20% of fatigue life one can observe a continuous further stiffness reduc-
tion (Region II). In Region III, at the very end of the fatigue life, an accelerated stiffness
reduction can be observed.
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Figure 11 - Secant modulus (normalised) versus fatigue life under R = 0.1.

The dominating damage mechanism in the prepreg laminates was the formation of
transverse cracks starting from the beginning of fatigue loading. With increasing number
of load cycles further transverse cracks developed. The cracks propagated either through
the matrix or along the fibre matrix boundaries. At some locations the rupture of fibre
bundles occurred, which resulted in the stepwise stiffness reduction. Therefore, after fail-
ure of the specimen it had a brush-like appearance.

Fibre Failure
,

Figure 12 - Schematic of fatigue damage degradation in unidirectional technical textiles.

In the technical textile we observed (as in the prepreg laminates) with the first fatigue
load cycles the initiation of transverse cracks in the matrix. However, these cracks initi-
ated near the PET binding yarns. Fibre fracture occurred from the very first beginning as
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well. The binding yarns constrained the fibre bundles. This led to normal stresses (in fibre
direction) and additionally transverse stresses to the glass fibres and therefore to a local
stress increase (Figure 12). A load transfer from the broken fibres into the unbroken fi-
bres occurs, and with further fatigue load cycles a further (Region II) and accelerated
stiffness reduction (Region III) can be observed. This is a self accelerating process, so at
the very end of fatigue life we have an extremely rapid stiffness reduction.

Conclusions

The influence of two different semifinished products (Plytron® and Twintex®) on the
static and fatigue degradation behaviour of a glass fibre—reinforced polypropylene was
investigated. Plytron" is a prepreg system and Twintex® a technical textile with glass and
polypropylene fibres stitched together with a PET binding yarn. The two materials essen-
tially differ in their microstructure and unidirectional fibre arrangement. While the
prepreg system had a homogeneous fibre distribution, the technical textile had a more
bundle-like arrangement with an inhomogeneous fibre distribution and matrix rich zones
due to the textile fabrication. This microstructure also influenced the static mechanical
properties. While the tensile properties were not as much influenced, significant differ-
ences on the compressive stresses could be found, because the binding yarns already ini-
tiated a small fibre deformation which could easily lead to kinking under the compressive
load.

Under fatigue loading the technical textile showed an early fatigue damage initiation.
Therefore, it was not as fatigue resistant as the prepreg material. The results showed the
important influence of the semifinished products on the mechanical degradation behav-
iour of continuous fibre-reinforced polymer composites. Designers should consider the
differences in tensile properties under static and fatigue loading as well as the differences
in compressive properties.
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Abstract:

A key need for the commercial acceptance and viability of composite structural
material systems is a methodology for reliability and lifetime predictions. In this paper, we
present a philosophy in which the residual strength of the composite material is calculated
as a function of applied loading conditions, environment, and resulting failure mode. Two
specific example applications are considered: the assessed and verified performance of
fiber wound composite tubes and pultruded shapes. We attempt to demonstrate the
understanding of the controlling damage mechanisms and the degradation processes that
contribute to the loss in stiffness and strength under simulated service conditions.

Keywords: durability, life prediction, residual strength

Introduction and Motivation

Many groups have made the claim that fiber reinforced plastic (FRP) composites
will offer improved durability and corrosion resistance over metaliic materials for
infrastructure and commercial applications. However, these claims have not been
substantiated in the open literature. The group on International Research on Advanced
Composites for Construction (IRACC) stated that the understanding and mechanistic
description of composite durability is the primary obstacle to routine use of these material
systems in civil infrastructure. Properties such as stiffness may change by more than 40%
during the life of a component. These property changes are integrally coupled to the
damage and failure modes that control remaining strength and life, the critical features of
such materials and structures. Unfortunately, many of the operative mechanisms and
processes that cause these changes are highly nonlinear in response to stress, temperature,
time, or aggressive environments, and especially so in response to combinations of those
applied conditions. A clear understanding of the overall response of composites subjected
to multiple mechanisms of degradation/physical change is a challenging problem with
critical consequences.
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The prediction of this composite damage and life prediction for composite
materials has been the subject of many investigations during recent years. An excellent
review of work in this area of fatigue life predictions has been given by Liu and Lessard
[1]. In this paper, they divided the models used to predict fatigue life into three classes:
residual strength degradation, modulus degradation, and damage tolerance approaches. In
our current work, we will focus on the residual strength approach.

In the residual strength degradation approach, fatigue failure is typically assumed
to occur when the residual strength becomes equal to the applied maximum stress
amplitude. Such an approach was used by Broutman and Sahu [2], who proposed a
cumulative damage theory based on a linear strength degradation approach to explain the
fatigue damage of fiberglass reinforced composites. Using this approach, they were able
to make predictions for the residual strengths of laminates which were subjected to high-
low stress tests and of laminates which were subjected to low-high stress tests. These
predictions were compared with the experimentally measured residual strengths.

Reifsnider and his coworkers [3-6] proposed a nonlinear residual strength
prediction based on the critical element model. In this approach, a representative volume
was selected which was typical of the material in question. This representative volume
may contain damage, such as matrix cracks, delaminations, microbuckles, or fiber
fractures, but some part of it still retains the ability to carry load. It is the failure of this
part of the representative volume, the “critical element,” which determines the fracture of
the entire representative volume. The remaining strength of the critical element was
calculated by using a nonlinear damage evolution equation that accounts for the changing
stress amplitude in the critical element. The predictions of the model were compared
with laboratory data for polymeric as well as ceramic composite systems.

In this paper, we present a philosophy by which the residual strength approach
may be applied to the analysis of composite materials subjected to complex
environmental and mechanical loadings.

Life Prediction Philosophy

‘We begin our analysis by postulating that remaining strength may be used as a
damage metric. We next assume that the remaining strength may be determined (or
predicted) as a function of load level and some form of generalized time. For a given
load level, a particular fraction of life corresponds to a certain reduction in remaining
strength. We claim that a particular fraction of life at a second load level is equivalent to
the first if and only if it gives the same reduction in remaining strength, as illustrated in
Figure 1. In the case of Figure 1, time ¢; at an applied stress level S, is equivalent to time
£; at stress level Sa” because it gives the same remaining strength. In addition, the
remaining life at the second load level is given by the amount of generalized time
required to reduce the remaining strength to the applied load level. In this way, the
effects of several increments of loading may incorporated into the analysis by adding their
respective reductions in remaining strength. The process by which this may be
accomplished will be described later in this work.
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Figure 1-—The use of remaining strength as a damage
metric.

Our next step in the analysis is select an appropriate failure criterion (such as
maximum stress or Tsai-Wu) which is a scalar combination of the principal material
strengths and applied stresses in the critical element. In this way we are able to consider a
single quantity rather than the individual components of the strength tensor. We denote

this failure function by Fa. We next define a generalized time, 7, so that
T=% )
T
and 7is the characteristic time for the process at hand. This characteristic time could be a
creep rupture life, a creep time constant, or even a fatigue life, in which case
n
T= 'ﬁ (2)
where n is the number of fatigue cycles and N is the number of cycles to failure at the
current applied loading conditions.
For the case in which Fa is constant, we assume that the residual strength is given
by
Fr=1-(1-Fa)?’ 3)
For a detailed discussion of the motivation for Eq. (3), the reader is referred to references
[3-5]. A special case of Eq. (3) is that of initial fatigue loading at constant amplitude in
which

n
T=-—
N
Fa= e @
Sult
Fr= 5,
S,

ult
where S, is the applied fatigue stress level, and S,y is the initial ultimate strength.
Substituting into Eq. (3), we arrive at
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However, for cases in which Fa(7) is not continuous (such as in the case of block
loading) we use a slightly modified approach based on the idea of remaining strength as a
damage metric. To explain our implementation of these ideas, we will consider the case
of creep loading at a level Fa, for a generalized time 7,resulting in a remaining strength
Fr. This loading is followed by loading at a level Fa,. The question then is how to

determine the equivalent amount of time, t2° , that would have been necessary to cause an
equivalent amount of damage (reduction in residual strength) at the level Fa,. We will

call a time “pseudo-time” because it does not refer to actual time. Substituting into Eq.
(3) and using the idea of equivalent remaining strength, we obtain

Fr=1-(1-Fa)z/ =1-(1- Fa,)(z,") 6)
Eq. (6) may then be solved for the generalized pseudo-time to yield
1
1-Fr }
7,0 = 7
o=(m) %
The equivalent pseudo-time, t2° (unnormalized), is given by

1
A 1~ N
6 =11, =( rr ) T, ®)

1-Fa,

Making use of Eq. (3) the change in remaining strength, AFr, over the interval (7,7, + At)
which corresponds to an interval (1,°,1,° + At) in pseudo-time is then given by

AFr=—(1- Fa, ){[’201;”} —(’;—0) } )
2 2

In general, such an approach may be carried out for any number of blocks of
loading having an applied stress level Fa; so that the remaining strength is given by

Fr=1-Y """ AFy (10)

where Npjocks is the number of blocks of loading. For cases in which more than one
damage mechanism acts, this process may be repeated for each of the mechanisms (e.g.
[7-8D).

To illustrate practical applications of the residual strength approach, we will
consider two cases: a hoop wound pipe subjected to internal pressure due to water and a
pultruded composite beam subjected to cyclic bending loads.

Example Application: Composite Pipe

The life prediction analysis for the composite pipe consists of four separate
subanalyses: the axisymmetric stress analysis, the axisymmetric moisture diffusion
analysis, the residual strength analysis, and the progressive failure analysis. The first two
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analyses make use of standard techniques. The stress analysis is an elasticity solution for
a multi-layer composite pipe similar to that presented by Hyer and Rousseau [9]. Each of
the constituent layers is assumed to be linearly-elastic and orthotropic. The moisture
diffusion is assumed to obey Fick’s law, and the resulting axisymmetric diffusion
problem is solved using the alternating-direction explicit (ADE) finite-difference method
[10].

In the residual strength calculations, we actually consider two different modes of
failure. The first failure mode is a bursting failure mode characterized by rupture of the
hoop direction glass. For this fiber-controlled failure, we use a maximum stress failure
criterion, so that
g
X

t

1mn

We assume that a Tsai-Wu failure criterion may be used to predict the cracking
behavior of the plies. This criterion takes the form of

F Dyt =

2 2 2
Fa,oiing = \/F;la-l +F,0, + F,0,0,+F0,+F,0,+F0,," =1 (12)
where the values for F;; and F; are constants. These values may be related to the principal
composite strengths as follows:

1 1 1
F=xx 7% x
! [ ! c
1 1 1
E,= F=—-— 13
A7 YO 0
1
Fy = ?
Different approaches have been suggested to determine the value of F;,. For our
purposes, we assume that F;; may be calculated as
1
F,= _E F\Fy, (14)

Since these phenomenological representations of the strength versus combined loading
conditions seem to represent the observed behavior well, it seems reasonable to assume
that this Tsai-Wu failure criterion can be used to predict the failure of layers made from
these materials. The question then is how to predict the strength of these layers that are
made from different percentage compositions of these materials. As a first estimate, we
may assume that the strengths in each of the principal directions for the layers may be
determined using micromechanical models. The Tsai-Wu parameters are then determined
using the expressions given in Egs. (13) and (14).

These expressions relate only to the initial properties of the layers. For the pipe
lifetime prediction, it is also necessary to include the manner in which those properties
change with time, and due to environmental effects. To introduce the effects of moisture,
we use the approach suggested by Springer [11]—the material properties can be reduced
using a linear function of the moisture content. The properties are reduced linearly
according to the maximum moisture content, the maximum percentage of reduction so
that
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(15)

X=X, (1 :

motisture _ content.
where X, is the initial value, and X is the reduced value. The maximum reduction in
properties as well as the corresponding maximum moisture content are then determined
experimentally.

In addition to the moisture effects, it is also necessary to introduce the information
that describes the lifetime of the plies as a function of rupture and fatigue stresses. This
information is obtained from previous results cited in the literature. For the rupture case,
we assume that Zhurkov’s theory of rupture [12] may be applied. This implies that, for 1-
D loading

Max _reduction _ % X moisture _ content ]

max

i=A,+B,logt

ult
or that in terms of the failure criterion
Fa=A +B,logt a7
Based upon tests conducted on chopped strand mat laminates in air by Phillips [13], we
assume values of

(16)

rupture

ruptiire

A =1.00
B, =-0.05
For the fatigue loading situation, we make use of the work of Schutte [14] who
collected previous work of Mandell. From this work, we find that for glass fiber

composites, regardless of the fiber architecture, the fatigue lifetime may be expressed in
the form of

(18)

S

=A,—-0.1logN (19)

Sull

or, written in terms of the failure criterion
Fa=A,-0.1logN (20)

A separate residual strength quantity ( Fr,,,, or Fr,

acking ) 18 then calculated for
each of the failure modes (burst failure or cracking). When the residual strength for a
particular failure mode is equal to the corresponding failure criterion, failure by that mode
is assumed to occur, In the case of hoop failure, bursting of the pipe occurs immediately.
In the case of cracking, a progressive damage analysis is employed. The progressive
damage involves two aspects: discounting the transverse and shear stiffness values of the
cracked layer by a factor of ten, and increasing the diffusivity of the cracked layers by a
factor of one hundred.

The general procedure employed in the life prediction scheme for the case of
weeping failure (pipe leakage) is shown in Figure 2 (for burst failure, no progressive
damage analysis is used). To illustrate the applicability of the approach, we consider the
composite pipe subjected to internal pressurization studied by Bodin [15]. The geometry
and initial material properties are identical to those employed by Bodin in his study. For
convenience, the analysis models described above have been incoporated into a user-
friendly analysis code with a graphical user interface. The results of the application of the
analysis to the prediction of the pipe lifetime (due to either burst or weeping failures) are
shown in Figure 3.
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Figure 2—Flowchart for life prediction approach used for weeping failure.

Example Application: Pultruded Composite Beam
Life Prediction for Thick Section Composites

Much of the prior work for composite life prediction has focused on in-plane,
fiber failure dominated damage controlled process. The structural members used in the
civil infrastructure are often of thick section and fail due to out-of-plane or matrix
dominated damage. Thus the work presented here is based on testing and analysis of the
20.3 cm (8 in) double-web beam (Extren DWB™) manufactured by the Strongwell Corp
[16], and used in the Tom’s Creek Bridge in Blacksburg, VA [17]. The beam is a
pultruded hybrid section, consisting of unidirectional carbon in the flanges and stitched
mat E-glass in a vinyl-ester resin, where the failure of the girder is controlled by
delamination buckling in the top flange at the location of the hybridization.
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Figure 3—Predicted and measured lifetimes for composite pipe. Experimental results are given
by solid symbols. Burst failures are predicted for the highest two applied strain levels; weeping
failures for all others.

Methodology Assumptions
We consider the case where the DWB is subjected to four-point bending fatigue
loading. The model employs the idea that initially stiffness reduction only occurs in the

tensile flange. As the stiffness of the bottom/tensile flange is reduced, there is a

redistribution of strain to the compressive flange and an inherent shift in the neutral axis.

The remaining strength approach, in conjunction an iterative stress analysis is then used

to determine the onset of delamination and the crack growth to failure. The assumptions

employed in the residual strength model include the following.

¢ Reduction in tensile stiffness of the beam will be evaluated, based on tensile coupon
data of similar material conducted by Phifer [18] which focuses on off-axis plies.
The unidirectional carbon plies do not experience any stiffness reduction.

Strength reduction is uniform for both the tensile and compression flanges and is
related to the in-plane strength reduction of the tensile flange.

e The carbon acts stiffer in tension than in compression, therefore the neutral axis is
initially offset toward the tensile flange but during loading shifts toward the
compressive side.

¢ The tensile out-of-plane strength (Z;) is calculated from the My, found from quasi-
static failure testing.

¢ Once delamination initiates, stiffness reduction must be accounted for in the
compression flange in addition to the tensile flange.

e Crack growth, once delamination is initiated, is symmetric from each side of the
beam, across the width of the beam (in the y-direction)



CASE ET AL. ON COMMERCIAL/INFRASTRUCTURE SYSTEMS 181

¢ Failure occurs when the crack propagates across the width of the beam or if the in-
plane remaining strength matches the loading.

The flowchart in Figure 4 graphically describes the process required to assess life.
The process begins by inputting the geometry, layup, and loading. Using this information
the stresses and strains are evaluated. The free edge stresses are then compared to the
strength of the top flange. If the stress exceeds the in-plane strength, delamination is
assumed. If the stress does not exceed the strength, the stiffness in the tensile flange is
reduced based on a maximum strain criterion. The neutral axis shift corresponding to the
stiffness reduction is then calculated. The new stiffness and neutral axis location are used
in laminated beam theory to determine the new ELgs and curvature. The k,° becomes the
new loading condition for the stress evaluation. The process is continued until
delamination initiation.

Stiffness Reduction of the Tensile Flange

Prior tensile fatigue testing of pultruded, E-glass, vinyl ester laminates is used to
characterize the stiffness reduction of the bottom flange. The dynamic stiffness reduction
was monitored in the tests; and indicates a linear reduction in stiffness occurs with respect
to cycles at a given load [18], following an initial drop off. The flange is divided into
sublaminates that mimic the cross-ply and quasi-isotropic coupons tested, and the
stiffness reduced on a sub-laminate basis.

For modeling the beam, it seems that the initial coupon degradation is similar to
what occurs in the beam itself, therefore the data was fit to a logarithmic curve to capture
the initial area, and then flatten out. The resulting curve fits were

Quasi-Isotropic: g‘ =-0.0124 ln(-}%)i— .8281 2n

o

Cross-Ply: % =-0.01 181;{%}» 8933 (22)

(4
The reduction of the quasi-isotropic laminates is more severe initially, but both
have similar attributes thereafter due to the nature of the logarithmic curve fit. In the
analysis, the effective modulus of a sublaminate is found from a rule of mixtures
approach

E. 1.
E, = __ZZ;" z (23)

where E;; is the equivalent modulus in the axial direction for a ply of any orientation and
t; is the thickness of the respective ply. This effective stiffness was then used in the same
manner to determine the stiffness of the entire flange. For the entire flange the E;; and t;
are the sublaminate E,z and thickness, respectively.

Neutral Axis Shift

Initially, the neutral axis shift is toward the tensile flange, as carbon acts stiffer in
tension than in compression. As the stiffness of the flanges change, there is a shift in the
neutral axis. This shift inherently changes the strain distribution across the section and
will influence the in-plane stiffness reduction. Initially, the neutral axis moves toward the
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compression flange, and once delamination occurs, it begins to shift toward the bottom
flange. The location of the neutral axis is simply found by considering the effective Ex
for the top and bottom flanges, in the standard mechanics of materials calculation

_XE 1y,

X001

3E, 1, (10)

x,i"0

NA

The influence of the neutral axis shift on the inertia properties is negligible and is not
accounted for in the analysis. A .635 cm (0.25 in) shift, representing the carbon acting
76% less stiff in compression, results in a less than [ % change in inertia values.

Out-of-Plane Strength Properties
The quadratic delamination theory proposed by Brewer and Lagace [/9] predicts
delamination initiation, based on the out-of-plane stresses and strengths. Failure is

assumed to occur when
2 2
2T I T Pt 24)
sz Z’

where 7, and o; are interlaminar stresses calculated using variational mechanics. In
terms of a failure criterion, Eq. (24) may be expressed as

2 2
Trz Uz
Faout-oj—pl{me = [Z_J +[Z] (25)

The value of 7, is negligible in this analysis when compared to the matrix strength,
allowing the Eq. (25) to be simplified as

Fa =% (26)

out—of — plane Z
1

The out-of-plane strength in the z-direction (Z;) is assumed to be the maximum calculated
O, at the critical glass carbon interface at failure in the quasi-static test.

In the fatigue situation, we must predict changes in the residual through-thickness
strength. To do so, we employ the failure criterion given in Eq. (26) with the residual
strength calculation approach outlined in [3]. Delamination is predicted to initiate when
the residual strength calculated in this fashion is equal to the value of the failure criterion
calculated using Eq. (26).

Crack Growth

Following the onset of delamination, stiffness reduction of the compressive flange
must also be considered with the tensile in-plane effects. These effects are also coupled
with the crack growth and propagation to predict the ultimate failure of the beam. The
reduction scheme is shown schematically in Figure 4. This stiffness reduction is used
with the continued modulus reduction in the bottom (tensile) flange to determine the
neutral axis shift. The new stiffness values and neutral axis location are then used to
determine EL and x,° that allow for calculation of the stress state. The drop in stiffness
and increase in curvature will inherently raise the stresses and may cause additional
failures. The initial crack, and any newly formed cracks, are then monitored and continue
through this evaluation cycle until failure. The process used to calculate the stiffness
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reduction in the compression flange as well as the rate of delamination growth is outlined
below.

Compressive Flange Stiffness Reduction
The new modulus of the compression flange is determined through a rule of

mixtures approach developed by O’Brien [20]
E, =(E*-E,

lam

)% +E,, Q7)

In Eq. (27), a is the crack length of the largest crack in the laminate, b is the half width of
the laminate, E* represents the effective modulus of the laminate if the layers are
completely delaminated from each other, and E,, is the initial effective modulus value
of the laminate. The rule of mixtures is also used to determine E* :

E .t
E*= % (28)

where Ey; and ¢; represent the effective modulus and thickness of the sublaminates
formed by the cracks.

Crack Growth
Once delamination initiates, crack growth is considered symmetric from each free
edge of the beam. O’Brien has shown a good estimation of crack growth is based on the

relation [20, 21}
da b dE
e b @9)
dn E*-E,, \ dn

where dE/dn is the change in modulus over the step size, and all other terms are
consistent with their definitions above. The crack growth rate (da/dr) is not constant,
since it is dependent on the number of layers that have delaminated at a given time, thus
as more layers delaminate, the rate of crack growth increases.

Determining Failure of the Beam
The model predicts failure due to in-plane effects and also delamination. Failure
is assumed when either of the following criteria are met:
1. Delamination initiates and the crack completely propagates across the width of the
beam, or
2. The in-plane remaining strength of the beam matches the loading (Fa=Fr).
These criteria are met when the remaining strength curve intersects the respective
loading curve intersection of the remaining strength curve and the applied load curve.

Predicted S-N Curve Compared to Experimental Data

An S-N curve was created for the beam considering no neutral axis shift and using
the overall average ultimate moment data to determine the strength of the beam. The
experimental points and the predicted S-N curve are plotted in Figure 5, normalized to the
average ultimate moment of all of the hybrid beams tested from both batches. The beam
failure at 53% is about six orders of magnitude from the prediction. The two beams
which experienced runout at 8 and 10 million cycles were under the predicted failure.
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The beam that failed after 370 000 cycles at 71% of the average ultimate moment agrees
well with the prediction of 300 000 cycles at the same load. Without further data, the
validity of the model overall cannot be determined.

Input Evdude _>~ " [Dearingion Crak

Properties™ o, ae, = > (07 LU= ntidion | Lengh = =i Fdlure

Figure 4—Flowchart of Stress Analysis and Stiffness reduction, delamination determination, and
stress redistribution following delamination.
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Figure 5—Comparison of predicted S-N curve for beam fatigue loading to experimental data.

Summary and Future Directions

In this work, we have outlined a philosophy based upon the residual strength
approach that may be used to predict the lifetime of commercial composite systems. This
philosophy may incorporate multiple damage modes such as those due to environmental
and mechanical loads. A key feature of this philosophy is that the stress analysis resulting
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from the design and the predicted performance are coupled with one another, thus it is
possible to adjust the design based upon recognizing the influences of material and
geometry on durability. Two examples were considered: a composite pipe and a hybrid
composite beam. For the pipe, two different types of failure were recognized: burst
failure and weeping failure. Burst failure is controlled by the hoop strength layer whereas
the weeping failure is controlled by the ability of the layers to resist cracking. In the case
of the beam, degradation in through-thickness strength of the hybridized region controls
the initiation of delamination. Subsequently, this delamination grows rapidly, leading to
failure of the beam. As a result, by improving the resistance to delamination, we may
improve the service life of the beam.
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Abstract: In order to design braiding sequences for three-dimensional braided
components, a method to predict the yarn structure is necessary, because the mechanical
properties of the component are dependent on the yarn structure. Satisfactory methods
for predicting yarn structure based on braiding sequence are presently unavailable,
although recent efforts [1] based on a finite element approach have yielded some
positive results. In this paper we present a relatively efficient method based on an
optimization approach. In our approach, the basic idea is to exploit the fact that the yarn
structure of the braid must be the one that minimizes the total yarn length in the braid.
Thus, the yarn structure can be predicted by minimizing the varn length, subject to the
condition that the yarns cannot intersect each other.

Keywords: optimization, 3D-braided composites, preform, yarn structure
Introduction

Three-dimensional braided composites have recently emerged as a promising class
of high-tech materials for use in the aviation industry and have many potential
applications in other sectors as well [2]. This type of material has two main advantages
as compared to traditional two-dimensional reinforced composites. First, they are more
robust because there is no risk of delamination failure; second, the braiding sequence
and the yarn structure can be chosen to meet specific design requirements. Indeed,
investigations have shown that the mechanical properties of three-dimensional braided
composites depend mainly on the yarn structure [3-5]. A method to generate a 3D
model of the yarn structure in a braided preform for a given braiding sequence is
therefore necessary to support the design of 3D braided composite structures. This
model must be accurate for both the macro and microstructure level. A large amount of
work has been done using experimental and/or analytical methods in the last ten years
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[6-10]. These methods yielded results on the topology of the braid but do not give
detailed information about the yarn shape inside the preform.

Precise analytical models are difficult to build due to the complexity of the process
and the large number of parameters that have to be taken into account. Experimental
characterization is very expensive and only provides information on one preform. The
constantly increasing power of the computer now allows us to consider numerical
methods to compute a complete model of a preform. A recent attempt [1] using a finite
element approach has given interesting results on the four-step braiding process.

This paper presents a new approach that uses numerical optimization to predict the
yarn structure of three-dimensional braided composites. Two optimization methods are
presented here, each of which has its advantages and disadvantages. In general, it
appears that the suggested approach is capable of generating solid models of preform
geometry with reasonable accuracy and reliability.

The braids studied are made of yarns that are assumed to be of circular cross-
section. The sequence of braiding steps (called the braiding sequence) is known, as well
as the number of pitches on the braid considered for each sample. It is assumed that
there is no friction and that pulling the yarn along the braiding axis direction tightens
the braid. The tension in each yarn is assumed to be the same. If the braid axis is taken
to be in the vertical direction, the problem can be seen as the minimization of the
potential energy of weights hanging at the extremities of each yarn. As there is no
friction, we can restate this problem as the minimization of the total length of the yarns
in the braid. Of course, some non-intersection constraints are needed to avoid the
solution in which all the yarn hangs straight down, which would be the minimal
potential energy solution without constraints.

For the present study, we are mostly concerned with the four-step braiding
sequence shown in Figure 1, however any other braiding sequence can be studied using
the same method. This braiding sequence was chosen because it is simple and has been
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Figure 1 - The four-step braiding sequence.
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studied in other papers, which was important in providing confirmation of our final
results. If n is the number of yarn on one side of the central square (Figure 1), then the
number of yarn is n¥(n+2). Samples for n=2 or n=3, i.e. 8 or 15 yarns were studied.

The Optimization Problem

As mentioned above, this paper presents two methods that were tested to predict
the yarn structure of 3D-braided composite. Those two methods, although different,
have a lot in common and share the same general idea. In both cases, the problem of
obtaining the yarn structure 1s formulated as a nonlinear programming problem (NLP).

ANLP is a standard formulation of an optimization problem that consists of three
distinct parts: the design variables, the objective function and the constraints. The
problem is to minimize the objective function f(X) where X is the design vector, X=
[X1, X2, Xn,]", containing the n design variables, subjected to m constraints. The
constraints can be of two types:

- WX)=0 j=1, 2,.. .k are the equality constraints
- g(X) 0.j= k k+1,...m are inequality constraints.

In this problem we used only inequality constraints to check for non-intersection of
the yarns. It is clear that once the design variables, objective function, and constraints
are defined, the NLP 1s fully specified; once this is done, several numerical methods are
available to solve the NLP.

The Design Variables

For this problem, the design variables are the (x, y, z) coordinates of points
belonging to the yarn itself or of points defining its shape (e.g., control vertices of B-
Splines). The yarns were modeled as flexible solid cylinders. The number of design
variables considered 1s fairly high, in the range of 300 to 2000, depending on the
accuracy required and the method used. Of course, increasing the number of design
variables leads to greater accuracy. Indeed, as the number of design variables increases,
the yarns become more “flexible,” which allows for tighter control over the yarn shape.

The Objective Function

In the models considered, it was assumed that there was no friction between the
yarns. Furthermore, the only constraints are the non-intersection of the yarns and the
geometric constraints at the endpoints of the yams. Therefore the objective function is
Just taken as being the sum of the length of the yarns.

The Constraints

The two methods presented later in this paper - the linearization approach and the
check points method - differ mostly in the formulation of the constraints. The idea is
that the yarns should not intersect or, if they do, the intersection should be small and
controlled. Indeed, jamming may occur in an actual braid because the yarns deform as
the braid gets tighter because the yarns are not truly solid cylinders.
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Moreover, the study relates only to a small sample and one of the assumptions here
is that we are looking at the steady state of the braid (i.e. where the braid has a cyclic
pattern, after the initial start-up phase). Hence, it was necessary to put constraints on the
end points of the yarns to ensure the cyclic behavior was enforced between extremities
of the braid.

The Optimization Method

We chose a numerical optimization method that uses an exterior penalty function
with a directed grid search for unconstrained minimization. The idea is to minimize a
pseudo-objective function, which is given by the sum of the objective function and a set
of penalty functions. Each penalty function is a constraint violation multiplied by a high
penalty factor. When minimizing the pseudo-objective function, the constraints tend to
zero and the objective function is minimized subject to the constraints. The directed grid
search method is an unconstrained optimization method which is relatively slow, but
very robust. It was adopted because our major concern was to test and prove the
proposed methods and not to tune them for efficiency. Thus, throughout this paper,
when computational time is mentioned, it has to be remembered that moving to faster
optimization methods such as derivative methods could improve efficiency
dramatically. The optimization code used is adapted from the Sandia Mathematical
Program Library developed at Sandia Laboratories, Albuquerque, New Mexico. The
version used is Version 8.1 (August 1980).

Display and Analysis of Results

To analyze the results, we used Excel plots of the center of the yarn, but there was
also a need for a powerful 3D modeler to do the solid display. We used ACIS 6.0 for
this purpose. All the figures showing solid models of the braid are a screen capture of
the 3D model displayed with ACIS 6.0.

First Method: The Linearization Approach
The Yarn Model

This is the first model that was implemented. At first, the natural idea when
discretizing the yarn is to use a piecewise linear discretization. This first try, simple to
implement, was essential to check if the length minimization approach was reasonable.
In this case, the yarn was modeled as an assembly of short cylinders connected at the
extremities of their axes.

The Optimization Problem

Clearly, the objective function is the sum of the length of all the short cylinders
composing the braid. To simplify the problem, the design variables are only the x and y
coordinates of the extremities of each cylinder’s axes. The z-coordinates of those points
are set constant.
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The only constraint applied is that on each z = constant plane that is considered, the
distance between any two cylinder center points should be greater than or equal to one
diameter. The diameter minus the distance between the two points is the constraint in
case of a constraint violation.

Results and Discussion

The sample studied here is a 15-yarn four-step braiding sequence considered over
five pitches. For an optimization problem, generating the initial guess on the design
variables can be a major issue. This initial guess (Figure 2 and Figure 3) was generated
manually. Each step in Figure 1 (which corresponds to a z=constant plane) was placed
two diameters (in the z direction) from the previous step. Two intermediate points were
added on the linear approximation between each plane for each yarn. Thus, we have 15
yarns and five pitches of a four-step braiding sequence (i.e., 20 steps) and two
intermediate points between each step. Each point has two associated design variables,
x and y. Therefore the number of design variables is 15*%2*20*3=1800. The simulation
required 30 minutes on a 450Mhz Pentium II computer, and the final predicted shape of
the braid that was obtained is shown in Figure 4 and Figure 5.

®
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Figure 3 - First guess from the top.

Figure 4 - Predicted shape from the side. Figure 5 - Predicted shape (section).
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With this example, we can see that the general behavior agrees with past
experiments; the braid free volume decreases when the total length of the braid is
minimized. Moreover, the predicted braid pattern is cyclic as expected and as checked
experimentally. Figure 6 shows also that the (X, y) plot of a yarn agrees with the pattern
predicted by recent FEM methods [1}.

However, this model is not completely satisfactory. We wanted to know with
precision the inner structure of the braid without yarn intersection. Figure 5 shows that
the yarns intersect and Figure 7 shows that the yarn shape is not very smooth. To get a
smoother final shape as well as better control on non-intersection, we would need many
more design variables (i.e., a better piecewise linear approximation), however this
would lead to a very large NLP problem. It should also be noted that this method, even
with a very large number of design variables, will never be exact. Even if the angle of
braiding is not very large, the intersection of the cylindrical yam with a plane
perpendicular to the angle of braiding is an ellipse. The way the constraints are
implemented, those ellipses are assumed to be circles, which is not the case.

Figure 6 - Projection of single Figure 7 - x (z) and y (z) plot of one
yarn on x-y plane. yarn,

Second Method: The Check Points Method

After the encouraging results obtained from the linearization method, a more
efficient and accurate method was necessary to ensure non-intersection and giving
better control over the yarn shape. The idea here was to use parametric B-splines. This
kind of curve gives good control over the yarn shape with relatively few control vertices
and the check for non-intersection of the yarns is possible. This check can be done by
generating a large number of random check points inside the braid and checking to see
if any of these points falls inside more than one yarn. The number of points belonging
to more than one yarn is taken to be the constraint violation.
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The Yarn Model

In order to model the yarns, we chose second order non-uniform rationat B-splines
of the form

p(@) = k- p;- N ()/(Q_h; - N,y (), with k =3 for second order 6y
i=0 i=0
Here, p (%, ¥, z) is position vector to the point, u is the parameter, n is the number
of control vertices, p; is the position (x; y; z;) of the i™ control vertex and #; its
corresponding weight.
N; i (1) is defined as follows:
M,k (u) =1 ifti ti+1
Nik(1) = (u- t)* Ny i(W)/ (ks — 1) + (trek — W*Niv s (W)/ (i — b+ 1) Otherwise

where ;=0 ifi k
t;=1-k+1 ifk 1 n
t;=n+k+2 ifi n
This kind of curve is suitable for our purposes for several reasons. First, the curve

is easily controlled with just a few control vertices. Moreover, the control vertices of
non-uniform rational B-splines can be weighted, changing the shape of the curves as
shown in Figures 8 and 9. The curves also have the property of local control (Figures 8§
through 11). This means that changes in a control vertex will only affect a small
segment of the curve near that vertex. This is important because during the optimization
process, the weights and positions of the control vertices vary, and we want the
modification of the yarn shape to be limited to a small region. Finally, we used locally
quadratic B-splines in order to be able to manipulate the equations conveniently. For
instance the inverse calculation to get the value of the parameter t, given a particular
value of z (the yar is monotonic in z), can be done very easily for this type of B-spline,
whereas it would be much more complicated and long with a cubic B-spline.

15

10

Figures 8 and 9 - Influence of doubling the weight of the control vertex A on the
yarn shape.
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15

10

05 0

Figures 10 and 11 - Influence of moving the control vertex A on the yarn shape.

The Optimization Problem

Here again, the objective function is the sum of the length of all the yarns. We
created a function that computes the length of a B-spline by piecewise linear
discretization. The design variables are the (X, y, z) coordinates of the control vertices.
A check is made at each step to ensure that the function z(t) is monotonic. The weight
of the control vertices can either be set as constant or treated as design variables.

To detect intersections, we first tried a method that generated random points inside
the braid and checked each point to see if it fell inside more than one yarn. The number
of points belonging to more than one yarn was taken as the value of the constraint
violation. To ensure having a cyclic pattern at the ends of the sample, we first tried
putting equality constraints to enforce the equality of the x and y values at the two
endpoints of each yarn. This idea was rejected and replaced by design variable linking;
we found that using the same design variable for both endpoints would be more
efficient and reduce the number of control vertices. The z coordinate of the endpoints of
each yarn is fixed. If they were treated as design variables, the minimization of the total
length of the braid would lead to yams reduced to a point, which is not what we want.

A few tries using random points showed that there were some difficulties with this
method.

- With too few points, the design quickly became infeasible due to the particular
random distribution of points; after this, it was often impossible to go back to the
feasible region.

- When increasing the number of points, the computational time increased
substantially and as the precision required for convergence was increased, the same
problem was encountered. The convergence behavior near the solution was also
poor.

In fact, with this technique of random points, the boundary of the feasible region is
not clearly defined, which adversely affects the performance of the optimization
algorithm. It is also better to have a routine that gives the same result for two different
runs, which is not the case with the random points. We therefore abandoned the random
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point distribution in favor of a fixed, uniform grid of points in the braid region and did
the same kind of checking as described above.

The sample studied here is an eight yarn, four-step braiding sequence considered
over four pitches. A computer program was written to generate the initial design (Figure
14). The spatial positions of the yarn carriers at each step are generated for a given
sequence, given the move sequence and the initial position of the carriers at the start of
the braiding process. Using these positions, the program computes a piecewise linear
approximation and scales it with a factor k>1 to avoid intersections. Finally, the scaling
factor is increased until the B-splines fitting these piecewise linear approximations are
all non-intersecting. As mentioned earlier, we have eight yarns with four pitches of a
four-step braiding sequence, i.e., 16 steps. Each yarn is defined by 16 control vertices,
each of which have three degrees of freedom (i.e., three associated design variables), x,
y and z. The number of design variables is therefore equal to 16*3*8=384.

P Ma »

Rl

Z A

PP

Ll
N e

Figure 12 — Ellipse Computation (1). Figure 13 - Ellipse Computation (2).

Ll
X

The first guess can be enclosed in a parallelopiped of size 4x4x 16 units. The
diameter of the yarn was taken to be 0.5 units. We chose for this example a regular grid
spacing of 0.2 units, so that the number of check points is 4*4*16/(0.2)* = 32 000
points. For each new design generated by the optimization algorithm, the following
steps were followed for each of the 32 000 points:

- Computation of the value of the parameter t; corresponding to the z coordinate, z', of
the grid point for the i™ yarn. z(t) is assumed to be monotonic, therefore the t; is
unique.

- Computation of the coordinate p; (x(t;), y(ti), ) of the center of the yam at z=z"

- Computation of pp; (x’(ti), y’(ti), z’(t;)) at these points; pp; are the tangent vectors to
the yams atz=z".

- Computation of major axes of ellipses of intersection of the yarns and the plane z =z~

d-Jx'(t,) +y' () +2'(¢)°
Ma, = A @) + 2 ()
2 Z'(ti )
- First check: If the distance between the grid point and the center of the yarn is greater
than the major axis of the ellipse, then the grid point is not inside the yarn.

- If the first check is inconclusive, the ellipse equation has to be computed for the final
check:
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The orientation of the ellipse is obtained by

cos(0,) = x'(t;) sin(0, ) = y'(t)
\/x'(ti)z +y'(1,) Vx'(ti)z +¥'(t,)?
And the equation of the ellipse is then given by
x(t,)? (“’S (0) , sin (9 D) 42 x(1,)- y(1,) - cos(6, ) sin(0,). ( +;—)
l al i
(e, )? (cos (0) sznb(zt9i))=1

Where b; is the seml-major axis of the i™ ellipse (b= Mai / 2) and a; its semi-minor axis
(in this case, the radius of the yarn). This allows us to obtain knowledge on whether a
grid point belongs to zero, one or more than one yarns, enabling evaluation of the
constraints. Figure 12 and Figure 13 illustrate the computation of the ellipse.

Results and Discussion

Plots similar to Figure 6 and Figure 7 are not useful in this case, as there are only
eight yarns. However, due to the nature of the B-spline yarn model, the predicted yarn
structure is smoother and much more realistic. This is shown in Figure 14 and in Figure
16. Examination of the 3D ACIS model from which Figure 16 is taken showed us that
the final design was quite reasonable. The computation for this example required 15
hours on a 450Mhz Pentium II computer.

The results given by this method are generally better than those obtained by the
linear method. First, the shape of the yarn is much more in agreement with what has
been observed in real samples. More importantly, as we increase the number of control
vertices and the fineness of the grid, the solution appears to converge quite well. This is
an important advantage over the linear method, but here again the limit is the
computational time.

It should be noted that the yarn structure obtained after 15 hours still has some
discrepancies. Figure 17 shows clearly that there are some small intersections between
yarns inside the braid. This could be caused by that fact that the optimization process
tends to adapt to the fixed grid by favoring solutions in which yarn intersections occur
between grid points, i.¢., the intersections are not detected and therefore do not
contribute to the constraint violations. Our research efforts are currently directed
towards rectifying this problem by modifying the method presented here while retaining
computational viability.
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Figure 15 - First guess (top view).

&

Figure 16 - Predicted structure (side view). Figure 17 - Predicted structure
(section).

Conclusion

The determination of yarn structure for a given braiding sequence is a crucial step
in designing three dimensional structural components. At present there is no satisfactory
method for solving this problem in a general manner. The methods presented in this
paper are intended to address this need by predicting the yarn structure through the use
of numerical optimization. The results obtained up to this point are very encouraging,
and the general approach appears to be capable of predicting braid geometry with
reasonable precision and reliability. This is particularly true of the second method
proposed, which uses B-splines to represent yarn shape in conjunction with a uniform
fixed grid of check points for detecting yarn intersection. Another attractive feature of
the proposed methodology is its generality and flexibility. The method can be directly
applied to different braid geometries and braiding sequences. With suitable
modifications, it can be used to model yamns of non-circular cross-section, as well as



TERPANT ET AL. ON 3D-BRAIDED COMPOSITES 199

cases where the yarn tension and cross-section vary from one yarn to the next. The
method does involve substantial computing time, but is still much more efficient than
the approach presented in [1]. Further work is needed to enhance computational
efficiency by improving on the optimization algorithm used. The use of derivative-
based optimization could lead to a significant reduction in the computing time. While
the issue of computing time remains a concern, the underlying methodology presented
here seems to work quite well.
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Abstract: Multi-level stress analysis is widely used to recover the micro-stress of the
stress concentration area in composite structures. One common approach is firstly to
consider the composite material as a homogeneous material. Effective properties are
employed to predict the effective stress and effective displacement fields (or called the
macroscopic stress and macroscopic displacement fields). Then, a local domain, which
includes the area of interest (normally the stress concentration area), is selected for local
microscopic stress analysis, in which the effective stress and/or effective displacement
along the local domain boundary are used as boundary conditions. Thus a question arises:
can the micro-stress field in the area of interest found from multi-level stress analysis
match that from full-field micro-stress analysis? In this paper, two principles and a
"local domain test", which is based upon the two principles, are established for multi-
level stress analysis. It is shown that micro-stress in the area of interest will be recovered
accurately with multi-level analysis if the selected local domain passes the "local domain
test." These two principles and the “local domain test” elevate multi-level stress analysis
into a more powerful tool.

Keywords: Micro-mechanics, multi-level analysis, homogenization
Introduction

Composite failure often emanates from stress concentration areas. In order to
estimate severity of stress concentration and possible failure consequences, it is necessary
to investigate microstress distribution. However, a full-field micro-stress analysis would
require a huge amount of human and computer resources. It is, in fact, unrealistic to
conduct full-field micro-stress analysis for structural design. Instead, the most common
method employed is multi-level stress analysis. Figurel illustrates it. The shaded area
represents the area of interest. It normally is the stress concentration area. Firstly, the
composite material is considered as a homogenous material. Effective properties are
employed to predict the effective stress and effective displacement fields. Then, a local
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domain, which includes the area of interest (normally the stress concentration area), the
shaded area in the figure, is selected for local microscopic stress analysis. Effective stress
and/or effective displacement along the boundary of the local domain are used as
boundary conditions.

Boundary of
o0 0000 4.4 local domain
o 0|0 0|0 o
LILJLY (LI
00|00/ 0|00 .

The area of interest

0|0/0/0/0/0|0
o|0o/0/0|0 GO

Figure 1 - Hlustration of two-level analysis.

Thus, two critical issues arise.

1. Can we recover micro-stress distribution in the area of interest using multi-level
analysis? The word "recover"” is used because knowledge of micro-stress was lost
during the employment of the homogenization step (The effective-level analysis).

2. How do we estimate the error of multi-level stress analysis without undertaking a
full field microstress analysis?

The purpose of the paper is to establish criteria for an accurate recovery of the
micro-stress field in the area of interest. Error mechanisms of multi-level analysis are
discussed first. Based upon these discussions, two principles are established to quantify
the required size of the local domain for multi-level analysis. These two principles are
as follows.

1. There is no severe effective stress concentration along the boundary of the

selected local domain.

2. The boundary of the local domain must be far enough from the area of interest.
The required minimum distance can be determined by a "local domain test,"
which will receive detailed elaboration in the body of this paper.

Finally, a numerical example is given. In this example, a two-level analysis was
conducted. First, an effective stress analysis was conducted. A local domain based upon
the first principle was selected. Then, a “local domain test” was applied to the local
domain. The test was successful. The effective boundary conditions were applied to the
local domain for a micro-stress analysis. Micro-stress in the area of interest was thus
recovered from the two-level analysis. Micro-stress in the area of interest, derived from
the two-level analysis, was compared to the results from full-field micro-stress analysis.
The results coincided.

Error Mechanisms

Let us return to the example illustrated in Figure 1. During the first step of the multi-
level analysis, the composite is considered as a homogeneous material. Effective
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boundary stress conditions are calculated based upon the effective stress analysis.
However, the effective boundary stress condition is different from the actual micro-stress
boundary. Figure 2 illustrates the difference. Domain A is subjected to an effective
boundary stress, which is derived from the effective stress analysis. Domain B is
subjected to an actual boundary micro-stress that is derived from a full field micro-stress
analysis. Subtracting micro-boundary stress from the effective boundary condition
derives boundary conditions applied to Domain C. Therefore, the micro-stress field in
Domain C is equal to the difference of the microstress fields of Domain 4 and B ( Stress
field of Domain 4 — Stress field of Domain B). It is, in fact, the error stress field of the
multi-level analysis. If the micro-stress in the area of interest (not the entire selected local
domain) of Domain C approaches zero, the same micro-stress field in the area of interest
of Domains 4 and B will be achieved. This means microstress in the area of interest will
be accurately recovered from the micro-stress analysis of Domain A4.

0/00 oo

Y, 7

olole oo
\ P

Boundary Cells
Domain 4 Domain B Domain C
Effective stress Micro-stress Effective —~Micro-stress
boundary condition boundary conditions boundary conditions

Figure 2 - Boundary stresses applied to the selected local domain.

Micro-stress in the area of interest of Domain C will approach zero if the following

two conditions are satisfied.

1. The boundary along each side of the area of interest is under an oscillating load.
The resultant forces of the oscillating load along the external edge of each
boundary cell of Domain C equals zero.

2. The area of interest must be far enough from the boundary of the local domain. In
multi-level stress analysis, the actual micro-stress condition applied to the
boundary of the selected local domain is replaced by the effective stress. If the
first condition is satisfied, the difference between the effective boundary stress
and the micro-boundary stress is an oscillating stress with a zero-resultant force
on the edge of each boundary cell. Such a boundary load only affects stress
distribution in the vicinity of the boundary. If the area of interest is far enough
from the boundary, the oscillating boundary load will not affect the micro-stress
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field there. As such, the micro-stress recovered from multi-level stress analysis
would be the same as results from full-field micro-stress analysis.

Tr1]e = /1
Equal Resultant

Force ?

3-a: Effective boundary stress 3-b: Micro-boundary stress

Figure 3 - Boundary stress applied to the boundary cell of the selected local domain.

Therefore, multi-level analysis error can arise from two sources:
1. The resultant force of effective stress along the external edge of the each
boundary cell is not equal to the resultant force of the micro-stress.

Refer to Figure 3, the cell shown in 3-a is a boundary cell in the middle of the first

row of Domain A. The cell shown in 3-b is the corresponding boundary cell at the
same location in Domain B. The effective boundary load must be equivalent to
the micro-boundary load in order to avoid errors.

2. The local domain is too small. As a result, the distance between the area of

interest is not far enough from the boundary of the local domain.

Error from the first source depends on validation of the homogenized effective stress
analysis. If homogenization is effective, the error brought by the first source can be
neglected. The error from the second source can be examined by a “local domain test.”
Both are discussed forthwith.

Validation of Homogenized Effective-Stress Analysis

During effective stress analysis, the composite is considered as a homogenous
material. The process is called homogenization.

Mathematically, if the size of the unit cell (or representative volume element),
denoted as & approaches zero, the effective stress on the unit cell will approach the
average value of the microstress over the unit cell, i.e.,

J'a,;’dV
ol &l i e—>0 ¢))
Y AV 4
where o denotes effective stress and o, denotes microstress, respectively. AV is the

volume of the unit-cell.
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For most elastic materials, such as metal, glass, and plastic, their microstructures are
so small compared to the entire material domain that the variation of effective stress over
a unit cell is negligible. Effective stress approaches the average value of the microstress
over the unit cell. Therefore, the homogenization approach has been traditionally
accepted. The material domain is always assumed to be a continuum domain with
effective properties.

For composite materials, the unit cell has a finite size. The effective stress cannot be

considered as a constant stress over the unit-cell. Let o, be the average value of the
effective stress over a unit cell and o, the average value of micro-stress over a unit cell.

The absolute error from homogenization can be measured by | o, - o) |, whichis

denoted as &. If the error is negligible, the effective stress field is macro-static
equivalent to the micro-stress field. Under this circumstance, we say that the
homogenization process is valid.

Strictly speaking, the effective stress equals the average stress of the micro-stress
only under a constant effective stress condition. However, error over a unit cell becomes
negligible if the following two conditions are satisfied.

1. The frequency of the effective stress in the vicinity of the unit cell is much lower
than the frequency of the micro-stress. Under this condition, micro-stress
oscillation is carried on the effective stress curve as shown in Figure 4. Micro-
stress can be characterized by effective stress plus a micro-oscillation. For
composite structures, the frequency of effective stress is usually much lower than
that of the micro-stress. A fast-oscillating effective stress with a frequency of a
similar order with the microstructure of the composite rarely occurs inside the
composite structure. If this occurs, a coupling effect of the macro-(the effective-)
stress and the micro-stress may occur. The homogenization approach would be
invalid.

Micro-stress

Effective Stress

Figure 4 - Effective stress and micro-stress distribution,
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2. There is no severe effective stress concentration in the unit cell. If the stress
concentration occurs in a very small region, and, if the size of the region is
comparable to the size of the unit cell, error can not be neglected. The average
value of the effective stress over a unit cell might not be close to the average
value of the micro-stress in the unit cell.
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The purpose of this paper is not to establish the relationship between error and stress
gradient mathematically. That is outside the scope of this paper. Instead, three numerical
examples are given to demonstrate the effectiveness of homogenization. The material
domain employed in these three examples is shown in Figure 5. It is a cross-section of a
fibrous reinforced composite. 64 unit cells are included. Silicon carbide fibers and epoxy
resin are employed. The properties of the fiber and matrix are

E=325GPa, v=015  V;=30.7%
E,=345GPa,  vm=035

Three boundary conditions are applied to this material domain, respectively. These create
three different effective stress fields. In the first example, a constant load of 100 MPa is
applied to the boundary of the material domain. This creates a constant stress field of
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100MPa. In the second example, linear load is applied. This creates a linear effective
stress field, which can be expressed as
100 100
X=T(y—l/2)+50, ay=T(x—l/2)+50, Ty =0 )
where [ is the length of the material domain.
In the third example, a quadratic boundary load is applied, creating a quadratic stress
field that can be expressed as

100 100 ,

Oy ='lTy s o'y__Tz_x ’ T_xy=0 (3)
0105 0705041 04[11]07]05]03[03]02]00
0.1 | 01 0.0 | 0.1 | 01 03030101 |00/00]00]00
0102 0.2 0201 04]02[02]04]03[01]00]00
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0.0 | 0.0 | 1040000 04|01 0.11.00- 0.1 01 | 0.0
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Figure 6 - The error of homogenization.
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Figure 6 shows errors from the homogenization approach in the material domain for
these three examples. The material domain is divided into 64 squares. Each square

represents a unit cell. There are two numerals in each cell. The top one is o —o'| over

the unit cell, i.e. &, and the bottom one is |o‘§ ~-o)

,i.€. . The unit of the error is MPa.

Referring to example one, error approaches zero in the middle of the material
domain under a constant stress field. There is a boundary effect, which creates a small
error between 0.1% and 1%. Error remains small under a linear stress condition. It would
not be so small if the unit-cell were not a symmetric-cell, or, if a non-linear stress field
were applied. The third example gives us a more general picture. Absolute error becomes
slightly larger in an area with large stress variations (outside of the shaded area). In all
three cases, error is insignificant compared to the magnitude of either effective stress or
micro-stress in the material domain. More examples were calculated. The general
conclusion is that error &;; will be negligible if there is both no oscillating effective stress
and no singularity of effective stress inside the unit cell. This holds even when only a
limited number of unit cells are included in the material domain. If the two conditions
mentioned in this section are satisfied, the homogenization approach will be valid and the
effective stress field will be statically equivalent to the micro-stress field.

(MPa)
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Figure 7 - Macro-(effective) and micro-stress distribution along the virtual boundary.

The next step is to examine the resultant forces of micro-stress and effective stress
along the edge of each unit cell. Refer to Figure S. Let us make a virtual cut along the
middle line y = 0. A virtual boundary is thus created, as shown in Figure7. The only
boundary stress component is the normal stress oy. Figure 7 shows the distribution of oy
along the new boundary. There are six curves in the figure. They are the effective-stress
curves and the micro-stress curves for the above three examples. Also, the average value
of both micro-boundary stress and effective boundary stress along the edge of each cell is
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calculated and shown in the figure by symbol "o" and "e", respectively. One can see the
following.

1. The micro-stress curves are carried on the effective-stress curves.

2. The cell averages of effective stresses are very close to that of the micro-stress.
Small errors occur in the area where stress changes more rapidly, such as the high
stress region of the quadratic stress field. Subtracting effective-stress from the
microstress, one can derive three oscillating boundary stress curves. The resultant
forces of boundary stress along the edge of each unit cell are insignificant.
Generally speaking, if homogenization is valid, the effective stress will be
statically equivalent to the micro-stress over the external edge of each boundary
cell of a selected local domain,

"Local Domain'' Test

In this section, we will answer the following question: If homogenization is valid,
how can we accurately recover the micro-stress in the area of interest?

Refer to Figure 3. If homogenization is effective in the boundary cell, the resultant
force of oscillating boundary stress applied to each boundary cell of Domain C vanishes,
This oscillating stress only affects the stress in the vicinity of the boundary. In order to
test the effect of the oscillating stress in the area of interest, a “local domain test” can be
conducted. Figure 8 is an illustration of the “local domain test.” A periodical load,
modeling the oscillating micro-stress, will be applied to the local domain as shown in
Figure 8. Then, the stress in the area of interest is examined. This ratio of the stress in the
area of interest to the boundary stress will be the relative error of the two-level analysis if
this domain is selected. If the stress in the area of interest is very small, the domain
selected for the two-level analysis is sufficient. Otherwise, one must increase the domain
size and retest until a near-zero stress is achieved. This process is named the "local
domain test." In order to achieve an accurate micro-stress recovery, the local domain used
in two(multi)-level analysis must pass this test.

Boundary Stress
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Figure 8 - "Local domain” test.
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Application of the ""Local Domain" Test in Multi-Level Analysis

Based upon the two principles and the “local domain test”, we successfully
recovered the microstress in an enlarged Pagano-Rybicki boundary value problem
(Pagano and Rybicki 1974, Rybicki and Pagano 1976, Pagano and Yuan 2000).

Figure 9-a is the material domain for the enlarged Pagano-Rybicki boundary value
problem. At the top part of the material domain, sixteen silicon carbide fibers are
embedded in an epoxy matrix. The properties of fibers and matrix are

E;=325GPa,  v=015  V;=30.7%
En=3.45GPa, v =035

Both x- and y-axes are symmetric axes. The bottom part is made only of matrix. An axial
strain of 0.002 is applied in the axial direction (z-direction).

The material domain is considered to consist of two homogenous materials. The
upper part is a fiber reinforced composite with effective properties of E;=102.11GPa, Ey
= Ez =727 GPa, Vir=viz = 0.277, Viz = 0.440, GLT = GLZ =239 GPa, GTZ = 1.99 GPa.
The lower part is the pure epoxy matrix. Thus, an interface is formed between these two
materials. Figure 9-b shows the effective stress distribution along the interface. There is a
singular point on the edge of the interface. Therefore, it is critical to investigate the
micro-stress in the critical cell, as shown in the figure.

Y

A
0.4 — —— e
0000000 Boundat}- of 5 i EHomogenézed
@0 0®O®®® ® thelocal domain = Matrix .
. a ingular
‘X XXX 1000 . g o2
4~ Critical cell @
0000000 g o1
____________ b £
g 0
> 0.1 —— e
9-a Material Domain 9-b Effective-stress along the interface

Figure 9 - Enlarged Pagano-Rybicki problem .

First, a local domain was selected for a two-level stress analysis, as shown in Figure
9-a. It is composed of six unit cells (four composite cells and two matrix cells). Results
from an effective stress analysis showed that there was no singular stress or severe stress

concentration occurring on the boundary cell. Therefore, the effective stress would be
valid on the boundary of the domain.
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Fig.10 “Local Domain Test” Results

Then, a periodic normal stress of + 1 MPa was applied to the boundary of the local
domain. Figure 10 shows the stress contours of the local domain. One can see that the
periodic load only creates stress in the boundary area. The stress over the critical cell is
far smaller than 0.05 MPa, i.e., 5% of the external load. Similarly, a periodic shear stress
was applied to the local domain. Similar phenomena was observed. Therefore, the “local
domain test” was passed. The selected local domain was big enough for a two-level stress
analysis.
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—O— Microscopic Stress Analysis
0.2 —#-—- Two-Level Analysis
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Figure 11 - Comparison of radial stresses along the fiber-matrix interface
Jrom full-field micro-stress analysis and two-level analysis.

Then, the effective-boundary displacement was applied to the local domain for a
micro-stress analysis. It was found that the micro-stress field inside the critical cell
resulting from two-level analysis was almost identical to the stress field resulting from a
full field micro-stress analysis. Figure 11 shows normal stresses (o; ) along the fiber-
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matrix interface. One curve characterizes the result from two-level analysis and the other
from a full-field microstress analysis. Both curves almost coincide. The micro-stress in
the area of interest is accurately recovered.

Conclusions

In this paper, two principles have been proposed for selection of a local domain for
multi-level analysis. They are as follows.

1. Effective stress does not oscillate along the boundary of the local domain and
there is no severe stress concentration along the boundary of the selected local
domain.

2. The selected local domain must pass the "local domain test."

If the above two principles are followed, the micro-stress in the area of interest (or
stress concentration area) can be accurately recovered without a full field micro-stress
analysis.

A numerical example, an enlarged Pagano-Rybicki problem, is given. Following
these two principles, the micro-stress in the area of interest is accurately recovered by
using two-level stress analysis.
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Abstract: The coefficient of thermal expansion (CTE) is one of the critical parameters in
determining material behaviors. This article presents a study for developing a new
method in measuring CTE at reduced temperature. The machine used in the measurement
is a micro mechanical tester. Measured specimens are stressed. and at least one
characteristic dimension of specimens is in the order of mm, sub mm or microns. CTE
values are determined based on their relation with the measured magnitude of stress jump
resulting from the change in temperature. Their comparison with the CTE values reported
by other sources is also presented. It is interesting to notice that CTE values measured by
the method may vary depending on the level of applied stresses for the same amount of
temperature change. Advantages of this method with respect to high sensitivity, easy
operation, short testing time and others are also discussed.

Keywords: Coefficient of thermal expansion (CTE), micro mechanical test, stress, strain,
reduced temperature

Introduction

Quantitative description of the volume expansion caused by the change in temperature
can be characterized by the coefficient of thermal expansion (CTE), or for all practical
purposes, the linear CTE. Most work in the area of measuring CTE are performed by
utilizing the instrument called Thermal Mechanical Analyzer (TMA) (ASTM E831-2000,
“Standard Test Method for Linear Thermal Expansion of Solid Materials by’
Thermomechanical Analysis.” ), or by employing the method of electric resistance strain
gages (ASTM D5335-1999, “Standard Test Method for Linear Thermal Expansion of
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Rock Using Bonded Electric Resistance Strain Gages,”). The physics of this type of
measurement performed by TMA is based on the free body expansion mechanism (stress-
free status) that the expansion/shrinkage taking place in materials is proportional to the
temperature change. CTE values can be determined based on the information of volume
change. The mechanism for the electric strain gage method is to use the strain gage,
which is bonded to specimens, to gauge the thermal deformation.

In this study, a new method is proposed in measuring CTE. There are a few features
about this new method. The first one is that specimens are stressed when they are
undergoing the temperature change. The second one is that specimens are small in size.
At least one characteristic dimension of specimens is in the order of mm, sub mm or
microns. Typical specimens are thin films, fibers, etc. The third one is that CTE values
are related to the stress drop/jump upon change in temperature when specimens are under
stress.

A microthermal mechanical tester is employed in this method. Since the tester can
only work on small specimens, the time needed to reach the status of thermal equilibrium
in specimens upon the change in temperature is short [/]. Also, measurement is recorded
by the tester directly and no strain gage attachment to specimens is required. This will
eliminate many errors in operating a test [2]. Mechanical testing on small specimens is a
research area of much activity, particularly in characterizing electronic packaging
materials like solders and solder joints, etc. [3]. One topic is to use the mechanical fatigue
scheme in simulating the thermal cyclic loading for the reliability analysis of solder joints
[4]. It is also reported for the experiments on Nicalon™ fibers by using the micro testing
method [5] that so individual fibers can be characterized mechanically to observe its
failure pattern under various conditions [6].

CTE data obtained by TMA indicates the phenomenon of stress-free-body thermal
expansion. The question asked here is whether CTE may change for the case of stressed-
body thermal expansion. For example, if a material under normal working condition will
bear a load at its 10% of the failure strength, it may seem to be preferable to have the
CTE data at this particular stress status. Whether there is a difference between free-body
CTE and stressed-body CTE is an issue of investigation in this study.

Micro Mechanical Tester

The machine used in this study is a micro thermo-mechanical two-axis tester made by
Wisdom Technology Inc. It has one linear motor stage and one DC motor rotary stage,
assembled with a six-axis load cell and a small environment chamber. The tester has a
high load and displacement resolution, which is 2 grams in force and 0.1 micron in length
respectively. The maximum load is 20 kg for tension and compression, and 20N'm for
torsion. The maximum range is 100 mm for translation and 360° for rotation. The
translation speed varies from 0.0005 mm/s to 10 mm/s. The environment chamber can
provide a temperature range from -100°C to 300°C. Liquid nitrogen is used as cooling
source. The tester is capable of performing two-axial loading modes: the uni-axial mode
and the torsion mode. Four loading configurations are available: static, fatigue, creep and
relaxation. Control of the tester and the data manipulation is fully computerized.
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Testing Procedure

In this study, only the mode of tension load is considered. The steps in this procedure
can be described as a five-step scheme. Step 1 is to load a specimen in tension to a certain
force level in a displacement control mode at a given temperature, say T1. The recorded
force-displacement response by the tester will be displayed in the computer running the
M.S. Windows 98 software that controls the tester. The force level is pre-set so when the
load cell detects the load that meets the pre-specified force magnitude, the tester stops. At
this stage, the specimen is deformed. Step 2 is to hold the deformation steady (no further
deformation is allowed), and reset (increase) the maximum load. Step 3 is to change the
temperature in the environmental chamber from T1 to another level, say T2, for a time
period that allows the thermal equilibrium status to be reached in the specimen. Step 4 is
to re-start loading the specimen at T2 also in the displacement control mode. At the
moment of starting Step 4, a stress jump will be observed in the recorded force-
displacement response when T2 < T1. Step 5 is to stop the test by imposing a prescribed
termination condition on the machine or the condition of specimen ultimate failure. The
scheme can be repeated to test a specimen under multiple temperature changes.

357 P2
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Figure 1 Stress jump caused by the change in temperature.
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Results

The end result after completing the testing procedure is the force-displacement curve.
This curve can also be easily converted to the stress-strain response provided specimen
sizes are known. Figure 1 shows one typical stress-strain response obtained in the study.
It is easily observed that there is a stress jump in the stress-strain curve that corresponds
to the temperature change. If Ac is used to denote the stress jump, its definition is:
02—c1. Here, o1 and o2 are the stress magnitude at P1 and P2 respectively (see Figure
1). Temperature at the point of P1 and P2 is T1 and T2, respectively. It is also noticed
that the Young’s modulus, denoted by E, is defined as the tangential ratio to the stress-
strain curve, which can be graphically determined by using the software that controls the
tester. Since the stress-strain curve is not linear, E’s values vary. For example, E’s value
at the P1 can be obtained on the basis of the tangential line indicated in Figure 1.

CTE Equation

In this section, the relation between Ac and CTE will be analyzed. The foundation for
the analysis sits on the linear theory of thermal-elasticity that the stress-strain relation in
describing a specimen’s thermo-mechanical behavior including the thermal strain effect
is defined by

o=E(e—en), =0T ~T0) )

where, & and € are the stress and strain, respectively. E is the Young’s modulus. &y, is the
thermal strain. o is the linear coefficient of thermal expansion (from now on, o is the
same as CTE). T is the current temperature, and TO is a reference temperature at which
the material remains at the status of zero residual stress.

The differential form of Eq. 1 is also available, which states

do = Ede - Edey, )
Since the mechanical strain € is zero during the time period when temperature is
changing as deseribed in Step 3 in the section of Testing Procedures, the following
equation is obtained

do =—E(T -Ty)do.— EadT 3)

Ao is defined as the stress jump: 62—c1. Here, 61 and 62 are the stress magnitude at P1
and P2 respectively (see Figure 1). Ac then can be expressed by
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72 72 72
Ac= [do= [ -E(T-To)da- [ EcdT @)
71 T 71

Equation 4 requires further simplification, and three cases of simplifications are
considered here.

Case [

In Case 1, E and o are assumed to remain unchanged in the temperature range
[T1, T2]. o then can be easily determined by

-Ao
o=— 5

EAT )
where AT is T2-T1. Since all the quantities in the r.h.s. of Eq. 5 are known either as input
or a measured quantity, computing CTE is straightforward.

Case 2

In Case 2, only « is assumed to remain unchanged in the temperature range [T1, T2].
If the dependence of E, the Young’s modulus, on temperature is further assumed to be
linear, the calculation on CTE is governed by

o= -2A0 ©)
(E1+ E2)AT

where E1 and E2 are the Young’s modulus at the point 6 =c1 and ¢ =02, respectively.
Case 3

In Case 3, o is assumed to vary linearly with temperature in the temperature range
[T1, T2], while E remains unchanged. The corresponding equation is

1.502-0.501==29 7
EAT

where, a.1 and a2 are the coefficient of thermal expansion of measured specimen at T1
and T2, respectively. al and o2 can not be computed by Eq. 7 alone. It appears that
determining a spectrum of o’s values based on Eq. 7 may require a series of
measurements on Ac with a multiple temperature changing scheme.

A natural extension of above three cases is to analyze the case when both o and E are
linear function of temperature in [T1, T2]. However, such an analysis takes a long
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mathematical derivation. Since this study focuses on the experimental work side of CTE
measurement, we will not include the analytic derivation here.

Cooling Time

As stated in the section of Testing Procedures, Step 3 involves the change in
temperature from T1 to T2. Now the question is raised about how to determine the time
needed to let the specimen reach its temperature equilibrium status. Here, the following
equation is employed to provide a time estimate[6]

0.5h = |/ Bt (8)

where h is the specimen thickness, B is the thermal diffusivity for the material with the
unit being cm?’s’\. s is the time unit in seconds, cm is centimeter, and At is the time
estimate for reaching equilibrium temperature. Therefore, when values for h and  are
known, At can be computed by using Eq. 8. It appears that, for a fixed h, the smaller j} is,
the bigger At becomes.

Tensile Test

The curve shown in Figure 1 is the stress-strain response for a polyimide specimen
with a temperature drop when an applied stress level at about 12.% of the tensile failure
strength is reached. The specimen is in the shape of thin film. Its thickness is 30 microns.
However, before this test is carried out, a regular tenisile test has to be done to determine
the tensile failure strength, so the information of appropriate stress levels can be obtained
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Figure 2 Tensile stress-strain response for a polyimide specimen at room temperature.



218 COMPOSITE MATERIALS

for designing the follow-up temperature drop tests. Here, the tensile test result is also
included and shown in Figure 2.

CTE Data

The testing procedure for having a temperature drop is to first stretch the specimen in
tension at room temperature at a rate 0.5 microns per second, which is extremely slow.
When the load cell reacts to a force level at 400 grams, which is about 12% of the failure
strength at the room temperature, the tester stops. At this moment, no displacement is
allowed, but the load cell is free to register any change. Then the temperature in the
environmental chamber is cooled down from the room temperature to —20°C. For typical
polymer materials, B is of the order 0.0001 to 0.001 [7]. Based on Eq. 8 and using the
value p = 0.0001 cm’s’ , the computed value for At is only a fraction of a second. In the
test, a 2-minute cooling time was enforced. After that, the tester continues to elongate the
specimen at the same rate set in Step-1 till the specimen fails at —20°C. Measured
Young’s modulus is 5.11 GPa at P1 and is 5.03 GPa at P2. The data on stress jump due to
the temperature change is recorded by the machine control software. So based on Eq. 5,
CTE value is easily calculated. Three tests are done and their average is given in Table 1.
Table 1 also includes two CTE values that are the case of applied stress level is at 4% and
8% of the tensile failure strength, respectively. In addition, the reported CTE value from
the specimen provider is also listed in Table 1.

Table 1 - Measured and reported CTE values.

CTE applied stress at | Applied stress at | applied stress at | Reported
p P
4% strength level | 8% strength level| 12 % strength level
(107°/°C) 0.0854 0.0838 0.0774 0.026

Summary and Future Work

The paper presents a new experimental method in measuring CTE. The first issue
concerning the validity of this method is whether the measured quantities have adequate
sensitivity so as to provide meaningful data. For the experimental method presented in
this paper, this issue appears to be well addressed with the following three considerations.
Firstly, it can be seen from Eq. 1 that the stress jump is proportional to the Young’s
modulus. Young’s modulus is usually a big number for most engineering materials. This
means that the measured quantity in this method, which is the stress jump, is amplified.
So a tiny change in CTE will lead to a ‘sizeable’ change in the stress jump. Secondly,
because the tester is of very high force resolution that assures an accurate measurement
in stress, this provides another mechanism to contribute the ‘good’ sensitivity for this
testing method. So far a number of tests have been done in measuring CTE by this
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experimental method, intuitively the results show a quite consistent and repeatable
pattern.

There are other advantages about this method. Since specimens are small, it takes a
relatively short period of time, typically a few minutes, to complete a test. Such a quick
testing time may be attractive. For example, if a “regular sized” specimen is to be tested
that may take hours or days to finish, it may be wise to conduct micro-testing first as a
screen process for the purpose of increasing the success assurance for the test on regular
sized specimens. In this way, losing time may be avoided. In addition, little gripping,
mounting, adjusting, calibrating is needed when operating this tester. This eliminates
many operational errors.

It is interesting to notice that, based on the results from using this method and shown in
Table 1, the level of applied stress does have an effect on CTE. Upon all other conditions
remaining the same, it appears that CTE decreases as the level of applied stress is
increased. Also, in comparison with the reported value of CTE given by the specimen
provider, the CTE values measured by this method are high. It is believed that the
reported value is an estimate. Including this reported value in Table 1 is just for the
purpose of presenting more CTE information about this particular material, and caution
has to be exercised when the comparison is to be made between the reported value and
the measured ones.

The work presented here is for the case of temperature decrease. A few tests also have
been done in which the temperature increase is conducted. As expected, a stress drop is
observed in those tests that follow the similar procedure as given in the section on
Testing Procedures.

There are many issues that require further studies in relating this method. Since this
paper aims to introducing this method, only the ‘basic building blocks’ in the method are
discussed here. On the other hand, introduction of this new experimental method in
measuring CTE presents an opportunity to consider and/or investigate a number of
interesting topics. For example, single continuous fibers used in reinforcing composites
are very small in diameter. Smallest ones can be in the order of 10 microns. It may be
possible to use the quantity of stress jump described in this paper to back calculate the
fiber diameter. Another important topic is the CTE measurement for composites which is
a very important area. But it appears that the scope of experimental work in this area is
relative small. Whereby, extending the micro testing into this area is very attractive. The
progress on these topics will be reported separately when it is available.
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Abstract: The objective of this work was to relate damage mechanisms, gleaned
through electron microscopy, to delamination loci generated using fracture toughness
(Mixed-Mode Bend) tests. From this, mixed-mode criteria were ranked using the xz
method {goodness of fit). The shapes of the failure loci (Gy versus %G)) were related
to the damage mechanisms, and to the moisture content, fibre type and ply orientation.
Due to cusp formation, the delamination toughness increased as the proportion of
Mode 11 increased. A further finding was that a ‘hump” which was observed in the
failure loci under Mode I dominated loading was due to fibre bridging. Ply orientation
also had a significant effect on the toughness; 0°/90° interface was about 45% tougher
than the 0°/0° interface due to secondary matrix cracking parallel to the crack front.
The presence of such additional mechanisms indicates that delamination toughness is
not a material property but is dependent on ply orientation.

Keywords: Delamination, fractography, mixed-mode bend, failure criteria, moisture,
ply interface, mechanisms

Nomenclature

x*? Goodness of fit

Gr Total strain energy release rate, Jm™
G Mode I strain energy release rate, Jm‘27
Gy Mode II strain energy release rate, Jm™

Critical Mode I toughness, Jm™
Critical Mode 11 toughness, Jm™
Index in the Power Law criterion
Index in the Power Law criterion
Parameter in the Yan criterion
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T Parameter in the Yan criterion
n Index in the Exponential K criterion
B Parameter in the General Interaction criterion
o Parameter in the General Interaction criterion
Q Parameter in the Hackle criterion
Y Index in the Exponential Hackle criterion
N Index in the Exponential Hackle criterion
q Index in the Benzeggagh criterion
Go Induced critical Mode I component in Kinloch criterion, Jm™
® ‘Surface roughness’ in Kinloch criterion
do Phase angle due to elastic mismatch in the Kinloch criterion
¢ Phase angle, where cot’¢ = Sy in the Kinloch criterion
I
S Standard deviation of the G; component
Sn Standard deviation of the Gy component
GF Predicted Mode I strain energy release rate, Jm?
Gt Predicted Mode II strain energy release rate, Jm?
AB&C Arbitrary parameters
t Ratio of Gy/Gy
Introduction

Although composites are now being utilised in a wide range of applications, they
have yet to deliver the cost-savings expected. This is mainly attributed to the difficulty
in predicting their behaviour, particularly when containing damage or delaminations.
Consequently, expensive and time-consuming testing is required to qualify and certify
composite structures containing damage. Sensitivity to delamination is widely
recognised as one of the key limitations for using composites in primary (safety-
critical) applications. Simplified or closed-form solutions for delamination are limited,
and numerical methods, such as finite elements, are required for predicting growth.
Accurate modelling of delamination requires issues such as large deflections, local
buckling and contact between the delaminated layers to be addressed [/]. Through
using a numerical approach, the forces and deflections at a defect boundary are
determined, from which the Mode T and Mode II strain energy release rates (G and Gy
respectively) are calculated. These are then input into a failure criterion, to ascertain
whether delamination growth has occurred at each point around the defect boundary.

A wide range of failure criteria have been proposed to predict delamination growth,
but most are empirical with little physical basis [/]. The objective of the work
described here was to relate the mixed-mode delamination loci for CFRP with the
delamination micro-mechanisms, gleaned through fractographic analysis, and to
identify the best delamination criteria to use for design. Eleven delamination failure
criteria were fitted and ranked using the toughness data from two carbon-fibre/epoxy
materials, at two moisture conditions, at 0°/0° and 0°/90° ply interfaces. Failure criteria
were ranked according to goodness of fit and their prediction of the critical Mode I
(Gic) and Mode II (Gyic) toughnesses.
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Experimental Details and Data Reduction

Table 1 - Mixed-mode delamination failure criteria from the literature.

Criterion Failure Criterion as f(Gi,Gn) Parameters Eqn
Linear St Su 5y 2 1
Gic Guc
m n
Power Law l:—G—I—] +{EL:1 >1 4 2
Gic Guc
G Gy)
Y G;+Gy 2Gc + [—AJH[—H] 3 3
an 1 i ic tP G, G,
G
K Gy +Gy 2Gye —(Gye —Gie) [“—I‘) 2 4
Gic
E tial nfa- 3 5
xponentia
P K Gy +Gy 2 (G —Ge)e '™ +Gye
General {El_“l}{ Gy '1]"'['3"'@ St } GGy 20 4 6
Interaction Gic Guc (G, +Gy) JGcGic
2 2
Ramkumar [GI} +[GH] + GG 21 2 7
Gic Giic GicGuc
Hackle G;+Gp2G e —Q+Q 4 8
Exponential G;+Gy 2 (Gie —Gpe)e" ™ + Gy 4 9
Hackle
G]l q
Benzeggagh G, +Gy 2GIC+(GHC_G[C)[GI+GHJ 3 10
Kinloch G, <[G, +Gn][cosz(¢_¢0)+sin2msin2(¢_¢0)] 3 11

To generate the toughness data, mixed-mode bend (MMB) tests were conducted on
two different Hexcel materials; T800/5245 and T800/924. These matrix systems are a
bismalemide and a modified epoxy respectively. The laminates were tested at two
different moisture conditions; dry (as received with negligible moisture content) and
wet (equilibrium moisture content from conditioning at 60°C, 84% RH). The latter
resulted in moisture contents of 0.7% (T800/5245) and 1.4% (T800/924) by weight.
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Both these materials were tested as unidirectional laminates, but one material
(T800/924) was additionally tested in the dry state to characterise a multidirectional
ply  interface  (0°/90°).  This used a stacking  sequence  of
[(90°/-45°/+45°/0°)5(90°/+45°/-45°/0°)sI(0°/+45°/-45°/90°)5(0°/-45°/+45°/90°)s]

where ‘I’ is the location of the insert; this lay-up was chosen [/] to minimise the
stiffness coupling terms in the arms of the coupon. All the laminates were tested using
conventional DCB type specimens [/] except the 0°/90° ply interface specimens,
which were tested using the modified specimen developed by Robinson and Song [2].
Five identical specimens were tested per parameter; the subsequent graphs shown in
this paper are the averaged values. Further details of the experimental method are
given elsewhere [/,3,4].

All the laminates contained 10um thick PTFE inserts, from which a 5Smm precrack
was grown under 75% Mode I loading; the precrack was accurately measured after the
test. The laminates were tested at five different mixed-mode ratios, ranging from 0%
mode [ to 100% Mode II. However, the 0°/90° ply interface laminates could not be
tested under pure Mode I loading due to problems with crack jumping under these
conditions [/]. In all the tests the cracks were grown under displacement control and
the data was reduced using the ‘load only’ method [5]. Selected fracture surfaces were
examined using scanning electron microscopy to deduce the detailed failure processes.
The data generated were used as the basis for assessing the failure criteria shown in
Table 1; further details of these are given elsewhere [/]. For each mixed-mode ratio,
the average G; and Gy were determined for each data set at a given crack length, as
well as the standard deviations, s; and sy, of the Mode I and Mode II components. The
goodness of fit between the predicted data set from each criterion (G and Gy) and
the experimental data (G; and Gy) was given by xz, where n=5; the number of data
points:

2 2
, 1 (GI_GIP) . (GII_GI[;)
== g e 12)

Consider a criterion Gy =f (GIP,A,B,C), which has arbitrary parameters A, B and
C. The optimum values of these parameters were determined by minimising x?; that is
values of A, B and C were chosen to give values of G and Gy’ closest to Gj and Gr.
However, since there was inherent uncertainty in both Gy and Gy, using the criterion in
the form Gy'=f (Glp) was problematic. Therefore, where possible, each criterion was
converted into the form Gr=f{(t) where t=GyGy and Gr=Gi+Gy;, since the experimental
values of t had minimal uncertainty. This optimisation method could be used if Gt was
an explicit function of t. However, for criteria in which the expression was implicit
(i.e. not solvable as Gr=f(t)), the Newton-Raphson iteration method was used [/]. It
should be noted that the criteria did not all have the same number of parameters and
thus the greater the number of parameters, the better the expected goodness of fit.

The curve fitting was conducted by minimising %2 using a quasi-Newton gradient
search method [/]. Once the optimum values of the parameters and the minimum y2
for each criterion had been determined for a data set, the criteria were ranked. Two
forms of ranking were used; the minimum x? values, which indicated how well each
criterion fitted the overall shape of the failure locus, and comparison between the
predicted and measured values of Mode I and II toughness (Gic and Gyc) from each
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criterion. In addition to ranking for each data set, the criteria were also ranked overall.
These were determined by assigning each criterion with a ranking number (e.g. best
fit=1, etc.) and summing these values over all the data sets; the lowest number = best
overall fit. It should be noted that a four-parameter criterion (such as the General
Interaction) requires more data than a two-point criterion (such as the Linear).

Experimental Results

The averaged failure loci for the 0°/0° ply interfaces are shown separately in Figure
1 for the effect of crack length and moisture. For clarity, the scatter in the data has not
been shown, but this was generally below 10%. In general, the toughness was greatest
under pure Mode II loading and fell as the proportion of Mode I increased. The shape
of the failure loci were dependent on the material; T800/924 exhibited a fairly smooth
locus whilst T800/5245 exhibited a hump at about 87% Mode I loading.

800 ; DRY
1N T800/5245 (60mm)
q T800/924 (60mm)
~
£ e
) ST
g I ]
T800/5245 (40mm) T800/924 (40mm)
0 i T T 1
0% 25% 50% 75% % Gr  100%
(a) Effect of crack length
800 - Crack length
. T300/5245 (DRY) T800/924 (WET)  a=60mm
‘g
<)
S
T800/5245 (WET) \T800/924 (DRY)
0 T ) T L
0% 25% 50% 75% %Gy 100%

(b) Effect of moisture
Figure 1 - Mixed-mode failure loci (experimental data) for 0°/0° ply interfaces.
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As shown in Figure la, for a given mixed-mode ratio, the overall toughness
increased and the hump became more exaggerated with increasing crack length in
T800/5245. However, for T800/924 there was little evidence of a hump and negligible
effect of crack length on the toughness. The toughness of T800/924 over most of the
spectrum of mixed-mode conditions was similar to that of T800/5245 at short crack
lengths, but was lower at larger crack lengths. This difference in toughness with crack
length is further illustrated in Figure 2 which shows the toughness versus crack length
from individual tests conducted at 75% Mode I loading for dry unidirectional
T800/5245 and T800/924. At short crack lengths the toughnesses of the two materials
were similar whilst at longer crack lengths the toughness of T800/5245 was
significantly higher.

600 DRY 800 4 I'800/924
75% Mode 1 — a=40mm

Gr(Jm™)

]

Gr(Jm™)
|I
{

- == Z

— T800/5245 —T800/924

0 . ; 0 T s

30 50 Crack(mm) 70 0% 50% % Gy 100%

Figure 2 — Toughness versus crack length Figure 3 - Failure loci for 0°0° and
for T800/5245 and T800/924. 0°/90° ply interfaces.
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Figure 4 - Rankings for mixed-mode failure criteria summed for all materials.

The effect of moisture (Figure 1b) was dependent on the material. Although both
materials had been conditioned to the same equilibrium level, the moisture contents
differed significantly. This could be attributed to a difference in the resin chemistry.
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However, since the environmental conditions were the same, it was felt that
comparisons could be made between the materials. For T800/5245, under Mode II
dominated loading, moisture reduced the toughness whilst under Mode I dominated
loading, moisture increased the toughness and significantly increased the size of the
hump. However, for T800/924, moisture had a negligible effect on the toughness over
the whole spectrum of mixed-mode conditions studied.

As shown in Figure 3, there was a clear effect of ply interface on the toughness for
T800/924. The shape of the 0°/0° and 0°/90° loci were very different. Although the
toughnesses were similar under pure mode loading, there was a shallow hump in the
0°/90° failure locus; the toughness of the 0°/90° ply interface was 45% higher at 50%
Mode I loading.

Overall rankings of the criteria are shown in Figure 4 and the goodness of fits (%)
are shown in Table 2. The optimum values of the parameters and the values of %2, Gic
and Gyc for each criterion and rankings are tabulated elsewhere {/]. In general, there
were no clear trends or consistency in the goodness of fit and ranking for many of the
criteria. However, if one was to select a criterion, the General Interaction criterion
would be recommended since it ranked best for most of the data (Figure 4).

Firstly, for T800/5245, the best fits were for the Power and General Interaction
criteria and the poorest for the Linear and Ramkumar criteria. There were no clear
trends in the criteria with crack length, except that the minimum value of %2 increased
as the crack length increased, particularly when the hump was significant. Similarly,
the presence of moisture, particularly at large crack lengths, gave a poorer fit for most
of the criteria. For the prediction of Gy, the Power and General Interaction criteria
gave the best results whilst for the prediction of Gy, the General Interaction and
Benzeggagh criteria gave the best results. There was little consistency in the rankings
as the crack length or moisture changed.

Table 2 - Goodness of fit (¥*) of mixed-mode criteria (best fit shown in black).

2 T800/5245 T800/924 T800/924
Interface | (0%0° DRY | (0°/09 WET | (0%0° DRY | (0°0% WET | (0%/90°) DRY
a (mm) 40 | 60 40 | 60 40 | 60 40 60 40 60

Linear 390 782 898 2610 453 635 195 446 110 420
Power 1.18 014 011 006 068 0.1
Yans 174 224 165 1976 257 076 017 066 277 7.03
K 235 455 510 2465 355 316 062 160 282 877
Exp K 176 426 751 6483 294 068 520 1446 026 046
Gen Int 0.79 163 23.46 1.98
Ramkumar 737 115 1438 2675 621 109 462 914 069 149
Hackle 127 369 193 2019 316 18 255 463 971 223
Exp Hackle 181 172 166 2025 264 076 020 066 049 093
Benzeggagh 137 261 149 2024 205 038 0.3 099 083 234
Kinloch 134 389 345 228 094 013 008 144 082 129

For the other 0°/0° ply interface laminates (T800/924) the ranking exhibited better
consistency with changes in crack length or moisture than those for T800/5245. For
the 2 rankings, the General Interaction criterion consistently gave the best predictions
while the Ramkumar, Hackle and Linear were the poorest. The General Interaction,
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Power and Kinloch criteria gave the closest predictions to Gic and Guc whilst the
Ramkumar, and Linear criteria gave the poorest predictions. There was no clear effect
of moisture or crack length on the value of %2

For T800/924 (0°/90°) the criteria that best fit were the General Interaction and
Power criteria whilst the Hackle and K criteria were the poorest and could not model
the hump in the locus. For the Grc rankings, the Ramkumar and Benzeggagh criteria
gave the closest predictions whilst the Power and K criteria gave the poorest.

The different behaviour of the materials, moisture contents and ply interfaces made
recommending the best overall criterion problematic. The results indicated that data is
required from a range of mixed-mode loading conditions (at least five conditions; 0%,
25%, 50%, 75% and 100% Mode I) to generate a detailed failure locus. The General
Interaction criterion (Equation 6) gave the best overall predictions but most of the
other criteria did not model the experimental results well, particularly at large crack
lengths or high moisture contents.

Fracture Morphology

After testing, the fracture morphology was studied to develop an understanding of
the delamination growth processes and their impact on the failure loci. Figure 5 shows
the fracture surfaces of T800/924 (0°/0° ply interface) at different mixed-mode ratios.
Under pure Mode I loading the surface was undulated with some bundles of loose and
broken fibres (fibre bridging). The matrix fracture was quite plastic, exhibiting only
limited brittle features such as riverlines; ‘river-like’ fracture morphology in the matrix
[6]. As the proportion of Mode Il increased, aligned scarps, and shallow flattened shear
cusps developed [6]. Under 50% Mode I loading the fracture surface was flatter with
only small regions of fibre bridging. The matrix failure was dominated by more
upright cusps and some cleavage features. As the proportion of Mode II fracture
increased (25% Mode I), the failure of the matrix was dominated by thicker cusps
which were more upright. There were also loose pieces of matrix and fibres covering
the surface. Under pure Mode II loading, the amount of debris had increased
significantly and the surface was dominated by shear cusps tilted almost normal to the
fibres.

Figure 6 shows the fracture morphology of T800/5245 and T800/924 at a loading
condition of 50% Mode I; it can be seen that fracture morphology of T800/5245 was
significantly different to that of T800/924. In the dry case, the fracture surface was
more brittle with numerous distinct features such as riverlines. There was also an
increase in the amount of fibre/matrix fracture in T800/5245, which manifests itself as
an increase in fibre bridging, particularly at large crack lengths. Although it was
difficult to quantify the degree of fibre bridging, careful inspection and comparison of
the surfaces indicated that the maximum amount of bridging occurred under Mode I
dominated loading (but not under pure Mode I loading).

Figure 6 also illustrates the effect of moisture on the fracture morphology in these
two materials. For T800/5245 there was a clear effect on the fracture morphology;
when moisture was present the fracture morphology became rougher and more
dimpled, which was indicative of increased plasticity. Under Mode II dominated
loading, the shear cusps became more irregular and more loosely attached to the
surface. The presence of moisture also led to an increase in fibre bridging, which was
particularly evident at large crack lengths.
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25% Mode I 0% Mode I
Figure 5 - Fracture morphology (0°/0° ply interface) for T800/924 (3000x, 30° tilt).

The effect of moisture and crack length on the fracture morphology of T800/924
was limited. Moisture may have made the fracture morphology less brittle because
features such as riverlines were less prevalent than in the dry case. However, there was
no significant increase in the degree of fibre bridging or fibre/matrix failure in this
material.
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e i = L
. ....1.--1...(_,.‘ i

T800/5245 (0°/0° - WET)

T800/924 (0°/0° - DRY) T800/924 (0°/0° - WET)

Figure 6 - Effect of moisture on fracture morphology at 50% Mode I loading (3000x,
30° tilt).

T800/924 (0°/90°)
Upper Surface

T800/924 (0°/90°)
Lower Surface

Figure 7 - Effect of ply interface on fracture morphology at 50% Mode I loading
(3000x, 30° tily).
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The upper and lower fracture surfaces from a 0°/90° ply interface specimen tested
at 50% Mode I are shown in Figure 7, with an illustration of the mechanism that led to
the observed morphology [7]. As had been discussed elsewhere [7], under Mode I
dominated loading the fracture surfaces were similar to those from the 0°/0° specimens
(Figure 5). As the proportion of Mode II loading increased, transverse features (‘ribs’)
perpendicular to the 0° fibres developed and became increasingly numerous. On the
lower surface the impressions of the ribs developed as deep cracks, extending from the
90° fibres on the lower ply (see Figure 7). Shear cusps were more prevalent on the
lower surface (matrix dominated) and, as with unidirectional materials, these become
more upright and numerous as the Mode II component increased. Under Mode II
dominated loading, the 0° fibres on the upper surface were quite devoid of resin,
although there were some isolated islands of resin fracture. On the matching lower
surface, the fracture was dominated by closely spaced shear cusps, interspersed with
deep ribs, forming a grid pattern.

Discussion

In general, all the laminates studied exhibited the same trends; the toughness was a
maximum under pure Mode II loading and decreased as the proportion of Mode I
increased. This trend was attributed to cusp formation, as described by Hahn and
Johannesson [8]. Under Mode I loading, the fracture of the matrix was by brittle
cleavage and the process zone at the crack tip was relatively small. However, as the
proportion of Mode II increased, the process zone grew, leading to the formation of
cusps. These features became more upright, generating a larger effective area of
fractured material per unit of surface area; increasing the toughness. The tilt of the
shear cusps was directly related to the toughness, as discussed elsewhere [/]. Although
cusp formation was the dominant energy absorbing mechanism during delamination,
other mechanisms contributed to the fracture processes, leading to the observed
differences in failure loci.

The toughness of unidirectional T800/5245 was dominated by a second mechanism:
fibre bridging. This led to a significant increase in the toughness under Mode I
dominated loading, producing the hump in the failure locus. When the hump was
significant, such as at large crack lengths or when moisture was present, most of the
failure criteria gave poor fits (x2) and predictions of Gjc and Gyic. Criteria with four
parameters (General Interaction and Power criteria) were best able to model the
behaviour of T800/5245.

For unidirectional T800/924 fibre bridging was negligible and the toughness was
dominated by the matrix fracture (cusp formation). Consequently the failure loci were
fairly smooth in shape (no hump) and most of the criteria modelled the behaviour quite
well. The General Interaction criterion was clearly the best model, giving the lowest
values of %% and the best predictions of Gic and Guc. For T800/924 (0°/90° ply
interface) rib formation contributed to the toughness, leading to the hump in the failure
loci at about 50% Mode I loading. However, this hump was not as localised as that for
T800/5245, so many of the failure criteria were capable of modelling the behaviour. As
with previous materials, the General Interaction criterion was the best model, giving
the low values of y2, although the best predictions of Gpc were given by the
Ramkumar criterion.

231



232 COMPOSITE MATERIALS

There was no clear relationship between the material variables (such as crack
length) and the parameters in any of the criteria. This implies that, in general, the
criteria are empirical fits to the experimental data, and do not model the physical
processes that occur during fracture. However, the General Interaction and Power
criteria were overall the best models for the failure loci. The General Interaction
criterion was physically based and quantified the interaction between the Mode I and II
components, which gives confidence when using this criterion for design. The Power
criterion is entirely empirical, but can model a wide range of loci. The Linear criterion,
which is most commonly used by industry, was one of the poorest models, particularly
for representing the shape of the failure loci.

The effect of crack length and moisture on the failure loci can be seen in Figure 1.
There was a high degree of fibre bridging in T800/5245, which led to an increase in
toughness with crack length and moisture. As the proportion of Mode II increased,
there was a reduction in fibre bridging, reducing the effect of crack length. However,
under Mode II loading, the increased degree of fibre/matrix failure when moisture was
present may have reduced the toughness of T800/5245. These results indicate that the
hump in the failure locus under Mode I dominated loading is due to fibre bridging. The
observed increases in the degree of bridging (with crack length and moisture)
correlated ‘with an increase in the size of the hump.

For T800/924 crack length and moisture had much less effect on the toughness,
which was attributed to the limited degree of fibre bridging in this material. The effect
of matrix type on the failure loci is also illustrated in Figure 1. Fractography had
indicated that the matrix fracture in T800/5245 were more brittle than in T800/924,
although there was significantly more fibre bridging in the former. At short crack
lengths, the superior resin toughness in T800/924 [9] was balanced by toughening
contribution by fibre bridging in T800/5245, so the toughnesses were similar.
However, at longer crack lengths, the fibre bridging mechanism dominated and
T800/5245 was the tougher, particularly under Mode I dominated loading.

In T800/924, there was a significant difference in the shape of failure loci for 0°/0°
and 0°/90° ply interfaces, with the latter exhibiting a shallow hump at 50% mode I
loading. This effect was attributed to rib formation which only occurred at the 0°/90°
ply interface. As discussed elsewhere [7], under Mode I dominated loading there were
few ribs, so the toughnesses of the two ply interfaces were similar. Similarly, under
Mode II dominated loading, although the ribs were numerous, the distance they
extended through the resin layer between the plies (the interply zone) was relatively
short, so the contribution to the toughness was small. However, under mixed-mode
loading, the ribs were relatively numerous and they extended a significant distance
through the interply zone; consequently the greatest difference in toughness from the
unidirectional case.

Conclusions

In this paper the fracture micro-mechanisms, gleaned through fractographic
analysis, were related to the delamination failure loci generated using mixed-mode
bend tests (MMB). Two 0°/0° ply interface materials, at two different moisture
contents, were characterised and, in one material, 0°/90° ply interface toughness was
also characterised. Using this data, eleven failure criteria from the literature were
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ranked according to which were most capable of modelling composite behaviour.
From this study the following conclusions were drawn.

1.

Generally, toughness was a minimum under pure Mode I loading and increased
as the proportion of mode II increased, which was attributed to cusp formation
mechanisms, However, other mechanisms contributed to the fracture processes,
leading to the differences in failure loci observed between the different
materials, moisture contents and ply interfaces. Most of the failure criteria bore
no relationship with the fracture mechanisms but when the loci were smooth,
most criteria fitted the test data quite well.

The toughness of T800/5245 (0°/0° ply interface) was dominated by fibre
bridging, which led to a significant increase in the toughness under Mode I
dominated loading; producing a hump in the failure locus. This mechanism also
led to a strong dependence of the toughness on the crack length and moisture
content. The hump proved difficult for most of the failure criteria reviewed to
model.

The toughness of T800/924 (0°/0° ply interface) was dominated by the matrix
fracture (cusp formation) and the effect of fibre bridging was negligible. The
failure loci were quite smooth in shape, with no hump under Mode I dominated
loading; most of the criteria modelled the behaviour quite well. In addition
there was only a limited effect of crack length and moisture in this material.

For T800/924 there was a significant difference in the failure loci for 0°/0° and
0°/90° ply interfaces; rib formation contributed to the toughness in the latter,
leading to a hump in the failure loci at about 50% Mode 1.

Overall, the General Interaction and Power criteria were the best models for
delamination, The General Interaction criterion was physically based and
quantified the interaction between the Mode I and II components, which gives
confidence when using for design. The Power criterion is entirely empirical,
but could model a wide range of loci. The Linear criterion, which is most
commonly used by industry, was one of the poorest models, particularly for
representing the shape of the failure loci.
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ABSTRACT: This paper presents a survey of fractographic features associated with
interlaminar failure of HTA/6376C carbon fiber/epoxy laminates. The interlaminar
toughness and fracture morphology are investigated for effects of fatigue and static
loading at elevated temperatures. In particular, Mode II loading conditions are
investigated. Special emphasis is on initiation of matrix rollers and striations, two
features indicative of Mode II fatigue failure. The initial mechanisms for delamination
in this material under static and fatigue loading were found to be the same; the
development of angled cracks ahead of the crack front, initiating from the fiber/matrix
interface. Subsequent growth of the delamination was dependant on the loading
conditions; under static loading shear cusps developed and coalesced whilst under
cyclic loading increased plasticity led to development of matrix rollers. Fatigue
striations observed in the fiber imprints were also found to initiate from the fiber/matrix
interface cracks. The morphology of the striations, however, depended on the magnitude
of the fatigue loading.
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Introduction

Efficient design of composite structures requires a detailed understanding of both the
failure behavior of the structure and the fracture behavior of the material. Therefore, in
structures designed with laminated fiber-reinforced composites, a detailed understanding
of the interlaminar fracture toughness of the material is important. Interlaminar fracture
may arise from microcracks and cavities formed during manufacture, or from in-service
damage caused, for example, by impact loading. Interlaminar cracks in composite
structures are detrimental since they, firstly, are difficult to detect and, secondly, can
significantly reduce both the stiffness and the strength of the material. The interlaminar
toughness of laminated fiber-reinforced composites must therefore be considered in both
the design and use of structures made from these materials.

Interlaminar crack propagation can take place in either Mode I (opening), Mode 1I
(shearing), Mode III (tearing), or a combination thereof. The interlaminar fracture
toughness of laminated fiber-reinforced composites is to a large extent controlled by the
loading-mode, but other factors such as fiber, matrix, fiber/matrix interface, lay-up,
temperature, moisture, efc., are also of great importance. Detailed examination of the
fracture surfaces is often helpful in understanding the mechanisms that govern the
interlaminar fracture toughness of laminated fiber-reinforced composites. These types of
studies have been conducted on carbon fiber-reinforced plastics (CFRP) for more than
20 years. Most of these studies have dealt with statically generated failures at room
temperature, and the fractographic features characteristic of static failures under Mode I,
Mode II and mixed-mode VI loading are fairly well understood and documented [/].

In brief, the Mode I failure of unidirectional laminates is generally characterized by
cohesive fracture of the matrix, fiber/matrix separation and fiber bridging [/-4]. The
fracture surfaces often appear rather flat and exhibit pronounced river markings and
resin microflow features. For failures between plies of different orientations, additional
failure mechanisms can occur (e.g. ply jumping), which will significantly affect the
toughness and fracture morphology [5].

Mode II and mixed-mode VII interlaminar failures of unidirectional laminates
generally take place through the formation of shear cusps (hackles) by the coalescence
of microcracks, as described by Purslow [6]. The microcracks initiate and grow in the
matrix in the plane subjected to maximum resolved tensile stress. If the compressive side
is considered to be the upper half of the test specimen when it is flexing, the preferential
direction of growth is upwards at an angle from the principal fracture plane. The
microcracks grow until they reach the fibers at the upper boundary of the interply zone.
The microcracks do not grow further since this would require fiber fracture or large-
scale plasticity. The upper boundary therefore forms the fracture surface, which results
in fibers at the upper fracture surface and fiber imprints at the lower fracture surface [7].

The difference in angle between the preferential direction of crack growth on
microscopic (through the matrix) and macroscopic (along the ply boundary) levels will
increase with increasing portion of Mode II. Under pure Mode II loading the orientation
of the cusps is almost perpendicular to the principal fracture plane. This is due to, firstly,
a large angle between the microscopic and macroscopic crack growth (approximately
45°) and, secondly, a rotation of the cusps prior to microcrack coalescence. The rotation
of the cusps is interesting since this leads to a local crack tip opening (local Mode I)
even for a pure Mode II loading [8,9].
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Work undertaken by Singh and Greenhalgh [7] has shown that the tilt of the cusps
allows the direction of the crack growth to be ascertained. If the fracture surface being
examined contains mainly fibers then it corresponds to the upper surface in a mixed-
mode test and the cusps then appear to tilt in the direction of crack growth. Conversely,
if the fracture surface contains mainly fiber imprints it corresponds to the lower fracture
surface and the cusps tilt in the direction opposite the crack growth.

In multidirectional laminates, Mode II and mixed-mode I/II interlaminar failures
preferentially occur between plies of different orientation. When the shear direction is at
an angle to the fibers the cusps tend to be aligned perpendicular to the shear stress, but
with a clear preference to be driven along the fiber direction [/0]. Furthermore, deep
matrix cracks are often seen in interlaminar failures of multidirectional laminates. These
cracks form a grid pattern with the fibers (fiber imprints) under Mode 1I and mixed-
mode I/T1 loading [ 7].

The fractographic features described above are characteristic of interlaminar failures
caused by static loading. The fractographic features typical of fatigue failures are less
well known. However, with the advent of tougher material systems and higher design
strains the fatigue properties will be of importance and the fractographic features
associated with fatigue failure must be recognized and understood.

The objective of the present work was to improve the understanding regarding
fracture morphology and key damage mechanisms associated with interlaminar failure of
CFRP, and to identify a relationship between fracture mechanisms and toughness. In
particular, fracture surfaces generated under pure Mode II loading conditions (static and
cyclic loading) have been investigated. In fatigue, special interest was given to the
initiation and growth of matrix rollers and striations, i.e., the two fractographic features
that are indicative of fatigue loading.

Experimental
Specimen Details

All specimens were manufactured from Hexcel HTA/6376C carbon fiber/epoxy
prepreg and cured according to the supplier’s recommendations. The quality of the
laminates was assessed by ultrasonic C-scanning prior to being cut into specimens. The
nominal ply thickness was 0.13 mm, and the dimensions of the specimens were: width
5=20 mm, length /=150 mm, and nominal thickness 24#=3.1 mm.

The specimen lay-up was [02//(£5/04)s], where the sign *“//” refers to the plane of the
artificial delamination. This specific lay-up was chosen to allow a small off-axis
interface angle, to reduce fiber bridging during interfaminar crack propagation, whilst
keeping the specimen properties close to those of a unidirectional specimen. The ability
of this layup to reduce fiber bridging has been shown in ref {//]. The anticlastic
coupling ratio D;,”/D;D;; discussed by Davidson and Schapery [/2] was low in both
specimen legs, 0.007 for the unidirectional leg, and 0.010 for the leg with off-axis plies.
The difference in the leg’s axial bending stiffness, D, was less than 1%.

The 35 mm long artificial delamination was made of 7.5 pm thick Upilex® 7.5S
polyimide film from UBE. The thickness of the resin pocket in the 0°/5° interface was
measured in an optical microscope and varied between 0-20 pm. No pre-cracking was
conducted prior to testing.
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Test Procedure

The three most commonly employed test methods for studying interlaminar
toughness were used. For pure Mode I and Mode 1I the DCB and ENF tests were
utilized, respectively, whilst for mixed mode (G,;/G=0.5) a modified version of the
MMB test was employed [/3]. Tests were performed in MTS servo-hydraulic test
machines. Load-cell capacity was 250 N for the DCB and MMB tests and 1250 N for the
ENF tests. The test specimens were connected to the test rig by self-aligning hinges with
a quick-mounted coupling [/4], which does not require bonding. The distance between
the load point and the fulcrum, ¢, was determined for 2 mode mixity of G;/G=0.5, by the
analysis suggested by Reeder and Crews [/3], to c=41 mm.

Al] fatigue tests were performed at a frequency of 5 Hz. The specimens were tested at
an R-value of 0.1, at constant displacement amplitude. A minimum of seven specimens
were tested for each mode condition and temperature, except for Mode I, DCB, at 100
°C for which three specimens were tested from high loads until crack arrest as outlined
by Martin and Murry [/5]. After the testing, two specimens from each loading condition
were separated in tension and bonded to aluminum stubs, followed by gold sputter
coating and examination using a scanning electron microscopy (SEM) at magnifications
between x50 and x20 000.

Experimental Results

Results from static and fatigue tests at room temperature (20 °C) and elevated
temperature (100 °C) are presented in Table 1. In this table, G refers to the critical
strain energy release rate under static loading, whereas G, refers to the threshold value
for delamination growth under fatigue loading. The static test results have previously
been published by Juntti et al. [/6] and Asp [//]. The G¢ reported for the MMB test is
the sum of the Mode I and Mode II components. The constants C and r are fatigue life
constants described in a modified Paris law as

da -
E‘C(Gmax) . (1)

In Eq. (1) Gy refers to the maximum energy release rates, G;, G;; and GGy in the
DCB, ENF and MMB tests respectively. A detailed description of the data reduction of
test data is given in a previous study [/7].

Table 1 -Measured static critical energy release rate, G,, futigue energy release rate

Test 20 °C 100 °C
method

G(-(J/mﬁ Gy, (J/m’) C r G () Gy, m®) C r
DCB 260 (+10) 60 1.2:107 55 249 (£26) 30 4.2.10° 42
MMB 447 (£23) 66 2.5.10°® 6.3 535 (£26) 42 1.4-10° 4.6
ENF 1002 (£63) 100 7.5107 4.4 701 (£84) 70 9.1-107 4.6

The DCB and MMB delamination growth was stable in the static tests, but the
delamination growth in the static ENF tests was unstable. The results presented in Table
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1 shows a strong effect of fatigue loading on the threshold value for delamination
growth. The greatest relative reduction is found for the mixed mode case at 100 °C, for
which the threshold, G, value is only 8% of the critical strain energy value, G¢. The
threshold value at room temperature, as well as at 100 °C, for the ENF test is 10% of the
corresponding critical strain energy release rate. It should, however, be noted that the
critical strain energy release rate in the static ENF test at elevated temperature is only
70% of that at room temperature. For fatigue tests at room temperature, the effect is
found to be largest under pure Mode II loading conditions in the ENF test.

Fractographic Examination

Previous studies at ambient conditions by the authors [7,/7] have shown that the
initial damage mechanisms in interlaminar failure of thermoset-matrix composites are
identical under static and fatigue loading. The reason is that the thermoset matrix is, at a
microscopic level, more or less homogeneous and there is no mechanism (comparable to
dislocation movements in metals) by which damage can migrate and accumulate under
low cyclic stresses. Fatigue failure in thermoset-matrix composites can, therefore, be
considered as a series of interrupted static failures. This may not be the case for more
advanced toughened matrices that can have a significant crystalline thermoplastic
component.

Although the initial damage mechanisms are similar, mechanisms for damage (i.e.
delamination) propagation may be different. In this paper, the fractographic features of
specimens tested under pure Mode II loading conditions are discussed. The focus on
Mode II test is motivated by the fact that no differences in fracture surfaces generated in
fatigue and static tests for this material and lay-up have been observed under pure Mode
I, DCB [17]. Furthermore, features observed in the ENF specimens are more pronounced
than those on the surfaces of specimens tested under mixed-mode loading conditions,
MMB. The results of the examination are presented and discussed below.

Effect of Fatigue (Mode II at RT)

This section describes the effects of fatigue loading on the fracture morphology of the
investigated material. The results outlined within this section serve as a reference for
discussions in the following sections. Figure 1 shows typical Mode II fracture surfaces
generated under static and fatigue loading at room temperature (RT). The fatigue
fracture surface was taken from an ENF specimen that had run 2 900 cycles at
G=0.64G /. The figure illustrates that the crack has grown at the upper fiber boundary
under both static and fatigues loading, generating typical matrix dominated fractures on
the lower fracture surfaces. The static fracture surface is covered with shear cusps, one
of the most important fractographic features observed in composite materials. The
fracture of the shear cusps was seen to be fairly brittle, with only a limited amount of
plastic deformation. It should be noted that the cusp size is dependent on the amount of
matrix between the fibers. In regions with tightly packed fibers there are many small
cusps, whereas in regions with high matrix content there are larger, but less numerous,
cusps. Figure 1 also shows that the cusp-like features that are generated under fatigue
loading are more rounded and worn than the cusps generated under static loading. As
discussed in previous work [/], these features are subtly different to the cusps generated
under static loading. Also, these features seem to have been torn away from the surface
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by the fretting between the upper and lower fracture surfaces. The fatigue fracture shown
in (Figure 1b) is not representative of the whole fatigue fracture surface; the area
presented in the figure only represents a region very close to the final crack front.
Further beyond the crack front, towards the insert tip, these cusp-like features were
completely torn away, giving rise to an abundance of rounded pieces of matrix material,
as seen in Figure 2.

LA & TR ;

Figure 1 — Fracture surfaces generated under Mode II (a) static and (b) fatigue loading
(x1500, 30° tilt).

Matrix rollers — Mode 11 fracture surfaces generated under fatigue are generally covered
extensively with rounded pieces of matrix material, oriented more or less perpendicular
to the fiber direction, see (Figure 2). These often wormlike shafts of matrix material
were termed “matrix rollers” by Hiley [/], a term consistent with their appearance. The
exact formation of the matrix rollers has, however, not been fully understood. The initial
interpretation was, of course, that the matrix rollers form in the same manner as cusps
produced during static fracture, and simply are cusps deformed as a result of the fretting
action between the two surfaces. However, work undertaken by Hiley [/] revealed that
statically generated cusps subjected to fretting retained much of their original shape,
which suggests that the mechanism by which cusps/rollers morphology develops under
fatigue loading is different to the mechanism by which cusps develop under static
loading.

Figure 2 — Matrix rollers generated under Mode 1] fatigue loading (x4550).
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An explanation for the difference between the morphology generated under static and
fatigue loading, and thereby also an explanation to the formation of matrix rollers, was
suggested in previous papers [/,/7]. By careful examination of the crack fronts in
specimens subjected to static and fatigue loading, the initial damage mechanism was
found to be microcracking at the fiber/matrix interface under both loading conditions.
Figure 3 shows how microcracks have initiated at the fiber/matrix interface and then
grown into the matrix between the fibers. (Note the shift from Mode II fatigue to Mode I
static loading, when the specimen was separated after testing, which produces a feather-
like fracture extending from the multiple microcracks).

Figure 3 — Initiation and growth of microcracks at the fiber/matrix
interface close to the crack front under Mode 11 fatigue loading (x4550).

A close-up of the crack front in Figure 3 is shown in Figure 4a. The microcracks at
the fiber/matrix interface have formed on a number of planes and generated the features
labeled “‘serrated feet” in the figure. Although the initial microcracking was similar
under fatigue and static loading, a difference in the appearance of the serrated feet is
observed, see Figure 4. Under static loading (Figure 4b) the multiple microcracks
adjacent to the fibers (serrated feet) coalesce in the resin to form cusps. However, under
fatigue loading, the plasticity in the fracture of the matrix increases, possibly due to local
heating during the fatigue loading, and the cracks adjacent to the fibers (serrated feet)

.

=

Figure 4 — Shear cusps at the crack tip generated under (a) fatigue loading (x15K), and
(b) static loading (x15K).
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extend into the matrix along a different path. Then, as the interlaminar crack extends
along the specimen, fretting between the fracture surfaces leads to detachment of the
rollers from the surface.

Striations — An important fractographic feature under Mode II fatigue loading is
striations. These features appear as lines or shallow steps within the fiber imprints, or on
the fibers, oriented perpendicular to the fiber orientation. In using the term striation it
should be noted that this does not imply that the mechanism by which these
fractographic features arise is the same as in metals, only that they are broadly similar in
appearance. ,

The formation of striations in CFRP has been studied by Franz [4] and Hiley [/].
Based on their work, striations in CFRP consists of small steps in the matrix resin, which
becomes apparent when the fracture surface is tilted more than 50° in the scanning
electron microscope (SEM). Work was undertaken by Hiley to compare the interstriation
spacing with the number of load cycles. However, no relationship could be established
since the spacing between the striations varied considerably even within single fiber
imprints.

Figure S — Striations in fiber imprints, generated under Mode II fatigue loading (x4550).

Striations in HTA/6376C, the material examined in this study, are presented in Figure
5. The striations appear as distinct cracks in the fiber imprints, with a rather uniform
interstriation spacing. These striations could also be seen on the fibers, as small matrix
residues attached to the fibers. A close-up of the striation cracks is presented in Figure 6.
From this figure the matrix fracture (textured microflow) shows that the striation cracks
are extensions of the microcracks that initiate at the fiber/matrix interface. In the same
way as microcracks propagate through the matrix to form shear cusps/rollers, the
microcracks also propagate through the matrix around the fibers. Furthermore, by
examining the crack front it was seen that the striations extend well into the Mode 1
static region (caused by the separation of the specimens), which suggests that the
initiation and growth of striations may run ahead of the main crack front.

A detailed examination of the fiber imprints revealed smaller striations between the
deep striation cracks. These smaller striations were similar in shape to the striations
presented by Franz [4] and Hiley [/].
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Based on the results from the fractographic study on HTA/6376C, and the
information available in the literature, it is clear that the initiation and growth of
striations depends on a number of factors such as fiber, matrix, fiber/matrix interface,
local stress intensity, temperature, moisture, efc [/]. At low global load levels, i.e. low
local stress intensities, striations probably do not form, or at least they are very difficult
to detect by electron microscopy. For higher global load levels (G=0.4Gyy) striations
form as small steps within the matrix resin [/]. At very high global load levels
(G=0.64Gy.), deep striation cracks are formed within the fiber imprints. However, the
interstriation spacing does not correlate with the number of load cycles either for the
small striations [] or the deep striation cracks [/5].

Figure 6 — Close up of striation cracks in fiber imprint (x20K).

Effect of Fatigue (Mode Il at 100 °C)

The effects of fatigue at elevated temperatur: are generally the same as those at room
temperature. However, one significant difference between static and fatigue fracture
surfaces for the pure Mode II tests at elevated temperature was the absence of
exclusively matrix and fiber dominated surfaces in the former. Figure 7 shows fracture
surfaces of static (Figure 7a) and fatigue (Figure 7b) specimens at elevated temperature.

Figure 7 — Fracture surfaces generated under pure Mode 1l (a) static and (b) fatigue
loading at 100 C (x1000, 30° tilt).
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In Figure 7a, the fracture surfaces of the static specimens exhibit a mixed appearance,
where the crack has progressed alternatively at the upper and lower interfaces. Figure 7b
depicts a matrix dominated fracture surface of a fatigue loaded specimen (701 000
cycles at Gy=0.18Gy;.) which was similar to those observed at room temperature (i.e.,

exclusively fiber or matrix dominated). This morphology is discussed in more detail in
the next Section.

Effect of Temperature (Mode 1I Static Test)

As described earlier, delamination growth in the static ENF specimen was unstable
both at room temperature as well as at 100 °C. For this reason, when comparing the
toughness, the particular area of interest is the crack growth initiation region, i.e., at the
crack tip because the remaining surface did not contribute to the toughness value. Figure
8 depicts two such growth initiation regions of ENF specimens tested at room and
elevated temperature. The regions shown are the lowermost face (‘matrix dominated”).
The fracture surfaces present evidence that the higher temperature has reduced the
fiber/matrix strength. Closer details of the fiber-dominated surfaces of the same
specimens are shown in Figure 9. Clearly, the fiber/matrix bonding is poorer at the

o

Figure 8 — Initiation regions of ENF specimens tested at (a) room temperature and (b)
100 C (x500).

Figure 9 — Close-ups of the initiation regions of ENF specimens tested at (a) room
temperature and (b) 100 C (x2000).
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higher temperature (Figure 9b). The shape of the shear cusps is also different; the room
temperature morphology (Figure 9a) exhibits less resin plasticity but better adhesion of
the resin to the fibers. This results in more serrated feet but less deformation in the cusps
at room temperature. Figure 9 also suggests that the cusps of the fracture surface
generated at 100 °C were thicker than those generated at room temperature.

As already mentioned, the delamination jumped between the upper and lower interply
boundaries during growth in the static ENF test at elevated temperature. This jumping
was not observed in the ENF specimens tested at room temperature. Detailed inspection
of the morphology in these regions (Figure 10) indicates that deep cracks in the resin
developed ahead of the crack front. Then, from the interpretation of the detailed
morphology (textured microflow), it was determined from riverlines and textured
microflow that delamination had grown from these deep cracks backward fowards the
main crack front. This is akin to the mechanisms that occur during fiber bridging in
composites under Mode I dominated loading [/]. The delamination growth towards the
main crack growth was occasional, but was significantly common at elevated
temperature. This reversal mechanism may blunt the process zone during crack
propagation and may therefore act as a toughening mechanism. However, it should be
remembered that the reduced fiber/matrix strength would contribute to a lower
toughness.

= gy

Figure 10 — Detail of a region in which the delamination plane has jumped from fiber to
matrix dominated planes in an ENF specimen tested at 100 °C (x4550).

Effect of Temperature (Mode Il Fatigue Test)

The effect of temperature on the fracture morphology of ENF specimens loaded in
fatigue is demonstrated by comparing two specimens. The first specimen was loaded at
Gy=0.64Gp. for 2 900 cycles at room temperature and the second was loaded at
Gp=0.18Gy. for 701 000 cycles at 100 °C. However, this difference in fatigue cycles and
magnitude of loading must be considered in the analysis as it may influence the fracture
morphology.
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Figure 11 — Fracture surfaces generated under fatigue at (a) room temperature and (b)
100 <C (x15K).

Both specimens generally exhibited exclusively fiber or matrix dominated surfaces.
However, close to the insert, the appearance of the surfaces was very different. The RT
specimen exhibited a lot of abrasion and very few rollers were visible. The initiation
region of the specimen loaded at 100 °C, however, had a flatter surface and a massive
number of loose rollers. The more prevalent and looser matrix rollers in the 100 °C
specimen compared to the RT specimen could be attributed to the poor fiber/matrix
adhesion at the elevated temperature. However, an alternative explanation, that crack
growth in the RT specimen was too rapid for rollers to form and detach completely,
should be considered. Figure 11 presents shear cusps formed during crack propagation in
these two specimens. The features found on the RT specimen surface are more like static
shear cusps in appearance, with less flattening and clearly defined surface features. The
100 °C rollers are smoother and have more linear cracks visible and there is more plastic
deformation rather than matrix cleavage.

No distinct difference between striations formed at room temperature and at elevated
temperature was established. However, the global load level for striation formation was
affected by the temperature, and most likely moisture content, of the material [/].
Increasing the temperature is found to soften the matrix material and to reduce the global
load necessary to form striations. As an example, for pure Mode II fatigue loading,
striations were found in specimens loaded at G;=0.64G,. (RT) and specimens loaded at
Gy=0.22Gy. (100 °C), but not specimens loaded at G;,=0.24Gy;. (RT).

Although in general the surfaces of the specimens loaded in fatigue were exclusively
fiber or matrix dominated, at some isolated locations, sites of jumping were observed,
see Figure 12. This image is from a specimen tested in fatigue at room temperature and
shows a central region in which the failure is locally matrix dominated, surrounded by a
fiber-dominated surface. The global crack growth direction is up the image. Striations
were seen on the surface of the matrix dominated region, but the orientation of these
striations indicated growth down the image, i.e. opposite of the global crack growth
direction. The interpretation of this morphology is that a local delamination has initiated
from the deep resin crack (angled towards the top of the image) and grown backwards,
towards the main crack front. This morphology supports the finding discussed earlier in
the paper and suggests a very unusual damage growth mechanism.
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Figure 12 — Example of a region in which the fracture has initiated ahead of the main
crack front and grown backwards towards the main crack front (x3000, 40° tilt).

Mixed-Mode (50% Mode II)

The fracture surfaces for 50% Mode II static and fatigue loading is presented in
Figure 13. The fatigue fracture surface was taken from a MMB specimen that had
undergone 1 450 000 cycles at G=0.25G,. As for pure Mode II loading the crack growth
has taken place along the upper fiber boundary, leaving matrix-dominated fractures at
the lower fracture surfaces. The fracture surface generated under 50% Mode II static
loading is covered with shear cusps, similar to the ones seen under pure Mode II static
loading. The cusps are thinner than for pure Mode II and have a smaller tilt angle. Under
fatigue loading the cusp/roller morphology has been completely crushed by the fretting
action of the upper and lower surfaces, see Figure 13b. Closer examination of the
morphology revealed similar shape and tilt of the features under static and fatigue
loading, and the failure mechanisms were therefore deduced to be identical to those
under Mode 11 loading,.

Figure 13 — Fracture surfaces generated under 50% Mode II (a) static and (b) fatigue
loading (x1500, 30° tilt).
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Matrix rollers are generally characteristic for Mode II dominated loading [/], but
were also observed for 50% Mode II fatigue loading. The size of the rollers was,
however, substantially smaller and the number of rollers much fewer. Striations were
also observed under 50% Mode Il fatigue loading, but their occurrence was rather
sparse.

Mode I (opening)

Under pure Mode [ loading the crack growth was primarily in the interply matrix
region between the 0°/5° layers for both static and fatigue loading, see Figure 14,
Examination of the entire upper and lower fracture surfaces revealed areas where the
crack had grown in the fiber/matrix interface, but the main crack growth was in the
matrix (cohesive fracture). The fatigue fracture surface was taken from a DCB specimen
that had undergone 9 mm growth during 700 000 cycles at G=0.62G,..

Figure 14 — Fracture surfaces generated under Mode I (a) static and (b) fatigue loading
(x1500, 30° tilt).

No fractographic features characteristic of fatigue, such as matrix rollers or striations,
was observed on the Mode I fracture surfaces. The very subtle difference in fracture
morphology between static and fatigue failures under Mode I loading will result in
considerable difficulties in distinguishing the difference between in-service static and
fatigue failures. However, help can sometimes be gained by optical examination of the
fracture surfaces; fatigue failures are generally somewhat macroscopically smoother
than the static failures, which results in an enhanced reflectivity that can be noticed
under careful optical examination.

Relationship between Toughness and Fracture Morphology for Mode II Tests

The understanding of the detailed fracture mechanisms developed from the
fractography can be used to interpret the toughness and possibly the r-parameter in Eq.
(1). This gives an indication of the important energy absorbing mechanisms during
fracture in these materials. However, for Mode II specimens it is difficult to compare
the performance under static and fatigue loading because, under the former, the fracture
is unstable whilst, under the latter, it is stable. Therefore, the effect of temperature is
only discussed in relation to the toughness results, i.e. critical and threshold values of
the energy release rate G.
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Static Loading

Under static loading, the main mechanisms for energy absorption during crack
growth are formation of the microcracks ahead of the crack tip and development of
these features into shear cusps. At room temperature, the fracture of the shear cusps is
brittle and the fiber/matrix strength relatively high. The fracture surfaces present
evidence that at higher temperature the fiber/matrix strength is reduced, which would
tend to reduce the toughness of the material. The reduced fiber/matrix strength would
also contribute to the formation of deep resin cracks and local reversals in the growth
direction (jumping of the surface from matrix to fiber dominated, ezc.). It is suspected
that these mechanisms would tend to increase toughness of the material by complicating
the crack path.

The shape of the shear cusps indicated that the resin exhibits increased plasticity at
higher temperatures. However, under elevated temperatures the cusps are thicker and
more block-like, resulting in a lower total fractured area generated per unit area of
delamination. The observed reduction in toughness with elevated temperatures indicates
that the fiber/matrix strength reduction is probably the dominant factor in controlling the
toughness.

It has been argued by a number of authors [/9,20] that Gyc 1s not a material property
but can be derived from the Mode I toughness (Gi). The fractographic evidence
presented here indicates that this is not the case. Energy absorbing mechanisms, such as
fiber/matrix debonding, roller formation and shear cusp deformation and coalescence
were observed under Mode II loading, which cannot be inferred from the Mode I
toughness or fracture morphology. The fractographic evidence shows that Mode I and
Mode II toughnesses are a combination of energy absorbing mechanisms and that both
Mode I (DCB) and Mode II (ENF) tests are required to characterize these material
properties.

Fatigue Loading

Under fatigue loading the energy absorbing mechanisms are slightly different from
those under static loading. The initiation mechanism, the formation of the microcracks
ahead of the crack tip is the same (fracture imtiation from the fiber/matrix boundaries).
However, development of these features into rollers rather than shear cusps means the
energy absorption is slightly different. Also, the formation {depth and spacing) of the
striations changes with magnitude of the fatigue load, suggesting a different degree of
energy absorption.

The reduced threshold (Gy) value at elevated temperature may be related to the
reduced static toughness (G¢). This leads to the conclusion that the threshold value of
the toughness for fatigue growth is related to the fiber/matrix strength. Fractographic
evidence supports this. At room temperature, the morphology of the matrix rollers is
brittle and the fiber/matrix strength relatively high. At elevated temperature, however,
the rollers are more plastically deformed, but the fracture surfaces present evidence that
at higher temperature the fiber/matrix strength is reduced.

The r-values from the Mode II fatigue tests at room temperature and 100 °C are
almost the same (5% difference). Physically, the r-value, as presented in Eq. (1), relates
to the rate at which the crack grows (da/dN) as a function of the amplitude of applied
load expressed in energy release rate, GG. Thus, the unaffected r-value of the Mode II
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tests suggest that, although the static toughness is affected by temperature, the rate at
which a crack grows in fatigue is not. Consequently, one would not expect to find
differences in mechanisms controlling the fatigue growth at different temperatures. This
implies that the observed reduction in fiber/matrix strength is less of a factor in fatigue
rate than it is at initiation of static failure.

Conclusions

Mode I, Mode I and mixed mode tests were conducted under static and cyclic
loading on Hexcel HTA/6376C laminates to characterize the toughness of the 0°/5°
interface at room and elevated temperatures (100 °C). The results of the tests are
described elsewhere [77,18] but this paper describes the findings of the fractographic
analysis of these specimens and uses these to interpret the test results. From the findings
of this work the following conclusions were drawn;

1. The initial mechanisms for Mode II delamination in this material under static and
fatigue loading were the same; the development of angled cracks ahead of the crack
front, initiating from the fiber/matrix interface.

2. The subsequent growth of the delamination was dependant on the loading
conditions; under static loading shear cusps developed and coalesced whilst under
cyclic loading increased plasticity led to development and detachment of rollers
from the surface.

3. Fatigue striations also initiated from the fiber/matrix interface cracks; the
morphology of these features was dependent on the magnitude of the fatigue
loading. Striations do not appear to correlate to the loading history of the laminate.

4. For static failures under elevated temperatures, the fiber/matrix strength
significantly reduces, leading to local diversion of the crack path and detachment of
the fracture morphology from the surface. Despite the increase in matrix plasticity,
the fiber/matrix strength reduction dominates, leading to a reduction in toughness.

5. At elevated temperatures, the reduction in fiber/matrix strength led to crack
initiation ahead of the main crack front and local growth in the opposite direction to
the main front.

6. For fatigue failures at elevated temperatures, there was again evidence that the
fiber/matrix strength was reduced, although not to the same extent as was observed
under static loading. However, it was difficult to isolate the effect of temperature
from the effects of the different loading conditions under fatigue.

7. The reduced fatigue threshold value, Gy, at elevated temperature was found to
relate to the impaired fiber/matrix strength. The impaired fiber/matrix interface had,
however, no effect on the fatigue growth rate.

8. Features observed on mixed mode loading, MMB, specimens were similar to, but
much less pronounced than, those on the surfaces of specimens tested under pure
Mode II loading conditions.

9. Under pure Mode I, DCB, no differences in fracture surfaces generated in fatigue
and static tests for this material and lay-up were observed.

10. The fractographic evidence presented in this paper demonstrates that a number of
failure mechanisms contribute to the Mode II toughness (Gyc) and these
mechanisms are unique to Mode IT; they cannot be derived from Mode I test results.
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The results of this study have improved the understanding of fatigue mechanisms in
composite laminates at room and elevated temperatures. It is particularly important to
relate the observed fracture mechanisms to the mechanical behavior; both under static
and cyclic loading. Such knowledge can be used to identify the critical loading
conditions for current designs and the development of tougher, more durable materials
for future aircraft structures.
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Abstract: In typical applications like in the top skin of the wing or in control surfaces of an
airframe, laminated composites are often found to be buckling-critical. Under excessive
compression loading composite panels may undergo buckling and failure mechanisms would
generally involve delamination or fiber breakage. Tapered composite panels with ply drops,
when employed in wing skin, are expected to be more prone to the above mode of failure.
This is one important area of concern to the designers of composite structures and both
analysis and experimental verification of the buckling behavior is recommended as a part of
design validation effort. However, data from such analysis are scarce in open literature. In
this paper, results of a study on buckling and fracture behavior of laminated Carbon Fiber
Composite (CFC) panels containing ply drops are presented. CFC panels of varying
thickness with normal and inclined ply drop were tested under compression loading until
buckling and ultimate failure. Nearly simply supported boundary conditions at the ends and
along the edges were simulated with the help of specially designed test fixtures. Tests were
conducted both under room temperature and hot-wet ( 100°C + 3 °C and > 85% RH)
environmental conditions. Back-to-back strain gage output and out-of-plane deformation data
were recorded and analyzed to determine the critical buckling loads and corresponding mode
shapes. Finite element analysis using MSC NASTRAN was also made in order to predict
critical buckling loads and corresponding mode shapes. These results were compared with
those obtained from experiments and the agreement was found to be good in most cases. It
was also found that under hot-wet conditions, both critical buckling loads and failure loads
were lower compared to the room temperature values.

Keywords: carbon fiber composite panels, tapered, ply drop, buckling load, finite element
analysis, room temperature test, hot/wet environment, fracture behavior

The last few decades of the twentieth century had witnessed a kind of material revolution
in engineering with the coining of terms like engineered materials and advanced composite
materials. These new materials were developed specifically to assist the designers of
engineering structures with the ability to improve specific performance and durability of the
new structures. Among the varieties of advanced composite materials developed and
emploved in real-life structures, polvmeric composites, more specifically carbon fiber
reinforced composites, have been very extensivelv.employed in aerospace structures, because
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of their high specific strength and good resistance to failure under fatigue loading. With
extensive use of carbon fiber composites (CFC) in both civilian and military airframes,
presently the composites account for almost 40-50% of the structural weight [raction ol the
airframe, in some instances. which has met the prediction made by Sanger et al. [/] over a
decade ago. However, in view of the lack of an extensive data base and very limited service
usage experience with composites as compared with metallic materials, it is always advisable
and 1s also a common practice to follow the “building block approach™ for validating the
soundness of any new composite design {2]. The advantages of using composites in airframe
structures are that, unlike in metals, they have inherent resistance to fatigue crack initiation
and propagation at stress raisers when subjected to cyclic or fatigue loading. However,
composites are likely Lo lose their specific strength advantage because of loss of strength
with impact damage and environmental degradation [3-+#]. In hybrid structures or in stiffened
structures like in aircraft wings, layered composite laminates/panels connected through
fastener joints may exhibit variations in buckling strength and mode ol failure, depending on
the boundary conditions, lamina configuration and environmental conditions. The combined
effects of humidity and elevated temperature on the buckling strength of composite plates
have been studied by Flaggs et al. [5] and Collings et al. [6], who have shown that
hygrothermal conditions have a tendency 1o decrease the buckling strength of CFC laminates.

In recent times, laminated composite materials have found extensive use in the
construction of aircraft structural components. Aircrafl wing skins are supported by spar-rib
substructure and the skins are designed to carry in-plane loads. Skins are generally designed
as buckling-critical parts. In most practical structural applications, the laminated composite
panels are likely to have a combination of 0", 90", and + 45° ply angles. In such instances,
some form of coupling responses, like the stretching-bending. stretching-twisting, shearing-
twisting, bending-twisting, etc. may be present. An analytical closed lorm solution in such
cases is virtually impossible. In the past, Chamis [7] and Ashton [8] have used approximate
methods using the energy approach to determine critical buckling loads.

The elastic buckling problem of flat laminated composite panels has been investigated by
Vinson et al. [9], Chamis [/0] and Whitney et al. [//]. The post-buckling behavior of flat
laminated composite plates has been studied by Chia et al. | /2] and Chia [/3]. Leissa [/4]
has provided a good overview of a large number of papers available in open literature on this
topic and has pointed out the need to generale more experimental data. Chai [/35] has
presented a buckling analysis of generally laminated composite plates with simple supported
boundary condition. He has used a total potential energy approach together with Rayleigh-
Ritz method [/6] to study analytically the stability behavior of laminated composite plates
with different edge-support conditions. In a recent study, Parida et al. { /7] have investigaled
the compression buckling behavior of uniform thickness CFC panels under simply supported
and clamped boundary conditions, both experimentally and through finite element analysis.
They have also evaluated the elfect of hot/wet environmental conditions on the compression
buckling behavior of CFC panels.

However, it may be noted that while employing the laminated composite materials in the
construction of aircraft wing skin-like structures, thickness and lay-up of each zone is
required to be optimised, and hence this would be different in various zones. These thickness
changes are achieved by internal ply drops at the time of fabrication. Hence, the buckling
behavior of thickness tapered composite panels, (i.e., laminates containing ply drops) is of
relevance and concern to the design of skin-like structural elements in aerospace industry.
Unfortunately, reference of such work in open literature is scarce. In order to understand the
structural stability behavior of thickness tapered panels, an attempt has been made in this
paper to analyze compression buckling of tapered panels using a general-purpose FEM
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package, namely NASTRAN. Present work attempts 1o study the effects of different ply-drop
configurations and hot/wet environment on the buckling behavior of CFC panels. Critical
buckling loads and buckling mode shapes for different panel configurations have been
determined, both from FEM analysis and from experimental investigation. under room
temperature and hot/wet environmental conditions.

Numerical Analysis
Method and Modeling

Details of the CFC laminates taken up for this study are presented in Table I. Geometry
and details are shown schematically in Figure 1. Thickness change and angle of orientation
of the tapering zone to the loading axis along with the lay-up sequence are given in Table 1.
Plies, which are underlined in the lay-up sequence. are dropped to eftect the thickness
change. The order of ply drop in five steps, numbered 1 to 5, for both the laminate
configurations have been shown below the identified (1o be dropped) ply angles in Table 1.

Table | - Details of the analysed tapered panels.

Oricntation Nominal
of ply drop | Thickness in mm
Pancl ID Zone to Lay-up sequence
loading Thick Thin
direction Zone zonce
STE-24 70° 6.6 5.1 [(£45)4/45/90,/0/£45/45/0,/90/90/0/90/0
5 1.4 2 3
Order of
Ply drop
STE-26 90° 7.2 517 [(i45)2/9()4/(_)/:’C45/45/90/:’c45/,9@;/:&45
1 3.2
Order of
Ply drop 145/90/45/0/90],
4 S

The test area of the panels that was used in this investigation was 450 mm X 225 mm,
which results in a/b ratio of 2. In view of the difficulties in realising the ideal simply
supported conditions particularly on loading ends, the following scheme was devised to get
as nearly simply supported conditions as possible. Additional area was provided in the test
panels at both the ends for tab bonding and on the sides to place the knife-edges. This
resulted in an increase of the panel size to 540 mm X 241 mm. The tab-bonded area on one
end of the panel was held in a snug-fit condition inside the grooves of two split clamping
end-plates. Tab-bonded area on the opposite end of the panel was also similarly held between
a pair of split type clamping end-plates that were connected 1o the cross-head of the testing
machine through a load-cell. Nearly simply supported boundary condition was realised over
the panel area of interest, using two sets ol back-lo-back knife-edges on all the edges and
ends. These boundary conditions are referred to as “pseudo simply supported” conditions in
this paper. In order to simulate realistically the loading and boundary conditions applied
during the test, complete area of the laminates including regions under tabs and those
surrounded by the knife-edges was modeled in the FEM analysis.
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FEM Modeling

All the models for this numerical (FEM) study were created using MSC PATRAN
Version 8.5, and the buckling analysis was carried out using MSC NASTRAN Version
70.5.0. For the buckling analysis, the solution method of SOL 105 has been used. Four-noded
quadrilateral composite shell elements (CQUAD4/PCOMP) have been used to model the
laminate geometry. It has been attempted to maintain the aspect ratio of the element to be
around I ~ 1.5. This had resulted in approximately 2000-2300 elements and 2300-2600
nodes. The tapered region of the laminate has been modeled as a stepped geometry. At each
ply-drop station, two plies were dropped and a distance of 6 mm (STE-24) and 3 mm (STE-
26) staggered the ply drop stations.

(@) STE- 24 (b) STE- 26

|
K]

R}

|

- 241

1
9

5.1
Z

1o
n

Ply-drop zone -

Figure 1 - Schematic diagrams of tapered panels with different ply drop configurations:
(a) STE-24 and (b) STE-26.

Modeling of the tapered zone is explained below. For example, consider the tapered
laminate (STE-26) with a thickness of 7.2 mm reducing to 5.7 mm along the longitudinal
direction of laminate. Initial thickness of 7.2 mm made up by 48 plies was dropped at five
stations to arrive at a thickness of 5.7 mm, which was made up by 38 plies. Tapered region of
the laminate has been modeled as a stepped region with the corresponding thickness and
number of plies, shown in parentheses. This is schematically shown in Figure 2.

D ——

7.2(48) 6.9(46) 6.6(44)  6.3(42) 6.0(40) 5.7(38)

L

Figure 2 - Schematic diagram of the dropping of plies in the tapered region of STE-26.

Material Properties

The values of elastic constants for a unidirectional laminate under the room temperature
condition used for the computation of buckling loads are presented in Table 2. In-plane
material data, namely, Ei, E3, Gi2 and v;; have been taken from the in-house test data. The
shear modulus G;; is assumed to be same as G2, which appears to be reasonable since the
unidirectional laminate can be considered transversely isotropic. The shear modulus Gz
would normally be less than Gy, and more dominated by the resin property. Hence, the shear
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modulus value of Gy was assumed 1o be close 1o the resin shear modulus of 3.2 GPa. A
sensitivity analysis made with variations of these moduli values (Gi13 and Gg;) did not show
any significant change in the eigenvalues.

Degraded unidirectional laminate properties were employed to investigate the
environmental effect (under the H/W condition) on the compression buckling of these panels.
Degraded U.D. laminate properties. obtained from earlier in-house hot/wet tests, were taken
for modulus values along directions | and 2 and the shear modulus in Planes 1-2 and 1-3, (E,
= 127 GPa, E2 = 5 GPa, Gz = Gi3 =3.6 GPa), while other properties were maintained as
those used for room temperature conditions {/7].

Table 2 — CFC material properties employed in the analysis.

Property Symbel | RT/AR | H/W
values values
Longitudinal Young’s Modulus, GPa | E, 130.0 127.0
Transverse Young’s Modulus, GPa E, 10.0 5.0
In-plane Poisson’s Ratio Via 0.35
In-plane Shear Modulus. GPa Gz 5.0 [3.6
Shear modulus, GPa Gas 32
Shear Modulus, GPa Gis 5.0 I 36
Nominal ply thickness, mm 0.15

In the analysis, actual lay-up sequence was effected by adopting the composite laminate
option in MSC-PATRAN and by giving the sequence for the total laminate. Reference 0° for
the lay-up was oriented along the longitudinal dimension of the laminate. which was also the
loading direction. As mentioned earlier, analyses were carried out with pseudo simply
supported boundary conditions. The 340 mm X 241 mm panel was adopted lor modelling
this configuration. While modelling. it was ensured that the nodes were located at points on
the panel where the boundary conditions were to be applied. For pseudo simply supported
conditions, nodes falling on the lines of knife-edge placement on the panels were constrained
for out-of plane deflection, and rotations were constrained about the x-axis or the y-axis
appropriately. At one end of the laminate, only in-plane deflection along the loading
direction was permitted and the rest of deflections and the rotations were suppressed. On this
end, the load was applied uniformly. At the other end of the panel, all the deflections and
rotations were suppressed. Applied boundary conditions and loads are shown schematically
in Figure 3.

Results of FEM Analysis

From the FEM analysis, mode shapes and corresponding buckling loads were obtained for
at least first five modes {rom the eigenvectors and the corresponding eigenvalues. The load
corresponding to the lowest eigenvalue and therefore the lowest buckling load was taken as
the critical buckling load for the panel and the corresponding mode shape was considered as
the first buckling mode shape.

The predicted lowest buckling loads, based on nominal ply thickness, have been shown in
Table 3 and predicted mode shapes for the two ply-drop panel configurations are presented in
Figure 4. . The deformed contour of panel with 70° ply drop zone orientation, varied along
the ply drop zone.

The second half-sine-wave began along the ply drop zone. Mode shapes observed for the
lowest buckling load in all the panels were found to be similar. Mode shape, corresponding
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Figure 3 - Schematic drawing describing the boundary conditions applied in the
FUEM Analysis.

to the lowest buckling load or the first {lexural mode, consisted of two half-sine waves, as
expected for a panel of a/b ratio = 2. The hall-sine wave corresponding to the thicker zone of
the CFC panel exhibited lesser out-of-plane deflection, also as expected. A larger deflection
was observed for the region corresponding lo the thinner portions of the panels. Mode shape
did not vary for the analysis carried out with degraded material properties, simulating the
hot/wet environmental conditions. Critical buckling loads obtained from the analysis carried
out with original room temperature properties and degraded hot/wet properties have been
compared with the experimentally obtained buckling loads under Room Temperature As
Received (RT/AR) and Hot/Wet (H/W) environmental conditions.

Table 3 — FEM predicted buckling loads and mode shapes.

Specimen 1D FEM FEM Laminate ply drop
RT/AR Hot/Wet | configuration & Mode
(kN) | (kN) <’ Shape
STE-24 176.05 162.62 E [II
\ ——
| —
\
e e e i ]
STE-26 206.00 [ 186.68 ‘ [ 1T ]
| - ==
I f 1
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STE - 24 STE - 26

Figure 4 - Buckling mode shapes predicted from FEM analysis.

Experimental Analysis
Materials and Test Panely

In this study, buckling tests on composile panels containing ply drops have been carried
out as part of the structural integrity test program (o subslantiate the soundness ol design for
buckling-critical CFC skin-like structures and prediction capabilitv of FEM analysis. CFC
panels have been fabricated from unidirectional prepreg tapes ol T300/914C with a nominal
ply thickness of 0.15 mm. Panels tested had two different ply-drop configurations as
described earlier under FEM analysis. The panel dimensions were 540 mm X 241 mm and a
pseudo simply supported boundary condition was provided on the boundary of 450 mm X
225 mm area of the CFC panels as explained earlier, thus providing an aspect ratio of 2 for
compression loading along the longitudinal axis. The lay-up and stacking sequence of the
panels tested have been shown earlier in Table-1. Glass fiber reinforced plastic (GFRP) tabs
were provided at the loaded ends to provide proper support and to prevent end-brooming
under compressive loading,

Specimen Preparation for Room Temperature and Hot/Wet Test

CFC panels made of two different ply drop configurations were fabricated and delivered
for testing after ascertaining through Ultrasonic C-Scan (esting that none of them had any
manufacturing defects. All the panels were suitably strain gaged, with back-to-back strain
gages at around one-quarter and three-quarter distances along the unsupported length
dimension of the panels. However, in the thicker portion of the test panels, the back-to-back
gages were fixed close to the pty drop region. The strain gages on the test panels thal were
identified to be tested under hot/wet conditions, were very carefully moisture-prooled with a
tour-layered technique to protect the foil gage grids against corrosion during the long
exposure to hot and humid environment. The selected specimens were placed in an
environmental conditioning chamber that was maintained at a temperature of 70°C + 2 °C
and 85% + 5% relative humidity. Since the panels could not be taken to sensitive electronic
weighing balance, smaller coupons representative of the higher thickness portion of the
specimens, called the traveler coupons, were also placed inside the environmental chamber.
The percentage weight gains of the traveler coupons were monitored at frequent intervals.
Based on the past experience with moisture conditioning of uniforim thickness CFC panels
[/7], it was necessary to moisture-condition them up to 1% moisture gain by weight over a
period of almost six months after which these panels were taken out for testing under hot/wet
environmental condition at 100 °C 3 °C and > 85 % Relative Humdity.



260 COMPOSITE MATERIALS

Design and Development of Test IFixtures

The two different ply drop configurations selected for testing under this program
necessitated design and development of three different sets of knife edges. With a view to
accomodate all the different configurations of panels within the same main test [ixtures, two
similar front and back support plates were employed with a provision to fix variable depth
knife edges of detachable type to their inner faces. Since the base plate remained the same,
only the knife edges(of different depths) were changed for different ply drop configurations.
The fixture details of a sample configuration is shown in Figure 5. During the assembly of
test fixtures and trial loading, it was observed that with rotation f{reely allowed at the knife
edge supports, upon loading, the ends of the panel moved sidewise(out of plane). This
created a problem in maintaining perfect load-line alignment, which could be effectively
monitored from the comparison of the output of the back-1o-back strain gages at any location
on the CFC panel. In order (o over come this difficulty. the ends were located inside grooves
in the pair of end plates. thereby partially preventing the {ree lateral movement of the loading
ends. The simply support condition (of position-fixed and direction-free) at the loading ends
was therefore simulated only at the knife-edges attached to the front and back support plates,
but the GFRP-tabbed-ends were not freely allowed to rotate about the knife-edges. The
boundary conditions achieved is therefore called as “pseudo simply support” condition.
However, this has been accounted for in the FEM analysis carried out by using MSC
PATRAN / NASTRAN Packages.

For conducting the test under a hot/wet environment. the above test lixtures were required
to be enclosed within a split type environmental test chamber made of aluminum sheets. The
sheets were suitably shaped (o enable in-situ mounting around the test specimen during the
test. The environmental test chamber had the openings for inlet of steam, insertion of stems
of LVDTs or dial gages, thermocouples and outlets for the lead wires of all strain gages.
These openings were properly sealed with adhesive tape to minimize the steam leakage
during the test.

Test Procedure

All the tests were carried out on a servo hydraulic test system of adequate capacity (500
kN). For room temperature test, the CFC laminate was fixed to the two sets of end-clamping
plates with grooves. The front and back support plates with appropriate knife-edges were
carefully mounted on the plate at the desired position, and these were then clamped together.
Then this plate assembly was mounted on to the test machine and attached to the top and
bottom clevices. All the transducers, including strain gages, LVDTs / dial gages. load and
stroke channel outputs were connected to the data acquisition system. Initially. an attempt
was made to provide some clearance between the tabbed ends of the panels and the inner-
edges of the clamping plates at each end. so that the panel ends could rotate about the knife-
edges al the onset of out-of-plane deformation of the panels or at buckling. Unfortunately,
that created a major problem in the proper alignment of the mid-thickness plane of the panels
with the compression loading axis of the test machine load frame and even under small
compression loads in the order of 20 kN to 30 kN, the out-of-plane deformations and
inequality of back-to-back strain gage output were observed to be primarily due to bending
as a consequence of the eccentricity of loading caused by the lateral shifling of the panel-
ends inside the grooves
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e

Figure S - Schematic diagram of test fixtures employed for compiession buckling of CFC
panels containing ply drops.

of the clamping plates. In view of this, the snug-lit condition between the panel-ends and the
grooves of the split-type clamping plates was necessary to proceed with the test. After
ensuring proper load line alignment, a small load was applied in a few sleps and the outputs
of back-to-back strain gages and oul-of-plane displacement readings were critically
examined. In the event of large differences in the above readings, the test panel alignment
with loading axis was considered to be improper and the test fixtures were dismantled and re-
assembled again with thin aluminum shims inserted in the grooves of the bottonviop
clamping plates to ensure proper in-plane compression loading without bending of the CFC
panel. The tesis were carried out under stroke control and generally al a rate of 0.009 mni/sec
up lo buckling and beyond up to ultimate lailure. The transducer output data were recorded
in the data acquisition system. In a few cases where the out-of-plane displacements were
measured with dial gages. the load application was carried out in small steps. While close 1o
the buckling load, the out-of-plane delormed shape of the thinner and thicker portions of the
CFC laminate could be seen through the top and bottom cut-outs on the front and back
support plates. The loading was conlinued in the post-buckling regime until the final failure
of the CFC panel. The output of all the back-lo-back strain gages and out-of-plane
displacement transducers were observed in real time on the monitor of the data acquisition
system during the test.

In a hot/wvet test, the CFC panel had 1o be removed from the environmental chamber after
proper moisture conditioning and then positioned between the top and bottom clevices in the
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test system as in the case of room temperature testing. After ascertaining proper alignment of
the CFC panel with the loading axis as before, the two halves of the split type environmental
test chamber were assembled enclosing the front and back support plates. Then the two pairs
of steel channels at top and bottom were assembled and clamped to provide lateral support to
the test chamber. Next, all the transducers were placed in position and connected to the data
acquisition system and the steam inlet was connected to a steam supply line. Two button-
head type thermocouples were fixed to the CFC skin at the {ront and back of the panel for
monitoring the temperature in real time during the hot/wet test. Figure 6 shows typical test
setup for CFC panel buckling test in a 500 kN servo-hydraulic test machine. Figure 6(a)
shows a room temperature test setup and Figure 6(b) shows a typical test setup used for panel
buckling test under hot/wet environmental condition. At the commencement of the hot/wet
test, steam was let in until the temperature on both faces of the CFC panel reached the
desired value of 100 °C £ 3 °C with a soaking time of about 5 minutes. Next, all strain
channels were re-zeroed and recalibrated before application of load. Subsequently, the test
was conducted as before (as for the room temperature test) while monitoring all the
transducer output on the monitor screen in real ime. All the recorded data were later reduced
to appropriate format and analyzed for proper determination of the critical buckling load of
the CFC panels.

(a) (b)

Figure 6 — Typical test setup for CFC panel buckling test in a 500 kN servo-hydraulic test
machine: (a) under room temperature, (b) under hot/wet environmental conditions.
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Analysis of Test Results

The test data in the form of output of load cell, strain gage. LVDT/dial gage,
thermocouple, etc. were acquired/recorded during the CFC panel buckling tests. These data
were subsequently analysed with a view to determine the critical buckling load for each
panel tested under compressive loading. Keeping in view the likely scatter in the evaluation
of buckling loads of the CFC panels with different ply drop configurations, at least two
panels were tested for each ply drop configuration under both room temperature and hot/wet
environmental conditions.

Figure 7 shows some typical strain and out-of-plane deformation data plotted against
applied compressive load. Figure 7(a) shows the variation of out-of-plane deformations
under room temperature testing at four LVDT locations, roughly corresponding to the one-
quarter points, along the length of the panel. between the top and bottom knife-edge support
positions. It may be noted that all the panels tested were mounted at the test {ixture in such a
way that the thicker portion of the panel was always held in the bottom clevis and the thinner
portion of the panel was held in the top clevis. From the magnitudes of the out of plane
deformations in Figure 7(a), it can be seen that all the LVDTs had virtually no deflection up
1o about 150 kN of load and that the back-to-back LVDTs connected to the bottom (thicker
portion) of the plate had almost half the deflection of that of the two LVDTs mounted at the
top of the panel close to ultimate failure. It may also be noted from the nature of these
deflections that the buckled shape of the CFC panel had concavity (caved in) in the top
portion and it had convexity (bulged out) in the bottom portion of the panel. as viewed from
the front of the panel. The magnitude of bulging in the bottom was much less compared to
the caving in at the top of the panel. This was also confirmed by visual inspection through
the top and bottom cut-outs in the front and back support plates.

Figure 7(b) shows typical microstrain output versus load response of two pairs of strain
gages mounted back to back close to the top and bottom one-quarter points (as described
above). Itis observed that the strain magnitudes of the top (thinner) portion of the CFC panel
are much higher than that of the gages mounted to the bottom (thicker portion) of the panel.
Also, from the nature (tensile/compressive) of the strains, it is easv to deduce that, viewed
from the front of the panel, the top portion had caved in and the bottom portion had bulged
out due to buckling. Similarly, two typical out of plane displacement and strain response
plots using data from hot/wet test have been shown in Figure 7(c) and Figure 8(a). Here too,
the conclusion on higher deformation of the thinner portion of the ply drop panel can be
ascertained and the buckling mode shape can be deduced from the nature of deformation and
strain data acquired from the hot/wet test.

It may be noted that determining the critical buckling load of a panel from the out-of-
plane deformation plots or strain response plots directly is rather difficult and may have
subjective error. In order to objectively derive the same, the use of the Southwell method
[17, 18] has been found to be pragmatic in the past. This method, which was originally
developed to determine critical Euler buckling load for an axially loaded strut, pre-supposes
that for an out-of-plane deformation, v, under given axial load. P, the Euler buckling load. Py
satisfies with sufficient accuracy a relation of the form. Pz .v/P — v = constant. Hence, by
plotting v against v/P one obtains a straight line, the slope of which gives the critical
buckling load, Py;. This very useful and simple method for the interpretation of buckling test
results was originated by R. V. Southwell in 1932 | /8], It has often been used also in the case
of other buckling and structural instability experiments. Figure 8(b) and Figure 8(c) show
two sample Southwell plots drawn respectively for hot/wet and room temperature tests, based
on the strain output data acquired. In the present analysis, considering the average value of
the buckling loads, determined from several strain/displacement channel data in each panel,
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the critical buckling loads have been obtained which have been listed in Table 4 along with
the ulimate failure loads. Figure 9 shows a schematic of a sample buckled mode shape
deduced from the transducer output data during the test. This was necessary, especially in
hot/wel tests, as the front and back support plate cut-outs were inaccessible during such a
test. It has been ascertained that the first mode of buckling for a panel of aspect ratio 2.0 as
predicted by FEM (Figure 4) was realized in all the specimens tested.

DEFLECTION, mm

| ——FRONT TOP LVDT (1)

| ———BACK TOP LVDT (2)
——FRONT BOTTOM LVDT (3)
7 ——BACK BOTTOM LVDT (4)

-300

-250

-200 -150 -100

LOAD, kN

|
|

6000
4000 |
Z 2000 {— —
g , o |-
£ -2000 -
O 4000 {——
& 000 |- _ .
e - I—FRo NT TOP (1)
= 000 | e | ——BACK TOP (.
10000 1 - | =——FRONT BOTTOM (3)
T——BACK BOTT OM (4
12000 T
-300 -250 -200 -150 100 .50 0
(b) LOAD, kN
2
g 1 T e ——
£
= 0
o]
= -
(3]
Y. ; .
& |  ——sackBoTTOm(2)
o 3| - ~eq  ——rroNTToP (3)
| ——sackTor (4)
4 . — AR
200 180 160 140 120  -100 80 60 40 20 0
(c) LOAD, kN
Figure 7 — Sample plots showing variation of transducer out put with compression

load from test: (a) typical out-of-plane deformation Vs. load (RT/AR). (b) typical sirain

response plot (RT/AR), () typical out-of-plane deformation plot under hot/wet

conditions.
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Figure 8 — Sample transducer out put from test and determination of critical buckling
loads: (a) typical strain response plot under hot/wet condition, (b) typical Southwell
plot based on strain response (hot/wet), (c) typical Southwell plot based on strain

response (RT/AR).

During the test, almost all the CFC panels exhibited considerable post-buckling strength
prior to ultimate failure. The ultimate fracture modes of the CFC panels with two different
ply-drop configurations have been found to be different from the test. The panels with
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normal ply drop (ply drop zone normal to the loading axis) invariably failed by delamination
near (he thinner or the (hicker tabbed-ends. Bul. the panels containing mclined plv drops
END TAB
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| ) i
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Figure 9 — 4 sample schematic sketch showing transducer locations in CFC panel buckling
test and visualization of buckling mode shape from transducers output.

exhibiled large out-of-plane deformations ol the thinner portion of the panel and at least (wo
panels failed in the mid-section of thinner portion of the panel. It was observed that none of
the panels failed close (o the ply drop region despite the large oul of plane deformation
suffered by the thinner section of the panel. It is conceivable that had the end-labbing been
made proper to withstand higher compressive loads (above almost 300 kN), possibly the
fracture would have initiated in the ply drop region.

In Table 5 average buckling loads and buckling mode shapes, obtained (rom the test, have
been compared with (hose predicted from FEM analyses that were based on both nominal ply
thickness, t = 0.150 mm and average ply thickness of t = 0.155 mm. deduced from actually
measured test laminate thickness. It may be noled that while using the actual ply thickness,
the modulus values (notably E;) need also to be corrected to reflect change in volume
fraction (E.t = constant). Following common practice. the values of E; both under RT/AR
and H/W conditions. have been revised. while assuming other elastic constants (mainly resin
dominated properties) to remain unchanged. With these corrections, the FEM loads have
been computed and presented in column 4. Column 3 of this table shows the modulus values
of E; used in FEM analyses corresponding (o diflferent ply thickness. In the 5® cotumn the
critical buckling loads obtained {rom two panels for each ply drop configuration under room
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temperature test condition and for actual ply thickness of t = 0.155 mm have been shown. It
may be observed that while the mode shapes of buckling were identical both from analysis

Table 4 — Summary of test results from CFC panel buckling test under RT/AR and Hot/Wet

conditions.
SL. PLY DROP TYPLE TEST FAILURE BUCKLING
NO | SPECIMEN ) and Mode ol CONDITION | LOAD ( kN) LOAD,
Fracture Per (kN)
1 NT-FFC-8TL-026(1) NORMAL PLY RT 280.00 247 51
Tabbed cud delamination DHROP
2 NT-IFFC-STE-026(2) NORMAL PLY RT 250.00 227.46
Tabbed cud delamination DROP
3 NT-FFC-STE-026(3) NORMAL PLY Hw 224 .37 187.82
Tabbed end delamination DROP
4 NT-FFC-STE-026(4) NORMAL PLY /W 184.67 158.15
‘Tabbed end delamination DROP
5 NT-FFC-STE-024(1 INCLINED PLY RT 281.50 231.21
Failed at thin section DROP
6 NT-FFC-STE-024(2) INCLINED PLY RT 263.27 204.48
Tabbed end delamination DROP
7 NT-FFC-STE-024(3) INCLINED PLY Hw 197.88 180.63
Failed at thin seetion DROP
8 NT-FFC-8TI-024(4) INCLINED PLY H/w 192.85 177.61
Tabbed end delamination DROP
Table 5 - Comparison of buckling loads from test and FEM analysis.
Pancl Ply drop
1D configuration
Critical buckling loads, Pcr (kN) and mode
shape
FEM/Test
RT/AR Hot/Wet
FEM Test' FEM Test'
SNSRI &L, K —
t (mm) E: Per t (mm) E,; Pcr
(GPa) (kN) | (GPu) (kN)
STE24 | 0150 | 1300 | 17605 | - oiso | 1270 |w2e2 | - (/7 ]
0155 | 1258 1 187.59 | 2312 | 0,155 | 1229 | 17381 | 1806 | C——m
| 2045 1776 | =<—>
N A
15 5.8 K21 5 155 . . 37.8
2275 158.1
‘ R

T ; ; - T a
Two specimens were tested under each ply drop configuration and environmental condition.

and test, the magnitudes ol critical buckling loads, obtained {rom tests, were somewhat
higher than those computed by FEM with nominal ply thickness of 0.150 mm. The revised
FEM values computed considering actual ply thickness of 0.155 mm and corresponding
modulus value of E;. were somewhat higher and therefore closer to the buckling loads,
obtained from test. Similarly. under hot/wet environmental conditions, the computed
buckling load values have been shown in column 8 and the test values have been shown in
column 9. 1t is seen that with the corrected ply thickness and modulus values. the predicted
buckling loads are slightly lower but close to the test values, except in the case of hot/wet
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buckling test result for one panel of STE-26, which for some reason exhibited relatively
lower test value. This could have been due (o slight initial load line misalignment of panel,
STE-026(4) during the hot/wel (es(, which had resulted in a rather low critical buckling load
of 158.15 kN. It may also be noted {rom Table 4 that this panel had failed due to tabbed end
delamination at an ultimate load of 184.67 kN, the lowest in this series of (esl.

Concluding Remarks

In this investigation, the elfect of thickness tapering through ply drops in composile
laminates was studied using FEM analysis and actual (esting with simulation of nearly
simply supported boundary conditions. The influence ol hot/wet environmental conditioning
on the critical buckling load and ultimalte failure of CFC panels with two different ply drop
configurations has also been studied. For FEM analysis, an MSC NASTRAN software
package has been used. Critical buckling loads and mode shapes obtained for all the cases
have been presented and compared with the experimental values. It s seen that thickening ol
a portion of the laminates and use of different ply-drop configurations had resulted in
variation of flexural rigidity and hence in buckling behavior.

The comparison between the FEM and actual (est results with regard 1o critical buckling
loads and mode shapes indicate (hat the mode shape corresponding (o the lowest buckling
load was identical between the analysis and (est. However. the magnitudes of crilical
buckling loads were invariably under-predicled by the FEM analysis as compared (o the
experimentally obtained values. This has been ascribed (o the slightly higher thickness of the
CFC panels actually measured al the time of test. A revised FEM analysis carried out,
considering the increased ply thickness of the panels and corresponding correction (o the
modulus, E,. has yielded revised critical buckling loads that are closer (o the test values. It
has been observed that all the CFC panels lested had exhibiled reasonably good post-
buckling strength before failure. On examination of the modes of failure. it is seen (hat in
most cases the failure of the panels was due (o the tabbed end delamination despite locating
the (abbed ends of the panels inside the grooves of end-clamping plates. Indeed, the panels
could have shown much higher post-buckling strength and could have reached still higher
ultimalte failure loads had the panel-ends been prevented from premature delamination failure
al the time of tesling.

Acknowledgments

The authors would like (o thank the National Team CFC Wing for undenaking this
nvestigation. They are grateful (o Dr. K.N. Raju for his encouraging support and (o the
authorities of HAL, Bangalore. for fabrication ol the specimens. They would like to thank
Sri M.V. Mukund for the design support on the tesl {ixtures, Sri A.S. Babu for strain gaging
and all the MEL-staff of SID for conducting (he lest.

References

[1] Sanger. K. B., Dill, H. D., and Kautz, E. F., “Cerlification of Testing Methodology for
Fighter Hybrid Structure.” Composite Materials: Testing and Design (Ninth Volume),
ASTM STP 1059, S. P. Garbo. Ed.. American Society for Tesling and Malerials, Wesl
Conshohocken, PA, 1990, pp. 34-37.

[2] “Polymer Matrix Composites — Guidelines,” MIL-HDBK-17-1C, Vol. 1. Department of
Defense, Washinglon DC. 1988,



31

(4]

[51

6]

17]

[3]

191

[10]
[11]
{12]
[13]
{14]
[15]
[16]

[17]

[18]

PARIDA ET AL. ON PANELS CONTAINING PLY DROPS 269

Berg. M., Gerharz, J. J., and Gokgol. O.. “Consideration of Environmental Condition
for the Faligue Evaluation of Composite Airframe Structures,” Composite Materials:
Fatigue and Fracture, ASTM STP 1012, P.A. Lagace, Ed.. American Society for
Testing and Materials, Wesl Conshohocken, PA, 1989, pp. 29-44.

Verette, R. M. and Labon. J. D.“Structural Criteria for Advanced Composites,”
AFFDL-TR-76-142, Air Force Flight Dynamics Laboralory, Dayton, OH. 1976.
Flaggs, D. L. and Vinson. J. R., “Hygrothermal Effects on the Buckling of Laminated
Composite Plates.” Fibre Science and Technology, Vol 11, 1978, pp. 353-356.
Collings. T. A and Stone, D. E. W.. “Hygrothermal Effects in CFRP Laminates:
Strains Induced by Temperature and Moisture,” Composites. Vol.16, No.4. 1985, pp.
307-316.

Chamis, C.C., “Buckling of Anisotropic Composite Plales.” Journal of the Structural
Division (ASCLE). Vol 95,1969, pp. 2119-2139.

Ashton, J. E., “Approximale Solutions for Unsymmetrically Laminated Plates,” Journal
of Composite Materials, Vol. 3, 1969, pp.189-191.

Vinson, J. R. and Chou. T. W.. Composite Materials and Their Use in Structures.
Applied Science Publishers Lid.. London, 1976.

Chamis, C. C.. "Theoretical Buckling Loads ol Boron/Aluminium and Graphite/ Resin
Fibre Composite Anisotropic Platles™ NASA TN D-6572. December 1971.

Whitney, J. M. and Leissa. A. W.. “Analysis of Simply Supported Lannated
Anisotropic Reclangular Plate,” AT4A4 Journal, Vol. 8. 1970. pp. 28-33.

Chia. C. Y. and Prabhakara, M. K., “Postbuckling Behaviour of Unsymmelrically
Layered Anisotropic Rectangular Plates,” Transactions of ASMI:, Journal of Applied
Mechanics, Vol. 4. 1974, pp.155-162.

Chia, C. Y., Nonlinear Analysis of Plates, McGraw Hill Inc.. New York, 1980.
Leissa;-A. W “Buckling of Laminated Composite Plates;” Composite Strucrures, Vol
1. 1983, pp. 51-66.

Chai, G.B.. "Buckling of Generally Laminated Composite Plates,” Composite Science
and Technology. Vol. 45,1992, pp.125-133.

Chai, G. B., “Buckling of Laminated Composite Plates with Edge Supports,”
Composite Structures, Vol. 29, 1994, pp. 299-310.

Parida B K., Prakash R V. Ghosal A K., Mangalgiri P D. and Vijayaraju K,
“Compression Buckling Behavior of Laminated Composite Panels”, Composite
Materials : Testing and Design, Thirteenth Vol., ASTM STP 1242, S J Hooper, Ed..
American Sociely {or Testing and Materials, 1997, pp. 131-150.

Southwell, R. V., “On the analysis of experimenlal observations in problems of elastic
stability,” Proceedings of Royal Society (London). Series A. Vol. CXXXV. 1932, p.
601



A
Adams,D.F, 3
Asp, L. E,, 235

C
Case, S. W, 173
Chelladurai, K., 69
Cohen, D., 17

D
Dash, P. K, 69
Douglas, M. I, 116, 139

G

STP1416-EB/Jun. 2002

Author Index

M

Mangal%iri, P.D., 253
Moon, T. J., 30

N

Neft, J.F., 156
Nettles, A. T, 116, 139

P

Pagano, N. I, 200
Parida, B.K,, 69, 253
Phelon, P., 212
Prabhakaran, R., 139

Greenhalgh, E. S, 221, 235

H

Hakeem, S. A., 69
Hiley, M. J., 235

Jouin, P., 85
Joyce, P.J., 30

K
Krishnaswami, P., 188

L

Lansing, M. D., 131
Lesko, J. J,, 173
Li, W.-Y,, 212

R

Reifsnider, K. L., 173
Ruffner, D., 85
Russell, S. S., 131

S

Saha, M,, 139
Schulte, K., 156
Schwarzer, P., 156
Shyprykevich, P., 99
Singh, S., 221
Sjogren, A, 235
Sun, C., 200

Sun, X,, 200

T
Terpant, G., 188

Tomblin, J. S., 99
Tseng, A. A, 212

270



INDEX 271

A% w
Vangel, M. G., 99 Walker, J. L., 131
Vijayaraju, K., 253 Wang, Y., 188, 200

Violette, M. G., 30
YA

Zhu, H,, 212



STP1416-EB/Jun. 2002

Subject Index

A

Acceptance criteria, 99
B

Batch variability, 85
Bending tests, 156
Braid sequence, 188
Buckling load, 253
Buckling strength, 69

C

Carbon/epoxy material, 99, 235
Carbon fiber, 17, 69
composite panels, 253
laminates, 235
-reinforced plastics, 235
Coefficient of thermal
expansion, 212
Combined loading compression
test fixture, 30
Composite pressure test boxes,
69

Composite tube test method, 17
Compression, 139

loading, 253

strength, 85

testing, 3, 30, 156
Compressive strength, 3, 30
Contact stresses, 116
Coupon test, 85
Crack front, 221
Crack, interlaminar, 235
Crack length, back surface, 116

D

Damage mechanisms, 173, 221

Damage modes, 116

Damage resistance, 139

Damage tolerance, 139

Database, common, for
composite materials, 99

Debonding, 30

272

Deformation, out-of-plane, 253
Delamination, 116, 131, 221, 235
Dent depth, 116

Design limit load, 69

Design ultimate load, 69
Displacement, 200

Durability assessment, 173

E

ELFINI, 69

Epoxy resin, 17

Equivalency tests, 99
Equivalent hole diameter, 139
Experimental design, 85

F

Failure criteria, 17, 221

Failure, interlaminar, 235

Failure mechanisms, 156

Failure mode, 173

Fatigue loading, 235

Fiber/matrix interface cracks,
235

Fiber wound composite tubes,
173

Filament wound, 17

Finite element analysis, 3, 30,
188, 253

ELFINI, 69
MSC NASTRAN, 253

Fractography, 221, 235

Fracture behavior, 253

Fracture toughness, 221

Fuel feedline characterization,
131

Fuel tank characterization, 131

G

Glass/polypropylene, 156
Glass transition temperature, 85

H

Homogenization, 200



Hot-wet environment, 69, 253
Hot-wet tension strength, 85
Hydroburst testing, 131

1

Impact testing, 116
Indentation
testing, quasi-static, 116
transverse, 139
Interlaminar crack, 235
Isostatic polypropylene, 156

L

Laminate, 99, 116, 156
carbon fiber composite
panels, 253
carbon fiber/epoxy, 235
fabrication, 85
Life rednctnon 173
Load-central displacement, 139
Load-deflection behavior, 116
Loading, 3, 173
combined, 30
cyclic, 156
fatigue, 235
hydroproof, 131
static, 156
transverse, 116
Local domain test, 200

M

Material allowables, 99
Matrix effects, 221
Mechanical degradation, 156
Micro-mechanical test, 212
Micro-mechanics, 200
Microstructure, 131, 156
Mixed-mode bend, 221
Moisture, 221
MSC NASTRAN, 253
Multi-axial composite tube test
method, 17
Mutlti-level analysis, 200

N

Nested experimental design, 85

INDEX 273

0
Optimization approach, 188

P
Ply drop, 253
Ply interface, 221
Pooling, 99

Porosity, 131

Pressure test box, 69

Pressure vessels, 17
1mperfectnons 131

Pultruded composites, 139
shapes, 173

R

Regression, 85

Reliability, 173

Residual strength, 173
Room temperature test, 253

S

Specimen configurations, 3
Specimen optimization, 30
Static indentation, 116
Statistical methods 99
Stiffness, 173

Strain, 212

Strain distributions, 139
Strain gages, 69, 212 253
Stress analysis, 30 200
Stressed specimens, 212
Structural integrity test, 69

T

Tabs, specimen, 3, 30
Technical textile, 156
Temperature, reduced, 212
Tensile tests, 156
Tension/com gression, 17,85
Thermal mec anical analyzer,

Thermography, 131
Thermoplastics, 156
Three-dimensional braided

composites, 188
Torsion, 17



274 COMPOSITE MATERIALS

Toughness, fracture, 235 X
Transverse indentation, 139

Transverse loading rate, 116

Tube test method, 17 X-radiography, 139

w

Y
Weibull distribution statistics,

Yarn structure, 188



	Foreword
	Contents
	Tabbed Versus Untabbed Fiber-Reinforced Composite Compression Specimens
	Multi-Axial Composite Tube Test Method²
	Finite Element Analysis of Unidirectional Composite Compression Test Specimens: A Parametric Study
	Structural Integrity Assessment of Composite Pressure Test Box through Full Scale Test
	Qualification Using a Nested Experimental Design
	The Development and Use of a Common Database for Composite Materials
	A Comparison of Quasi-Static Indentation Testing to Low Velocity Impact Testing
	Detection and Characterization of Imperfections in Composite Pressure Vessels
	Damage Resistance and Damage Tolerance of Pultruded Composite Sheet Materials
	Mechanical Degradation of Continuous Glass Fibre-Reinforced Thermoplastics under Static and Cyclic Loading: A Prepreg Laminate - Technical Textile Comparison
	Philosophies for Assessing Durability of Commercial and Infrastructure Composite Systems
	Computational Prediction of Yarn Structure of 3D-Braided Composites
	Principles for Recovering Micro-Stress in Multi-Level Analysis
	Measurement of CTE at Reduced Temperature for Stressed Specimens
	The Effect of Moisture, Matrix and Ply Orientation on Delamination Resistance, Failure Criteria and Fracture Morphology in CFRP
	Interlaminar Crack Propagation in CFRP: Effects of Temperature and Loading Conditions on Fracture Morphology and Toughness
	Buckling and Fracture Behavior of Tapered Composite Panels Containing Ply Drops
	Author Index
	Subject Index



