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Foreword

This publication, Thermal and Mechanical Test Methods and Behavior of Continuous-
Fiber Ceramic Composites, contains papers presented at the symposium of the same name
held in Cocoa Beach, Florida on 8-9 Jan. 1996. The symposium was sponsored by ASTM
Committee C28 on Advanced Ceramics, ASTM Committee E08 on Fatigue and Fracture,
and the American Ceramic Society, Engineering Ceramics Division. Michael G. Jenkins,
University of Washington, Edgar Lara-Curzio, Oak Ridge National Laboratory, Stephen T.
Gonczy, Gateway Materials Technology, Noel E. Ashbaugh, University of Dayton Research
Institute, and Larry P. Zawada, Wright Laboratory, presided as symposjum cochairmen and
are also the editors of the resulting publication.
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Overview

In the ten years since its establishment in 1986, ASTM Committee C28 on Advanced
Ceramics has provided a major forum for promoting standardized terminology, guides,
classifications, practices, and test methods for advanced (namely, structural, fine, and
technical) ceramics. Similarly, for the past 30 or more years, ASTM Committee E08 on
Fatigue and Fracture and its predecessors have been involved in fracture and fatigue activi-
ties, both in developing standards and transferring information primarily for metallic materi-
als, but also in advanced and newly emerging materials such as advanced ceramics. The
American Ceramic Society for over 100 years has promoted, educated, disseminated, and
conferred on a variety of topics related to ceramic materials including processing, manufac-
turing, characterizing, and utilizing.

This publication and the Symposium on Thermal and Mechanical Test Methods and
Behavior of Continuous-Fiber Ceramic Composites, which was held in Cocoa Beach,
Florida, 8-9 Jan. 1996, were cosponsored by these organizations to continue all their past
efforts. Twenty-six papers were presented at the symposium, and this publication contains
nineteen peer-reviewed articles on a special subset of advanced ceramics: continuous-fiber
ceramic composites.

The advancement of technology is often limited by the availability and understanding of
materials. In today’s technology, the U.S. Government is currently supporting programs
such Enabling Propulsion Materials and the Continuous Fiber Ceramic Composite (CFCCs)
programs that target specific new materials such as CFCCs for a broad range of applications
from chemical processing to stationary heat engines to power generation to aerospace
vehicles. Such applications require that still-emerging materials such as CFCCs be refined,
processed, characterized, and manufactured in sufficient volume for successful widespread
use under the proposed aggressive thermal/mechanical operating conditions. Concurrently,
as the materials are refined, designers must have access to material properties and perform-
ance databases to integrate the material systems into their advanced engineering concepts.
Without extensive materials characterization, producers of materials cannot evaluate relative
process improvements nor can designers have confidence in the performance of the material
for a particular application.

Developing and verifying appropriate test methods as well as generating design data for
advanced materials is expensive and time-consuming. High-temperature ceramic composites
cost more to process than monolithic ceramics because of both the cost of constituent
materials in addition to extra, labor-intensive fabrication steps. Equipment for testing at
elevated temperatures is highly specialized and expensive. Unique and novel test methods
must be developed to take into account thermal stresses, stress gradients, measurement
capabilities, gripping methods, environmental effects, statistical considerations, and limited
material quantities. It is therefore imperative that test methods be carefully developed,
standardized, verified, and used so that accurate data are generated, and duplication of test
data can be minimized in test programs.

The papers in this STP provide current results of research and development programs on
continuous-fiber ceramic composites. The papers are divided into five categories:

(1) Room-Temperature Test Results/Methods,
(2) High-Temperature Test Results/Methods,

vii



viii CONTINUOUS-FIBER CERAMIC COMPOSITES

(3) Nondestructive Characterization,
(4) Modeling and Processing, and
(5) Testing of Tubes.

In the different sections, various types of continuous-fiber ceramic composites including
those processed with chemically infiltrated, polymer-impregnated, sintered, melt-infiltrated,
or viscous glass-infiltrated matrices are addressed. The Room-Temperature Test Results/
Methods section includes papers on the influence of various test parameters on the tensile
behavior, high-strain rate effects on tensile behavior, shear properties, and unloading-re-
loading sequences and their effects. The section on High-Temperature Test Results/Methods
includes papers on the effect of hold times on fatigue behavior, high-temperautre crack
growth, tensile and fatigue at a particular temperature, fatigue crack growth, creep rupture
behavior, and retained tensile properties after exposure to elevated temperatures. In the
Nondestructive Characterization section, the characterization of damage progression using
an integrated testing system, an infrared-based method for determining thermal properties
and defects, and measurements of orthotropic properties using impulse resonance are ad-
dressed. In the section on Modeling and Processing, papers are included on optimal design
of laminates, modeling of creep response, and the secondary processing effects of abrasive
water jet cutting. The section on Testing of Tubes includes burner rig testing of a hoop
subelement.

With this symposium and the resulting STP, ASTM has made another stride forward by
providing a wealth of information on continuous-fiber ceramic composites that will assist
the research, processing, and design community in better understanding the behavior of
these materials. This information will also be invaluable as test methods continue to be
developed and verified for continuous-fiber ceramic matrix composites.

Michael G. Jenkins

Department of Mechanical Engineering
University of Washington, Seattle, WA;
Symposium cochair and coeditor.

Edgar Lara-Curzio

Metals and Ceramics Division
Oak Ridge National Laboratory,
Oak Ridge, TN;
Symposium cochair and coeditor.

Stephen T. Goncezy
Gateway Materials Technology,
Mt. Prospect, IL;
Symposium cochair and coeditor.

Noel E. Ashbaugh

University of Dayton Research Institute
University of Dayton, Dayton OH;
Symposium cochair and coeditor.

Larry P. Zawada

Materials Directorate
Wright Laboratory,
Wright-Patterson AFB, OH;
Symposium cochair and coeditor.
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John P. Piccola, Jr.,l Michael G. Jenkins,2 and Edgar Lara-Curziod

INFLUENCE OF TEST MODE, TEST RATE, SPECIMEN GEOMETRY, AND
BENDING ON TENSILE MECHANICAL BEHAVIOR OF A CONTINUOUS FIBER
CERAMIC COMPOSITE

REFERENCE: Piccola, J. P., Jr, Jenkins, M. G., and Lara-Curzio, E., “‘Influence of
Test Mode, Test Rate, Specimen Geometry, and Bending on Tensile Mechanical
Behavior of a Continuous Fiber Ceramic Composite,”” Thermal and Mechanical Test
Methods and Behavior of Continuous-Fiber Ceramic Composites, ASTM STP 1309,
Michael G. Jenkins, Stephen T. Gonczy, Edgar Lara-Curzio, Noel E. Ashbaugh, and
Larry P. Zawada, Eds., American Society for Testing and Materials, 1997.

*ABSTRACT: ASTM Test Method for Monotonic Tensile Strength Testing of
Continuous Fiber-Reinforced Advanced Ceramics with Solid Rectangular
Cross-Section Specimens at Ambient Temperatures (C 1275} was used to
investigate the effects of test mode (load versus displacement), test
rate (fast versus slow), specimen geometry (straight-sided wversus
reduced-gage section), specimen volume {long/thin versus short/fat), and
bending in tension for a twelve-ply, two-dimensional, plain weave SiC
fiber reinforced / SiC matrix continuous fibre ceramic composite.
Although it appeared that "graceful failure" is sometimes accentuated by
displacement control at slow rates, a two-way analysis of variance
(ANOVA) with replication at the 95% significance level of all the test
results showed that there was no significance of test rate, test mode or
specimen geometry for proportional limit stress. Similarly, for
ultimate tensile strength there was no significance of test rate or test
mode although there was a significance of specimen geometry. Finally,
for this two dimensional, plain weave fiber architecture there was no
significance of test rate, test mode, or specimen geometry {including
straight-sided specimens) on fracture location. Proportional limit
stress decreased with increasing bending while ultimate tensile strength
appeared independent of bending.

KEYWORDS : continuocus fiber ceramic composite, tension test, bending,
test rate, test mode, specimen volume, proportional limit stress,
ultimate tensile strength

Continuous fiber ceramic composites (CFCCs) are a relatively new
area of composite research. Additional and extensive investigations of

lstructural analyst, seats, Boeing Commercial Airplane Group,
Seattle, WA 98124-2207.

2assistant professor, Department of Mechanical Engineering,
University of Washington, Seattle, WA 98195-2600.

3Development staff member, Metals and Ceramics Division, Oak Ridge
National Laboratory, Oak Ridge, TN 37831-6064.
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4 CONTINUOUS-FIBER CERAMIC COMPOSITES

various types of CFCCs and other ceramic matrix composites are required
before industry adopts CFCCs on a widespread scale [1]. A primary
advantage of CFCCs is their inherent damage tolerance (i.e. the
increased ability of the material to absorb energy without catastrophic
fracture, also known as "toughness"), thereby overcoming the brittleness
often associated with ceramics, while maintaining the high-temperature
performance of their monolithic counterparts [2,3].

A broad range of industrial sectors have the potential for
implementing CFCCs [l] because of the economic and energy
ronsiderations. Chemical processing, refining operations, power
generation, and heat engines all can benefit from the use of CFCC
components such as filters, substrates, piping, tanks, burners, heat
pipes, tubes, combustor liners, vanes, and nozzles.

These potential applications have Jjustified the need for
additional experimental [4-6] and analytical research [7-9] of CFCCs.
However, many of these studies have involved unidirectional composites
with glass matrices [4]. Brittle matrix composites reinforced in
multiple directions have only recently begun receiving attention
12,5,8]. Experimental work has demonstrated the effect of matrix
cracking and the debonding layer between the fibers and the matrix on
the strength of the composite [10]. Analytical modeling of these
conditions has been performed along with models of the stress-strain
behavior [7]. More extensive systematic studies are still lacking to
determine the effects on the mechanical properties and performance of
such common test parameters as test mode/rate, specimen geometry/volume,
and nonuniform stresses (i.e., bending).

A primary motivation for this study was to produce fundamental
information the mechanical properties and performance of a two-
dimensionally-reinforced CFCC. Additionally, certain recommendations
and requirements of the recently introduced test standard ASTM Test
Method for Monotonic Tensile Strength Testing of Continuous Fiber-
Reinforced Advanced Ceramics with Solid Rectangular Cross-Section
Specimens at Ambient Temperatures (C 1275) still reqguire clarification.
Thus, a further motivation for this study was to characterize various
testing parameters such as test mode, test rate, specimen geometry, etc.
and their subsequent effects on the tensile mechanical behavior of a
two-dimensional (2D), woven SiC fiber-reinforced / SiC matrix CFCC.

The material is briefly described. An overview of the
experimental procedure follows. Test results are presented in terms of
stress-strain response, proportional limit stress, ultimate tensile
strength and modulus of toughness. The effect of bending on

proportional limit stress and ultimate tensile strength is discussed.
Fracture location and its relation to specimen geometry 1s also
evaluated. Finally, an analysis of variation (ANOVA} is used to justify
pooling of the test results.

TEST MATERIAL

Material Description

A commercial CFCC (SuperTemp from B.F. Goodrich Aerospace,
Brecksville, Ohio) was the focus of this study. The 2D-reinforcement
was a plain woven cloth of ~1800 denier fiber bundles (~500
fibers/bundle) composed of a ceramic grade (Nicalon™) 8i-C-0O fiber.
The fiber preform was fabricated by layering twelve plies of cloth with
the warp of the fibers along the longitudinal direction of the test

specimens.
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The matrix was processed as follows. In the initial step,
chemical vapor infiltration (CVI) was used to deposit a ~0.3 um
interfacial layer of pyrolytic carbon onto the fiber preform. In the

final step, methyltrichlorosilane was decomposed, infiltrating the
preforms by CVI until all the surface microporosity was filled, thus
preventing further CVI of the interior of the material while forming a

crystalline B—SiC matrix. The remaining microporosity (~20 to 25 vol%)
was primarily located within the internal fiber bundles. The porosity
was estimated from bulk density measurements, actual fiber volume
fractions, and theoretical density of the CFCC calculated densities of
constituent materials. Approximate volume fractions of fibers and
matrix were 35% and 40%, respectively.

Tensile Specimeng

Simple, straight-sided and reduced gage section (i.e., dog bone)
flat specimens were fabricated by an undisclosed process (presumably
diamond-grit cutting and grinding) into four different test specimen
geometries designated RG1l, RG2, RG3, and SS (Fig. 1). The twelve-ply
specimens were ~3.7 mm thick.

Tapered {5°) end tabs [&] consisted of an E-glass fiber/epoxy
matrix composite were used to protect the specimens from being damaged
at the area within the hydraulic grips. Such damage can be in the form
of premature splitting due to the contact of the grip surface with the
specimen. The ratio of the resin to curing agent was chosen to produce
an adhesive with a shear strength greater than ~9.4 MPa, the maximum
interfacial shear stress anticipated at the interface of the tab and
specimen, so as to prevent delamination at the end tab and subsequent
damage to the specimen.

18 All Dimensions in mm.
Radius of Curvature: 100 mm

A 1

B

7'

10 —amf |
200 60
5 = fa—
| 170 60 —‘ 170

| 10 1© 30
— ¥
L) L)
30
L |
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30

Iy ¥

y

Geometry RG1 Geometry RG2 Geometry RG3 Geometry SS

FIG. 1--Specimen geometries for evaluation of geometry effects.
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EXPERIMENTAL PROCEDURE

All thirty-two tests were conducted at ambient temperatures (20 to
22°C, 55 to 65 %RH) per ASTM C 1275 on a commercial, single~actuator,
electromechanical materials test system (100-kN capacity) having both
load and cross-head displacement control capabilities. A digital
controller with related software managed all input and output signals.

Commercial, hydraulically-actuated specimen grips were
independently activated and could maintain an adjustable grip force on
the specimen grip face without backlash. The actual grip faces were
coated with a roughened, sputtered WC coating to prevent slippage at the
specimen/grip interface. Grips were attached to the load frame via a
fixed, but adjustable, commercially available alignment system.

In compliance with ASTM C 1275 verification of load train
alignment was performed before and after the series of tests to assure
less than 5 percent bending (PB as described in Eg. 1 below) at an
average strain of 500 x 1076 m/m in the alignment specimen. A steel
alignment specimen was employed, 200 mm in length with a 35-mm long
reduced gage section and a 6 by 6 mm cross section. Four longitudinal
strain gages, equispaced around the circumference, were adhered on two
separate longitudinal planes for a total of eight strain gages. Proper
load train alignment helps to reduce the introduction of bending moments
{and nonuniform stresses) into the specimen during a tension test.

FIG. 2--Illustration of a dual extensometer mounted on a polymer
specimen. For tests of CFCCs the extensometer was mounted on the

specimen faces.
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Separate, continuous strain readings were recorded for two
opposing faces of the specimen using a dual-arm, strain-gage based
extensometer, Axis A and Axis B, over gage lengths of 25 mm and a range
of +50000 x 1076 to -20000 x 107¢ m/m strain (Fig. 2). Percent bending
(in this case, cut of plane bending only} was calculated as:

PB < 100 £a=%8) (1)
(e4+85)

where PB is percent bending, &€, is the strain from Axis A, and €z is
the strain from Axis E.

A preliminary tension test of one specimen (RGl geometry) resulted
in an ultimate strength of ~250 MPa and a strain at fracture of ~6000 x
1076 m/m. These values were used to approximate times to failure for
various test mode and test rate combinations (Table 1). To study the
effect of test rate an order of magnitude difference was chosen between
the minimum and maximum test rates. Similar rates were chosen to
compare differences in test mode. Therefore, establishing times to
failure for each geometry was necessary to compare strength and strain
results. The final load (500 and 50 N/s) and crosshead displacement
rates (0.02 and 0.003 mm/s) were chosen to produce failure times of ~20
and ~200 s.

TABLE l--Estimated times to failure for various test modes and rates

Geometry Displacement Control .Load Control
0.003 mm/s 0.03 mm/s 50 N/s 500 N/s
RG1l, V1=L2*W2 240 s 24 s 180 s 18 s
RG2, V2=L2*Wl 340 s 34 s 90 s 3 s
RG3, V2=L1*W2 124 s 12 s 180 s 18 s
53, V1=L2*W2 180 s 18 s 180 s 18 s

Note: RG (reduced gage), SS (straight sided), volume gage sections,
V1 and V2 are computed with: L1 = 30 mm, L2 = 60 mm, Wl = 5 mm,
W2 = 10 mm.

RESULTS

Stress-strain Relation

Stress-strain response is the primary means for gathering anc
analyzing data. The stress-strain response of the test material in thic
study was generally linear up to the proportional limit stress, ogy.
The proportional limit stress was followed by a nonlinear stress-strain
response up to the ultimate tensile strength with stress increasing at a
much slower rate than in the linear region. In most cases the stress at
fracture corresponded to the ultimate tensile strength. In addition to
the proportional limit stress, the elastic modulus, E, ultimate tensile
strength, &y, fracture strength, &, and corresponding strain values
(€p, &y, and &), along with the modulus of toughness, U;, can be
represented on a stress-strain curve (Fig. 3). Actual curves of stress
versus Sstrain with superposed curves of percent bending versus strain
for two specimens of the same geometry are shown in Fig. 4. TwWO
specimens (i.e., one test with replication) were tested at each
combination of geometry, test mode, and test rate.
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FIG. 3--Generic stress-strain curve and related mechanical properties
(ASTM C 1275 ).

Elastic Modulus

elastic modulus for each test was calculated from
the slope of the linear, least-squares regression of the stress-strain
curve from 0 to 15 MPa. The upper stress value of 15 MPa was used as it
represented the least value of the onset of non linearity observed in
previous tests. Therefore, it was assumed that all test exhibited a
linear region from 0 to 15 MPa. Test results for elastic modulus have
been reported previously [&].

For consistency,

FIG.

250 1 i L] R 20
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4--Actual stress-strain and percent bending-strain curves.
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Proportional Limit Stress

ASTM C 1275 recommends two methods for determining the
proportional limit (PL) stress (i.e., PL is the stress at an offset
strain and PL is stress at a prescribed strain). However, out of five
different methods applied to the test data [&), for reasons of
consistency, objectivity and numerical efficiency, the proportional
limit stress in this study was calculated as follows:

o =PL = 0, when @xmozm% 2)

where i is the stress calculated from the elastic modulus, E, and the

corresponding strain, &, at the Mdatum such that O','=E8,', and O is
th

the actual stress at the I strain. The proportional limit is the point
at which the difference between the actual stress and the calculated
stress 1is equal to or greater than 10%. It can be argued that the

proportional limit is the most important design parameter for CFCCs
because it defines the stress or strain at the onset of nonlinearity.
When specimen geometries are grouped (Fig. 5a) specimen RGl has the most
consistent proportional limit values regardless of test rate or control
with specimen RG2 having the overall greatest average value. Comparing
test mode and test rate (Fig. 5b) shows that displacement control often
results in greater proportional limits than load control.

Ultimate Tensile Strenath

In the case of ultimate tensile strength, Sb, both the specimen
geometry and test mode/rate relations show fairly consistent results

(Fig. 6). The ultimate tensile strength is an important parameter when
comparing most materials and can be used intuitively to compare and
select a material for "engineering" design. At the ultimate tensile

strength, the load is carried almost entirely by the fibers and
therefore often coincides with the fracture strength, S:, of the
composite. Although the load is carried by the fibers at §;, an

accurate measure of the in situ fiber strength is difficult since
physical and chemical degradation may occur during fabrication [12].

%100 F 100 —— a3

S Z €

- [}

@ 80l @ 80|

w o

3 =

5 ®

e 80 £ £ 60

s £ 2

-1 8 -1

2 40 2 T 401

=z 3 3

Q =

= [

T 20 c 20 -

g 5

o) &

E o E

RG1  RG2 0.003mm/s 0.03mm's 50Nis 500 Nis

a) Specimen geometry effect on og b) Test mode/rate effect on 0y

FIG. 5--Effect of test parameters on the proportional limit stress
{error bars represent the upper and lower range of the data).
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FIG. 6--Effect of test parameters on the ultimate tensile strength
(error bars represent the upper and lower range of the data).

Effect of Percent Bending, PB

The use of a dual-arm extensometer made it possible to calculate
the amcunt of out-of-plane bending in each specimen during each test.
PBE was calculated to determine the effect of the nonuniformity of
uniaxial tensile stress on the calculated material properties. Figure 7
contains all data points represented as a scatter plot to illustrate the
effect of percent bending on proportional limit stress and ultimate
tensile strength. Data points in Fig. 7 are grouped well around the 1

to 5 PB range. Proportional limit stress (~matrix cracking stress), as
expected for the fracture stress of a brittle matrix, decreases with
increasing percent bending. Ultimate tensile strengths of 200 to 250

MPa show little effect of increasing percent bending, as expected for
the fiber-dominated ultimate tensile strength. Note that trend lines in
Fig. 7 are guides for the eye and not curve fits.

o 100 T T T T T T 7 £ 300 T T T T T T T
ﬂ 2-D PLAIN WEAVE = 2D ELAIN WEAVE
o [ ] SIC/SIC CFCC (12 PLY) [V] 250 BIC/SIC CFCC (1_2 PCLV)_
= 80 AMBIENT AIR, T=25°C ] E AMBIENT AIR, T=25°C
@ [
e = ]
s 60 @ ] ﬁ 3200
=Ty J%
2 22150 | ]
5 o0 ] oy
E O ret = 100 F O ret
. RG2 R RG2
8 20 |5 N RG3 = 50 [ n RG3
3 N O N = E =
B ss ]
E 0 L t L 1 I ] I =] 0 1 3 1 [ 1 T
0 4 68 10 12 14 0 4 6 8 10 12 14
PERCENT BENDING, PB PERCENT BENDING, FB
a) Proportional limit stress b) Ultimate tensile strength

FIG 7--Strength as a function of percent bending (a) proportional limit
stress and (b} ultimate tensile strength. Note that trend lines are
guides for the eye and not curve fits.
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Modulus of Toughness and Failure Locgtion

Figure 8 1illustrates the scatter for the modulus of toughness
(i.e., the total energy absorbed during the tensile deformation and
failure of the material), U;, in relation to the fracture location, lf,
of each specimen. U; seemed to be more consistent as fracture occurred
nearer to the midpoint of the specimen, which 1is consistent with
Ur =f(g). Ur as defined mathematically (total area under the tensile
stress-strain curve) can be approximated by numerical integration such
that:

Ef n
UT=jcdezz%(e,—e,_1) (3)
0

i=2

where & 1is the strain at fracture and O and € are the stress and

strains from the stress-strain curves, respectively, i is the individual
O and € data pair, and n is the total number of data pairs.

DISCUSSION
Analvsis of Variance

Because of the limited number of replicate tests a statistical
analysis of the data was performed to identify the effects of test mode,
test rate, and specimen geometry. Specifically, a two-way analysis of
variance (ANOVA) with replication [13, 141 capable of evaluating more
than one hypothesis simultaneously was performed to determine the effect
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s i I I 1
n [ | 1 ] ]
g 1000} 1 1 ]
! ] 1 i ]
I I 1
g I
I
2 ml
% ! ]
500 ]
w B I L
=)
3 i | i
8 [ xtensometerly 1 2-D PLANWEAVE ]
@) [ ] Gage Length |3 y SIC/SIC CFCC (12 PLY)
s 5 E IAMBIENT AIR, T=25°C " ]
oL I — 1 i .
-60 -30 0 30 60

FRACTURE LOCATION RELATIVE TO
THE LONGITUDINAL MIDPOINT, |, (mm)

FIG 8--Modulus of toughness for each geometry with respect to fracture
location
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of load rate, displacement rate, or load/displacement mode, within a
given geometry and between the four test specimen geometries at a 95%
significance level. In addition, the rate and mode effects for geometry
to geometry results for proportional limit stress and ultimate strength
of the test were analyzed.

Table 2 shows a summary for the ANOVA for test mode/rate and
specimen geometry for proportional limit stress and ultimate tensile
strength. Under the Source of Variation column, the row labeled
Interaction is important to check before drawing conclusions on the main
effects (test mode/rate and geometry). If the interaction is not
significant (i.e., no interactions are present) the tests on the main
effects are interpretable. A significant interaction would suggest that
the data should be analyzed in a different manner. If no interactions
are present then more general comparisons can be made rather than
separate comparisons. In this study, there are no interactions present
(i.e., F < F crit). Since F < F crit for both the row and column
categories then neither load rate or geometry display statistically
significant interaction for either stress or strain.

The P-value can also be used to interpret the ANOVA results. The
P-value 1is the probability (i.e., significance level) that the null
hypothesis is true (i.e., the means for each sample set are equal). If

the P-value is less than the imposed level of significance, O=0.05,
then the null hypothesis of the means being equal is not supported and

the effect of the source of variation is "real" at the 95% (i.e., 1-0QU)

significance level.

TABLE 2--ANOVA for "pooled" results for test mode/rate and geometry

Source of Test sg@ dafb MSC F  P-value® F critf
Variation Property
Test Mode/ Op 654.86 3 218.29 0.73 0.55 3.24
Rate Sy 191.28 3 63.76 0.60 0.62 3.24

0o 2274.81 3 758.27 2.52 0.09 3.24
Geometry

SU 2481.51 3 827.17 7.79 0.0019 3.24

0o 3121.86 9 346.87 1.15 0.38 2.54
Interaction

Su 726.17 9 80.69 0.76 0.65 2.54

g 4813.31 16 300.83
Within

Sy 1698.21 16 106.14

Oo 10864.84 31
Total

SU 5097.181 31
4gg = sum of sguares; bgr - degrees of freedom; ©MS = mean sum
of squares; dr = F statistic; €P-value = probability (i.e.,
significance level) that null hypothesis is true (i.e., means for each
sample set are equal);fF—crit = critical value of F statistic for

significance level of 0=0.05.
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FIG 9--Pooled data for strength values with relation to (a) geometry and
(b} test mode/rate. (error bars represent the range of data)

In summary, the salient aspects of the ANOVA are:

1. For the proportional limit stress, there was no
significance of test rate, there was no significance of test
mode, and there was no significance for geometry.

2. For the ultimate strength, there was no significance of
test rate, there was no significance of test mode, and there
was a significance for geometry.

An additional ANOVA was performed to determine the effect of
specimen geometry on the fracture location with the following result:

3. For fracture location, there was no significance of test
rate, there was no significance of test mode, and there was
no significance for geometry.

"Pooled” Data

Data was similarly "pooled" graphically for the proportional limit
stress, ultimate tensile strength, and fracture strength following the
statistical analysis (Fig. 9).

From Fig. 9, no distinct trends can be seen that indicate an
effect of test rate/mode on these material properties. However,
although Geometry RG3 stands out as having the greatest ultimate tensile
strength, this may be due to the actual ratio of gage length to gage
width (30 mm / 10 mm = 3} being less than the ratio of 4 normally
recommended for tension test specimens. Averaging the mechanical
properties for all tests reveals that the elastic modulus was 136 * 10
GPa, the proportional limit stress was 47 % 20 MPa, ultimate tensile
strength was 213 13 MPa, and fracture strength was also 212 % 13 MPa.
Studies show [6] that there was no more or less correlation when
comparing material properties in terms of strain than when compared to
stress.
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CONCLUSIONS

As noted in the Introduction, one of the primary objectives of
this study was to clarify various requirements and recommendations of
ASTM C 1275. A summary of these clarifications is shown in Table 3.

In addition, basic information about the tensile mechanical
behavior of a CFCC was also obtained. One must be careful in
interpreting this information. Both stress-strain curves and bar charts
seemed to indicate that, faster loading rates resulted in greater
ultimate tensile strengths [15]. In addition, there also seemed to be a
lower fracture strength under displacement control than for load control
as a result of the increasing compliance of cumulative damage in
displacement control, whereas under load control the test machine
continued to "pull" the specimen. As for geometry effects, the strength
of the material seemed to be affected by the volume of the gage section,
that 1s, a smaller volume showed greater strength values. The variation
of §y with geometry indicates that, as expected, ultimate tensile

strength rested on the strength of the fibers

TABLE 3--Recommendations for certain aspects of ASTM C 1275

ASTM C 1275

This Study

Recommendation

1. Strain measurement
Mechanical attachment
of extensometer

2. Geometry

Any geometry is
acceptable, contoured
preferred

3. End tabs
Recommended for
straight-sided
specimens

4. Bending Effects

<5 PB at 500x1076 m/m
for load train
alignment

5. Test mode/rate
Rapid rate (<30 s to
failure) and
displacement mode
recommended

6. Proportional Limit
Recommends two methods
(stress at offset
strain and stress at a
fixed strain)

Difficult to use such
extensometers due to
rough surface

Geometry effect with
contoured RG3
producing the greatest
S,. possibly due to
gage length effects

Used on each specimen
geometry

<5 PB at 500x107° m/m
for load train
alignment (bending in
specimens sometimes >5
PB)

No effect for either
test mode or rate

Tried five methods as
discussed in Ref [&]
including those of the
standard, chose method
of Eg. 2

Other extensometer
types are allowed

Contoured specimens
only with geometry
effects accounted for
by choosing specimens
to avoid these effects

Use on all face-loaded
specimens to prevent
grip-related failures

Continue <5 PB at
500x10°¢ m/m

Continue to report
specifics regarding
test mode and rate

Add additional
recommended methods
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However, the statistical analysis does not allow subjectivity and
as indicated by the ANOVA there were no effects of test rate or test
mode at the 95% significance level for either proportional limit stress
or ultimate tensile strength. The ANOVA did support the observation of
geometry effect in which the ultimate strength was affected by geometry
at the 95% significance level. For fracture location, there was no
significance at the 95% level of test rate, test mode, or dJgeometry.
Finally, proportional limit stress decreased with increasing bending
while ultimate tensile strength appeared independent of bending.
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EFFECT OF HIGH STRAIN RATE ON THE TENSILE BEHAVIOR OF
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ABSTRACT: The tensile properties of CAS/SiC [(0/90);}; ceramic matrix composites
have been measured as a function of strain rate up to 100 s™. Novel test methods,
including the use of piezoelectric transducers as load cells, strain gauges, and high
sampling rate data acquisition systems, were set up to ensure accurate measurement of
load and strain. Dynamic effects were taken into account when analyzing the stress-strain
raw data. It has been observed that the average fracture strength and the average strain
energy density are higher with increasing strain rate. This trend is related to the mode of
fracture and the damage observed in the composite at different strain rates.

KEYWORDS: Nicalon™ fibers; calcium aluminum silicate matrix; cross-ply structure;
tension test; high strain rate; dynamic effects; toughness; failure mechanisms

Continuous fiber ceramic composites (CFCCs) are intended for applications in which
they will be subjected to wide variations in strain rate (that is, aeroengine components).
The industrial application of these materials requires a better understanding of the tensile
properties at high strain rates and their dependence with the typical failure
micromechanisms. The strain rate sensitivity of monolithic ceramics under
compressive stresses (up to & = 10° s™) has been characterized in previous works,
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showing that these materials exhibit considerable strain rate sensitivity [1]. CFCCs have
also been tested under high strain rate compressive stresses and found that their strain
rate sensitivity is well in excess of the cube-root theoretical maximum of monolithic
materials [2]. In tension tests, Holmes and Sorensen [3] have studied the CFCCs
mechanical behavior up to 0.01 s™. However, there is no information available in the
literature for tension tests at higher strain rates.

The tensile properties (that is, the elastic modulus, matrix cracking stress, the ultimate
tensile strength, the strain to fracture, and the strain energy density) of a CAS/SiC
ceramic composite (calcium aluminum silicate reinforced with Nicalon™ fibers) with a
[(0/90);], cross-ply architecture have been measured and related to the mode of fracture
and the damage induced in the composite at strain rates up to 100 s™. Tension testing at
high rates requires extremely precise alignment of the test pieces along the load axis, high
sampling rate data acquisition, and the use of highly sensitive strain and load sensors. For
the highest applied strain rates, dynamic effects have to be taken into account.
Fractographic analyses of the broken test pieces have been carried out to correlate the
tensile properties with typical composite fracture mechanisms, such as matrix cracking
and fiber pullout.

Experimental Procedure
Material

The material studied, provided by Rolls Royce plc, was a commercially available CFCC
comprising a calcium aluminum silicate glass-ceramic matrix (CAS) reinforced with

FIG. 1--Typical microstructure of [(0/90);], CAS/SiC ceramic composite.
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Nicalon fibers. This composite has a cross-ply symmetrical structure with twelve plies
oriented alternatively at O and 90°, with a double thickness 90° ply in the center of the
sample. A detail of this structure is shown in Fig. 1.

Tension Test Arrangement

Fifty-six tension tests were carried out using a MTS 819 servohydraulic testing machine
with a maximum actuator speed of 14 m/s on 200-mm-long test pieces with a gauge
length of 40 mm (gauge length width: 8 mm, thickness: 2.5 mm, shoulder radius: 30
mm). The specimens were selected at a random from a population of 120 test pieces
obtained from twenty panels. The gripping system consisted of a set of flat wedges
coated with tungsten carbide grains. The optimum clamping conditions to avoid sliding
or test piece damage were obtained with a pump pressure of 15 MPa. Aluminum end
tabzs vlvere not needed with this facility. The applied strain rates ranged from 5.10™* s™ to
10°s™.

Because of the inherent brittleness of the CAS matrix, a very precise sample alignment is
required to avoid damage caused by nonaxial loading during gripping and testing. A
procedure [4] based on the use of strain-gauged specimens has been set up to ensure
that the bending stresses are below the matrix cracking stress.

For testing at strain rates higher than 2 s, a new gripping arrangement was set up based
on the use of a “slack adapter” (Fig. 2). This tool lets the actuator accelerate without
applying load to the samples until the programmed test rate is achieved. For high
acceleration purposes, the heavy hydraulic grips used in the low strain rate tests were
substituted by light aluminum grips.

Piczoelectric - :
load cell = o o :
' > Force signal

Upper grip

Lower grip

Strain gauge
Testpiece ==

~ =D Strain signal I Acceleration

gap

Lower grip

Slack adapter /

Rubber shock

Actuator absorbers

gl

[T Actuator @
e a [
" movement )| Actuator

" movement (b)
FIG. 2--(a) Experimental arrangement. (b) Detail of the slack adapter.
Strain gauges have been used not only to measure the strain at different strain rates, but

to detect any bending strain during gripping and testing. For strain rates from € =2 s Yo
¢= 100 s, conventional AC strain amplifiers were substituted by Nec-Sanei DC strain
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amplifiers with much higher sampling rates. A conventional load cell was used for load
measurements at slow rates. As the test rate increased, the measurement of dynamic
loads required the use of a fast response piezoelectric force link. The accuracy of the
measurements at high strain rates depends on the load and strain signal amplification and
data acquisition sampling. The maximum frequency response of the load and strain
amplifiers used in the present work is 180 kHz; therefore, a data acquisition board of at
least this sampling rate per channel is required. For the tests carried out in this study, a
Keithley-Metrabite DAS-58, 1-MHz, 12-bit A/D data acquisition board was used.

Microstructural Characterization

Microstructural characterization of the as-fabricated and tested material was carried out
using optical and scanning electron microscopy {SEM). Fiber volume fraction parallel to
the load direction was measured by the point-counting method. The saturation matrix
cracking spacings have been measured by linear intercept along the gauge length on the
gedge of the specimen. Mode II cracks were not considered. The fiber pullout length
distributions were measured from SEM micrographs of the fracture surfaces of samples.

Results

Low Strain Rate Tensile Properties

The stress-strain experimental data were fitted by means of a B-cubic spline and linear
regressions were fitted to all the possible segments of the curve with more than two
points. The Young’s modulus was calculated as the slope corresponding to the maximum
correlation coefficient. The stress for the initiation of matrix cracking was obtained as the
stress corresponding to a 2% decrease in tangent modulus [5].

TABLE 1--CAS/SiC [(0/90)s],. Tensile parameters corresponding to the tests carried out
at 5.10™ s, Standard deviations and Weibull parameters are also included.

E Ome OUTS €f SED
(GPa) (MPa) (MPa) (%)  (MVm’)

Average value 119 62 246 0.92 1.51
Stand. deviation 7 9 28 0.14 0.31
Minimum 102 49 192 0.64 0.90
Maximum 129 82 296 1.18 2.06
Weibull modulus 21.9 8.25 10.4 7.5 5.4
Correlation coeff. 0.99 0.94 0.99 0.97 0.98
Lower 95% C.1. 203 6.75 9.6 6.6 48

Upper 95%CI 235 975 112 84 6.0
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The results of the 21 tension tests carried out at 5.10" s on samples obtained from
different panels are given in Table 1. The elastic modulus, matrix cracking stress, fracture
strength, strain-to-fracture, and strain energy density (SED) mean values are shown
together with the standard deviations and Weibull parameters. The high correlation
coefficients obtained by fitting Weibull distributions to these experimental data suggest
that CAS/SiC fulfills the “weakest link” model assumptions [6].

The mechanical behavior of CAS/SiC is reproducibie before the onset of matrix cracking
(the Weibull parameter corresponding to the elastic modulus is 21.9). However, the
tensile parameters show large variations beyond the elastic regime. A study carried out to
identify possible sources of material variability has shown that the dispersion in
mechanical properties is reduced if only test pieces within the same panel are taken into
account. Microscopical observations have proved that the global fiber volume fraction
along the loading direction changes from panel to panel, and a clear correlation has been
established between this parameter and the fracture strength (Fig. 3).
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FIG. 3--Fracture strength as a function of fiber volume fraction. Results corresponding
to tests carried out at 5.10* s™.

Other possible causes of material variability, such as variability in the CAS matrix
composition and in the fiber spatial distribution are under investigation. This set of 21
quasistatic tests was taken as the reference against which the rest of the tests carried out
at higher strain rates were compared.
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High Strain Rate Tensile Properties

As the strain rate was increased, several dynamic effects were observed in the stress-
strain recordings. For tests carried out at strain rates higher than 20 s, the load signal
was observed to lag behind the signal produced by the strain gauges. "Because of the
experimental arrangement, the strain wave propagating in the specimen, produced by the
actuator stroke on the lower end of the specimen, reaches the strain sensor before the
load sensor. The time delay between signals corresponds to the time required for this
elastic wave to travel from the strain to the load sensor.

The elastic wave propagation speed in a solid bar [7] is:
E

v=_[—

P
where E is the Young’s modulus and p is the density of the material.

For CAS/SIiC, a value of 6800 m/s is obtained. As the distance between the strain gauge
and the load cell is 20 cm, it takes about 3 10”s for the strain wave to travel from one
sensor to another. As the sampling rate for the tests carried out at 100 s is 180 kHz, the
load signal lags behind the strain signal by six data points. Therefore, the load signal was
shifted by this amount of time to match its corresponding strain signal. By following this
procedure, the stress-strain curves at the different strain rates were obtained. Figure 4
shows four representatlve plots corresponding to tests carried out at strain rates ranging
from 5.10% s to 10? 5!
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FIG. 4--CAS/SiC [(0/90)s],. Typical stress-strain curves corresponding to tension tests
carried out at 5.10* 5™, 1.10% s, 2 5™ and 100 5™,



22  CONTINUOUS-FIBER CERAMIC COMPOSITES

At strain rates higher than 20 s, load oscillations appear in the load versus time
recordings. A study of the test system natural frequencies has been carried out by
recording the signal with the piezoelectric force link when the actuator is moved at 14
m/s without gripping any specimen. The natural frequencies of the test system are
obtained by applying the Fourier transform to this signal. Four peaks at 4050, 6075,
10450, and 16830 Hz have been detected. The same natural frequencies appear when a
CAS/SiC tension test is carried out beyond 20 s'. Therefore, it is confirmed that the
distortion of the load signal is produced by the excitation of the natural frequencies of
the test machine.

piezoelectric load cell
ﬂ F+ma

mass &
acceleration
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accelerometer

half test-piece

“1

FIG. 5--Diagram showing the forces measured with the force link in a high strain rate
(beyond 20 s) tension test.

As observed m Figure 5, the signal measured by the force link has two components: the
actual load applied to the specimen, and the inertia of the grip. To subtract this second
component that is not applied to the specimen, a mathematical filtering procedure was
intended. However, the frequency spectrum corresponding to a high strain rate test
shows that the most intense natural vibration modes (4050 and 6075 Hz) are
superimposed to the frequency range of the test actual signal (Fig. 6).

From these two graphs, it is concluded that mathematical filtering of the load signal is
not possible as, if these frequency peaks are filtered, an important part of the test
information is lost. The rest of the normal modes are less intense, and their effect on the
test signal is not so important. Accelerometers together with the force link are being used
to subtract the force as a result of the acceleration of the grip from the actual load on the



SANCHEZ ET AL. ON EFFECT OF HIGH STRAIN RATE 23

test piece. A new test system is being set up to implement an accelerometer in the load
axis of the testing machine. The results obtained with off-axis accelerometers are not
useful because other vibration modes are detected.

2,50E+05
2,00E+05 44— = S 1 L I L h I :
o LOEHS—— R 1+ =
=
]
= | Expected spectrum without|
E | distortion
- |
1Lo00E+054 ———8- —F— — —— —_—— -I__ | I—
|
|
5,00E+04
0,00E+00 + - r - +~ v -+ e e —p——
0 2000 4000 G000 8000 10000 12000 14000 16000 18000 20000

Frequency (Hz)

FIG. 6--Comparison between the spectrum of the load cell signal corresponding to a
100 s test and the one expected for a test without distortion.

TABLE 2--CAS/SiC [(0/90);],. Tensile properties as a function of strain rate.

Strain E Ome N ouTs Strain Mean Matrix Mean
rate Energy Cracking Pullout
Density Spacing Length
) (GPa) (MPa) (%) (MPa) _ (Mm’) (um) (um)
5.10% 119 62 092 246 1.51 203 429
@en* +6 £9 +0.14 +£28 +0.31
107 119 52 0.90 261 1.58
5)* +8 +11 +£028 +52 +0.64
2 138 56 0.81 262 1.54 164 155
a3)* +12 +6 +£030 47 +0.80
100 0.73 339 1.44
(6)* +028 +55 +0.90

* The number of tests carried out for each strain rate is given in parentheses.

The presence of a wave superimposed to the stress-strain data does uot allow the
calculation of the elastic modulus and the matrix cracking stress that are magnitudes
obtained from quasistatic loading. However, the fracture strength, the strain energy
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density, and the strain to fracture can be easily obtained from the experimental data. The
dependence of the mean values of these parameters as a function of strain rate are shown
in Table 2 with their standard deviations.
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FIG. 7--CAS/SiC [(0/90)s],. Ultimate tensile strength as a function of strain rate. The

whole set of results is shown together with the 95% C.1. for the population at 5. 10§
Logarithmic regressions are shown for test pieces of the same panel.
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Logarithmic regressions are shown for test pieces of the same panel.
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However, if the average values of these magnitudes are considered, a significant increase
in the CAS/SiC mean fracture strength is observed as the strain rate is increased. On the
contrary, the strain to fracture is observed to decrease slightly, especially for the tests
carried out at 100 s'. Both effects are accounted for in the strain energy density
parameter, defined as the area under the stress-strain curve. The experimental data show
that the mean strain energy densities do not change appreciably within the applied strain
rates range.

When only specimens within the same panel are accounted for, the material variability 1s
reduced, and these tendencies are more clearly established. By doing so, an increase in
fracture strength by testing at higher strain rates is confirmed (Fig. 7). This tendency is
also observed for the strain energy density (Fig. 8). However, for the panel with the
worst mechanical properties (panel 4 in Fig. 8) this behavior is not perceived.

Fractography
The main feature of macroscopic fracture at high strain rates is the presence of higher

levels of damage in the test pieces. The gauge length of the specimens tested at 100 s
show a typical double fracture not observed in the quasistatic tests (Fig. 9).
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FIG. 9--Macroscopical aspect of the test pieces broken at 100 s™ (units in mm).

Ine two parameters commonly used to characterize the fracture of CFCC, that is,
pullout lengths and matrix cracking densities, have been measured for specimens tested

at different strain rates. The average values of these magnitudes are summarized in
Table 2.
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As observed from Figures 10 and 11, a substantial decrease in the mean pullout length is
observed with increasing strain rate. The tough fracture mode of CFCCs is commonly

FIG. 10--Scanning electron micrograph showing the fracture surface of a specimen
tested at 5.10™ s

FIG. 11-- Scanning electron micrograph showing the fracture surface of a specimen
tested at 2 s, A significant decrease of the average pullout length is observed with
respect to the previous micrograph.
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FIG. 12--Optical micrograph showing the matrix cracking spacing of a specimen tested
at 5.10 s™. The solid arrows point to the observed cracks.

FIG. 13--Optical micrograph showing the matrix cracking spacing of a specimen tested
at2's". A higher crack density is observed as the strain rate increases.

related to the presence of large pullout lengths [8,9). However, in the present study, this
reduction in the pullout lengths is not related to a loss of toughness (Table 2). On the
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contrary, there is evidence of higher strain energy densities absorbed by testing at high
strain rates, although the pullout extent is considerably reduced.

Figures 12 and 13 show that the matrix cracking densities are higher when the strain rate
increases. It is also observed that, at high strain rates, most of the Nicalon fibers show
multiple cracking. Therefore, it is confirmed that a larger amount of damage is produced
either in the fiber or in the matrix by testing at high strain rates.

Discussion

The mechanical response of a CFCC subjected to an impact-like conditions is related to
the strain wave propagation along the test piece. This is a very complex phenomenon, as
the matrix and the fiber do not have the same elastic constants. Thus, the strain wave
travels at different velocities in each component. A rough calculation of the average
propagation speed of an elastic wave on CAS/SiC is obtained from the measured elastic
modulus (about 120 GPa) and the composite density (about 2700 kg/m’). By doing so, a
value of about 6800 m/s is obtained. At slow strain rates, this wave travels along the
whole gauge length 10° times as the tension test proceeds. Therefore, a uniform strain
distribution along the gauge length is obtained.

At high strain rates, the tests last only 200 us. During this short period of time, the strain
wave travels along the gauge length about ten times. However, the area under the stress-
strain curve is of the same order of magnitude as in the slow strain rate test. Thus, the
strain wave amplitude must be higher for the high strain rate tests. If a larger amount of
energy is localized in a small portion of material, even small flaws could reach the critical
stress intensity factor either of the fiber or the matrix. This local energy density could be
high enough to break the fibers in smaller flaws than those observed when the strain is
uniformly distributed along the whole gauge length. This could explain the fiber multiple
cracking and the higher matrix cracking densities experimentally observed. Besides, as
the fibers are broken in several pieces, the average pullout length must be reduced, as
observed in the fractographic analysis of the test pieces.

Conclusions

The tensile properties of a CAS/SiC CFCC have been measured up to 100 s' Normal
vibration modes of the test system have been observed above 20 s™.

A high variability of results has been obtained for the whole set of experiments.
However, this dispersion is reduced if only test from the same panel are considered.

When testing at higher strain rates, the fracture strength and the strain energy density
increase. Fractographic analyses have confirmed that the average pullout length
decreases and the matrix cracking density increases.
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ABSTRACT: The applicability of ASTM Test Method for Shear Strength of Continuous Fiber-
Reinforced Advanced Ceramics at Ambient Temperatures (C 1292) was iuvestigated to determine the shear
strength of one-dimensional and two-dimensional continuous fiber-reinforced ceramic composites. The
advantages and disadvantages of the test method are addressed, and the effect of notch separation on the
measured interlaminar shear strength by the compression of double-notched specimens are discussed.
Experimental results are presented for the interlaminar and in-plane shear behavior of two-dimensional
Nicalon™/SiC and the interfaminar shear strength of one-dimensional carbon/carbon composites both at
room temperature and 1000°C. The effect of fiber coating thickness on the interlaminar shear strength of
two-dimensional Nicalon™/SiC is also discussed.

KEYWORDS: shear, strength, composite, ceramic, ceramic matrix composite, test method

Because of their potential to retain strength and to exhibit tough behavior at elevated temperatures
Continuous Fiber-reinforced Ceramic Composites {CFCCs) are candidate materials for numerous
applications. The driving force behind the development of these materials is the promise for substantial
energy, environmental and economic benefits if they are used in industrial and defense-related high
temperature applications. Since CFCCs comprise a relatively new class of materials. most of the efforts
toward their mechanical characterization have been concentrated in the evaluation of their behavior under
tensile loading. However, CFCC components will be invariably subjected to complex states of stress
during service, which makes the knowledge of their behavior under these loading conditions necessary for
design purposes. Two modes of loading that will be often encountered are: in-plane and interlaminar shear.
For example, the notch insensitivity of some of these materials has been found to be related to their ability
to redistribute stresses around holes and notches by in-plane shear deformation [1]. At the same time,
interlaminar shear stresses could limit the utilization of some laminated CFCC structures. Today many
fabrication methods of 2-D CFCCs are based on the synthesis of the matrix by liquid or gaseous infiltration
into a preformed stack of fiber cloth. The resulting structure usually contains interlaminar regions that are
mainly matrix-rich, and with those infiltration processes in which full densification is not achievable (for
example, chemical vapor infiltration), the composite will contain porosity rich interlaminar regions as well.
When such structures are subjected to interlaminar shear loading, the matrix and porosity rich regions
invariably become the weak links in the structure.

Unfortunately, there are no good tests for measuring the shear strength of composites [2]. The
only test that comes close to inducing a uniform state of shear stress is the torsion of a thin-wall tube, a
testing procedure that is not only impractical for evaluating CFCCs but also prohibitively expensive. In
addition to the torsion of thin-wall tubes, several test methods have been proposed to determine the in-plane
shear strength (IPSS) and interlaminar shear strength (ILSS) of composites. These include the short beam
three-point bend test per the ASTM Test Method for Apparent Interlaminar Shear Strength of Parallel Fiber
Composites by Short-Beam Method (D 2344), the 10°-off axis tension test [3], the £45° tension test per
Ref 4 and the ASTM Practice for In-Plane Shear Stress-Strain Response of Unidirectional Polymer Matrix
Composite Materials by Tensile Test of £45° Laminate (D 3518), the two and three rail shear tests per Refs
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FIG. 1-- Schematic representation of different test methods for the shear strength evaluation of composites.
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5 and § and the ASTM Guide for Testing In-Plane Shear Properties of Composite Laminates (D 4255), the
torsion of flat plates[Z], the Iosipescu test per the ASTM Test Method for Shear Strength Properties of
Composite Materials by the V-Notched Beam Method (D 5379) and the compression/tension of double-
notched specimens (DNS) [8]. Fig. I shows schematically some of these tests. Recently, ASTM, through
Subcommittee C28.07 on Advanced Ceramic Composites, approved the ASTM Test Method for Shear
Strength of Continuous Fiber-Reinforced Advanced Ceramics At Ambient Temperatures (C 1292) to
determine the ILSS by means of the compression of 2 DNS and to determine both the IPSS and ILSS by
the Iosipescu test.

The compression of a DNS was first standardized as ASTM Test Method for In-Plane Shear
Strength of Reinforced Plastics (D 3846) for determining the ILSS of reinforced plastics. This test method
consists in the compression of a specimen shown schematically in Fig. 1.a using a supporting jig described
in the ASTM Test Method for Compressive Properties of Rigid Plastics (D 695), to provide lateral support
and to prevent buckling. Although a variation of this test uses a similar specimen subjected to tensile
loading, the compressive version of the test has been favored because it requires smaller specimens and
because of the relatively simpler nature of the test. As a result of the asymmetric nature of the DNS,
bending strains will be induced whether the specimen is loaded in tension or compression. In addition,
because this test induces normal stresses on the imaginary plane between the notches and because of the
stress concentrations at the root of the notches, the state of stress in the DNS will be complex and thus, far
from uniform.

A comparative investigation of test methods for determining the shear strength of fiber-reinforced
polymers by Chiao et al. [8] showed considerable variability in the results obtained from the compression
of DNS. They calculated the intrinsic ILSS using an analysis developed by Markham and Dawson [9] and
concluded that the large degree of variability was associated with a fack of consistency in preparing the
notches, particularly their depth.

Using higher order beam theory, Whitney [10] derived the distribution of the interlaminar shear and
normal stresses in the DNS loaded in tension. He showed that to insure that the interlaminar shear stress
becomes evenly distributed over the majority of the area between the notches -rather than being isolated to
the region near the notch tips- it is desirable to use specimens with small notch separations.

Dadras and McDowell [L1] used a finite-difference analysis to determine the stress distribution in
the DNS loaded in compression. They also conducted experimental measurements on glass- and graphite-
reinforced epoxies using short specimens without a supporting fixture and found that the apparent ILSS
decreased with increasing values of the ratio of the notch separation to specimen thickness (L/t).
Furthermore, they found that the results were independent of the notch width. Dadras and McDowell [111
acknowledged that a fixture to provide lateral support would be required for longer specimens, although
argued that such fixture could introduce undesirable lateral loading conditions. They also pointed out that
specimens with short notch separations are desirable for more uniform shear stresses in the region between
the notches.

Sawyer [12] determined the ILSS of two-dimensional carbon/carbon composites by the short beam
three-point bend test, the Iosipescu test and the compression of DNS and modified DNS. The objective of
the modified DNS, (Fig. 2) was to eliminate the bending deformation that results from the lack of
symmeltry of the regular DNS. Sawyer [12] found that the different test techniques produced different
apparent ILSS values with the short beam flexure test yielding the highest ILSS and the [osipescu test the
lowest. In particular, the apparent ILSS obtained by the compression of the regular DNS had a parabolic
dependence with notch separation and had a minimum value of 7.1 MPa for a notch separation of 6.35 mm,
while the apparent ILSS obtained by the compression of the modified DNS decreased with increasing notch
separation and was lower than that obtained with the regular DNS. Note that the tests with the regular
DNS were conducted using a fixture to provide lateral support, whereas the modified double-notch
specimens were tested without a fixwure. Although the differences in the trends of the apparent ILSS with
notch separation for the regular and modified DNS were not explained at the time, it is shown later in this
paper that these differences may arise from frictional effects between the specimen and the supporting jig.
Sawyer [12] showed using a finite-element analysis that although the shear stress distribution along the
imaginary plane between the notches was comparable for both the DNS and the modified DNS specimens,
the normat stresses on the imaginary plane between the two notches were larger for the modified DNS. The
analysis also revealed that the shear stress distribution between the notches became more uniform for shorter
notch separations as a result of the reduction in the magnitude of the stress concentration at the root of the
notches. Furthermore it was shown that this reduction in the magnitude of the stress concentration resulted
from the interaction of the stress fields emanating from the notches.



34 CONTINUOUS-FIBER CERAMIC COMPOSITES

0| C ) L

EFJ |

(a) (b) (0 (d)

FIG. 2--Modified DNS. It is obtained by FIG. 3-- Alternative geometries for the double-
bonding face to face to regular DNS. notched specimen [14].

Sawyer [12] was able to determine the ILSS of 2-D C/C composites using the Iosipescu test.
Although it was shown from finite-element calculations that this test induces the most uniform state of
shear stress among the test techniques that he investigated, normal and longitudinal stresses are also induced
not far from the plane between the notches, and are suspected to be the source of out-of-gauge failures [13].

Thielicke et al. [13-14] evaluated the ILSS of 2-D carbon/carbon composites and experimented as
well, with variations of the DNS geometry. Figure 3 shows the specimen geometries that they investigated
which include three symmetric and one un-symmetric specimens. They found from both the tensile and
compressive evaluation of symmetric specimens, such as the one depicted in Fig. 3(a), that both modes of
loading yielded comparable values of the apparent ILSS. Furthermore they found that under compression,
comparable results were obtained among specimens with the geometries depicted in Fig. 3.a, 3.b and 3.d,
regardless of notch separation (10 mm or 35 mm). For all of their tests, they did not use a fixture for
lateral support.

Fang and Chou [15] determined the ILSS of Carbon/SiC, Nicalon™/SiC, and Nicalon™/CAS-II
composites by the compression of DNS. They used a fixture similar to that recommended in ASTM D-695
and their 20.3-mm-long specimens were shorter than those recommended in ASTM Test Method D 3846.
Experimentally they found that the apparent ILSS of Nicalon™/CAS-II had a parabolic dependence with
notch separation with a minimum value of 32 MPa for a notch separation of 7.62 mm. They also observed
larger scatter in the data for shorter notch separations, which was consistent with the observations of Dadras
and McDowell [11] and Sawyer [12]. Fang and Chou [15] argued that the increase in the apparent ILSS for
notch separations less than 7.62 mm resulted from the interaction between the stress fields emanating from
the notches. Furthermore, they argued that although the stress concentration at the root of the notches was
the same for specimens with notch separations larger than 7.62 mm, the apparent ILSS increased with
notch separation because the percentage of localized stressed region decreased.

There has been extensive work in the analysis of the Iosipescu test [16-17] and this method has
been found to be capable of providing consistent and valid shear strength characterization for a range of
polymer matrix composites[18-19]. However little work has been presented of the evaluation of CFCCs
using this test method[20}.

The consideration of CFCCs for high temperature applications has been accompanied by a demand
on part of designers for standardized data bases, making necessary an assessment of the validity of standard
tests methods for CFCCs. This paper attempts to assess the applicability of ASTM Standard Test Method
C 1292 to determine the shear strength of CFCCs by evaluating 2-D Nicalon™/SiC CFCCs with different
fiber coating thicknesses. The ILSS was determined by means of the compression of DNS and the IPSS
using the Iosipescu test. Experimental results for the ILSS of 1-D carbon/carbon CFCCs determined from
the compression of DNS at room temperature and 1000°C are also included.
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EXPERIMENTAL
Materials

The materials evaluated included 2-D Nicalon™/SiC? and 1-D carbon/carbon® CFCCs. The 2-D
Nicalon™/SiC double-notched specimens used for the determination of ILSS, were obtained from 152.4
mm by 152.4 mm plates consisting of eight layers of plain-weave fiber cloth and had the dimensidns
summarized in Table 1. The volume fraction of these materials, which were synthesized by chemical vapor
infiltration, was 45% and had a density of 2.02 g/cm®. The notches were machined in several passes with a
removal rate of 30 pm/pass, using a metal-bonded diamond wheel (600 grit) specially dressed for that
operation. Two sets of samples, which differed only by the thickness of the fiber carbon coating were
evaluated. The first set had a nominal fiber coating thickness of 0.3 im, whereas the second set had a 1.1-
um-thick fiber coating. The 1-D carbon/carbon double-notched specimens were prepared following similar
machining practices and had the dimensions summarized in Table 2. These samples which were densified
by successive infiltration and pyrolysis cycles using a pitch precursor for carbon, had a volume fraction
60% and density of 1.96 g/cm?.

For the IPSS measurements, 2-D Nicalon™/SiC losipescu specimens were machined to the
dimensions summarized in Table 3. These specimens had a nominal 0.3-pm-thick fiber carbon coating.

Test Procedures

ILSS Tests at Room Temperature--The room temperature tests were conducted using a fixture
depicted schematically in Fig. 4 and a universal testing machine®. The fixture was machined to tight
tolerances of parallelism and perpendicularity to meet the requirements of specimen fabrication prescribed in
ASTM Test Method C 1292. Details about the construction and operation of the fixture can be found
elsewhere [21]. To minimize frictional effects, a 1.5-mm-thick layer of Teflon® was inserted between the
specimen and the fixture. The fixture allows for the lateral clamping of the specimens and although the
clamping pressure was not measured, it was minimized since it tends to reduce the stress concentration at
the notches and to artificially increase the magnitude of the apparent ILSS [15]. The tests were conducted at
a constant crosshead displacement rate of 0.5 mm/min and both the load and the crosshead displacement
were recorded at a rate of 1Hz.
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FIG. 4-- Schematic of DNS fixture for room FIG. 5-- Schematic of DNS fixwre for high
temperature tests. temperature tests.

> BF Goodrich, Super-Temp Division. Santa Fe Springs, CA 90670.
# Mitsubishi, Kasei Corporation, Chiyoda-ku, Tokyo 100, Japan.
4 Instron Model 6027, Canton MA 02021.
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ILSS Tests at Elevated Temperature--The high temperature tests were conducted using a fixture
shown schematically in Fig. 5. The fixture was manufactured out of machinable alumina. A thin layer
(0.2 mm) of Grafoil® was inserted between the fixture and the specimen to minimize friction and
accommodate the strains resulting from thermal expansion. The specimens were heated at a constant rate of
10°C/imin to the test temperature of 1000°C in argon inside an alumina retort. The tests were conducted at a
constant crosshead displacement rate of 0.5 mm/min and both the load and the crosshead displacement were
recorded at a rate of 1Hz.

FIG. 6-- Iosipescu Fixture with Nlcalon™/SiC specimens

IPSS Tests at Room Temperature--The IPSS measurements were conducted using the
commercially available fixture® shown in Fig. 6 and a universal testing machine at a constant crosshead
displacement rate of 0.5 mm/min. Extreme care was exercised to align the specimen with respect to the
fixture before the test. Data pairs of load and crosshead displacement were collected at a rate of 1 Hz.

RESULTS_

I1.SS Tests at Room Temperature

Figure 7 shows a typical average shear stress versus crosshead displacement curve obtained from
the compression of a DNS specimen. The resulting curves were slightly parabolic (that is, increasingly
stiffer) up to the peak load which was followed by a sudden load drop when the specimens failed by
interlaminar shear. Failure was accompanied by a large release of acoustic energy. The apparent IL.SS was
determined from Eq. 1, as the ratio of the peak load, P, divided by the surface area of the imaginary plane
between the notches.

LSS = Pmax (1
w L

where w is the specimen width and L is the notch separation.

Figure 8 summarizes the apparent ILSS versus notch separation results for the 2-D Nicalon™/SiC
CFCCs with 0.3- and 1.1-um-thick carbon interphases. The etror bars represent the variability from six
replications for the specimens with a 0.3-pm-thick carbon interphase and three replications for the

> Wyoming Test Fixtures, Inc. Laramie, Wyoming 82010.
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specimens with a 1.1-um-thick carbon interphase. The results in Fig. 8 indicate that in both cases the
apparent ILSS had a parabolic dependence with notch separation and had minimum values of 46.3 MPa +
3.9 MPa and 16.5 MPa % 3.6 MPa for notch separations of 6 and 5 mm, respectively. The apparent ILSS
of the CFCC with a 1.1-um-thick carbon fiber coating was less than that of the samples with a 0.3-pm-
thick carbon coating. Furthermore. the data scatter was larger for samples with shorter notch separations.
In the case of the specimens with 0.3-um-thick fiber coating, failure occurred along the porosity rich
interlaminar region, whereas most of the specimens with the 1.1-ium-thick fiber coating failed along the
thick carbon interphase by a crack that jumped on occasion to the porosity-rich interlaminar region.

The average interlaminar shear stress versus crosshead displacement curves from the evaluation of
the 1-D carbon/carbon composites were similar to those obtained from the evaluation of 2-D Nicalon™/SiC
CFCCs ( Fig. 7). Because of the limited number of specimens, the effect of notch separation or other
geometric variables on the apparent ILSS of 1-D carbon/carbon CFCCs were not investigated. However,
from the evaluation of five specimens with a notch separation of 8 mm, it was found that the apparent
ILSS was 11.35+2.03 MPa. The fracture surfaces of these specimens were rough, as a result of the fiber
architecture as indicated by the micrograph in Fig. 9.a. In all cases failure took place along the imaginary
plane between the notches. On occasion failure was initiated at the edge of the notches as shown in Fig.
9.b -rather than from their root, although in all cases the fracture plane was defined by the imaginary plane
between the notches.

ILSS Tests at Elevated Temperature

The resulting load versus crosshead displacement curves for the 1-D carbon/carbon composites
evaluated at 1000°C were similar to those obtained at room temperature. From the evaluation of four
specimens with a notch separation -of 8 mm, the apparent ILSS was found to be 9.32 * 2.59 MPa at
1000°C. It was observed that the mode of failure was similar for specimens tested both at room and high
temperature.
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FIG. 7-- Experimental average interlaminar shear stress versus crosshead displacement from the compression
of a 2-D Nicalon™/SiC CFCC double-notched specimen.
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FIG. 8-- Apparent ILSS as a function of notch separation for 2-D Nicalon™/SiC CFCC with different fiber
coating thicknesses.

FIG. 9(b)-- Optical micrograph indicating origin of interlaminar failure crack in 1-D carbon/carbon CFCC
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IPSS Tests at Room Temperature

Figure 10 shows the load versus crosshead displacement curves obtained from the IPSS evaluation
of five 2-D Nicalon™/SiC CFCC specimens. The average in-plane shear strength was determined as:

1pss = Pmax 1))
ht

where P, is the peak load, 4 is the separation between the V-notches and 1 is the specimen thickness. The
load-displacement curves were slightly parabolic up to the peak load which was followed by a sudden load
drop that accompanied the failure of the specimens. The load did not drop to zero, and the curves showed a
plateau at shear stress values between 14 and 37 MPa. From the evaluation of five specimens, the IPSS
was found to be 101.0 + 4.7 MPa and as indicated by the curves in Fig. 10, the results were very
reproducible. Post test examination of the speciinens revealed that these failed by shear along the imaginary
plane between the V-notches. Failure consisted of the fracture of the matrix and some of the fiber bundles
perpendicular to the gauge plane, although the specimens remained in one piece held together by the
unbroken fiber bundles as illustrated in Fig. 11.
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FIG. 10-- Stress versus cross-head displacement resulis from the IPSS testing of five 2-D Nicalon™/SiC
CFCCs.

NUMERICAL ANALYSIS

Compression of DNS

A finite-element stress analysis of the compression of the DNS was conducted in an attempt to
explain the experimentally observed dependence of the apparent ILSS with notch separation. A plane stress
model was constructed for a hypothetical isotropic, homogeneous material using two dimensional 8-noded
quadrilateral and 6-noded triangular elements. The only variable investigated was the separation between the
notches and the analysis was carried out using a commercially available finitc element analysis program®.
The boundary con‘dilions consisted of zero-lateral displacement along those portions of the specimen that
were in contact with the fixture, while a constant unitary pressure was applied on the top end of the

¢ COSMOS, Structural Research and Analysis Corporation, Santa Monica, CA 90405
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specimen. The notches were modeled as semi-circular, as shown in Figure 12, to be consistent with their
actual shape.

FIG. 11-- Optical micrograph of the gauge section of a 2-D Nicalon™/SiC Iosipescu specimen.

(a) (b) (e) (d (e)

FIG. 12-- Shear stress contours for DNS with notch separations of (a) 3 mm; (b) 5 mm. (c) 7 mm; (d) 9
mm; (e} 15 mm; The ends of the specimens are not shown for clarity. To highlight the interaction
between the stress fields emanating from the notches, the specimens have been drawn at different scale.
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Fig. 12 (a-e) shows the in-plane shear stress distribution in DNS with different notch separations.
To best illustrate the interaction of the stress fields emanating from the notches, the figures were drawn at
different scale. The results show that the shear stress distribution is symmetric after sequential reflections
across the two mid-planes of the specimens, and that as the distance between the notches increases, the
degree of interaction between the stress fields emanating from the notches decreases. For the case when the
notches are 15 mm apart, there is practically no interaction between the stress fields.

4

"o e
[l

]

o L

@

"’uﬂnu

-
-
L

[l

T
=0
Taverage
-2
-4
0 0.5 1 1.5 2
2y

FIG. 13-- Shear stress profiles obtained from the shear stress contours in Fig. 12 for different notch
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FIG. 14-- Normal stress profiles (x = 0) for different notch separations.
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Stress Uniformity in the Gauge Plane--Figure 13 shows the in-plane shear stress profiles along the
vertical mid-plane of the specimen obtained from the contour plots in Fig. 12. The shear stresses were
normalized by the average interlaminar shear stress according to Eq. 1 and are plotted against the normalized
vertical position along the mid-plane of the specimen. These results show that the magnitude of the stress
concentration at the notches decreases with decreasing notch separation, and that the reduction in the
magnitude of the stress concentration results from the interaction between the stress fields emanating from
the notches. Moreover, as a result of the interaction between the stress fields, the shear stress distribution
along the imaginary plane between the notches becomes more uniform as the notch separation is reduced.
Fig. 14 shows the normalized normal stress profiles, ¢, along the mid-plane of the specimen. It can be
observed that the normal stress is compressive close to the notches where the interlaminar shear stress is
largest, which may explain why stress-induced delamination does not occur in this test configuration.

Dependence of the ILSS with Notch Separation--One issue that has not been addressed but that

requires attention is the definition of the conditions necessary for the onset of interlaminar shear failure.
One piece of information that is provided by the shape of the experimental load versus crosshead
displacement curves (Fig. 7) is that these curves are increasingly stiffer although the tests were conducted
under a constant crosshead displacement rate. This observation suggests that a process involving the stable
propagation of an interlaminar crack is unlikely, and that interlaminar shear failure occurs suddenly
whenever the intrinsic ILSS of the material is reached locally anywhere in the gauge plane (most likely at
the root of the notches where the probability of exceeding the intrinsic or characteristic ILSS is highest).
Obviously, such criterion for interlaminar shear failure must be defined within the framework of theories of
probabilistic failure, taking into account the multiaxial state of stress existent at the root of the notches.

If we assume for simplicity that interlaminar shear failure occurs when the intrinsic ILSS is
reached (1. e. at the root of a notch), then it is possible to determine the dependence of the apparent ILSS
with notch separation based on the results in Fig. 13 and on the linear elastic analysis presented in the
previous section. Fig. 15 shows the dependence of the predicted ILSS with notch separation. The results
in Fig. 15, which have been normalized by the predicted apparent ILSS for the specimen with a 2-mm-
notch separation, show that the predicted apparent ILSS decreases with increasing notch separation in
agreement with the numerical results of Markham and Dawson[9] and Dadras and McDowell[11].
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FIG. 15-- Predicted dependence of the apparent ILSS with notch separation for DNS
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DISCUSSION

Compression of DNS

Although the trend predicted by the numerical analysis presented in the previous section is in
agreement with the numerical results of Markham and Dawson[9] and Dadras and McDowell[11], it is in
disagreement with the experimental results presented in this paper for a 2-D Nicalon™/SiC CFCCs,
irrespectively of fiber coating thickness, and with the results reported by Sawyer for 2-D carbon/carbon
CFCCs[12] and by Fang and Chou for 2-D Nicalon™/CAS CFCCs[ 15]. If we consider that the dependence
of the apparent ILSS with notch separation predicted by the analysis presented in the previous section was
obtained from a linear analysis, and that the materials that were evaluated in this study are perfectly elastic’,
then it is proposed that a possible explanation for the discrepancy between the results in Fig. 8 and Fig. 15
is associated with non-linear effects induced by the fixture, which evidently were not taken into account in
the finite-element analysis.

Fixture Effects--To consider the effect of the fixture during the test, let us consider the following
discussion. Because the analysis leading to the results in Fig. 15 is linear, then the relationship between
the predicted load and the predicted crosshead displacement should also be linear, as dictated by Equation 3.
In Equation 3, u is the crosshead displacement associated with P, the applied load and k is the specimen
compression stiffness, assumed to be independent of notch separation.

P=ku 3)

However, the results in Fig. 7, showed that the experimental load versus crosshead displacement
curves were increasingly stiffer in disagreement with Eq. 3. When a DNS is subjected to compression, it
expands laterally as a result of Poisson's effect and the magnitude of the lateral expansion will be directly
proportional to the applied compressive load. Although the finite-element stress analysis presented in the
previous section did take into account the specimen's Poisson's effect, by virtue of the boundary conditions
prescribed in that analysis, the specimen was constrained laterally to slide frictionless in the vertical
direction by a rigid (infinitely stiff) fixture. In actuality, however, the specimen slides frictionally against
an elastic fixture. If we treat the frictional interaction between the specimen and the fixture as a Coulomb
problem, then the normal stress, and consequently the frictional stress between the specimen and the fixture,
will be proportional to the applied compressive load. Modifying Eq. 1 to account for the frictional
interaction between the specimen and the fixture, and using Eq. 3, we obtain the following relationship
between the average interlaminar shear stress and the test machine crosshead displacement:

P friction(4) + ku
average shear stress = (P friction L) ) (4)
w

where Pj;.4., is @ non-linear function of the crosshead displacement. Fig. 16 shows the two contributions
to the total load in Equation 4, namely a linear term associated with the elastic deformation of the specimen
and a non-linear term associated with the frictional interaction between the specimen and the fixture. Based
on this discussion, we could argue that the results in Fig. 8 are the superposition of: a linear elastic process
that follows the trend dictated by the results in Fig. 15, and that dominates the experimental results for
short notch separations, and a non-linear frictional process that dominates the experimental results at higher
loads, since the load required to induce shear failure increases with larger notch separations. Equation 4 is
represented schematically in Fig. 17. Despite that steps were taken to minimize friction between the
specimen and the fixture by using thin sheets of Teflon® or Grafoil®, the experimental results suggest that
the frictional interaction between the specimen and the fixture were still significant. Obviously further
work is still required to quantify experimentally the magnitude of these effects and in the conduction of
detailed numerical analyses accounting for the frictional interaction between the specimen and the fixture.

It appears that the reason why the trend of the results between the apparent ILSS and notch
separation in Fig. 8 was not observed by Markham and Dawson[9] or Dadras and McDowell[11] during the
evaluation of polymer-matrix composites or by Sawyer in the evaluation of 2-D carbon/carbon using the

7 . . . . .
when loaded in compression and for stresses for which no matrix cracking occurs.
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modified DNS[12], is because no supporting fixture was used to conduct those tests. Therefore the

dependence of the apparent ILSS with notch separation that they reported follows the trend in Fig. 15 in
which fixture frictional effects were not accounted for.

P (u) +ku

Sriction

ku

AR

friction

u

FIG. 16-- Contributions to total load from specimen elastic deformation and from frictional effects between
specimen and fixture.

Combined Effect

Frictional Effects

Analysis {Figure 15)

Apparent ILSS

Notch Separation

FIG. 17-- Superposition of linear and frictional effects according to Equation 4.

Effects of Interphase Thickness--The differences in the magnitude of the apparent ILSS for
Nicalon™/SiC CFCCs with different fiber coating thickness resulted from the different locations in which
interlaminar shear failure occurred. Specifically, the specimens with the 0.3-pm-thick fiber coating failed
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by shear along the porosity-rich interlaminar region whereas the thick fiber coating was the weak link in the
specimens with the 1.1 pm fiber coating. These results are significant because the trend in the design of
oxidation-resistant fiber coatings appears to be toward thicker fiber coatings (> 0.3 pm). Although the
design of these fiber coatings is based on the assumption that they will become the element with the lowest
toughness in the interfacial region to promote fiber debonding and sliding, they could also weaken the
interlaminar tensile and shear macroscopic response of CFCCs.

Onset of Failure--As indicated in the previous section, it is still necessary to define the conditions
for the occurrence of failure during the compression of DNS. Although in the discussion leading to the
analysis of fixture frictional effects it was assumed that interlaminar shear failure occurred when the
interlaminar shear stress reached the intrinsic ILSS, a more appropriate criterion should incorporate the
statistics of strength and the multiaxial state of stress, particularly the effect of normal stresses on the gauge
plane. The linear finite-element stress analysis presented in the previous section showed that for most
conditions the normal stresses on the gauge plane were compressive which are believed to inhibit
delamination. Therefore, it is expected that normal stresses will tend to artificially enhance the magnitude
of the apparent ILSS.

High-Temperature Tests--The compression of the DNS test was used successfully to determine the
apparent ILSS of 1-D carbon/carbon CFCCs both at room and elevated temperatures. However, the limited
number of specimens did not allow for the investigation of the effect of geometric parameters, such as notch
separation, on the apparent ILSS or to determine fixture effects at elevated temperature. It was found that
the apparent ILSS of the 1-D carbon/carbon CFCCs with a notch separation of 8 mm decreased with
temperature from 11.3 + 2 MPa in air at room temperature to 9.3 + 2.6 MPa at 1000°C in argon. However
this trend is opposite to that reported for other 2-D carbon/carbon in which increases from 4 MPa at room
temperature to 7 MPa at 2000°C in nitrogen have been reported[22]. During the evaluation of 1-D
carbon/carbon CFCCs it was found that machining-induced defects at the notches served as sites for the
initiation of failure. Therefore, special attention must be exercised in the preparation of specimens.

Qther--Work is still needed to determine size and volume effects on the mechanical behavior of
CFCCs, particularly in relation to such features as weave size, fiber architecture, etc. This observation is
relevant to the results presented in this paper regarding the applicability of the compression of DNS for
CFCCs. Although it was shown that the stress distribution along the gauge plane becomes more uniform
as the notches are closer, a question remains as to, how close can the notches be before volume and size
effects start to influence the results?. It is believed that the increase in the scatter of the apparent ILSS
experimental results observed at short notch separation for the specimens with 0.3 pim-thick fiber coatings
is related to the influence of volume-size effects. For example, for the 2-D Nicalon™/SiC materials
investigated the typical wavelength of the weave is about 3 mm which is comparable with the 4 mm notch
separation for which the largest data scatter was observed. Work is also needed to investigate the effect of
notch size, notch shape and machining practices on the apparent ILSS of CFCCs, and these studies should
be complemented with appropriate numerical modeling.

Iosipescu Test

The use of the losipescu test to determine the IPSS of 2-D Nicalon™/SiC CFCCs was successful
in that valid failure modes were obtained. Because of the coarse surface features of the specimens that were
evaluated it was impractical to attach strain gauges on the gauge section to determine the degree of
uniformity of the strain fields. Therefore, the only information that was obtained was related to the shear
strength and the mode of failure. Because of the limited number of specimens it was not possible to
investigate the effect of variables such as notch shape, notch size and notch separation and obviously, these
effects should be the subject of further investigation.
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SUMMARY

The applicability of ASTM C-1292 Standard Test Method for Shear Strength of Continuous Fiber-
Reinforced Advanced Ceramics at Ambient Temperatures was investigated by evaluating 2-D Nicalon™/SiC
and 1-D carbon/carbon CECCs. It was found that the apparent interlaminar shear strength, as determined by
the compression of a double-notched specimen, had a parabolic dependence with notch separation. Tt was
also found that the thickness of the fiber coating had an effect on the location of interlaminar shear failure.
Specimens with thin fiber coating thicknesses (= 0.3 um) failed along the porosity-rich interlaminar region,
whereas specimens with thicker fiber coatings (= 1.1 pm) failed along the compliant thick fiber coating.
The determination of the apparent ILSS of 1-D carbon/carbon composites at room temperature and at
1000°C was successful using fixtures specially designed for this purpose. Values of 11.3 & 2 MPa at room
temperature in air and at 9.3 = 2.6 MPa at 1000°C in argon were obtained for the apparent ILSS of this
material.

Although a linear finite-element stress analysis of the compression of the DNS predicted that the
apparent ILSS decreases with increasing notch separation, it was shown that the experimentally observed
parabolic dependence could be explained as the superposition of a linear process in which the apparent ILSS
decreases with increasing noich separation and a non-linear process resulting from the frictional interaction
between the specimen and the fixture. It is recognized that although the finite-element stress analysis
conducted in this investigation was useful to determine the effect of notch separation on the uniformity of
the shear stress between the notches and the interaction between the stress fields, it was too idealized and
neglected to model the frictional interaction between the specimen and the fixture, which is suspected to be
significant. Although a fixture is necessary to provide lateral support and to prevent buckling during the
compression of DNS, frictional effects between the fixture and the specimen may tend to artificially increase
the magnitude of the apparent ILSS.

Valid in-plane shear failures were obtained for 2-D Nicalon™/SiC by means of the Iosipescu test.
The mode of failure was found to consists of matrix cracking along the plane between the V-notches and
failure of some of the fiber bundles perpendicular to the gauge plane. However, in all cases the specimens
remained in one piece held together by unbroken fiber bundles. Further work is still necessary to
investigate the effect of geometrical parameters on the shear strength of CFCCs for the Iosipescu test.

Despite its disadvantages, the compression of DNS is still an attractive test method for the
determination of ILSS because of its simplicity and the relatively small specimens used. Although ASTM
C1292 provides some guidance regarding specimen dimensions, in light of the effect of notch separation on
the apparent ILSS, it is recommended as a starting point, to test specimens with different notch separations
and use the most conservative value. Evidently, much work is still needed to optimize the fixture and the
specimen to mipimize extraneous effects and in investigating such factors as notch geometry, notch size,
volume effects and machining practices, for example. Ideally these studies should be complemented with
appropriate numerical analyses.
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FIG. 18-- Schematic of DNS and nomenclature
for dimensions in Tables 1 and 2.



LARA-CURZIO AND FERBER ON SHEAR STRENGTH 47

Table 2-- DNS dimensions Table 3-- Iosipescu specimen dimensions
Dimension Value (mm) Dimension Value
q Specimen length 30.00 L Specimen length | 76.00 mm
L | Distance + notches 8.00 h | Distance + Notches { 11.00 mm
w Specimen width 15.00 W Specimen width 19.00 mm
Notch width 0.50 R Notch Radius 1.30 mm
t Thickness = 6.0 o Notch Angle 90.0 °
t Thickness = 3.3 mm
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FIG. 19-- Schematic of Iosipescu specimen and nomenclature for dimensions in Table 3.
REFERENCES

[11 Genin, G. M. and Hutchinson, J. W., “Composite Laminates in Plane Stress: Constitutive Modeling
and Stress Redistribution due to Matrix Cracking,” in High-Temperature Ceramic Matrix Composites,
Proceedings of the Second International Conference on in High-Temperature Ceramic Matrix
Composites, Ceramic Transactions, Vol. 57, The American Ceramic Society, Westerville, OH.

[2] Lara-Curzio, E., Ferber, M. K., and Jenkins, M. G.,” Methodologies for the Thermo-mechanical
Characterization of Continuous Fiber-Reinforced Ceramic Matrix Composites: A Review of Test
Methods," 39th-International SAMPE Symposium, Society for the Advancement of Material Process
and Engineering, 1994, pp. 1780-1789.

{31 Chamis, C. C,, and Sinclair, J. H.. "Ten-deg Off-axis Test for Shear Properties in Fiber Composites,"
Experimental Mechanics, Sept. 1977, pp. 339-346.

[4] Rosen, B. W., "A Simple Procedure for Experimental Determination of the Longitudinal Shear
Modulus of Unidirectional Composites," Journal of Composite Materials, Vol. 6, 1972, pp.552-444.

[51 Whitney, J. M., Stansbarger, D. L. and Howell, H. B., "Analysis of the Rail Shear Test: Application’
and Limitations,” Journal of Composite Materials, Vol. 5, 1971, pp. 24-34.

[6] Sims, D. F., "In-Plane Shear Stress-Strain Response of Unidirectional Composite Materials,” Journa
of Composite Materials, Vol. 7, 1973, pp. 124-128.

{11 Kurtz, R. D., and Sun, C. T., "Composite Shear Moduli and Strengths from Torsion of Thick

Laminates," in Composite Materials: Testing and Design (Ninth Volume). ASTM STP 1059, S. P.
Garbo, Ed. American Society for Testing and Materials, West Conshohocken, PA, 1990, pp. 508-520.



48  CONTINUOUS-FIBER CERAMIC COMPOSITES

{8] Chiao, C., Moore, R. L., and Chiao, T. T.,” Measurement of Shear Properties of Fiber Composites:
Evaluation of Test Methods,” Composites, July 1977, pp. 161-169.

[91 Markham, F., and Dawson, D., “Interlaminar Shear Strength of Fiber-reinforced Composites,”
Composites, July 1975, pp. 173-77.

[10] Whitney, M., “Stress Analysis of the Double Notch Shear Specimen,” in Proceedings of the American
Society for Composites, 4th Technical Conference, Oct. 1989, Blacksburg, VA.

[11] Dadras, D., and McDowell, J. S., “Analytical and Experimental Evaluation of Double-notch Shear
Specimens of Orthotropic Materials,” Experimental Mechanics, June 1990, pp. 184-189.

[12] Sawyer, W., “Investigation of Test Techniques for Measuring Interlaminar Shear Strength of 2-D
Carbon-Carbon Composites,” NASA TM100647, Sept. 1988.

[13] Thielicke, B., Soltesz, U., and Maschke, H-G., “Determination of the Interlaminar Shear Strength of
C/C Composites by the Compression-Shear Tests,” Presented at the 8th CIMTEC-World Congress and
Forum on New Materials, Florence Italy, 29 June- 4 July, 1994, Paper SIII-8:L12.

[14] Thielicke, B., Maschke, H-G., and Soltesz, U., "Experimental and Numerical Investigations of the
Applicability of the Iosipescu-test for Determining the Interlaminar Shear Strength (ILSS) of a Carbon-
Carbon Composite,  Presented at the 6th European Conference on Composite Materials, Bordeaux,
France 10-24 Sept. 1993, High Temperature Ceramic Matrix Composites, HT-CMC]1, R. Naslain, J.
Lamon and D. Doumeingts, Ed. Woodhead Publishing Limited.

[15]Fang, N. and Chou, T-W., “Characterization of Interlaminar Shear Strength of Ceramic Matrix
Composites,” Journal of the American Ceramic Society, Vol. 76, No. 10, 1993, pp. 2539-48.

[16]Mo, H. H., Tsai, Y., Morton, J. and Farley, G. L., "Numerical Analysis of the losipescu Specimen for
Composite Materials," Composites Science and Technology, Vol. 45, 1993, pp. 115-28.

[17]Lee, S. and Munro, M., "Evaluation of Testing Techniques for the losipescu Shear Test for Advanced
Composite Materials," Journal of Composite Materials, Vol. 24, 1990, pp. 419-40.

[18] Adams, D. F., "The Iosipescu Shear Test Method as Used for Testing Polymers and Composite
Materials," Polymer Composites, Vol. 11, No. 5, 1990, pp. 286-290.

(191 Wilson, D. W., "Evaluation of the V-notched Beam Shear Test Through an Interlaboratory Study,"
Journal of Composites Technology and Research, Vol. 12, No. 3, 1990, pp. 131-8.

[20] Brondsted, P., Heredia, F., E., and Evans, A. G., "In-Plane Shear Properties of 2-D Ceramic Matrix
Composites,” Journal of the American Ceramic Society, Vol. 77, No. 10, 1994, pp. 2569-74.

{211 Lara-Curzio, E. and Ferber, M. K., "A Test Fixture for the Determination of Interlaminar Shear
Strength of Composites,” submitted to Journal of Testing and Evaluation, 1995.

[22] Thielicke, B., Soltesz, U., and Unnasch, H., "The Interlaminar Shear Strength (ILSS) of a Laminated
C/C Composite at Temperatures up to 2000°C," Presented at the European Conference on Composites
Testing and Standardization, 13-15 Sept., 1994. Hamburg, Germany, ECCM-CTS2, P. J. Hogg, K.
Schulte and H. Wittich, Ed., Woodhead Publishing Limited



Marc Steen! and José-Lorenzo Vallés!

UNLOADING-RELOADING SEQUENCES AND THE ANALYSIS OF
MECHANICAL TEST RESULTS FOR CONTINUOUS FIBER CERAMIC
COMPOSITES

REFERENCE: Steen, M. and Vallés, J. L., ‘““‘Unloading-Reloading Sequences and the
Analysis of Mechanical Test Results,”” Thermal and Mechanical Test Methods and
Behavior of Continuous-Fiber Ceramic Composites, ASTM STP 1309, Michael G.
Jenkins, Stephen T. Gonczy, Edgar Lara-Curzio, Noel E. Ashbaugh, and Larry P.
Zawada, Eds., American Society for Testing and Materials, 1997.

ABSTRACT: The introduction of intermittent unloading - reloading cycles during
mechanical testing is an extremely powerful tool to assist in the interpretation of the
mechanical response of a material to the imposed loading conditions. This technigue has a
potential as a probing method in material characterization which has been vastly
underestimated, particularly in the case of continuous-fiber ceramic composites (CFCCs),
where, in addition to helping in the description of damage development, it can yield
important information on fiber-matrix interfacial phenomena as well. The present
contribution highlights the results obtained from the incorporation of unloading-reloading
cycles during uniaxial strength, creep and fatigue tests on selected 2D woven CFCCs at
room and elevated temperatures. Some implications for the modeling of the mechanical
behavior are indicated.

KEYWORDS: continuous-fiber ceramic composites, unloading-reloading cycles,
hysteresis, residual stress, damage accumulation, creep, fatigue, ratchetting

INTRODUCTION

Intermittent unloading-reloading cycles during a mechanical test can be used as a
tool to "probe" the instantaneous material response. In the past, this method has mainly
been used to characterize the evolution of damage in a uniaxially loaded test piece made of
a homogeneous and isotropic material through the evolution of the elastic modulus. This
was framed in the theory of continuum damage mechanics with the scalar damage
parameter D defined as
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D =1-(E/Eg) n

where E is the instantaneous elastic modulus and Ej its initial value. In practical cases, the
value of E is either taken as that of the unloading modulus observed upon the start of
unloading, Ey, or as that corresponding to the average value of the unloading and the
reloading modulus, E,. In the latter case only the stress or strain range where no inflection
point occurs in the stress versus strain curve upon unloading should be covered to avoid
attributing any influence to crack closure. This way of quantifying damage has received
considerable attention in creep and fatigue studies of metals [1] and is based on the
original idea of Kachanov [2]. However, whereas it is possible to attribute an intuitive
meaning to the damage parameter D in Eq 1 as the loss of load-bearing cross-sectional area
of the test piece, it does not give any indication with respect to the damage mechanism(s)
causing a decrease in the instantaneous elastic modulus. The purpose of this contribution
is to indicate how a more elaborate investigation of the unloading-reloading stress-strain
curve can give qualitative as well as semi-quantitative information on the damage
mechanisms governing the mechanical behavior of continuous-fiber ceramic composites
(CFCCs).

MATERIAL AND TESTING PROCEDURE

The mechanical response under uniaxial loading of two bidirectionally reinforced
CFCCs has been studied at room and elevated temperatures. The thermal expansion
mismatch between fibers and matrix is of opposite sign in the two composites, resulting
in vastly different mechanical behavior. Both composites have a silicon carbide matrix
obtained by chemical vapor infiltration and are reinforced by fiber bundles in a 2D weave.
The main constituent properties are listed in Table 1.

TABLE 1--Characteristics of the composite constituents.

SiC Matrix Al2O3 Fiber C Fiber
Type isothermal CVI Sumitomo Besfight
Elastic modulus, GPa 420 (RT-1200°C) 160 (RT), 140 238 (RT)

(1100°C)

Tensile strength at RT, GPa 1.9 3.4
Rupture strain at RT, % 0.05 0.6 13
Longitudinal CTE, 10-6 K-1 4.5 8.8 0.5
Weave type plain 8H satin
Volume fraction 0.4 0.4 0.44

Uniaxial tests under load control are performed in a machine equipped with an
induction heater and a graphite susceptor. Flat rectangular cross-sectional specimens of 10
by 3 mm?2 with a total length of 200 mm are tested under a vacuum better than 10-3 Pato
avoid oxidative attack of the interphases after the formation of matrix cracks. In all tests,
one of the fiber orientations coincides with the loading direction. Strain is recorded by a
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contacting extensometer with a 10 mm gage length. Isothermal tests featuring unloading-
reloading cycles have been performed over the temperature range extending from RT to
1200°C. A loading rate of 2 MPa/s has been used in the tension tests and for all
unloading-reloading sequences. The strain and stress data are recorded digitally and stored
for further evaluation. Further information on the experimental setup can be found in Ref.
3.

INTERPRETATION OF UNLOADING-RELOADING CURVES FOR CFCCs

In a fiber-reinforced composite unloading followed by reloading usually gives rise
to a hysteresis loop, indicating that some type of energy-dissipating mechanism is
operating. The discussion here focuses on the material response observed during
unloading-reloading under stress-controlled conditions.

. A number of important parameters can be derived from the hysteresis loop (Fig.
1). First, the area of the loop, W, represents the amount of dissipated energy during the
unloading-reloading cycle. Secondly, the unloading tangent modulus at maximum stress,
E,, corresponds to the instantaneous stiffness of the test piece, which is a measure of the
current damage state (Eq 1). Linear unloading is followed by an unloading part with
negative curvature (4), indicating that strain accumulates nonelastically in the unloading
direction even before the applied stress is zero. Upon continued unloading, an inflection
point may subsequently appear (B), which is a manifestation of an increase in the
stiffness and, in the case of isotropic materials, has ¢ither been attributed to crack closure
by meeting of the crack flanks or by the presence of debris in the crack wake. Whereas for
these materials, the occurrence of the crack closure effect exclusively relies on the
development and presence of a macro-crack, which by its size affects the load-bearing
area of the test piece, in CFCCs, the relief of compressive axial residual stresses in the
matrix upon interfacial debonding can also trigger the occurrence of an inflection point in
the unloading curve [4]. Further unloading beyond the inflection point is characterized by
an increasing tangent modulus (range C), which, depending on whether cracks are fully
closed at the minimum stress level, may reach the value Eg of the material in its initial
condition.

Reloading (D) from the minimum stress starts with either a linear region with
tangent modulus Eqg or immediately nonlinear. [n the latter case, it is not possible to
attribute any physical meaning to the value of the reloading tangent modulus at minimum
stress, since it depends on the amount of crack closure attained in the preceding unloading
cycle. Similarly as for the nonlinear unloading range A, strain again lags behind stress in
this range, indicating that a "frictional" phenomenon occurs.

For CFCCs, the resulting width and area of the loop have been associated with
frictional sliding along the fiber-matrix interfaces. The nonlinear reloading curve may
terminate in a straight line portion when the interfacial slip length extends over the
complete distance between matrix cracks. In that case, the tangent modulus at maximum

stress corresponds for all practical purposes to the fiber stiffness.
‘ When no additional damage has been generated during the unloading-reloading
cycle, the hysteresis loop is completely closed and the reloading curve goes through the
previous stress and strain maximum. If this is not the case, that is, the reloading line
reaches the previously attained maximum strain at a stress level below the previous
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maximum, additional damage in the form either of matrix cracking or of fiber failure has
occurred.

4

>

FIG. 1--Schematic of hysteresis loops without and with an inflection point upon
unloading.

In addition to the above-mentioned features, which are observable within an
individual hysteresis loop, there is also an important parameter that can be retrieved from
hysteresis loops obtained from subsequent unloading-reloading cycles performed during
the mechanical test. In the absence of additional damage generated during individual
consecutive loops, the average linear regression lines to the unloading-reloading curves
over the stress range in which crack closure does not occur have a common intersection
point. The stress level corresponding to that intersection point is related to the average
axial residual stress in the fibers [4].

The evolution of the aforementioned parameters with loading history can be used
as an indicator of damage evolution. The elastic modulus E;, over the stress range in which
matrix cracks are open (see Fig. 1) has been widely used for this purpose, as has been the
minimum strain observed in consecutive hysteresis loops. However, as indicated in Ref.
4, care should be taken when attributing a physical meaning to this minimum (also called
irreversible) strain, since its evolution may be different depending on whether crack
closure occurs, that is, when an inflection point is present upon unloading or not.

RESULTS OF TENSION TESTS

Typical stress-strain curves with unloading-reloading cycles obtained at room
temperature are shown in Fig. 2. Above a given applied stress, the unloading-reloading
curves do not superimpose and give rise to the formation of a hysteresis loop. The width
of these loops increases with stress as a consequence of the increase in interfacial friction
caused by progressive interfacial debonding. The loop width and area are much larger for
AlO3/SiC than for C/SiC, indicating much larger friction in the former than in the latter
CFCC. Also, the unloading curve of Al,Q3/SiC clearly shows an inflection point, whereas
this is not observed for C/SiC at room temperature. This indicates that for C/SiC the
matrix cracks are sufficiently wide open for the matrix blocks not to touch each other
upon unloading. For Al03/SiC on the other hand, the gradual development of an
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inflection point is a manifestation of the relief of compressive axial residual stresses in the
matrix upon progressive debonding along the fiber-matrix interface, caused by the
maximum stress increasing from loop to loop. This is also confirmed by the position of
the common intersection point, P, in the first quadrant of the stress-strain plane,
indicating that the fibers are under residual tension, and the matrix hence under residual
compression. A close investigation shows that the inflection point moves in the direction
of lower stresses with each unloading-reloading cycle, as expected when its occurrence is
due to a relief of residual stresses. The common intersection point for the C/SiC
composite lies in the third quadrant, indicating that the fibers are under residual
compressive stress and the matrix under residual tension.
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FIG. 2--Tension stress-strain curves with unloading-reloading cycles (full) and modulus
extension lines (dashed) at room temperature for (a) Al,03/SiC and (b) C/SiC.

The hysteresis loops clearly change with temperature as shown in Figure 3.
Whereas for the Al203/8iC, the occurrence of an inflection point is suppressed at high
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temperatures, the opposite is true for C/SiC and an inflection point starts to appear upon
unloading from a certain temperature upwards. This is completely in line with the
evolution of the position of the common intersection point which moves towards the first
quadrant for C/SiC, whereas it gets more compressive for Al,03/SiC. Also, from the area
within the loops, the interfacial friction at high temperature is found to be larger for
Aly03/SiC, as expected from the radial residual compression across the interface induced
by the thermo-elastic mismatch. For the C/SiC composite, the width of the loops is
hardly affected by temperature.
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FIG. 3--Tension stress-strain curves with unloading-reloading cycles at 1100°C for (a)
Al;03/SiC and (b) C/SiC.

To enable comparison between the two CFCCs, the average modulus E;, is
normalized with respect to the axial fiber stiffness E¢Vy (V¢is the volume fraction of fibers
in the direction of loading). The evolution of the normalized average slope of the
hysteresis loops with the previously attained maximum stress over the stress range in
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which the matrix cracks are open, is shown in Fig. 4. Figure 4 a shows that complete off-
loading to the fibers is not reached for any of the composites in the tension tests, and that
overall composite failure intervenes before that stage is attained. For AlpO3/SiC, a
stepwise decrease in modulus occurs which is caused by the advent of matrix
microcracking during loading. The fact that the dropoff occurs earlier at higher
temperatures is in agreement with the change in sign from compressive to tensile of the
residual axial stresses in the matrix. When the stresses are related to the "true" stresses,
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FIG. 4--Evolution of normalized elastic modulus with nominal applied stress (a)
and with true stress (b), considering the presence of axial residual stresses.

taking into account the aforementioned common intersection point and hence the axial
residual stresses, the sudden decrease in modulus occurs for the same stress level (Fig. 4
b). The fact that the modulus decreases more slowly with true stress at high temperature
is a consequence of the residual radial compressive stresses that oppose interfacial
debonding. For C/SiC, a stepwise drop in modulus is absent which is explained by the
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fact that the matrix is already saturated with cracks after cooling down from the
processing temperature, and hence, additional matrix cracking is unlikely. Moreover, a
quasisimilar modulus evolution is observed at both ternperatures, which agrees with
the fact that the width of the hysteresis loops does not seem to depend on
temperature for this CFCC (compare Figs. 2 b and 3 b).

RESULTS OF CREEP TESTS

Figure 5 shows the evolution of the normalized loop width observed in a creep
test on the Al,O3/SiC composite. As for the tension tests, the unloading-reloading
hysteresis loops have been recorded at an applied stress rate of 2 MPa/s. After the
initial increase in width, which is similar to that observed in the tension tests and
manifests the increased friction caused by progressive interfacial debonding, the loop
width stabilizes. This is contrary to the expcctation of decreasing width caused by
reduced friction because of Poisson contraction of the fibers under the applied axial
creep load and suggests that an additional mechanism is playing a part. From the
cvolution of the average elastic modulus with strain, again notmalized with respect to
E¢Vr (Fig. 6), it appcars that progressive interfacial debonding is occurring during
creep. Because of this progressive debonding, the sliding length increases and this
compensates the decrease in friction caused by radial fiber contraction. We conclude
that accelerated or tertiary creep of the composite is caused by
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FIG. 5--Evolution of normalized modulus and normalized loop width ini a creep test
on the A1,03/SiC composite (T = 1100°C, ¢ = 100 MPa).

stationary creep of the fibers over a steadily increasing debonded fiber length [5]. This
finding has been used in the establishment of a creep model for a CFCC and can
explain the occurrence of the anomalously high stress exponents of the minimum creep
rate, as shown in Fig. 6 [6].
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FIG. 6--Model prediction of minimum creep rate for the Al203/SiC composite at 1100°C.

The creep behavior of the C/SiC composite is qualitatively similar to that of
Al03/SiC. After a transition period, a steady-state condition is observed for both the
hysteresis loop width and the elastic modulus.

RESULTS OF FATIGUE TESTS

For the Al;03/SiC composite, fatigue loading at room temperature at 1 Hz and an
R-ratio of 0.1 results in hysteresis loops which in the beginning of the test show an
inflection point. With increasing number of cycles, the width of the loops increases, the
average modulus decreases, and the stress corresponding to the inflection point gradually
decreases (Fig. 7). All these observations point into the direction of progressive interfacial
debonding occurring during fatigue. This relieves the residual stress state and hence causes
the inflection point to disappear. However, the maximum loop width at the same
maxinum stress 1s less than that observed in the tension tests and decreases to zero with
increasing cycle number. This suggests that cyclically induced frictional wear is occurring
along the sliding interface. The total vanishing of the loop width implies that the fibers are
free to slide in the matrix along the debonded length (the interface is indeed under residual
tension at room temperature). Also the elastic modulus stabilizes, but at a level higher
than E¢Vg, indicating that the interface is not debonded over its full length. In line with this
observation, the irreversible strain accumulation also saturates. It is hence possible to
distinguish two phases in the fatigue test: at low cycle numbers damage accumulates fast,
as evidenced by the drop in modulus and the increase in width. This stage is followed by
a stabilization period characterized by constant modulus, irreversible strain, and width. In
this phase, the hysteresis loop does not move in the stress-strain plane ("shakedown"),
and the composite is expected to have an infinite fatigue life.
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FIG. 7--Evolution of hysteresis loops in a room temperature fatigue test on the
Al20O3/SiC composite.

For C/SiC, a similar picture is obtained. The hysteresis loops do not show
however an increase in opening, suggesting that the frictional condition existing at the
interface in tension tests at room temperature is not modified by cycling. The modulus of
the linear loops gradually decreases to reach the value corresponding to EfVy, indicating
that full interfacial debonding is induced by the fatigue loading. Together with the
modulus the irreversible strain also saturates, resulting in shakedown (Fig. §).
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FIG. 8--Evolution of hysteresis loops in a room temperature fatigue test on the C/SiC
composite.
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RESULTS OF CREEP-FATIGUE INTERACTION TESTS

59

Figure 9 a shows the hysteresis loops obtained during cycling of an Al2Q3/SiC
specimen at 1100°C and a frequency of 0.1 Hz (R=0.1). The modulus decreases fast with
number of cycles and saturates at a level very close to EfVy, indicating that complete
interfacial debonding has occurred. As for the creep test at the same temperature and
maximum stress (Fig. 6), the loop width progressively increases up to saturation,
indicating that the increase in friction due to a larger debond length is compensated by
another mechanism, most probably cyclically induced frictional wear, as indicated by the
fact that the fatigue loops are much narrower than observed in the high temperature creep
and tension tests. Whereas at room temperature a complete wearout is achieved, this is
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FIG. 9--Evolution of hysteresis loops (a) and cyclic strain (b) in a creep-fatigue
interaction test on the Al203/SiC composite (maximum stress 100 MPa, R =0.1, T =

1100°C).
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not the case at high temperature because of the residual radial clamping stress. Contrary
to the modulus and loop width which both stabilize, the irreversible strain continuously
increases with the number of cycles. This indicates that instead of the shakedown
observed at room temperature, ratchetting occurs at high temperature. This ratchetting is
caused by steady-state creep of the fibers over the complete debonded length and hence
should occur at a constant rate, as confirmed by Figure 9 b. Composite failure under high
temperature fatigue loading is hence expected to occur by fiber creep failure.
Consequently, fatigue tests at high temperature with the same maximum stress but
different frequencies show the same strain accumulation and lifetime on a time basis,
whereas they scale with cycle period on the basis of cycle number [7].

80
?
ay
e S-g
% .
2 70
g
& 1 Hz
[=H
[=]
2
3 60 — K 10Hz
2 b
g, et
jusy

(a)
50 T T T T
0 1 2 3 4
6
Number of cycles [x10 ]

s
g
2 —6__
%] - 1 HZ
£ 4
=
Q
£
joM
8 \
2 60 ¢
% 10 Hz

(b)
50 T T T
0 1 2 3 4

6
Time [x10 s]

FIG. 10--Evolution of hysteresis loop modulus with number of cycles (a) and time (b) in
a fatigue test on the C/SiC composite (maximum stress 300 MPa, R = 0.1, T = 1200°C).
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The behavior of C/SiC under fatigue loading at high temperature is somewhat
different. Under conditions in which an inflection point is not present in the unloading
cycle, the overall loop modulus decreases again to EfV¢ when failure does not intervene
previously. However, at different frequencies the modulus decreases smoothly as a
function of the number of cycles (Fig. 10 a), whereas a jump is observed when it is
plotted as a function of accumulated cycle time (Fig. 10 b). This suggests that the
modulus decrease is caused by cyclically induced interfacial debonding. We hence expect
that the ratchetting strain rate will not only be purely a function of elapsed time (as is the
case for Al,03/SiC), but will also show a dependence on the number of cycles. This is
indeed observed from Fig. 11, in which the maximum cycle strain is plotted versus cycle
number for tests performed at the same maximum stress but different frequencies. For all
tests, the ratchetting strain rate tends to the same value, indicating its cycle-dependent
nature. Although it can be expected that the absolute value of the ratchetting strain should
increase with increasing frequency resulting in a higher cyclic damage accumulation rate at
the start of the test, this dependence is masked by the different residual stress states in
different specimens before the test [4].
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FIG. 11--Accumulation of maximum cyclic strain versus number of cycles in fatigue tests
on the C/SiC composite (maximum stress 300 MPa, R = 0.1, T = 1200°C).

REVERSED STRESS HIGH TEMPERATURE FATIGUE

The above description of the high temperature fatigue behavior is limited to
tension-tension fatigue, where the matrix cracks are open during the fatigue cycle and the
creeping bridging fibers are not constrained. Under these conditions, an inflection point
does not occur in the unloading part of the hysteresis loop. The occurrence of an
inflection point in the unloading part is promoted by a decrease in the minimum stress of
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the cycle, as is the case in tension-compression fatigue testing. Figure 12 shows the strain
accumulation observed in high temperature fatigue tests on the C/SiC composite.
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FIG. 12--Comparison of cyclic strain accumulation in fatigue tests on C/SiC (maximum
stress 300 MPa, T = 1200°C) without inflection point (R > 0), and with inflection point
upon unloading (R <0).

The tests are performed at different minimum stress, but under otherwise
identical experimental conditions. In the tests with the lowest minimum stress (largest
stress range, negative R-ratio), the cyclic strain at maximum stress reaches saturation
early in life and accumulates much slower than in the test at the same maximum stress
but higher minimum stress (lower stress range, positive R-ratio), where it increases
continuously. For the latter test, an inflection point is not observed in the hysteresis
loop, indicating that the matrix cracks are open during the whole fatigue cycle. For the
test with the negative R-ratio, on the other hand, an inflection point appears upon
unloading. This causes a decrease in strain range compared to that in the absence of an
inflection point, and the cyclically induced damage is hence expected to be smaller. The
strain range is however still larger than for the R>0 test. Nevertheless, the strain
accumulation is less.

This observation can be explained as follows: when upon unloading crack closure
occurs the cracks are open and the fibers exposed to the full applied stress for a smaller
portion of the fatigue cycle. The smaller time spent with open cracks is expected to
result in a decrease of the damage per cycle. In the case considered here, the damage rate
is not only reduced, but seems to be nearly suppressed altogether. Two explanations can

" be put forward. The first is that creep damage occurring during the part of the cycle with
open cracks is completely recovered during the part with closed matrix cracks, implying
that reverse (i.e. compressive) creep of the fibers occurs in the latter part of the cycle. In
order to result in the observed near-zero cyclic strain accumulation (see Fig. 12), this
reverse creep should be of the same magnitude as the tensile creep of the fibers, which is
very unlikely since the load in the part of the cycle where matrix cracks are closed is
shared between the matrix and the fibers. Moreover, compressive fiber creep recovery
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cannot explain the absence of forward cyclic strain in a non-symmetrical tension-
compression fatigue test, as considered here (R =-0.33 #-1).

The second explanation relies on the offloading of stress from the fibers to the
matrix induced by their creep strength mismatch. During the early part of the test this
results in the build-up of a compressive residual fiber stress [8]. Not only do the fibers
thus experience the applied stress for a smaller time during the cycle, but in addition, the
stress level during this part is lower. In view of the power-law dependence of creep rate
on stress, the bridging fibers creep at a considerably lower rate, giving rise to a much
lower composite strain rate.

In the case of cycle-dependent fatigue behavior (as it prevails at room
temperature), the smaller period of the cycle during which cracks are open is not
expected to affect the behavior as dramatically as in the case of time-dependent behavior.
Indeed, cycle-dependence implies that it is the magnitude of the strain range which
controls the behavior, and the cyclic damage per cycle is expected to scale linearly with
the strain range corresponding to open cracks. This argument has been used to explain
the higher fatigue lives observed for higher stress ratios at room temperature [9].

As indicated by the arrow in Fig. 12, a strain rate increase is observed in the R<0
test for N>1.3E6 cycles. Interestingly, this coincides with the disappearance of the
inflection point upon unloading. Indeed, progressive interfacial debonding (possibly
triggered from a new flaw population on the surface of the fibers induced during cycling)
gives rise to a relief of the residual axial stresses, and the inflection point vanishes. For
C/SiC tested at a temperature above the manufacturing temperature the matrix is under a
small residual axial tension, contrary to the expectation from the expansion mismatch
between fiber and matrix [4]. Debonding hence causes the matrix blocks to shrink, and
the matrix microcracks open up. Upon unloading to the minimum applied stress, this
increased opening causes the inflection point to be lost. Consequently, the strain range
corresponding to the applied stress range increases, which in turn results in an increase
of the maximum strain in the cycle. The stationary strain rate in this stage is however
still much smaller than that observed under tension-tension. This is a consequence of the
fact that the net stress experienced by the bridging fibers is much smaller than that
observed in tension-tension fatigue because of the development of compressive residual
fiber stresses in the preceding load history.

It hence appears that the initial presence of an inflection point upon unloading
can result in a considerable reduction of the strain accumulation at the maximum cyclic
stress in the case that damage occurring during the fatigue test contains a time-dependent
component. Because fatigue failure is ultimately governed by the attainment of the
failure strain of the bridging fibers, a positive creep-fatigue interaction, which gives rise
to an extension of the time to failure under cyclic loading occurs. The extent to which the
number of cycles to failure increases depends on the relative magnitude of the time- and
cycle- dependent damage components. At high frequencies, the effect is expected to be
smaller than at low frequencies.

This interaction exhibits two stages: the first is of transient nature and ends with
the disappearance of the inflection point as a consequence of the decay in residual stress
relief caused by progressive cyclic interfacial debonding; the second consists of a
permanent reduction in the fiber creep rate caused by the development of creep-
mismatch induced compressive residual stresses in the fibers. This has been found in the
high temperature fatigue of both composites studied here, which contain fibers which are
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less creep resistant than the matrix. In the opposite case, that is, when the creep
resistance of the fibers is higher than that of the matrix, the second interaction is
expected to give rise to a negative effect. The stress experienced by the fibers in that case
increases because of the offloading from the less creep resistant matrix. This causes an
acceleration in the fiber creep rate and results in a life reduction. This conjecture has yet
to be confirmed experimentally.

CONCLUSIONS

The characteristic features, namely average slope, presence of an inflection point
upon unloading, irreversible strain, and width of the unloading-reloading loops, observed
during mechanical testing of two types of CFCCs are studied. Their evolution with
applied stress or strain, time or with number of cycles provides valuable clues for the
determination of the deformation and damage mechanisms prevailing under a given set of
loading conditions.

[t is shown that notwithstanding the vastly different fiber properties and
reinforcement architecture of the two studied CFCCs their response to mechanical loading
is quite similar, provided that due account is taken of the presence of axial residual
stresses. The latter can be determined experimentally from the unloading-reloading loops
performed during tension tests. Uniaxial creep of both composites is controlled by creep
of the bridging fibers. At room temperature their fatigue behavior is purely cycle-
dependent whereas at high temperature time-dependent creep of the bridging fibers
dominates the response. Over the experimentally covered frequency range the tension-
tension fatigue behavior at high temperature of the AlyO3/SiC composite is purely time-
dependent. The C/SiC composite on the other hand shows both cycle- and time-
dependent behavior. Tension-compression fatigue loading at high temperatures is
dramatically affected by the presence or absence of an inflection point upon unloading.
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ABSTRACT: Ceramic matrix composites (CMCs) consisting of an oxide
matrix, no fiber-matrix interphase, and an oxide fiber are attractive for high-
temperature structural applications because of their inherent resistance to
oxidation. Such a system has recently been evaluated using tension, tensile
fatigue, and tensile creep rupture. The CMC system consists of an
aluminosilicate matrix reinforced with Nextel 610 fibers. The Nextel 610
fibers were in the form of an 8HSW. Results from the mechanical behavior
studies showed this CMC to perform extremely well in fatigue at both room
temperature and 1000°C. However, the system experienced significant creep
strain under sustained loading because of creep deformation that occurs in
the oxide fiber. To study the interaction between fatigue and creep, fatigue
tests with hold times were conducted at a temperature of 1000°C. For all tests,
the maximum fatigue stress was 75 MPa and the load ratio was 0.01. Hold
times of 1, 10, and 100 s were applied at maximum load to develop the creep
deformation fully. Hold times of 10 seconds were also applied at both
maximum and minimum load to study creep recovery. The effect of
frequency was also characterized using frequencies of 1, 0.5, and 0.1 Hz. In all
tests, the measured strain accumulation was found to be linear with time
with no evidence of tertiary creep behavior. The CMC exhibited increased
rates of strain accumulation with decrease in frequency and increase in hold
times.

KEYWORDS: ceramic matrix composite, creep rupture, fatigue, frequency,
hold times, Nextel 610, oxide/oxide, strain rate, tension
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It is generally accepted that advanced high-temperature material
systems with long-term thermal and mechanical stability are the key factor in
the evolution of current aerospace propulsion systems. In fact, the success of
developing new high performance propulsion systems with increased thrust
to weight relies mainly on the development of high-temperature materials
with good long-term high-temperature performance and durability. Only
slight advances can be made using innovative design approaches [1-3].
Incorporating new classes of materials into prototype designs requires a
thorough understanding of the influence of mechanical-environmental
coupled effects on material behavior and failure mechanisms of each
advanced material system at the projected operating temperatures.

Among the available high-temperature material systems currently
being developed, fiber reinforced ceramic matrix composites (CMCs) have
attracted great attention for aerospace applications. They offer low densities
and high operating temperatures. Unlike the traditional monolithic
ceramics, CMCs exhibit remarkable damage tolerance and a fracture
toughness several times that measured for monolithic ceramics. The
toughening mechanism in CMCs is the deflection of matrix cracks at the weak
fiber-matrix interphase. This deflection absorbs the high fracture energy
associated with a crack propagating in a ceramic matrix and prevents the
matrix crack from continuing through the fiber. Detailed descriptions of this
process have been presented and analyzed by several authors [4-6].

In the early CMC systems that were first developed, the weak
interphase between fiber and matrix contained carbon. The carbon layer was
either formed in-situ during processing or was applied directly to the fiber.
However, the carbon layer can easily be oxidized in high-temperature
oxygen-rich environments, with a threshold for oxidation being
approximately 375°C. The literature is full of examples of such behavior. As
early at 1987 it was shown by Prewo [7] that CMCs containing a carbon
interphase readily oxidize at intermediate [8] and high temperatures. More
recently, Heredia et al. [9] studied two different CMCs with carbon interphases
and found them to degrade in the temperature range of 500 to 800°C. Once
the carbon is removed, the oxygen reacts with the fiber to cause a silica ayer
to form, and there may be other reactions with the matrix. Thus, the carbon
layer is removed and replaced by a layer of silicon dioxide (S5i02) on the
surface of the fiber. Such reactions turn the weak interface into a strong
interface [10-15], and a significant decrease in fracture toughness and tensile
strength results.

As an alternative, researchers have tried applying a coating other than
carbon to the fiber before the matrix is added. The most common fiber
coating is one containing boron nitride (BN). [16,17]. However, the BN fiber
coating must be deposited at relatively low temperatures to both minimize
damage to the fiber and control deposition rates. Deposition at lower
temperatures results in a nonstoichiometric or turbostratic form of BN that
has been shown to be sensitive to moisture and oxidation [18-20]. Recent
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investigations have shown a typical BN interphase to react during processing
and oxidize at temperatures from 650 to 850°C. [9,11,12,21]. Multiple fiber
coatings have also been investigated [21-24]. These have included multiple
layers of the same material as well as layers of different composition, but they
also experience rapid oxidation of the interphase during cyclic loading
whenever the applied stress is above the matrix cracking stress[23]. A review
and discussion of current fiber coating approaches involving single, double,
and multiple coatings has been presented by Naslain [25]. Exterior composite
coatings, surface glaze coating, and flash oxidation of the surface are also used
to extend the life of CMCs, but they do not solve the oxidation problem [26,27].

Over the last decade a large fraction of total resources being spent on
research activities associated with CMCs has been directed at evaluating and
improving the stability of the fiber/matrix interphase. The loss in damage
tolerance is especially rapid whenever the applied stresses are above the
matrix cracking stress. Such damage enhanced oxidization behavior is
typically the determining factor for the high-temperature long-term behavior
and performance of CMCs.

Within the last several years, there has been an innovative research
activity to develop a new CMC that demonstrates excellent fracture toughness
without relying on an interphase to provide toughness. The concept centers
on developing a fiber-dominated composite similar to polymer matrix
composites. The matrix is required to be sufficiently dense to provide
adequate compressive and shear properties while still providing a weak path
for crack propagation. In addition, an oxide fiber and oxide matrix were
selected because of demonstrated thermal stability at temperatures up to
1000°C. With a stable matrix and fiber, and no interphase to oxidize, this
CMC avoids the rapid thermal degradation reviewed above. This relatively
new CMC uses NEXTEL 610 alpha alumina oxide fibers in an aluminosilicate
matrix and has been developed by General Electric Aircraft Engines.

Extensive mechanical behavior characterization has been carried out
on this CMC by the manufacturer and author’s as part of an Advance
Research Projects Agency (ARPA) Ceramic Insertion Program (CIP) [28-31].
Results from those investigations have shown this oxide/oxide system to
exhibit an exceptionally high fatigue limit at 1000°C. However, it does
experience substantial strain accumulation under sustained loading
conditions at 1000°C. From these earlier tension creep rupture tests, the creep
or stress exponent (n) was determined for this CMC using the temperature-
independent Norton-Bailey equation:

£=A0" 1)

where £ is the minimum creep rate, A, is a pre-exponential constant, and ¢ is
the tensile stress. A stress exponent value of 3.06 was determined from
tension creep rupture tests conducted at 1000°C. Significant creep is to be
expected at 1000°C with an oxide fiber and relatively porous matrix. Creep
rates are very important, as many of the aerospace applications selected for
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CMCs are currently designed with creep performance as one of the most
important factors. However, to date, there is very little information in the
literature concerning the interaction between creep and fatigue in CMCs.
This investigation was undertaken to provide an initial assessment as to how
different loading cycles affect rates of strain accumulation.

EXPERIMENTAL PROCEDURE

Composite Material Investigated
The oxide/oxide CMC system studied in this investigation was

manufactured by General Electric. The oxide fibers used in the composite
were NEXTEL™ 610 alpha alumina fibers from the 3M Company [32]. The
fibers are sol-gel derived, high purity, polycrystalline Al,O, with a grain size
of <0.5 um, and were supplied in the form of an eight-harness satin weave
(8HSW) cloth. Individual sections of cloth were taken as is and prepregged
using a mixture of fine single crystal alumina powder and a silica forming
polymer. No coating was applied to the fibers before prepregging. Twelve
individual sections of prepregged cloth were stacked on top of each other in a
0/90 orientation using a hand layup procedure. The laminate was warm
molded in an autoclave to produce a dense green-state ceramic tile. Molding
was followed by pressureless sintering in air at approximately 1000°C.
Sintering removes the organic binders and converts the polymer to a porous
silica matrix. The resulting matrix contains approximately 87 w/o alumina
and 13 w/o silica. Test coupons were then machined out of the tiles using
diamond tooling.

Micrographs of transverse cross sections showing the typical fiber
distribution and porosity are given in Figs. 1a and b. Image analysis produced
a fiber volume fraction of 29 to 33%. Note that the matrix is extensively
microcracked from the pyrolysis processing. The cracks are very evenly

distributed at approximately 200 pm. A common result of this type of
processing is the presence of very fine residual porosity. Based on
measurements, the porosity of the material evaluated here was
predominanily open at 17 to 23%. Approximately half of this m.easured
porosity was associated with large pores and matrix cracks, while the rest of
the porosity was associated with very small pores. Measurements of pore
surface area were made using the Brunauer-Emmett-Teller (BET) method.
This method of surface area measurement uses absorption isotherms and
produced surface area measurements of approximately 25 to 35 m*/gram.
This is a larger value than submicron ceramic power (15 m 2/ gm) and

substantially larger than coarse 2 pm micron ceramic power (2 m 2/ gm). These
surface area values for Nextel 610/AS verify the existence of extensive fine
porosity in the matrix. Surface measurements were also conducted on a
Nicalon/MAS-5 crossply CMC composite from Corning Glass for comparison,
and produced a surface area of 0.16 m*/gm. It is believed that this very fine
porosity helps provide good composite behavior for this CMC by aiding the
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Figure la. Scanning Electron Microscopy micrograph of a transverse cross
section of 8HSW NEXTEL610/AS.

Figure 1b. Optical micrograph of a transverse cross section of 8HISW
NEXTEL610/AS.
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propagation of low energy cracks in the matrix. At the present time, the
matrix cannot be manufactured separately, thus prohibiting direct
characterization of the matrix properties.

Mechanical Testing: Test Apparatus

All of the mechanical behavior tests were conducted on a unique
horizontal servohydraulic fatigue machine using rigid hydraulic clamping
grips and quartz lamp heating. Test control, data acquisition, and interactive
data analysis functions for the CMC test station are provided by the Mate
Program [33] installed on a IBM-compatible personal computer (PC) that is
linked to the test frame via an analog-to-digital (A/D) board. Temperature
was measured by bonding five "S" type thermocouples to each specimen
using an alumina-based ceramic adhesive. Temperature was controlled to
within 1% within the extensometer gage length, and outside this
temperature-controlled zone the temperature decreased rapidly out to the
water cooled grips. A detailed description of the test equipment is given
elsewhere [34]. The specimen design selected was a reduced gage section
"dogbone" specimen and is identical to that used by the High Speed Civil
Transport (HSCT) Enabling Propulsion Materials (EPM) program, and was
first suggested by Worthem [35]. For elevated temperature testing, test
specimens were ramped to temperature in 15 min and then held at the test
temperature for approximately 20 min to allow the specimens to equilibrate.

For most of the data that follow, zero to two repeat tests were
conducted. The authors clearly acknowledge that this is an extremely limited
data set, and no statistical basis can be formed from the test results. However,
extreme care has been used in generating the data. Selective repeat tests have
shown the data to be very repeatable and usually within the X2 or greater
scatter normally associated with strain rates from creep rupture testing. It is
in this light that the following data and observations are presented.

Mechanical Testing: Tension Testing

Both room temperature and elevated temperatures tension tests were
conducted under stroke control with a constant loading rate of 0.05 mm/s.
This lozding rate produces a failure in several seconds an.: minimizes time-
dependent behavior during the elevated temperature tests. This is especially
important for CMCs that contain residual glassy phases or oxide fibers. The
temperatures investigated were room temperature and 1000°C, and three tests
were conducted at each temperature.

Mechanical Testing: Creep Rupture

One creep rupture test was conducted under load control at 1000°C.
Once at temperature, creep strain was recorded from the instant the specimen
reached the test stress level. The applied stress level was 75 MPa and was
selected according to the 1000°C tension test to be 10 MPa below the
proportional limit. In addition, the maximum applied stress was roughly
equal to the maximum design stress for several possible high-temperature
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aerospace applications. The runout condition for the creep rupture test was
defined as 100 h for this investigation and roughly duplicates the time at
maximum temperature for many of the anticipated applications. Creep
rupture simulates the long duration that occurs during most mission profiles.
Measurement of creep rates is important for design purposes, and steadystate
creep rates were required for evaluating the interaction of creep and fatigue.

Mechanical Testing: Fatigue
The fatigue test was conducted under load control with a load ratio of

0.05. The maximum applied stress level was 75 MPa, and the wave form was
triangular. The run out condition was 100 h (360 000 s). Test frequencies
investigated were 1, 0.5, and 0.1 Hz. A repeat test, using all three frequencies
and only one specimen, was used to avoid the slight variation in fiber
volume normally associated with CMCs. Changes in test frequency result in
substantial changes in the rate at which the load is applied. Lower test
frequencies should allow for more time dependent deformation, whereas the
faster frequencies will not.

Mechanical Testing: Fatigue with Hold Times
Several different loading profiles were used to evaluate the interaction

between static loading and fatigue loading. For all of the creep/fatigue
interaction experiments the loading rate was 0.5 Hz, and the duration of
testing was 360 000 seconds for reasons stated above. A schematic
representation of each loading profile is shown in Fig. 2. Figure 2a represents
standard fatigue loading and standard creep rupture loading. These two tests
were conducted to generate the baseline creep rate information. The first type
of creep/fatigue loading investigated involved superimposing a hold time at
maximum load onto the standard fatigue cycle. Hold times were selected to
be 1, 10 and 100 s, as shown in Fig. 2b. These hold times were selected to
simulate realistic conditions for turbine engine exhaust components [3]. The

FIG. 2 - A schematic representation of each loading profile used in this
investigation:

Creep Rupture

Stress Fatigue, 1 Hz

4’
Time (s)

FIG. 2a - Represents standard fatigue loading for a triangular waveform and
standard creep rupture loading, both using the same maximum
stress.
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FIG. 2b - Represents fatigue testing with a hold time applied at maximum
load.

Hold = 10s

Fatigue, 1 Hz
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FIG. 2¢ - Represents a 10 second hold superimposed on a standard fatigue cycle
at maximum and minimum load.

Cycles =10 Hold = 10s

Fatigue, 1 Hz
Stress

Time (s)
FIG. 2d - Represents block loading with a block of five fatigue cycles followed
Ly a 10 second hold at maximum load.

second combination investigated is shown in Fig 2¢ and involved a 10-s hold
time superimposed onto the standard fatigue cycle at both maximum and
minimum load. The intent of this type of loading is to study the
phenomenon of creep recovery. In addition, a third type of wave form,
shown in Fig. 2d, investigated the effect of block loading with a block of
fatigue cycles followed by static loading at maximum load. Such loading
simulates typical loading profiles experienced by aerospace components and
should identify if there is a transient response, or history effect, when
switching between blocks of cyclic loading and blocks of static loading.
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RESULTS AND DISCUSSION

The measured rate of strain accumulation was linear with time for
each loading waveform. There was essentially no primary strain region and a
complete absence of any tertiary creep. The absence of tertiary creep was also
noted in all earlier creep rupture testing of this CMC [29,31]. Steadystate creep
behavior made it possible to use the strain data over nearly the entire 100 h to
calculate a strain rate for each waveform. A complete listing of test condition,
specimen number, and strain rate is given in Table 1.

Table 1 - Test conditions and measured strain rates.

Test Conditions Specimen Strain Rate Strain Rate
(For all tests: 6=75 MPa, T =1000°C) Number At Max Stress At Min Stress
(m/m/s) (m/m/s)

| Creep Rupture

75 MPa; 1000°C | 94-B04 2.71E-08
95-076 1.14E-08 |
_ Fatigue
I
| f=1; R=0.05 95-077 1.62E-09 3.71E-10
95-084A 1.49E-09 1.49E-09
/=05, R=0.05 95-084 2.46E-09 2.47E-09
95-084C 3.27E-09 3.59E-09
£=0.1; R=0.05 95-080 1.40E-09 1.28E-09
| 95-084B 3.32E-09 3.59E-09
95-085 2.47E-09 2.37E-09

Fatigue with Hold Time

Hold Time @ Max Stress
1s Hold @ Max, R=0.05; f=0.5 95-086 4.64E-09 4.54E-09
10s Hold @ Max; R=0.05; f=0.5 95-072 1.37E-08 1.35E-08
100s Hold @ Max; R=0.05; £=0.5 95-073 1.13E-08 | 1.12E-08
|
Hold Time (@ Max and Min Stress B
10s Hold: R=0.05: f=0.5 95-079 7.58E-10 | 6.04E-10
95-083 5.57E-09 5.53E-09
95-086A 1.57E-09 1.63E-09 |
95-092 8.81E-10 8.61E-10
Hold Time @ Max Stress Every 6th Cycle
10s Hold; R=0.05; f=0.5 95-081 2.34E-09 | —————
95-082 520E-09 |  5.19E09

Monotonic Tension

Room temperature tensile stress-strain behavior is shown in Fig. 3a as
a plot of stress versus strain for one of the three tension tests and lists values
averaged from the three tests. The average room temperature tensile
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strength and strain to failure were approximately 205 MPa and 0.33%,
respectively. The elastic modulus was 70 GPa, and the stress-strain curve was
nearly linear to failure. However, one can detect a slight deviation from
linearity at approximately 100 MPa. This slight deviation from linearity was
identified as the proportional limit. The stress versus strain response was
nearly identical for the three tension tests [28].

The overall high-temperature tensile response was similar to the room
temperature tensile behavior. Tensile stress-strain behavior for the 1000°C
tension test is shown in Fig. 3b. A total of three tests were conducted at the
elevated temperature. The averaged tensile strength at 1000°C was 173 MPa,
while the modulus was 77 MPa, and the proportional limit was 83 MPa. The
tensile stress strain response was nearly identical for the three tests [28]. With
the reduction in UTS, there was a corresponding decrease in strain to failure
to approximately 0.28%. Comparing the room temperature behavior to the
1000°C behavior, several observations can be made. For both temperatures,
the stress versus strain response remains basically linear to failure. However,
UTS drops by 15.6%. The elastic modulus increased by 7 GPa and the
proportional limit decreased by 17 MPa. With only slight changes in
measured properties, this CMC system exhibits attractive short-term
mechanical performance at both room temperature and 1000°C.
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FIG. 3a - Tensile stress versus strain behavior of NEXTEL610/ AS tested at
23°C.
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FIG. 3b - Tensile stress versus strain behavior of NEXTEL610/AS tested at
1000°C.

Creep Rupture
Creep rupture testing was conducted at a stress level of 75 MPa and

1000°C. A plot of creep strain versus time is shown as Fig. 4. From the figure,
it is observed that this CMC exhibits little primary creep and extremely linear
steadystate creep behavior. There was no evidence of tertiary creep. A linear

fit to the data produced a strain rate of 1.14 x 10® mm/mm/s. Approximately
0.43% creep strain was recorded during the 100-h experiment. Creep strains
for this oxide/oxide CMC are almost three times larger than creep strains
measured for Nicalon fiber containing CMCs. Creep strains for SHSW
Nicalon fiber containing CMCs are normally less than 0.15% for similar test
conditions [7,29,36]. Earlier work identified that the primary creep
mechanism in the matrix was the formation of very small matrix cracks.
These cracks typically propagated between fibers that were relatively close
together [31].

Eatigue Testing
Fatigue tests were conducted at 1000°C using a maximum applied

stress of 75 MPa and frequencies of 1.0, 0.5, and 0.1 Hz. In addition, a second
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FIG. 4 - Creep strain versus time for a creep rupture test of NEXTEL610/AS
tested at 75 MPa and 1000°C.

test was conducted using one specimen for all three frequencies to eliminate
specimen-to-specimen variation in fiber volume fractions. The three
frequency tests conducted on the one specimen were run for times of 100 000 s
or longer to produce a good fit to the strain data. A frequency of 0.5 Hz served
as the baseline frequency for subsequent fatigue with hold time tests. Strain
measurements from the 0.5 Hz test are given in Fig. 5 as strain versus time
and includes the strain measured at both maximum load and minimum
load. It appears that the specimen exhibited identical rates of strain
accumulation at maximum stress as well as minimum stress. Two tests

produced an average strain rate during fatigue of 2.87 x 10 mm/mm/s. This
rate is almost an order of magnitude slower than the rate measured from the
creep rupture test. There appears to be no strain hardening or softening
during fatigue testing. The difference between maximum and minimum
strain remained constant throughout the fatigue tests for all three frequencies
investigated. Each of the test frequencies produced extremely linear strain
accumulation rates, with higher rates for slower test frequencies. An
important finding from the fatigue tests is that the rate of strain accumulation
is approximately an order of magnitude slower than the creep rate measured
from the creep rupture tests and may be a key indicator as to why this CMC
performs well in fatigue but not as well for static loading.

For the three frequencies tested there was a small but systematic increase
in strain accumulation with decreasing frequency. A plot of strain rate versus
frequency is given in Fig. 6 for all of the data. There is a fair amount of scatter



ZAWADA AND LEE ON EFFECT OF HOLD TIMES

0.010 ————————+—r————T——T————
- 95-084 1
- T = 1000°C ]
0.008 O .= 75 MPa e Max Strain -]
3 R = 0.05 -~ - =Min Strain 1
T [ Triangular ]
T 0.006 | f=05He 1
E i ]
£ ! ]
g 0.004 } £=246x10°%s"" -
7 I ]
0.002 | e
/ . .. ]
0.000 i -r‘";_l—:J’.-'.---‘-_l PR TOUES R T | n L T

0 100000 200000 300000 400000

Time (s)

81

FIG. 5 - Maximum and minimum strain versus time for a 0.5-Hz fatigue test
of NEXTEL610/AS tested at 75 MPa and 1000°C.
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FIG. 6 - Strain Rate versus time for a fatigue test at 75 MPa of NEXTEL610/AS
tested at 1000°C and frequencies of 0.1, 0.5, and 1 Hz.
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in the data, but a linear regression to the entire data set suggests a decrease in
strain rate with increase in test frequency. The trend is stronger when one
only studies the data generated from one test coupon, Specimen 95-084. Such
behavior clearly shows the influence of loading rate on strain accumulation.
It is suggested that slower loading rates allow time dependent damage
mechanisms to activate, resulting in faster rates of strain accumulation. No
attempt was made to model the observed dependence on test frequency, but
the behavior suggests it could be predicted by integrating the fraction of strain
at each increment of stress over an entire cycle.

Fatigue With Hold Times
Fatigue tests with the hold time applied at maximum load were

conducted with hold times of 1, 10, and 100 s. Once again the rates of strain
accumulation were linear for the three hold times investigated. In addition,
the strain range also remained constant throughout testing, with no strain
hardening or softening with continued cycling. A plot of both maximum
strain and minimum strain versus test time is shown in Fig. 7 for the 10-s
hold, while Fig. 8 presents maximum strain versus time for all three hold

times investigated. For the 100-s hold time, the strain rate was 1.13 x 108
mm/mm/s. This strain rate is nearly identical to the rate measured from the
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FIG. 7 - Maximum and minimum strain versus time for a 75 MPa fatigue test
with a 10-s hold applied at the maximum. The material is
NEXTEL610/AS and the test temperature was 1000°C.
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FIG. 8 - Maximum strain versus time for fatigue tests with a 1, 10, and 100-s

hold applied at the maximum stress of 75 MPa. The material is
NEXTEL610/AS and the test temperature was 1000°C.

creep rupture test and implies that there is little contribution to the creep rate
from fatigue loading. When the hold time was only 10 s, the measured rate

of strain accumulation was 1.37 x 108 mm/mm/s. This rate is 20% higher
than that measured during the 100-s hold test and suggests there is an
interaction between fatigue and short hold times. However, many more tests
would need to be conducted to verify such an interaction, especially in light of
the scatter associated with measuring strain rates from such tests. For the 1-s
hold time, the strain rate was distinctly lower. It is suspected that short hold
times do not allow sufficient time for time-dependent deformation to be fully
activated.

The following discussion will first focus on the experiments in which
the hold time was applied at maximum load. A plot of strain rate versus
hold time is shown as Fig. 9a. In generating the plot, a hold time of 0.1 s was
assigned to the 0.5-Hz fatigue tests, and the creep rupture data was plotted as a
hold time of 360,000 s. From Fig. 9a it is clear that the strain rate is a
minimum for the fatigue test and increases with increasing hold time up to a
hold time of 10 s. From a hold time of 10 s out to simple static loading the
strain rate remains approximately constant. As stated above, the hold time of
10 s produced a slight acceleration in strain rate. However, the change is only
approximately 20% and well within the standard scatter for creep data.
Several repeats would be necessary to determine if the effect is real. Still, the
data supports that even relatively short hold times will accelerate the rate of
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strain accumulation. One important finding is that superimposing hold
times on fatigue tests did not produce any interactive damage mechanisms
resulting in strain accumulation rates greater than those measured during
static loading.
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FIG. 9a - Measured strain rate versus hold time at maximum load for
NEXTEL610/ AS tested at 1000°C and a maximum stress of 75 MPa.

As discussed above, the strain rate increased from a minimum for the
conventional fatigue test to a maximum for the fatigue with a 10-s hold at the
peak stress.. This increase in strain rate with increasing hold time is quite
easily predicted using a two-term linear summation technique. The
percentage of the loading cycle associated with fatigue loading is multiplied by
the rate of strain accumulation measured during fatigue loading. Next the
percentage of the loading cycle associat:d with static loading is multiplied by
the rate of strain accumulation measured during static loading. These two
products are then added together to produce the final strain rate. The basic
equation is as follows:

£ = & (te/to) + Ety/to) )

where £ is the total strain rate, £; is the strain rate from fatigue, € is the

strain rate from static loading, t. is the total cycle time, and t; and ty are the
time for fatigue loading and time during hold for one complete cycle. The

fatigue test produced an average strain rate of 2.87 x 10 mm/mm/s while
static loading produced a strain rate of 1.14 x 10® mm/mm/s . For a 1-s hold
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time test, a complete loading cycle would have a total cycle time of 3 s, a time
during fatigue loading of 2, and a time during hold of 1 s. Linear summation

predicts a strain rate of 5.71 x 10 mm/mm/s for the 1-s hold and agrees well

with the measured value was 4.64 x 10 mm/mm/s. A plot of strain rate
versus hold time for measured strain rates and predicted strain rates is given
in Fig. 9b. Linear summation does a nice job of reproducing the trend in the
measured data. From the predicted data, one can observe that the strain rate
remains relatively constant for hold times of 10 s or greater.
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T = 1000°C ® Measured Strain Rates ]
f=05 ——Predicted Strain Rates |
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FIG. 9b - Predicted strain rate versus hold time at maximum load for
NEXTEL610/AS tested at 1000°C and a maximum stress of 75 MPa.

The phenomenon of creep recovery has been reported by several
researchers [36-39]. A fatigue test with a 10-s hold at both maximum stress
and minimum stress was used to study this effect. The intent was to
determine if the hold at minimum load results in a retardation of the time
dependent damage process. A plot of maximum and minimum strain versus
time is given in Fig. 10. The measured strain rate of 8.81 x 10"1® mm/mm/s is
substantially lower than the measured rate of 1.37 x 108 mm/mm/s for the
specimen fatigue tested with a hold of 10 s at only the maximum load.
Assuming no contribution from a hold at minimum load, linear summation
predicts a strain rate of 5.44 x 10 mm/mm/s. Such a low value for the
measured strain rate implies that there is substantial recovery in creep
deformation resulting from the additional hold at minimum load. Wu and
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Holmes [36] have shown that a 0/90 Nicalon/CAS composite creep tested at a
stress of 60 MPa and then unloaded demonstrated viscous strain recovery of
approximately 49%. The crossply composite developed 0.5% creep strain, and
recovered creep strain of approximately 0.25% after the load was reduced.
Such a large value of recovery has severe implications concerning life
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FIG. 10 - Maximum and minimum strain for a fatigue test with a 10-s hold
applied at both maximum and minimum load. The material is
NEXTEL610/ AS, the test temperature was 1000°C and the maximum

stress was 75 MPa.

prediction. It appears that a creep recovery mechanism operates in
oxide/oxide CMCs as well, even for the short hold times at minimum load.
It is apparent that a much more thorough investigation is needed to address
the mechanism for this behavior in oxide/oxide CMCs.

Block loading using blocks of fatigue cycles followed by a hold time
produced revealing information. The strain results from this test are
presented in Fig. 11 as a plot of maximum and minimum strain versus time.
A fit to the maximum strain produced a strain rate of 5.2 x 102 mm/mm/s.
Using the linear summation approach stated above produces a predicted rate
of 6.75 x 102 mm/mm/s. This prediction is close to the measured rate and
implies there is not a strong history effect for the block loading investigated.
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FIG. 11 - Maximum and minimum strain for a fatigue test with blocks of five
fatigue cycles followed by a 10-s hold applied at maximum load. The
material is NEXTEL610/AS, the test temperature was 1000°C and the
maximum stress was 75 MPa.

GENERAL DISCUSSION

In this section, we discuss the pertinent literature concerning the creep
and fatigue behavior of constituent ceramic materials as well as the limited
data on CMCs. Discussion will address the current understanding of
deformation mechanisms associated with static loads, loading rates,
frequencies, hold times, and how these may influence or relate to the
observed creep rates of the Nextel 610/AS composite.

General Discussion on Creep Behavior
The observed strain accumulation for this CMC is very different from

the behavior of other CMCs in the literature. A very detailed review of the
literature concerning the creep behavior of continuous fiber-reinforced CMCs
has been conducted by Holmes and Wu [40]. In this review, there was very
little information on the behavior of oxide/oxide CMCs, but there was
significant information on the creep performance of CMCs containing silicon
carbide fibers of Nicalon and SCS-6. In addition, there is significant
information in the literature concerning the uniaxial creep behavior of oxide
fibers and bonded polycrystalline alumina. A detailed review of creep
behavior in ceramic materials was conducted by Cannon and Langdon [41,42]
with over 30 pages of tabulated creep data supported with more than 365
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references. The following discussion will review several of these
investigations and correlate their findings with the behavior observed in the
present investigation.

Creep Behavior of Alumina

Flexural methods have been widely and extensively used to study the
creep deformation of alumina at elevated temperatures because of the
simplicity of the test equipment and loading configuration. Therefore, there
exists a substantial body of literature on this subject [43-51]. Murphy et al. [43]
conducted flexural creep rupture tests on vitreous-bonded alumina in air at
1150°C. In a plot of percent creep strain versus time to failure, two relevant
observations were made. The first was that under all conditions steadystate
creep was observed from the onset of the test until failure within
experimental uncertainty. This behavior is identical to the behavior observed
for Nextel 610/AS. Secondly, higher stress levels systematically produced
higher strain rates and reduced the strain to failure. They found that the
creep-nucleated cracks were intergranular in nature and stated that the lack of
a noticeable tertiary creep region suggested that the spontaneous linkage of
creep-nucleated cracks occurred abruptly just before failure. Cracks continued
to nucleate throughout the creep process until a critical crack density was
reached, causing spontaneous linkage and failure.

As stated above, flexural creep testing has been extensively used to
evaluate ceramics. However, there is only limited data for creep rupture
involving uniaxial tensile loading of aluminum oxide [45,50,52]. Dey and
Socie [52] recently investigated the creep behavior of a commercial grade of
glass-bonded, 94% aluminum oxide. Testing was performed using uniaxial
tensile static loading, as well as cyclic loading, at temperatures of 1000 and
1100°C. The fatigue testing used a square waveform with a load ratio of R =
0.1 and a test frequency of 2 Hz. This investigation is particularly relevant to
the present investigation because of the similar loading profiles, test
temperature, and the fact that their material was a polycrystalline alumina
ceramic containing a continuous grain boundary viscous phase at elevated
temperature. It was observed that for the same maximum stress level, the
steadystate creep strain rate under static loading was more than an order of
magnitude greater thar that during fatigue loading. This finding is identical
to what was observed for the Nextel 610/AS composite. The authors could
not explain the enhanced creep resistance of the material during cyclic
loading. Microstructural observations identified that failures for stress levels
above a critical transition stress were all the result of the growth of a single
dominant crack with no evidence of creep damage. However, at stress levels
below the critical transition stress, the specimens failed because of the
nucleation, growth, and linkage of multiple microcracks. The creep damage
zone of the fracture surface was characterized as intergranular, while the fast
fracture zone was predominantly transgranular. Such behavior clearly
identifies the sensitivity of this class of materials to time-dependent
deformation that results during low applied stress levels or slow loading rates
or both.
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A detailed investigation into the creep response of two slightly
different hot-pressed aluminas (HPA) was conducted by Robertson et al. [50]
using both uniaxial and flexural loading configurations. In this investigation,
the creep behavior of the ARCO HPA at 1250°C under tensile loading was
found to be linear from start to failure, with no evidence of any transitional
creep behavior. Increasing the applied stress level greatly decreased the strain
to failure and significantly increased the minimum creep rate. Both of these
observations mirror the tensile creep behavior of N610/AS.

In a companion paper to the work performed by Robertson, Wilkinson
et al. [45] examined the mechanisms responsible for creep damage
accumulation for the two aluminas studied by Robertson. Wilkinson
identified three damage regimes, all controlled by crack propagation. At high
applied stress levels, a single crack controlled failure and grew in a linear
elastic stress field. Crack propagation was sufficiently rapid to avoid the creep
relaxation process that occurs at lower stresses. For experiments at
intermediate stresses, crack tip stresses relax, and many microcracks are
obsérved to nucleate, grow, and link under strain control. At the lowest stress
levels, extensive cavitation with little microcrack development was observed.
Damage accumulation was dominated by isolated cavities growing by a
combination of surface diffusion and grain-boundary sliding. The formation
of cavities effectively blunts microcracks and slows down the rate of crack
growth, which further increases the tendency to cavity blunting. Therefore,
there is a rapid decrease in crack propagation rate, along with an increase in
creep life, for slight decreases in stress. One result of studying two very
similar aluminas was clear identification that creep behavior is very
dependent on composition and processing. Wilkinson [45] suggested that
differences in impurity and dopant levels lead to significant differences in
diffusion coefficients and thus creep rates.

Creep Behavior of Oxide Fibers

Creep rupture testing of oxide fibers intended for CMCs is a critical
characterization procedure because of historically poor creep performance.
Polycrystalline oxides are subject to diffusive creep at high temperature, and
this problem is magnified by the extremely fine grain size of this class of oxide
fibers. Tressler and DiCarlo have disc.ssed the role of creep in ceramic and
oxide fiber reinforcements in detail [53]. Creep rupture experiments by Pysher
et al. [54,55] on two different polycrystalline oxide fibers revealed creep strain
versus time behavior extremely similar to that observed for the
polycrystalline aluminas discussed above. Experiments on PRD-166 at 1200°C
showed a pronounced decrease in strain to failure and sharp increase in strain
rate with in¢reasing stress. The mechanism controlling steadystate creep of
these alumina-based fibers was suggested to be interface-reaction-controlled
diffusional creep.

The NEXTEL 610 fibers used to manufacture the composite have been
extensively characterized by the manufacturer [32]. In addition, Wilson et al.
[56] performed a detailed investigation of the creep performance of the fiber.
Creep data were collected over a temperature range of 900 to 1200°C and a load
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range of 20 to 550 MPa for singe filaments of NEXTEL 610 . The stress
exponent n for NEXTEL 610 in air at 1000°C was found to be 2.8, and the
activation energy was approximately 660k]/mol. At the maximum test
temperature, fibers reached strains of 30%. Ends of the NEXTEL 610 fibers that
failed during creep testing were examined to determine the mechanism of
failure. Wilson found that failure during creep rupture testing occurred via
the coalescence of cavities into large cracks. Cavities nucleated on grain
boundaries and coalesced to form large cracks that extended across several
grains. It was presumed that fiber failure occurred when these cracks linked
up to form a critical flaw. Cavitation has been shown to contribute to
increased stress exponents.

The creep rupture behavior of the fiber is nearly identical to the
behavior measured for the Nextel 610/AS composite. Wilson found the
stress exponent for the fiber to be 2.8, while the value for the composite
measured in an earlier investigation was approximately 3.06 [29,31]. Such a
close match in stress exponent for the fiber and this composite suggests that
the fiber plays an important role in the creep deformation process. Zuiker [57]
modeled the 1000°C creep behavior of this CMC using a micromechanics-
based model that incorporates creeping fibers embedded in a creeping matrix,
and identified the role of the fiber and matrix in the creep deformation
process. Results from that modeling effort identified that the correlation is
sensitive to the matrix elastic properties, and that the matrix has a slightly
higher stress exponent than the matrix. As reviewed earlier, it is common for
this type of matrix to have the same stress exponent as measured for the CMC
for a temperature of 1000°C. Fracture studies of fiber ends from the earlier
creep rupture investigation revealed an intergranular fracture morphology,
consistent with interface reaction rate-controlled creep and cavitation
formation. It was postulated by Wilson that the creep rate of NEXTEL 610 was
controlled by an interface reaction mechanism and that the diffusion rate did
not control the creep rate. This conclusion is similar to the one reached by
Cannon et al. [51] for plastic deformation in fine-grained alumina.

Creep Behavior of CMCs

The tensile creep behavior of unidirectional and cross-ply
Nicalon/CAS-1I cor posites has been studied in detail by Wu and Holmn-es [36]
Creep experiments were conducted in high purity argon to negate the rapid
environmental degradation reviewed earlier. They found that for stresses up
to 200 MPa, all specimens exhibited a well-defined primary creep region, a
decelerating creep rate, and runout at 100 h. Steadystate creep was not
observed. Increasing the creep stress to 250 MPa caused rapid failure and a
substantially lower total strain to failure. An important finding of their work
was that at a temperature of 1200°C, both the unidirectional and cross-ply
composites had a creep stress exponent of approximately 1.3 at 100 h. This
stress exponent is similar to that found for the creep of Nicalon fibers and
indicated that the creep rate was primarily controlled by creep of the Nicalon
fibers. Wu and Holmes rationalized that, based on fiber volume fractions, the
results showed that transverse fibers can contribute significantly to overall
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creep resistance. Therefore, the effect of transverse fibers cannot be neglected
in analytical models of creep deformation. Many other researchers have
studied the creep behavior of Nicalon containing CMCs [7,28,29,37,58-64], and
several have reported decreasing creep rates during tension and flexure creep
testing [28,29,37,59,60,63,64]. Two factors are thought to contribute to the
decelerating creep rate: (1) grain growth in the fibers for tests at extremely
high temperatures and (2) realignment of off-axis fibers with the creep
loading direction. Weber et al. [63] documented abnormal grain growth at the
surface of Nicalon fibers during flexural creep rupture testing at 1200°C.
Nicalon is a polycrystalline fiber with a grain size of several nanometers, and
the surface grains were observed to grow to approximately 10 to 15 nm. Fora
diffusional creep mechanism, an increase in the average grain size would
decrease the creep rate of the fibers. For lower temperatures, where Nicalon
fibers do not demonstrate grain growth, the primary mechanism attributed to
decreasing strain rate is continual loading of elastic fibers in the creep loading
direction. As creep strain increases, more and more fibers are elastically
loaded, effectively decreasing the rate of strain accumulation. For the Nextel
610 fibers, there is no observed grain growth for 100 h at 1000°C [31]. Both the
fiber and matrix exhibit linear creep strain with time. Therefore, one would
not expect to observe transient behavior for the oxide/oxide CMC. In
addition, it is suggested that realignment of off-axis fibers with the creep
loading direction does not influence creep behavior, as the creep rates are
linear with time.

Tyranno is also a polycrystalline SiC fiber, and composites made with
this fiber also demonstrate decreasing strain rate with increase time during
creep rupture testing [60,65]. Figure 12 shows uniaxial creep strain versus
time for a Tyranno/BMAS CMC tested at 1000°C and four stress levels. For
each stress level, there is a well-defined primary creep region, and the strain
rate clearly decreases with increasing time. Such behavior is very similar to
the behavior of Nicalon fiber containing CMCs reported above.

Composites made with large SiC fibers of SCS-6 also exhibit transient
creep behavior. Holmes [39,66] investigated the tensile creep behavior of
unidirectional SCS-6/HPSN composites in air at temperatures of 1200 to
1350°C. He reported that for stresses of 75 MPu and higher, a decreasing strain
rate persisted for approximately 50 to 75 h, followed by a region of nearly
constant creep rate. Hilmas et al. [67] studied a similar CMC (SCS-6/RBSN)
and observed similar behavior to that observed by Holmes. In both studies,
periodic fiber rupture was identified as the primary microstructural damage
mode for the tensile creep of the composites.

Adami [68] studied the tensile creep behavior of an AlL,O,/CVD-5iC
composite with a two-dimensional (2-D) cross-ply fiber architecture. For all
temperature and stress levels examined in this study, primary, secondary ,
and tertiary creep regimes were observed. An important finding from this
study was that the steadystate creep rate exhibited two distinct regimes
depending upon the creep stress, giving rise to two creep stress exponents. A
high stress exponent of 9.5 at low stresses was attributed to matrix creep and
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FIG. 12 - Creep strain versus time for TYRANNO/BMAS [(0/90)4]s tested at
1000°C and several stress levels.

stress redistribution. A lower stress exponent of 4.5 for high stresses was
similar to the oxide fiber and suggested that the creep rate of the composite
was controlled by creep of the bridging fibers. It is believed that with a
substantially cracked matrix in the present investigation, the creep response is
similar to that observed by Adami in which the creep response is primarily
governed by the fibers.

General Discussion on Fatigue Behavior

Over the last four years there has been an ever increasing amount of
data presented in the open literature concerning high-temperature fatigue
behavior of CMCs. A detailed review of the fatigue behavior of CMCs has
been conducted by Holmes and Soroson [69]. However, very little of this data
contains information concerning the effect of hold times during fatigue.
Strain versus time data was not generally reported, and such values are not
easily or accurately obtained from studying the hysteresis loops presented in
the literature. However, from the limited data several observations can be
made that relate to the behavior observed in the present investigation.

Wang et. al. [70] conducted tension-tension and compression-
compression fatigue on C/SiC at room temperature. Fatigue data was
presented in the form of hysteresis loops on a plot of load versus strain. This
study was particularly interesting because a decreasing rate of strain
accumulation was observed for both tension-tension fatigue and
compression-compression fatigue. For both types of loading, decreased
frequency increased the rate of strain accumulation. This frequency
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dependence is similar to that observed in the present system and may have to
do with time dependency of stress redistribution as presented by Holmes
[32.40.69]

Butkus et al. [71] conducted 1100°C fatigue tests on Nicalon/CAS-IL
Testing included isothermal fatigue and isothermal fatigue with a 60-s hold.
In all fatigue tests, the maximum stress was held constant at 100 MPa, used
triangular loading with 60-s ramps, and applied the hold at maximum load.
A stress of 100 MPa was selected to be substantially below the matrix cracking
stress of 250 MPa. During isothermal fatigue, the maximum and minimum
strain demonstrated identical transient behavior. For the first 100 cycles, the
strain accumulation was rapid, after which the rate of strain accumulation
slowed and transitioned to a steadystate rate. For the isothermal fatigue with
a 60-s hold time, similar behavior was observed. However, the test with the
hold time was observed to produce a more rapid increase in accumulated
strain than did the material subjected to the triangular waveform. After
approximately 200 cycles, the rates of strain accumulation were nearly
identical between the hold and no hold experiments based on cycles.

The data presented by Butkus et al. consisted of plots for strain versus
cycles. The data from the isothermal fatigue tests were digitized by the
authors and plotted as strain versus time. A comparison of maximum strain
versus time for the two tests is shown in Fig. 13. The measured strain versus
time behavior between the hold and no hold tests is nearly identical. In fact, a
linear fit was performed on the data from 20000 to 120000 s, and the values

were 8.5 and 8.7 x 10 mm/mm/s for no hold and 60-s hold, respectively.
These rates are nearly identical. Not only did both tests develop strain at the
same rate and amount, but both exhibited nearly linear rates of strain
accumulation with time after an initial 20000 s transition period. This result
(hold and no hold tests producing the same strain) is significantly different
from what was observed for the Nextel 610/AS CMC. It is postulated that the
difference lies in the 60-s ramp rate used in the investigation by Butkus. Such
a slow loading rate has been shown by several researchers to produce
significant time dependent behavior for Nicalon/CAS-II and other CMCs,
even during rocm temperature tension testing [72-74]. A similar conclusion
concerning test frequency can be made about the Nextel 610/AS. As shown in
Fig. 5, decreasing the frequency increases the rate of strain accumulation.

Discussion on Test Technique and Procedure

The influence of waveform appears to be very important for not only
the Nextel 610/ AS system studied in this investigation, but also for the
system studied by Butkus [71]. The slower the loading rate the more time for
time-dependent mechanisms to operate. In the present investigation, hold
times of only 10 s dominated the rate of strain accumulation. From 10 s to
infinite hold time, the rate of strain accumulation was approximately
constant. Butkus found no influence of hold times when the cycle frequency
was (.0083 Hz. In the present investigation, there was clearly a frequency
effect. However, no attempt was made to reduce the test frequency to
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FIG. 13 - Comparison of maximum strain versus time for isothermal fatigue
tests with and without a 60-s hold at maximum load for
NICALON/CAS-II tested at 1100°C.

anywhere near the frequency used by Butkus. Creep behavior of CMCs is
strongly dependent on the initial damage state of the composite. This initial
damage condition is strongly influenced by processing, prior loading history,
and the rate at which the creep load is initially applied. Ramping to the creep
rupture load quickly has been shown to produce significantly lower creep
rupture lives [39]. Such an observation most certainly applies to test
frequency as well.

Creep behavior of this CMC appeared to be sensitive to slight changes
in temperature. A change of a few degrees in the building was observed to
affect slightly the measured strain data. The effect was not noticed during
creep rupture testing, but was slightly noticeable during the fatigue tests.
Figure 5 shows typical variation of strain during a fatigue test. As can be seen
from the figure, the transitions occur over hours, not minutes or seconds.
Similar observations have been made by Holmes [75]. An investigation by Lir
et al. [Z6] discusses several techniques for minimizing scatter and increasing
reliability of elevated temperature tensile creep displacement measurements.
They were able to reduce the scatter in the laser measurements from 5 to

10.5 pm. Such findings clearly identify the need for very tight control of the
environment around the furnace to generate precise creep data necessary for
accurate prediction of creep/fatigue interactions.



ZAWADA AND LEE ON EFFECT OF HOLD TIMES 95

CONCLUSIONS

1. Strain rates were highest for the sustained loading conditions and
are suggested to result from time-dependent creep deformation.

2. The composite exhibited linear strain accumulation with time
during creep rupture, fatigue, and fatigue with hold time testing. There was
essentially no primary creep, and tertiary behavior was not observed. Both
the fiber and matrix exhibit linear creep strain with time. In addition, fatigue
tests exhibited the strain rates at maximum and minimum load, with no
evidence of strain softening or strain hardening.

3. Fatigue tests with different frequencies revealed that slower
frequencies produced faster rates of strain accumulation as a function of time.
It is postulated that for the low stress value of 75 MPa, the controlling creep
deformation was a combination of interface-controlled diffusion creep in the
fiber coupled with fine cracks in the matrix.

4. Fatigue tests with hold times applied at maximum load
demonstrated rates of strain accumulation equal to the creep strain rate when
the hold times were 10 s or greater. Rates of steadystate strain accumulation
during fatigue with hold times applied at maximum load are accurately
predicted using a two-term linear summation approach.

5. Fatigue tests with a hold time of 10 s applied at both maximum and
minimum load demonstrated severely retarded strain accumulation.
Additional work is required to determine the exact mechanism.

6. Block loading with sets of five fatigue cycles followed by a 10-s hold
at maximum load showed no apparent history effect for the conditions
investigated in this study.

7. The creep behavior of CMCs is strongly dependent on the initial
damage state of the composite, which is influenced by processing and prior
loading history, the rate at which a creep load is initially applied, and the rate
of cycling. Such behavior appears to be very important for oxide/oxide CMCs
that have a fiber and matrix that both creep at 1000°C.
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ABSTRACT: An in situ experimental technique is described that allows high resolution,
high sensitivity determination of displacements and full-field strains during high tempera-
ture mechanical testing. The technique is used to investigate elevated temperature crack
growth in SiC/Nicalon composites. At 1150°C, the reinforcing fibers have a higher creep
susceptibility than the matrix. Fiber creep leads to relaxation of crack bridging tractions,
resulting in subcritical crack growth. Differential image analysis is used to measure the
crack opening displacement profile u(x) of an advancing, bridged crack. With appropriate
modeling, such data can be used to determine the traction law, from which the mechanics
of cracking and failure may be determined.

KEYWORDS: crack growth, bridging, differential image correlation, creep, composites

Fiber reinforcement has been demonstrated to be an effective means of toughening
intrinsically brittle materials, such as ceramics and intermetallics. A principal source of
the improved toughness is crack bridging by fibers left intact in the wake of an advancing
crack [1,2]: If crack bridging is the primary toughening mechanism, the force/displace-
ment behavior of the bridging fibers determines the crack shielding. The mechanics of
cracking and failure can be determined fully provided the magnitude and distribution of
the crack bridging tractions are known [3]. When the bridging zone is large relative to the
size and spacing of the bridging elements, the discrete tractions may be approximated as a
continuous closure pressure acting on the crack faces. Numerous models have been devel-
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oped expressing the crack bridging tractions as a function, p(u), of the crack opening
displacement, u(x), at a position, x, in the crack wake. Cox and Marshall [3] have devel-
oped a method for deducing the function p(u) from experimental measurements of the
crack opening profile u(x) of a single crack. For an assessmentof both the functional form
and quantitative validity of bridged crack models for brittle-matrix composites, precise
crack opening profile measurements are needed. However, few such measurements have
been reported.

Analysis of bridging tractions from crack opening profiles requires an accuracy in
displacement measurements of ~1% of the opening at the notch root or the crack
mouth [3]. For a composite such as Al,05/SiC,,. loaded to the critical applied stress inten-
sity, the maximum opening of a crack of length 100 um may be on the order of 1 um. The
required measurement accuracy is then ~10 nm. This is beyond the limits of conventional
techniques for strain and displacement measurement, but within the capabilities of
stereoscopy [4,5] or related automated displacement mapping techniques [6,7] based upon
differential image analysis. The present article addresses the need for critical measure-
ments of crack opening profiles during mechanical testing of ceramic composites by
describing an experimental technique that allows quantitative measurement of crack
opening displacement profiles for bridged cracks in brittle-matrix composites.

At high temperatures, crack-bridging tractions may be affected by one or more of
the following: (1) creep of the composite constituents, (2) viscous deformation of inter-
phase layers, grain boundary phases or matrices with glassy phases, (3) relief of residual
stresses resulting from thermal expansion mismatch, and (4) environmental attack, for
example, oxidation of the fiber-matrix interface. Although modelling must account for
the temperature and time dependence of the crack opening profile, understanding the
mechanics of crack growth and failure remains a question of determining the crack
bridging tractions from measurements of u(x).

The purpose of this work is to develop a high temperature test system that is
capable of providing optical images of suitable quality for differential image correlation
and thence to provide u(x) data of sufficient resolution for use with bridged-crack models
accounting for temperature-dependent and time-dependent crack growth in CMCs. The
test system described in this work is used to investigate an important damage mechanism
for high temperature ceramic composites, where crack growth occurs owing to a system-
atic degradation of bridging tractions with creep relaxation of crack bridging fibers.

In this work, crack growth studies are performed with SiC/Nicalon; composites.
Analysis of images acquired at 1150°C show that multiple cracking occurs upon mono-
tonic loading. However, with constant applied load, stable growth of a single dominant
crack is observed, with propagation to failure. Degradation of the bridging tractions is
characterized by measuring crack opening displacement profiles as a function of time.
Although the materials studied are woven composites, the measured bridging zones are
large relative to the size and spacing of the crack bridging elements. Therefore, the crack
bridging tractions can be considered as a continuous closure pressure, and the measured
profiles provide data for bridging parameter evaluation using models such as those cited
above.

Cracking and damage can be significantly affected by oxidation occurring at the
fiber/matrix interface. Studies of these effects are beyond the scope of this paper, and all
testing reported here is done in an argon atmosphere to avoid interfacial degradation.
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STRAIN MEASUREMENTS VIA DIFFERENTIAL IMAGE CORRELATION

Image Acquisition and Analysis

Strain measurement using differential image analysis requires high quality images
of the specimen surface contrast during various stages of a test procedure. Sensitive
measurements of surface strains are made through comparison of a pair of optical micro-
graphs, one taken before a change in the material takes place (the reference) and the other
taken after. For example, a pair of micrographs may be taken before and after specimen
loading, or the micrographs may be from different times of a constant load creep experi-
ment. Strains or crack openings are measured by determining the relative changes in posi-
tion of surface contrast features. The relative displacements may be measured by
comparing pairs of micrographs using a stereoviewer, in which in-plane displacements are
perceived as changes in height [4,5]. Stereoimaging takes advantage of the exceptional
sensitivity of the human visual system to small changes in apparent depth {4,5]. A crack
appears as a sharp ledge viewed from above. Quantitative displacement measurements are
made by comparison of the perceived surface profile with a calibrated travelling spot [8].
Since the observed features are essentially unchanged from one image to the next, other
than in precise position, the accuracy of measurement exceeds the point-to-point resolu-
tion of the microscope used to record the images {6]. Relative displacements of +5 um
can be determined on high quality optical micrographs. This corresponds to a displace-
ment sensitivity of ~100 nm on micrographs of only 50x magnification, that is, over a
field of view of ~2 mm on the sample.

Manual methods of differential image analysis (stereoscopy) suffer from being
tedious; considerable time can be spent analyzing displacements or strains from a single
pair of micrographs. Furthermore, only the displacements parallel to the axis of the
stereoviewer are measured. To obtain the orthogonal component of the relative displace-
ment required for accurate determination of shear strains, both micrographs must be
rotated exactly 90°, and the displacements must be measured from precisely the same
reference position. Such limitations can be alleviated by automating the differential image
analysis through digital image processing techniques [6,7] making use of cross-correlation
procedures. In addition to improving the speed at which measurements may be obtained,
automated image correlation is a powerful technique for determination of shear strains, as
both components of the in-plane displacement are measured simultaneously. 1In this
work, manual stereoscopic image analysis is used, as displacements are sought only in one
direction, and only a small number of measurements are made per pair of micrographs.

Specimen Preparation

The strain measurement technique relies on imaging contrast that occurs on the
surface of the specimen. A specimen surface with a dense, random distribution of highly
contrasting features is ideal. In many cases, sufficient contrast exists naturally on the
specimen surface. Material inhomogeneity or the microstructure can provide useful
contrast. A highly polished sample is not always optimal. For instance, with the compos-
ites discussed in the following part of this paper, a highly polished surface shows large,
matrix-rich regions with no contrast. Strain measurements cannot be obtained from such
regions. In other materials, the scale of the microstructure or other natural features
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providing contrast is too fine (or, possibly too coarse) to provide useful contrast at the
desired magnification. In such cases, intentional contamination, surface decoration, or
even fine scratching of the specimen surface can be introduced. For accurate strain
measurement during high temperature testing, the features providing contrast must be
thermally stable. The specimen surface must be flat (relative to the depth of field of the
viewing instrument at the given magnification) so that the area over which measurements
are to be made is in focus, and stays in focus with deformation of the specimen.

EXPERIMENTAL APPARATUS

The apparatus developed for quantitative investigation of high temperature crack
growth has four independent systems to allow: (1) acquisition of high resolution images;
(2) precise control of loading, deformation, and fracture; (3) accurate temperature control;
and (4) atmosphere control. The system is built around a standard benchtop-sized servo-
hydraulic test frame with associated electronics (servo-controller and signal conditioners).
Images are acquired using an optical microscope attached to a high-stiffness, three-axis
positioning system. To control vibrations transmitted from the surroundings, the loading
system and optical microscope are rigidly fixed to a common plate and attached to a large
mass sitting on pneumatic isolators. A means of securing the camera assembly was
devised so that inserting and removing polaroid film does not disturb positioning or focal
conditions, while still allowing fine adjustments of the microscope for initial focussing.

The specimen is heated with a compact, custom-built furnace with a flat Kanthal
heating element designed to allow viewing of the specimen while minimizing thermal
gradients. The furnace includes a quartz window which is partially mirrored to reflect
much of the radiant energy. Sample temperature is determined with attached thermocou-
ples. The loading system includes water-cooled grips. The optical microscope incorpo-
rates a custom coaxial light source with a fiber-optic cable and high intensity xenon lamp.
The resulting intense illumination overpowers the thermal radiation of the sample,
providing high quality images with consistent contrast, regardless of temperature. The
current system includes an enclosure so that testing may be done in air or with a slight
overpressure of inert gas, although there are no technical barriers to more elaborate atmo-
sphere control. The ability to control the test environment can be a significant advantage
over in situ techniques making use of a scanning electron microscope, in which all testing
is done in vacuum, because high temperature failure mechanisms involving environmental
degradation may be directly investigated.

In examining potential sources of error, the magnification uniformity for this
system has been analyzed over the available magnification range of 6.3 to 32x. Analysis
of control micrographs, in which the only change made is the position of the imaging
system, shows that with positioning errors as large as 100 pum (relative to the sample
surface), errors in the measured strains are well below the measurement resolution.

HIGH TEMPERATURE CRACK GROWTH IN SiC/NICALON; COMPOSITES

At high temperature, brittle matrix composites are subject to a variety of cracking
and damage modes, some depending on the relative creep susceptibilities of the fiber and
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matrix [9,10]. In many ceramic composites, fine-grained fibers exhibit creep behavior
while the matrix remains elastic at service temperatures. Such materials are susceptible to
crack growth at high temperature owing to an interactive process involving fiber creep and
matrix cracking. Creep relaxation of bridging fibers leads to crack propagation as the
shielding effect is reduced and stress transfer to the matrix occurs. With crack propaga-
tion, new fibers are brought into the bridging zone and fiber stresses increase, advancing
creep relaxation effects [1/]. Materials exhibiting this behavior include SiC/ Nicalong
composites such as those used in this work.

Experimental work reported by Henager and Jones [12] showed that under
constant load conditions, steady-state cracking is observed with SiC/Nicalon; composites
at 1100°C. The reported crack growth rates were calculated on the basis of compliance
change, assuming all changes were entirely due to crack growth. However, compliance
changes continuously with relaxation of bridging tractions even in the absence of crack
propagation. The in situ technique described above is used to investigate time-dependent
crack growth in SiC/Nicalon; composites at 1150°C. The technique allows direct
measurement of crack length and crack opening displacement profiles, so that changes
may be directly correlated with test parameters: the load, temperature, and time.

Materials and Specimen Preparation

Nicalon reinforced CVI 5-SiC composites (E.I. Dupont de Nemours & Co., Inc.,
Wilmington, DE), with reinforcement in the form of plain weave 0/90° cloth layers, were
tested. The reinforcements have a carbon-rich coating, providing a weak interface in the
composite. The as-supplied eight-ply composites were approximately 3.5 mm thick.
Compact-tension (CT) specimens were machined from a 200- by 200-mm plate in accor-
dance with ASTM Test Method for Measurement of Fatigue Crack Growth Rates (E 647),
with specimen dimensions of W=31.75 mm and B = 3.00 mm. The specimens were
notched to a depth of 13.40 mm (a,/W = 0.42), with a half chevron notch present 2.24 mm
farther into the material. A Knoop indent (5 kg applied load) was placed at the tip of the
chevron notched region to facilitate further the initiation of a sharp crack. The sample
surfaces were ground flat to a 25-pm finish. Additional specimen polishing was not done,
as it reduces the density of contrast features useful for image correlation.

A pertinent review of the available creep data for CVD SiC and Nicalon fibers is
given by El-Azab and Ghoniem [13]. Using data reported by Gulden and Driscoll [14],
who measured the creep characteristics of CVD SiC, and the resuits of DiCarlo and
Morscher [15], who measured creep strains for Nicalon fibers over the temperature range
1000°C to 1500°C, the relative creep rates of the composite constituents are compared. At
a temperature of 1150°C, the creep rate of Nicalon fibers is more than five orders of
magnitude greater than that of CVD SiC. Therefore, in this work, creep effects are consid-
ered only for the bridging fibers.

Test Procedures

Specimens were precracked at room temperature by fatigue loading at S Hz, at a
stress intensity range of AK = 10.6 MPa-m!"? and an R ratio of 0.1. Sharp cracks initiated
at the tip of the Knoop indent, growing approximately half the distance to the end of the
chevron notch. The samples were unloaded before heating to the test temperature of
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1150°C. Precracking and testing were done in a flowing argon atmosphere to minimize
environmental effects (interfacial oxidation). Examination of the fracture surfaces after
failure (Fig. 1) shows substantial fiber pullout and no evidence of fiber/matrix interface
degradation (i.e. SiO, formation).

FIG. | — Fracture surface of SiC/Nicalon; composite showing substan-
tial fiber pullout and no evidence of interfacial oxidation following sub-
critical crack growth to failure at 1150°C.

Observations and measurements made during testing of a single specimen are as
follows. The specimen was held at an applied stress intensity of 0.1 MPa-m'2 while
heating to 1150°C. After stabilizing at the desired test temperature, reference micrographs
were obtained before the load was increased monotonically. Loading was interrupted at 350
and 700 N for image acquisition. The load was held at 700 N to acquire images over
~200 min. The specimen was then loaded to 800 N and held for over 110 h, until failure
occurred with creep crack growth. All optical images were obtained at 30x magnification.

RESULTS AND DISCUSSION

The ability to map displacements with high precision allowed detection of damage
that would not have been observable by direct imaging. An example is shown in Fig. 2.
With monotonic loading to 350 N (less than half the maximum precracking load, Kapp
~5.0 MPam'?), partial opening of the fatigue precrack was observed (see Fig. 1a).
Continued loading, above the precracking load, to 800 N (Kypp ~13.3 MPa-m"?) caused
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subcritical growth of the initial crack. Secondary cracks developed to the sides of the
main crack, indicating the distributed nature of the damage occurring with monotonic
loading (Fig. 26). While holding at constant load, the main crack continued to open and
extend, presumably because of creep relaxation of crack bridging fibers (Fig. 2¢,d). Itis
important to note that (at this magnification), the secondary cracks, and significant
portions of the main crack, could not be observed in individual micrographs as the resolu-
tion 1s insufficient. Even on high magnification images of highly polished specimens,
cracks such as those indicated here are difficult to detect because they are often within the
interfacial coating on fibers aligned with the crack growth direction. Such cracks were
detected and measured only through differential image analysis, in which a crack appears
as a discontinuity in the differential displacement of contrast features.

The orientations of surface ply fiber tows are indicated in Fig. 2a (0° tows are
parallel to the loading axis). A pore resulting from incomplete infiltration during CVD

FIG. 2 — Evolution of damage with loading at 1150°C: («) partial opening
of the fatigue precrack at 350 N, () crack extension and secondary cracking
observed immediately upon loading to 800 N, and after holding at constant
load for {¢) 706 min and (d) 4232 min. Width of field = 3.61 mm.
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processing is also noted. The precrack initiated within a matrix-rich region between tows
and deflected at the edge of a 0° tow. Secondary cracking during monotonic loading
(Fig. 2b) occurred parallel to the fibers within 90° tows. The main crack extended perpen-
dicular to the 0° fibers, eventually linking up with one of the secondary cracks. The crack
paths appear to correlate with geometrical features of the fiber architecture visible in the
surface ply. However, far-field deformations indicate that cracks illustrated in Fig. 2 are
present as through-thickness features, rather than as surface cracks. Furthermore,
although the overall 0°/90° onientation of fiber tows is maintained, the individual plies are
randomly offset relative to one another, so that 0° tows in one ply may be aligned with 0°
tows, 90° tows. matrix-rich regions, or pores in other plies. A developing crack encoun-
ters microstructural features other than those noted on the specimen surface. Therefore,
the overall crack growth is not correlated with any particular microstructural feature noted
in the outermost ply of the composite.

Crack opening displacements measured at various points along the main and
secondary cracks immediately following monotonic loading to 800 N are shown in Fig. 3.
The measured crack profiles are qualitatively consistent with expectations for bridged
edge and center cracks. More importantly, the crack opening displacement at the notch
root 1s more than double that measured anywhere along either of the side cracks. Stress in
the bridging fibers is proportional to the local crack opening displacement. and the rate of
creep will, therefore, be greater for bridging fibers at the notch root. Growth of the crack
emanating from the notch root occurs while attendant changes in the secondary cracks are
not observed.

FIG. 3 — Crack opening displacements measured immediately after
loading to 800 N at 1150°C. Width of field = 3.6]1 mm.
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To investigate the effects of fiber creep independently of crack growth, the initial
loading of the specimen was interrupted at a level (700 N) just below that used for
precracking. At this load, bridging fibers were likely to be stressed above the creep
threshold, so that creep relaxation would occur while holding at constant load. Moreover,
slight degradation of the bridging tractions could occur without attaining a critical condi-
tion for crack advance. Crack opening displacement profiles were determined from
micrographs taken immediately after the loading interruption and after holding at constant
load for 184 min. The results are plotted in Fig. 4. Changes in the crack opening of
< 0.5 pm were resolved. Although the crack tip position remained unchanged over this
time period, the crack opening increased with time, the largest changes occurring nearest
the notch in which the bridging tractions were highest and the fibers were most susceptible
to creep.

Similar measurements were made while holding at 800-N load. Changes in the
crack opening displacement profile and the crack length were characterized over a period
of ~110 h, at which point matrix crack propagation occurred unstably across the remainder
of the specimen. The results are summarized in Fig. 5. The profile measurements show a
continuously increasing crack opening displacement, again owing to stress relaxation in
the bridging fibers. Crack growth occurred intermittently, presumably because of local
variations in the crack resistance with material heterogeneity (matrix-rich regions and
local variations in the fiber volume fraction). Measurements such as those plotted in
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FIG. 4 — Evolution of the crack opening displacement profile with creep
relaxation of bridging fibers, under constant load conditions at 700 N.
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FIG. 5 — Evolution of the crack opening displacement profile with creep
relaxation of bridging fibers, under constant load conditions at 800 N. Re-
laxation of bridging stresses leads to subcritical crack propagation.

Fig. 5, obtained as a function of temperature and time, provide u(x) data for direct compar-
ison to theoretical predictions of crack growth at high temperature.

CONCLUSIONS

An in situ technique permitting high resolution, high sensitivity strain measure-
ments during elevated temperature mechanical testing of brittle-matrix composites is
discussed. The technique has general utility for investigation of damage and failure mech-
anisms for high temperature, high performance structural materials. The technique is
applied to study crack growth in a ceramic composite at 1150°C, in which the reinforcing
fibers are subject to creep. Crack opening displacements are determined as a function of
position behind the crack tip, providing data for a direct evaluation of the mechanics of
crack bridging at high temperature. At constant applied load, crack growth can be corre-
lated with degradation of the crack-bridging tractions, measured as an increased crack
opening displacement along the length of the bridged crack. Such data can be used with
appropriate models to determine the traction law during various stages of crack growth.
The measurements and observations presented demonstrate the utility of this technique for
investigation of high temperature crack growth and failure mechanisms for CMCs.
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ABSTRACT: Monotonic and fatigue properties of a silicon
carbide/silicon carbide composite were studied at 1300°C in tension.
All tests were conducted in nitrogen (N2) to eliminate oxidation.
Because of the composite architecture and the differences between matrix
and fiber properties, the composite failure under both monotonic and
cyclic loads took place in stages. 1In a monotonic test, the composite
failure occurred by the creep of bridging fibers, and thus, fibers
displayed nonbrittle fracture features. In fatigue tests, although
creep was also occurring under cyclic loads, the fracture surface
analysis showed that final fracture took place in a brittle manner.

KEYWORDS: silicon carbide, creep, fatigue, high temperature, tensile

INTRODUCTION

Silicon carbide (SiC) based ceramics are receiving much attention
for their potential in high-temperature applications. Although they
have very good physical and chemical properties, their use in monolithic
form is limited because of their brittle nature. To solve this problem,
the. fibers are commonly incorporated into the SiC matrix. The
continuous SiC fiber-reinforced SiC composites synthesized by chemical
vapor infiltration (CVI) are particularly attractive since this
combination leads to a composite with very high fracture toughness [1].

As high-temperature structural materials, the SiC/SiC composites
are expected to be used under both static and cyclic lecads. Therefore,
the investigation of their response under these conditions is an
important area of study for their proper use. As compared to room
temperature tests, however, high-temperature studies on composites are
much more difficult since there are numerous experimental variables that
need to be considered. Furthermore, since composites typically have at
least two constituents with different properties, the response
of each constituent becomes important while selecting a proper test

1Associate Ceramist, 207 Metals Development, Ames Laboratory, Metallurgy
and Ceramics Program, Ames, IA 50011,
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condition. In this particular SiC/SiC composite, for instance, the
oxidation of the carbon layer at fiber/matrix takes place readily below
1000°C [2]. The loss of the interfacial carbon layer is a very serious
problem in this material since the mechanical properties deteriorate as
a result [3,4]. Without some overlay coating, it is almost impossible
to study the long-term response of this composite at elevated
temperatures. Even then, as the matrix cracks develop, the oxidation of
carbon occurs easily. Thus, the purpose of this investigation was to
eliminate the oxidation using an inert atmosphere and to study tensile
and fatigue behavior of a $iC/SiC composite at 1300°C.

EXPERIMENTAL PROCEDURE
s eci

A commercial SiC/SiC composite obtained from Du Pont Lanxide
Composites, Inc. (Newark, DE) contained Nicalon fibers (Nippon Carbon
Co., Tokyo, Japan). The important advantage of using small diameter
{5-15 mm) Nicalon fibers is that they can be woven to manufacture
complex parts. The ceramic grade Nicalon fibers, also known as the
Si-C-0 fibers due to its oxygen content, had an amorphous microstructure
with free carborn. The composites had two-dimensiocnal plain-weave fiber
mats stacked up in 0°/90° orientations. The mats were first coated with
0.5 um pyrolitic carbon and then the CVI method was used to form the SiC
matrix. The composite with 3.3mm thickness had about 40% fiber volume
and about 10% porosity. The uniaxial tension tests were carried out
with dog-bone shaped specimens having a 150mm overall length and a 28mm
gauge length (Fig. 1). The width of the test specimens was about 12 and
10mm at the end and gauge sections, respectively. To protect hydraulic
wedge-grips from abrasion during clamping, copper plates were glued onto
the specimen ends.

30 mm

Fig. 1. 8iC/8iC composite tensile specimen used in this study.

Mechanical Testing

Mechanical tests were conducted in a servohydraulic unit equipped
with water-cooled hydraulic grips, a short furnace with graphite heating
elements capable of reaching 2000°C, and a high-temperature contact
extensometer with a 25mm gauge length. As shown by the sketch in
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Fig. 2, the extensometer was positioned outside of the hot-zone, and the

strain was measured by means of the SiC contact rods. The loading
apparatus shown in the sketch was contained entirely in an environmental
chamber to carry out tests in controlled atmospheres. Since the

ceramic-based materials are brittle and generally exhibit very small
deformation, the alignment and the stability of the whole unit at all
temperatures have been found to be extremely critical for the
acquisition of accurate and reproducible data. Before tests the load-
train was carefully aligned to minimize the bending mcments and thus to
prevent premature failure. This was accomplished by means of a dummy
specimen containing twelve strain gauges. At the end, a bending strain
of less than 3% was cbtained at 5 kN. This value decreased further at
higher loads. The hydraulic grip pressure used for gripping test
specimens was 500 psi (3447 kPa).

-21110| Hydraulic grip

Extensometer

Furnace SiC rods

Siminissseies

"""" Hydraulic grip

Fig. 2. Schematic drawing of the high temperature mechanical testing
unit used.

To improve thermal stability of the contact extensometer, a
constant temperature circulator with the capability of maintaining
cooling water temperature at +0.1°C was used. Moreover, to help
mechanical stability of the contact rods on the specimen surface,
particularly under cyclic fatigue loads, a spring capable of exerting
600g force on a specimen through the extensometer rods (300 g for each
rod) was installed. As a result, no slippage of the extensometer rods
was observed, and thermal stability of the unit was very good.
Furthermore, the examination of failure locations in the fractured
specimens showed that the failure did not originate from the contact
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areas, indicating that the force level applied by the spring was not
detrimental for the current specimen geometry.

All tests were conducted in a nitrogen atmosphere and under a
small (1.7 kPa) positive pressure. The specimens were heated to the
test temperature of 1300°C in load control using a small load. Before
tests, the specimens were allowed to equilibrate with the furnace for at
least one hour. The monotonic tension tests were conducted in strain
control with a cross-head speed of 0.1 um/s, corresponding to a strain
rate (€) of 4 x 10~ s~1, The cyclic tension tests were conducted in
load control using a sinusoidal wave-form with a frequency of 0.5 Hz and
a stress ratio (R = Opin/Omax) of 0.1. Microstructural analyses of the
test specimens were carried out by optical microscopy, scanning electron
microscopy (SEM), and transmission electron microscopy (TEM).

RESULTS AND DISCUSSION
Monotonic Tension Test

Recently, ASTM Committee C-28 on Advanced Ceramics published a
test standard for monotonic tensile testing of continuous fiber-
reinforced composites at room temperature [5]. It is recommended that to
avoid environmental effects while testing in ambient air, the tests be

conducted at strain rates on the order of 5 x 1074 and 5 x 107° s71. No
such ASTM standard, however, presently exists for high temperature
testing. In this study, as in the case of the tests conducted at room
temperature, a slow strain rate {4 x 10-6 s‘l) was used for the
monotonic tensile test. At such a slow loading rate, the composite is
expected to redistribute transient stresses arising mainly from the
differences in elastic, creep, and thermal properties of constituents
and to accumulate creep strain. Since the total strain of 1300°C is the
sum of creep and inelastic damage strains (the elastic component is
negligible), it is possible to determine the net creep strain from the
comparison of results obtained at room temperature and 1300°C.

The uniaxial tensile stress-strain curve obtained at 1300°C is
shown in Fig. 3. As marked in the figure, the curve appears to have
four distinct regions. It should be mentioned that thé features seen in
Fig. 3 appear to be typical at elevated temperatures since the curve
obtained at 1200°C was similar. First is the elastic region (Region 1},
where both the fiber and matrix were strained elastically. The area of
Region 1, which represents the amount of elastic energy stored in the
specimen, clearly indicates that elastic deformation at 1300°C was very
limited. Region 1 ends at the point of deviation from linearity as a
result of the macrocrack formation in the matrix. In composite
literature, this point is referred to as the proportional limit, Opil.
and its exact location in the curve depends on the sensitivity of
displacement and load transducers used. It was shown by the surface
replication [6,7], acoustic emission [Z7,8], and frictional heating
measurement [6] methods that the proportional limit seen in
stress/strain curve is not the point at which the first matrix crack
occurs (microcracking threshold). This threshold stress could not be
determined for the present composite since the techniques mentioned
above to detect this point were not employed.
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Beyond Op1 (Region 2), the composite became increasingly compliant
with stress. In contrast to room temperature tests in which the increase
in compliance is entirely due to crack formation, the increase at 1300°C
is due to both the crack formation and creep since Region 2 in Fig. 3
covers a larger strain range under similar stress levels than at room
temperature [3]. At about 160 MPa, the decrease in tangential modulus of
the composite ceased and is designated as the matrix crack saturation
limit, Opesgl. At this point, matrix cracks are assumed to have fully
formed and further deformation was due to the bridging fibers only, as
can be seen clearly from the constancy of the stress/strain slope in
Region 3. Up to this point, the stress/strain curve in Fig. 2 is in
agreement with the prediction by Aveston, et al. [10], in which they
foresaw the formation of such distinct regions in the curve of
unidirectional composites exhibiting multiple matrix fracture.
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Fig. 3. Monotonic stress/strain curve of the SiC/SiC composite obtained
at 1300°C. Note that the specimen exhibited distinct deformation
regions.

At the end of Region 3, the composite became compliant again with
increasing stress. The start of this new region (Region 4) is
designated as the fiber yielding point, Ofy, because of the dominance of
creep under increasing stresses. The fiber failure and pullout are alsc
expected to account for some of the increase in compliance in Region 4;
however, the relatively large size of Region 4, extending from 1 to 1.5%
strain, suggests that the primary event was the creep of the bridging
fibers. The comparison of test results obtained at room temperature and
1300°C showed that the net strain accumulated due to creep was about 1%.
In the absence of creep, Region 4 probably would not have appeared in
Fig. 3 or would have been small since brittle fiber fracture leads to
catastrophic composite failure. This is believed to be the reason why
the curves obtained at room temperature tests did not have Region 4 [9].

Based on the stress/strain behavior of the composite in Fig. 3,
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the discussion above implicitly indicated that the fibers displayed
distinct deformation stages because the deformation behavior of the
composite was dominated by the fibers. However, because Fig. 3 was
obtained under increasing load, there may not be a one-to-one
correlation between the Region 2, 3, and 4 in Fig. 3 and the primary,
secondary and tertiary regions of the creep curves obtained from the
individual fibers under constant loads. Nonetheless, the stress
relaxation starting with Og, in Region 4 under constant strain-rate

clearly suggests occurrence of an accelerated creep event similar to
that seen in the tertiary region of the creep curves. Bodet, et al.
[111 conducted creep testing of Nicalon fibers between 1200 and 1400°C.
They reported the presence of only primary creep in argon and both the
primary and steady-state creep in an argon/carbon monoxide (Ar/CO)
environment. In some instances, however, they observed accelerated
creep (tertiary) as a result of necking in an Ar/CO environment. As will
be shown later, we have also observed evidence (necking) for the
presence of tertiary creep in the composite in Fig. 3.

The stress/strain curve in Fig. 3 in general is similar to the one
observed in the SiC/CAS composites, although the tests with the SiC/CAS
qpmposites were conducted at room temperature [12]. Figure 3, however,
exhibits some important differences with respect to that obtained from
the same composite at room temperature [8]. While both 1300°C and room-
temperature curves showed almost identical elastic regions (Region 1),
inelastic regions and their boundaries were different. For instance,
the composite failure at room temperature took place in Region 3 where
bridged fibers were deforming elastically. Moreover, the failure strain
at the room temperature test was only one-third of the strain seen in
Fig. 3, vet the overall fracture stress of the composite was almost the
same. The fracture stress results (both at 1200 and 1300°C) suggest
that the Nicalon fibers, which are the primary constituent carrying the
load, did not deteriorate at 1300°C in a Ny environment. TEM
observations showed that the interfacial carbon was intact and no
microstructural change took place in the fibers. Thus, in nonoxidizing
environments, the short-term strength up to 1300°C appears to be
independent of temperature. In an oxidizing atmosphere, however, the
fibers were shown to have lost about 45% of their room temperature
strength at 1300°C [13].

Fractography showed that the fracture surfaces obtained during
monotonic tests were nonplanar and rough, as compared to those obtained
during similar tests at room temperature. The fracture surfaces
included steps that were parallel to 0° fibers, indicating the presence
of shear failure. On a microscopic level, the fracture surface also had
distinctive features. Figure 4 shows a typical SEM micrograph obtained
from the specimen in Fig. 3. The fibers had debris, both matrix
particles and interfacial carbon. Most importantly, they exhibited
features that suggest occurrence of necking at this temperature. Thus,
the fiber fracture surfacés in general were nonplanar. In spite of
evidence that creep took place, TEM studies showed that no
microstructural changes occurred in the fibers during the slow strain-
rate test in Fig. 3. Since SiC fibers are amorphous, it was suggested
in the fiber creep studies [1ll] that the viscous flow of this phase is
responsible for the long-term creep of the Nicalon fibers.

Since the fibers have higher strain to failure, the matrix
cracks formed early, and the fibers ended up carrying most of the load.
During microscopic evaluations by SEM and TEM, it was seen that the
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Fig. 4. SEM micrograph of the fracture surface of the monotocnically
loaded specimen in Fig. 3. The fibers generally had carbon/matrix debris
on them. The distinctive rough fracture surfaces in fibers indicate the

occurrence of nonbrittle fracture.

Fig. 5. TEM micrograph from the monotonically loaded specimen in Fig. 3.
The crack formation within the carbon layer at the fiber/matrix
interface was commonly observed in this specimen.
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fiber/matrix interface often had cracks. These cracks were observed at
both the fiber/carbon interface and within the carbon layer. A TEM
micrograph showing the crack in the latter case is seen in Fig. 5. The
cracks in the specimen tested at room temperature were at the
fiber/carbon interface cracks. Thus, it appears that the crack
formation within the interfacial carbon is exclusive at elevated
temperatures. The cracks similar to those in Fig. 5 sometimes deviated
from interface and entered into the matrix. These observations explain
why the fibers generally had carbon and matrix debris on them. Note
that the interfacial cracks mentioned above could not be introduced
during the specimen preparation since as-received (untested) specimens
prepared in the same way did not exhibit similar fiber/matrix detachment
unless the specimen was oxidized; thus, the carbon layer was lost.

Fatigue Testing

It was shown experimentally on previous occasions that there is a
very good correlation between the increase in crack density and the
decrease in stiffness of the composites [14,15]. Thus, in this study,
the crack evolution under cyclic loads was monitored by the in-situ
stiffness measurements.

The maximum stress (Opax) values for the fatigue tests were
selected based on the monotonic stress/strain curve in Fig. 3. As a
result, Opax values of 108, 145, and 188 MPa, which correspond to about
50, 65, and 85% of the failure stress (FS) observed in the monotonic
test were used. In all three cases, the fatigue tests were started from
the zero load and continued until the end of test without any
interruption. The data acguisition was made in a logarithmic interval.
Moreover, to be able to catch the events taking place in the specimen
prior to a possible specimen failure, a buffer was used to record the
last several cycles. At the end of the tests, only the specimen
fatigued with Opax = 50% FS survived the intended number of cycles of 72
000 (40 hrs). The specimens fatigued with Opax = 65 and 85% FS failed
in 7100 and 890 cycles, respectively. The specimens during these tests
exhibited similar behavior. As an example, the stress/strain data
obtained during the fatigue test with Opax = 65% FS is shown in Fig. 6.
The individual loading/unloading cyclic curves were recorded throughout
the test, but for clarity, only the selected curves are included in the
figure. Notice that since the test was conducted under constant A, the
loading/unloading curves moved to right along the strain axis with
increasing fatigue cycles. This is a clear indication that the test
specimen accumulated irreversible (residual) strain under cyclic loads
at 1300°C. Moreover, the specimen exhibited a hysteresis loop, but its
area decreased with fatigue. These two observations at 1300°C are in
contrast to those made on the similar composites at room temperature
[8,16], where the specimens showed almost no residual strain and
hysteresis loops in spite of the presence of matrix cracks.

Figure 7a shows all the strain data recorded during the fatigue
test in Fig. 6. The variations of total, residual, and elastic strains
as a function of fatigue cycle are clearly seen. The total strain (gt)

was measured at maximum stress, while the residual strain (&y) was
obtained at zero stress (specimen unloaded). The elastic strain (gg)
was determined from the relationship in equation (1),

€s = Et - Er, (1)
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Fig. 6. Loading/unloading curves obtained from the specimen fatigued
with Opax = 65% FS (145 MPa). Notice that the specimen crept under the
cyclic load.

Note in Fig. 7a that because of the decrease in stiffness at the
beginning of tests in Fig. 6, the elastic strain increased a small
amount but remained relatively constant afterwards. The residual
astrain, on the other hand, increased rapidly at the beginning to about
1000 cycles and then slowed down with the increasing fatigue cycles
(creep curve). As a result, the total strain (gg + &r) reflected the
change of residual strain accumulated during the test. The total strain
values obtained during the tests with Opayx = 108, 145, and 188 MPa were
0.32, 0.85, and 0.86% respectively. The deformation curve in Fig. 7a isg
redrawn in Fig. 7b in terms of strain-rate. Initially, the strain-rate
was high, between 10°% and 107> s~1, but dropped quickly as the test
proceeded. The decrease in strain rate was continuous, and a steady-
state regime was not reached. This means the region up to 6000 cycles
was still the primary creep area. Beyond 6000 cycles, the strain rate
showed fluctuations, which are believed to be the indications of fiber
failure since the specimen failure occurred afterwards. Just before
composite fracture, the strain rate exhibited a sudden increase, as
expected. From the observations in Fig. 7b it seems that the strain
rate plot is sensitive for the event in the specimen, particularly those
taking place before the fracture.

To compare the initial level of damage introduced intoc the
specimens under different loads, the first two loading/unloading cycles
of three tests are compared in Fig. 8. The origins of the tests were
displaced for clarity. The proportional limits in Fig. 8 appear to be
the same as the one observed in the monotonic test (Fig. 3). The
comparison of slopes of the first and second loading cycles in each test
clearly suggests that a significant amount of overall damage was
introduced during the initial loading. Moreover, the matrix damage
introduced into the specimens increased with the increasing applied
load. An important observation made in this study is that for given
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Variation of normalized stiffness as a function of fatigue cycle
three fatigue tests.

values the fatigue tests were seen to lead to much smaller strain
in the test specimens than the monotonic tests, that is, less

is introduced during the fatigue test. This observation, which
seen clearly from the comparison in Figs. 3 and 8, suggests the

presence of a strain-rate effect in the SiC/SiC composite since the
fatigue tests were typically conducted in strain rates about three

orders

of magnitude higher than the monotonic tests.
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Figure 9 shows the normalized stiffness as a function of fatigue
cycle in all three tests. Normalized stiffness values were obtained by
dividing the instantaneous values by initial stiffness (elastic
modulus). The stiffness measurements were made automatically during the
tests from the loading portions of the loading/unlocading curves. The
scatter in stiffness values is believed to be due to the varying degrees
of wedging and bridging in each cycle in this relatively porous
composite, and as expected, it decreased with increasing applied stress.
The stiffness curves in Fig. 9 show that the damage accumulation
occurred in two distinct steps. Up to 100 cycles, the stiffness
decreased rapidly in all three cases, but the rate with which this
occurred was strongly dependent on the applied stress, increasing with
increasing stress. The high-rate region up to 100 cycles is believed to
correspond to crack formations within the matrix of 90° bundles since
the fibers in these bundles are loaded in radial direction and thus are
not effective carrying the load. Because the matrix has a very low
strain-to-failure, the lateral cracks took place readily and appeared
to be reaching a saturation. Furthermore, the strong dependency of
stiffness loss on applied stress suggests that the higher loads lead to
higher crack density, that is, reduced crack spacing.

After 100 cycles, however, the decrease in stiffness shown in
Fig. 9 leveled off and its rate appeared to be weakly dependent on the
applied stress. 1In this region, the cracks are postulated to be forming
within both the 90° and 0° bundles. Notice also that the overall
stiffness loss at failure does not appear to have any significance for
the occurrence of specimen failure, that is, there is not a specific
stiffness loss value at which the failure is expected to take place.
For instance, Fig. 9 shows that the specimen fatigued with Opax = 65% FS
failed after it had about 60% of the initial stiffness at 7100 cycles,
while the specimen with Opax = 85% FS failed after it had about 30% of
the initial stiffness at 890 cycles. The test with Opax = 50% FS
survived the 72,000 cycles. It is clear that both the normalized
stiffness and the fatigue life decreased with increasing applied stress
level. This implies that both the matrix cracking and the fiber damage
increased with the fatigue stress since the matrix is primarily
responsible for the stiffness loss, and the fiber damage is the one that
determines the fatigue life, at least in inert atmospheres.

The optical micrograph in Fig. 10 shows the typical crack pattern
developed in the composite subjected to fatigue with Opax = 85% FS. The
90° bundles in this figure are perpendicular to the micrograph; thus,
the load was applied along the longitudinal fibers in Fig. 10. As a
result, the lateral matrix cracks occurred primarily within the 90°
laminates. Except for the crossing points at the 0° fiber bundles, the
cracks were relatively continuous across the specimen thickness. At
crossing points, the matrix cracks were deflected and, thus, the 0°
fibers were generally intact. The average crack spacing in this
specimen was about 300 pm, corresponding to a crack density of 3.3mm L,

In general, the fracture surfaces of the fatigued specimens were
smoother than those obtained under monotonic loading. Moreover, at a
microscopic level, the brittle fracture features were observed. The SEM
image in Fig. 11 is from the specimen fatigued with Opax = 85% FS. The
features seen in this micrograph are typical for the fatigued specimens:
the fiber surfaces in general are smooth and the fracture surfaces of
the fibers are relatively flat, indicating the dominance of brittle
fracture rather than creep failure. Both of these observations are in
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Fig. 10 Lateral crack pattern obtained in the specimen fatigued with
Omax = 85% (188 MPa) FS. The cracks developed mostly within the 90°
fiber bundles and had about 300 pm spacing.

Fig. 11 SEM micrograph of the fracture surface of the fatigued specimen
with Opax = 85% (188 MPa) FS. The fiber surface became smooth as a
result of the repetitive loading. The commonly seen flat fiber fracture
surface suggests the dominance of brittle fracture.
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contrast to those made on the fracture surface of the monotonically
fractured specimen, where rougher specimen and the fiber fracture
surfaces were seen. Since both the monotonic and fatigue tests were
conducted at the same temperature and creep took place in both cases,
the differences in the observations are believed to be due to the
differences in the rate of loading in these two tests. Since the
fatigue tests were conducted at a faster rate and the brittle fracture
seemed to be the fracture mode, these observations in the SiC/SicC
composite at 1300°C are similar to those in metals. In metallic
materials, it is well established that a high strain rate promotes
brittle fracture because the dislocations are relatively immobile in
these tests.

CONCLUSIONS

1. The monotonic stress/strain curve of the SiC/SiC at 1300°C exhibits
distinct regions. Matrix cracks first develop within the 90°
bundles, and as the crack density saturates, the load is carried
primarily by the bridging fibers. Eventual composite failure occurs
by the rupture of fibers. While the composite fracture stress at
1300° is similar to that at room temperature, the fracture strain
increases by about 200%, clearly illustrating the effect of creep at
this temperature.

2. The creep is also prominent under cyclic loads, although its
magnitude was dependent on applied stresses. The overall crack
density increases and the fatigue life decreases with the applied
cyclic stress. Up to 100 cycles stiffness loss strongly depends on
the applied stress; beyond that, however, the dependence is weak.

3. The fracture surfaces of the monotonically loaded and fatigued
specimens are different. Although creep takes place in all
specimens, because of the difference in strain rates the final
fracture under monotonic load occurs by the creep of fibers while
that under cyclic load takes place by brittle fracture of the fibers.
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ABSTRACT: Time-to-failure tests were conducted in four-point flexure and in air as a
function of stress levels and temperatures to study the lifetime response of various
Nicalon fiber-reinforced silicon carbide (designated as Nic/SiC) composites with a
graphitic interfacial coating. The results indicated that all of the Nic/SiC composites
exhibit a similar stress-dependent failure at applied stress greater than a threshold value.
In this case, the lifetimes of the composites increased with decrease in both stress level
and test temperature. The lifetime of the composites appeared to be relatively insensitive
to the thickness of graphitic interface layer and was enhanced somewhat by the addition
of oxidation inhibitors. Electron microscopy and oxidation studies indicated that the life
of the Nic/SiC composites was governed by the oxidation of the graphitic interfaces and
the formation of glass(es) in composites as a result of the oxidation of the fiber and
matrix, as well as any inhibitor phases.

KEYWORDS: Nicalon fiber, silicon carbide matrix, Nic/SiC composite, static fatigue,
continuous-fiber ceramic composite

Reinforcement by continuous fibers can substantially improve the damage tolerance of
ceramics by bringing about the fiber debonding, fiber bridging, and fiber pullout processes.
Such toughening mechanisms are achieved through the introduction of an interface/fiber
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coating. A weakly bonded interfacial layer is often used to obtain fiber debonding from
the matrix. As a result, continuous fiber-reinforced ceramic composites (CFCCs) exhibit
relatively large strains to failure with high toughness values, which are in sharp contrast to
the monolithic ceramics that exhibit brittle, catastrophic fracture behavior.

Continuous Nicalon fiber-reinforced silicon carbide (SiC) matrix composites fabricated
by chemical vapor infiltration (CVI) process are candidates for high-temperature
structural applications because of their atiractive mechanical performance at room and
elevated temperatures [1-7]. These structural applications include radiant burners, hot
gas filters, high-pressure heat exchanger tubes, and industrial gas turbine engines. Because
of its strong anisotropic microstructure and its role in protecting fibers during processing,
a graphitic fiber coating has been applied to facilitate interfacial debonding and fiber
pullout. However, graphite oxidizes readily at temperatures above 400°C in air [8]. The
mechanical performance and long-term reliability of Nic/SiC composites is, therefore, a
concern under applied stresses at elevated temperatures in an oxidizing environment.

It was previously shown that the air exposure at 950°C could cause a substantial
degradation in a Nic/SiC composite with a 0.3-pLm graphitic fiber coating in the absence of
an outer SiC seal coating [9]. In that study, no external applied stress was used during
elevated temperature air exposure. A separate study showed that in the absence of
applied stress a Nic/SiC composite with an external SiC seal coat exhibited no strength
degradation after a 1000-h air exposure at 1000°C [10]. However, the presence of a static
flexural loading during air exposure at 950°C could promote failure of a Nic/SiC composite
with a 50- to 100-nm graphite interface and an external SiC seal coat [11]. Furthermore, a
static fatigue study in flexure conducted by Lin et al. [12] has shown that a Nic/SiC
composite with a 0.3-jum graphitic fiber coating and without an outer seal coating
exhibited stress-dependent lifetimes when the applied stresses were above a threshold
value, which was similar to the proportional limit of this composite. The time to failure
decreased with increasing the applied stress level and test temperature. The results also
revealed that a SiC seal coat played little protective function at 950°C in air [12]. The
fatigue study conducted by Lin et al. indicated that the lifetimes of the Nic/SiC composite
above the threshold stress were controlled by the oxidation of the graphitic interfacial
layer and fibers.

At present, only a very limited database is available to provide some insight into the
effect of stress, temperature, and environment on the lifetimes of Nic/SiC composites.
As a part of the research efforts in the CFCC program [13], the current task is studying
the effect of applied flexural stress on the lifetime response of various Nic/SiC
composites at temperatures up to 1200°C in air. The current experiments at
temperatures of 600 and 950°C were designed to investigate the temperature range over
which oxidation effects can alter the mechanical performance and, thus, the reliability of
Nic/SiC composites with a graphitic interface. The effects of modifications in the fiber
coating thickness, composite density, and the chemical composition of the matrix were
also evaluated.
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EXPERIMENTAL PROCEDURES

Time-to-failure studies as functions of applied stress and temperature were conducted
in air on several commercially available Nic/SiC composites (designated as Composite A,
B, C, and D). The general microstructures of the as-received composites are shown in
Fig. 1. The A and B commercial composites were produced by infiltrating a layup of
0°/90° Nicalon plain weave cloth (Nippon Carbon Company. Tokyo, Japan) with SiC
matrix by CVI; each composite used a carbon fiber coating to facilitate interfacial
debonding and fiber pullout. Composite A contains ~ 43 vol. % fibers with a carbon
interfacial layer 0.3- to 0.7-pm thick, exhibits ~ 25 vol. % open porosity, and was tested
with an as-machined surface. In addition, Composite A exhibits a banded or agate-like
structure in both the darker outer layer and the CVI SiC matrix (Fig. 1a). Matrix cracks
are also frequently associated with this distinct banding in the matrix. This agate-like
banding is not apparent in other Nic/SiC composites investigated in the present study
(Fig. 1). The dark phase was found to be enriched with boron content (10 to 20 at. %).
Composite B also contains ~ 43 vol. % fibers with a carbon interfacial layer ~ 0.03- to
0.1-pm thick, less (~ 17 vol. %) open porosity, and has an external layer of CVD SiC seal
coating ~ 40-pum thick.

Composites C and D were also produced by infiltrating a layup of 0°/90° Nicalon
plain weave cloth with a SiC matrix by CVI. Both Composites C and D contain a mixture
of carbon plus particulate fillers, as an oxidation inhibitor, to coat the fiber bundles before
the final CVI of SiC (Fig. 1c). The mixture of carbon and particulate oxidation inhibitors
were introduced via proprietary impregnation and carbonization processes. Auger
analysis of the oxidation inhibitors indicated boron and carbon. In addition to the
introduction of a mixture of carbon and oxidation inhibitor, Composite D contains an
additional coating, that is oxide phase plus particulate inhibitors, between the fiber cloths
for further improvement of the performance at elevated temperatures in air (Fig. 1d).
Auger analysis of the oxide phase indicated silicon, carbon, and oxygen. Both
Composites C and D contain ~ 43 vol. % fibers, exhibit ~ 15 vol. % open porosity, and
have an external layer of CVD SiC seal coat ~ 50-pm thick. Thus, Composites A to D all
differ from the previously investigated Oak Ridge National Laboratory (ORNL) Nic/SiC
composite in terms of matrix composition, interfacial coating thickness, and fiber cloth
layup [12]. This Nic/SiC composite, manufactured at ORNL, consisted of a CVI SiC
matrix and ~ 43 vol. % Nicalon fibers in the form of plain weave cloth with the cloth
layers rotated 30° between layers. The open porosity in the ORNL composite was
~15%. The fiber in the Nicalon cloth had a 0.3-um graphite coating, which was
deposited before infiltration of the SiC matrix.

The dimensions of bend bars prepared from Composites A and B were 3 by 4 by >
50 mm, whereas for Composites C and D the dimensions were 2.5 by 6.6 by > 50 mm.
Note that these two different specimen dimensions were also used for the ORNL
composite bend bars. Resutls of the ORNL composite indicated that the lifetime was not
sensitive to the specimen dimensions (specimen volume) used in the present study,
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FIG. 1. General microstructures of as-received Nic/SiC composites. (a) Composite A
with a 0.5-0.7 um thick interface accompanied by a banded structure in the matrix, (b)
Composite B with a 0.05-0.10 um thick interface, (c) Composite C with a mixture of
graphite and oxidation inhibitors, and (d) Composite D with an additional oxide plus
oxidation inhibitors coating. The labels of “f” and “m” denote the fiber and matrix,
respectively. The arrows indicate the inhibitors in (c) and additional coating in (d).



132  CONTINUOUS-FIBER CERAMIC COMPOSITES

indicating minor effect of specimen volume.? The 0° fibers in the test bend bars were in
an orientation paralle] to the tensile stress direction. The static fatigue in four-point
bending was conducted at temperatures of 600 and 950°C in air. The test fixtures were
fabricated from sintered a-SiC with inner and outer spans of 20 and 40 mm, respectively.
A pneumatic-type loading system was used to applied the load to the test bend bars
through an alumina pushrod. The test bars were held in the fixture with a small load (< 15
MPa outer fiber tensile stress) and heated to the desired test temperature and allowed to
equilibrate for at least 30 min before increasing applied stress to the selected level. The
applied stress was held constant (+ 0.2 MPa deviation) until the test bar failed; at that
point, sensors interrupted the furnace power supply circuit to allow the bend bars to coot
quickly to minimize damage and oxidation of the fracture surface. The applied stress in
four-point bending was calculated using the standard equation of 5, = 3PL/4W‘[2, where G,
is the applied stress, P is the applied load, L is the outer span of the test fixture, w is the
specimen width, and t is the specimen thickness. The testing procedures were carried out
by following the standard methods created by the U.S. Army and the ASTM Standard C
1161 [14,15]. Similar standard procedures have been used for testing the ORNL
composite. The Optical and scanning electron microscopy (SEM) were used to
characterize the microstructure of the as-received composites and the high temperature
fracture surfaces as a function of stress level and test temperature.

RESULTS AND DISCUSSION

High Temperature Static Fatigue Behavior

Figure 2 shows the static fatigue results for Composite A and ORNL Nic/SiC
composite at temperatures of 600 and 950°C under selected stress levels in air. The
results of the ORNL composite reported previously are included as a reference {12]. The
results in Fig. 2 indicated that Composite A exhibited a limited structural capability at
950°C with the lowest apparent fatigue limit of ~ 60 MPa as compared to the rest of
Nic/SiC composites investigated in the current and previous studies [12]. The short
lifetime obtained for Composite A was possibly a result of its high open porosity. The
results for the ORNL composite without seal coat showed that the mechanical
performance degradation increased with increasing the open porosity after exposure to air
at 950°C for 50 h.®> This was attributed to greater oxidation effects as the open porosity
affords greater access of the air to the graphitic interface coating and fibers. In addition,

24 T, Lin, Oak Ridge National Laboratory, Oak Ridge, TN, unpublished results.
3H. T. Lin and P. F. Becher, Oak Ridge Nationai Laboratory, Oak Ridge, TN,
unpublished results.
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the presence of matrix cracks in Composite A would further enhance the ingress of
oxygen and the oxidation reaction. i

The performance of Composite A at 600°C improved significantly, and its
performance was comparable to that of the ORNL composite at applied stresses
< 200 MPa (for example, at lifetime between 1 to 10 h). Again, the low-stress carrying
capability for Composite A was probably due to its high open porosity. While
Composite A and the ORNL composite were tested without a SiC seal coat, this is not
considered likely to be a significant factor in tests using applied stresses greater than the
proportional limit at temperatures > 600°C. Additional studiesconducted on the ORNL
composite and Composite A indicated that the seal coat provided minor or no
improvement in lifetimes at temperatures of 600 and 950°C and at an applied stress
above the proportional limit [12].4

Figure 3 summarizes the fatigue results of Composite B and the ORNL composite at
temperatures of 600 and 950°C in air. In spite of the differences in interface thickness
and fiber layout, the density (open porosity) and fiber content in these two composites
were similar. Note that both composites were tested with an external SiC coating. The
data indicated that both Composite B and the ORNL composite exhibited a similar
lifetime response at both 600 and 950°C under the test conditions used. These results
suggest that the lifetime response of Nic/SiC composites with a graphitic interface
appears to be relatively insensitive to the interface thickness and fiber cloth layup for a
similar open porosity (~ 15%). In addition, Composite B exhibited an apparent fatigue
limit of ~ 70 MPa, which was lower than that obtained for the ORNL composite (~ 90
MPa). The variation in the fatigue limit between Composite B (70 MPa) and the ORNL
composite (90 MPa) may arise from the difference in the fiber cloth layup.

Figures 4 and 5 show the time-to-failure results obtained for Composites C and D and
the ORNL composite tested at temperatures of 600 and 950°C in air. The data showed
that Composites C and D exhibited basically identical fatigue behavior under the test
conditions used (Fig. 5). The results suggest that the introduction of a coating, which
consists of a mixture of an oxide phase and oxidation inhibitors, between fiber cloths in
Composite D does not provide any improved protective function under the applied stress
level and test temperature range used. Static fatigue data (Fig. 4) also showed that
Composites C and D exhibited lifetimes that were ~ 20-times longer than the ORNL
composite at temperatures of 600 and 950°C in air and at an applied stress above the
apparent fatigue limit. In spite of differences in matrix microstructure and fiber layup,
Composites C and D exhibited a similar fatigue limit to that obtained for the ORNL
composite (~ 90 MPa). The enhancement in fatigue life of both Composites C and D is
presumably due to the addition of boron-~containing oxidation inhibitors. The presence of
oxidation inhibitors, a glass former, could react with ingress oxygen to form a boron-
containing glass that could seal the cracks generated in the matrix and retard the oxidation
process resulting in longer lifetimes. Nonetheless, at applied stress above the fatigue limit

H.T. Lin, Oak Ridge National Laboratory, Oak Ridge, TN, unpublished results.
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(> 90 MPa), the fatigue life of Composites C and D was still limited to < 300 h, which
was only observed at 600°C.

Fatigue Damage Characterization

Previous static fatigue studies of the ORNL Nic/SiC composite with a graphitic
interfacial layer indicated that the life-limiting process at elevated temperatures under
stress levels above the fatigue limit was associated with the removal of the interfacial
layer accompanied by the oxidation of fibers and matrix [12]. The Nic/SiC composites
investigated in the present study contained graphitic interface layers with various
thicknesses. [t is, therefore, reasonable to anticipate that similar governing processes
would occur in all the Nic/SiC composites investigated. Figure 6a shows a brittle surface
feature with no fiber pullout in the tensile surface region for Composite B (with a 50- to
100-nm graphitic interfacial layer) tested at 950°C under an applied stress of 100 MPa in
air. Depending upon the applied stress level and test temperature, the size of the brittle
zone could vary between 50 to 80 % of the specimen cross-sectional area. Occasionally,
the presence of residual interfacial graphite with limited fiber pullout could be observed in
both the tensile and compressive regions for Nic/SiC composites tested at 600°C with a
short fatigue life (for example, < 6 h), as shown in Fig. 6b. Similar fracture surface
features as functions of stress and test temperature were also observed for Composite A
and the ORNL composite [12]. At low temperatures (< 600°C), the oxidation of graphite
was the primary process detected by thermogravimetric analysis studies [16]. However,
oxidation of the Nicalon fibers was also observed by transmission electron microscopy
examination in the ORNL Nic/SiC tested at 425°C in air.” The oxidation of the Nicalon
fiber was evidenced by a formation of a skin layer of SiO; on the fiber surface. In this
case, the strength of the Nicalon fibers will continuously decrease with time because of
oxidation reaction. The final failure occurs as the applied stress exceeds the residual
fracture strength of the composite.

In Composites C and D, the particulate oxidation inhibitors were mixed with a
graphite precursor and subsequently applied to the fiber cloths before final SiC
infiltration. Both carbon and boron-containing inhibitors are known to exhibit measurable
oxidation rates at temperatures = 400°C in air {8,17,18]. Figure 7a shows a representative
fracture surface in the tensile surface region of Composite C tested at 950°C/100 MPa
with a life of ~ 100 h. SEM observations revealed a substantial formation of boron-
containing glass, as a result of the oxidation of particulate inhibitors, with no fiber pullout
(brittle fracture). The presence of boron in the glass was confirmed by Auger analysis.
The amount of glass formation decreased with an increase in applied stress level and a
decrease in test temperature. On the other hand, sponge-like graphite caused by an
oxidation reaction was also observed within the fiber bundles in both the tensile and

K. L. More, Oak Ridge National Laboratory, Qak Ridge, TN, unpublished results.
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FIG. 6. Fracture surface features of Composite B tested at (a) 950°C showing brittle
fracture, and (b) 600°C showing limited fiber pullout with residual graphite.
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FIG. 7. Fracture surface features of Composite C tested at 950°C. (a) Brittle fracture
with substantial formation of boron-containing glass as indicated by small arrows, and
(b) Sponge-like graphite observed in fiber bundle associated with particulate-shaped
pores due to the oxidation of inhibitors.
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compressive regions (Fig. 7b). Oxidation and volatilization of particulate inhibitors [17]
also occurred upon exposure to air leaving particulate-shaped pores on the surface (as
seen in Fig. 7b). Oxidation of the mixture of graphite and particulate inhibitors

within the fiber bundle will cause disintegration of the composite and lead to a continuous
decrease in composite strength, resulting in a catastrophic failure. Fatigue results in the
present study suggest that various matrix modifications, which were applied to the
Nic/S1C composites investigated, can enhance the lifetime response somewhat, but further
improvement in the Nic/SiC composites is needed to meet the requirements for very
extended lifetime over a wide range of temperature.

SUMMARY

Static fatigue tests in flexure were conducted to study the lifetime response of four
commercial Nic/SiC composites with a graphitic interfacial coating as a function of
applied stress at temperatures of 600 and 950°C in air. The static fatigue resulis
indicated that all the Nic/SiC composites, in spite of differences in interface thickness and
matrix composition, exhibited similar stress-dependent failure at applied stress above the
apparent fatigue limit. The lifetimes of Nic/SiC composites in an oxidizing environment
increased with a decrease in both stress level and test temperature. The lifetime of
Nic/SiC composites appeared to be relatively insensitive to the interface thickness and
fiber cloth layup. The fatigue life was also somewhat enhanced by an introduction of
particulate oxidation inhibitors.. Electron microscopy and oxidation studies indicated that
the fatigue life of the Nic/SiC composites investigated was governed by oxidation of the
graphitic interface and the formation of glass(es) in the composite as a result of the
oxidation of the fiber and matrix and any oxidation inhibitors.
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ABSTRACT: This paper discusses the results of an investigation of the fatigue crack
growth behavior of a silicon-nitrogen-carbon-oxygen/silicon carbide (HPZ/SiC) ceramic
matrix composite containing an 8 hamess satin weave fiber architecture. Crack growth
during the tests was monitored using optical and scanning electron microscopy as well as
specimen compliance. The fatigue crack growth behavior of the composite and the
monolithic matrix was used to characterize the fiber bridging mechanism during fatigue
loading. A shear lag crack bridging model was used to deduce the fiber/matrix interfacial
shear stress during the crack propagation. The effect of fatigue loading on the predicted
fiber bridging stresses and crack opening displacements are also discussed.
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Ceramic matrix composites (CMC) are considered to be potentially useful as hot-
section components in advanced engines. These CMC components typically contain
damage initiators such as notches and holes from which cracks emanate during service.
Crack growth resulting from the application of cyclic loads must be understood before the
implementation of a damage-tolerant-based design. Crack growth in CMC is
characterized by matrix crack growth in the presence of fiber bridging [1-10]. Therefore.
the development of component life predictions using a damage tolerant design philosophy
requires knowledge of the fiber bridging behavior and stress conditions along the crack.
Marshall et al. [1] described the fiber-bridging stresses in a brittle matrix composite using
a shear lag model as a function of the crack opening displacement, fiber/matrix interfacial
shear stress, T, and constituent properties of the fiber, matrix, and composite. The overall
crack growth behavior of the composite is dominated by the strength of the fiber/matrix
interface [2]. Values for T have been obtained by several experimental methods. Pushout
and pullout tests are commonly used for direct determination of t [3]. Fiber pullout
lengths [4-6], matrix crack spacing [6-8], and hysteresis loops [2, 6, 9] have also been
analyzed to deduce values of T for subsequent prediction of fiber bridging behavior. This
paper discusses the determination of t from the crack growth behavior under cyclic
loading conditions. This method for deducing t from crack growth data has been used
successfully in metal matrix composites [11], but has not yet been applied to CMC.
During this study, the deduced t was used to calculate the fiber-bridging stress
distribution and crack opening displacements. The effect of fatigue loading on 1, fiber-
bridging stress, and crack opening displacement are also discussed.

MATERIAL

The ceramic matrix composite consisted of a silicon carbide (SiC) matrix
reinforced with a silicon-nitrogen-carbon-oxygen (Si-N-C-O) fiber designated as HPZ.
The average radius of the HPZ fiber, Ry, was equal to 6 pum [12]. The HPZ fiber

reinforcement consisted of 1000 filament tows woven into an 8 harness satin weave cloth.
The weave contained 16 ends per inch in both the warp and fill directions, with a ply lay-
up of [0/460];. The fibers were coated with a layer of pyrolytic carbon before depositing
the silicon carbide matrix via chemical vapor infiltration. The composite overall fiber
(Vp) and matrix (V) volume fractions were measured to be 0.41 and 0.36, respectively.
The volume fraction of porosity was approximately 0.23. The modulus of the matrix
(E), fiber (Eg), and the composite (E.) was 439, 180 [12], and 204 GPa, respectively.

EXPERIMENTAL PROCEDURE

Fatigue crack growth tests were conducted using an automated servocontrolled
hydraulic test system. The single edge notched specimen geometry with clamped ends,
shown in Fig. 1(a), was used for all the tests. The specimen ends were rigidly clamped
resulting in rotationally constrained end conditions. The notches were cut using a
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diamond saw resulting in an initial notch length, ag = 3.96 mm and notch width = 0.5

mm. Crack mouth opening displacement (CMOD) was measured continuously using an
extensometer with quartz rods. Optical measurements of matrix crack extension were
made periodically using traveling microscopes mounted to the test frame. The optical
measurements were verified using scanning electron microscopy during interrupted tests.

Fatigue crack growth tests were conducted under constant applied maximum
stress conditions. An initial fatigue crack growth test was conducted to determine overall
composite behavior and notched failure stress. In this test, cycling began at an initial
maximum stress of 21 MPa, and the stress level was periodically increased until
specimen failure. Matrix crack extension was observed on the specimen surface for
cyclic loading at 75 MPa. Maximum stress levels chosen for subsequent fatigue crack
growth tests described in this paper were based on the results of the initial test. The crack
growth test described in this paper, consisted of 12 checkout cycles conducted at a
maximum stress of 18 MPa during which no matrix crack extension was observed. The
checkout cycles were followed by 1 524 594 cycles at maximum stress of 75 MPa,
followed by 2201 cycles at maximum stress of 85 MPa leading to specimen fracture,
Load ratio, R, and cycling frequency was maintained at 0.1 and 3 Hz, respectively,
throughout the tests. The overall specimen compliance was used to calculate compliance
crack length. Isotropic expressions were used to calculate stress intensity factor and
crack length from the compliance measurements [13].

04
A 7] 3.0
Cycle = 559,806
aY _ 20}
l 2
3
CMOD ~==— H 8
T ao - 1.0 -
e pi
a ACMOD = 2 Av
—~> <—B 0.0 _ L . L _
W 0 0.01 0.02 0.03
5+ v LU CMOD (mm)
&) (b)

Figure 1.  (a) Schematic of single edge notched specimen with clamped ends with W =
19 mm, B =2 mm, and H/'W = 4. (b) Typical load versus CMOD response.
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RESULTS AND DISCUSSION

Fatigue Crack Growth Behavior

A typical load versus CMOD response is shown in Fig. 1(b). Matrix crack
extension was observed during the first 400 000 applied cycles, with most of the crack
growth occurring in the first few cycles as shown in Fig. 2. Throughout the fatigue crack
growth test, the compliance crack length calculated from overall specimen compliance
was used to monitor the crack growth behavior as shown by the thin solid line in Fig. 2.
The initial value of the compliance crack length is equal to the initial notch length, for a
maximum applied stress below that which resulted in matrix cracking. At higher
maximum stress levels the matrix crack growth is dominated by fiber-bridging.
Therefore, the compliance based crack length was less than optical matrix crack length
measured on the specimen surface. The woven nature of the HPZ/SiC composite made
continuous optical measurements of matrix crack extension difficult. The compliance
crack length was corrected using the periodic optical measurements and is shown as the
dashed line in Fig. 2. Slight variations in the experimental data as a result of noise or test
interruptions were reduced by smoothing the optically corrected compliance crack length
data using a sliding polynomial fit. The smoothed crack length versus cycle data was
used to calculate composite crack growth rates as a function of applied stress intensity
factor range.
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Figure 2.  Surface matrix crack growth progression with cycling at maximum applied
stress of 75 MPa.

At the maximum applied stress, G, max = 75 MPa, a crack arrest condition
occurred after about 400 000 cycles. Cycling was continued to 1 524 594 cycles, but no
further increase in surface matrix crack extension and specimen compliance were
observed. The crack arrest condition was also indicated by the CMOD response as
shown in Fig. 3. The minimum value of CMOD (CMODy;,) shows an initial increase
during the first few cycles. The value of CMODy,j, remained constant during crack
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growth, followed by a slight decrease during crack arrest. The maximum value of CMOD
(CMODyy,x) increased steadily for the first 400 000 cycles then fluctuated about a

constant value for the remaining cycles at 75 MPa. The difference between CMODy,ax
and CMODy,i, (=ACMOD) showed an initial drop, because of the increase in
CMODyyjp, followed by a gradual increase up to 400 000 cycles.  ACMOD remained
constant for the last 1 124 594 cycles at 75 MPa consistent with the crack arrest

conditions shown in Fig. 2.
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Figure 3. CMOD progression with cycling at maximum stress of 75 MPa.
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Figure 4.  Surface matrix crack growth during cycling at maximum stress of 85 MPa.

When 6, ;max Was increased to 85 MPa, further matrix crack extension occurred,

accompanied by an increase in specimen compliance as shown in Fig. 4. The corrected
data is not shown beyond 1700 cycles because optical measurements were unavailable.
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The specimen failed after fatiguing at 85 MPa for 2201 cycles. The CMOD response,
shown in Fig. 5, supports the crack growth data as the CMODy,,. CMODy i, and

ACMOD increased with applied cycles until specimen failure.
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Figure 5. CMOD progression with cycling at 6 max = 85 MPa.

The smoothed crack length versus cycles data in Figs. 2 and 4 were used to obtain
the crack growth rate (da/dN) versus applied stress intensity range (AK,) response of the
composite at 75 and 85 MPa, respectively. The crack growth rate behavior of the
composite and monolithic SiC [14] is shown in Fig. 6. The continually decreasing crack
growth rate with increasing AK, at 6, ya¢ = 75 MPa indicates fuily bridged crack growth
behavior. Similar bridged crack growth behavior was also observed by Luh et al. [10] in
SiC/LAS and Dauskardt et al. [15] in SiC/Al,O3.
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Figure 6.  Fatigue crack growth behavior of HPZ/SiC at 6, yax = 75 and 85 MPa.
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When the applied stress is increased to 85 MPa, the crack is initially fully bridged, as
indicated by the decreasing crack growth rate with increasing AK, up to ~ 22 MPam!/2,
followed by increase in crack growth rate leading to eventual specimen failure. The
sudden increase in crack growth rate response can be attributed to the onset of fiber
breakage [3,11,12]. The increase in crack growth rate started at cycle count ~ 1 525 000.

The crack profile for a failed fatigue crack growth specimen is shown in Fig. 7.
The crack growth from the saw-cut notch was nearly self-similar. The fiber pullout
lengths for the +60° plies were approximately the same as for the 0° plies, indicating that
fiber bridging occurred in all the plies of the composite.

Figure 7.  Crack profile of the failed fatigue crack growth specimen.

Bridging and Effective Stress Intensity Factor Range

As shown in Fig. 6, the HPZ/SiC composite exhibits significantly higher
resistance to crack growth compared to monolithic SiC. The additional crack growth
resistance in the composite has been attributed to the fiber-bridging mechanism [{-13,15-
17]. The fibers bridging the crack reduce the effect of the applied stress intensity factor at
the matrix crack tip. Thus, the effective stress intensity factor range at the matrix tip,
AKtip; can be expressed as,

AKyip = AK, - AKy, M

in which AKjy, = bridging stress intensity factor range as a result of the fibers bridging the
crack wake. The crack growth behavior of the composite is correlated with that of
monolithic SiC using Eq. 2.

AK(jp = Fg AKpy )

where AKp, = stress intensity factor range in monolithic SiC, and F{ is termed as a
shielding factor [18]. Various investigations [1,2,10,11,14-18] have used different forms
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for F5. In this study, Fg was assumed equal to 1.0, similar to the assumptions in Refs.

10,15, and 17. The crack growth behavior of monolithic SiC shown by the dashed line in
Fig. 6, relates AK, to the crack growth rate, da/dN, as given by Eq. 3.

da/dN = 8.680 x 1015 (aK,)?7-38 G)

in which da/dN is in m/cycle and AKp, is in MPam!”2. Using Egs. 1 to 3, and assuming
Fs =1, AKp was deduced and plotted versus cycles in Fig. 8 for 6, max = 75 MPa. AK,
and AK¢jp are also shown in the figure. Note that logarithmic scale was chosen for the X
axis to highlight the rapid changes during the initial loading cycles. AK, increases with
applied cycles as the matrix crack length increases. Simultaneously, AK}, also increases
continuously, consistent with fully bridged crack growth. AK tip 18 very low and
decreases with increasing cycles. The decrease in AKyjp leads to decrease in crack growth

rate of the matrix crack tip. Hence, the composite exhibits decreasing da/dN with
increasing AK, as shown in Fig. 6.
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Figure 8. Deduced AK}, AK, and AKyip, versus cycle for 65 may = 75 MPa.

Application of a Shear Lag Model

The weight function method was used to determine AK}, according to Eq. 4.

AKp = '[:o Acp(x) h(x,a) dx @)
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in which Aoy(x) is the bridging stress range along the crack, x, a and a, are defined in
Fig. 1(a), and h(x,a) is the load-independent weight function. A weight function available
[13] for the single edge notched geometry with clamped ends was used for the analysis.
Based on the fiber pullout mechanisms, Marshall Cox and Evans [1] derived an
expression for the fiber-bridging stress. This expression was modified for cyclic loading
{17} as given by Eq. S,

®

where Av(x) is the half crack opening displacement range (half-ACOD) along the crack,
Vi, = bridging fiber volume fraction, V, = matrix volume fraction, E¢ = fiber modulus,

Em = matrix modulus, E; = composite modulus, T = fiber/matrix interfacial shear stress,
and R¢= fiber radius. The expression for Av(x) for a crack subjected to applied stress Ao,
and bridging stress range Aoy, is given by [19],

a;a
Av(x) = —}13—' j jh(x‘,a‘) {Aca(x')— Aop(x )} dx' | h(x,a')da' (6)
xLO

in which E' is the orthotropic modulus of the composite.

For the application of the shear lag analysis, the [0/+60]3 HPZ/SiC composite was
modeled as an unidirectional composite consisting of an equivalent volume fraction of
bridging fibers, Vq,. Using the rule of mixtures and assuming E. = 204 GPa obtained
from tension tests, the equivalent volume fraction was calculated as Vg, = (E¢ -
EmVm)YEs Thus, we obtain Vg, = 0.26. E’ was obtained by fitting the predicted Av at
the crack mouth (x = 0) to the experimental data obtained for the first cycle at 75 MPa.

Using Egs. 4 to 6, T was deduced as a function of crack length and cycles for the
tests conducted at 75 and 85 MPa. The iterative procedure was based on correlating the
experimentally deduced AKy, (Fig. 8) and AK}, predicted using Eq. 4 within 0.5%.

The variation in deduced values of © with applied cycles is shown in Fig. 9. The
initial value of 2.6 MPa for 6, jax = 75 MPa is within the range (2.3 <t < 6.1 MPa)

reported for carbon-coated SiC fiber in a silicon carbide CVI deposited matrix [20]. A
rapid decay in T occurs during the first 100 cycles and stabilizes to about 1.0 MPa.
Similar decrease in the magnitude of T with cycling has been reported in the literature
[2,11,18,21,22]. When maximum stress was increased to 85 MPa, T remained neatly
constant with applied cycles. The present analysis assumes the crack is fully bridged



KRAMB AND JOHN ON FATIGUE CRACK GROWTH BEHAVIOR 151

beyond a,. This assumption is valid for continuously decreasing values of da/dN with

increasing cycles. Hence, the analysis was stopped at the cycle count corresponding to
the onset of increase in crack growth rate.

3.0 3.0

(@) oa = 75 MPa F (D) g = 85 MPa
S 20 20F
= r
o 10 1.0 TE/E\E\-E/E/E/E
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10" 10° 10* 10* 10° 10° 10’ 0 100 200 300 400 500
Cycle Cycle Count at 85 MPa

Figure 9. Deduced t versus cycles for maximum stress (a) 75 MPa and (b) 85 MPa.

Figure 10(a) shows the effect of increasing applied cycles on the maximum fiber
stresses (at X = ag) at 6, max = 75 MPa. Note that the maximum fiber stress, of may Was

calculated as ofyax = Acy/[Vis(1-R)].  As the crack grows, ofmay decreases rapidly

from 1520 MPa stabilizing at about 1050 MPa, which is lower than the reported [12]
average failure strength of the HPZ fiber of 1650 MPa. Hence, the predicted fiber
stresses in Fig. 10(a) are consistent with the assumption of fully bridged crack growth
devoid of fiber breakage. Figure 10(b) shows o yax versus cycles for the test at 85 MPa.

Of max is about the same as the test at 75 MPa up to about 400 cycles when of m,y shows
a rapidly increasing trend. Figure 11 shows the fiber-bridging stress o along the crack for
three crack lengths. of increases rapidly from zero at the crack tip and continuously
increases up to the saw-cut notch tip. Equation (5) shows that Acy, is proportional to
V(Av). Consequently, at the crack tip, Av = of=0.
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Figure 10. Predicted maximum fiber bridging stress versus cycles at maximum stress (a)
75 MPa and (b) 85 MPa.
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Figure 11. Predicted fiber bridging stress distributions for cycling at maximum applied
stress of 75 MPa.

An independent verification of the predicted stress distribution is usually achieved
by comparing the predicted and measured COD profile along the crack. The predicted
half-COD range, Av, profile for three crack lengths is shown in Fig. 12. Av in most of the
bridged region is less than 2 um, while at the crack mouth (x = 0) Av is 12 um.
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Figure 12. Half-crack opening displacement profiles for various crack lengths at
maximum applied stress of 75 MPa.

The predicted and measured values of Av at x = 0 are compared in Fig. 13 as a
function of applied cycles. As discussed earlier, the first data point was used to
determine E’ assuming zero crack extension, that is, a = ag. As the crack grows, the
measured values deviate slightly from the predicted values in the middle range of applied
cycles, but the trend is correctly predicted. The close agreement appears to validate the
predicted of but the measurements are made about 4 mm away from the first bridged
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location. Hence, as seen in Fig. 12, Av at x = 0 may not be very sensitive to changes in
ofin the region ag < x < a. The predicted of profile could be verified further if Av can be
measured along the bridged region. Similar measurements have been conducted in metal
matrix composites [11,18,23].
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Figure 13. Predicted and measured half-crack opening displacement range versus cycles.

The fiber-bridging analysis was also used to predict the slip length, L, along the

crack. The slip length corresponds to the region along the fiber in which a constant t
transfers the load from the matrix to the fiber. Marshall, et al. [1] derived an expression
for the slip length as,

AvRe Ef Ep Vi
1. =
§ \/ TE; ™

lg calculated using Eq. 7 for different crack lengths is shown in Fig. 14. The predicted
values are close to the range of values ( 0.8 < I < 1.2 mm) reported by Lamon et al. [20]
for SiC/SiC composites.

During this study, the [0/+60]; woven composite was modeled as an equivalent
unidirectional composite with fibers perpendicular to the crack. of max and oy in Figs. 10

and 11 represent the stress in these unidirectional fibers constituting the volume fraction
Vip. To relate the equivalent unidirectional stresses to the axial fiber stresses in the

composite, the corresponding stresses in each ply of the composite must be calculated.
By requiring the strain in each ply of the composite to be equal to the overall composite
strain, the individual ply stresses were calculated. The maximum axial stress for each
fiber orientation was then calculated from the in-plane ply stress. The maximum
equivalent fiber stress prior to the onset of fiber failure was ~ 1520 MPa as shown in Fig.
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10(b). Therefore, using the ply stress analysis, the axial fiber stresses in the actual
composite which are equivalent to a unidirectional fiber stress of 1520 MPa are equal to
1215, 755, and 424 MPa, for fibers oriented at 0, 30, and 60° respectively. For Ga max =
85 MPa, the predicted equivalent 6,y is slightly lower than the reported [12] tensile
strength of 1650 MPa. Consequently, the axial stresses in the 0, 30, and 60° fibers will
also be lower than the tensile strength. As shown in Fig. 6, da/dN increases after
approximately 500 cycles at 85 MPa suggesting the onset of fiber failure. This suggests
that either the in situ strength of the HPZ fiber is lower than that from single fiber test or
the strength of the fiber is degraded as a result of the wear induced during fatigue
loading. The maximum value of strain predicted by load equilibrium was 0.015 mm/mm
for a=4.89 mm. From Figs. 12 and 14, we can estimate the strain as = Av/[I(1-R)]
0.016 which is close to the value obtained from the load equilibrium analysis. The close
agreement between these values verifies the fiber stresses estimated from the analysis.
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Figure 14. Predicted slip length profile for various crack lengths at a maximum applied
stress of 75 MPa.

SUMMARY

The room temperature crack growth behavior of a woven HPZ/SiC composite
subjected to fatigue loading at two maximum stress levels was examined. The crack
growth rate decreased continuously with increasing applied stress intensity factor range at
maximum applied stress of 75 MPa indicating fully bridged crack growth behavior. When
the applied stress was increased to 85 MPa, the crack growth rate decreased continuously
for approximately 500 cycles, indicating the crack was initially fully bridged. Further
cycling at the 85 MPa maximum stress resuited in an increase in crack growth rate
leading to eventual specimen failure. A shear lag crack-bridging model was used to
analyze the fatigue crack growth behavior of the HPZ/SiC composite simulating the
woven composite as a composite with an equivalent volume fraction of unidirectional
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fibers. The fiber/matrix interfacial shear stress (1), fiber-bridging stress, slip length, and
crack opening displacements were deduced from the measured crack growth behavior.
During bridged crack growth, t decreased rapidly from 2.6 MPa and stabilized at about
1.0 MPa suggesting fatigue-induced degradation of t. The estimated fiber stresses at the
onset of fiber failure were lower than the reported fiber tensile strength implying possible
decrease of in situ fiber strength as result of wear between the matrix and the fiber during
fatigue loading.

The experimental results and analysis discussed in this study demonstrate the
feasibility of using the shear lag model to describe crack growth in the woven HPZ/SiC
composite. These results, based on an initial test, will be used to define future test
conditions and required experimental data. The approximations used to relate the
unidirectional fiber bridging model to the woven composite reduce the highly complex
state of woven fiber bridging behavior to a simplified unidirectional model which may be
used to describe the overall crack growth behavior of the composite. Using these
approximations, T becomes a fitting parameter used to describe the crack growth behavior
of the woven composite. The values of T obtained from the shear lag analysis in this
study, agree with the range of values for carbon coated SiC fibers in a SiC CVI matrix,
indicating that the effect of off-axis fibers may be modeled as an equivalent volume
fraction of unidirectional fibers. Accurate modeling of the crack growth behavior of the
woven composite requires a shear lag model based on off-axis fibers.
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ABSTRACT: A study of the high temperature tensile creep rupture behavior of a
commercially available woven [0/90] Nicalon/SiC composite was performed. Tests were
performed at temperatures of 500 to 1149°C. At a creep stress of 83 MPa, lives of less
than 40 hours for temperatures above 600°C in air were obtained. At the reduced stress
level of 69 MPa, lives were twice as long. However, a test conducted at 83 MPa and
temperature of 982°C in vacuum yielded a run-out life of more than 1000 hours. Also,
the tests performed in air have significantly shorter lives than those reported by the
composite manufacturer. Post test investigations focused on identifying the mechanisms
responsible for the unexpected difference in life and results are presented. Analytical
modeling and supplemental testing revealed an unexpected environmentally assisted
material degradation at an intermediate temperature range of 700 to 800°C. Microscopic
and chemical analyses indicate that a combination of applied stress and temperature
produces an oxidation-embrittlement damage mechanism. The role of the selected
specimen geometry and testing conditions, which was instrumental in the detection of this
failure mechanism, is thoroughly discussed.
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Continuous fiber ceramic composites (CFCCs) have been proposed for structural
aeropropulsion applications in components such as turbine rotors, nozzles, disks, and
combustors [1]. In many of these potential applications, material durability at elevated
temperature is a key property for economical and safe use. Future aeropropulsion
systems will require CFCCs that can retain mechanical properties and structural integrity
under both cyclic and creep loading for thousands of hours.

Flexure creep is the iest method of choice for CFCCs due to small material
requirements and simple specimen and fixturing design. However, the stress state varies
through the specimen and data interpretation is not straightforward [2].

From a design point of view, tensile creep data is preferred for stress analysis and
lifetime prediction [3]. Tensile creep testing has been used to characterize the time-
dependent behavior of glass-ceramic composites reinforced with SiC fibers [4-6], SiC
fiber-reinforced Si;N, [7] and SiC/SiC [8].

As part of an effort to characterize the high temperature mechanical performance
of a model CFCC, the tensile creep-rupture behavior of a commercially available woven
SiC/SiC composite was investigated. Specific objectives of this work were to identify
potential failure modes and to provide an experimental database for life modeling efforts.

MATERIAL AND SPECIMEN

The material examined in this investigation is a SiC fiber-reinforced SiC matrix
composite manufactured by DuPont Lanxide Composites using a chemical vapor
infiltration (CVI) method. The SiC matrix contains a propriety enhancement and is
reinforced by [0/90], two dimensional plain weave of ceramic grade Nicalon fibers. The
fiber coating used was carbon. The composite contained eight plies.

The specimen design employed [9] is shown in Fig. 1. Note that this design has a
28 mm long gage section and uses a large transition radius (370 mmy) from the gage
section to the grip end to minimize stress concentrations. Specimens were machined
from the Nicalon/SiC plates using diamond grinding and then CVT seal-coated to protect
the machined surfaces.
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Fig. 1--Schematic of the tensile creep rupture specimen.
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TEST PROCEDURE

Tensile creep-rupture tests were performed in air and vacuum (107 torr) at
temperatures of 500 to 1149°C with applied stress levels from 55 to 83 MPa. Electro-
mechanical test machines with water-cooled wedge grips were employed for the testing.
To minimize the role of load train misalignment on the creep-rupture behavior,
alignment was measured and adjusted using a strain-gaged alignment bar and the
recommended procedures in ASTM Standard Test Method for Monotonic Tensile
Strength Testing of Continuous Fiber-Reinforced Advanced Ceramics with Solid
Rectangular Cross-Section Specimens at Ambient Temperatures (C 1275). The bar,
manufactured from a tool steel, contained four strain gages at three locations, one set in
the middle of the specimen and the other two spaced 30 mm from the center. For any
plane of measurement, the maximum bending strain was less than 5 % at a mean strain of
0.03 %. The test machine alignment was verified before, during, and after the test
program.

For tests conducted in air, specimen heating was performed with inductively-
heated SiC susceptors (Fig. 2). Specimens tested in vacuum were heated using a single-
zone graphite-element furnace. Temperature was measured using Type R (Pt/Pt-Rh)
thermocouples and controlled to within £1°C. Beaded thermocouples, placed adjacent to
the center of the specimen (Fig. 2), were used during the tests. Strain was measured
using air-cooled axial extensometers of 12.5 mm gage length for air tests and water-
cooled extensometers of 25 mm gage length for vacuum tests.

The axial temperature profile of specimens heated with the SiC susceptor was
measured in the range of 500 to 1300°C. Eleven beaded thermocouples were used to
measure the temperature profile from the center of the specimen to the point where it was
gripped. In the gage section of 28 mm in length, the maximum deviation from the
nominal test temperature was +10°C.

For loading up to the creep load, a stress rate of 10 MPa/s was employed. This
procedure was used to avoid possible creep life variations associated with transient stress
redistribution [10].
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Fig. 2--Schematic of the specimen within the inductively heated susceptor assembly.
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Test control and data acquisition were performed using personal computers and
in-house developed software. Because the emphasis of the test program was examination
of long term material behavior, the software controlled both the test machine controller
and the temperature controller to assure that tests are gracefully shutdown due to failure
of the specimen, the heating system, or the test machine. The software also shuts off the
heating system when a specimen breaks. For a specimen tested at 1149°C, it cools to
300°C in about 5 to 10 minutes.

Standard samples of untested material were prepared in parallel with tested
samples for microstructural examination. Sections of tested samples were removed by
diamond slicing and placed in metallurgical mounts under vacuum. Samples were
typically held under vacuum for several hours to allow pores and cavities to out gas.
While still under vacuum, metallurgical samples were then covered with a florescent
epoxy, removed from the vacuum chamber, and placed in a high pressure chamber with
10 MPa nitrogen to force epoxy into sample pores and damaged locations. Metallurgical
samples were then lapped and polished for examination.

RESULTS AND DISCUSSION
Stress-Strain Behavior

The stress-strain behavior during loading to a creep stress of 83 MPa as a function
of temperature is shown in Fig. 3. The various tensile curves are offset along the strain
axis for clarity. For all temperatures, the loading curves become nonlinear as the
specimens approach the creep stress of 83 MPa (some of the nonlinear nature of the
higher temperature tests is due to increasing electronic noise of the data acquisition
system with increasing temperature). Tensile data generated in another study by Tosi
[11] revealed that the proportional limit is constant from room temperature to 1149°C.
Using a strain offset of 0.005 %, the proportional limit was found be 83+6 MPa. Thus,
the creep tests conducted at 83 MPa were loaded just to the proportional limit.

90
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982°C
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600°C
500°C

Stress, MPa
oapOoo

-1

0.0e+0 6.0e-4 1.2e-3 1.8e-3

Strain, mm/mm

Fig. 3--Initial stress-strain behavior of Nicalon/SiC specimens loaded to a creep stress of
83 MPa
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Stress-Rupture Behavior

The stress-rupture data for the Nicalon/SiC composite between 500 and 1149°C
are shown in Table 1. With the exception of one specimen (343-01-178-08), all
specimens listed in this table were manufactured during the same production run,
however, specimens are cut from several plates (the third number in specimen ID is the
plate number). Where multiple tests were performed at a given test condition (e.g.,
982°C, 83 and 69 MPa creep stress), relatively small scatter in terms of rupture time was
observed. For creep stresses of 83 and 69 MPa at 982°C, the average lives are 19.3 =
5.0 and 55.7 + 9.8 hours, respectively. The stress-rupture data at 700, 982 and 1149°C
are shown in Fig. 4. For stresses of 69 MPa and above, rupture lives were less that 100
hours, and at a stress of 55 MPa, run-out lives in excess of 1000 hours were obtained for
tests conducted in laboratory air. Note that lives for 700 and 982°C are about the same.
Tests performed in vacuum at 982°C and a creep stress of 83 MPa yielded run out lives of
1000 hours, but at 1149°C, the rupture time was 36 hours.

Rupture lives for a creep stress of 83 MPa as a function of temperature is shown
in Fig. 5. Between 700 and 982°C, rupture time is about 24 hours. Life decreases to 5
hours at 1149°C and gradually increases to 850 hours at 500°C.

Also shown in Fig. 5 is the failure location, as measured from the center of the
specimen, as a function of gage section test temperature. Failures which occur within 14
mm of the specimen center are within the straight gage section. For temperatures of 500
to 700°C, failure occurred in the center of the specimen. As the gage section temperature
increased, the failure location migrated outside the gage section toward the cooler
specimen ends. Failure location (inside or outside the gage section) is listed in Table 1 as
well,

Creep Behavior

Creep curves as a function of temperature at a stress of 83 MPa are shown in Fig.
6. Note that most of these strain-time curves show the three regions typically observed
during constant-load creep testing of metallic materials. The creep rates generally
increase with temperature. The exception is the test conducted at 800°C (spec. 0007-010-
24-01). From the stress-strain curve measured during loading to the creep stress, the
proportional limit of this specimen was determined to be 60 MPa. As its proportional
limit is 23 MPa lower than the average, this specimen contained more extensive matrix
microcracking than the others tested at 83 MPa. The proportional limit of 60 MPa is
nearly six standard deviations lower than the average. For this reason, data generated for
this test is not considered representative of the material’s performance.

Fig. 7 is a plot of the secondary creep rate, or minimum creep rate (MCR) versus
temperature for a creep stress of 83 MPa. At 500°C, the MCR was about 1 x 107 %/sec,
and it increased to 9 x107 %/sec at 1149°C . The exception is the data point at 800°C as
discussed above.

Creep curves as a function of stress at 982° C are shown in Fig. 8. The MCR for
the 83 and 69 MPa tests are about the same, 3 x 107 %/sec. The specimen tested using a
stress of 55 MPa was sfopped at 1000 hours prior to failure, and the MCR was below the
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TABLE 1-- Stress-rupture data for [0/90] Nicalon/SiC.
Specimen Gage Creep Stress | Time to Test Failure
D" Temperature [MPa] Rupture | Environment Location
[°C] [hrs*] [inside or out-
side gage]
0007-010-23-14 1149 83 5.75 air outside
0007-010-23-15 1149 83 4.5 air outside
0007-010-27-03 1149 83 36 vacuum outside
0007-010-25-16 1100 83 13.77 air outside
0007-010-21-04 982 83 14.78 air outside
0007-010-21-03 982 83 23 air outside
0007-010-21-02 982 83 15.26 air outside
0007-010-26-18 982 83 24.25 air outside
343-01-178-08** 982 83 26.53 air outside
0007-010-23-16 982 83 400+ vacuum did not fail
0007-010-21-05 982 83 1000+ vacuum did not fail
0007-010-19-01 982 69 59.75 air outside
0007-010-21-06 982 69 41.8 air outside
0007-010-25-18 982 69 64.5 air outside
0007-010-22-13 982 69 56.75 air outside
0007-010-27-02 982 55 1000+ air did not fail
0007-010-27-04 800 83 42.75 air inside
0007-010-24-01 800 83 18.51 air outside
0007-010-24-02 700 83 325 air inside
0007-010-24-06 700 69 130.3 air inside
0007-010-23-17 700 69 66.5 air inside
0007-010-23-13 700 55 1200+ air did not fail
0007-010-24-03 600 83 116 air inside
0007-010-24-05 500 83 845.6 air inside

*Failure times appended with + denote tests stopped prior to failure.
** This specimen was of the alternative geometry as shown in Fig. 10.
™ Specimens were numbered by the composite manufacturer, DuPont Lanxide.
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Fig. 4--Stress-rupture data for [0/90] Nicalon/SiC composite at 700, 982 and 1149°C.
Arrows indicate tests interrupted prior to failure.
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Fig. 5--Stress-rupture data for [0/90] Nicalon/SiC composite as a function of gage section
temperature at a creep stress of 83 MPa. Also shown is the failure location (as measured
from the center of the specimen) as a function of gage section temperature.
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resolution of the extensometry.

For tests conducted in air, the total strain to failure (that s, initial loading strain
plus creep strains) was in the range of 0.08 to 0.15 % for all temperatures and stresses.
For the test at 982°C and stress of 55 MPa, the maximum strain attained was 0.16 %
when the test was stopped at 1000 hours prior to failure. Also, the specimen tested at
700°C and a stress of 55 MPa reached a maximum strain of 0.04 % before it was
stopped after 1200 hours.
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g 1.2e3 -
E
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1
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0 40 8o 120 160 200
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Fig. 8--Creep curves for [0/90] Nicalon/SiC at 982°C as a function of creep stress.

Failure Analysis

Initial creep rupture tests conducted at 982°C and 83 MPa yielded average lives of
19.3 hours with very narrow scatter. The average life was considerably less than that
expected based on available published results for the material [3]. Specimens exhibited
failure just outside the gage section, which lead to speculation that either test procedure
or rig misalignment was the cause for shortened lives. Support for a thermal stress
argument came from the observation that the failure location moved predictably along the
specimen gage length in response to the gage section temperature. As the gage section
temperature increased, the failure location began to migrate outside the gage section
toward the cool ends of the specimen. At reduced gage section temperatures, generally
below 800°C, specimen failure was predominately within the gage section. Failure
surfaces of the creep rupture specimens exhibited brittle behavior, relatively smooth, flat
surfaces with little or no observed fiber pull out. The failure surface shown in Fig. 9 is
typical of the failure surfaces observed for failed specimens. Although a flat fracture
surface with little fiber pull out suggests an embrittlement problem [12], microstructural
examination, as discussed below, lends greater support to the existence of environmental
degradation at an intermediate temperature.
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The test procedure and rig alignment were checked to verify compliance with the
standard for tensile testing of CFCCs (ASTM C 1275). The load train alignment was
measured several times during the test program with a strain gaged specimen. In each
case, a high degree of alignment was maintained, less than 5 % maximum specimen
bending. Maximum bending strains were compared to those reported by Holmes for axial
creep testing of unidirectional and cross ply ceramic matrix composites, including
SiC/SiC [13]. After establishing that rig alignment produced bending strains within the
accepted standard (ASTM C 1275), duplicate testing confirmed the initial results of
shorter than expected creep life and specimen failures outside the gage section.

Fig. 9--Typical fracture surface of a specimen tested at 982°C.

Effect of Specimen Design

After the alignment concern was minimized, an investigation that observed lives
were an artifact of the specimen design was conducted. Finite-element analyses were
used in the design of the specimen to minimize the stresses that would cause failure in the
transition between the gage section and the grip region [9]. However, the analysis
indicated that the large (370 mm) radius (Fig. 1) could lead to failure in the transition
because the net section axial stress decreases gradually from the straight gage section to
the grip ends, and specimens could fail in the transition regime due to the presence of pre-
existing flaws. To explore specimen geometry effects, a specimen of an alternative
design, which was used to characterize the stress-rupture and fatigue behavior of this
same material in another study [3], was tested. The alternate specimen was 200 mm long,
12 mm wide at the grip end, and 8 mm wide in the gage section (Fig. 10). The reduced
section, including the gage section and the transition region, was 61.5 mm long, with a 40
mm long straight gage section and a transition radius of 30 mm. This specimen was
tested at 982°C, using a creep stress of 83 MPa. Even though this specimen was 48 mm
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longer than the baseline specimen, the additional length was inserted into the grips to
yield the same ungripped length. The test result is given in Table 1 (specimen no. 343-
01-178-08). Even though this specimen was from a plate manufactured during a different
production run, time to rupture and the failure location were the same as seen with the
baseline geometry.

A study of the thermal boundary conditions was initiated after the specimen
geometry investigation yielded inconclusive results. Elevated temperature testing was
accomplished with an induction furnace and susceptor to provide the heating zone. As
discussed earlier, the gripped specimen ends were not within the hot zone and were held
by water-cooled wedge grips. The fact that the failure location migrated away from the
hot gage section toward the cooler grip ends, as gage section temperature increased,
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Fig. 10 -- Schematic of the alternate tensile creep-rupture specimen.

suggested that thermally-induced axial stresses may have played a significant role in
specimen life. As discussed above, the thermal profiles of test specimens were
experimentally measured with thermocouples to characterize the magnitude of the
gradient. The thermal gradient was found to be greatest outside furnace and near the
dogbone fillet radius, near the failure location.

Various specimen designs used for CFCC's were analyzed using finite element
analysis by Worthem [9]. The optimized design is the baseline employed for this study
(Fig. 1). The design of this specimen was based on an isothermal finite element analyses
using room temperature material properties. To estimate the thermal stresses arising
from the experimentally imposed gradient, additional finite element analyses were
conducted for both specimen geometries. Two dimensional, linear elastic finite element
analyses were conducted using Abaqus [14]. Pre- and post processing for the finite
element analyses were performed using Patran [15]. Constituent material properties used
were those of the DuPont Enhanced SiC/Nicalon composite [16]. Based on the
measured temperature profiles, from 500°C to 1300°C, several gage section temperatures
and external boundary conditions were simulated. The resulting thermal stresses were
superimposed on the applied mechanical stresses.

For gage section temperatures and applied tensile stresses used in the
experimental program, thermal stresses of 15 to 20 MPa were induced in the baseline
specimen, and 40 MPa in the alternate specimen design. For both specimens, the location
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of the maximum thermal stress varied with gage section temperature. However, the peak
stresses occurred outside the observed failure locations. The increase in stress could be
used to explain migration of the failure location, but it did not fully explain shorter than
expected lives, since the available published results (which reported stress-rupture lives
50 times longer than we obtained under identical conditions [3]) were generated using the
second specimen geometry. Furthermore, a test conducted with the second specimen
geometry in our laboratory yielded the same shortened life with failure occurring in the
specimen at the same temperature range, As a consequence of these tests and the results
of the associated finite element modeling, the specimen geometry and the thermal
gradient were discounted as the cause for unexpectedly short lives and an investigation
for physical evidence of an intermediate temperature effect was initiated.

Examination of Failed Specimens

Fracture surfaces of failed creep rupture specimens were flat and exhibited little or
no fiber pull-out. A typical example of a failed surface is shown in Fig. 9. The higher
magnification image shown in Fig. 11 demonstrates that most fibers fractured within one
or two fiber diameters near the fractured surface. Only isolated examples of modest pull-
out greater than two fiber diameters was observed. It can be seen that final fracture
surface was contained within one to
two transverse fiber tows. Apart from
suggesting that final failure was
brittle in nature, fractographic
examination revealed little
information concerning the
mechanism producing a time
dependent reduction in life.

Subsequent metallurgical
examinations of specimens tested in
air to failure revealed both the cause
for shortened life and the physical
mechanisms involved. The first
metallurgical examinations were
completed on sections taken near the
fracture surface. A 3 mm thick cross
sectional slice was taken 2 mm
behind the fracture surface on several
failed specimens. Optical
microscopy, conducted after these
slices were polished, revealed several
instances of fiber-matrix interface
damage. The interface material
between some of the longitudinal
fibers and the surrounding matrix was Fig. 11--Fractured fibers on typical failure
absent. Since these sections were surface.
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taken very near the
fracture surface, it was
possible that this damage
resulted after final failure.
The carbon interface
would be easily oxidized
at elevated temperature
after failure. However,
not all of the fiber bundles
near the fracture surface
exhibited a loss of the
interface material and
previous fractographic
examinations revealed that
the carbon interface was
intact in most of the fiber .' 100 um - '
tows on the surface. Note
on these metallurgical
slices that fibers absent of
interface material were
predominately clustered
together as shown in Fig. 12. It was thus concluded that the removal of interface material
occurred during testing, prior to final failure.

The open gap left between the fiber and matrix where interface material had been
removed also appeared to be large when compared to the average thickness of the
undamaged carbon interface. This observation led to the speculation that either fiber or
matrix material had been lost during the test. A loss of fiber material was considered
more likely than the matrix material given the difference in the quality of the two SiC
materials {17]. A loss of fiber material would produce a loss of fiber radius and a
resulting increase in fiber stress, assuming the axial load on the longitudinal fibers
remained constant. This argument also provided a physical mechanism which explained
the creep rupture failure of the material. A re-examination of the fracture surface also
demonstrated evidence of fiber attack. Some of the fibers extending out from the fracture
surface in Fig. 11 were also pitted. The fractured ends of several of these fibers also
appear to be narrowed and rounded. This was taken as further evidence that a chemical
erosion of the fiber radius plays a role in final failure.

Examples of aggressive fiber attack were commonly observed in locations where
matrix cracking had occurred and allowed ingress of oxygen. The prevalence of fiber
attack near surface connected cracks in the matrix suggests that an oxidation mechanism
plays an active part in the damage process. With the loss of support from absent interface
material, damaged fiber tows experienced extensive fiber loss during the mechanical
polishing process. Although this fiber removal was an obvious artifact of the polishing
process, its primary cause was testing damage since similar fiber loss was not observed in
any polished samples of untested material. Photographs of a typical damaged tow and
undamaged tow are shown in Fig. 13 for a 982°C creep-rupture-tested sample. At closer

Fig. 12 -- Absence of interface material in the fiber bundle .
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Fig. 14-- Damaged fibers with reduced radii.

examination, fibers within a damaged tow exhibited surface pitting similar to that
observed on exposed fibers near the fracture surface. Fig. 14 also shows that fibers near
the matrix microcrack have a reduced radius. In light of the physical evidence, the
argument that reduced fiber area led to increasing fiber stress and eventual fiber failure by
fracture appears reasonable.

Based on the physical metallurgical evidence and the fact that shortened life
resulted at a specific temperature region between 700 and 800°C, it was decided to
examine the distribution of damage from gage section center to one of the two cooled
grip end. Each test specimen has two gripped ends and therefore two cooled locations
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opposite each other from gage center. It was assumed that both locations experienced
similar thermal damage and that final failure resulted from the region which first reached
criticality. The cooled region opposite the fracture surface location would provide the
best opportunity to observe damage evolution prior to final failure.

Observations of the distribution of damaged fiber tows within the test gage
section were taken from samples mounted and polished on planes parallel to the
composite ply lay-up. The distance from gage section center to the failure location was
used to establish a reference position on the sliced and polished section. The distribution
of fiber tow damage along the specimen gage length in the ply-parallel metallurgical
samples clearly demonstrated the cause for shortened life and the observed migration of
the fracture location. Examinations were conducted on 982, 800 and 700°C samples and
all exhibited extensive fiber damage. It was further observed that, as the gage
temperature increased, the distribution of damage became more concentrated and
migrated away from the gage section toward the cooler grip end. Dramatic evidence of
extensive damage for the 700°C sample can be observed in Fig. 15. For the 700°C
samples fiber tow damage was observed throughout the gage section with no apparent
concentration of damage near the gripped end. Fig. 15 also demonstrates the
concentration of damage observed near the cool grip end for failed 982°C samples. For
these samples, damage was localized and less damage occurred within the hotter gage
section.

GAGE fiber damage zone SRR

SECTION END

symmetry location of fracture surface

Fig. 15 -- Damage distribution for a 700 and 982°C specimen.
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The combination of analytical results, stress-rupture test data, and metallurgical
evidence strongly suggests the existence of a pesting phenomenon at temperatures
between 700 and 800°C. Pesting is an environmentally-assisted material degradation at
an intermediate temperature range. Reduced material performance at intermediate
temperatures has been previously reported for other CFCCs [18.19]. In Nicalow/SiC,
reduced performance was observed between 600 and 800°C {8,20].

For the DuPont Enhanced CVI SiC/Nicalon material tested here, the pesting
manifests itself as oxidation and erosion of the 0° Nicalon fibers. Pesting in
Nicalon/magnesium aluminosilicate and Nicalon/Al,O, composites was also attributed to
weakening of the fibers [19]. The matrix enhancement in this DuPont Enhanced CV1
SiC/Nicalon likely plays a role in the observed pesting phenomena. At this point, the
exact mechanism of pesting in this composite is unknown and under investigation. Note
that the observed loss of the carbon interface and attack of the Nicalon fiber are consistent
with oxidation kinetics of SiC/SiC in the temperature range of 400 to 1000°C [21]. Itis
suspected that the combination of stress and temperature influence the rate of pesting.

Due to the combination of the existence of the pesting and the specimen design
employed, the stress-rupture lives obtained above 800°C are erroneous because failure
occurs outside the gage section, at a point where the local specimen temperature is around
700 to 800°C. The measured creep rates are valid regardless of the pesting problem.

SUMMARY

The tensile creep behavior of a woven [0°/90°] SiC/SiC composite was
characterized between 500 and 1149°C.

Environmentally assisted material degradation at an intermediate temperature
range, or pesting, was detected for this material. Preliminary data suggests that it occurs
between 700 and 800°C.

The physical evidence of pesting is an aggressive environmental attack of
composite fibers resulting in pitting of exposed fiber surfaces and removal of fiber
material. This attack provides a physical mechanism for the time-dependent reduction in
material strength principally caused by the time-dependent reduction in fiber radius.

An analysis of test method employed revealed its robustness for investigating
creep-rupture behavior. The test set up, including the specimen design, the hot zone used
for laboratory air testing, and the gripping system, enabled measurement of creep
behavior. This experimental technique enabled the detection of an intermediate
temperature pesting phenomena.
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RETAINED TENSILE PROPERTIES AND PERFORMANCE OF AN OXIDE-
MATRIX CONTINUOUS-FIBER CERAMIC COMPOSITE AFTER ELEVATED-
TEMPERATURE EXPOSURE IN AMBIENT AIR

REFERENCE: Munson, K. L. and Jenkins, M. G., ‘‘Retained Tensile Properties and
Performance of an Oxide-Matrix Continuous- Fiber Ceramic Composite after Elevated-
Temperature Exposure in Ambient Air,”” Thermal and Mechanical Test Methods and Behavior
of Continuous-Fiber Ceramic Composites, ASTM STP 1309, Michael G. Jenkins, Stephen T.
Gonczy, Edgar Lara-Curzio, Noel E. Ashbaugh, and Larry P. Zawada, Eds., American Society for
Testing and Materials, 1997.

ABSTRACT: An oxide-matrix continuous-fiber ceramic composite (CFCC)
reinforced with 8i-C-0 (Nicalon™) fibers coated with an oxidation-
resistant SiC/BN interphase was investigated for its resistance to
elevated-temperature degradation. Tensile specimens at zero load were
exposed to ambient air environments at 800 and 1000°C for 1, 24, and 100
h. Room-temperature tension tests of the exposed specimens were
conducted per ASTM Test Method for Monotonic Tensile Strength Testing of
Continuous Fiber-Reinforced Advanced Ceramics with Solid Rectangular
Cross Section Specimens at Ambient Temperatures (C 1275) at 0.003 mm/s
to ascertain retained mechanical properties. While elastic constants
and strengths decreased on the order of 10 to 55%, the modulus of
toughness, a direct measure of the inherent damage tolerance of CFCCs,
decreased 90%. For example, elastic modulus decreased with exposure
temperature and time from 150 GPa in the as-received condition to ~135
GPa after exposure at 1000°C. Proportional limit stress decreased from
42 MPa in the as-received condition to 22 MPa after exposure to 1000°C.
Ultimate tensile strength decreased from 244 MPa in the as-received
condition to 107 MPa after exposure to 1000°C. Finally, modulus of
toughness decreased from 1062 kJ/m3 in the as-received condition to 113
kJ/m3 after exposure to 1000°C. The Nicalon™ fibers showed some
degradation effects of elevated-temperature exposure. Fractography
revealed damage to both the fibers and matrix. Brittle fracture
(accompanied by minimal fiber pullout) was the dominant failure mode at
after exposure to all elevated temperatures.

REYWORDS: continucus fiber ceramic composite, oxide matrix, tensile
test, elevated-temperature exposure, bending, proportional limit stress,
ultimate tensile strength

Continuous-fiber ceramic composites (CFCCs) are being proposed for
numerous industrial applications in which the elevated-temperature
properties of ceramics are required along with the inherent damage
tolerance (and increased reliability) of CFCCs [1]. CFCCs have the
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potential of much greater resistance to catastrophic failure than their
monolithic counterparts while retaining the elevated-temperature
strengths, corrosion/erosion resistances, high stiffnesses, and low
densities characteristic of ceramics in general [2-4]. Therefore, CFCCs
offer greater "toughness," increasing reliability by reducing fracture
sensitivity to inherent defects, impact and contact damage, or thermal
shock. "Toughness" in this case is not necessarily the resistance to
the initiation of the fracture process, but rather the ability of the
material to absorb energy without fracturing into pieces.

Figure 1 shows a relative comparison of two stress-strain curves:

one for a monolithic ceramic and the other for a CFCC. While the
strength of the CFCC is not as great as that of the monolith, the
greater “toughness* (i.e., area under the entire stress-strain curve)

and hence 1nherent damage tolerance of the CFCC is obvious from the
extent of the area under the curve.

Applications of CFCCs cover a wide range of industrial sectors [1)
and tend to encompass those applications that involve elevated
temperatures and corrosive environments. Filters, substrates, piping
and tanks are possible applications for separation/filtration and
chemical reactor areas. Incinerators and combustors can utilize burners
and heat pipes fabricated from CFCCs. Tubes and supports can be used in
heat recovery systems. Combustor liners, vanes, and nozzles are
possible applications in heat engines.

Soon after the development and investigation of CFCCs as a subset
of ceramic matrix composites, researchers noted that the primary
mechanisms of “toughening" required a controlled debonding and pullout
of fibers in the matrix [5-1117. Fibers that did not debond led to
brittle fracture and little to no toughening. Fibers that were not
bonded at all did not bridge matrix cracks and did not absork fracture
energy since they did not pull out.

Thus, an important aspect of CFCCs, in addition to the reinfcrcing
fibers and the matrix, 1s the third major component of ceramic
composites, the interphase. The interphase is typically a low-strength
material that adheres to and separates the matrix and fiber thus,
promot ing debonding and pullout of the fibers. In SiC fiber-reinforced
SiC matrix CFCCs, the interphase is generally a pyrolytic carbon that

Monolith
(greater strength, lower 'toughness)

Composite
(lower strength, greater 'toughness')

TENSILE STRESS, ©

LONGITUDINAL STRAIN, &

FIG 1--Comparison of stress-strain curves for monolithic and composite
ceramics.
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can be a applied to the fiber preform via chemical vapor infiltration
(CvI) {12]. However, the carbon interphase is susceptible to oxidation
at elevated temperatures (»>600°C). The resulting reaction first causes
the carbon to oxidize into CO and COp and then causes free Si to form a
brittle S10p layer in place of the carbon interphase. The net result is
embrittlement of the CFCC and loss of "toughness" at elevated
temperatures as shown in Fig. 2. Figure 2 illustrates the truncated
stress-strain curves for a SiC/SiC CFCC with a carbon interphase
material tested at 1000°C and compared to stress-strain curves for the
same material tested at 20°C [13].

Recent work has concentrated on developing oxidation resigtant
interphase materials [14,15] such as mullite, AlTiOg5, Al03, Sny03, BN,
TiBp, and porous SiC. In addition, emphasis has also been placed on
developing CFCCs with oxidation resistant matrices and fibers such as
Al203 fibers and Alp02 matrices. Commercial materials [16,17] are
beginning to appear that hold the promise of oxidation resistant CFCCs
by incorporating oxidation-resistant interphases (BN), oxidation-
resistant fibers (polycrystalline Alp03 such as Nextel™), and
oxidation-resistant matrices (melt-infiltration Al703 such as DIMOX™).
While tests have been conducted on these materials to determine
mechanical properties at short-term elevated temperatures [16,17], few
studies have been conducted to assess the effects of long-term exposures
to elevated temperatures. In this study, the retained mechanical
properties and performance of an Alp03 matrix CFCC at room temperature
after exposure to elevated temperatures in ambient air are investigated.

The material is briefly described followed by an overview of the
experimental procedure. Test results are presented in terms of stress-
strain response, proportional limit stress, ultimate tensile strength,
and modulus of toughness. The effect of bending on proportional limit
stress and ultimate tensile strength is discussed. Fractographic
analyses are presented to illustrate aspects of the material
performance.
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FIG 2--Comparison of engineering stress-strain curves at 20 and 1000°C
in tension for an SiC/SiC CFCC with a pyrolytic carbon interphase,
showing the embrittlement of the CFCC at elevated temperature [13].



MUNSON AND JENKINS ON RETAINED TENSILE PROPERTIES 179

TEST MATERIAL

A non-commercial, trial CFCC was the focus of this study. The
reinforcing fibers were a ceramic grade Si-C-0 (Nicalon™) fiber. Two-
dimensionally reinforced, plain woven cloths were fabricated using fiber
bundles (~500 fibers/bundle} by the fiber producer. The fiber preforms
were fabricated by the CFCC manufacturer by layering twelve plies of
cloth.

Processing the matrix included the following steps [16,17]. First
a ~0.3 to 5 Um interfacial duplex layer of BN and SiC was deposited by
CcVI onto the fiber preform. The inner BN layer provides the weak

fiber/matrix interface that 1is essential for achieving the desired
toughness and non-catastrophic failure. The outer SiC coating protects
the inner BN layer and/or fiber from oxidation and reaction with the
molten aluminum during the subsequent matrix growth processing step.

The second processing step involved the directed oxidation of
molten aluminum alloy to provide a three-dimensionally interconnected
matrix of Al»03. The Al03 grew into the open spaces of the coated
fiber preform when it was brought into contact with a molten aluminum
alloy at temperatures of 900 to 1000°C in air. The growth of the oxide
was sustained by the presence of an interconnected network of
microscopic metal channels in the mactrix phase. In this way, net or near
net shape fabrication could be achieved.

Following matrix growth, residual metal normally remained,
predominantly in the form of a three-dimensional interconnected network.
Usually, this residuel metal was removed via a proprietary wicking
process that resulted in the formation of fine, uniformly distributed
microchannels of porosity comprising ~20 to 25 vol% of the composite.
However, the macterial tested in this sctudy was noct only non commercial
but also non standard in that an unquantified amount of residual metal
unintentionally remained in the matrix. As will be discussed, this
residual metal may have.affected the test results. Approximate volume
fractions of fibers and matrix were 30 to 35% and 40 to 45%,
respectively.
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FIG. 3--Reduced gage section tensile specimen fabricated via abrasive
water jet cutting.
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A previous study (18] has shown no statistically-significant

effect (i.e., analysis of variation at 95% significance level) of
specimen geometry on the tensile mechanical behaviour of a two
dimensionally-reinforced SiC fiber/SiC matrix CFCC. Therefore, in the

present study only one specimen geometry was employed. To promote gage
section failures, reduced gage section (i.e. dog bone) specimens (Fig.
3) were fabricated to the dimensions shown in the figure. All specimens
were twelve plies thick, equivalent to ~2.5 to 3.4 mm.

The novel material-removal technique of abrasive water jet (AWJ)
cutting was employed to reduce fabrication costs and times. The AWJ
cutting conditions included 80-mesh garnet at 0.22 to 0.33 kg/min and
380 MPa of water pressure through a 0.33 mm orifice and 1 mm nozzle. As
will be discussed, an unforeseen complication of the use of AWJ with
CFCCs containing hygroscopic constituents such as BN is the degradation
of the CFCC at elevated temperatures after impingement with the high
pressure water of the AWJ process.

Tapered end tabs comprised of an E-glass fiber/epoxy matrix
composite were used to protect the specimens from being damaged (e.g.,
splitting as a result of the contact of the grip surface with the
specimen) at the area within the hydraulic grips. The ratio for the
resin and curing agent was go chosen to produce an adhesive with a shear
strength greater than ~10 MPa, the maximum interfacial shear stress
anticipated at the interface of the tab and specimen.

EXPERIMENTAL PROCEDURE

Al]l tests were conducted at amblent temperatures (20 to 22°C, 55
to 65 %RH) in accordance with ASTM Test Method for Monotonic Tensile
Strength Testing of Continuous Fiber-Reinforced Advanced Ceramics with
Solid Rectangular Cross Section Specimens at BAmbient Temperatures
(C 1275). A commercial, single-actuator, electromechanical materials
test system (100-kN capacity) having load, stroke, strain, or special
channel-limited-channel control capabilities was used with the digital
controller and related software assembling all input and output signals.

The test system included an interchangeable specimen grip system
capable of 21 kN in monotonic loading. The hydraulically-actuated grip
system was independently activated and could maintain an adjustable grip
force on the specimen grip face without backlash. Grips were attached
to the load frame via a fixed, but adjustable, commercially-available
alignmerit system.

As per ASTM Test Method C 1275 load-train alignment was performed
prior to and at the completion of testing to assure less than 5 percent
bending (PB) at an average strain of 500 x 10-6 m/m in the alignment
specimen. The steel alignment specimen was 200 mm in length and had a
35-mm-long reduced gage section with a 6 by 6 mm cross section. Eight
longitudinal strain gages were adhered at two longitudinal planes (four
strain gages egquispaced around the circumference on each plane).

Strain was measured using a dual-arm, strain-gage based
extencometer, Axis A and Axis B, at gage lengths of 25 mm with ranges of
£50000 x 107° to -20000 x 107° m/m strain (see Fig. 4). Separate but

continuous strain values were recurned for two opposing sides of the
specimen. PB (in this case, out-of-plane bending only) was calculated

as:
Ex— &
PB = 100 &A= %s) -
(e4+ €5)
where PB is percent bending, €, is the strain from aAxis A, and £g is
the strain from Axis B.
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FIG. 4--Dual extensometer mounted on a polymer specimen for illustrative
purposes. Note that for tests of CFCCs the extensometer was mounted on
the specimen faces.

Elevated temperatures were obtained using a unigue “ignitor®
furnace. This furnace, which measures ~150 by ~150 mm in width and
length and ~100 mm in height, is resistance-heated over a 50-mm hot zone
by four commercial "ignitor" elements used in natural gas appliances.
These "ignitors" draw a maximum of ~4 A each at 120 V and provide a
maximum temperature of ~1400°C at heating rates of 10 to 25 °C/s.

When exposed to temperature, the specimens were held by the top
grip only and heated to the exposure temperature in 5 to 10 min, after
which time the temperature was held constant to *2°C for the duration of
the test. Hold times were 1, 24, and 100 h. At the completion of the
hold time, the furnace power was removed and the specimens were allowed
to cool naturally in the ambient air.

Two as-recelved sgpecimens each were tested in cross-head
displacement (0.003 mm/s) and load control {50 N/s) to ascertain the
effect of test mode on the tensile behavior. Two specimens at each
condition were exposed to elevated temperatures and then tested only in
cross-head displacement control (0.003 mm/s) at room temperature.

RESULTS

The stress-strain response is the primary means for obtaining and
analyzing performance data. For this study, the stress-strain response
was generally linear up to the proportional limit stress, Op (~matrix
cracking stress), after which the stress would increase at a much slower
rate to the ultimate strength. For the most part the fracture stress
corresponded to the ultimate stress. In addition to the proportional
limit stress, the elastic modulus, E, ultimate tensile strength, Sy,
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FIG. 5--Actual stress-strain and percent bending-strain curves.

fracture strength, S, and corresponding strain values, (€p, €y, and &),
along with the modulus of toughness, Uy, can be extracted from the
stress-strain curve as detailed in ASTM Test Method C 1275. Figure 5
shows actual curves of stress versus strain with superposed curves of
percent bending versus strain for specimens tested at room temperature
in the as-received condition and after 1 h exposure at 800 and 1000°C.
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FIG. 6--Elastic modulus versus exposure temperature.
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Elastic modulus can be used as an indicator of the cumulative
damage within the material. Generally, E decreases as cumulative damage
increases, and the life of the material decreases. In these tests, for
consistency, elastic modulus was determined as the slope of the linear,
least-squares regression of the stress-strain curve from 0 to 15 MPa.
The fixed value of 15 MPa was chosen as it represented the least value
at the onset of non linearity observed in the tests. Elastic modulus is
plotted as a fuanction of exposure temperature in Fig. 6. Elastic
modulus decreases with increasing exposure temperature, but shows ne
strong apparent effect of exposure time.

Although ASTM Test Method C 1275 recommends two methods for
determining the proportional 1imit (PL} stress ([stress at an offset

strain and stress at a prescribed strain), for reasons of consistency
[18] the PL stress in this study was calculated as follows:
cj—0
o =PL when (—’—)x100210% (2)
(]

where Oj 1s the stress calculated from che elastic modulus, E, and the

corresponding strain, &, at the Mdatum such that 0;==E€;, and O 1is
th

the actual stress at the " strain. The PL is the point at which the
difference between the actual scress and the calculated stress is equal
to 10%. Although a recent study [13] has shown that matrix cracking

measured by acoustic emission may occur at tensile stresses of less than
one haelf of the macroscopically-observed PL stress in a two-
dimensionally reinforced SiC fiber / SiC matrix CFCC, it can be argued
that the PL is the most important design parameter because it defines
the macroscopically observable stress or strain corresponding to the
onset of damage in the composite. Thus, the PL stress can be used to
define the maximum allowable stress for design purposes. Figure 7
illustrates the dacrease of PL stress with increasing temperature of
exposure. Note that PL stress appears independent of exposure time at
1000°C, indicating that any temperature-dependent damage occurs within
the first one hour of exposure.
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FIG. 8-- Ultimate tensile strength versus exposure temperature.

As was found with the PL stress, the ultimate tensile strength
shows a dependence on exposure temperature but not necessarily a
dependence on exposure time (Fig. 7). The ultimate strength is an
important characteristic when comparing most materials and may be used
intuitively to compare and select a material for “"engineering" design.
At the ultimate tensile strength, the load is carried almost entirely by
the fibers and, therefore, often coincides with the fracture strength,
Sz, of the composite. Although the load is carried by the fibers at
Sy, an accurate measure of the fiber strength within the composite is

difficult since physical and chemical degradation may occur during

fabrication. The ultimate tensile strength is plotted versus exposure
temperature in Fig. 8.
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The use of a dual-arm extensometer made it possible to calculate
the amount of bending in each specimen. The percent bending was
calculated to compare the uniformity of uniaxial tensile stress on the
material properties. However, because strengths generally decreased
with increasing exposure temperature, it is not possible to evaluate
strength as a function of bending alone.

Instead, PL stress and ultimate tensile strengths are plotted as
functions of percent bending and exposure temperature as shown in Figs.
9a and 9b, respectively. Interpolated surface plots are used to
illustrate the trends. For both PL stress and ultimate tensile
strength, a decreasing trend with increasing exposure temperature is
obvious although the effect of bending is not obvious for the bending
less than 7% observed in these limited tests. Previous tension tests of
CFCCs [18]1 have shown that PL stress, which is the macroscopic
manifestation of matrix cracking stress, decreases with increasing
percent bending, as expected for the fracture stress of a brittle
matrix. Ultimate tensile strengths showed little effect of increasing
percent bending, as expected for the fiber-dominated ultimate tensile
strength [18].

Figure 10 shows the effect of exposure temperature on modulus of
toughness, Ur where:

Ur =7 ode (3)

in which &f is the strain at fracture and O and € are the stress and

strains from the stress-strain curves, respectively. Up is the area
under the stress-strain curve and, therefore, represents the energy
absorbed during the tensile deformation and failure of the material.
Note in Fig. 10, that after exposure to 1000°C UT decreases to only 10%
of its value at room temperature. Decrease in U; indicates loss of
damage tolerance, with subsequent embrittlement of the CFCC.
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DISCUSSION

Material availability limited the number of replicate tests at
each condition. Thus, data points in Figs. 6 through 10 represent
averages or single data points. Error bars are not shown for clarity in
these plots. Note that significant scatter (ranges of up to * 20% about
the mean for strengths and ranges up to *50% about the mean for modulus
of toughness) was noted at conditions where replicate tests were
conducted. Therefore, only the trends of decreasing properties with
increasing exposure temperature as shown in Figs. 6 through 10 should be
viewed as significent. Any trends associated with exposure time at each
of the temperatures cannot be discerned or inferred.

Extensive scanning electron microscope (SEM) fractography was
conducted to link failure mechanisms with the trends in Figs. 6 through
10. Figure 11 shows evidence of extensive fiber debond and pullout as
well as transgranular, cleavage fracture of the fibers for the room
temperature tests. Such mechanisms are reflected in the high elastic
modulus, broportional limits, ultimate tensile strength and modulus of
toughness all at room temperature in Figs. 6 through 10.

Figures 12 and 13 (after 100 h at 800 and 1000°C) show almost no
fiber pullout, extensive matrix cracking, and intergranular fracture of
fibers point to generalized degradation of the composite, including
fibers, matrix, and interphase. Such evidence supports the trends of
decreasing properties with increasing exposure temperature as shown in
Figs. €& through 10. The fiber coating appears to have remained intact,
not permitting debonding and leading to embrittlement of the of CFCC and
fibers.

FIG 11--SEM micrographs of a fracture surface at room temperature.
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FIG 13--SEM micrographs of a fracture surface after 100 h at 1000°C.
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It is worth noting that oxide matrices and BN coatings have been
shown in recent unpublished studies to be highly hygroscopic. This
tendency would be expected to be exacerbated by the AWJ cutting employed
to fabricate the tensile specimens. The extensive matrix cracking and
apparent brittle fracture of the fibers (lack of fiber dedonding)
supports the notion of hygroscopic materials degrading upon exposure to
elevated temperatures. Further materials analyses are necessary to
confirm this conclusion.

In addition, rudimentary micromechanical modeling (20] of this
material system shows that the matrix microcracks during processing as a
result of thermal coefficient mismatch between the matrix and fiber.
These microcracks open when the material is reheated during the
elevated-temperature tests, exposing the interphase and fiber to the
molten, unintentional residual metal in this non standard material.
This molten metal (aluminum} igs highly reactive at the exposure
temperatures of 800 to 1000°C and could degrade the matrix and fibers,
leading to loss of structural integrity and decreases in performance.

However, it 1s not clear from the present study which scenario
(degradation of the hygroscopic BN interphase due to AWJ cutting or
reaction of molten, residual metal with the interphase and matrix) led
to the degradation of this material and the subsequent decrease in
tensile properties and performance. Planned, future studies of this
material systems are planned to clarify these issues.

CONCLUSIONS

Basic information about the tensile mechanical behavior of an non
standard oxide-matrix CFCC was obtained. In general, retained
mechanical properties after elevated-temperature exposure showed
decreasing trends with increasing exposure temperature. Limited
replicate tests and scatter in the data prevented any definite
conclusions from being made about the effect of exposure time at
temperature on mechanical properties and performance. However,
fractography revealed that as exposure temperature increased, fiber
pullout decreased while matrix cracking and embrittlement of fibers
increased. Recent unpublished studies have shown the matrix and fiber
coating to be highly hygroscopic, a tendency exacerbated by the abrasive
water jet cutting of the tensile specimens. Therefore, the water-
exposed oxide-based matrix when combined with the SiC fibers and BN
interphase appeared to be degraded during exposure to elevated
temperature in an ambient air environment. In addition, the molten,
unintentional residual metal in the matrix would be expected to be
highly reactive at the exposure temperatures, thus adding to the
degradation of the interphase and matrix via microcracks in the matrix
introduced from thermal coefficient mismatch between the matrix and
fibers. additional studies are needed to clarify which of these
scenarios was responsible for the degradation of the constituent
materials and the subsequent decrease of properties and performance of
this CFCC after exposure to elevated temperatures.
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Ceramic matrix composites {(CMC) are considered to be potentially useful as hot-
section components in advanced engines and structures in aerospace vehicles, The
enhanced behavior of the CMC compared to unreinforced matrix is attributed to
mechanisms such as crack arrest, retardation of crack growth, and distribution of damage
by the reinforcing fibers [1]. Damage-tolerance based design of the CMC components
requires the knowledge of damage initiation and progression under service load
conditions. Implementation of the damage-tolerance based design procedure requires
reliable methods of detecting the matrix cracks in CMC components.

Conventional displacement gages are not very sensitive to hairline cracks
observed on the surface of CMC components. However, the distributed damage affects
the characteristics (wave speed, amplitude etc.) of longitudinal and surface waves
propagating across the composite component. Based on this concept, many investigators
[2-91 have used various NDE techniques to detect and monitor damage progression in
composites under tension and fatigue loading conditions. The proposed NDE techniques
include acousto-ultrasonic (AU) (2,3,6], surface wave [4,8], longitudinal wave {5],
acoustic emission’ [9], and internal heating measurements [7]. In these investigations [2-
91, the applicability of the NDE methods were demonstrated using experiments conducted
at room temperature. The use of CMC in high-temperature applications requires
techniques to monitor damage initiation and progressmn at elevated temperatures.
Recently, the University of Dayton Research Institute® and the Wright Laboratory [8,10]
have been involved in developing automated damage measurement methods using NDE
techniques, which can be used over a wide range of temperatures. This paper discusses
the development of an integrated NDE/mechanical testing system with simultaneous
damage characterization using NDE and conventional extensometry techniques, which
can be used at room and elevated temperatures.

EXPERIMENTAL PROCEDURE

A glass~ceramic matrix composite was used as a model material to demonstrate
the feasibility of the test technique. The composite consisted of banum—magnesnum
aluminosilicate (BMAS) matrix reinforced with silicon carbide fibers® {11} forming a
[0/90}34 layup. The microstructural details of the SiC/BMAS composite can be found in

Ref 11. The volume fraction of fibers in the composite was = 40%.

The schematic of the test setup is shown Fig. 1(a). Dog-bone shaped specimens,
as shown in Fig. 1(b), were used during this study. The horizontal test frame was
speciaily designed [12] for conducting closed-loop controlied tension, creep, and
thermomechanical fatigue tests of brittle and metal matrix composites. The test control

3 D. Murphy, “Fatigue Testing and Damage Monitoring of UT-22,” Private
communication to Larry P. Zawada, Dec. 1993.

®R. John, P. Karpur, G. A. Hartman, D. A. Stubbs, and D. J. Buchanan, Internal
communications, University of Dayton Research Institute, Dayton, OH, Oct. - Sept. 1991.
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and data acquisition were achieved using personal computers. The specimens were
loaded using friction grips similar to that shown in Fig. 1(a). For this study, the friction
grips were redesigned to include a chamber for housing the longitudinal wave
transducers. The transducers were held in place using a spring-loaded attachment and

o _ e Surface Wave
Friction Grip pemm_fen [ Transducer

|
-lum"
[ W

Spray Metal Longitudinal Wave
Grip Inserts Transducer

(a) Test set up with ultrasonic longitudinal and surface wave transducers

Extensometer
vE Ceramic Layer

Glass Rod_
in Transducer
T

Transducer

/

s — o —— plg—
Length — L. L4 ) L L
Time — (t)) (ty) (tg) (o) (t)

(b) Lengths of different specimen sections and the corresponding wave propagation time

Figure I.  Schematic showing (a} test set up with ultrasonic longitudinal and surface
wave transducers and (b) Lengths of different specimen sections and the
corresponding wave propagation time.

passed through a hole establishing full contact with the specimen ends. Evaluation tests
confirmed that this simple attachment was stable for more. than a million cycles. The
surface wave transducers were attached to the top of the specimen using spring clips and
conventional couplants were used between the transducers and the specimen. The
frequency of the longitudinal and surface wave transducers was centered around 5 and 10
MHz, respectively. The arrangement shown in Fig. 1(a) enables using the longitudinal
and surface wave transducers in either through-transmission or pulse-echo modes.
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During this study, the through-transmission mode was adopted. The location of the
longitudinal wave transducers at the specimen ends inside the water-cooled grips ensures
that the transducers can also be used during elevated temperature tests.

Special quartz rod, resistive-type extensometers were used to measure the
displacement in the gage section. As shown in Fig. 1(b), the quartz rods were bent to
enable measurement of displacement across the entire gage length of the specimen.
Typical specimen dimensions were: L) = Ly = 50.7 mm, Ly = 46.7 mm, gage section
width = 5.68 mm, and thickness = 2.73 mm. Lg denotes the gage length between the
extensometer rods and L the ceramic wear surface on the transducers.

Tension and fatigue tests were conducted using the dog-bone specimens. The
tension tests were crosshead-displacement controlled. In the first tension test,
longitudinal and surface wave signals were acquired at periodic intervals while the
specimen was monotonically loaded. At the required stress level, the test was put on hold
for ~40 seconds, ultrasonic through-transmission wave signals acquired, and the test
restarted. This procedure was continued until failure. In the second tension test, the
specimen was loaded to predetermined stress levels, unloaded to near-zero load and
loaded to the next stress level. In this test, the longitudinal wave signals were acquired
just prior to unloading. The fatigue tests were conducted using maximum stresses of 100
and 155 MPa, stress ratio, R = 0.05, and frequency of 5 Hz. Specimen deformation was
measured during tension and fatigne tests. All the tests for this study were conducted in
laboratory air at room temperature.

The ultrasonic data acquisition system consisted of a standard commercial spike-
type pulser with a 35 MHz bandwidth receiver. Commercial broad band ultrasonic
transducers were used for the longitudinal and surface wave generation and reception.
Surface wave mode conversion wedges were used to generate the surface waves on the
specimen. The ultrasonic wave signals were converted to digital data using a personal
computer-based 8-bit 100 MHz analog-to-digital converter.

RESULTS AND DISCUSSION

Tension Tests

Stress-Strain Response--The stress versus strain responses of the two tension tests
are shown in Fig. 2. Both specimens failed within the gage section. The stress levels at
which the interrupted monotonic tests were temporarily put on hold correspond to the
discontinuities in curve (a). The peak stress was = 200-220 MPa and the failure strain
ranged between 0.006 and 0.009 m/m, similar to those reported by Brennan et al. {11].
The data in Fig. 2 show three linear regions with the breakpoints at ~ 70 and 170 MPa.
The stress-strain data near the first breakpoint, usually identified as the proportional limit
(PL), is magnified in Fig. 3. Also shown is a dashed line corresponding to the initial




JOHN ET AL. ON DAMAGE PROGRESSION CHARACTERIZATION 197

tangent modulus, E of 120 'GPa. As seen in Fig. 3, the PL is ~ 65 MPa, which
cotresponds to the onset of deviation of the data from the dashed line. This value for PL,
based on the data from the extensometer, corresponds to 80 MPa reported by Murphy’
using acoustic emission measurements.

Longitudinal and Surface Wave Signals--The longitudinal and surface wave
signals transmitted through the specimen at different stress levels are shown in Figs. 4
and 5, respectively. The stress levels were chosen to highlight the changes in the wave
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Figure 2.  (a) Monotonic and (b) Load-unload tensile stress versus strain response.
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characteristics at the PL and at near-failure stresses. A schematic of a typical time-
domain signal is shown in Fig. 6. The time of propagation of the longitudinal wave as
measured by the receiving transducer is denoted as tg, and the maximum difference

between successive peaks is denoted as peak to peak (p-p) amplitude. Figure 4 shows
that the longitudinal wave propagation time, t increases and p-p amplitude decreases
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Figure 4. Longitudinal waveforms transmitted through the specimen at stress levels of
(2) 1.5 MPa, (b) 61 MPa, (c) 66 MPa, (d), 70 MPa, (e) 100 MPa, and (f) 176
MPa. Some stress levels are indicated by data symbols in Fig. 3.



with increase in applied stress. The change in tg and p-p amplitude appears to be gradual

up to 100 MPa. Figure 5 shows that significant changes occur in the surface wave signals
in the stress range between 70 and 100 MPa. In addition, the frequency of the wave also
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appears to change after 70 MPa, as discussed later.
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Fast Fourier Transform (FFT) analysis of the longitudinal and surface wave
signals was conducted to determine the effect of applied stress on the frequency of wave
propagation. Figure 7 shows the frequency spectrum for the longitudinal and surface
wave signals acquired at 61 and 100 MPa. Even though the longitudinal wave
transducers were centered around 5 MHz, the transmitted energy was centered around
0.73 MHz, indicating that the composite severely attenuated the higher frequencies of the
signal in the through transmission mode. The initial surface wave propagation was
centered around 4.2 MHz and decreased to about 2 MHz at 100 MPa. Figure 8 shows the
results of the FFT analysis of all the signals obtained during the tension test. The
dominant frequency is plotted versus the stress level. Note that the frequency data for the
surface wave shows no change until about 65 MPa.
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Figure 6. Schematic showing definition of wave characteristics.
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Figure 7. Frequency spectrum during (a) longitudinal and (b) surface wave propagation
at different stress levels.
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Figure 8 shows that’as the stress increases to higher values, the frequency
gradually decreases until 90 MPa, at which a significant drop is observed. In contrast, the
longitudinal wave reveals near-constant frequency of = 0.73 MHz until 120 MPa,
followed by a gradual decrease to about 0.4 MHz at specimen failure. The onset of
decrease in the transmission frequency of the surface wave has been associated with the
formation of surface breaking cracks in the surface ply (0°) [8]. Further increase of
applied stress results in an increase in the number of matrix cracks in the 0° ply’ [1].
Consequently, these cracks filter the higher frequency content of the surface wave, and
the dominant frequency continues to decrease with increase in applied stress as shown in
Fig. 8.

6 T ————

- Surface Wave

Dominant Frequency (MHZz)
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Figure 8.  Effect of stress on frequency of the transmitted waves.

The surface waves are generally sensitive to surface cracks as the energy of the
surface wave is confined to a depth of approximately one wavelength [4,8]. For the CMC
used in this study the wavelength of the surface wave is = 0.7-1.0 mm. This depth
corresponds to the first 4 layers corresponding to the 0°, 90°, 0° and 90° plies. Hence, in
addition to frequency, wave characteristics such as energy of propagation of the surface
waves can be expected to be influenced by the formation of matrix cracks in the 0° plies,
debonding at the fiber/matrix interface in the 90° plies and matrix cracks in the 90° plies.
This is evident in Fig. 9(a), in which the normalized p-p amplitude of the surface wave is
plotted as a function of the applied stress. The p-p amplitude remains constant until ~ 65-
70 MPa, followed by a steep decrease between 70 and 110 MPa, and remains near-
constant from 110 MPa until failure. The steep decrease in the p-p amplitude coincides
with the decrease in dominant frequency as shown in Fig. 8 and the proportional limit as
shown in Fig. 3. Hence, the surface wave technique can be used to identify the PL of
CMC in which the PL is determined by the onset of surface and near-surface cracks.
Comparing Figs. 8 and 9(a) we see that the dominant frequency and the p-p amplitude of
the surface wave decrease between 70 and 110 MPa. Interestingly, this stress range
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corresponds to the transition range in terms of slope of the stress-strain curve as shown in
Figs. 2 and 3. Hence, the formation of through matrix cracks is probably completed at
about 110 MPa. Additional experiments are required to confirm the correlation between
the formation of surface and near-surface cracks and the decrease in surface p-p

amplitude beyond 70 MPa.
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Figure 9(b) shows the effect of stress level on the normalized p-p amplitude and
magnitude of the dommant frequency (=0.73 MHz) of the longitudinal wave. The
frequency of 0.73 MHz was chosen as the near-constant value from Fig. 8. The
longitudinal p-p amplitude shows a gradual decrease between 70 and 110 MPa in contrast
to the steep decrease in the surface p-p amplitude. This implies that the longitudinal
wave is not as sensitive to the near-surface cracks. Figure 9(b) shows that the magnitude
of the frequency decreases with increase in stress similar to the p-p amplitude except for
stresses > 130 MPa. The difference between the trends in frequency magnitude and p-p
amplitude may be related to the change in dominant frequency for stresses > 130 MPa as
shown in Fig. 8.

As discussed earlier and illustrated in Fig. 4, the time of propagation of the
longitudinal wave, tg increases with increase in applied stress. The time required by the

longitudinal wave to travel from one transducer to the other can be split into several
components as shown in Fig. 1(b). The average time required to propagate through the
ceramic wear layers in the transducers is denoted as t, time required to propagate through

the gage length is to, and the time required to propagate through the specimen sections on
either side of the gage length is t] and ty. Hence, tg is given by,

ts =tg +1t] +1ty +2t¢ (N

After the test, the sections corresponding to L; and L; (see Fig. 1(b)) were cut, and t] and
ty measured independently. Using an ultrasonic pulse-echo technique, t; was measured
for the transducers. Thus, knowing tg, t}, ty and tc, tg was determined for each wave
signal. Using tg, the average longitudinal wave velocity in the gage section, vg was

calculated as,
= )

The average wave velocity was used to calculate an effective modulus, Eegr of the
composite using the expression [13] for an infinitely wide plate,

Eefr = vg (1-0%)p 3)

in which p = density and Vv = Poisson’s ratio of composite. For SiC/BMAS used in this
study, p ~ 2655 kg/m3 and v = 0.2. Eegf calculated using Eq. 3 was normalized with
respect to the value calculated at stress = 1.5 MPa and plotted as a function of applied
stress in Fig. 9(c). Also shown in Fig. 9(c) are the results from the unload-load tests
(curve b in Fig. 2). The data for each unload-load cycle were used to calculate the current
modulus corresponding to the initial unloading portion identified as “unloading o-¢” in
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Fig. 9(c). The range of stress used was 25 MPa. The trend obtained using the
longitudinal wave is close to that from the initial unloading response, demonstrating the
correlation between the longitudinal wave propagation velocity and the stiffness of the
composite.

Fatigue Tests

The results of the fatigue tests at 100 and 155 MPa are discussed in this section.
As seen in Figs. 2 and 3, 100 MPa is slightly above the proportional limit and 155 MPa is
in the middle of the second linear region of the stress-strain response. During the fatigue
tests, the stress-strain response was acquired at predetermined cycles, including the first
ten cycles. Just prior to the stress-strain data acquisition, the longitudinal wave signals
were obtained at the maximum stress level. The effective modulus calculated using Eqn.
(3) is normalized with respect to the value at the first cycle and plotted as a function of
cycles in Fig. 10 for the 100 and 155 MPa tests. Note that the X-axis is in logarithmic
scale. The initial unloading modulus calculated using the stress-strain response is also
plotted in Fig. 10. The longitudinal wave signal exhibits a trend similar to that shown by
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Figure 10. Effect of applied cycles on normalized modulus during fatigue loading at (a)
100 MPa and (b) 155 MPa.
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the modulus from the stress-strain data. The difference in normalized modulus obtained
using ultrasonic wave and extensometer techniques is generally within 10%. As
discussed earlier, the 100 MPa test was stopped after = 630,000 cycles and the stress level
gradually increased to 155 MPa. The specimen failed after fatiguing for about 310 cycles
at 155 MPa. As seen in Fig. 10, both 100 and 155 MPa tests revealed only a 30%
reduction in modulus at the end of the test.

Figure 11 shows the effect of fatigue cycles on the p-p amplitude of the through-
transmitted longitudinal . wave corresponding to 100 and 155 MPa tests. Comparing Figs.
10 and 11, we can conclude that the p-p amplitude is more sensitive to the damage
progression in the CMC than the modulus. The p-p amplitude decreased 40% at 100
MPa and 70% at 155 MPa. The decrease in the p-p amplitude is larger than that shown in
the modulus data, especially at the higher stress level. Hence, the p-p amplitude may be a
better indicator of the damage progression in the CMC and provide adequate warning
prior to failure.
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Figure 11. Effect of applied cycles on normalized longitudinal p-p amplitude during
fatigue loading at 100 and 155 MPa.

Advantages of the NDE/Mechanical Integrated Testing System

The results from this study show that the surface wave technique potentially is a
valuable tool for determining the onset of surface and near-surface matrix crack initiation.
The trend in the frequency spectrum of the surface wave appears to be related to the
matrix crack formation in the CMC. Additional work is required to verify the
relationship between the surface wave characteristics and the evolution of the damage
mechanisms such as crack spacing and crack depth. The p-p amplitude of the
longitudinal wave and the time to propagate through the critical section can be used to
characterize the overall deformation behavior of the composite. The results from the
tension and fatigue tests show that the p-p amplitude of the longitudinal wave could be a
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better indicator of the onset of failure than the modulus from the stress-strain data. The
proposed technique with modified grips is also well suited for conducting tests at elevated
temperatures with off-the-shelf longitudinal wave transducers. This test system can be
easily used for testing under general thermomechanical loading conditions. The
information from the NDE techniques can be coupled with the conventional extensometry
data to better characterize the damage progression in any material.

Ultrasonic Wave Propagation in Rectangular CMC Specimens

Equation 3 is applicable for an infinitely-wide homogeneous isotropic plate, if the
ratio of plate thickness to wavelength is less than 0.1 [13]. The specimen used during this
study was not infinitely wide but had a finite width with a ratio of wavelength to width
~1.6-2.0. During this investigation, the wavelength of the longitudinal wave ranged
between 9-11 mm. This resulted in specimen thickness to wavelength ratio of 0.25 t0 0.3
which is greater than the 0.1 requirement. In addition, the material was anisotropic with
alternating layers of longitudinal and transverse fibers. Hence, the absolute value of
modulus calculated using Eq. 3 is not expected to be accurate. However, the changes in
the specimen modulus (stiffness) will be accurately measured. So the deduced trend of
the normalized modulus is expected to be valid.

CONCLUSIONS

An unique integrated NDE/mechanical testing system was developed to
characterize the damage progression in CMC. The feasibility tests indicate that the
testing system can potentially be used under general thermomechanical testing conditions.
In situ measurement of ultrasonic surface and longitudinal wave propagation
characteristics enabled direct comparison Wwith corresponding extensometer
measurements. Surface waves were used to identify the onset of surface and near-surface
cracks in SiC/BMAS with [0/90]3; layup. Longitudinal wave propagation was
successfully used to monitor the changes in the stiffness of the composite during tension
and fatigue loading conditions. The decrease in wave propagation velocity and
attenuation in transmitted energs can be attributed to damage induced by increasing stress
and/or fatigue cycles. The changes in the peak-to-peak amplitude of the transmitted wave
signal appears to be an equal or better indicator of impending failure of the composite
than the modulus data.

ACKNOWLEDGMENT

This research was conducted at Wright Laboratory (WL/MLLN), Materials
Directorate, Wright-Patterson Air Force Base, OH 45433-7817. R. John, D. J. Buchanan,
and D. A. Stubbs were supported under on-site contract number F33615-94-C-5200. 1.
A. Herzog was supported under AFOSR/AASERT Program (Contract No. F49620-95-1-
0500). Mr. L. P. Zawada, Wright Laboratory (WL/MLLN), provided the machined



JOHN ET AL, ON DAMAGE PROGRESSION CHARACTERIZATION 207

spectmens. Mr. G. A. Hartman, University of Dayton Research Institute, provided the
machine design for the modified grips. The authors also gratefully acknowledge the
assistance of Mr. A. F. Lackey in machining the spring attachment for the transducers.

REFERENCES

[1] Evans, A. G. and Marshall, D. B., “The Mechanical Behavior of Ceramic Matrix
Composites,” Acta Metallurgica, Vol. 37, No. 10, 1989, pp. 2567-2583.

[2] Vary, A., Matenals Analysis by Ultrasonics, Noyes Data Corporation, Park Ridge,
NJ, USA, 1987.

[3] Kautz, H. E. and Bhatt, R. T., “Ultrasonic Velocity Technique for Monitoring
Property Changes in Fiber-Reinforced Ceramic Matrix Composites,” Ceramic

Engineering and Science Proceedings, The American Ceramic Society, Westerville,
OH, USA, Vol. 12, July-August 1991, pp. 1139-1151.

[4] Achenbach, J. D., Fine, M. E., Komsky, I, and McGuire, S., “Ultrasonic Wave
Technique to Assess Cyclic-Load Fatigue Damage in Silicon-Carbide Whisker
Reinforced 2124 Aluminum Alloy Composites,” Cyclic Deformation, Fracture, and
Nondestructive Evaluation of Advanced Materials, ASTM STP 1[57, MR.
Mitchell and O. Buck, Eds.,, American Society for Testing and Materials,
Philadelphia, 1992, pp. 241-250.

[5] Kasap, S. O., Yannacopoulos, S., Mirchandani, V., and Hildebrandt, J. R.,
“Ultrasonic Evaluation of Fatigue of Composites,” Journal of Engineering
Materials and Technology, Transactions of the ASME, Vol. 114, April 1992, pp.
132-136.

[6] Tiwar, A., Henneke, E. G., and Reifsnider, K. L., “Damage Characterization of a
Cross-Ply Ceramic Composite Under Fatigue Loading Using a Real-Time Acousto-
Ultrasoric NDE Technique”, Journal of Composites Technologv and Research,
JCTRER, Vol. 17, No. 3, July 1995, pp. 221-227.

[7] Holmes, J. W. and Sorensen, B. F., Farigue Behavior of Continuous Fiber-
Reinforced Ceramic Matrix Composites, in High-Temperature Mechanical
Behavior of Ceramic Composites, S.V. Nair and K. Jakus, Eds., Butterworth-
Heinemann, Newton, MA, USA, 1995.

[8] MacLellan, P. T., Stubbs, D. A., and Karpur, P., “In Situ Ultrasonic Surface Wave
Assessment of Mechanical Fatigue Damage Accumulation in Metal Matrix
Composites,” Composites Engineering, Vol. 5, No. 12, To be published, November
1995.



208

(9]

[10]

(1]

[12)

[13]

CONTINUOUS-FIBER CERAMIC COMPOSITES

Kim, R. Y. and Pagano, N. J., “Crack Initiation in Unidirectional Brittle-Matrix
Composites,” Journal of American Ceramic Society, Vol. 75, No. 4, May 1991, pp.
1082-1090.

Stubbs, D. A. and Buchanan, D. J,, “In Situ Ultrasonic Monitoring of Damage in
Ceramic Matrix Composites Undergoing Creep and Tension Testing,” Final Report,
University of Dayton Research Institute, Dayton, O, USA, Prepared for United
Technologies Research Center, East Hartford, CT, May 1995.

Brennan, J. J., Nutt, S. R., and Sun, E. Y., “Interfacial Microstructure and Stability
of BN Coated Nicalon Fiber/Glass-Ceramic Matrix Composite,” High-Temperature
Ceramic Matrix Composites II: Manufacturing and Materials Development, A.G.
Evans and R. Naslain, Eds., Ceramic Transactions, Vol. 58, The American Ceramic
Society, Westerville, OH, USA, 1994, pp. 53-64.

Zawada, L. P., Butkus, L. M., and Hartman, G. A., “Room Temperature Tensile and
Fatigue Properties of Silicon Carbide Fiber-Reinforced Alumino Silicate Glass,”

Ceramic_Engineering and Science Proceedings, The American Ceramic Society,
Westerville, OH, USA, Vol. 11, September-October 1990, pp. 1592-1606.

Kolsky, H., Stress Waves in Solids, Dover Publications, Inc., New York, NY,
USA., 1963.




Sanjay Bhujal, william A. Ellingsonl, J. Scott Steckenrider,? and
Steven J. Koch3

INFRARED-BASED NDE METHODS FOR DETERMINING THERMAL
PROPERTIES AND DEFECTS IN CERAMIC COMPOSITES"

REFERENCE: Ahuja, S., Ellingson, W. A., Steckenrider, J. S.,

and Koch, S. J., “‘Infrared-Based NDE Methods for Determining

Thermal Properties and Defects in Ceramics,”” Thermal and

Mechanical Test Methods and Behavior of Continuous-Fiber Ceramic Composites, ASTM
STP 1309, Michael G. Jenkins, Stephen T. Gonczy, Edgar Lara-Curzio, Noel E.
Ashbaugh, and Larry P. Zawada, Eds.. American Society for Testing and Materials, 1997.

ABSTRACT: Continuous-fiber ceramic matrix composites are
currently being developed for various high temperature
applications, including use in advanced heat engines. In the
material classes of interest for such applications, i.e., silicon
carbide (5iC)-fiber-reinforced SiC (SiC(f)/SiC), Alp03/Al;03, etc.,
the condition of the interface between the fibers and matrix is
critical to the mechanical and thermal behavior of each component.
A nondestructive evaluation method developed at Argonne National
Laboratory (ANL) uses infrared thermal imaging to provide *single-
shot" full-field measurement of the distribution of thermal
diffusivity in large components. By applying digital filtering,
interpolation, and least-squares-estimation techniques for noise
reduction, we have achieved acquisition and analysis times of
minutes or less with submillimeter spatial resolution. The system
has been used to examine the effects of thermal shock, oxidation
treatment, and variations in density and fiber coatings in a full
array of test specimens.
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fiber ceramic composites, nondestructive evaluation
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Continuous-fiber ceramic matrix composites (CFCCs) have high
strength and stability at high temperatures because of the
incorporation of continucus fibers in the monolithic ceramic
matrix. CFCCs are ideal replacements for traditional materials in
numerous applications, including gas turbines, because of their
relatively high strength and toughness at high temperatures
(>1250°C) and their lower density.

Specific materials systems are desired specifically for
their thermal properties, and therefore any variation in thermal
diffusivity or thermal conductivity will significantly affect
their ability to transfer heat properly. Such variations result
from processing defects, thermal shock, or thermally induced
degradation of the fiber/matrix interface and reduce the
advantages for which these materials were chosen. The critical
issue in most CFCC applications is therefore the distribution of
thermal properties within a given component.

When using infra-red (IR) imaging technology, the method
used for thermal excitation can be very important. Of the several
methods existing and used extensively in the study of both ceramic
and nonceramic materials systems, three thermal excitation methods
were evaluated to determine which method is best suited for
characterizing CFCC materials [1-4]: (a) photothermal, (b}
electrical-resistance heating, and (c) mechanical excitation.
Research at ANL has focused on photothermal excitation because it
has been the most successful and allows measurement of thermal
diffusivity that can be correlated to mechanical properties. 1In
this paper, we describe a portable and inexpensive infrared (IR}
imaging system and a reliable technique for measuring thermal
diffusivity of SiC(f)/81C and Alz03(f)/Al203 CFCC specimens and
components .

EXPERIMENTAL AND THEORETICAL DETAILS

The thermal imaging system is shown in Fig. 1 and is
described in earlier papers ([(5-7]. The system uses Parker’s
method [8] to calculate thermal diffusivity, requiring a thermal
pulse of short duration to be incident upon the front surface of a
specimen and the temperature of the back surface to be monitored
as a function of time. In our work, this was done by heating the
front surface of the specimen with a photographic flash lamp and
then monitoring the back surface temperature with a commercially
availlable scanning radiometer IR camera. Images were acguired
using a Mac II with an on-board frame grabber receiving standard
RS-170 signals from the IR camera, digitizing each received image
and then processing each image. The locally developed software
extracted the average gray-scale value that represented the
specimen temperature.

The theoretically predicted back-surface temperature T as a
function of time t and specimen thickness L according to Parker et
al.[8] is given by

o Z,..7
(L, t) = j—{l + 23 (1) exp( nr at}:\. (1)
pCL n=1 L
where ¢ is the radiant energy incident on the front surface, p is
density, C is specific heat, and « is thermal diffusivity. The
common “"half-rise time* method of determining ¢ is to take V, the
normalized back-surface temperature, as: V = T/Ty = 0.5 (when the
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FIG. l--Experimental arrangement for thermal diffusivity imaging.

back-surface temperature rise has reached half of its maximum, Ty,
value) and the normalized time, @ = atm?/L? = 1.37, obtaining

o =1.3710/ Tt . (2)

Any noise in the temperature signal significantly alters the
computed thermal diffusivity value. Because of the high noise
level in gcanning radiometers, a noise-reduction method was
considered. For the current work, to minimize the time necessary
to measure thermal diffusivity, a linear least-squares fit was
used to interpolate the value of t3,2. By imaging the components
at higher resolution than required, spatial averaging was
permissible without loss of sensitivity to the minimum defect
size.

For the results presented here, a 10- by 10-pixel block was
used and a 512- by 413-pixel digitized image was transformed into
a 51- by 4l-pixel reduced image providing substantially better
signal-to-noise ratio. Also, the quarter-rise time (t7,/4) and
three-quarter~rise time (t3/4) were also determined for each
block, where w(tjsq) = 0.92 and w(t3,74) = 2.08, according to the
procedure suggested in the ASTM Test Method for Thermal
Diffusivity of Solids by the Flash Method (E 1461). The thermal
diffusivity values obtained at these locations were averaged with
that of the tj,p value to determine effective thermal diffusivity.
This permitted determination of thermal diffusivity from a single
thermal cycle, thereby reducing the total acquisition time. The
resulting thermal diffusivity values for all 10- by 10-pixel
subsets were assembled into diffusivity images and were stored
with 16-bit resolution. This avoided the need to scale each image
independently and allowed better comparison between images while
retaining flexibility for image enhancement in the display.

The system was further modified by incorporating a locally
developed autotrigger circuit to fire the flash repeatedly and to
simultaneously acquire the image giving a dependable time for the
diffusivity calculations. This autotrigger circuit has eliminated
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the need to locate the frame of the flash manually thereby
providing a more precise value for the time of the flash.

Also employed in the present work was a fully integrated,
self-contained IR camera equipped with a 3- to 5-um optical band-
pass lens system and based on the second-generation focal plane
technology. The electronics of this camera allowed for user-
selectable intensity transform algorithms for contrast enhancement
of the output image. Nonuniformity correction was selected to
eliminate variations in pixels in the focal plane array.
Automatic gain control dynamically optimized the video contrast
and brightness on a frame-by-frame basis, providing additional
resolution in the acquired images without affecting any data
characteristics.

RESULTS

Standard Reference Material (SRM)

SRMs from the National Institute of Science and Technology
(NIST), especially NIST thermal properties calibration SRM (8426
graphite) with a stated thermal diffusivity value of 72 x 107¢
m?/s, were used to determine the accuracy of the IR image analysis
system. The absolute value of the measured thermal diffusivity
using this system deviated from the calibration value by <5% as a
result of thermal losses and approximations in the determination

of ti/2.

Thermal Shock Damage Detection

A set of 2-D weave Nicalon fiber/CVI SiC composites,
subjected to thermal shock testing at the University of Cincinnati
[9], were studied. The set consisted of six specimens that had
been shocked once at quench AT values of 0 (unguenched), 200,

400, 600, 800, and 1000°C, one specimen that had been guenched
four times at 800°C, and a final specimen that had been air-cooled
from 1000°C.

Figure 2 shows the behavior of average thermal diffusivity
over the center 80% of each specimen as a function of quench AT,
while Fig. 3 shows the behavior of the two specimens quenched at
800°C as a function of number of guench cycles. Although there is
no obvious trend in either curve, each specimen shows a different
diffusivity value. The variability rather than the gquench history
may be highly dependent on the specimens, as evidenced by the
higher thermal diffusivity of the 800°C specimen quenched four
times than that of the specimen quenched only once.

Alp03/A1,03 CFCCs

We also measured the thermal diffusivity of Al303/Al,03
CFCCs. An Al03/A1303 c-ring, =75 mm in diameter, was divided
into small segments =12 mm wide and each section was then imaged
separately. Because the oxide material is very translucent to the
optical thermal excitation pulse, as shown in Fig. 4, it became
heated volumetrically, creating a distortion from the
theoretically predicted behavior in the temperature/time curve
(which assumes only surface heating). Figure 5 shows temperature/
time curves for the Al;03/Al1303 and for the same material that was
painted on the flashed side to render it opaque.
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FIG. 4--Visible image of Al403/Al303 combustor liner showing
optical translucency, with interior illuminated by a glow-lamp.
50x magnification.

The Al503/A1303 volumetric heating curve shown in Fig. 5
reached a maximum temperature much later than would be expected
based on the initial thermal response. To eliminate volumetric
heating, the specimens on the flashed side were sprayed with a
graphite-based optically opaque paint. This method provided a
more accurate measure of the change in thermal diffusivity in the
specimens and overall thermal diffusivity was seen to vary by more
than a factor of 2.

The technique of coating the inside of an Al503/Al303 liner
with a graphite spray was used on a SRM specimen made by the
Babcock & Wilcox (B&W) Research Center (Fig. 6). A diagram
provided by Babcock & Wilcox showing the locations of the defects
is given in Fig. 7. The complled thermal diffusivity image (Fig.
8) corresponded directly to the defects shown in Fig. 7.

SiC () /SiC CFCC Specimens

The system's capability was further tested to distinguish
defects of various sizes in 32 "seeded-defect" SiC(g)/SiC
composite panels made by varying several parameters such as
Graphoil section thicknesses, defect sizes, fiber coatings, defect
depth, and infiltration density. A diagram of one such panel,
made from twelve layers of 2-D plain weave Nicalon fabric, is
shown in Fig. 9. The simulated defects were created by (a)
cutting out small sections of two inner plies, (b) replacing the
fabric with Graphoil sections, and (¢} infiltrating the weave with
SiC by CVI.

Figure 10 shows images generated for one SiC(f)/SiC panel.
The black and white regions of the images show varying thermal
diffusivity values and the normalized scale, with no units, is
shown on the right side of Fig. 10. Figure 10a is the raw thermal
image taken at the point of maximum thermal contrast between



AHUJA ET AL. ON INFRARED-BASED NDE METHODS 215

T
T
+

S

gt VI I B BT SN NS S N A | —t PNy
—+——rt ——1 T -1t +—

120 ey e i g
) r P th.r’ A" JW—NMM
100 ool
L - f f/ﬂ
b= [ ] M
= 1
5 80 " i{]

g. C
8 60 F
> o
2 i
o 40
5 N
4 -
- N
g 20 T As-processed JF
m F — — -Painted surface
0
I i 1
L rrivi LELER BRI L LR DL Illllllll'rlfl
0 10 20 30 40 50 60 70

Time (sec.)

FIG. 5--Surface temperature versus time for an Al;03/A1,03 CFCC in
as-processed condition (volumetric heating} and with flashed
surface painted to render it opagque (surface heating).

F1G. 6--A103/A1;03 NDE SRM specimen fabricated by Babcock &
Wilcox Research Center for ANL. Inside of the liner was coated
with graphite-based optically opaqgue paintc.
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1.62

FIG. 10--Normalized images of SiC(f)}/SiC composite panel. Image
{a)} raw thermal image, (b) processed thermal image, (c) thermal
diffusivity image, and (d) thermal diffusivity image with second-
generation focal plane technology and user-selectable intensity
transform algorithms for contrast enhancement of output image.

defect and nondefect regions. Figure 10b is the same image after
substantial image processing but the seeded defects are not well-
defined in the processed image, the extent of *damage” is unknown,
and the image processing requires expert-user interaction. Figure
10c is a thermal diffusivity image of the specimen with
considerably better contrast than the processed thermal images,
but with average spatial resolution. Because of the quantitative
nature of the thermal diffusivity images, it is possible to
compare directly defect and nondefect regions with respect to
different diffusivities and porosities. Figure 10d was acquired
by dynamically adjusting the gain control to optimize video
contrast and brightness and provide additional resolution in the
acquired image.

CONCLUSIONS

The applications of the thermal diffusivity imaging system
are primarily of interest in materials characterization. During
examination of actual components, the distribution of properties
becomes critical, and what constitutes a potentially dangerous
defect in one location might be an acceptable variation in
another, less-hazardous location. We have developed a thermal
diffusivity imaging method that is applicable to a wide variety of
large continuous-fiber ceramic matrix composite components. Many
specimens have been inspected for manufacturing-related defects.
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The data obtained by the thermal imaging method have been
correlated to thermal shock, delaminations and density variations.
By applying digital filtering, interpolation, and least~
squares-estimation techniques for noise reduction, acquisition and
analysis times of minutes or less have been achieved with sub-
millimeter spatial resolution. Images were also acquired by user-
selectable intensity transform algorithms for contrast enhancement
of the output image, and gain control was dynamically adjusted to
optimize video contrast and brightness on a frame-by-frame basis,
thus providing additional resolution in the acquired image. 1In
the future, fatigue damage will be correlated and methods
investigated to allow high-~temperature diffusivity measurements.
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ABSTRACT: The isotropic and/or orthotropic elastic constants of ceramic matrix
composites are measured from the impact sound of a small rectangular bar specimen
which is suspended by thin ceramic threads in a furnace. The natural frequencies at
high temperatures of the flexural and torsional vibration modes are measured from
the impact sound using a fast Fourier transform analyzer and elastic constants are
computed from these frequencies using Timoshenko’s beam theory and Saint-Venant’s
torsion theory. The natural frequencies of a rectangular silicon carbide/silicon carbide
(SiC/SiC) plate are also measured at high ternperatures and its elastic constants are
determined using an iteration technique employing a finite element method. This tech-
nique is extended to measure the natural frequencies of a jet engine nozzle flap made
of 51C/SiC composite panel from the impact sound before and after engine operation,
and thus the damage of the flap is evaluated as the reduction of the Young’s modulus
of the material.
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Ceramic matrix composites (CMCs) are now considered to be one of the most at-
tractive and potentially useful materials, and therefore a key technology in supersonic,
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hypersonic, and space transportation systems and in advanced aeroengines [1,2]. The
application of CMCs to the hot structures in an aeroengine is expected to increase the
turbine inlet temperatures and thrust-weight ratios. In addition CMCs are applied to
land and sea gas generators as well as air [3)].

The elastic constants of these composites as functions of temperature must be
known for optimal design of hot sections subjected to thermal stresses. Conventional
methods for measuring elastic constants of ceramic materials are based on the resonant
frequencies or on the velocities of ultrasonic waves [see ASTM Test Method for Young’s
Modulus, Shear Modulus, and Poisson’s Ratio for Glass-Ceramics by Resonance (C
623) and Japanese Testing Association Testing Methods for Elastic Modulus of High
Performance Ceramics at Elevated Temperature (JIS R1605)]. Recently, an ultrasonic
method has been developed for characterizing the damage of long fiber ceramic matrix
composites by measuring the Young’s modulus of a bar specimen under tensile stresses
at high temperatures [4,5]. Moreau and Jones [6] used the remote laser-ultrasonic tech-
nique to measure simultaneously the shear and longitudinal acoustic wave velocities in
a silicon carbide (SiC)-reinforced alumina sample at temperatures greater than 1000°C
to determine the shear and Young’s moduli. However, few convenient methods are re-
ported for measuring the shear modulus at elevated temperatures. To overcome these
difficulties, a simple instrumentation system was developed for measuring the elas-
tic constants by monitoring the impact sound of a bar of a rectangular cross section
suspended by thin ceramic threads [7,8]. The natural frequencies of the flexural and
torsional modes of vibration were determined by using a fast Fourier transform (FFT)
spectrum analyzer. Elastic constants were then computed using Timoshenko’s beam
theory and Saint-Venant's torsion theory.

For orthotropic materials, five elastic constants £, £,,G,,, G,,, and G, are deter-
mined by the present method using two specimens taken from the principal direction
of the specimen blank. (Only one specimen is required for isotropic materials.)

The present method is extended to include the measurement of orthotropic elas-
tic constants of a plate specimen. The natural frequencies of a rectangular plate of
S$iC/SiC composite were measured from the impact sound, and the elastic constants
were determined by using an iteration technique employing a finite element method
(FEM). The damage of the material at high temperatures was estimated from the
variation of Young’s modulus. As an application example, the natural frequencies of
a jet engine nozzle flap made of an SiC/SiC composite panel were measured from the
impact sound before and after engine operation, and the damage of the flap was eval-
uated from the reduction of Young's modulus of the material.

It is shown that the present method is capable of measuring the orthotropic elastic
constants at high temperatures by a simple and cost-effective procedure using small
specimens and is useful as a nondestructive testing for material evaluation at the de-
velopment and operation stages.

EXPERIMENTAL PROCEDURE

A brief description will be provided here since details of the method for measure-
ment and computation of isotropic and orthotropic elastic constants from the impact
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sound of a rectangular bar specimen are given elsewhere [7,8]. The general arrange-
ment of the experimental apparatus and the flow chart for the instrumentation system
are shown in Fig. 1. A beam of a rectangular cross section is suspended in a furnace
by thin ceramic threads so that it can vibrate without significant constraint. A steel
or ceramic ball of 3 mum in diameter is dropped onto the specimen using a guide tube.
The ringing noise emitted from the impacted specimen is measured by a microphone
which is set outside the furnace as shown in the figure. The signal from the micro-
phone goes to the FFT spectrum analyzer. A Fourier spectrum is obtained as shown
in Fig. 2, in which wg,.. wyn, and wr, represent the frequency peaks corresponding
to the nth mode of flexural vibration in the horizontal direction, those of flexural vi-
bration in the vertical direction, and those of torsional vibration, respectively. The
correspondence of each frequency peak to the specific vibration mode is determined
from the preliminary calculation, and the elastic constants are determined from the
measured frequencies using the least squares fit method. A thermocouple attached to
a dummy specimen of the same size and material as the test specimen as shown in
Fig. 1 is used to measure and control the test temperature. Natural frequencies of the
specimen are not affected by the dummy specimen and the temperature of the test
specimen agrees with that of the dummy specimen within £10°K at 1000°C.
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FIG. 1-—Experimental apparatus {dimensions in mm) and flow chart
for instrumentation system.
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MEASUREMENT OF ORTHOTROPIC ELASTIC CONSTANTS USING

RECTANGULAR BAR SPECIMENS

Calculation of Natural Frequencies

Flexural Vibrations—Consider a specimen cut out from the z-direction which co-
incides with the principal direction as shown in Fig. 3. Timoshenko’s beam theory (9]
is used for calculating the natural frequencies of flexural vibration of a rectangular bar
with free ends in order to take the effect of rotary inertia and shear into account. We
assume that the interaction of vibrations in the y and z-direction can be neglected.

The equation of motion in the z-direction is written as [10]:

Jtw Pw E;, | 0w L, *w
- — i i B
E.1, dx?t +rAGE ot? L1+ kG I)3x26t2 t kG, Ot4 0



SAKATA AND OHNABE ON ORTHOTROPIC ELASTIC CONSTANTS 223

where w is the displacement in the z-direction. E; is Young’'s modulus, G, is the
shear modulus, I, 1s the moment 1nertia of the cross section with respect to the y-
axis, A is the area of the crogs section, p is the density of the material, and « is the
shear coefficient which depends upon the shape of the cross section. Procedures for
obtaining the formal solution of Timoshenko's equation have been described in the
literature [11] and the frequency equation is given by:

b

2 - 2 COSh b()’ COoSs bﬂ + -(]_——WWT‘;Z)T/Z

[B*r?(r? — s*)? 4+ (3r% — 5%)] sinh ba sin b3 = 0 (2)

where the following relation holds:

1/2
Bl_ 1 {42, 4 [2_” i]‘”
o |~ Hrt+ s+ |(r S)+62
P4[ 2 2 I!/ 2 _ El‘[y

E.I, DTt T A, @)
where [ is the length of the beam and w is the natural frequency. Similar equations
are obtained for the vibration in the y-direction.

These equations are highly transcendental and are numerically solved to obtain
the natural frequencies of nth vibration modes, wy, and wy,. Note that the shear
coefficient & is a dimensionless quantity dependent on the shape of the cross section
and introduced to account for the fact that shear stress and shear strain are not uni-
formly distributed over the cross section. A variety of numerical values are obtained
for isotropic materials by a number of authors. and for a rectangular cross section.
& = 2/3 is given in Timoshenko’s original paper [9], while & = 10(1 + »)/(12 + 11v»)
is given by Cowper [12] and the value of & is almost constant irrespective of the value
of v, eg., & = 0.8488 ~ 0.8497 for v = 0.28 ~ 0.30.

For orthotropic material, it is difficult to obtain any relation between the shear
coefficient x and Poisson's ratios v, so that « = 0.8490 will be used in the numerical
computation hereafter.

b=

Torsional Vibrations—An analysis of torsion of a rectangular bar of orthotropic
material under Saint-Venant’s assumption is given in the literature [13], and the equa-
tion of motion governing the torsional vibration of the specimen cut out along the
z-direction is given by

%y _ Gy 0% .
o =T, 9 )

where ¥ is the torsional angle and

G, 4G, Gre192a & 1 ith [G,,
oI e 1 * tanh 20, e
L T+ (B [ \/;” oy 23: 5 M g, \[G

where a is the width, h is the height of the cross section, and I, = p(a®h + ah®)/12 is
the polar moment of inertia of the cross section.

{5)
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The frequency equation for torsional vibration is given by

_nr [Gr
W = l ]p (6)

Calculation of Elastic Moduli by the Least Square Fit

Orthotropic elastic constants F;,G.,, and G,, are calculated numerically from
the measured values of natural frequencies of the flexural and torsional vibrations,
WHn. WV, and wry,, by using the method of the least squares combined with the iter-

(rd
i

ation technique (7].

Measurement of Elastic Constants of SiC/SiC Laminates and Damage Evaluation

The material tested is the Du Pont chemical vapor infiltration (CVI) matrix com-
posite. The specimen blanks of 3 mm thickness were composed of eleven fabricated
layers of bi-directional SiC fibers (Nicalon; Nippon Carbon Co., Ltd.) infiltrated with
SiC matrix using CVI method. The mechanical and physical properties of this material
published by the manufacturer (Du Pont CVI Ceramic Matrix Composites, Prelim-
inary Engineering Data, Du Pont Composites H-28486) and those measured by the
Fine Ceramics Center of Japan [14] are summarized in Table 1.

TABLE 1—Mechanical and physical properties of SiC/SiC composite.

Fiber Content Density, Porosity Young’s Shear Poisson’s
% g/cm?® % Modulus, GPa Modulus, GPa  Ratio
40 2.58 9.7 203 80 0.22

Five rectangular bar specimens were cut out by a thin diamond wheel from each
of the z and y directions, i.e. , 0°/90° directions, of the as-received specimen blank
as schematically shown in Fig. 3. Four surfaces of the specimen were finished using a
surface grinder with a diamond wheel. The dimensions and the calculated densities of
the specimens used in the present experiment are given in Table 2.

TABLE 2—Dimensions and densities of the test specimens.

Specimen  Direction Width, mm Height, mm Length, mm Density, g/cm®
a2 x 3.01 4.02 50.03 2.53
b2 y 2.99 4.02 50.08 2.54

Although the microscopic structure of this material is complicated and the pub-
lished value of the porosity of the material is 9.7 % the specimens are assumed to be
macroscopically homogeneous in the computations. The orthotropic elastic constants
were measured at room temperature and high temperatures up to 1200°C in an oxidiz-
ing environment, i.e., air. The heating rate for the high temperature test was 20K /min
and the cooling rate after experiment was 100K /min.
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The measured natural frequencies and the computed orthotropic elastic constants
are given in Tables 3 and 4, respectively. We conclude that the test material is almost
isotropic in the zy-plane.

TABLE 3—Natural frequencies of the test specimens [kHz].

Specimen Direction  wy;  wyy WHI  WH? wr1 w2
a2 T 11.750 31.500 15.500 41.000 47.125 92.500
b2 y 11.625 31.125 15.625 41.000 49.000 96.250

TABLE 4—Orthotropic elastic constants of SiC/SiC composite.
Specimen Direction FE,, GPa E,, GPa G,,,GPa G,,, GPa G, GPa

yz1

a2 z 234.9 : 78.8 67.9 -
b2 y . 235.4 - 68.3 68.3

The temperature dependence of the elastic constants, E,, G,,, and Gy, of the b2
specimen is shown in Fig. 4(a). The elastic constants decreased with increasing tem-
perature up to 1100°C. It was probable that the material suffered from damage by
heat and/or oxidation. The elastic constants were also measured while holding the
same specimen at 1100°C for 210 min. It was found that the values of the elastic
constants recovered during the hold time as shown in Fig. 4(a). The closed symbols
in Fig. 4(a) represent the elastic constants at the room temperature measured after
the first heating cycle.

The same specimen was tested a second time and the elastic constants versus tem-
perature relation is shown in Fig. 4(b). The elastic constants are almost constant
irrespective of the test temperature. Similar tendencies are reported by Cutard et al.
(4] and Huger et al. [5]. It is pointed out that in SiC/SiC composites the pyrocarbon
interface, introduced for the achievement of good mechanical properties, makes the
material sensitive to an oxidizing atmosphere at temperatures greater than 600°C.
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FIG. 4—The elastic constants versus temperature, b2 specimen.
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At temperatures greater than 8§00°C the formation of a silica (Si0;) coat occurs by
oxidation of silicon carbide which can act as protection against further oxidation of the
interface in the core of the composites [15]. The chemical composition of the specimen
surface was examined using a scanning Auger nanoprobe technique. The micrographs
of the original specimen surface by the scanning secondary and/or Auger electron mi-
croscopy are shown in Fig. 5. Micrographs of the tested specimen surface after the
hold time of 210 min at 1100°C in the first heating followed by the hold time of 60 min
at 1200°C in the second heating are shown in Fig. 6. In the scanning Auger eleciron
micrographs, the white parts represent the atom rich reglons and the dark parts rep-
resent the atom poor regions. The chemical compositions in the atomic percent of the
matrix. interface, and fiber measured by Auger electron spectroscopy before and after
heating are given in Table 5. These results indicate that the pyrocarbon coatings were
oxidized, and the formation of SiO, at the fiber/matrix interface took place during
the hold time at high temperatures. We conclude in this stage that the damage as a
result of oxidation can be estimated by measuring the decrease of the elastic constants.

TABLE 5—The chemical compositions of matrix, interface, and fiber before and
after heating (atomic %).

Specimen  Condition Location Si C O
matrix 16 54 <1

a2 Original interface 10 89 <1
fiber 38 5T 5
matrix | 48 52 <1
b2 Heated interface 53 T 39
fiber 38 58 4

MEASUREMENT OF ELASTIC CONSTANTS FROM THE IMPACT
SOUND OF RECTANGULAR PLATE

Rectangular Plate Specimens

Two rectangular plate SiC/SiC specimens were cut out by using a thin diamond
wheel from another SiC/SiC specimen blank as shown in Fig. 3(b). The surfaces of
the plate specimens were finished by asing a surface grinder using a diamond wheel.
The dimensions and densities are given in Table 6. Note that the density of the plate
specimen is larger than that of the rectangular bar specimens shown in Table 2.

TABLE 6—Dimensions and densities of rectangular SiC/SiC specimens.

Specimen Length, mm Width, mm Thickness, mm _Density, g/ _cm3

P-1 70.00 49.99 "2.80 2.65
P-2 70.00 49.99 2.81 2.67
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FIG. 5—Scanning Auger micrographs of the original specimen surface, a2 specimen.
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FIG. 6—Scanning Auger micrographs of the tested surface, b2 specimen.
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Measurement of Elastic Constants at Room Temperature

A plate specimen was suspended in the place of the bar specimen shown in Fig. 1, and
the natural frequencies were measured from the impact sound. The correspondence
of each natural frequency to each vibration mode was determined from a preliminary
finite element method (FEM) computation using ABAQUS code with eight node shell
elements. The SiC/SiC composite plate was assumed to be orthotropic, therefore the
measured elastic constants from the rectangular bar specimens given in Table 4 were
used in the computation. As for Poisson’s ratio required for the FEM computation,
Vyy = 0.28 was assumed. The Fourier spectrum of P-1 specimen is shown in Fig. 7,
and the identified natural frequencies are given in Table 7. The three elastic constants,
E.,E,, and G, were determined from the measured natural frequencies by using an
iteration technique combined with the FEM computations [7} and are given in Table 8.

mode 1, f1=5.15 kHz mode 2, f,=5.90 kHz mode 3, f3=11.52 kHz
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FIG. 7—Fourier spectrum and corresponding vibration modes of plate specimen.

TABLE 7—Measured and identified natural frequencies of plate specimens [kHz].

Specimen Mode 1 Mode 2 Mode3 Mode4 Mode5 Mode6
P-1 5.150  5.900 11.526 11.850 15.025 16.400
P-2 5.200 5.950  11.650 11975 15.175 16.525

TABLE 8—Measured elastic constants of plate specimens.

Specimen E,,GPa F,, GPa G, GPa
P-1 274.0 268.0 108.0
P-2 276.0 272.0 110.0
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Measurement of Elastic Constants at High Temperatures

The elastic constants of the P-1 specimen at temperatures up to 1200°C were
measured. The variation of elastic constants with time when held at 1200°C for 4 h
was also measured. The reduction of E, and G,, as functions of test temperature is
shown in Fig. 8(a), and their variation with time is shown in Fig. 8{b). The reduction of
elastic constants at temperatures greater than 600°C observed in Fig. 8{a) is attributed
to oxidation of the pyrocarbon layer of the SiC fiber. The recovery duting the hold time
is caused by the formation of S10, at the previously existing pyrocarbon layer. The
elastic constants versus temperature relation for the second heating stage is represented
in Fig. 9. The elastic constants at room temperature after the high temperature
exposure test, are represented as closed symbols in Figs. 8(a) and 9.
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FIG. 10—Configuration of jet engine flap.

DAMAGE EVALUATION OF A JET ENGINE FLAP

As an example of application, the present method is extended to measure the
natural frequencies of plate-like hot section components. A jet engine nozzle flap
was manufactured by Ishikawajima-Harima Heavy Industries Co., Ltd. An orthogonal
3 dimensional fabric (100 by 200 by 5 mm in nominal size) woven with continuous
yarns of Si-Ti-C-O fibers (Tyranno, LOX-M grade; Ube Co., Ltd.) was densified by
CVI and polymer impregnation and pyrolysis (PIP) processes [16]. The nozzle flap
was equipped in a demonstrator jet engine in an attempt to estimate the reliability
of SiC/SiC components. The total running time was 33 h and the maximum surface
temperature of the flap was 700°C. The natural frequencies of the flap before and after
engine operations were measured from the impact sound, and the Young's modulus of
the material was measured to estimate the damage of the flap. Since the actual nozzle
flap is of a complicated configuration with bolt holes and chamfers as shown in Fig. 10,
it was modeled as a rectangular plate of 190 by 112.5 by 5.0 mm. The identification
of vibration modes and computation of the elastic constants were carried out by an
analogous method used for the plate specimens described in the preceding section.

The measured values of the natural frequencies corresponding to the first and fifth
vibration modes are given in Table 9.

TABLE 9—Natural frequencies and degradation of nozzle flap.

Vibration Mode Model Mode 5
original flap 987.0 Hz 3375 Hz
used flap 950.0 Hz 3162 Hz
degradation D 7% 12%

The natural frequencies of bending mode vibration of a plate are expressed by

w? = constant x — (N

/

where w is the natural frequency, p is the density, E is the Young’s modulus. Let the
Young’s moduli of the flap before and after usage be Fy and Eg, respectively. Then,
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the degradation of the material in terms of the reduction of the Young's modulus is

given by
E we\?
p=1-2t=1-(%) (8)
Eg W
The degradation of the jet engine nozzle flap is shown in Table 9. The reduction
of Young’s modulus in the z-direction E, was 7% while that in the y-direction E, was
12% in the present case. It is thought that oxidation of the pyrocarbon is probable
at the maximum test temperature, 700°C, while formation of 510, does not take place.

CONCLUSIONS

The orthotropic elastic constants of SiC/SiC composites were measured from the
impact sound of rectangular bar and/or plate specimens and the relation between the
elastic constants and temperature was obtained up to 1200°C. When the specimens
were held at high temperatures for a period of time, an increase of the elastic constants
over time partially restored their observed decrease in the earlier stage. Scanning Auger
electron microscopy showed that the decrease of elastic constants is attributable to the
oxidation of the pyrocarbon coating of SiC fibers and formation of Si0,. By using the
present technique, the damage of a engine nozzle flap made of SiC/SiC composite was
estimated as the reduction of the Young's modulus of the flap before and after engine
operation. The present method is capable of measuring the orthotropic shear modulus
and Young's modulus of composite materials at high temperatures by a simple and
cost-effective procedure using small specimens. This method is therefore useful for
material evaluation at the development and operation stages.
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ABSTRACT: The optimal design of the fiber-reinforced laminates is based on the
application of the general homogenization model for the composite shell developed earlier
by the author. The optimal design algorithm for the fiber-reinforced laminates with the
prescribed set of effective stiffnesses is developed. The set of prescribed effective
stiffnesses for which the design problem is solvable, is described, and the effective method
of the design parameters calculation based on the convex analysis is developed. The
sufficient number of plies required for the design of the fiber-reinforced angle-ply laminate
with the prescribed set of effective stiffnesses is determined. The design problem is
generalized on account of minimization of the fiber volume content. The effectiveness and
advantages of the developed approach are illustrated by several design examples.

KEYWORDS: fiber-reinforced angle-ply composite laminate, homogenization, effective
stiffenesses, optimal design

INTRODUCTION

A fiber-reinforced lamina based upon ceramic or metal matrices can be manufactured
by various solid, liquid, or gaseous routes, for example, by diffusion bonding, extrusion
and drawing, liquid infiltration, compocasting, etc. A composite laminate is fabricated by
stacking and bonding together individual laminae with various orientations of principal
material directions determined by the directions of fibers. Laminates may be unidirectional

(09), cross-ply (0°/90°) or angle-ply (0°<¢p<90°) depending on the arrangements of fibers in
laminae. The general type of angle-ply laminates will be considered in the present study.

The mechanical model which allows the prediction of the behavior of multiple
inhomogeneities in composite structure is provided by the sets of equations with rapidly
varying coefficients that characterize the properties of the individual phases of the
composite material. The resulting boundary-value problems are very complex, and it is
quite natural, therefore, to seek mechanical models with some averaged coefficients.

'Professor, Director of the Smart Materials Centre, Mechanical Engineering
Department,Technical University of Nova Scotia, Halifax, Nova Scotia, B3J 2X4 Canada.
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Different averaging techniques have been adopted to estimate the effective elastic
properties of composites, see e.g., [1 - 6]. Analytical averaging schemes were also utilized
in [7 - 9] to provide an estimate of the overall elastic properties of inhomogeneous
composite structures.

The effective properties of the composite material of a periodic structure can be
calculated by means of the asymptotic homogenization method. The mathematical aspects
of the asymptotic homogenization technique can be found in [10 - 13]. This method is
mathematically rigorous, and it enables the prediction of both the local and overall averaged
properties of the composite solid.

The rigorous general homogenization composite shell model was developed earlier by
the author [12, 14 - 16] by applying a modified asymptotic homogenization techaique to
three-dimensional elastic problem for a thin curvilinear periodically inhomogeneous
composite layer. The application of this general model to the analysis of fiber-reinforced
composite shells provides an accurate analytical determination of their effective stiffnesses
as well as the local stress distributions, see [12] and [16].

In the present paper, these results are taken as a basis to formulate and solve a design
problem for fiber-reinforced laminates with the prescribed set of effective stiffnesses.

GENERAL HOMOGENIZATION COMPOSITE SHELL MODEL

Let us consider a three-dimensional composite layer of a periodic structure with the

unit cell Qg. Thickness of this layer, &, and scale of the composite material inhomogeneity
are assumed to be small as compared with the dimensions of the solid as whole. It is
comrmon practice in performing the stress analysis of a composite structural member that
the inhomogeneous medium being studied is replaced with a homogeneous anisotropic
medium whose response is believed to be equivalent to that of the actual composite in a
certain average sense. If the composite material has a periodic structure, the averaged (or
effective) properties of the equivalent anisotropic homogeneous material can be estimated
by means of the asymptotic homogenization method, which also gives asymptotically
correct results for the local stress field in the bulk of the composite solid. In the previous
studies by the author, see [12, 14 - 16]. this approach was adopted in the analysis of
composite and reinforced thin-walled structural members. As a result, the general
composite shell model was developed. It was shown that it is possible to calculate both the
effective and local properties of this composite layer by first solving appropriate three-
dimensional local problems set on the unit cell, and subsequently solving a two-
dimensional boundary-value problem for a homogeneous (or quasi-homogeneous)
anisotropic shell with the effective stiffness moduli obtained at the first step.

The constitutive relations of the anisotropic homogeneous shell, that is those between
the stress resultants Ny, N,, Ny, and moment resultants My, M5, M, on the one hand.

and the mid-surface strains €y, €,» (elongation), £19=€=0)/2 (shear), 71y, 127 (bending),
T12=T21="T (torsion) on the other, can be represented as follows [12]:

Np = 8<bpghtt>eyy, + 82<cpgM>Tyy, Npp = 8<bj Mgy, + S2<cphi>ty, (D)
Mg = 82<zbggMi>eyy, + S<zcgg>nyy, M= 82<zb Mgy, + 83<zc Moy, (2)
where § assumes the values 1 and 2, and is not summed here; A4 = 1,2 and are summed.

The functions by™(&,8,,2) and c™&,,§,,2), kLm,n,=1,2,3 can be caiculated from
the solution of local problems on the unit cell [12]. They are periodic in variables
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€1=0t;A1/(dhy) and E;=01yA5/(8hy) with periods A and A, correspondingly; oy, 0ty and ¥
are the orthogonal curvilinear coordinates, such that the coordinate lines o and o, coincide
with the curvature lines of the mid-surface of the shell and coordinate lines 7 are normal to
the mid-surface (y=0), and z=y/3. Functions A(0t;,05) and As(0t;,01p) are the coefficients
of the first quadratic form of the mid-surface of the layer, and 8h,, 8hy are tangential

dimensions of the periodicity cell 5. The averaging symbol <...> in Eqgs. (1) and (2)
denotes the integration over the three-dimensional unit cell of composite layer, as follows:

<F(E1.82)> = | F(&1.8p2)dE dExdz 3)

Q

Local problems having been solved, the functions byym8(§;.€5.2) and cjy™n(&,E,,2)
are averaged by application of Eq. (3), giving the effective stiffnesses of the anisotropic
homogeneous shell, <bogh>, <zbgghtt>=<coghtt>, and <zcoght>. One may proceed
then to solution of the boundary-value problem for the homogeneous shell [12], to calculate
the mid-surface strains &,,(0t;,0) and Ty, (0ty,00).

The notation for the effective stiffnesses used in Egs. (1) and (2) is naturally related
to the local problem formulation in the general homogenization composite shell model.
There is the following simple correspondence between this notation and the conventional
notation of classical laminated plate theory (see e.g., [8]) for the effective stiffnesses:

Ajq = d<byll>, By =82<zb 1> = §2<c 1>, Dy = &<zey !>
Ay = 8<by 22>, Big = 82<zb ;122> = §2<c (22>, Dy = &3<zcq (22>
A= 8<bj12>, Big = 82<zb; 112> = §2<cqy 125, Dig = 8<zcy 12> (@)
Agy = 8<byy22>, Byj = 82<zbpy22> = §2<cyy 22>, Dy = $3<ze9y22>
Ang = 8<byy12>, Byg = 82<zbyy 12> = §2<cyy 12>, Dy = $3<zcyy 12>
Agg = 8<byy12>, Bgg = 82<zb512> = §2<c 512>, Dgg = 83<zci,12>

Both notations related by Eq. (4) will be used in the sequel.
The general homogenization composite shell model also provides an asymptotic result
for the three-dimensional local stress distribution in the composite layer. These stresses can

be calculated as follows (i,j = 1,2,3; L,v=1,2):

0y = bHV(€1,82,2)Ey (0L, 00) + BeyV(E 1, E0.2) T y(0,00) 4)

Analysis of local deformations and stresses was performed earlier, see [12} and [16},
and it was shown, in particular, that the large local shear stresses arise in the matrix
material in the case of dense placement of the fiber plies. The failure of matrix material
caused by the torsion deformation occurs if the fiber volume content exceeds 60%. Torsion
failure of the matrix causes the delamination of the high-stiffness fiber-reinforced laminate.

The application of the general homogenization composite shell model is limited to the

case in which thickness of the laminate and the scale of periodicity, i.e., parameter 8, is

much smaller than the overall dimensions of the solid. This requirement is fulfilled in a
large number of applications.
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FIBER-REINFORCED ANGLE-PLY LAMINATE

The fiber-reinforced angle-ply laminate is shown in Fig. 1. The laminate is formed by
N layers reinforced by parallel fibers. The fiber within a jth layer, j=1,2,....N, makes an

angle ¢; with the coordinate line o;. The thickness of laminate is 6, and the departure of the
axis of the fiber of the jth ply from the mid-surface (y=0) is equal to 6aj, where g; isa
dimensionless quantity equal to a departure of the axis of the fiber normalized by 6.

FIG. ] -- Fiber-reinforced angle-ply laminate.

We assume that material of fibers is much stiffer than the matrix material, Eg » Ey;.
That is typical for the polymer matrix fiber-reinforced composites, for which Ep/Ep is of
the order of 100. Local problems are much simplified, on account of the above assumption,
by a decoupling in the regions of fibers and matrix.

Effective Stiffnesses

Local problems of the general homogenization composite shell model can be solved
analytically for the elliptical cross-section of the fibers, see [14]. Having solved the local

problems, we average the functions bog*(&,£5,2) and CaB)”“(gl’E.Q»Z) and then sum them
up over the all N layers to obtain the following formulas for the effective moduli of the
high-stiffness fiber-reinforced angle-ply shell:

N N
<bupMi>= Y E; BOPM) By,  <zboght> = <coght> = Y aj Ej B(@PM) g (6)

j=1 j=1

N
<zcogM> = Y E; 6; [a2 ggj(a[ﬁu) + GeBMY (16(1+v)) 1] 7

=1

Here E; and vj are Young's modulus and Poisson'’s ratio of fibers of the jth layer; ;
is the fiber volume content in the jth layer; and the parameters % (0BMb and GOBMD are
determined by the following formulas for each combination of superscripts ¢, B, A, u=1,2:

gj(lll 1) = A14®J’4COS4(pj, 3}.(1 112) = 3}.(121 1)~ A13AZQ)J'4cos3cpjsin(pj
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3(1122) = B2211) = B(212) = A 2A2Dr-4cos2;sine; (8)
322D = Atpcdsinde;, B(1222) = B2 = A A3 D 4cos;sindg,
GUID = A 4D4c0s2; [2A9%sin2¢;(1 - e2)A; + cosg;(1+v))]
C2222) = Ay* D4 sin2; [2A 1 4cosgy(1 - e2)A; + sinZg;(1+vy)]
GUI2D =221 = A 2A520;4 singicos29; [- 24 2A5 (1 - e2)A + (1+v))] 9

GUID =210 = A 3A) D4 singjcos@; [Ar2(Ag?sin?g; - Aq2cos2@p)(1 - )y +
cosZ(pj( 1+v)]

GU222) =G (2212 =A A3 D4 singjcos; [A 2(A2cos2@; - Ag2sing;)(1 - &2)A; +
sin2(pj( +v)]

q(1212) =0.5 A2A.2D4 [(A120052(pj - A225in2(pj)2(1 - &2)A; + 2sin2Q;cos?@;( 1+v;))]
where
ﬂJZ = AIZCOSZ([)j + AZZSiHZ(pj, A) = [DJZ + A12A22(1 - ej2)]'1 10

and e; is the eccentricity of the elliptical cross-section of the fiber of the jth ply. In the case
of circular fibers, e; =0.

It is of interest to compare expressions (6)-(10) for the high-stiffness fiber-reinforced
laminates with the results that have been derived in the framework of the semi-empirical
approach [6}. In this procedure, first the averaging the composite material characteristics of
individual layers is performed, and then the overall stiffnesses of the composite angle-ply
laminate are calculated using the orthotropic effective stiffnesses of laminae and the
stacking orientation of each lamina. The comparison shows that the formulas (6) for the
moduli <bygM'> and <zbygM'> coincide with the corresponding formulas for the effective
stiffnesses of a laminate loaded in tension/compression or shear, and that A} = Ay =1,
However, the above flexural and torsional stiffnesses, <zcaB741>, given by Eq. (7), do
differ from the corresponding results of the semi-empirical approach, and can be converted
to these latter by setting e; = 1, j=1,2,....N (which means neglecting the shape of the cross-
sections of the fibers in alf plies), and, in addition to that, by replacing the factor 16 by 12
in the denominator in the last term in Eq. (7) (which means neglecting the correct
calculation of the moment of inertia of the fiber cross-section). Apparently, the above Eqs.
(7) - (10) derived using the general homogenization composite shell model are more
rigorous than the results of the approximate approach, in terms of better accounting the
microstructure of the composite material.

Numerical Example

To obtain an estimate of the accuracy of the solution, consider a three-layer angle-ply

laminate of a thickness & and with the fiber placement angles ¢,=n/4, ¢,=0, and Q3=-1/4.
The fibers in all three plies are made of the similar material with isotropic elastic
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properties E and v, and they have a similar circular cross-section. We also assume that

0,=0,=03=0, a,=1/3, a,=0, a3=-1/3, and A| = A, = 1. From Eq. (7), the non-zero
flexural and torsional moduli of the shell in the conventional notation, see Eq. (4), are
given by

Dy =[0.15+0.031 (1 +v)1]133E6,, D;,=[0.06+0.031v(1+v)!]53El,
(11)
Dy, =[0.09 +0.031 (1 + v)!1]183E6,, Dge=1[0.09 +0.016 (1 + v)-!] 83EQ,

To specify the magnitude of the correction, let us consider the graphite/polyimide
angle-ply laminate with the following properties of fibers and matrix: Eg = 300 GPa, Ep/Ey

= 100, and vg = 0.2. We assume that a lamina thickness is 0.14 mm, and the fiber volume
content is 60%. The magnitudes of the effective stiffnesses calculated from Eq. (11) are the
following: Dy = 2.34 Nm, D, = 0.93 Nm, Dy, = 1.55 Nm, and Dgg = 1.37 Nm. The
corresponding values resulting from the semi-empirical approach [6] are: D{{ = 2.4 Nm,
and Dy, = Dy, = Dgg = 1.29 Nm. The maximum correction of 27% is obtained for the
effective stiffness Dy5.

DESIGN OF THE FIBER-REINFORCED ANGLE-PLY LAMINATE

In many cases, design of the composite engineering structures is based on some
empirical approximate formulas. But it should be understood that a satisfactory design
result can be achieved only if the design procedure is based on a rigorous basic theoretical
model.

The application of the general homogenization composite shell model to the analysis
of the fiber-reinforced laminate shown in Fig. 1 provides the accurate calculation of its
effective stiffnesses. These results are used in this section for the design of a composite
laminate with the required set of effective stiffnesses. A different approach was developed
earlier in [17] for the optimal design of wafer- and honeycomb-like reinforced shells.

Suppose it is required to design the fiber-reinforced angle-ply laminate with the
prescribed set of effective stiffnesses. Egs. (6) - (10) express the effective moduli of the

high-stiffness fiber-reinforced laminate in terms of fiber placement angles @, fiber volume

content 6, where is a number of the layer and some other material properties and
geometrical dimensions of the laminate. Let us assume now that all fibers are of a circular
cross-section, and that they are made of a similar material with Young's modulus E. We
also assume that Aj=A»=1, which is possible for the cylindrical shells or plates, in
particular. The set of effective stiffnesses in the tangential directions to the shell surface can
be then expressed as follows, cf. Egs. (4), (6) and (8):

A= 5<b1 1 s = EoY1(v,9), Ay = 5<b2222> =EwY2(V,9)
Ajg = 8<b1!2> = EnY3(1.9), Azg = 8<b 522> = EoY4(v,9) (12)

Ass=A1n= 5<b1212> = d<b 122> =0.5Ew0 [l - Yi(7.0) - Y2(7:9)]

where
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N N

Yi(h0) = Y, 7 costy;, Ya(r.0) = 3, ¥jsinto; (13)

j=1 j=t

Y3(1,0) = Y, Y; sing; cos3;, Ya(y,0) = 2 ¥ sin3@; coso;

=t j=1

N 9
Here 0= 2 Gj, Y= (Y1,Y2,---¥N)> and Y= 1 is the proportion of fiber content
7=i 0]

within the jth layer, and © = (©1,9;....,0N). By replacing functionals Y (y,9), Y2(Y,9),

Y3(y,0), and Y4(y,0) by the variables y, y2, y3, and y4, and using the conventional
notation for the effective stiffnesses, see Eq.(12), we obtain the following algebraic system:

A1 = Eoyy, A2 =Ewya, Aj6 =Ewy3
(14)
Az = Ewy4, Ass=A12=05E0 (1-y1-y2)
If we prescribe values of the effective stiffnesses A11, Az, Ag, Age. and Agg =
A1, then Eq. (14) will represent the system for determining y = (¥1, Y2, ¥3, y4). Since the

number of equations in the system (14) exceeds a number of unknowns, the following
condition (it is natural to call it a solvability condition) should be fulfilled:

Ags=A12=0.5 (Ew-Aj1 - Ap) (15)
The system (14) can be resolved explicitly, so that
y1=A11 (Eo)l, y2 = Ap (E0)~L, y3= At (o)7L, y4 = Az (Ew)! (16)

The next and major step in the design problem is to determine the fiber volume

fractions Y = (Y1,¥5,....¥n) and the fiber placement angles © = (¢1,0;,-..,0n), such that
satisfy equations:

Y1(%.9) =y1, Yo(v,0) = y2, Y3(v.9) =y3, Ya(v.9) = ya amn
The following natural limitations are imposed on the design pararmeters:
N
> n=1 12 0, j=12,..N (18)
j=1
9; € [0, w], =12,...N (19)

The question of a great practical importance here is the determining the minimum
number of layers, Ny;n, that is required to design the fiber-reinforced shell with the
prescribed set of effective stiffnesses.

Design Problem Formulation

The design problem includes the following two questions:

(1) determine if the system of equations (17) is solvable in the set of variables
satisfying conditions (18) and (19), and
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(2) if the answer on the question (1) is positive, then find the set of solutions of the
system (17) under the conditions (18) and (19).

Design Problem Solution

To solve the design problem, we first define a following set of intervals within [0,
N
7] that impose the limitations on fiber placement angles ¢;: PN = Z[ai,bi] c [0, ], and
i=p

consider a set
UgN = {@ € ®N, ye RN, ysatisfies conditions (18)} (20)

Problem (17) and (18) is solvable in the set of variables Ug™N if and only if the right-
hand sides of equations (17), (y1, 2. ¥3, 4) belong to an image of the set UpN under the
mapping Y, given by equations (13),

Y: (v.0) € UsN = (Y1(3.9), Y2(1,9), Y3(V.0), Ya(1,9)) € R* 21

Statement 1

(a) If N = 5, then image of the set UgN under the mapping Y, given by equations
(13), represents a convex hull, see [18], of the following curve I':

['={y € R* y = (cos*, sin*@, sin cos3@, sin3¢ cos@), ¢ € ON} 22

(b) Any point that belongs to the image of the set Ug™ under the mapping Y can be

obtained as a value of the function Y on a vector (Y,0) € RSx®5.

In accordance with Statement 1, a fiber-reinforced angle-ply laminate with any
prescribed effective stiffness moduli {Agp} satisfying the solvability condition (15), can be
designed by using not more than five plies of reinforcing fibers.

SKEW-SYMMETRIC FIBER-REINFORCED LAMINATES

Let us consider now a practically important type of a laminate with the skew-
symmetric placement of fibers about the mid-surface of a laminate. In this case, for any ply

with the fiber placement angle + @;, there is symimetric ply with the fiber placement angle

- ¢;, and the fiber volume fraction ; is similar in these two layers. In the case of skew-
symmetric reinforcement, the two last functionals in Eqgs. (13) are identically equal to zero.

It is also sufficient in this case to limit the fiber placement angles by the interval [0, 7/2].

Design Problem Formulation
(1) determine if the following equations (cf. Eq. (17)):

Y1(v,9) = y1, Y2(3.9)=y2 (23)

are solvable in the set of variables (cf. Eq. (20))
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VoN = {(1,0) € UoN, ¥ =W - 0= onj € [0, /2], j=1.2,.. .N/2} (24)

(2) if the answer on the question (1) 1s positive, then find the set of solutions of the
system (23) under the conditions (18).

Statement 2

(a) If N = 6, then image of the set VN under the mapping {Y1(y,0), Y2(7,0)}, given
by two first equations (13), represents a convex hull of a curve

I = {yeRZ y=(cos*p, sin*p), pe BN} = (ye R2: y=(n, (1- \m)2), necos?®N}  (25)

where cos#® denotes the image of the set @ under the mapping (cos)4.
(b) Any point that belongs to image of the set VN under the mapping
{Y1(7,9),Y2(y,¢)} can be obtained as a value of the function {Y1(Y,0),Y2(y,0)} on a

vector (y,)e Ug®.
In accordance with Statement 2, a skew-symmetric fiber-reinforced composite shell
with any prescribed effective stiffnesses { Agp}, satisfying the solvability condition (15),

can be designed by using not more than three pairs of plies with fiber placement angles +0;
and - @;.

MINIMIZATION OF FIBER CONTENT

Let us consider now an optimization of the design problem concerning the

minimization of the fiber content, ®. We include now the variable ® into the set of
independent variables of the system of Egs. (16), and consider the problem of minimization

of ® on account the condition that the laminate has the prescribed set of effective
stiffnesses. Suppose, we already solved the above design problem for some fixed  value,
e.g., ® = My, so that (cf. Eq. (17))

Yo =y i=1234 (26)

where y0 = (y10,y20,y30,y40) is determined from expressions (16) with ® = wyg. It
follows from the formulas (16) that y = (0o/®)y? will represent a solution for a given ®
value. Moreover, fiber volume fractions v; satisfy conditions (18). As a result, we arrive to
a problem to find a minimum ® value, such that the point y(®) = (0y/0)y? belongs to
convex set, conv I". Curve I" has been described in Statements ! and 2. The set

L = (y(®) = (0/0)y?, o € (0, ®0)} @7

represents a ray having an origin in the point y9 € conv I, and tending to infinity when
©—0. Since the set conv I is compact (because I is compact), the ray L will intersect the

boundary of the convex compact set conv I” when o equals some certain value, ® = ©¥,
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and they will have no other intersections when @ < @*. We formulate this result in form of
Statement 3.

Statement 3

The above formulated fiber content, ®, minimization problem is solvable if the design
problem with the required set of effective stiffnesses and some prescribed g value is
solvable. The ® minimum value is equal to @™ that corresponds to an intersection of the ray
L with the boundary of the set conv I'. A design project for the composite shell with a
minimum fiber content @* can be found by solving problem (17), (18) or the problem (23),
(18) with a right-hand side equal to y = (e)/@™*)y0.

DESIGN EXAMPLES

The developed theory is illustrated by the following design two examples for the
fiber-reinforced angle-ply laminates.

In the first example, it is required to design a glass/epoxy laminate with a skew-
symmetric placement of fibers. The laminate should have the following effective
stiffnesses: A= 25 GPa and Ajy = 10 GPa. Young's modulus of fibers is E = 100 GPa,

and the prescribed fiber volume content is ® = 0.5.
Curve T in the considering case is determined as follows (cf. Eq. (25)):

I'={yeRZy=(m. (- Yn)?).n=cos*g e [0, 1]} (28)

Curve I' and its convex hull (area ABCD) are shown in Fig. 2.

t —
1 17,=0.58 0.73 1 n

FIG. 2 -- Curve I" and the convex hull, conv T" (area ABCD).
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The prescribed values y = (0.5, 0.2) are calculated from Eq. (16). It is seen from Fig. 2

that point y = (0.5, 0.2) belongs to set conv I'. Consequently, the laminate with the above
prescribed effective stiffnesses can be designed. Let us calculate the design parameters of
such a laminate. In fact, the problem (23), (18) can be formulated as a problem of

determining the convex combinations of points on curve I', that produce a given point y.

Apparently, there is an infinite number of points on curve I" producing given point y. For
example, point y can be obtained as a convex combination of points A and D (see Fig. 2).

Introducing subscripts 1 and 2 to coordinates of points A and D, we obtainn =0, 12 =
0.58. Fiber placement angles @, and ¢, are expressed in terms of 11 and 17 by means of
the formula @; = arccos(n;)1/4, cf. Eq. (25). Using this formula, we obtain ¢; =90° and ¢,
=290, Fiber fractions y; and vy, can be also determined from Fig. 2 as follows:

¥=lyDVIADI=0.14, and y,=|Ay/IADI=0.86. The resulting four-layer skew-symmetric
laminate design is following: 14% reinforcing glass fibers should be placed on angles +

900, and 86% of fibers should be placed on angles + 29°. Note that the obtained design
parameters represent just one of the possible design solutions. However, this is a special
design project in the sense that it provides the maximum values of the fiber-reinforcing
angles.

Example on Fiber Volume Content Minimization

In the second example, it is required to design a skew-symmetric angle-ply laminate
with the effective stiffnesses similar to the above first example, but, unlike the previous
example, it is also required now to minimize the fiber content ®. As it was just shown,
the design problem for @ = 0.5 was solvable. Therefore, the design problem including the

minimization of ® is solvable as well. Assuming g = 0.5, and following the above theory,
we look for a point of intersection of a ray (cf. Eq. (27))

L=(y=2y0=%505 02,0 ©0.5) (29)
® ®

with a boundary of the area ABCD (see Fig. 2). This point of intersection is denoted by B
in Fig. 2, and it has the coordinates (0.73, 0.28). Applying Statement 3 and using Eq.
(29), we find that the minimum fiber content is equal to

®* = wg(y¥y)= 0.5(0.5/0.73)~ 0.34.

To calculate the design parameters, we should solve the problem (23), (18) with a
right-hand side y(®*) = (0.73, 0.28). It is seen from Fig. 2 that point B can be represented
as a convex combination of points of the curve I in a unique way, namely, as a convex
combination of ;;Oints A and C. Accordingly, we obtain thatn; = 0, = 1, and ¢ = 900,
and @, = 0°. The fiber fractions are 1= [BC/IAC| = 0.27 and y,=IABIIACI = 0.73. The

resulting design provides the minimum fiber content (*= 0.34) for the above prescribed
effective stiffnesses. The designed four-ply laminate is formed by two plies with fiber
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placement angles 90° and fiber volume fraction 27% and by two plies with fiber placement
angles 0° and fiber volume fraction 73%.

CONCLUSIONS

The explicit expressions for the effective stiffnesses of the high-stiffness fiber-
reinforced angle-ply laminate are obtained. Derivation is based on application of the general
homogenization composite shell model. The formulas for the effective stiffnesses provide
corrections to the earlier approximate effective moduli results.

The design problem for the fiber-reinforced angle-ply laminate with the prescribed
values of stiffnesses is formulated and solved using the convex analysis. The set of
prescribed effective stiffness values for which the design problem is solvable, is described,
and the effective method of the design parameters calculation based on the convex analysis
is developed. The sufficient number of reinforcing layers required for the design of the
fiber-reinforced laminate with the prescribed effective stiffnesses is determined. It is shown
in a general case that a laminate with any prescribed effective stiffnesses in the tangential
directions that satisfy the solvability condition can be designed by using not more than five
plies. In the case of a skew-symmetric fiber-reinforced laminate, the sufficient number of
plies is six, so that a skew-symmetric fiber-reinforced laminate with any prescribed
effective stiffnesses in the tangential directions that satisfy the solvability condition can be
designed by using not more than three pairs of plies with fiber placement angles +¢; and -
o j =123

The design problem is generalized on account of minimization of fiber content. It is
shown that this problem is solvable for any prescribed set of effective stiffnesses for which
the design problem is solvable. The effective method of the optimum design parameters
calculation is developed.

The effectiveness and advantages of the developed approach are illustrated by the
numerical examples.
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A MODEL FOR THE CREEP RESPONSE OF OXIDE-OXIDE CERAMIC
MATRIX COMPOSITES

REFERENCE: Zuiker, J. R., ‘““A Model for the Creep Response of Oxide-Oxide
Ceramic Matrix Composites,”” Thermal and Mechanical Test Methods and Behavior of
Continuous-Fiber Ceramic Composites, ASTM STP 1309, Michael G. Jenkins, Stephen T.
Gonczy, Edgar Lara-Curzio, Noel E. Ashbaugh, and Larry P. Zawada, Eds., American
Society for Testing and Materials, 1997.

ABSTRACT: A numerical model has been developed to predict the creep response of
ceramic matrix composites (CMCs) to understand better the sustained load behavior of an
eight-harness satin-weave Nextel™ 610? /aluminosilicate CMC. A two-phase system in
which each phase exhibits significant creep is considered. Mori-Tanaka estimates of the
overall elastic response are used in conjunction with transtormation tield analysis to
predict the inelastic deformation in each phase and evaluate the overall CMC response.
Good correlation between the model and experimental data is obtained over a wide range
of temperature and stress conditions when micromechanical estimates of the matrix elastic
stiffness are used. The correlation is sensitive to the matrix elastic properties and, thus,
provides a method to determine in-situ matrix properties when conventional methods fail,
as in this case.

KEYWORDS: creep, ceramic matrix composite, transformation tield analysis

INTRODUCTION

Oxide-oxide ceramic matrix composites (CMCs) consisting of oxide fibers
.embedded in an oxide matrix are currently the subject of increased interest as a result of
superior thermal stability at high temperature. The fibers are often woven into mats such
as the eight-harness satin-weave (8HSW) architecture considered here. Recently, a
system incorporating Nextel™ 610 alumina fibers into an aluminosilicate matrix has been
investigated for application in turbine engine augmentor components and found to possess
attractive high-temperature tensile and fatigue properties [, 2]. Of concern, however, is
the relatively high rate of creep at operating temperatures in comparison with other

1 Materials Research Engineer, Wright Laboratory Materials Directorate, Wright-Patterson AFB, OH
45433,
2 3M Company, St. Paul, Minnesota,
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CMCs. To determine optimal combinations of fiber content, ply layup, and weave
architecture, it is important to develop a mechanics-based approach to creep modeling that
is based on the response of the constituents.

As a first effort in this direction, a micromechanics-based model of a laminated
composite has been developed that incorporates creeping fibers embedded in a creeping
matrix. The model assumes a symmetric laminate subjected to in-plane loading. At the
ply level, the Mori-Tanaka method (MTM) [3, 4] has been used to assess the average
stress in each phase. This method has been used by several researchers to analyze the
response of inelastic composites [5, 6]. Inelastic deformation at the constituent and ply
level is accounted for via the transformation field analysis method [7] which treats all
nonmechanical or nonelastic strains as stress-free transformation strains or eigenstrains
and accounts for their interactions through a set of concentration factors.

The paper proceeds with an overview of the model and a brief description of the
experimental results to be considered. Next, assumptions concerning constituent material
behavior are reviewed and constants are selected based on fiber and composite testing.
The predictions are then compared with experimental data and sensitivity studies are
conducted on the eftect of varying matrix elastic properties. Finally, results are discussed
and conclusions are drawn.

Plain face uppercase and lowercase Greek or Roman characters indicate scalar
quantities, while vectors and matrices are denoted by boldtace lowercase Greek and
boldface uppercase Roman characters, respectively.

MODEL REVIEW

The principal goal of this analysis is to account for the stress transfer between plies
and between the fiber and matrix in each ply during sustained load tests. With this in
mind, a relatively simple approximation to the 8HSW microstructure is invoked following
the mosaic model [8] in that undulation of the fibers is neglected. It is further assumed
that there are many plies stacked in such a way that regions of undulation do not lie
directly upon one another, but rather are displaced in the plane of the laminate in a random
pattern. Therefore, all out-of-plane warpage caused by the woven microstructure is
suppressed, and each 8HSW mat is assumed to behave as a [0/90]g crossply.

Progressive cracking of both the fiber and matrix is neglected. Although the
matrix is observed to contain many distributed microcracks before testing, these can be
accounted for through use of reduced effective elastic matrix properties, which are
assumed constant throughout the simulation. Thermal stresses are neglected because of
similarity in the fiber and matrix coefficients of thermal expansion and the fact that all
testing was conducted at high temperature (near the processing temperature) under
isothermal conditions which quickly dissipate any thermal residual fields. Finally, note that
the system under consideration has no fiber coating. No evidence of debonding has been
noted at the conclusion of creep testing.? Thus, the fiber-matrix bond is assumed to
remain intact.

38.S. Lee, Wright Laboratory, Materials Directorate, Private Communication, 1995.
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Each phase is assumed to follow a simple power law creep constitutive equation
such that, in uniaxial loading, the total strain rate at any time r is defined as

éi(t)=d-(t)/E,'+Ai€_[Qi/T(t)](G(r))"i 0

where o(¢) and &(2) are the variable stress and stress rate, respectively, T is the
temperature, E; is Young’s modulus of phase /, and A;, Q;, and n, define the steadystate
creep response of the ith phase.

Micromechanics Relations

Predicting composite strain as a function of mechanical load and time involves
determining the stress and strain as a function of time in the fiber and matrix in both the 0°
and 90° plies. For in-plane loading, ply stresses and strains are estimated via classical
laminated plate theory using a [0/90]; layup in which each ply is composed of a two-phase
composite. Transformation field analysis (TFA) [7, 9, 10] is used to account for inelastic
deformation. TFA is versatile and can be immediately extended to any set of phase
constitutive relations. Application of the method to laminated plates under in-plane
loading has been addressed [11], as have higher order extensions for the combined
stretching and bending of laminated plates [/12, 13].

Using TFA, the stress vector in phase ¢, ¢*, of a heterogeneous body can be
written in terms of the overall stress applied to the plate, 6, and a summation of the
transformation strain in each phase of the body as

c®=B% - Y F*LPpP )
B=m,f

where B* is a stress concentration factor matrix giving the contribution to ¢ as a result of
o, F*? is a transformation concentration factor matrix, L? is the stiffness matrix of phase P,
and PP is the transformation strain in phase B. The matrix product FPL? gives the
contribution to 6% caused by pﬂ. Transtormation strain u” represents all strains in phase 8
not caused by elastic mechanical loading and may include plastic and creep deformation,
thermal strains, strains caused by phase transformation, and other phenomena. The forms
of B® and F*? depend on the elastic properties of the phases and their microstructure.
Approximate closed form solutions may be obtained by a variety of micromechanical
techniques when the microstructure is relatively simple. Elastic finite element techniques
are necessary for complex geometries [/0]. Here, because of the simple assumptions
made concerning the fiber architecture, the Mori-Tanaka method can be used to obtain
closed form solutions to all of the required concentration factors. Solutions for the
concentration factors via the Mori-Tanaka method can be found elsewhere [7].

The stress, total strain, and transformation strain increments in phase o of the ith
ply are related as

AEE =MOAGE +ATS, i=1.2 a=fm 3)

where AG;” is the stress increment in phase o of ply i, Ag is the total strain increment,
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Aﬁi" is the transformation strain increment, and M* is the elastic compliance matrix for

phase .. The bar over each quantity indicates that these quantities are in the local ply
coordinate system in which the ply lies in the x;x; plane with fibers aligned parallel to the
x; direction. Only in-plane loading and pressure normal to the Jaminate surface are
considered. Thus, vectors in Eq 3 are (4x1) and matrices are (4x4). Here, it is assumed
that the transformation strain in each phase is caused solely by steadystate creep in the
phase. Thermal strains, plasticity, apparent strain from distributed damage, and all other
inelastic strains are neglected. The steadystate creep response of each phase noted in Eq 1
is generalized to matrix form and written in incremental form as

A =3 A (o P A @

t

where P is a matrix that converts the stress vector G, into the deviatoric stress vector,
and G(:ff- is the effective stress in phase o of the ith ply.
!

At the ply level, stress and strain increments are related as
Ae, =M, Ao, + Ay, &)

where Ag, is the stress increment in ply /, Ae; and Ap, are the total and creep strain
increments, respectively, and M, is the effective elastic compliance matrix for ply i.
Quantities without bars overhead are defined in the global coordinate system in which the
laminate lies in the xyxp plane with the 0° ply fibers aligned in the x; direction. Equation 5

may also be written in the local coordinate system by placing bars over all quantities.
Stress and strain may be converted from the global to the local coordinate system via
rotation matrices as

AG, =R,Ac,,  AE, =N,Ag, (6a, b)

where
cos® §, sin®@, 0 sin26,
!' sin” @, cos’®;, 0 —sin26, )
0 0 1 0
[——;sinZGi 1s5in20;, G cos26,

R, =(N)" =

and 0; is the angle between the loading direction and the fiber direction in the ith ply.
Local and global stiffness matrices in the ith ply are related as

M, =R,"MR,, L,=N,"LN, (84, b)
The average ply creep strains can be determined from the phase creep strains as [7]
AT = Y e B AL ©)
o=m,f

where ¢, is the volume fraction of phase o. Equation 9 simplifies to Levin's rule [14] if
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the transformation strain increments are taken as thermal strain increments.

Incremental Solution Technique

Increments in stress, total strain, and creep strain at the phase, ply, and laminate
levels are computed via a forward Euler integration scheme. The creep strain increment in
each phase of each ply is calculated through Eq 4, and the average ply creep strain is
calculated in the global system via Eqs 9 and 6b. Using a form of the TFA relation in Eqs
2 and 6a, the local stress increment in the ith ply is calculated from the applied stress
increment, Ac, and the ply creep strain increment as

N
AS; =R,[H,Ac - Y F,L,Ap;] (10)
j=1

Here, H; is the ply stress concentration factor matrix that provides the contribution to the

stress increment in the ith ply as a result of the applied laminate stress increment AG. Fj is
a transformation concentration factor matrix that, when multiplied by the stiffness matrix
of the jth ply, L;, provides the contribution to the stress increment in ply i as a result of a
transformation strain in ply j. Numerical evaluation of H; and Fj; is relatively simple for in-
plane loading.

Once ply stress increments have been determined, phase stress increments can be
obtained using Eq 2 rewritten as

AGY =BUAG; - Y FPTPARP. i=12 a=fm (11)
B=fm

Here B® and F®® are stress and transformation concentration factors that are determined
via the Mori-Tanaka method.

The phase and ply total strain increments are calculated via Eqs 3 and 5,
respectively. Equation 6b provides these quantities in both the local and global coordinate
systems. In-plane stretching and shearing of the laminate are equal in each ply. Thus, the
in-plane ply total strain increments equal the laminate in-plane total strain increments.

EXPERIMENTAL RESULTS

Twelve-ply 8HSW Nextel™ 610/AS composites were mounted in a horizontal
fatigue machine and loaded in the warp direction. The test specimens were heated at
1.1°C/s from room temperature to a uniform gauge section temperature of 1000 - 1100°C
and allowed to stabilize for 15 min, then mechanically loaded in under 100 s and held at
constant loads between 50 - 135 MPa until specimens separated into two pieces. Total
strain was measured over a 16-mm gauge section [/, 2, 15]. Figures 1 and 2 show
experimentally measured values of total strain at temperatures of 1000 - 1100°C as a
function of time for various applied stress levels. Very little primary and almost no tertiary
creep is observed.
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Figure 3 shows strain rate as a function of strain for each of the tests in Figs. 1 and
2. A multipoint linear regression was used to obtain strain rate estimates. In each case
shown in Fig. 3, the first point was taken far enough out in time that data points from the
initial mechanical loading were not included in the linear regression fit. These results
indicate a short primary creep regime during which the creep rate quickly decays to a
steady state value.

CONSTITUENT PHASE RESPONSE

Fiber Properties

The fiber has been well characterized in creep [16] and exhibits neither primary nor
tertiary creep before failure. The creep response is accurately predicted by a simple power
law of the form shown in Eq 1. A least squares fit to the experimentally measured
steadystate fiber creep rates produced the fit shown in Fig. 4 which predicts the
experimental creep rates within a factor of three. Data on polycrystalline alumina were
used to approximate the elastic properties of the fiber at 1000 - 1100°C [17]. These are
shown in Table 1 along with creep constants for Eq 1.

Matrix Properties

Because of the unique manufacturing process, it has not been possible to produce
monolithic matrix samples with microstructure comparable to that observed in the
composite.* Thus, all estimates of matrix properties are inferred from composite tests or
predicted from knowledge of the matrix constituents and microstructure.

Elastic Matrix Properties--The initial estimate of the matrix elastic modulus
(E,, = 3.5 GPa) was inferred from tension tests on the composite. However, agreement
between estimated composite response and experimental results is relatively insensitive to
matrix modulus for a fiber to matrix modulus ratio on the order of 100 to 1. During the
course of this analysis, the initial estimate became suspect, and an attempt was made to

4D. Carper, GE Aircraft Engines, Private Communication, 1995.
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estimate the effective properties of the matrix using micromechanical techniques and a
knowledge of the matrix microstructure.

TABLE 1--Properties of CMC constituents.

Property Fiber AlO3  Glassy SiO»  AS Matrix
E, GPa 310 310 72 58
v 0.37 0.37 0.16 0.17
A, 1/sMpal 9.96E+12 --- -~- 3.75E+16
oK 79 500 --- - 88 700
n 2.99 --- - 3.93
(VR "o e S I B B BRI SR Bt R
‘ Creep rate of Nextel 610/AS ]

E‘ € 0=75MPa, T= 100°C {1 ©'F 1
CRTRY: "‘ g SR 17 S ST P r ]
g F o =135 MPa, T = 1000°C 4 ‘:o’ w0 E' }
£ r v 40 =125 MPs, T = 1000°C Sk -
S 107 L— = £
a & =100 MPa, T = 1000% C g 0 - B

g= 75MPa, L= 1000C ] 5
Wﬂ“* w0 _1
10+ S W...,'
0.00z 0004 0.006 0008  0.01 10 100 +000
Strain (mm/mm) Stress (MPa)
FIG. 3-- Composite creep strain rate FIG. 4-- Numerical fit to fiber
as a function of strain. steady state creep rate.

The composite consists of 12-pm diameter fibers embedded in a matrix consisting
of alumina particles which are in turn embedded in a porous matrix of glassy silica.
Regions of macroporosity are also evident in the composite. Microscopic investigation of
several samples indicated average volume fractions on the order of ¢¢=0.33,

Calumina = 035, Cgjtica = 0.09, ¢yp = 0.12, and ¢y, = 0.11 where ¢, is the volume
fraction of the microporosity which is distributed somewhat uniformly throughout the
silica phase of the matrix, and cyy,, is the volume fraction of the macroporosity which was
generally found in matrix-rich regions between fiber tows.> The ratios of alumina to silica
to fibers are well defined in comparison with the volume of porosity and its distribution
between macroporosity and microporosity.

Tuchinskii’s method [18] approximates the effective properties of a continuous
elastic matrix containing a continuous interpenetrating network of porosity and was used
to estimate the effective elastic constants of the porous silica. The results are below the

5 J. Stachler, Wright Laboratory, Materials Directorate, Private Communication, 1995.
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Hashin-Shtrikman bounds [79] for distributed spherical pores in a silica matrix, as is
expected when the pores begin to link up and form a continuous network of voids. These
effective properties were then used in the next level of analysis. To estimate the effective
properties of the matrix, which consists of alumina particles suspended somewhat
uniformly throughout the porous silica medium, the Mori-Tanaka method was used. In
this case, the MTM estimates correspond with the Hashin-Shtrikman lower bound [20].
Elastic properties for silica and alumina are shown in Table 1. The resulting eftective
elastic properties of the matrix are also listed in Table 1.

Creep Response of the Matrix--No experimental information is available on the
creep response of the monolithic matrix. However, it is well known that both matrix
constituents creep significantly at the temperatures under consideration. Alumina creeps
in a steadystate manner following Eq 1 with a creep exponent of n = 1 up to temperatures
near 1000°C. At higher temperatures, the stress exponent increases to the range of 3 to 5.
The exact transition temperature is dependent on a variety of factors [21]. Silica behaves
as a Newtonian fluid and creeps at a rate that is highly sensitive to small amounts of
impurities [22]. Because of the variety of factors affecting the creep rate of the matrix
constituents and limited information on the details of the matrix chemistry and processing
history, it was considered impractical to try and attempt an estimate of the matrix creep
response based on the behavior of alumina and silica.

As an alternative, the matrix was modeled using the steadystate creep model as in
Eq 1. Thus, the model composite consists of two materials of different elastic and creep
properties. Even though each material exhibits only steadystate creep, it is well
established that the composite can exhibit primary creep as a result of stress redistribution
between fiber and matrix early in the test [23]. Eventually, both fiber and matrix in each
ply reach steady values of stress at which time the composite as a whole creeps at a
constant rate. In the 0° ply, it is assumed that the normal stress in the loading direction is
far larger than all other stress components. Thus, the fiber and matrix response are
approximated by unidirectional stress states and Eq 1 holds for each. Once the fiber and
matrix stresses reach constant ‘values, Eq 1 simplifies for each as

E=Ae 760", En=a, "G, (124, b)
The experimentally measured composite strain rates (Fig. 3) reach steadystate
values early in the test. These steadystate creep rate data are used to obtain a fit to the
matrix creep response which provides the necessary creep constants. It is assumed that
the overall creep rate € is equal to both the fiber and matrix creep rate. Given the fiber
creep constants, the fiber stress is then obtained from Eq 12a. The matrix stress is then
calcuiated from knowledge of the applied stress and the fiber and matrix volume fractions

as
6 =(0—ci0,)fem (13)

where © is the stress applied to the composite. A minimum of three tests covering at least
two temperatures and two stresses are required to fit the matrix creep constants in Eq
12b. Test data used in the curve fit are summarized in Table 2. The resulting creep
constants for the matrix are tabulated in Table 1 and are reasonable for the matrix
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constituents. Note, also, that the fit to the matrix creep response is independent of the
elastic properties of the constituents.

TABLE 2--Experimental results for matrix creep model calibration.

Case  T,K _ Oappliea MPa o MPa oy, MPa £, Us
1273 75 154.3 35.9 2.60E-08

2 1273 125 267.8 54.6 1.35E-07
1373 50 104.2 23.3 7.60E-07

COMPARISON WITH EXPERIMENT

Matrix Creep Fit Correlation

Figure 5 shows the experimental data for the three cases used to fit the marrix
creep response (sce Table 2) as well as the predicted response. Predictions are shown for
two values of elastic matrix properties: £,, = 3.5 GPa, v,,, = 0.25 as inferred from

composite tension tests and E,, = 58 GPa, v, = (.17 as estimated above from matrix

constituent properties. Both values accurately predict the steadystate creep rate of the
composite. This is expected since this rate is independent of the elastic properties of the
composite. However, the lower matrix stiffness (E,, = 3.5 GPa) produces a significantly
larger primary creep regime in the composite during which stress redistribution occurs in
the fiber and matrix. Creep predictions using the analytical estimate of matrix elastic
properties (E,, = 58 GPa) show little primary creep and signiticantly better correlation with
experiment. In all cases, a portion of the discrepancy is attributable to the fact that the
mairix creep fit was based on the assumption of uniaxial stress states in both the fiber and
matrix at terminal creep strain rates. Comparison with the results of the simulation
described above indicate that the stress state in the 0° fiber and matrix is not uniaxial,
although it is nearly so as the effective stress in each phase ditfers from the stress in the
loading direction by no more than 5%. Nonzero average transverse stresses are predicted
in both the fiber and matrix. However, they are relatively small and, as required by the
micromechanical assumptions, the average ply stress through the thickness and the in-
plane average plate stress perpendicular to the loading direction are zero.

Predictions of Response

Figures 6 and 7 show the predictions of total strain as a function of time for E,,, =
58 GPa, v, = 0.17 at each of the test conditions shown in Figs. 2 and 3. Cases indicated
by an asterisk were used in determining the creep response of the matrix and, thus, are not
purely predictive. The remaining cases were not used in calibrating the model and serve as
validation. Differences between experimental and predicted results are similar in
magnitude to those between experimental results and the correlation (Fig. 5) and are
within the range of accuracy of the constitutive model of the fibers as shown in Fig. 4.
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Examination of the response at the end of mechanical load-up is indicative of the
elastic response of the composite since little inelastic deformation has occurred (based on
model predictions.) Careful examination of the data in Fig. 5 indicates that the total strain
at the end of mechanical load-up is underestimated using E,,, = 58 GPa, v,, = 0.17 and
overestimated using E,, = 3.5 GPa, v,,, = 0.25. The total strain at the end of the test is
substantially overestimated using E, = 3.5 GPa and slightly overestimated using E,, = 58
GPa.
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FIG. 6--Predicted results at 1000°C. FIG. 7--Predicted results at 1100°C

Sensitivity Studies

Figure 5 indicates that the creep response of the composite is highly dependent
upon the elastic properties of the matrix. Because of the large difference in fiber and
matrix properties, the matrix elastic properties do not affect the overall elastic properties
of the composite to the same degree. To assess the effects of matrix modulus on
composile response, several analyses were performed in which the matrix elastic modulus
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was varied. The case of o =75 MPa at 1000°C was considered as a baseline case. Figure
8 shows how the response varies with matrix elastic modulus. Above a value of
approximately 25 GPa, the response is relatively insensitive to further increases in matrix
modulus. The region near the origin in Fig. 8 is shown in greater detail in Fig. 9 in which
the time scale has been biased such that the creep test begins at £ = 0. (That is, mechanical
loading begins at ¢ = -100 s.) The correlation in elastic response is optimized for this case
when the matrix modulus lies between 10 and 25 GPa.

To determine the optimal value of matrix elastic modulus for both elastic and creep
response of the composite, two evaluation criteria are used. First, the elastic response
ratio is defined as the predicted strain in the composite in the direction of loading at ¢ =0
{at the end of mechanical loading) divided by the experimentally measured response at ¢t =
0. The creep response ratio is defined as the total strain at the end of the test minus the
total strain at # = 0 as determined numerically, divided by the diiference in total strain at
the end of the test and at ¢ = 0 as measured experimentally. It must be emphasized that
neither of these quantities explicitly separaies elastic and creep response. However, under
the conditions of interest, the elastic response ratio is dominated by the composite elastic
response and the creep response ratio is dominated by the composite creep response.

The elastic and creep response ratios are shown in Fig. 10 for the case of 6 =75
MPa, T = 1000°C for various values of matrix elastic modulus. At low values of matrix
modulus, the elastic response is insensitive to changes in E,,, while at higher values it
becomes more sensitive. The opposite holds for the creep response.

Figure 11 shows these same ratios of clastic and creep response for all six
experimental cases shown in Figs. 1 and 2. The solid lines indicate the elastic response
ratio, while the dashed lines show the creep response ratio. Point A indicates the initial
value of E,, as inferred from elastic testing, while point B indicates the value determined
from micromechanical considerations. Point C (30 GPa) indicates an optimal value of E,,
that minimizes the error in elastic and creep strain over all of the cases under
consideration.
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CLOSURE

Two values of matrix elastic modulus were considered: an empirical value inferred
from knowledge of the fiber properties and the response of the composite under tension
testing and an analytical prediction based on the matrix microstructure and constituents.
Of interest 1s the sensitivity in overall response to the elastic properties of the matrix. The
empirically determined value, while accurately characterizing the elastic response, results
in poor estimates of the creep response. Although Fig. 5 shows a significant improvement
in the predicted response when E,, is increased from 3.5 to 58 GPa, Fig. 11 indicates
significant error in the elastic response at the higher matrix stiftness. This is easily
overlooked in Fig. 5 because of the magnitude of the creep strain in comparison with the
elastic strain. Based on the sensitivity study results shown in Fig. 11, correlation to and
prediction of experimental results are optimized when the matrix modulus is approximately
30 GPa, an order of magnitude stiffer than the empirical estimate, yet only half the value
of the analytical estimate. Note that the overall composite response using the
micromechanical estimate of matrix properties is based on perfectly bonded matrix
constituents with no cracking, and a [0/90] laminate in which the woven architecture is
neglected. Ishikawa and Chou [24] have shown that the 8HSW architecture can have
significantly lower stiffness than the cross-ply architecture. In addition, distributed
microcracks, which have been observed experimentally in the matrix before testing, will
act to increase composite compliance. Incorporating these effects into the analysis should
result in a better correlation with experiment using E,, = 58 GPa. Thus, the results
presented here using E,, = 58 GPa should serve as an upper bound on the true composite
elastic stiffness.

The results presented here are based upon the Mori-Tanaka method, Work by
Wang and Weng [25] indicates that this average field approach is most accurate when
fibers are aligned parallel to the direction of loading and is less accurate when the fibers
are perpendicular to the direction of loading. For the system under consideration, loading
of the 0° fibers (parallel to the direction of loading) is expected to dominate the response.
Thus, the MTM should serve as a good tool with which to make initial approximations of



262 CONTINUGUS-FIBER CERAMIC COMPQOSITES

the creep response and gain a qualitative understanding of the interaction between various
plies. More advanced micromechanical models may be invoked to improve the
quantitative predictions although, at the current level of approximation, assumptions
concerning laminate architecture and material response may limit accuracy more than the
assumptions of the MTM.

In summary, a micromechanical approximation of the SHSW Nextel™ 610/AS
oxide-oxide composite has been developed incorporating a [0/90] cross-ply fiber
architecture with perfectly bonded phases and viscoelastic material models of both the
fiber and matrix. This oxide-oxide system is composed of phases with significant
differences in elastic modulus. Further, the matrix elastic modulus can not be determined
directly, and short, monotonic tension tests on the compostite are not sufficiently sensitive
to infer its magnitude. However, model predictions of the composite creep response are
sensitive to the matrix elastic modulus and serve as an additional means of quantifying its
value when conventional methods are not satistactory. Such methods may be helpful in
characterizing similar composite systems in the future.
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ABSTRACT: An investigation was undertaken to examine the fatigue characteristics
of unidirectional dual fiber ceramic matrix composites made from Nicalon and SCS-6
fibers in UTRC-200 lithium aluminosilicate (LAS) glass matrix. Damage evolution was
monitored as a function of fatigue cycles and stress levels via longitudinal stiffness loss.
The damage consisted of matrix cracks, fiber-matrix disbonds, and broken fibers.
Magnitude of damage was found to be strictly dependent on applied strain level. The
consequence of damage development is manifested as stiffness loss for the composite.
The stiffness degradation was monitored carefully, and a trend was observed. Based on
the observed trend, a stiffness reduction model as a function of fatigue life was proposed
that accounted for applied maximum strain and initial damage based on the first cycle
maximum strain. The model was shown to be quite effective in predicting the damage
evolution and thus fatigue life of dual fiber ceramic matrix composites (CMCs). The
proposed fatigue life model is a generic one and can be applied to other CMCs exhibiting
stiffness reduction as a result of multiple complex damage modes.

KEYWORDS: hybrid CMC, damage, threshold strain, critical strain, stiffness loss,
fatigue life

INTRODUCTION

Fiber reinforced composites are usually notch insensitive when cracks propagate
perpendicular to fibers and traditional concepts such as crack growth or fracture
toughness are not as meaningful except in some particular cases, for example crack-
bridging as a result of a single matrix crack in a brittle matrix composite. Because of the
complex damage modes that occur in a composite material under static or cyclic loading,
it is appropriate to address the complex damage states in which several basic fracture
types such as matrix cracks, fiber breaks, delamination, and fiber-matrix disbonds and
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their mutual interactions are accounted for, particularly in developing life models.
Probably, the best way to investigate fatigue effects on composite materials is to assess
the degradation of the material properties such as elastic moduli, as a function of the
number of cycles [1-3]. A direct consequence of damage is tensorial property change in
composites.

There is an important connection between the first cycle damage and subsequent
damage evolution in fatigue. Damage produced in the first cycle is similar to that of
monotonic response. In order to understand cleatly the implication of this initial damage,
especially for hybrid composites such as Nicalon/SCS-6/lithium aluminosilicate (LAS)
glass matrix composites, it is important to develop the link between monotonic damage
and fatigue damage to elaborate proper fatigue life models. Monotonic response of
unidirectional CMCs has been studied extensively by a number of researchers [4-12]. The
proportional limit of unidirectional CMCs has been associated with matrix cracking and
subsequent nonlinear behavior has been identified to be due to progressive fiber failure
[9,10]. Matrix cracking in CMCs has been the subject of in-depth investigation by
researchers as well [12,13]. Continuum damage mechanics models can be used to predict
the stiffness loss in these composites as a result of the presence of damage which are
typically microcrack entities such as matrix cracks, fiber matrix disbonds, and fiber
cracks [3]. Monotonic damage evolution and modeling of attendant stiffness changes
using continuum approaches have been investigated for the hybrid composite [14].

Cyclic damage has been characterized by a number of researchers for glass matrix
composites, which confirms that it is a combination of damage such as matrix cracking,
fiber-matrix debonding, and fiber fracture depend on the lay-up of the composite[15].

In this paper, the effect of complex damage state development in hybrid
composites was examined in terms of stiffness loss as a function of the accumulated
strain during cycling. This approach allows one to correlate fatigue life behavior directly
to the quasi-static monotonic damage evolution law. An extensive experimental program
to investigate fatigue life tesponse of CMCs was carried out in this investigation. A
phenomenological based model to predict fatigue life has been proposed. The model
seems to be suitable for composite material systems that exhibit predominant brittle
behavior.

EXPERIMENTAL ASPECTS

The unidirectional ceramic matrix composites were made using the slurry
approach followed by hot pressing. The fibers were Nicalon and silicon carbide SCS-6
fibers in a LAS glass matrix (UTRC-200). The relative volume fractions of Nicalon,
SC8-6, UTRC-200 were 20%,40% and 40%, approximately. Tensile properties of these
dual fiber CMCs are given in the article by Bonora and Newaz [14]. The fatigue tests
were conducted at room temperature. The unidirectional specimens were machined with
taper width with a two-inch gage length in the middle. The specimen dimensions were
203 mm x 10.2 mm x 1.3 mm and they were tabbed for effective gripping. All fatigue
tests were conducted at a frequency of 1 Hz under load-controlled condition. The R ratio
used was 0.1. The basic purpose of the tests was to investigate thoroughly the stiffness
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degradation process in these composites and establish trends to develop a life assessment
model.

The ultimate tensile strength of the CMC was about 690 MPa. The strain was
measured using a 25.4 mm gage length extensometer for all tests. The elastic modulus
was estimated from monotonic stress-strain curves using the slope of the line up to the
proportional limit (onset of nonlinearity). The reduced elastic stiffness due to fatigue
loading was estimated using the secant slope of each hysterisis loop.

RESULTS AND DISCUSSION
Figure 1 shows the normalized stiffness reduction data scatter (where £, and £,

were the current and the initial stiffness, respectively) for several fatigue tests performed
at room temperature with the same R ratio, frequency and o;,,.. To arrange experimental
data in a more meaningful way, the number of cycles has been normalized by the number
of cycle at failure, N, This representation allows us to separate the scatter relative to N,
and to underline the main feature of the fatigue damage evolution law. It is interesting to
note that for the same maximum applied stress fatigue data do not show a good
repeatability leading to a large scatter of possible fatigue curves. Anyway, it is possible to
identify a lower bound for the degradation of the modulus as indicated in Fig.1 with the
solid line.
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FIG. 1 -- Different stiffness loss versus number of cycle for similar maximum applied
cyclic stress
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The fact that brittle composites are very sensitive, in terms of accumulated

damage, to the very early cycles is indicative of a high sensitivity to the applied strain.
It has been noted that, to characterize the external applied cyclic loading in terms of stress
is not appropriate because when damage is generated in the material stresses are
redistributed between the microstructural elements, e.g. unbroken fibers, matrix
ligaments, etc. The effective stress in the damaged composite material can differ very
much from the nominal applied value. In addition, because damage develops randomly
along the specimen it becomes hard to define the effective stress in each region. On the
other hand, strain seems to be more appropriate to identify a particular state of the
material during cyclic loading for the following reasons: firstly, strain can be directly
measured on the material even when damage takes place; secondly, the resistance of the
composite constituents can better assessed in terms of strains at failure instead of stresses
which may be to define for small scale constituents such as fibers.

[f the strains applied in the first cycles are high enough to introduce damage in the
microstructure, this will lead to stiffness loss. The subsequent cycles will see a
progressive evolution of the initiated damage state that will develop more gradually up to
the moment of final fracture. It is very difficult to develop an accurate model, defined on
a micromechanical basis that is able to predict the physical evolution of complex damage
states. The main features can be obtained from the fatigue tests in terms of the shape of
the stiffness reduction trend. Many authors pointed out that brittle materials such as glass
or glass-ceramic materials show practically no range of fatigue behavior that results in a
crack of the order of an existing flaw size growing instantaneously.
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FIG. 2 -- Comparison between static and fatigue damage and proposed law.
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Karandikar and Chou [15] and Evans and Fuller [16] suggested that cyclic fatigue does
not lead to new damage modes in the composites.

If fatigue cycling does not introduce additional damage modes other than the
growth of the already existing complex damage state, it follows that the evolution
features related to the fatigue process are all contained in the shape of the distribution of
the fatigue data . Furthermore, cyclic damage measurements taken at different cycles
should fall on the same static damage curve shown in Fig. 2. The last observation has
been verified plotting damage measurements taken at different number of cycles versus
the total strain applied during the cycling. When a specimen is cycled in stress control, as
a result of creation of new surfaces, the true applied strain increases with the number of
cycles as shown in Fig. 3. The progressive material damage is illustrated in Fig. 4. The
applied strain is partially recovered elastically in the cycle, but there is a contribution that
accumulates as ratchetting, because of incomplete closure of cracked surfaces during
unloading.
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FIG. 3 -- Scheme of residual strain, due to damage, accumulation process under fatigue
loading.
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The relation that describes the damage evolution via modulus reduction, Ej, /E,, as
a function of the number of cycles, have to be bounded between 0 and / for a number of
cycles comprised between I and N;. E refers to initial modulus and Ej, refers to current
modulus The following relation:

E, [, In(N) f#
P = B(&, D) {1 ln(N,)} (1)

was found to be most appropriate to describe the experimental data trend. The basis for
Eqn. 1 is a phenomenological one. Stiffness reduction for various specimens appear to
follow a “S” curve. In our representation, we choose a conservative lower bound, as
indicated with a continuous line in Fig. 1. In Eqn. 1 B(g, D) is an appropriate function of
the damage variable and cumulated strain; B is a material constant that determines the
shape of the evolution law. When the number of cycle reaches & i.e. the number of
cycles at fracture, the ratio Ej, /E, goes to zero. When N=], then the amount of damage at
the first cycle is determined by the imposed strain field in the material without any
additional effect related to the cyclic nature of the loading. Only if the strain level is high
enough to produce damage in the first place, then further damage will develop during
cycling.
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FIG. 4 -- Stress-strain material data curves during cycling.

To determine the amplitude constant B, it is sufficient to observe that the first
cycle, if the strain rate is not extremely high, is similar to a static load ramp up to the
imposed maximum strain. For this reason, the amount of damage produced in the first
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cycle has to be related to the static damage curve as suggested by Bonora and Newaz
[14]:

1
In(e/ g,) J"‘ @

B(e) =(1-Dy) - (D, - Dc)[:I -
In(e, /g,)

where: ¢ is the actual strain, gy, is the strain threshold at which local damage processes

start to take place, €;is the strain at failure, D, is the initial amount of damage, D,, the

damage at which failure takes place and m is the damage exponent values of D,, can be

measured in a uniaxial test while m is obtained from a best fit procedure as given in [15].

Substituting Eqn. 2 in Eqn. 1 leads to:
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Using the fatigue data available for the material under investigation, the exponent
(1/p) was found to be 0.2397 with a regression coefficient of 0.855 and a standard
deviation of 0.243, ( Fig.5 ).

As an immediate application of Eqn. 3, it is possible to draw the damage
evolution curve as a function of the number of cycles for a given initial strain.
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FIG. 5 -- Determination of the p exponent from fatigue experimental data.
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In Fig. 6, these curves are plotted for several strain levels: it is evident how the
material life is reduced by the progressive increase of the strain in the first cycle

CONCLUSIONS

Damage in hybrid CMCs is strain controlled. More particularly, magnitude of
damage, as manifested by stiffness loss, is dependent on the strain experienced by the
composite has been modeled. The fatigue life model presented requires the evaluation of
a number of parameters such as €, g, and m which can be obtained by conducting a
monotonic test. Only two parameters, exponent 1/B and the number of cycles to failure
Ny, have to be determined using fatigue data. Anyway, only a few fatigue tests performed
at two or three different stress levels will be sufficient to identify the parameters in a
proper way. The nature of damage evolution as dictated by stiffness loss during fatigue
can be cast in a functional form that captures the essence of strain controlled damage.
Fatigue life for a given initial reduction in stiffness can be estimated from the functional
form if the nominal final life is known from limited experimental data. This modeling
approach is a rational one given the complexity of the problem.
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FIG. 6 -- Estimated life for different initial applied strain levels during the first cycle.
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ABSTRACT: Continuous-fiber ceramic composites (CFCC) are a relatively
new area of composite materials in research. Therefore, the feasibility
of using abrasive waterjets (AWJ) as a secondary CFCC process was
explored. Continuous fiber-reinforced advanced ceramic composite
materials have been machined with the AWJ piercing and cutting process.
The topography and morphology of the machined surfaces were evaluated
with surface profilometry and scanning electron microscopy (SEM). The
surface characteristics, in terms of roughness and the micro-mechanisms
of material removal, were evaluated. The AWJ surface characteristics and
associated damage to the CFCC were compared with that of a conventional
diamond saw cut surface. The AWJ generated surface was found to be
significantly different from that of the diamond saw machining surface
and the micromechanical behavior of the material removal was strongly
dependent on the fiber orientation.

KEYWORDS : continuous~fiber ceramic composites, abrasive waterjets,
machining, edge finishing, fiber direction, surface roughness, bending
fracture, erosion, delamination

Recent advances in high strength and toughness materials have led
to the development of a new generation of materials known as continuous-
fiber ceramic composites (CFCC). These advanced composites offer not
only high strength-to-weight and stiffness-to-weight ratios, but also
have extremely good high-temperature properties. These materials are
envisaged to be competitive for an impressive array of industrial
applications ranging from piping and chemical reactors to combusters and
tubes in heat-recovery systems [1-3]. Before advanced materials can be
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commercialized, production costs must be reduced. Net-shape
manufacturing is one solution; however, for a majority of applications,
tolerances will be so high that machining will still be required [1,4].
But the properties that make CFCC appealing also create a major
challenge in machining as a result of their brittle behavior and
hardness. The difficulties experienced in machining must be minimized
to ensure their utility by a user. Since conventional machining can be
costly, up to B80% of the total manufacturing cost, the improved
machining processes or developing novel methods of machining are now
considered to be one of the most important manufacturing science
areas [1].

Current concerns of machining of composites with conventional
methods include the presence of mechanical tool contact, dust and
excessive noise. Mechanical tool contact can introduce stress into the
workpiece. This can be compounded by extreme tool wear, especially when
machining fibrous composites [5-8]. Because of excessive mechanical
tool wear, it is natural to pursue the applications of cutting methods
with little or no tool contact to the workpiece. Since high-temperature
composites in general, and CFCC in particular, are relatively new
material systems, their machinability has not been studied except for
the recent work by Gonczy et al. [9]. Machining of ceramics has
recently attracted large attention from the materials science community,
and several nonconventional methods seem to have emerged as promising
machining methods for hard to machine materials in addition to diamond

grinding {3,4]. Among various machining methods, electrical discharge
machining (EDM), laser machining, and AWJ are the most versatile and
useful technological processes. These processes proved to machine

intricate and complex shapes in various materials, including high-
strength, temperature-resistant alloys [3,86].

Recently, the authors undertook the investigation of the
machinability of CFCC materials by AWJ piercing and cutting processes.
The purpose of this paper is to present preliminary experimental results
on the secondary processing or edge-finishing characteristics of CFCC by
AWJ and diamond saw-cutting methods. The results of the machining of
these high-temperature composites will be discussed in terms of the
surface finish for varying machining conditions and associated damage
mechanisms. Based on experimental results, concluding remarks are given
as to the feasibility of these machining methods.

EXPERIMENTATION AND PROCEDURE
Iest Mateyial
A commercial CFCC was obtained in a plate form of dimensions 200 x

10 x 3.7 mm for this study. The reinforcing fiber was a ceramic grade
(Nicalon™) SiC fiber produced by pyrolysis of a spun polymer-derived

ceramic precursor. A two-dimensional reinforced, plain woven cloth was
fabricated using ~1800 denier fiber bundles (~500 fibers/bundle) by the
fiber producer. The fiber preform was fabricated by the CFCC

manufacturer by layering twelve plies of cloth, with the warp of the
fibers aligned in the longitudinal direction. The processing of the

matrix was carried out in two steps [10,11]. First a ~0.3 Mm
interfacial layer of pyrolytic carbon was deposited by chemical vapor
infiltration {CVI)} onto the fiber preform. The second and final

processing step involved the decomposition of methyltrichlorosilane and
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the infiltration of the preforms by CVI until all the microporosity was
filled, thus forming a crystalline B~SiC matrix. The remaining
microporosity (~20 to 25 vol%) was primarily located within the fiber
bundles. Approximate volume fractions of fibers and matrix were 35 and
40%, respectively. The optical micrograph of the material system is
shown in Fig. 1. All the cutting and piercing specimens were twelve
plies thick, equivalent to ~3.7 mm.

FIG. 1--Typical optical micrograph of a CFCC surface.
Brocedure

Piercing and cutting experiments were performed with a waterjet
{(PowerJet model), which was driven by a waterje pump capable of
pressures in excess of 240 MPa. A gravity feed abrasive hopper and
workpiece table were both features provided with this unit. Axial feed
was produced by the addition of a modified Hardinge milling machine
table. Two DC motors and motor controllers were fixed to the Hardinge
table to provide adjustable, reliable, and constant table feed rates.
The milling table was adapted with an aluminum cutting table to support
the workpiece and provided a source for clamping during the more rugged
cutting modes. The primary components of the nozzle assembly consist of
the sapphire jewel which transforms the high pressure water into a
collimated jet, an abrasive mixing chamber, an abrasive inlet tube, two
waterjet nozzle insert focusing fins, and the carbide waterjet nozzle
insert. The nozzle focusing fins were provided for manual lineup of the
jet emitted from the sapphire jewel of diameter 0.3 mm to the carbide
nozzle insert of 1 mm diameter, which insured maximum velocity and
coherency of the abrasive slurry upon exit from the nozzle insert.
Extensive use of AWJ in machining of fiber-reinforced plastic materials
was made, and the details of the AWJ process can be found in References
5 and 12.

The entire CFCC specimen was securely clamped on to the aluminum
cutting table, with the use of a toe clamp, in a position which
corresponds to the desired fiber direction. Preliminary cutting
experiments were made with varying water pressure, grit size, traverse
speed, and standoff distance and examined for noticeable trends in
surface topography. Based on these preliminary observations, a
reasonable but not necessarily optimal set of cutting conditions were
chosen. Cutting conditions used for all experimental runs are listed in
Table 1. Note that the abrasive size and its flow rate apply only to
the AWJ cutting operations. All specimens were machined to a length of
25 mm or more to insure a constant cutting condition. Diamond saw
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specimens were machined with a Leematic 2000 slot machine configured
with computerized motion control. A 102 mm-diameter diamond saw of
width 0.254 mm and #220 diamond grit was used for all slotting.
Parameters for machining include a traverse speed of 3.15 m/min with a
feed index of 76.2 pm for each pass and a spindle speed of 6000 rpm.
After each slot was completed, the diamond wheel was dressed using paned
glass at the aforementioned parametric levels.

TABLE 1--AWJ Experimental cutting conditions?®
Specimen Pressure, MPa Abrasive Flow Rate, g/s
12 240 12
9 210 12
6 172 12
1 127 12
3 82 12
13 240 7
10 210 7
7 172 7
2 127 7
4 82 7
11 240 16
8 210 16
5 172 16

astand-off distance, 10 mm;traverse rate, 3.3 mm/s;
and garnet abrasive mesh size = #100.

Data analysis and evaluation techniques used for all experiments
include surface profilometry and SEM. Surface roughness measurements
were obtained with a Federal SurfAnalyzerTM 4000 profilometer using a 5
mm diameter probe. The System 4000 is a stylus profilometer capable of
producing the absolute profile of a surface and evaluating the
associated parameters. The surface roughness parameters were evaluated
according to Surface Texture, Surface Roughness, Waviness and Lay (ANSI
B46.1-1978). A Jeol JSM-T840A Scanning Electron Microscope (SEM) was
used to study the microstructural integrity of the machined specimens.

RESULTS AND DISCUSSION
pi ;

Figure 2 shows typical optical micrographs of an AWJ pierced hole,
produced at a stand-off distance (SOD) of 15 mm in CFCC material. The
plerced holes were generated using a supply pressure of 172 MPa with
#100-mesh garnet at an abrasive flow rate of 3.3 g/s for varying stand-
off distances. Figure 2 g and b show the surface view of the hole at the
top (jet entry) and bottom (jet exit) surface. Note the random damage
generated by the AWJ from the top surface as it penetrated through the
thickness of the workpiece. The severity of damage is higher near the
top surface, when compared to the exit side of the hole.

Pierced hole tapers were measured with optical microscopy for
varying SODs. The degree of taper was calculated as a ratio between the
upper surface hole diameter and the 1lower hole diameter. The
representative and limited taper results are shown in Table 2. It was
observed that a linear relationship apparently exists between the .SOD
and the hole taper within the exXperimental conditions and the thickness
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FIG. 2--Typical optical micrograph of an AWJ pierced hole in CFCC:
(a) jet entry, and (b) jet exit.

TABLE 2--Hole taper ratio?

Stand-off Distance, mm Hole Taper Ratio
5 1.1
10 1.4
15 1.6
20 1.8

dsupply pressure, 127 MPa; garnet abrasive mesh
size = #100; and abrasive flow rate = 12 g/s.

of the work material considered in these preliminary experiments.
Piercing times associated with this series of experiments were less than
a minute.

Figures 3 and 4 show the SEM micrographs of the sectioned hole at
the jet entry and exit, respectively. Figure 3 a shows the micrograph of
the sectioned hole surface and Fig. 3 b depicts the surface features at
the jet entry. The micromechanisms associated with the hole piercing
appears to be microscopic fiber fractures and erosion shown respectively
in Fig. 3 ¢ and d. At the jet exit, most of the matrix material was
washed out as can be seen in Fig. 4 a and b. OQuter ply at the jet exit
shows the delamination is followed by severe damage (Fig. 4 ¢-d).
Therefore, the micromechanisms associated with AWJ hole drilling are
microfracture of fibers and matrix, delamination and fragmentation of
fiber bundles.
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FIG. 3--Typical scanning electron micrographs of sectioned hole surface
features at the jet entry. (a) Macro view of sectioned hole, (b) typical
cutting zone, (g) magnified view of cutting zone, and (d) eroded zone.
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10 im

FIG. 4--Typical scanning electron micrographs of sectioned hole surface
features at the jet exit: (a) view of exit sectioned hole, (b) typical

jet exit zone, (g) magnified view of exit zone, and (d) damaged zone at
the jet exit.
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Cutting

Figure 5 g and b shows the typical SEM micrographs of AWJ and a
diamond machined surfaces, respectively at lower magnification. The AWJ
machined surface was generated at a supply pressure of 82 MPa using a
garnet abrasive flow rate of 12 g/s. The unfilled gaps or the porosity
in the mid-section of the machined sample are clearly visible. This
phenomenon was associated with this material in all the series of
samples machined. The striations generally observed in any beam-cutting
processes, were not observed because of the cutting conditions chosen
based on previous modeling studies on fiber reinforced plastics [13].
The taper associated was also found to be minimal.

FIG. 5--Typical scanning electron micrographs of AWJ and diamond
machined surface. (a) Abrasive water jet cut surface, and (b)
diamond saw cut surface.
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Surface quality in terms.of surface roughness was evaluated using
surface profiles obtained from the Federal Surfanalyzer both for the
diamond saw and the AWJ CFCC machined surfaces. The effects of jet
entry and exit were avoided by taking the surface measurements 0.5 mm
below the top surface and 0.5 mm above the jet exit surface. Surface
roughness measurements were made for traverse length of 3.25 mm with a
0.8 mm cutoff length.

Under AWJ cutting conditions, all surface profiles (not shown
here) exhibited irregularly spaced, and nonuniform peaks and valleys.
However, these variations were not present for the surface generated by
the diamond saw. The profiles recorded with the diamond saw were much
more uniform, and the variance in peak-to-valley height is smaller
comparatively with the AWJ cut surface profiles, regardless of the
fiber orientation relative to the cutting direction. In both cutting
processes, the profiles generally were found to be random in nature.

The parameters derived from the profile analysis include the
arithmetic average surface roughness (Ry), and the maximum peak-to
-valley height (Ry). The arithmetic average surface roughness, Ry, is
the arithmetic average of the absolute distance of the profile from a
mean line computed over a standard cut-off length. The maximum peak-to-
valley height, Ry, is the vertical distance between the top of the
highest peak and the bottom of the deepest valley in one standard cut-
off length.. This parameter is the most sensitive indicator of high
valleys most often associated with fiber pullout and deep cracks. In
this series of experiments, Ry was always greater than Ra. Preliminary
results suggest that the low abrasive flow rate produced higher average
Ry values. Figure 6 shows only the typical surface roughness parameters
Ry for varying supply pressures using garnet abrasive #100. The average
peak-to -valley surface roughness Ry (not shown here), obtained for the

abrasive flow rate of 7 g/s surfaces was about 30% higher than the
corresponding AWJ surface roughness for 12 g/s.
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FIG. 6—--Variation of average surface roughness with supply pressure.
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In the diamond machining, the fiber and matrix have both been
machined and the matrix was intact with the fibers. Typical micrographs
of the diamond saw machined surface in Fig. 7 a-¢ reveal the low degree
of damage to the constituents associated with material removal of this

process. In general, fibers appear undisturbed on the kerf wall with
minimal evidence of fiber pullout., The results are consistent with that
of Gonczy et al.[9]. Interstitial matrix between adjacent fibers

remains in its supportive position with only small signs of matrix
smearing and no evidence of thermal degradation. Noting that parallel
and perpendicular fibers were machined, and the material was remain
intact on the kerf wall without indication of shear induced material
removal. This suggests that the material removal occurs by low
magnitudes of cutting force. Collectively, very little structural
disruptions can be noted on the machined surface.

Figure 8 show the SEM micrographs of the typical AWJ generated
surface in the cutting zone at a supply pressure of 240 MPa. As can be
seen from Fig. 8, the surface of the 90° (or perpendicular to the jet
direction plies) plies suggests that abrasive induced brittle
microfractures, including shearing and abrasive micromachining, are the
dominate modes of material removal. The fractured surface of the fibers
and surrounding matrix appear to be machined, contrary to macrofracture
induced by bending, which are the effects of sustained loading forces
typical of conventional processes [l14,15]. The cut surface is random in
nature because of the host of abrasive attack angles at the face of the
penetrating jet. Features of the postmachined fibers and interstitial
matrix indicate that independent fracture of the constituents occurs
during material removal. Nearly all matrix adjacent to the fibers
remain intact in its supportive position after machining. Degrees of
fiber pullout and fiber-matrix delamination are limited, possibly a
function of the high interfacial bond strength between the constituents
coupled with localized cutting forces of the AWJ. Features of the 0° or
parallel plies are similar to the 90° plies and inspection of the
machined surface suggests that abrasive shearing and brittle fracture
account for the dominant portions of material removal. Although the
surface of some exposed fibers are fractured, the matrix remains intact
on the machined surface. Shallow abrasive wear tracks can be
distinguished perpendicular to the fiber axis and are caused by stray
abrasive particles at the exterior of the penetrating jet. This
phenomena is most predominant near the jet entrance region as seen in
Fig, B8k, with combinations of high supply pressure and large-size
abrasives. Note the increase in wear track angle with cutting depth,
which i1s due to an increase in jet deflection with penetration depth.
Severity and depth of wear track penetration decreases with observation
depth as a result of the reduction in abrasive kinetic energy. Contrary
to the jet entry and the cutting zone surface, the jet exit surface
damage was associated with bending fracture, delamination, and some of
the matrix was washed out, as shown in Fig. 9. When AWJ machining of
brittle materials, the crack nucleation and growth is much lower at
greater cutting depths due to lower particle velocities. A reduction in
impact energy reduces crack initiation and severely reduces ensuing
crack growth. Thus on a micro level, the duration of loading is
greater, because of the absence of fracture induced unloading which
Ccreates higher cutting forces.
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FIG. 7--Typical scanning electron micrographs of the diamond machined
surface morphology. (a) Micrograph of cut surface, (h) fiber
perpendicular to cutting direction, and (c¢) fiber parallel to
cutting direction.
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FIG. 8--Typical scanning electron micrographs of the surface morphology

of AWJ machined surface. Supply pressure, 82 MPa; abrasive flow
rate, 12 g/s; and S0D, 10 mm. (@) Macrograph of cut surface, (k)
magnified view of cutting zone, (g) fiber perpendicular to cutting
direction, and {d) fiber parallel to cutting direction.
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FIG. 9--Typical scanning electron micrographs of the surface morphology
of AWJ machined surface. Supply pressure, 240 MPa;- abrasive flow
rate, 12 g/s; and SOD, 10 mm. (a) Micrograph corresponding to jet
entry, (b) cutting zone features, and (g) micrograph corresponding
to jet exit.
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CONCLUSIONS

Based on these preliminary experiments on CFCC materials, the

following conclusions were made:

1. AWJ cutting of CFCC consists of a combination of material removal
mechanisms which include, bending, shearing, micro-machining, and
erosion.

2. The micromechanisms associated with AWJ hole drilling or piercing
are microfracture of fibers and matrix, delamination and
fragmentation of fiber bundles. Feasibility of AWJ application to
form holes in CFCC material was found to be not promising.

3. The AWJ machined surface topographic features of CFCC cut material
surface are always dependent on the fiber direction or weaving
pattern, with respect to the jet-cutting direction.

4. AWJ machining was found to be a feasible rough and medium
cutting process for CFCC due to its material removal mechanisms
and reasonable surface quality generation.
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and tests were conducted in a National Aeronautics and Space Administration (NASA)
high-temperature, high-pressure burner rig with parameters representative of the high-
performance engine environment. The burner rig testing verified the mechanical
attachment and flow path sealing techniques as well as distinguished the oxidative
stability of the two CMC material systems tested. After the burner rig testing was
completed, the successful subelements were laser cut into three continuous hoop
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Ceramic matrix composites (CMCs) have been identified as a key enabling
material technology that will assist high-performance aircraft engines in increasing thrust-
to-weight ratios through the reduction of component weight and active cooling air. To
reduce risk prior to their introduction into the high-performance engines, the reliability of
candidate material systems must be demonstrated in environments representative of the
engine parameters wherein critical issues including oxidative stability, heat flux levels,
material temperatures, delta temperatures, delta pressure, attachment, flow path sealing,
etc, are evaluated. The approach used for this program entailed the following:

1. Material screening resulted in evaluating test specimens fabricated for
particular fiber preform architectures, matrix materials, and fabrication processes.
Composite properties of interest included tensile modulus, ultimate strength, strain to
failure, and thermal conductivity.

2. Flanged hoop subelement design, fabrication, and testing in a high-temperature
burner rig benefited from changes of architecture and material processing based on
lessons learned in the materials screening task.

The design of the flanged hoop subelement is first described, followed by a
discussion of the materials and their processing. Next, the burner rig design and testing
are presented. Finally, post test inspection and retained strength testing are detailed. The
paper ends with conclusions about the applicability of the selected materials in high
performance engines.

CMC FLANGED HOOP SUBELEMENT DESIGN

Mechanical Design

The goal of the program was to conduct the preliminary design for the interturbine
transition duct of a high-performance aircraft engine as shown in Fig. 1. The design
goals were to reduce the interturbine transition duct weight by 80% and the active cooling
air by 100%. Detailed 3-D heat transfer and stress finite element analyses (FEA) were
conducted for various engine operating cycles to determine the maximum material
temperatures, stress levels, and engine cycle parameters. After completion of the
preliminary design for the full size engine interturbine transition duct, a subelement was
designed for testing in a NASA Lewis Research Center (LeRC) high-temperature, high-
pressure burner rig. The subelement was designed with wall thicknesses, attachment, and
flow-path pressure sealing methods representative of the full-size interturbine transition
duct. The mechanical and thermal properties for the two material systems being
developed are significantly different because of the matrix material and densification
process. These differences resutt in significant variations in the axial and through-
thickness thermal gradients as well as the operating stress levels. Room-temperature
monotonic tensile tests were conducted with specimens fabricated using a proprietary 3-D
angle interlock weave process. The "dog bone" tensile specimens were cut from flat
panels fabricated with the same architecture and hand weaving process used for the
flanged hoop subelements. The tensile specimens were 152.4 mm long, 25.4 mm wide,
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FIG. 1--The subelement design is representative of the interturbine transition duct for a
high-performance aircraft engine.

and 3.8 mm thick, with a reduced gage section of 10.2 mm width and 30.5 mm length.
Two clip-on extensometers were attached to either face of the specimen in the gage
region for measuring strain. The specimens were loaded until failure occurred. Modulus
was calculated from the stress/strain test data and ultimate strength was calculated based
on load to failure and gage section cross section area. The tests were conducted using a
face loaded gripping system. The thermal conductivity measurements were made using
the Southern Research Institute comparative rod apparatus technique [1]. A comparison
of the thermomechanical properties for the two material systems is shown in Table 1.

TABLE 1--Room temperature material property comparison.

Tensile Tensile ultimate In plane thermal
Material system modulus, GPa strength, MPa conductivity, W/(m+K)
HPZ/SiC (CVI) 94 160 13
HPZ/Si-N-C (PIP) 63 118 1.8

The tensile modulus and thermal conductivity combinations shown in Table | for

the two material systems produced the stress levels and material temperatures shown in
Fig. 2.

Attachment and sealing--Attaching the CMC subelement to the mating superalloy
structure while maintaining adequate flow-path pressure sealing is a major challenge
because of the material operating temperatures and the differential thermal expansion for
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MATERIAL PEAK STRESS LOCATION (NODE) MPa SEAL

SYSTEM | CASE A |B-3052| C-324| D-6 [D-Try T max°C| LEAKAGE
{(MPa) ]

HPZ/SiN-C| P.D. 52 M4 68 | 68 | NA | 1226 NA

RIGTEST} 20 36 24 37 6 1217 | NOMINAL
RIG TEST| 22 38 24 37 6 1214 |2X NOMINAL
HPZ/SIC P.D. 102 | 83 ] 135 | 135 ] NA | 1184 NA
RIGTEST| 83 | 107 | 84 | 116 | 35 | 1178 | NOMINAL
RIGTEST| 99 | 121} 84 [ 116 | 35 [ 1170 [2X NOMINAL

NOTES:
Loc A = Maximum Axial Stress Loc D-6 = Hoop Stress
Loc B = Hoop Stress Loc D-Tr¢ = Interlaminar Shear Stress
Loc C = Hoop Stress (Flange) P.D. = Preliminary Design
C
,, 1 4 ’
e Vi
" b= /
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p i vanvs /]
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FIG. 2--Finite element model for peak stress and temperature summary for the two
material systems.

the CMC and mating superalloy structure. The technique used for the subelements
includes a free-floating cross-key arrangement (Fig. 3), which maintains axial, radial, and
tangential retention during steady-state and transient conditions. The sealing system
consists of a braided aluminum oxide cord and a high-temperature expanding gasket
material.

Preform Architecture Design

The preform architecture selected was a proprietary 3-D angle interlock weave
that meets the requirements for the interlaminar shear, hoop, radial, and axial strengths as
well as flow-path surface finish. The preform and component design were accomplished
using an integrated product design approach including the mechanical designers, meso-
mechanical analysts, the preform fabricator, and the composite fabricators, as shown in
Fig. 4.

Meso-mechanical preform analysis--The subelement FEA heat transfer and stress
analysis were conducted using measured composite elastic and thermal properties from
the material screening activity. With the material operating temperatures and stress level
input, the micro- and meso-mechanical analyses were performed to define the directional
fiber volume fractions required to satisfy the composite strength requirements. Several
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FIG. 3--Flanged hoop subelement cross-key design addresses differential thermal
expansion, axial, radial, and tangential retention and centering.
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FIG. 4--Component and preform design using an integrated product design approach.
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fiber architecture/fiber volume fraction systems were evaluated to determine the effect of
fiber volume fraction on elastic properties, ultimate strengths, and thermal properties. The
proprietary 3-D angle interlock weave architecture selected optimized the fiber volume
fraction distribution to address the directional operating stress requirements as well as
preform handling, preform compaction, infiltration, and surface finish issues.

CMC FLANGED HOOP SUBELEMENT FABRICATION
Fabrication

The flanged hoop subelement preforms were fabricated using the
hydridopolysilazane (HPZ) fiber and the proprietary 3-D angle interlock weave process.
The HPZ fiber was selected for this program based on preliminary test results reported by
Jones indicating improved thermal stability for use temperatures up to 1350°C as
compared to ceramic grade (CG) or HVR Nicalon fiber [2]. The architectures and fiber
volume fractions for both the vertical flange and cylindrical regions were the same. The
same architecture was used for both the HPZ silicon carbide (HPZ/SiC) and the HPZ
silicon-nitrogen-carbon (HPZ/Si-N-C) composite systems.

The HPZ/SiC material system was fabricated using an “"enhanced” SiC matrix
material, a modified pyrolytic carbon interface coating, and an oxidation protection
overcoat to minimize bulk oxidation using the chemical vapor infiltration (CVI) process.
The vertical flange and cylinder end face surfaces were machined using a yttrium
aluminum garnet (YAG) laser. The measured density of the flanged hoop subelements
was 2.28 to 2.37 glem’.

The HPZ/Si-N-C composites were fabricated using a proprietary interface coating.
The coated preform was compressed in the closed mold and infiltrated with the
preceramic polymer under vacuum using the polymer impregnation pyrolysis (PIP)
process. The preform was then pyrolyzed in nitrogen, reimpregnated with the preceramic
polymer, and pyrolyzed again until the target density was achieved. The measured
density of the subelements was 1.93 to 2.0 g/lem’ with 6.8 to 7.8% porosity. The vertical
flange and cylinder end face surfaces were water-jet machined.

BURNER RIG TEST SECTION DESIGN

Mechanical Design

The NASA high-temperature, high-pressure burner rig facility (Fig. 5) has the
capability to produce the heat flux levels, material temperatures, stress levels, and
oxidizing environment required to duplicate the conditions anticipated in a high-
performance aircraft engine. The original burner rig and test section were designed to test
flat CMC panels. To adapt the flanged hoop subelements to the burner rig, a special test
section for testing two flanged hoop subelements simultaneously was designed and
fabricated to reduce testing costs. Simultaneous, yet independent, testing of two flanged
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FIG. 5--NASA high-temperature, high-pressure burner rig produces high-performance
engine conditions.

hoop subelements required that two test section flanges be designed and fabricated with
individual cooling air circuits, attachment, and pressure sealing methods, etc.

Subelement test section design--Independent test sections were designed for the
two flanged hoop subelements (Fig. 6). The test sections provided the attachment,
sealing, delta temperature (AT), and delta pressure (AP) control representative of a high-
performance engine environment. The AP and AT were controlled by a backside
preheated air circuit. The air circuit was equipped with flow meters and control valves
permitting control and measurement of seal leakage, AP, and AT. In addition, each test
section was equipped with instrumentation access ports allowing the flanged hoop
subelements to be instrumented with thermocouples for both hot and cold side CMC
material temperature measurement.

Flow-path transition and flow velocity control hardware--The NASA burner rig

combustor has a 10.2 cm x 10.2 cm square cross section. The inside diameter of the
flanged hoop subelement is 17.78 cm. A transition member was designed to create a flov
path from the square to circular cross section. To achieve the gas stream Mach numbers
for the required heat flux levels, the water-cooled centerbody member shown in Fig. 6
was designed for installation in the gas path with the requirement that all cooling water
exit the centerbody downstream of the CMC flanged hoop subelements.
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FIG. 6--Subelement test section addresses CMC attachment, sealing, delta pressure, and
delta temperature.

NASA BURNER RIG TESTING
Test Procedure

Two instrumented CMC flanged hoop subelements were installed in the test
flanges, and the entire test section was attached to the NASA burner rig. Instrumentation
and cooling supply lines, flow meters, and flow control valves were installed. The test
procedure involved flowing preheated air through the combustor until an air temperature
of 611°C was achieved. Upon reaching the 611°C temperature, the combustor air/fuel
mixture was ignited and the fuel and air pressure increased slowly. In paralle! with the
combustor temperature and pressure ramping up to the desired levels, the CMC flanged
hoop subelement test section cooling air and pressure were increased to maintain the
proper material temperatures and AP. Upon achieving the desired material temperature of
1204°C, AT , and AP, the parameters were stabilized. The typical elapsed time from
combustor ignition until the parameters were stabilized was approximately 5 minutes.

The steady-state test conditions were maintained until either a rig malfunction or
CMC flanged hoop subelement failure occurred. In test number one, the HPZ/Si-N-C
material system flanged hoop subelement failed after 22 hrs. The failure was detected by
the loss of ability to maintain AP across the hoop wall as well as a significant increase in
test section flange material temperatures. The failed subelement was replaced with a new
HPZ/SiC material system subelement and the test continued for a total of 42.5 hrs. The
flanged hoop subelements test number one results are shown in Fig. 7.

The HPZ/SiC subelements shown in Fig. 7a and 7b were still intact and pressure
tight but exhibited tangential cracks in the radius region. The subelement sections in Fig.
7¢ and 7d exhibited brittle fracture in the lower stressed composite region.

For test number two, the positions of the HPZ/SiC material and the HPZ/Si-N-C
subelements were reversed to evaluate the effect of the axial location in the test sections
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with respect to the combustor discharge on durability. In test number two, the HPZ/SiC
material system was located in the forward position nearest the combustor and the
HPZ/Si-N-C material system in the aft position farthest from the combustor. Test
number two was conducted in the same manner as test number one, and after only 3.5 hrs
the HPZ/Si-N-C flanged hoop subelement failed. The failure again was detected by the
inability to maintain the AP across the subelement cylinder wall as well as the significant
temperature increase in the test section material temperatures. The subelement exhibited
significant axial and tangential cracks through the thickness of the cylinder and flange
regions. When the ceramic instrumentation lead wrapped around the cylinder region was
removed, the subelement broke into segments. The HPZ/Si-N-C subelement was
replaced with the HPZ/SiC subelement, which had accumulated 20.5 hrs in test number
one. The test was continued and both HPZ/SiC subelements completed the balance of the
testing which was stopped at 50 hrs total test time. The HPZ/SiC subelements were still
intact but exhibited tangential cracks in the radius region and radial cracks in the flange
region. The test two flanged hoop subelements are shown in Fig. 8. A summary of the
material system test times angd results for both tests one and two is shown in Table 2.

© HPZ/Si-N-C @

after 22.5 hr

FIG. 7--CMC Flanged hoop subelements from test number one.
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FIG. 8--CMC flanged hoop subelements from test number two.

TABLE 2--Results of NASA burner rig testing

Test No. Forward position Testhours  Aft position Testhours = Comments

1 HPZ/Si-N-C 22 HPZ/SiC 42.5 HPZ/Si-N-C
failed at 22 hrs
HPZ/SiC 205
2 HPZ/SiC 50 HPZ/Si-N-C 3.5 HPZ/Si-N-C

failed at 3.5 hrs
HPZ/SiC 46.5

POST-TEST INSPECTION AND RETAINED STRENGTH TESTING

Nondestructive Evaluation (NDE)

The subelements were inspected prior to and after burner rig testing using
radiography and through-transmission uitrasonics. X-radiography revealed the HPZ/Si-
N-C subelements had some distorted fibers in the cylinder region, the result of preform
compression in the closed mold. There were no indications of fiber distortion in the
HPZ/SiC subelements. Low density areas were observed in subelements of both material
systems using through-transmission ultrasonics but no cracks were detected. The density
variations in the cylinder region correlated with the failure regions. Visual and
radiographic inspection of the burner rig tested HPZ/SiC subelements detected cracks in
the vertical flange to cylinder transition radius region on the inner surface that propagated
and extended around the circumference (Fig. 9). The cracks were only partially through
the wall thickness and observable only from the inside of the subelement. The cracking is
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believed to have been created as a result of the thermal stresses in the radius region
governed by the hot cylindrical region and the much cooler flange region (AT ~200°C).

Retained Strength Testing

Room temperature, retained hoop strength testing was conducted using the
fixturing shown schematically in Fig. 10. The test system consists of a sealed pressure
vessel, a hydraulic pump, and ancillary equipment for measuring pressure and strain. The
pressure vessel consists of two cover plates which are separated by precision machined
spacers. The CMC hoop subelement is mounted between the two cover plates and the
entire assembly is clamped together by bolts. The CMC hoop subelement is not
constrained by the top or bottom plates, allowing free diametral growth when pressurized.
A rubber bladder contacting the entire length of the CMC hoop subelement is installed in
the inside of the CMC hoop subelement. The pressure is applied to the rubber bladder by
the hydraulic pump and pressure is measured by a pressure transducer. The strain is
measured by a wire wrapped around the circumference of the subelement and connected
to LVDTs mounted on a fixed frame. The response to the applied pressure is recorded on
an X-Y plotter as stress versus strain. Pressure is applied at the rate of 172 MPa/min until
fracture occurs. Hoop tensile stress is calculated using Lame's equation.

Room-temperature hoop strength of both the HPZ/Si-N-C and the HPZ/SiC
material systems was evaluated in the "as-received” condition as well as after the NASA
burner rig testing. The specimens were laser machined into a cylinder region 17.77 cm
inside diameter x 5.71 cm long with a wall thickness of 8.41 cm. Three hoop specimens
were planned to be machined from each subelement. The specimens were to be machined
from the cylindrical, vertical flange, and transition radius regions. The HPZ/Si-N-C

FIG. 9-- NASA burner rig testing produces cracks in the HPZ/SiC radius transition
region.
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FIG. 10--Hoop test fixture measures retained tensile strength and strain to failure.

material system failed in both burner rig tests; therefore, only "as-received” properties
were measured from one hoop which was not tested in the burner rig. The specimens
failed in a brittle manner indicating a strong bond at the fiber/matrix interface.
Microscopic analysis as shown in Fig. 11 indicated brittle fracture with extensive fiber
bridging and glassy oxide layers. The "as-received” hoop strength was measured at 58.3
MPa as compared to 182 to 237 MPa reported by Chuck and Szweda for a 2-D
Nicalon/Si-N-C 2-D laminate system tested at 1000°C in vacuum [3].

The three HPZ/SiC flanged hoop subelements from the NASA burner rig testing
were visually and radiographically examined. The inspections revealed severe cracking
in the vertical flange to cylinder transition radius region resulting from thermomechanical
stresses encountered during the 1204°C testing. The retained strength hoop tensile tests
for the cylinder region were conducted at room temperature. The test results and
stress/strain curves are summarized in Table 3 and Fig. 12 [4]. The "as-received" room
temperature hoop strength of the HPZ/SiC material system is 166.2 MPa with a fibrous
composite fracture [5]. Table 3 shows a summary of hoop tensile test results and strength
degradation; results do not indicate a direct strength reduction as a function of test time.

Fracture surfaces of the HPZ/SiC serial no. 003 hoop with the 3.8 MPa retained
tensile strength are shown in Fig. 13 indicating fibrous failure even with low retained
strength. Micrographic analysis of the fracture surfaces indicated the enhanced SiC
matrix material had not adequately infiltrated the fiber tows thereby allowing oxidation
paths into the modified carbon fiber interface coating.
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FIG. 11--Micrographs indicate brittle fracture of HPZ/Si-N-C composite after 3.5 hrs of
NASA burner rig testing at 1204°C.

TABLE 3--Strength reduction due to burner rig testing of HPZ/SiC components.

Serial No.  Test hours Retained strength, MPa Percentage retained strength*
001 4.5 93.1 56
002 67 453 27
003 50 38 2.3

* Compared to "as-received” ultimate tensile strength of 166.2 MPa [5].

CONCLUSION

The flanged hoop subelement and burner rig test section designs were
successfully demonstrated in the NASA high-temperature, high-pressure burner rig tests
at a material temperature of 1204°C with heat flux levels, AT, and AP representative of a
high-performance aircraft engine. The HPZ/SiC material system successfully completed
both tests. The HPZ/Si-N-C material system failed during both tests with brittle fracture.
The FEA stress analysis conducted for the flanged hoop subelements indicated that the
operating stress levels in the HPZ/SiC material system were significantly greater than the
HPZ/Si-N-C material system; however, the HPZ/SiC demonstrated superior performance
in both tests as a result of a superior fiber interface coating as well as an "enhanced”
matrix system for improving the oxidative stability of the material system. The as-
received hoop tensile testing of the HPZ/Si-N-C material indicated very low tensile
strengths and brittle fracture, leading to the conclusion that the interface coating was
rigidly bonded to the fiber and matrix and not an optimized system.
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FIG. 12--Stress/strain curves for "as-received” and after NASA test subelement cylinder
regions.
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FIG. 13--Typical micrograph of HPZ/SiC subelement after 50 hrs of NASA burner rig
testing at 1204°C demonstrates fibrous failure.
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The low retained strengths for the HPZ/SiC material system were investigated via
scanning electron microscope and other techniques. The investigation revealed that the
enhanced matrix material had not adequately infiltrated the fiber tows thereby resulting in
insufficient oxidation protection for the fiber interface.

Use of HPZ/SiC material system will be continued for optimization in Phase IIL.
Revisions will be made to the architecture in the flange and radius region to reduce the
high thermal stresses and eliminate the cracking. In addition, improved methods will be
developed to infiltrate the fiber tow with the enhanced matrix material to improve the
oxidative stability of the material system.
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Summary

Since its establishment in 1991, ASTM Subcommittee C28.07 on Ceramic Matrix Com-
posites has actively promoted the development of test methods for continuous-fiber ceramic
composites (CFCCs) and the transfer of research results related to these materials. Indeed, a
workshop organized by David C. Cranmer at the National Institute of Standards and Tech-
nology, Gaithersburg, Maryland, in February 1990, helped set the stage for the establish-
ment of ASTM Subcommittee C28.07 and resulted in the publication, ‘‘Workshop on
Assessment of Testing Methodology for Glass, Glass-Ceramic, and Ceramic Matrix Com-
posites,”” by D. C. Cranmer, Journal of Research of the National Institute of Standards and
Technology, Vol. 96, No. 4, 1991, pp. 493-501. Following the establishment of ASTM
Subcommittee C28.07, a mote informal workshop was organized by George D. Quinn in
January 1992 at the ASTM Committee C28 meetings in Cocoa Beach, Florida. Finally, a
formal workshop entitled ‘“Thermal and Mechanical Test Methods and Behavior of Contin-
uous Fiber Ceramic Composites (CFCCs)’’ organized by Michael G. Jenkins, Stephen T.
Gonczy, and Edgar Lara-Curzio was held in June 1994 at the ASTM Committee C28
meetings in Montreal, Quebec.

The impetus for these workshops was that anticipated engineering applications of CFCCs
in industrial, aerospace, and propulsion systems require materials to be exposed to service
cycles in various aggressive environments which may include simultaneous temperature and
load cycling or thermal or mechanical shock. Materials testing and characterization elucidate
aspects of the unique damage-tolerant behavior (‘‘toughness’’) of this class of advanced
ceramics. This information can enable proper formulation of models used for component
lifetime prediction and design and guide material development. It was hoped that these
workshops would assist in continuing the premarket penetration standardization process
required to ensure timely and rapid introduction of these emerging materials into interna-
tional markets. Researchers from industry, academia, and government who participated in
this workshop discussed topics in the following areas:

® development and application of novel test methods and equipment;

e application of standardized test methods;

e environmental and thermal effects;

® tensile, compressive, or shear strength behavior;

® creep/creep rupture behavior;

e cyclic fatigue including frequency, waveform, and amplitude effects;

o thermomechanical fatigue:

o deformation behavior;

& multiaxial loading as applied to test specimen coupons or components (for example,
tubes);

e effects of fiber architecture including laminate, fabric, or braided reinforcements;

® specimen design, including volume and geometrical effects; and

e interfacial property measurement and effects of composite performance.

By 1996, ASTM Subcommittee C28.07 had succeeded in introducing four test methods
for CFCCs. While CFCCs are said to be an enabling technology for U.S. industry, test
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methods are viewed as being an enabling supporting technology. Thus, without the common
language and procedures of standardized test methods, CFCCs cannot be refined and im-
proved to fill their premier role on the advanced technology. The symposium ‘“Thermal and
Mechanical Test Methods and Behavior of Continuous Fiber Ceramic Composites’* was
held in Cocoa Beach, Florida, 8-9 Jan. 1996, with the intent of formally introducing novel
test methods for CFCCs, presenting some of the unique aspects of the thermal and mechani-
cal behavior of CFCCs, and addressing the application of existing standarized test methods
to CFCCs. The presentations and the collection of papers in this special technical publica-
tion, ASTM STP 1309, are the results of recent research and development programs for
CFCCs.

The papers in this STP are a significant contribution to the development and understand-
ing of the behavior of continuous-fiber ceramic matrix composites. Each of the papers in the
five sections is briefly summarized in the following paragraphs with some perspective on the
significance of the work.

Room-Temperature Test Results/Methods

“Influence of Test Mode, Test Rate, Specimen Geometry, and Bending on Tensile
Mechanical Behavior of a Continuous Fiber Ceramic Composite’” by Piccola, Jenkins, and
Lara-Curzio—the ASTM Test Method for Monotonic Tensile Strength Testing of Continu-
ous Fiber-Reinforced Advanced Ceramics with Solid Rectangular Cross-Section Specimens
at Ambient Temperatures (C 1275) was used to investigate the effects of test mode, test rate,
specimen geometry, and bending on the mechanical behavior of a CFCC. Analysis of
variance showed no effect of test mode and test rate on proportional limit stress and ultimate
strength but an effect of specimen geometry for ultimate strength but not proportional limit
stress.

“Effect of High Strain Rate on the Tensile Behavior of Nicalon™/CAS Continuous-Fiber
Ceramic Composites’” by Sanchez, Puente, Elizalde, Martin, Martinez, Daniel, Fuentes, and
Beesley—Tensile properties of a CFCC were measured as a function of strain rate. Novel
test methods included the use of piezoelectric load cells and strain gages and showed that
fracture strength and strain energy density increased with increasing strain rate. These trends
were related to fracture mode and damage in the material.

‘‘Shear Strength of Continuous Fiber Ceramic Composites’’ by Lara Curzio and Ferber—
Two test methods for shear strength testing of CFCCs are presented: double-notched com-
pression for interlaminar shear strength and losipescu shear test to determine in-plane shear
strength. Experimental results are presented for two CFCCs and are related to the thickness
of fiber coating.

“‘Unloading-Reloading Sequences and the Analysis of Mechanical Test Results for Con-
tinuous Fiber Ceramic Composites’’ by Steen and Vallés—Intermittent unloading-reloading
cycles are shown to be a powerful tool to assist the interpretation of the mechanical response
of a CFCC. A correlation between fiber-matrix interfacial phenomena and the unloading-
reloading response is drawn. Implications of the technique for modeling the mechanical
behavior of CFCCs are discussed.

High-Temperature Test Results/Methods

““The Effect of Hold Times on the Fatigue Behavior of an Oxide/Oxide Ceramic Matrix
Composite’” by Zawada and Lee—An oxide fiber-reinforced oxide matrix ceramic compos-
ite was tested under monotonic, cyclic, and constant loading. The effect of temperature,
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maximum stress, frequency, and hold time were examined. Increased strain accumulation
occurred with decreasing frequency and increasing hold times.

*‘Subcritical Crack Growth in Ceramic Composites at High Temperature Measured Using
Digital Image Correlation”” by Mumm, Morris, Dadkhah. and Cox-—An in-situ experimen-
tal technique allowed high-resolution, high-sensitivity determination of full-field strains
during high-temperature testing. Creep crack growth was investigated in a CFCC at 1150°C.
Crack opening displacements werr monitored for advancing bridged cracks and related to
models for crack growth.

“Tensile and Fatigue Behavior of a Silicon Carbide/Silicon Carbide Composite at
1300°C”* by Unal—Monotonically and cyclically loaded response of a CFCC was studied in
nitrogen at 1300°C. Fiber architecture and the interphase material contributed to failure
occurring in stages. In monotonically loaded tests, failure occurred by creep of bridging
fibers. In cyclically loaded tests, failure occurred by brittle fracture.

‘‘Stress-Temperature-Lifetime Response of Nicalon Fiber-Reinforced Silicon Carbide
(SiC) Composites in Air"” by Lin and Becher—Time-to-failure tests were conducted in
four-point flexure in ambient air at elevated temperatures to study the effects of stress level
and temperature on the performance of a CFCC. A threshold stress was identified, although
the thickness of the graphitic interface did not have as great an effect as oxidation inhibitors.

‘‘Fatigue Crack Growth Behavior of a Woven HPZ/Silicon Carbide Ceramic Matrix
Composite”” by Kramb and John—Fatigue crack growth behavior in a CFCC was monitored
using optical and scanning electron microscopy in addition to compliance techniques.
Comparison of crack growth in the CFCC and the monolithic matrix was used to deduce the
fiber/matrix interfacial shear stress during crack propagation. This stress was correlated to
the fiber-bridging stress and the crack opening displacements.

“‘Creep-Rupture Behavior of a Nicalon/SiC Composite’” by Verrilli, Calomino, and
Brewer—High-temperature creep tests were performed on a CFCC at constant maximum
stresses equal to or less than the proportional limit stress. Intermediate temperature tests in
ambient air caused decreased creep lives, whereas higher temperature tests in a vacuum
produced run-out lives. An oxidation-embrittlement damage mechanism was identified.

“*Retained Tensile Properties and Performance of an Oxide-Matrix Continuous-Fiber
Ceramic Composite After Elevated-Temperature Exposure in Ambient Air’” by Munson and
Jenkins—Oxide matrix CFCC specimens were exposed for 1, 24, and 100 h at 800 and
1000°C in ambient air. Retained tensile properties at room temperature showed small
decreases in elastic modulus and proportional limit stress, but large decreases in ultimate
tensile strength and modulus of toughness as a result of the degradation of the interphase
and fibers.

Nondestructive Characterization

‘‘Characterization of Damage Progression in Ceramic Matrix Composites Using an Inte-
grated NDE/Mechanical Testing System’ by John, Buchanan, Stubbs, and Herzog—A
unique integrated nondestructive evaluation/mechanical test system was developed to char-
acterize damage progression in CFCCs. Conventional extensometry plus ultrasonic surface
and longitudinal wave transducers were used to track damage. A correlation between experi-
mental results and the NDE method are shown.

‘‘Infrared-Based NDE Methods for Determining Thermal Properties and Defects in Ce-
ramic Composites’” by Ahuja, Ellingson, Steckenrider, and Koch—Flashed infrared light is
used to heat instantaneously CFCC components. Digital images of the temperature distribu-
tion are used to detect internal defects (for example, delamination or porosity) and are also
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used to determine thermal diffusivity. Correlations are shown between the nondestructive
characterization technique and actual defects.

‘“Measurement of Orthotropic Elastic Constants of Ceramic Matrix Composites- from
Impact Sound’’ by Sakata and Ohnabe—The elastic constants of CFCCs were measured
from a combination of the impact sound, natural frequencies, and finite element analysis of
small specimens and a jet engine component. Damage of the component after operation of
the jet engine is correlated to the reduction of the elastic modulus of the material.

Modeling and Processing

““‘On the Optimal Design of Fiber-Reinforced Laminates’’ by Kalamkarov—An optimal
design algorithm is proposed for fiber-reinforced laminate CFCCs with a prescribed stiff-
ness. The design problem is generalized to account for the minimization of the volume
content of fibers. Examples are used to illustrate the effectiveness and advantages of the
developed method.

““A Model for the Creep Response of Oxide-Oxide Ceramic Matrix Composites’” by
Zuiker—A numerical model was developed to predict the creep response of CFCCs. In the
model, Mori-Tanaka estimates of overall elastic response in conjunction with transforma-
tion-filed analysis are used to predict the inelastic deformation. Good correlation is shown
between the model and experimental results over a wide range of temperatures and stresses.

“Fatigue Life Modeling of Hybrid Ceramic Matrix Composites’” by Newaz and
Bonora—Cyclic fatigue of a hybrid glass matrix was characterized. Damage evolution was
monitored as a function of fatigue cycles and stress levels via stiffness loss. The magnitude
of damage was dependent on strain level. A stiffness reduction model was proposed as a
function of fatigue life and was successful in predicting damage evolution/fatigue life in the
hybrid CFCC.

“‘Secondary Processing Effects and Damage Mechanisms in Continuous-Fiber Ceramic
Composites’” by Ramulu, Prasad, Malakondaiah, and Guo—Comparisons are made of
CFCC surfaces machined by conventional diamond-grit grinding and nonconventional abra-
sive water jet (AWIJ) cutting. AWJ cut surfaces show a through-thickness variation of
roughness and associated cutting/damage mechanisms. The increased damage of AWJ is of
concern in applying this machining technique to CFCCs.

Testing of Tubes

“‘Design, Fabrication, and Burner Rig Testing of Three-Dimensional Woven Ceramic
Matrix Composite Flanged Hoop Subelements’ by Wildman and Khandelwal—Design
considerations for a CFCC fiow path duct for high-performance turbine engines are detailed.
Test considerations and results for high-temperature testing in a burner rig to simulate the
engine operating conditions are reported. Retained strengths are obtained for CFCC subele-
ments that survived the burner rig tests.
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