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Foreword 

This publication, Thermomechanical Fatigue Behavior of Materials, contains the papers 
presented at the symposium of the same name held in San Diego, CA on 14-16 Oct. 1991. The 
symposium was sponsored by ASTM Committee E-9 on Fatigue. Huseyin Sehitoglu, Univer- 
sity of Illinois, Urbana, IL, served as chairman of the symposium and is editor of the 
publication. 
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Overview 

Background 

Thermo-mechanical fatigue (TMF) problems are encountered in many applications, such 
as high-temperature engines, structural components used in high-speed transport, contact 
problems involving friction, and interfaces in computer technology. Thermo-mechanical 
fatigue provides a challenge to an analyst as well as to an experimentalist. The analyst is faced 
with describing the constitutive representation of the material under TMF, which is com- 
pounded by complex internal stresses, aging effects, microstructural coarsening, and so forth. 
The evolution of microstructure and micromechanisms of degradation differ from that 
encountered in monotonic deformation or in isothermal fatigue. Experimentalists conducting 
TMF tests need to ensure simultaneous control of temperature and strain waveforms, and 
minimization of temperature gradients to enable uniform stress and strain fields. Failure to 
meet these requirements may result in fortuitous results. 

This symposium was organized to provide a means of disseminating new research findings 
in thermo-mechanical fatigue behavior of materials. The need for the symposium grew nat- 
urally from the activities of the E9.01.01 Task Group on Thermomechanical Fatigue. There 
have been numerous developments in understanding thermo-mechanical damage mecha- 
nisms over the last decade. The last ASTM symposium on TMF was held in 1975, and since 
then, the role of oxidation damage is now better recognized, the asymmetry of creep damage 
is well accepted, and microstructural evolution is established as a contributor to stress-strain 
response and to damage behavior. Moreover, the experimental techniques to study TMF 
evolved significantly over the last decade. Computer control of strain and temperature wave- 
forms, high-temperature strain, and temperature measurement techniques were refined con- 
siderably. Researchers are gaining a better understanding of damage at the micro-level with 
sophisticated microscopy tools probing to ever lower size scales. At the same time, with refined 
numerical models and improved computer power, it is possible to conduct more realistic sim- 
ulations of material behavior. The last decade has seen increased emphasis on composite mate- 
rials designed to withstand high operating temperatures and severe TMF environments. Both 
the experiments and their interpretation are difficult on these highly anisotropic materials with 
complex internal stress and strain fields. 

The purpose of thermomechanical fatigue studies is twofold. First, to gain a deeper under- 
standing of defect initiation and growth as influenced by the underlying microstructure or dis- 
crete phases, and second, to obtain useful engineering relationships and mathematical models 
for macroscopic behavior, allowing the design and evaluation of engineering systems. The first 
goal is sought by materials scientists and mechanicians conducting basic research, while the 
second goal is pursued by engineers and designers who are integrating this basic information 
and experimental data to develop structural models. It is desirable that basic research in this 
field be guided by the needs and requirements set by designers in their search for better 
performance. 

The papers presented in this special technical publication (STP) have the aim of addressing 
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2 THERMOMECHANICAL FATIGUE BEHAVIOR OF MATERIALS 

both the basic research and the design issues in thermomechanical fatigue. The authors have 
been active researchers in high-temperature fatigue and have all made notable contributions 
in their specific areas of interest. In addition to U.S. researchers, the contributions from over- 
seas researchers are noteworthy and encouraging. 

Summary of the Papers 

It is now widely accepted that a materials' TMF behavior be studied under the in-phase case 
(where maximum temperature and maximum strain coincides) and the out-of-phase case 
(where maximum temperature and minimum strain coincide). These two loading types rep- 
resent strain-temperature histories that often produce different damage mechanisms. The 
reader will find these terms used repeatedly in this publication. A mini-summary of the 14 
papers included in this STP follows. 

Dr. Remy and colleagues have elucidated the dramatic contribution of oxidation on fatigue 
crack growth in thermomechanical fatigue by comparing preoxidized and virgin samples. Mr. 
Zauter and colleagues demonstrated dynamic strain aging and dynamic recovery effects in 
austenitic stainless steels under thermomechanical fatigue. Similar behavior was seen in Has- 
telloy X studied by Castelli et al. who proposed a constitutive equation to describe the aging 
phenomena. Kadioglu and Sehitoglu studied the MarM247 alloy and calculated internal 
stresses caused by oxide spikes and refined an early model proposed by the senior author. 
Miller et al. proposed microcrack propagation laws suitable for TMF loadings incorporating 
creep, fatigue and oxidation effects. Thermomechanical fatigue of In-738 was considered by 
Bernstein et al. who proposed a life model incorporating time, temperature, and strain effects. 
Single crystal and directionally solidified nickel alloy was considered by Guedou and Hon- 
norat who also examined coated alloys. Kalluri and Halford studied the Haynes 188 under 
various TMF cycle shapes demonstrating creep and oxidation damages. Halford et al. dis- 
cussed the thermomechanical fatigue damage mechanisms in several unidirectional metal- 
matrix composites. Analysis of local stresses and strains for same class of materials has been 
achieved in the work of Coker et al. Experiments demonstrating deviations from linear sum- 
mation of creep and fatigue damages in TMF have been conducted by McGaw. Characteriza- 
tion of crack growth through temperature and stress gradients has been considered by Sakon 
et al. The shear stress-strain behavior of solder materials in TMF has been studied as a function 
of cycle time in Hacke et al. 

Future Needs 

Advanced monolitic materials and their composites will provide challenges to experimen- 
talists and analysts working on thermomechanical fatigue. Beyond the need for TMF resist- 
ance in applications listed earlier, studies ofthermomechanical fatigue and fracture in the elec- 
tronics industry and in manufacturing operations involving thermomechanical processing are 
other areas likely to attract attention in the future. 

I would like to express my gratitude to all authors, reviewers, and ASTM staff for their con- 
tribution to the publication of this STP. A follow up symposium is planned in two years, which 
will highlight new developments in this field. 

Huseyin Sehitoglu 
Symposium chairperson and editor; 

University of Illinois, Urbana, Ill. 
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L. ROmy, 1 n .  Bernard, 2 j. L. Malpertu, 3 and F. Rezai-Aria 4 

Fatigue Life Prediction Under Thermal- 
Mechanical Loading in a Nickel-Base 
Superalloy 

REFERENCE: Rrmy, L., Bernard, H., Malpertu, J. L., and Rezai-Aria, F., "Fatigue Life Pre- 
diction Under Thermal-Mechanical Loading in a Nickel-Base Superalloy," Thermomechanical 
Fatigue Behavior of Materials, ASTM STP 1186, H. Sehitoglu, Ed., American Society for Test- 
ing and Materials, Philadelphia, 1993, pp. 3-16. 

A B S T R A C T :  Thermal-mechanical fatigue of IN-100, a cast nickel base superalloy, was previ- 
ously shown to involve mainly early crack growth using either bare or aluminized specimens. 
This crack growth was found to be controlled by interdendritic oxidation. A model for engi- 
neering life to crack initiation is thus proposed to describe this microcrack growth phase using 
local stresses in a microstructural volume element at the crack tip. The identification of damage 
equations involves fatigue crack growth data on compact tension (CT) specimens, interdendritic 
oxidation kinetics measurements and fatigue crack growth on CT specimens that have been 
embrittled by previous oxidation at high temperature. The application of this model to life pre- 
diction is shown for low cycle fatigue and thermal-mechanical fatigue specimens of bare and 
coated specimens as well as for thermal shock experiments. 

K E Y W O R D S :  life prediction, low-cycle fatigue, thermal-mechanical fatigue, high temperature 
fatigue, nickel base superalloy, oxidation 

Thermal fatigue with or without superimposed creep is the primary life limiting factor for 
blades and vanes in gas turbines for jet or aircraft engines. Damage modeling under thermal- 
mechanical cyclic loading is still at an early stage as compared to the developments made for 
high temperature isothermal fatigue [1-3]. A major reason has been the difficulty of simulat- 
ing thermal stress cycling in the laboratory. During recent years considerable effort has been 
devoted to develop thermal-mechanical fatigue (TMF) tests to simulate the behavior of a vol- 
ume element in a structure. Since all test parameters are known (measured or imposed), such 
tests can be used to check the validity of damage models to be used for actual components. 

TMF tests were thus run on conventionally cast superalloy IN- 100 used for blades and vanes 
in jet engines. The conventional low cycle fatigue (LCF) behavior of this alloy was previously 
studied in the bare condition in our laboratory [4]. From computations of real blades under 
service conditions, the behavior of bare IN-100 was studied under various TMF cycles, which 
had maximum and min imum temperatures of 1050 and 600"C (1323 and 873 K) as shown in 
Fig. 1. Cycles I and II had periods of 9.5 and 3 min, respectively, with a strain ration R~ = 
- 1 and the mechanical strain was set to zero at min imum temperature. Peak strains occur at 
900~ (1173 K) in compression on heating and at 7000C (973 K) on cooling. 

1 Centre des Materiaux P. M. Fourt, Ecole des Mines de Paris, URA CNRS, 866, BP87, 91003 Evry 
Cedex, France. 

2 Peugot S.A., Velizy, France. 
3 Joseph Paris S.A., Nantes, France. 
4 Ecole Polytechnique Federale de Lausanne, Ecublens, Switzerland. 
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4 THERMOMECHANICAL FATIGUE BEHAVIOR OF MATERIALS 
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FIG. 1--Shape of thermal-mechanical fatigue cycles. (a) Cycles L II, and V (with no mean strain) and 
(b) Cycles l l I  and IV  (with a zero minimum strain). Each figure shows the plots of temperature versus time 
(At is the cycle period), mechanical strain versus time, and mechanical strain versus temperature. 

Cycle III was similar to Cycle II with R~ = 0 and Cycle IV was Cycle III with a 3-min hold 
t ime at max imum temperature and at half the maximum strain. Cycle V was a conventional 
in-phase cycle where mechanical strain was a maximum (respectively, minimum) at maxi- 
m u m  temperature (respectively, minimum) using a period of  3 min All tests were run using 
hollow cylindrical specimens. 

Results were reported in a previous paper [5] and some trends are shown in Fig. 2. The TMF 
life of  hollow specimens with a 1-mm wall thickness was conventionally defined as corre- 
sponding to a 0.3-mm depth of  the major crack. Plastic replicas taken at various fractions of 
life have shown that the major  part of  T M F  life was spent in the growth of microcracks. The 
crack growth rate was very sensitive to T M F  cycle shape and frequency. 

This behavior under T M F  cycling is in good agreement with earlier LCF results at 1000*C 
in air [4] since a large frequency-dependence of  LCF life had been observed especially in the 
frequency range 5 • 10 -2 - -2  Hz. The LCF life in air was found to be mainly spent in the 
propagation ofmicrocracks even at high frequency (1 to 2 Hz). The fatigue life in vacuum was, 
on the contrary, almost frequency-independent. The marked difference between fatigue lives 
in air and in vacuum vanished at high frequency (1 to 2 Hz). These results showed clearly a 
large influence of oxidation on the high temperature fatigue damage of  this alloy. 

These results were recently completed by T M F  tests on aluminized IN- 100 specimens, since 
actual components are coated [6, 7]. The T M F  Cycle II was mainly used, but some more com- 
plex cycles were used, including a Cycle II with 1-h period instead of  3 min. Aluminized spec- 
imens were found to have a longer life than bare specimens for a given cycle shape. Sections 
of T M F  specimens tested to various fractions of  life have shown that the TMF life of coated 
specimens, as that of  bare specimens, was mainly controlled by oxidation and involved an 
important  microcrack growth phase. 

The microcrack growth phase provided therefore a lower bound of the engineering life to 
crack initiation. 

Copyright by ASTM Int ' l  (all  rights reserved); Wed Dec 23 19:11:46 EST 2015
Downloaded/printed by
University of Washington (University of Washington) pursuant to License Agreement. No further reproductions authorized.



R#MY ET AL. ON A NICKEL-BASE SUPERALLOY 
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FIG. 2--Variation of the number of TMF cycles to 0.3-mm crack depth with the mechanical strain 

range. For sake of simplicity only the trends of results are shown. 

Plastic replicas and metallographic sections of  various specimens tested in LCF and in TMF 
in alloy IN-100 and in other cast superalloys [4,5,8,9] have shown that the depth of  the major 
surface crack increases linearly with the number of  cycles up to several tenths of  a millimetre 
(at least 0.3 mm) and this constant crack-growth rate regime amounts to 30 to 60% of fatigue 
life. Then the crack-growth rate increases with crack length as expected from fracture mechan- 
ics, and the specimen is actually a structure. The former regime, where microcracks grow at a 
constant rate, is typical of  a volume element behavior and can be taken as the lifetime to ini- 
tiate an engineering crack several tenths o f a  millimetre (at least 0.3 mm) in depth. 

The paper will therefore describe a fatigue damage model applicable to both LCF and TMF 
which assumes that fatigue life is spent in the growth of microcracks. The oxidation fatigue 
interaction will be considered in the following manner: exposure to high temperature during 
the TMF cycle oxidizes the material at the crack tip and then high stress ranges at medium 
temperatures give rise to fatigue damage in the material that has been embrittled by oxidation. 

The present model is thus different from previous simpler oxidation-fatigue models [ 1 O- 12] 
such as the one proposed by one of  the authors [11], which uses a simple summation of pure 
fatigue and oxidation contributions to crack growth rate and assumes oxide film cracking at 
each tensile stroke. 
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6 THERMOMECHANICAL FATIGUE BEHAVIOR OF MATERIALS 

A fatigue damage equation will be first fitted to fatigue crack growth data on compact ten- 
sion (CT) specimens. The kinetics of  interdendritic oxidation will be then established. Oxi- 
dation embrittlement will be evidenced then using CT specimens that were previously oxi- 
dized at high temperature after precracking. 

Damage equations accounting for the oxidation-fatigue interaction can then be identified 
from these experiments on virgin and preoxidized CT specimens. Predictions of  the model 
will be tested against experiment on bare and coated specimens submitted to LCF and TMF 
and thermal shock experiments using wedge type specimens. 

Fatigue Damage Equation 

A number of  models have been proposed to rationalize fatigue crack growth. One of  the 
most powerful class of  models is the one proposed originally by McClintock, who considered 
a process of  repeated crack nucleation ahead of  the crack tip [13]. These models were 
reviewed, for instance, in Ref 14. A volume element ahead of the crack tip fails when a local 
fracture criterion is reached. 

Chalant and Rrmy [ 14] showed that the well-known Paris equation d a / d N  -- C AK m, which 
expresses fatigue crack growth rate (FCGR) as a function of the global fracture mechanics 
parameter AK, can be deduced from a simple Basquin's equation at the local scale between 
the Von Mises equivalent stress range Aao a and N(X) the number of  cycles to fracture a micro- 
structural element ahead of  the crack tip. This was obtained using a two-dimensional analysis 
with a square element of size X in the plane normal to the crack plane, with one edge along the 
crack direction. 

However, the Paris equation is obeyed only at moderate crack growth rates. High FCGR 
are strongly dependent on the load ratio R = Kmim/Km~ since as pointed by Knott [15] there 
is a superposition of  fatigue damage and static fracture modes. Rrmy and Rrzai-Aria assumed 
that monotonic fracture at the crack tip obeys a maximum principal stress criterion [ 16] and 
they proposed an empirical expression to account for this superposition in the fracture of  a 
microstructural element at high FCGR which reads as follows 

with 

I /N(X)  = (Ao'eq/2So)M/[(1 - R ) ( a < -  <r~lSo] << (1) 

R = 1 - A,ryy/ayy for/xayy _< a~y 
R = 0 for Aa~y > ayr 

and where /Xaeq is the Von Mises equivalent stress range averaged over the microstructural 
element at the crack tip, ayy is the maximum tensile value of the normal stress of the crack tip 
at a distance X (only the tensile part of  the normal stress range is supposed to contribute to 
monotonic fracture), So, M, ,~ are constants at a given temperature, and a< is the critical value 
of  ~yy when N(X) tends to infinity (that is, at monotonic fracture). 

Equation 1 was fitted to FCGR measured for different load ratios in the range 10 -9 to 10 -5 
m/cycle at high frequency (20 or 50 Hz) to minimize environmental effects./Xa<q, Aay~, and Cryy 
were deduced [14,16] from the stress singularity ahead of  the crack tip computed by Tracey 
for plane-strain small scale yielding under monotonic loading [17,18]. This finite element 
analysis was adapted to cyclic loading according to Rice's hypothesis [19] using stress and 
strain ranges instead of stresses and strains and the cyclic stress-strain relationship measured 
on stabilized loops 

a,reqla<ro = (aeeq/Aeo) N (2) 

where A~eq , AEeq are the Von Mises equivalent stress and total strain ranges,/Xao and N are 
constant and Aeo = /xao/3G (G is shear modulus with Poisson's coefficient, = 0.3). X was 
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REMY ET AL. ON A NICKEL-BASE SUPERALLOY 7 

defined as the mean secondary dendrite size (X = 100 um, measured edge to edge). N(X) was 
thus deduced from the crack growth rate d a / d N  = MN(X) on CT specimens and from poten- 
tial drop measurements of the number  of cycles to 0.3-mm crack depth as N(X) --- N(0.3 mm) 
X/0.3. 

Figure 3a shows A~eq -- N(X) curves for IN-100 superalloy deduced from experimental da/  
d N  - A K  curves on CT specimens with two load ratios of 0.1 and 0.7 at 1000~ as well as 
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FIG. 3 - -  Variation of  the equivalent stress range in a volume element ahead of the crack tip ( A ~  as a 
function of(a) the number of  cycles to break it N(X) at IO00*C and (b) the ratio (N(X))[(1 - R)(o'c -- 
~%)]'~. Data are from CT specimens (load ratio R = O. 1 or O. 7) and LCF specimens (R = -- 1) tested at 
high frequency. 

I ~ ~ i v i l l  I i I I i i l i i  

C o p y r i g h t  b y  A S T M  I n t ' l  ( a l l  r i g h t s  r e s e r v e d ) ;  W e d  D e c  2 3  1 9 : 1 1 : 4 6  E S T  2 0 1 5
D o w n l o a d e d / p r i n t e d  b y
U n i v e r s i t y  o f  W a s h i n g t o n  ( U n i v e r s i t y  o f  W a s h i n g t o n )  p u r s u a n t  t o  L i c e n s e  A g r e e m e n t .  N o  f u r t h e r  r e p r o d u c t i o n s  a u t h o r i z e d .



THERMOMECHANICAL FATIGUE BEHAVIOR OF MATERIALS 

Iox  , gm 

10 

O,~ '  O 1  

..~.......... 

/ %  
o 4 

m ,~ 
�9 8 0 0  

�9 9 0 0  

o 1 0 0 0  

. 1 1 0 0  

I N 1 0 0  

I I J * , l * | i  z i * i . * J  I �9 * * * * . 1 , |  * . * * * * . 1  

10 2 10  a 10 4 10  s 

t , s  
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temperatures. 

LCF results obtained at high frequency (1 or 2 Hz) on smooth specimens. Data from CT spec- 
imens show a pretty large scatter at lower FCGR (below 5 • 10-8 m/cycle) as usually in coarse- 
grained nickel-base alloys, and this gives rise to scatter in N(X) larger than 2 • 10 3. The depen- 
dence on load ratio is significantly reduced when Aaeq is plotted as a function of N(X)/[(1 -- 
R)(ac - ayy)] ", see Fig. 3b, within experimental scatter. Equation 1 was found to account for 
the load ratio dependence of  FCGR between 10 -8 and 10 -5 m/cycle at the various tempera- 
tures investigated. 

Kinetics of Interdendritic Oxidation 

Observations on LCF specimens of cast IN-100 tested at high temperatures and of  TMF 
specimens have shown that cracks nucleate and grow along oxidized interdendritic areas. 

Quantitative studies of  oxidation without stress were previously carried out [18,19]. The 
depth of  interdendritic oxide spikes lox measured from the outer surface of  specimens was 
found to obey the following equation 

1o~ = aox(T)t  '/' (3) 

where aox is an oxidation constant and t the exposure time at temperature. Metallographic 
measurements on specimens at various temperatures have confirmed this behavior (Fig. 4 
[19]). Equation 3 can be conveniently written in a differential form as 

d(14ox) = a4o~( T ) d t  (4) 
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RI~MY ET AL. ON A NICKEL-BASE SUPERALLOY 9 

where aox varies as a function of temperature according to an Arrhenius law 

O~ox( T)  o = aox e x p ( - - Q / R T )  

where T is temperature in Kelvin, R = 8.315 J �9 K -  1 and Q an activation energy. 

(5) 

Fatigue Crack Growth in Preoxidized CT Specimens 

Critical experiments were carried out on CT specimens that were first precracked to a/w 
0.4, then oxidized in a furnace at high temperature and finally tested at a given temperature. 
A typical FCGR curve is shown at 650"C for a precracked IN-100 specimen which was oxi- 
dized 70 h at 1000*C together with that of a virgin precracked specimen (Fig. 5). The loading 

d a / d N  
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IN l o 0  

10-9 I ] I I I I I I I  I I I 

I 0  

A K , M P a . m  1/2 
FIG. 5-- Variation of fatigue crack growth rate (da/dN) as a function of  stress intensity range (AK) at 

650~ for virgi'n specimens and a specimen that has been oxidized at IO00*C (load ratio R = O. 1). 
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o c , M P a  
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| 

0 

I i i I 

�9 � 9 1 4 9 1 4 9  �9  

10 

x /  I o x  
FIG. 6--Variation of the critical stress to fracture (~c) with the ratio of the distance to the tip of the 

oxidized precrack over the interdendritic oxide depth (x/lox) at 650"C (same specimen as in Fig. 8). 

procedure was as follows: an initial load range that corresponds to AK ~ 1 M P a - m  v2 was 
applied. FCGR was very high a few 10 -5 m/cycle when no crack growth should occur in the 
virgin material. Then the crack slowed down for the same load range (this is due to the increase 
in local fracture toughness with the distance from the oxidized precrack, as will be shown 
later). Then the load range was incrementally increased and the procedure was repeated. A 
saw-tooth variation in FCGR is accordingly observed and large values of peak FCGR are 
observed before recovering values of the virgin material, about 0.5-mm ahead of the oxidized 
crack front. 

Such experiments were carried out at 400, 650, 900, and 1000~ Most oxidation treatments 
were carried out at 1000~ for various exposure times. These experiments [20] showed a large 
increase in FCGR in a region ahead of  the crack tip, which has been embrittled by the oxida- 
t ion treatment. 

The analysis of these experiments was made assuming that all the coefficients except ~c in 
Eq 1 were not altered after the oxidation treatment. This assumption was supported by crack 
growth measurements under monotonic loading, which showed a reduction of local fracture 
toughness. Therefore Aaeo, ~yy,  and ayy were computed from ~ K  and Kma~ and ac was deduced 
from the crack growth rate da/dN = 1/N(X) and these values using Eq 1. 

Figure 6 shows the critical stress ~c, at 650~ corresponding to the same experiment as in 
Fig. 5, as a function of  the distance from the crack tip x. This distance has been normalized 
using the ratio of  x over the interdendritic oxide depth lox. The critical stress to fracture ~ is 
very low at the crack tip up to about eight to ten times the interdendritic oxide depth. When 
the crack grows farther from the oxidized region, the critical stress ac increases more rapidly 
and approaches values typical of the virgin alloy. Thus the oxidation treatment embrittles a 
zone about ten times larger than the oxide depth. 

This exponential variation ofa~ with the distance ahead of  the crack tip is linked with oxygen 
diffusion along interdendritic areas. A few quantitative measurements of oxygen concentra- 
t ion were made using the electron microprobe and have shown an exponential decrease of 
oxygen concentration with the distance along interdendritic areas of  the oxidized precrack. 
This behavior can be described using Fisher's model for intergranular diffusion [21]. Thus the 
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RIf::MY ET AL. ON A NICKEL-BASE SUPERALLOY 11 

diffusion distance at a given concentration varies as t 1/4 which gives a physical basis to the t 1/4 
kinetics ofinterdendritic oxidation. 

The exponential variation of  the critical stress with the distance from the oxidized crack 
front reflects its variation with oxygen concentration ahead of  the crack tip. The variation of 
ac with the distance was described through an empirical equation 

ac = ~rco(T)f(x/lox) (6) 

where Oco is a constant at a given temperature. 
FCGR in a preoxidized cracked specimen can thus be described by Eqs 1 and 6 together. 

Damage Equations during Oxidation-Fatigue Interactions 

Let us consider a volume element of  size X ahead of  the crack tip. This volume element will 
endure an incremental damage dD during d N  cycles under oxidizing and cyclic loading con- 
ditions. This damage increment is given by 

d D  = {(AaJ2So)M/[(1 -- R)(ac - cr.) /Sol~ (7) 

with R = 1 -- Aayy/ary, when Afyy <-- ffyy 

R = 0 Aayy > ay r 

and 

at = min {aco; acox(t, T)} (8) 

where a~o is the critical fracture stress of  virgin alloy and a~ox that of the alloy embrittled by 
oxidation which is defined from Eq 5 as 

acox(t, T )  = a<o(T)f(X/lox) (9) 

where lox is given from Eq 4. 
Using Eqs 8 and 9 ac is computed at every cycle and the number of cycles to break the vol- 

ume element will be given by the condition 

f0 N(xJ D = dD = 1 (10) 

N(X) is thus computed through the set of Eqs 7 to 9 and 4 using an iterative procedure, cycle 
by cycle, until the condition of  Eq 10 is fulfilled. 

The application of  this procedure to isothermal LCF is straightforward. All the relevant coef- 
ficients at a given temperature are easily deduced by interpolation between identified values. 

The application to TMF loading is slightly more complex. As temperature varies, the right 
side of  Eq 3 has to be averaged over the cycle, and an average oxidation constant aox is com- 
puted as 

[fo ~ox = a4x[T(t)] d t / A t ]  ,/4 (1 l) 

where At is the cycle period. 
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FIG. 7--Comparison between calculated life to O. 1-mm-deep crack in thermal-mechanical fatigue of 

bare 1N- 100 specimens and experimental data. 

An equivalent temperature has to be defined in order to apply Eq 7 since its parameters are 
temperature-dependent. This temperature was taken as the temperature of the maximum 
stress in the TMF cycle or as the temperature of the minimum stress. N(X) was therefore 
defined as the geometric mean of the values that are computed in each hypothesis. The model 
does not give any difference between in-phase and out-of-phase cycles per se, but of course 
differences in stress levels induced by cycle shape changes will give rise to differences in life 
prediction (The model gives for instance good predictions of life for an in-phase cycle as for a 
diamond-shaped cycle, see Fig. 7). 

Identification of damage equations in virgin and oxidized CT specimens has been made 
accounting for the local stress redistributions due to the existence of a long crack. The appli- 
cation of these equations to a long crack in a real component would require use of local stresses 
ahead of the crack tip and thus a finite element computation of the cracked structure. How- 
ever, if the prediction is limited to short crack lengths (and thus to engineering crack initiation) 
the stresses computed for the uncracked structure could be used in a first approximation. 

Similarly, the stress applied to the bulk LCF or TMF specimens can be used for short crack 
length. This assumption is borne out by the fact that surface cracks in smooth specimens of 
various cast superalloys including IN-100 propagate at constant FCGR provided the crack 
depth is small enough (less than about 0.5 mm in solid specimens and 0,3 mm in hollow spec- 
imens) as recalled in the introduction [4,5,8,9]. FCGR is crack length dependent only for 
deeper cracks. 
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REMY ET AL. ON A NICKEL-BASE SUPERALLOY 13 

Comparison with Experimental Data 

Equations 7 to 10 were used to compute the number of cycles to 0.1-mm crack depth in 
isothermal LCF. A large set of  data under push-pull loading using axial strain control was 
available for IN-100 at 1000~ Continuous strain cycling tests at high frequency (1 to 2 Hz), 
5 • 10 _2 Hz and 5 • 10 -3 Hz as well as strain hold tests in tension were carried out [4]. 
Experimental data to 0.3-mm crack depth were available from potential drop measurements 
and N(0.1 mm) was taken as N(0.3 mm)/3 since surface cracks are known to propagate at a 
constant rate up to this depth in IN-100. Most calculated values are within a factor of three of 
experimental data (Fig. 8). (Note that Eq 1 was fitted to data from CT at 1000~ Thus LCF 
life at high frequency is underestimated as evidenced by Fig. 8 and shown by the discrepancy 
with the best fit line of  Fig. 3b.) 

Equations 7 to 11 were used to compute the life under thermal-mechanical loading of bare 
IN-100 hollow specimens using the various T M F  cycles described in the introduction. Here 
the number  of  cycles to 0.1-mm crack depth was available from plastic replicas on interrupted 
tests. Predictions are very good since most computed values are within a factor of three of  
experimental data (Fig. 8). 

The same set of equations was applied to the T M F  life of aluminized IN- 100 [6, 7]. Standard 
cycle II was used with a period of 3 min and in one case with a period of 1 h. Other cycles were 
also used as described in [7]. Equations for the bare alloy were used and the substrate was 
simply assumed to carry the whole load applied to the specimen. Predictions of  the model to 

CALCULATED LIFETIME,cycles 

1000 

100 

10 

10 100 1 0 0 0  

EXPERIMENTAL LIFETIME, cycles 
FIG. 8--Comparison between calculated life to O. 1-mm-deep crack in low cycle fatigue at IO00~ and 

experimental data. 
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FIG. 9.--Comparison between calculated life to O. 1-mm-deep crack in thermal-mechanical fatigue of 

aluminized IN-I O0 specimens and experimental data. 

0.1-mm crack depth are still good (within a factor two or four of  experiment) but tend to be 
slightly conservative (Fig. 9) since the benefits of  the coating were not accounted for. 

The model  was also applied to compute the life of  wedge specimens submitted to thermal 
shock. IN-100 wedge specimens with an edge radius of  1-mm in a bare or aluminized condi- 
t ion were tested on the burner  rig of  Soci&6 Nationale d'Etude et de Construction de Moteurs 
d 'Aviat ion (SNECMA) between 200"C and maximum temperature (allowing cooling for 20 s 
and heating for 60 s). The variation of stress, strain, and temperature as a function of  t ime was 
available for the elements of  the specimens in the vicinity of the thin edge [ 7]. The experi- 
mental procedure and the inelastic stress-strain computat ion based on the visco-plastic Cha- 
boche model  with internal variables have been described in a previous study on MAR-M509 
[22]. The number  of  cycles N(X) to break a volume element of length ~ was computed for each 
element of  the mesh. The crack front was assumed to be straight and perpendicular to the mid- 
plan of  the wedge specimens. The mean of  all values for a given abcissa was used to plot crack 
length as a function of  the number  of cycles (Fig. 10). 

For  a coated specimen [7] submitted to a thermal cycle between 200 and 1050~ the pre- 
dicted curve is in very good agreement with experiment up to 1.5-mm crack depth. A deeper 
crack can no longer be considered as a short crack and stress redistribution due to crack growth 
should be taken into account. The predicted curve is more conservative for a maximum tem- 
perature of  1000~ nevertheless life to 1-mm crack is within a factor of  two of experiment. 
Further crack growth rate is well accounted in both cases (below 1.5-mm crack depth where 
the short crack approximation holds). 
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FIG. lO--Variation of  crack length versus the number of cycles in thermal shock experiments on alu- 
m inizedIN-lO0. Comparison between experiment (solid line) and calculation (dashed line) - (a)for a max- 
imum temperature of l050*C and (b) for a maximum temperature of lO00~ 

Conclusions 

A model was proposed to compute the engineering life to crack initiation in IN-IO0 cast 
superalloy under thermal-mechanical fatigue loading. 

This model describes the microcrack growth phase and takes into account oxidation fatigue 
interactions. The parameters of damage equations were identified using fatigue crack growth 
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16 THERMOMECHANICAL FATIGUE BEHAVIOR OF MATERIALS 

data on CT specimens either in a virgin or preoxidized condition and interdendritic oxidation 
kinetic data deduced from metallography. 

The model was shown to give good predictions of low-frequency isothermal low cycle 
fatigue data at 1000~ and of thermal-mechanical fatigue data either for bare or aluminized 
alloy. The growth law of  short cracks in thermal shock experiments can be accounted for using 
stress analyses of  uncracked specimens. 
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Modeling of Thermomechanical Fatigue 
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age in Coated Alloys," Thermomechanical Fatigue Behavior of Materials, ASTM STP 1186, H. 
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ABSTRACT: A life prediction model that determines the contribution of fatigue, creep and envi- 
ronmental damage to failure was developed for an aluminide coated nickel-based superalloy, 
Mar-M247. In the first phase of the study, isothermal (IF) and thermomechanical fatigue (TMF) 
experiments were conducted to investigate the experimental damage mechanisms. In the second 
phase, an analytical technique was advanced to compute the stress fields due to a surface inclu- 
sion in a half-space where the inclusion simulates the oxide spike. The technique is based on 
Eshelby's equivalent inclusion method and elucidates the mismatch in elastic moduli and ther- 
mal expansion coefficients of the matrix and the oxide spike on local strain fields. The fatigue 
life results of several experiments, along with the local stress-strain field in the vicinity of an oxide 
spike, were employed to define the model constants. Life prediction bounds are established cor- 
responding to short-time coating protection, where the coating provides inconsiderable protec- 
tion to substrate, and long-time coating protection, where the coating provides appreciable pro- 
tection to the substrate. For in-phase loading, since the failure is governed by creep damage, the 
nature of coating protection did not influence the fatigue lives. The out-of-phase predictions cor- 
responding to short-time coating protection and the experimental data coincided as the maxi- 
mum temperature increased in the experiments, confirming that the coating provides unsub- 
stantial protection at higher temperatures. 

KEYWORDS: thermomechanical fatigue, high temperature, oxidation, nickel-based superal- 
loy, coating, life-prediction, surface inclusion 

Oxidation damage mechanism restricts the use of many advanced materials at elevated tem- 
peratures for exacting applications. Bare nickel based superalloys undergo copious oxidation 
at temperatures exceeding 700~ Diffusion or overlay coatings are the most common among 
those developed [1-2] to circumvent the deleterious oxidation effects. These coatings fulfill 
their protective role against oxidation under stress-free conditions. However, if the material 
experiences combined thermal and mechanical loading, the integrity of the oxide and the sur- 
rounding material could be severely hindered. The oxide properties could differ substantially 
from the substrate and the coating, resulting in complex local strain fields. The evaluation of 
these strain fields is imperative in advancing models of fatigue failure at high temperatures. 

Considerable research has focussed on monotonic tension [3-5], high cycle fatigue [6- 
15], creep [ 16-19], and low cycle isothermal fatigue [20-25] behavior of coated alloys. Few 
studies have considered the thermomechanical fatigue (TMF) behavior of coated superalloys 
[26-28]. In this material system, damage in out-of-phase loading, in which the material expe- 
riences tensile mechanical strain at the min imum temperature, has been found to exceed that 
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18 THERMOMECHANICAL FATIGUE BEHAVIOR OF MATERIALS 

in the in-phase loading condition [26-27]. Consequently, the fatigue life of the coated alloy 
may be lower by 7.5 times of the uncoated alloy [27]. 

Although numerous life prediction methods have been forwarded for uncoated superalloys, 
few studies were directly concerned with the fatigue life prediction of coated superalloys. For 
example, coating cracking lives have been linked to total strain, expressed as the summation 
of the thermal expansion mismatch strain and the mechanical strain [29-30], although this 
approach is considered rudimentary. A fatigue crack-growth model has also been proposed 
[31] in which the penetration of a coating crack into the base metal has been analyzed using 
fracture mechanics concepts. In recent work [27], the mechanical damages for the coating and 
the substrate have been calculated separately and then combined to produce an optimum pre- 
diction damage parameter. Hysteresis energy has been propounded for estimating coating 
cracking lives in Ref 27. The shortcomings of hysteresis energy approach are well-recognized. 
None of these studies explicitly considered the stresses and strains associated with mismatches 
arising from oxidation. Since oxidation damage plays a discernible role in the damage evolu- 
tion in coated and uncoated alloys, the need for physically based models is crucial. 

Under thermomechanical loading conditions, additional strains on the base metal, the 
oxide, and the coating may arise primarily due to thermal expansion mismatch, elastic moduli 
mismatch, and with diffusion between coating and substrate, phase transformation, and 
chemical reaction with the environment also playing a role. These additional strains and 
stresses may promote the early formation of the cracks, which forms an easy path for the oxi- 
dation environment to reach the substrate. The local oxidation at the coating metal interface 
is modeled as a semispherical inhomogeneity on the surface of half space. A substrate oxida- 
tion model based on the premature cracking of the coating is proposed. Then, a life prediction 
methodology which accommodates the thermal expansion and elastic modulus mismatches 
between the oxide and the matrix is employed to estimate the thermomechanical fatigue lives 
of the superalloy investigated in this study. 

In summary, the objectives of this paper are (1) to present new results on stress distribution 
in the surface oxide and the matrix under thermal and mechanical loads and (2) to forward a 
life prediction model to handle the coated alloys based on the reported rigorous results of mis- 
match strains on oxide spikes. 

Experimental Procedure 

Material 

The material studied is a Ni-based superalloy, Mar-M247 which was coated with Alpak-S 1 
aluminide coating. The coating consists of a manganese and aluminum powder slurry that is 
applied by painting, or dipping, or spraying with an air brush. The parts are heated in a pro- 
tective atmosphere at 1093~ for two hours to form a nickel-aluminum coating containing 
manganese. This coating resulted in higher ductility compared to simple aluminide coatings. 2 
The test bars were initially sectioned from cast turbine rotors and then coated by using the 
technique explained above. The microstructure of the substrate consists ofa "y matrix strength- 
ened by cubic 3,' nominally 0.75 um in size. Also present were intermittent grain boundary 
carbides and script-type MC carbides. The typical microstructure of the substrate is shown in 
Fig. 1, and the nominal chemical composition of Mar-M247 is listed in Table 1. 

2 Michael Barber, General Motors Corp., P. O. Box 420, Indianapolis, IN 46206-0420., private com- 
munication, 1990. 
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FIG. 1--Microstructure of Mar-M247. 

Test Equipment 

Tests were performed on a computer  controlled 100-kN closed loop servohydraulic test sys- 
tem under strain control utilizing a SOMAT 1002 automation system. RF  induction heating 
(Lepel 2.5 kW capacity) allowed rapid heating of  the specimen. Thermocouples were attached 
to the specimen's gage section to measure the instantaneous temperature. In some of the low 
strain range tests thermocouples were attached to the shoulder of the specimen to prevent pre- 
mature crack initiation. 

The cooling port ion of  temperature cycling occurred naturally (that is, no forced cooling 
was used). Total strain was measured over the gage length with a 12.7-mm axial extensometer 
utilizing either quartz or ceramics rods. Strain, temperature, and load data were recorded by 
the computer. The thermal strain profile for the specific alloy was first recorded under zero 
load. Then, thetota l  strain, which is controlled, was obtained by adding the thermal strain and 
the desired mechanical strain using the following equation 

gnet = gmech -~- gth (2.1) 

where enet is net strain, emech and e,h are mechanical strain and thermal strain, respectively. 

Test Conditions 

The isothermal fatigue (IF) and thermomechanical fatigue (TMF) experiments were per- 
formed under total strain control with Rc = - 1 (that is, R~ = min imum mechanical strain/ 
maximum mechanical strain). Strain ranges of  0.01,0.0045, and 0.003 35 were considered. In 
the experiments, the temperature was cycled between Train = 500~ and Tm~x -- 871 ~ The 
tests were initiated at the mean temperature of To = 685"C. Additionally, thermomechanical 

TABLE l--Nominal chemical composition of Mar-M247 by weight %. 

C Ni Cr Co W A1 Ta Ti Mo Hf B Zr Fe 

0.13 bal 8.4 10.0 10.0 5.5 3.05 1.05 0.65 1.4 0.015 0.055 0.25 
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fatigue experiments were also conducted with Tmin = 500~ and Tmx = 1038~ In these 
experiments the mean temperature was To = 769"C. The strain rate was maintained at ~ = 
5.0 • 10 5 1/s. All tests were concluded at a 15% load drop, although several specimens frac- 
tured completely before 15% load drop was attained. Upon conclusion of  the experiments, the 
specimens were cut longitudinally and prepared for examination under scanning electron 
microscopy (SEM). Details of these experiments along with microstructural observations can 
be found in Ref 32. 

Stress State in the Vicinity of Oxide Spikes 

Under elevated temperature conditions, a protective oxide scale forms on the surface of  the 
specimen, which separates the substrate from the environment. However, spalling and crack- 
ing of  the protective oxide scale occurs due to stresses developed in the scale [33,34]. The prin- 
cipal sources of  stress in the oxide scale are the thermal stresses [35] due to the difference 
between the thermal expansion coefficients of  the oxide and the matrix. Although there is zero 
thermal stress at the oxide formation temperature, upon cooling by AT, a stress is generated 
in the oxide layer and is given by [36] 

cr ~ = EoxA T(oe ~ - o/") 

( ox,ox I 
1 + 2 i ~ t ~ j  

(3.1) 

where E and a are the elastic modulus and the thermal expansion coefficient, respectively, and 
t is the thickness. The subscripts ox and m denote oxide and metal, respectively. It should be 
noted that this equation is applicable only to a uniform surface scale. The stress fields due to 
thermal expansion differential between oxide spikes and the metal is complex, exhibiting spa- 
tial variation, and cannot be predicted by this equation. Oxide spikes penetrate from the sur- 
face towards the inside of the substrate. The oxide spike morphology could form at the surface 
or at the coating/substrate interface upon failure of  the coating. 

In this study, we model the oxide spike as a surface inhomogeneity subjected to thermal and 
mechanical loading as shown in Fig. 2. Although the technique can handle different aspect 
ratios (a,b,c) of  the oxide spike [32] and different remote stress states, we will consider the case 
of  a spherical spike (a = b = c) under uniaxial remote loading. In the literature, the solutions 
have been reported for the loading types which result in axi-symmetric eigenstrains [37] or 
certain types ofeigenstrains in the surface inclusions [38]. However, the problem of a surface 
inhomogeneity sustaining nonsymmetric eigenstrains has not been addressed in the literature 
and will be studied here. 

Stress Field Due  to a Semi-Ellipsoidal Surface Inhomogeneity 

The stress field due to an inhomogeneity in an infinite medium can be evaluated following 
Eshelby's solutions [39,49]. The transformation problem solved by Eshelby considers an inho- 
mogeneity embedded in an infinite medium. Upon loading, the inhomogeneity is assumed to 
undergo a stress-free transformation under a fictitious equivalent eigenstrain e*t. However, 
since its deformation is constrained by the surrounding matrix, a perturbed strain field results. 
The problem, then, is to find how a remotely applied loading, e~ is disturbed by the existence 
of  the inhomogeneity. Eshelby proved that the stress field in a single ellipsoidal inhomogeneity 
sustaining an eigenstrain, c~t (that is, e~l = (a ~ - -  od m )  A T r u  in this work) is constant and given 
by 
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FIG. 2 - - A n  oxide, spike in a semi-infinite plane subjected to thermal and mechanical loads. 

I ~ OX [ ~ 0  Cn m 0 cn 
f f ~ x  = f rO  _~_ f f i j  ~ -  "~,jkt~'m + ekZ --  e~t) = C o~(eu + ekt -- e*t -- e~t) (3.2) 

where c~ ~ represents the undisturbed remote strain (stress) field. C~t and C~'u denote the 
inhomogeneity (that is, oxide) and the matrix elastic moduli, respectively. Constrained strain 
is e~7 given by 

e~ = Sokt(e~t + e*~) (3.3) 

where Sokt is the Eshelby's tensor. 
Equation 3.2 is solved along with Eq 3.3 for e*:. Then, the uniform stress field inside the 

inhomogeneity can be found from Eq 3.2. The stress field outside the inhomogeneity is not 
uniform and is given by 

~ ' ( x ) =  m o c .  m o Ci:~(Ckl + ekl) = + e't)) C,jkt(Ckt D0u(x)(e~a + (3.4) 

Analytical determination of  D,ju(x) for ellipsoids is given in Ref 41.  Note that at the interior 
points of  the ellipsoids D0k~(X ) is equal to S,ju. 

The coordinate system and a schematic of  oxide spike and the surrounding material is 
shown in Fig. 2. The dimensions of the ellipsoid are indicated by a, b, and c. The remote stress 
is denoted as P ,  and the component of  remote strain e~ 11 direction is marked as c1~. The 
semi-infinite plane could also undergo a temperature change of  AT. In this study, we take the 
elastic and thermal properties to be isotropic and Vox = ore. In the first step, we compute the 
stress field associated with an inhomogeneity in an infinite medium using Eqs 3.2 through 3.4. 
We then introduce the free surface by applying a surface t ract ion, f (xm,x2) ,  to negate the stresses 
calculated in the first step on the X~-X2 plane. Due to the nature of  the loading considered in 
this study, shear stresses on X~-X2 plane vanish, and the only non-zero stresses are the normal 
stresses. Finally, the stresses calculated in the first step and the stresses due to application o f f  

C o p y r i g h t  b y  A S T M  I n t ' l  ( a l l  r i g h t s  r e s e r v e d ) ;  W e d  D e c  2 3  1 9 : 1 1 : 4 6  E S T  2 0 1 5
D o w n l o a d e d / p r i n t e d  b y
U n i v e r s i t y  o f  W a s h i n g t o n  ( U n i v e r s i t y  o f  W a s h i n g t o n )  p u r s u a n t  t o  L i c e n s e  A g r e e m e n t .  N o  f u r t h e r  r e p r o d u c t i o n s  a u t h o r i z e d .
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FIG. 3--Stress distribution in the vicinity of an oxide spike under a thermal loading of AT. 

are superimposed to determine the resultant stress value at the point of  interest. A similar 
approach has been applied by Cox [38], but he did not consider the tfiermomechanical mis- 
match problem. Details of  the approach can be found in Ref 32. 

In Fig. 3, the stress field in the vicinity of  a semispherical oxide spike is presented under a 
thermal loading of AT for several elastic modulus ratios. The normalized stress components 
are ao/Em eth which is the stress tensor normalized by the product of matrix modulus and ther- 
mal mismatch strain. Thermal mismatch strain, assuming isotropic properties, is defined as 
AT(aox -- am). We denote F as the ratio of  oxide elastic modulus to matrix elastic modulus. 
The region 0 < X J c  < 1 represents the oxide spike, X3/c > 1 represents the matrix region. 
The stresses at the oxide metal interface are three-dimensional and increase with increasing F. 
In Fig. 4, the stress field under mechanical loading is presented for the elastic modulus ratio of  
2 which is approximately the ratio for the oxide/substrate system considered in our study. We 
note the nearly one-dimensional local stress fields due to mechanical loading. This is in con- 
strast to the previous figure where the stress fields were highly multiaxial. 

The effects of  elastic modulus ratio, Eox/Em, on the strain field at the tip of  the oxide spike 
are shown in Fig. 5 for mechanical loading and in Fig. 6 for thermal loading. In Fig. 5, vertical 
axis represents the ratio of  the mechanical strains at the oxide tip to the remotely applied strain. 

3 

2 

1 

0 

-1 

F = 2 . 0  

. . . . .  (3~11 
-2 - -  G~  

-3 

. . . .  I . . . .  
M e c h a n i c a l  L o a d i n ~  

c / a = l . 0  
F =  E ~ / E ~  

0.0 0.5 1.0 1.5 2.0 
Xs t c  

FIG. 4--Stress distribution in the vicinity of an oxide spike under uniaxial loading. Copyright by ASTM Int'l (all rights reserved); Wed Dec 23 19:11:46 EST 2015
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F I G .  5--Strain distribution at the tip of the oxide due to mechanical loading. 

The horizontal axis is Eox/Em and denotes the oxide modulus to matrix modulus ratio. The 
superscript on the strains, ore, designates oxide strains due to mechanical loading. The vertical 
axis in Fig. 6 is the ratio of  mechanical strain at the oxide tip to the thermal mismatch strain. 
The superscript on the strains, or, designates oxide strains due to thermal loading. The results 
illustrate that the magnitude of  local strains in the oxide increases as its modulus falls below 
that of  matrix. For the case Eox/Em < 3, the combined thermal and mechanical strains (=  
eT? + e~) could readily exceed the remote strain. To characterize the advance of oxide tip, we 
will later use (=  e~" + ~ )  at X3/c = 1- where the minus sign corresponds to the location 
infinitesimally less than 1 (that is, oxide tip). 

Life Prediction Methodology for Coated Mar-M247 

In this study, the life prediction methodology proposed by Neu and Sehitoglu [42,43] is 
revised to estimate the fatigue lives of coated superalloys. Mechanical strain range, strain rate, 
temperature and phasing of  temperature, and the mechanical strain-range effects reside in this 
model. The model has been successfully employed in the life prediction of 1070 Steel [43], a 

Thermal Loadin~ 

e/a=l.0 
eth~(~ox-~m) AT "~ e~ ~ 

-g 

,~ / / / / " ~ g l l ~  and , 2  ot 

I I I I 
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Eo~ / Era, (elastic modulus of oxide / elastic modulus of matrix) 

F I G .  6--Strain distribution at the tip of  the oxide due to thermal loading AT. 
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24 THERMOMECHANICAL FATIGUE BEHAVIOR OF MATERIALS 

TABLE 2--Material constants used in fatigue life prediction model. 

MATERIAL CONSTANTS USED IN FATIGUE STRAIN LIFE TERM 
C = 0.014 
d = 0.186 

MATERIAL CONSTANTS USED IN OXIDATION DAMAGE TERM 
a' = 0.75 
/3= 1.5 
B = 6.93 • 10 -3s -~ 
60 = 2.16 • 10-1~ 0.75 
D ~ 1.54 >( 104t~m2/s 
QOX = 175.9 kJ/mol 
D'r' = 8.57 • 103 #m2/s 
Q3/= 163.3 kJ/mol 
her = 461.4 um 
~e~ = .462 

A = 5.88 • 10 25 S -1 
m =  11.6 
AH = 536.4 kJ/mol 
~r~p = 0.34 

MATERIAL CONSTANTS USED IN CREEP DAMAGE TERM 

nickel-based superalloy, Mar-M247 [32,44] and a metal matrix composite, particulate silicon 
carbide reinforced a luminum [45]. 

In the proposed model, total damage per cycle is considered as the summation of fatigue, 
creep and oxidation damage terms 

D t~ --- D fatigue -[- D ~176 -+ D crop (4.1) 

This equation can also be written in terms of the life, Nz, and when linear damage is equal to 
unity failure occurs 

1 1 1 1 
N f  - N~ atigu''''''~ + N~ xidati~ + m~ ~--'-~ (4.2) 

We note that although the damage terms are expressed separately in Eq 4.2 they are coupled 
through strain, temperature, and mismatch strains. 

Fatigue Damage 

Fatigue damage is represented by the fatigue mechanisms that occur at low temperatures. 
The strain-life relationship given below is utilized to estimate the pure fatigue damage 
component 

Aemech -- C(2Nfatigue)a (4.3) 
2 

where C and d are material constants. These constants were determined from low temperature 
isothermal tests conducted at T = 500"C and k = 5.0 • 10 -5 sec-' on coated superalloys and 
are given in Table 2. 

Oxidation Damage 

Since the coatings protect the substrate alloy against environmental attack by forming a pro- 
tective oxide scale, the oxidation damage in the substrate is activated only after complete coat- 
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FIG. 7--Micrographs showing a coating crack penetrating to the substrate on TMF OP tested Mar- 
M247/Alpak-S1. Aem = 1%, Ymax = 871"C, Tmm = 500~ 

ing cracking (that is, neglecting internal oxidation). The formation of the protective oxide scale 
on the coating surface is followed by spalling and microfracture of this scale. This exposes fresh 
material surfaces to the oxidizing environment, resulting in the formation of a new oxide scale, 
which again ruptures when the oxide reaches a critical thickness. The repeated oxide fracture 
provides the conduit for crack growth into the substrate. If the coating cracks, this provides an 
easy path for the oxidizing environment to reach the substrate alloy and result in local oxi- 
dation in the substrate at the tip of coating crack. In Fig. 7, a complete coating crack followed 
by oxidation and cracking of substrate is shown. The proposed model for the formation of an 
oxide spike on the substrate is shown schematically in Fig. 8. In the model it is proposed that 
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coating I substrate 

(a) (b) 

" substrate 

oxidize pit in the 
substrate 

(c) 

FIG. 8--Schematic of oxide formation on the substrate: (a) Oxidation of the coating surface, (b) initi- 
ation of a coating crack, and (c) oxidation of the substrate. 

initially an oxide scale forms on the surface of  the coating (a). Under mechanical loads, the 
coating cracks and this crack propagates along a path perpendicular to the loading direction 
(b). Since there is an oxidized region ahead of  the crack, when the crack reaches the coating/ 
substrate interface the substrate is already oxidized in the form of an oxide spike (c). At this 
time, the coating in considered to be fully damaged, and supports no load. 

To estimate the oxidation damage in the substrate, we advance a modified version of  the 
Neu-Sehitoglu [42,43] model. We investigate the oxide spike shown in Fig. 8c as a hemispher- 
ical inhomogeneity located near the stress-free surface. We proceed by resolving the effects of 
elastic modulus and thermal expansion coefficient mismatch between the oxide and substrate 
alloy on the local mechanical behavior. A schematic of the local strain state is given in Fig. 9 
for thermal and mechanical loadings. On the left hand side of  Fig. 9, we illustrate the position 
ofe~]" at the tip of  oxide with a period �9 that corresponds to X3/c = 1 -. The body is subjected 
to a remote strain of  e 0 under isothermal conditions. On the right hand side of the figure, we 
illustrate the e~] component at the oxide tip (denoted as �9 ) upon subjecting the body to a tem- 
perature change of  AT. The stress field is calculated by using the method described before. 
Throughout the analysis, an average value was employed for the elastic modulus and the ther- 
mal expansion coefficient of  the superalloy Mar-M247 over the temperature range of  interest. 

FIG. 9--Strain state at the tip of the oxide spike under mechanical and thermal loading. 
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TABLE 3--A verage mechanical and thermal properties. 

27 

Material CTE, a (mm/mm/~ Elastic Modulus, E (MPa) Reference 

Mar-M247 16.0 X 10 -6 180 000 44 
A1203 8.0 X 10 -6 340 000 47 

In the analysis of  stresses and strains the temperature change A T is imposed with initial tem- 
perature as equal to Tma~. Furthermore, the physical and mechanical properties of the oxide 
spike were taken as that of  aluminum oxide (A1203). The average values used in the analysis 
are listed in Table 3. 

The oxidation damage in the substrate alloy after the complete coating failure is given as 

l -  118 
1 I h~, ~o 2(AeO~h)2/~+ l 

N~ x - Bd~~ + K~e~) ~(, a'/#) (4.4) 

where her is a critical oxide length where environmental attack trails behind the crack tip 
advance, bo is the ductility of  the environmentally effected material, ffox is the phasing factor 
for environmental damage, K~ the effective parabolic oxidation constant and ~' " K~ee is the 
effective parabolic 3/depletion constant, B, a ' ,  and/3 are constants, and the values suggested 
in Refs 42 and 43 were applied in this analysis. The mechanical strain range Ae~ is obtained 
from results shown in Figs. 3 and 4. It represents the total strain component ( = c~  -t- e~) at 
X3/c = 1 - where the minus sign corresponds to the location infinitesimally less than 1 (oxide 
tip). The effective parabolic constants, 0 ~, Kpelr and K~g, are defined as 

FQ] R 7  = ~ Jo Do exp RT((t) dt (cm4/s) (4.5) 

where t,. is the period of  the cycle, Do is the diffusion coefficient, Q is the activation energy for 
oxidation, R is the universal gas constant, and T(t) is temperature as a function of  time. The 
phasing factor, (1,% was introduced to quantify relative oxidation damage between phasings. 
The phasing factor is defined as follows 

lf0'c ,box = _ ~ox dt (4.6) 
tc 

4) ~  = e x p  - 2 / ~'o~ 

The form of~ ~ was chosen to represent the observed severity of  oxide cracking for different 
phasing conditions. The parameter ~'ox is a measure of the relative amount of oxidation damage 
for different thermal strain to mechanical strain ratios and is extracted from the experiments 
[42,43]. Since the substrate damage is considered here, all of  the constants were taken as that 
of  uncoated Mar-M247 [32,44] and are given in Table 2. 

Employing Eq 4.4 implies that there is only short-term coating protection (that is, coating 
fractures prematurely early in life). On the other hand, ifDox is taken as zero, this signifies that 
the coating provides long-term protection, hence the failure of  the coated component would 
be governed by the creep and fatigue damage mechanisms only. The actual number of  cycles 
for a coating crack to initiate, advance within the coating, and reach the substrate is not explic- 
itly evaluated. In the current work, the oxidation damage equation is revised by incorporating 
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the function (1/~) to reflect the protective role of  coating against pure environmental attack. 
The oxidation damage equation for the coating/substrate system reads 

1 -  [ h=6o ]-V~2(AC~=h)Z/e+' 

Bq~ (Km~ + N ~  ox o K ~ )  ~ (l-a']O)l]e/ (4.8) 

where 9 -~ 1 for short-term coating protection and xI, - -  ~ for long-term coating protection. 
Although xI, is expected to be a function of  experimental variables such as strain range, strain 
rate, temperature and coating character, metallurgical variables, for simplicity, in this work, 
it is taken as 

(4.9) 

where r0 is a constant. Then using one TMF out-of-phase experiment ro was found to be 0.012 
for the experiments corresponding to Tm~ = 871~ and 0.010 for the Tm~ = 1038"C TMF 
OP experiments. 

Creep Damage 

The proposed creep damage term is a function of temperature, effective stress, and hydro- 
static stress components and takes into account the creep damage mechanisms which may 
operate under compression [42,43]. The total creep damage is obtained by integrating the 
creep damage in each cycle throughout the fatigue life of  the material 

~0 tc D ==p = A~  c~p exp(-AH/RT(t) ) (a ,~  + a2crn)/K)"* dt (4.10) 

where Oc~p is the phasing factor for creep, AH is the activation energy for the rate-controlled 
creep mechanism, R is the gas constant, T(t) is temperature as a function of  time, ~ is the 
effective stress, an is the hydrostatic stress, and K is the drag stress. The constants al and a2 
account for the degree of damage occurring under tension and compression. A and m are 
material constants. The constant m and activation energy AH are taken as those of  the 
uncoated alloy [44]. The constant A is calculated from a high strain range TMF IP test. As is 
evident from Fig. l0 creep damage is dominant under in phase TMF loading. Many cracks 
are started at the coating/substrate interface and therefore environment has a small effect on 

FIG. l O--Micrograph showing a crack initiated from coating/material interface running along the grain 
boundary along with other multiple cracks propagating through inside of TMF IP tested Mar-M247~ 
Alpak-S1. Aern = 1%, Tmax = 871~ Train = 500~ 
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TABLE 4--Simple constitutive law to predict stresses. ~ 

+i, = A< exp [- -AHdR(T + 273)]]'(~]K) 

e x p  [ ( ~ / K )  17"5 - -  1] ~/K >-- 1 

f(~/K) = 

( T / K )  1]'6 -6]K < 1 

29 

"Ac = 1.33 X 10 z3 s -l,  
AHc = 536.4 kJ/mol, 
E = 253 900 - 107.8 T (MPa), 
K = gsat (in this study), and 
K~,t = 886.1 - 0.376 T (MPa). 

the operating damage mechanisms under T M F  in phase condition. The phasting factor, q,c~p, 
was introduced to account for the effect of  mechanical strain-temperature phasing. The form 
of the creep phasing factor is the same as the oxidation phasing factor 

l for< C~Pdt (4.11) ~ P  = t~ 
* . - 1  2 

l 
q~r - - ~ \  ~-c~ ) j (4.12) 

Stress-strain response during fatigue loading is required to calculate the creep damage expe- 
rienced by the material. A unified constitutive equation proposed by Sehitoglu-Slavik [45] was 
used to calculate the hysteresis loops. The form of  the constitutive equation and the material 
constants for the Mar-M247 are given in Table 4. The model predicts the isothermal, ther- 
momechanical,  and strain rate sensitivity effects successfully. 

Life Prediction Results  

Life prediction results for 871 oC IF, 500 to 87 Ioc T M F  OP and 500 to 871 ~ TMF IP pre- 
diction are given in Figs. 11 through 13. The 500 to 1038"C T M F  OP experimental results and 

' ' ' ' ' ' " 1  . . . . . . . .  I . . . . . . . . . . . . . . . .  I ' ' 

IF ~ 
o.ol ~ . o ~  T=871 ~ 

Alpak-S1 Coated Mar-M247 

m Pred ic t ion  ~u __, ~ 
�9 E x p e r i m e n t  

. . . . . . . .  I . . . . . . . .  I . . . .  i . . . I  , , . i l l N I  i i 

101 10 ~ 10 3 10 4 10 5 

Np cycles to failure 

FIG. 11--Lifeprediction results on Alpak-S1 coated Mar-M247, IF loading. 

Copyright by ASTM Int'l (all rights reserved); Wed Dec 23 19:11:46 EST 2015
Downloaded/printed by
University of Washington (University of Washington) pursuant to License Agreement. No further reproductions authorized.



30 THERMOMECHANICAL FATIGUE BEHAVIOR OF MATERIALS 

e 

0.01 

. . . .  ' . . . . . . .  I . . . .  ' . . . . . . .  I . . . .  ' . . . . . . .  I . . . .  ' . . . . . . .  I . . . .  ' , 
T M F  I P  

~ ~  T r a i n = 5 0 0  ~  T m a x = 8 7 1  ~  
, A l . p a k - S 1  C o a t e d  M a r - M 2 4 7  

Prediction 
�9 Experiment 

. . . . . . . . . . . .  I . . . . . . . . . . . .  I . . . . . . . . . . . .  I . . . . . . . . . . . .  1 . . . .  i i 
lO t 102 10 z 104 105 

Nf, cyc l e s  to fa i lure  

FIG. 12--Life prediction results on Alpak-S1 coated Mar-M247; TMF in-phase loading. 

predictions are shown in Fig. 14. In Figs. 11 through 14, the lower bound (that is, ~ ---- 1) 
represents the predicted life based on the proposed oxidation mechanism, assuming that the 
coating fails prematurely, and results in exposure of the substrate to the environment. The 
upper bound (~o ~ ~ )  represents the predicted life, if the coating provided full protection 
against environmental attack. This means that Dog = 0, and only fatigue and creep damage 
mechanisms are the dominant damage mechanisms and will cause the failure of the material. 
In the TMF IP case creep damage is dominant as is evident from Fig. 10. Therefore, the pro- 
tection provided by the coating against oxidation does not have a significant effect on the 
fatigue lives of  the coated alloy. 

Discussion of the Model and the Results 

In this work an oxide spike was modeled as a semisphefical surface inhomogeneity. The 
stress field in the vicinity of  the oxide spike was calculated employing a technique based on 
Eshelby's method. Then the calculated strain at the tip of oxide spike permitted estimation of 

T m i n = 5 0 0  ~  T m a x = 8 7 1  ~  
0.01 ~ ~  A l p a k - S 1  C o a t e d  M a r - M 2 4 7  

i 
N ̂ 

~ Prediction 
�9 Experiment 

. . . . . . . . . . .  I . . . . . . . . . . . .  I . . . . . . . .  , , , , I  . . . .  , , , , , , , , I  . . . . .  i 

101 102 103 104 l 0  s 
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FIG. 13--Lifeprediction resuhs on Alpak-S1 coated Mar-M247; TMF out-of-phase loading. 
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FIG. 14--Life prediction results on A lpak-S1 coated Mar-M247; ITMF out-of-phase loading. 

the useful life of coated alloys under isothermal and thermomechanical loading conditions. 
The model proposed can be readily extended to other systems with different oxide and metal 
modulus and expansion coefficients. 

The model presented here is a significant improvement over previously proposed models 
since it considers the local stress-strain behavior near the oxide and surrounding matrix. It has 
been known that local mechanical behaviors are dependent on the differences in the mechan- 
ical and thermal properties of  the oxide spikes and the surrounding matrix, but the numerical 
values for the strains (stresses) have not been reported in the past, except for the uniform oxide 
scales. It should be noted that the model calculates elastic strain and stress concentrations. For 
systems where the matrix plasticity is notable, modifications in the model are necessary. 

The results, as noted in Figs. 5 and 6, confirm that strains at the oxide tips increase consid- 
erably as the oxide elastic modulus to metal elastic modulus ratio decreases. We note that the 
aspect ratio of  the oxide spike (that is, c/a in Fig. 2) did not have appreciable influence on the 
results provided that oxide elastic modulus to metal elastic modulus ratio remained above 1. 
For example, when oxide elastic modulus to metal elastic modulus ratio was equal to l, the 
increase of  c/a from 1 to 5 changed the stress component in X~-direction of  the oxide tip by 
only 15% under thermal loading. This led to the choice of the semispherical oxide shape in our 
model calculations. 

In the life prediction model, the performance of  the coating is reflected through the term ,I,. 
The performance of a coating is not only a function of  the coating properties but also related 
to the properties of  the substrate (matrix) alloy itself. Therefore, the term ,Is is specific to the 
coating/substrate system under investigation. 

In calculating the damage due to environmental attack, the strains in X~-direction were 
used. Due to the geometry and assumed isotropic thermal and mechanical properties for the 
oxide spike and the matrix, the resulting stresses and strains in X~ and X2-directions are same 
under thermal loading. Under mechanical loading considered in this study the generated 
strain field in X~-direction is significantly greater than those of  the other principle directions. 

Finally, for uncoated alloys the model is anticipated to hold, but the ~I, term in Eq 4.8 should 
not be used. Although oxide spikes could form on the surface of uncoated alloys, one should 
recognize the differences in the oxide spike formation sequence on the substrate in the coated 
and uncoated alloys; therefore, some of  the environmental damage constants should be re- 
evaluated accordingly. 
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Conclusions 

1. The stress field in the vicinity of  an oxide spike was calculated under thermal and 
mechanical loadings. The effects of elastic modulus and thermal expansion coefficient 
mismatches between the oxide spike and the matrix on the stress-strain field were 
demonstrated. 

2. A life prediction model  was developed that embodied the local mechanical behavior in 
the vicinity of an oxide spike. 

3. Isothermal and thermomechanical fatigue lives of  coated Mar-M247 were successfully 
predicted based on an oxidation model proposed in this study. The lives with short-term 
coating protection and long-term coating protection were identified, where the coating 
provides zero and full protection against the environmental attack respectively. 
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DISCUSSION 

R. J. DiMelfi j (written discussion)--The speaker has presented a very clever way of mod- 
eling the contribution to total damage from oxidation damage resulting from the penetration 
of  surface oxide "spikes". It occurred to me that one might extend such an analysis to the case 
where ongoing oxidation at a crack tip is associated with the crack propagation process itself. 
This perhaps could be accomplished via modification of  the free surface and oxide spike geom- 
etry. Such an approach might capture the synergism associated with oxidation damage and 
fatigue crack damage. 

Y. Kadioglu and H. Sehitoglu (authors' response)--We thank Dr. DiMelfi for raising an 
interesting point. In the present work, we modeled the oxide spike as a surface inclusion on a 
semi-infinite plane. It is possible to model a surface crack with the oxide emanating from the 
crack tip, and revise our oxide failure model, or develop new fracture mechanics parameters 
to represent the crack tip oxide stress interactions. Admittedly, this would be a substantial ana- 
lytical and computational  effort, and is set aside for future research. 

Argonne National Lab., RE-207, Argonne, IL 60439. 
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ABSTRACT: A thermomechanical fatigue (TMF) life prediction model is developed based on 
the concept of microcrack propagation. The model is used to correlate high temperature fatigue 
lives of two nickel-base superalloys. 

Due to its complexity, a well-accepted framework for correlation of TMF life has been elusive. 
Various approaches have been taken, ostensibly nonisothermal generalizations of isothermally 
derived models. The proposed model explicitly accounts for damage from all three high tem- 
perature fatigue (HTF) damage mechanisms prevalent in metals, i.e. fatigue, oxidation, and 
creep. The general form of the microcrack propagation equation is 

da da da da 

No crack growth is actually monitored in the present analysis; rather the equation is integrated 
between an appropriate initial and final crack size. The constants and exponents in this inte- 
grated form of the equation are then fit from test data. The fatigue and oxidation components 
are correlated using the AJ parameter with an additional time and temperature dependence 
included in the oxidation term. The AJ parameter has demonstrated excellent versatility in the 
correlation of fatigue macrocrack growth and also implicitly contains the elastic deformation 
information that is so important in the life of high-strength Ni-base superalloys. The creep com- 
ponent of microcrack propagation is correlated using C, which is similar to the creep crack 
growth parameter Ct. Isothermal as well as TMF test data for MAR-M247 are analyzed. The 
mechanical strain versus temperature relationships for the TMF tests include in-phase (IP), out- 
of-phase (OP), and counterclockwise diamond history (DH). Lives of the isothermal, IP, and OP 
tests are correlated within a factor of +_ 2 of the median life. Lives of the DH tests are predicted 
within a factor _+ 2 as well. Isothermal, hold time, and bithermal test data for as-cast MAR-M246 
are also correlated within _+ 2 of the median life using the approach. 

KEYWORDS: thermomechanical fatigue, microcrack propagation, A J-integral, oxidation, 
creep, creep-fatigue interaction 
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Introduction: Thermomechanical Fatigue Damage Mechanisms 

In metals subjected to cyclic thermal and mechanical loading, creep and oxidation can 
occur in addition to classical fatigue processes. These mechanisms compete and interact 
depending on the temperature and load ranges. The manner in which current life prediction 
models for TMF account for the different types of damage and interaction varies significantly. 
Some models explicitly include separate creep and oxidation terms, while others simply imply 
time dependence through a modification of strain rate or cycle time. 

In this paper, fatigue damage is the cyclic plasticity-driven, time and temperature indepen- 
dent damage that exists whenever cyclic loading occurs. Traditionally, creep refers to a mate- 
rial undergoing viscous deformation at a constant stress level. This type of deformation leads 
to intergranular creep cavity growth and rupture. Under TMF loading, however, creep defor- 
mation contributes to the formation and propagation of microcracks. In general, creep crack 
growth must be distinguished from bulk creep damage. Metals exposed to environment at high 
temperature are subject to corrosion by oxidation. This corrosion is accelerated by a tensile 
stress [1]. During TMF, brittle oxides can enhance the nucleation and propagation of fatigue 
microcracks and impede the rewelding of crack surfaces during unloading. 

Damage Interaction 

At elevated temperatures, under cyclic loading, the inelastic deformation of metals is com- 
prised of both plastic and viscous components. As stated above, plasticity is associated with 
fatigue damage and viscous deformation is associated with creep microcrack propagation. 
Since both plastic and viscous deformation mechanisms can serve as driving forces for micro- 
crack propagation, fatigue and creep damage mechanisms are intimately coupled under TMF 
loading. In other words, neither pure fatigue nor pure creep tests would exhibit this type of 
damage. For this reason, it is very important to experimentally approximate the type of creep- 
fatigue interaction that is expected in the application of interest. 

Oxidation damage, defined within the context of TMF loading, is implicitly coupled with 
fatigue damage. While corrosion cracking under a constant stress can be a very significant pro- 
cess, it is not relevant to the present topic. 

Life Prediction Models for Thermomechanical Fatigue 

Life prediction models for thermomechanical fatigue (TMF) generally take the form of: (1) 
frequency-modified strain-life or stress-life approaches [2-4]; (2) parametric damage 
approaches [5-9]; (3) continuum damage approaches [10-15]; or (4) damage rate approaches 
[16-17] including microcrack propagation models [18]. Of these, only the damage rate 
approaches use a physically measurable quantity such as crack length or creep cavity radius as 
specific definitions of damage. The others rely on cycle fraction, time fraction, stiffness deg- 
radation, or other related parameters as measure s of damage. While the use of such damage 
measures may facilitate life prediction for a particular dataset, they are not necessarily versatile 
enough for more complex applications. 

Microcrack propagation models monitor the evolution of microcrack length. The problems 
associated with using different approaches for macrocrack initiation (microcrack propagation) 
and macrocrack propagation are avoided using microcrack propagation equations if they are 
philosophically compatible with their macrocrack counterparts. 

The macrocrack correlation parameter, AJ (cyclic J-integral [19,20]), has been used to cor- 
relate fatigue microcrack growth in a number of creep- fatigue studies including TMF [21- 
24]. There are size scale limitations on the use of AJ as a macrocrack growth correlation 
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parameter, however. For cracks on the order of  a grain size, the J-integral should not be con- 
sidered as representative of  the strength of  the stress and strain fields. Instead, the J-integral 
should be regarded as a local parameter which reflects the crack tip opening behavior. Due to 
its local nature, the path independence of AJ is irrelevant, and micromechanical issues such 
as slip band configuration and dislocation and grain boundary interactions become pertinent. 

Proposed Model 

We propose a microcrack propagation model which explicitly accounts for damage due to 
fatigue, creep, and oxidation. The general form of each equation is presented along with the 
particular form used for life correlation of uniaxial smooth specimens. 

The general form of the equation is 

d-N ~ fatig . . . .  p ~ ox (1)  

with 

d •  r, tlg,e = CIAJmY (2) 

d ~  = C C  '"~ (3) 
creep 

d~ox  ~- Co AJ m~ At* (4) 

where a is the crack length, and N is the cycle number. 
The additive form of Eq 1 implies an explicit decoupling of the damage mechanisms. How- 

ever, the deformation mechanisms related to the individual microcrack propagation compo- 
nents may be coupled. As discussed earlier, this type of coupling between creep and fatigue 
damage may be the most physically relevant for propagation of  fatigue cracks. There is pre- 
cedence for the additive form in the literature associated with oxidation-assisted fatigue crack 
growth [25] and creep-fatigue crack growth [26]. It is probable that direct damage couplings 
do exist which render Eq 1 approximate, but such couplings are difficult to quantify. 

The fatigue component of microcrack propagation, Eq 2, is correlated using the AJ param- 
eter. As mentioned earlier, AJ has been used with success in the correlation of microcracks 
under TMF loading conditions. This parameter has also shown great versatility in isothermal 
macrocrack growth correlation of both long and short cracks under uniaxial [27-28], as well 
as biaxial fatigue [29]. 

As discussed previously, AJ has a different interpretation when used to correlate growth of  
a crack with length on the order of  a grain size. The derivation of  a local form for a microcrack 
will ultimately involve micromechanical analyses. Such analyses were not performed here; 
instead, forms of  the J-integral that were developed for macrocracks were used. 

It should also be noted that the influence of  a temperature gradient for nonisothermal prob- 
lems is not addressed in the present model since structural temperature gradients are typically 
small over a length scale on the order of  microcrack length. As pointed out earlier, the 
approach is local, rather than global, so the inclusion of  thermal gradients in the J-integral 
expressions to ensure path independence [30] are unnecessary. 

Dowling [27] extended a plane stress solution for J derived by Shih and Hutchinson [31] 
for a crack in an infinite plate to an expression for AJ for smooth specimens, i.e. 
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a j  = a j .  + a j .  

= 27ry2 ~ +  f (1/n')  &r A~p] 
2~r a 

(5) 

where Y is a geometric correction factor, n '  is the cyclic hardening exponent, Aa is the stress 
range, and A~ e and A~p are the elastic and plastic strain ranges, respectively. The function f (1 /  
n ')  is given by 

f (1/n')  = 3.85 (1 -- n') + ~rn' (6) 

We can combine Ciwith 2~rY 2 to produce the coefficient C}. Equation 2 can now be written 
a s  

da 
= C} (c~a) "i (7) 

with a defined as 

Ot ~ Ote ~- O/p 

__ Ao* A~ e -~- f (1/n ' )  Aa Aep 

2 27r 

(8) 

For pure fatigue, Eq 7 becomes the microcrack propagation equation and can be integrated 
from an initial to final crack size to obtain the life of  the specimen. Note that the two com- 
ponents in Eq 8 are analogous to cyclic elastic and plastic work terms, but not uniquely iden- 
tifiable with such terms, in general. Upon integrating Eq 7, we obtain 

Z i =  amiNi (9) 
c} 

Z f =  a}J-"9-a~ m9 
(1 -- my) ifmi4= 1 (10) 

Z s = In (ay) -- In (ao) if ms = 1 

where ao and alare the initial and final crack sizes, respectively, From Eq 10, it is obvious that 
the initial and final crack sizes chosen are irrelevant if the integration proceeds over the fatigue 
life of  the material, provided ao and a I are the same for all cases considered and the loading 
conditions are invariant from cycle to cycle for each test considered. Altering the values of  ao 
and a/would only serve to change the value of  Z? Values chosen for the analyses in this paper 
were ao = 5 x 10 -5 in. (1.27 #m) and as --- 5 x 10 3 in. (127 um). 

Examining Eq 9, it is apparent that the parameter a assumes the role of  the driving force for 
pure fatigue microcrack propagation. A plot of  a versus Nf for high temperature fatigue tests 
performed at different strain rates should then disclose any frequency dependence of damage, 
since enhanced oxidation will shorten the lives of tests at lower frequencies compared to those 
at higher frequencies. In many fatigue-life theories the plastic strain amplitude AEJ2 is the 
assumed driving force for fatigue damage. For  high-strength materials with limited ductility 
like nickel-base superalloys, the elastic strain amplitude becomes very significant, and cer- 
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FIG. 1--Plastic strain range/x~p versus number of cycles to failure Nrfor Renk 80; isothermal fatigue 

t e s t s .  

tainly contributes to microcrack propagation. The parameter  a contains the elastic strain 
ampli tude information explicitly, in contrast to A~J2. 

A striking example of  the advantages of  a over AEJ2 as a fatigue parameter  is found in the 
analysis of  isothermal fatigue tests of  the superalloy Ren6 80 [32]. Data from tests at two strain 
rates and two temperatures were analyzed, Figures 1 and 2 are plots of  A~p/2 versus Njand a 
versus NI, respectively, for tests conducted on Ren6 80 at 871 and 982"C. Comparing these two 
figures, it is obvious that a more successfully separates the frequency dependence of the lives 
at both temperatures, especially at the lower strain amplitudes. The expected strain rate depen- 
dence is observed using c~, and is very consistently separated. Use of  A~J2 produces an appar- 
ent inverse rate sensitivity. 

Consistent with the use of  AJ as the driving force for fatigue crack growth, a parameter 
resembling either C* [33-34] or Ct [35-36] would be a logical choice to correlate the creep 
component  of microcrack growth. Forms for C*(t) or C, for TMF loading do not presently 
exist so the stress power release rate parameter C is introduced, i.e. 
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FIG. 2--Fatigue microcrack propagation parameter a versus Nffor Ren~ 80; isothermal tests. 
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where ~c is the creep strain rate, 6 is the time Within a cycle during which tensile-going, tensile 
strain accumulates, and tc is the time within a cycle during which compressive-going, com- 
pressive strain accumulates. The Macaulay brackets, ( ) ,  are defined as 

Or) = f  f > O  (12) 
= 0 ,  f__<O 

This definition of  C implicitly assumes that compressive creep strain has the effect of negat- 
ing the damage induced by tensile creep strain during a fully reversed test, such that no net 
damage is produced. It can also be seen that a compressive hold or no-load hold time test 
would produce no creep damage, based on C. It is emphasized that the definition of  Cis mate- 
rial-dependent, since it is difficult, for example, to heal tensile creep damage during compres- 
sive creep if the cavity surfaces oxidize. 

In Eq 3, C~ and mc are the experimentally determined creep constant and exponent, respec- 
tively. Any test for which creep damage accumulates could conceivably be used to determine 
these constants although the type of creep damage, the creep deformation or damage experi- 
enced within the test is expected to conform to that which is expected in the application. No 
special form of Eq 3 must be assumed for uniaxial loading, although the determination of  the 
creep strain rate ~c for any loading configuration may require some effort. 

In the oxidation component of  microcrack propagation, Eq 4, mo and ~b are experimentally 
determined constants, At is the cycle time, and the coefficient Co is defined as 

f • • QOX B~k) ] 
Co = C'o exp / 

J L 
(13) 

where 

~ -  ( O" Tmin ) (14) 

Here, C$, B, and k are experimentally determined constants, Qox is the experimentally deter- 
mined activation energy of  the effective crack tip oxidation and growth process, and To~ is an 
effective temperature which is introduced due to the incremental form of the microcrack prop- 
agation equation and defined as 

I Qoxl ' I-Qo l , 
exp  L RTeffJ = ~-~ Jtmin exp LRT(1) j (15) 

Here train and t~x are the times at which the minimum and maximum temperature occur dur- 
ing a temperature cycle, respectively, and At = l m a x  - -  train- The stress term in Eq 14, trTmin , is 
the stress at the minimum temperature. The parameter k is taken as zero for isothermal cyclic 
loading. 

The Arrhenius temperature dependence of  Co is altered to reflect the fact that a material will 
oxidize more readily when it is subjected to tensile stress [1]. During an out-of-phase (OP) 
TMF loading cycle, the maximum tensile stress occurs at the minimum temperature. For the 
less ductile, oxygen-degraded material at the crack tip, this is a much more damaging scenario 
than in-phase (IP) loading. The oxide becomes more brittle as temperature decreases and is 
therefore more susceptible to microcrack extension, in effect lowering the activation energy of 
the microcrack extension process. 
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In general, the values of the exponents on AJ in Eqs 2 and 4, m s and mo, respectively, will 
be different. For  lack of  more detailed information, however, we will assume that m / =  mo for 
all analyses presented herein. 

Application of the Microcrack Propagation Model 

The microcrack propagation model was used to correlate uniaxial test lives of the nickel- 
base superalloys MAR-M246 and MAR-M247. In both analyses the microcrack propagation 
equation was employed in its integrated form since the loading cycles did not vary in each test. 
As stated previously, the initial and final crack sizes of  1.27 and 127 urn, respectively, were 
chosen for both studies. 

MAR-M246 

The MAR-M246 tests analyzed include: (1) isothermal fully reversed tests at 650, 800, and 
900"C at strain rates of  10 -z, 10 -3, and 10-4 s-l;  (2) isothermal tensile and compressive strain 
hold time and no-load hold tests at 900"C; and (3) in-phase (IP) and out-of-phase (OP) bither- 
real fatigue tests between temperatures of  650"C and 900"C at a mechanical strain rate of  10-4 
S - 1 .  

Bithermal tests are similar to T M F  tests except that the temperature excursions are discrete 
and occur under no-load between the mechanical strain excursions [37]. These tests were 
introduced into the present program as a possible step between isothermal and true TMF test- 
ing conditions which were unavailable. 

The near-net cast MAR-M246 was machined into button-end LCF specimens which were 
140 m m  long and had gage lengths and gage diameters of 19.1 and 6.4 ram, respectively. The 
material had a dendritic structure with large radially oblate grains with an average grain size 
of  2.5 m m  along the major axis of  the grain. Other details of  the material as well as the test 
data are found in Ref 38. 

The first step in the analysis was to assume that fatigue was the only active damage mech- 
anism. The microcrack propagation equation then reduces to Eq 7 and an a value was com- 
puted for each test. As noted, the frequency and temperature dependence can be qualitatively 
examined from a plot of a versus N~ Figure 3 is a plot of ~ versus Nsfor the isothermal tests 
performed on MAR-M246. Some observations from Fig. 3 are as follows: 

100 

E 
--~ 10 

MAR-M246 
ISOTHERMAL TESTS 

650"C 900"C 
~ o  " ~ = 1 0 E - 2 / s e c  o = / s e e  o 10E-2 

I~E~O * ~ = 1 0 E - 4 / e e c  rl~ = 1 0 E - 3 / s e c  
A~ ffi 1 0 E - 4 / s e c  

A ~  o 
�9 r~ ~4P 

a [] 8 0 0 ~  

�9 ~ = l O E - 2 / s e c  

�9 & = l O E - 3 / s e c  

�9 d = 1 0 E - 4 / s e c  

o 

. . . . . . . .  i . . . . . . . .  i . . . . . . . .  i . . . . . . . .  i . . . . . . . .  

10 100 1000 1 E4 1 E5 

Nf 
FIG. 3--Plot  o f  a versus Nf, MAR-M246; isothermal tests. 
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42 THERMOMECHANICAL FATIGUE BEHAVIOR OF MATERIALS 

1. The lives of  the 650~ tests show no appreciable strain rate dependence. 
2. The lives of  the 800 and 900~ tests exhibit strain rate dependence. 
3. The tests at 800"C are typically shorter lived than comparable tests at 650~ but a similar 

temperature dependence is not observed in the test results at 900~ These tests appear 
to overlay the entire 650~ 800~ test band. 

Due to the lack of a continuous temperature dependence at the upper temperature (obser- 
vations 2 and 3 above), a possible morphology change was investigated. To explore this pos- 
sibility, coarsening and/or dissolution of3/precipitates was investigated. At 900"C, the homol- 
ogous temperature of MAR-M246 is approximately 0.7. In tests conducted on the Ni-base 
superalloy Ren6 80, Antolovich [32] has reported that coarsening of  large ~,' precipitates takes 
place under fatigue conditions near this homologous temperature. He also found that the 
coarsening was accompanied by dissolution of the smaller 3,' precipitates. This coarsening and 
dissolution process resulted in a more ductile material. Antolovich showed that lives at ele- 
vated temperatures could be comparable to lives at lower temperatures, provided that the 
improved fatigue resistance that accompanies an increase in ductility is on the same order as 
the accelerated material degradation that accompanies the increased oxidation rate at the ele- 
vated temperature. 

The effect of  stress state on the morphology of  3,' precipitates has been investigated by a 
number of  investigators for uniaxial loading [32,39-41]. It has been demonstrated experi- 
mentally that under reversed plastic straining, coarsening rates are extremely rapid [40]. There 
is also some indication that the dislocations generated during such a process enhance coars- 
ening rates by providing high diffusion rate paths connecting large and small precipitates [40- 
41]. In all cases, the reversed loading leads to globular precipitates of indefinite shape. 

The 3,' precipitate system is the primary strengthening mechanism in MAR- M246; hence, 
this coarsening and dissolution process may be occurring in the tests conducted within the 
present study. It is feasible that even though the rate at which this coarsening/dissolution pro- 
cess takes place is a continuous function of  temperature, the acceleration rate of this mor- 
phology change between 800 and 900~ could be high enough to warrant a seemingly discon- 
tinuous change of fatigue constants between these two relatively similar temperatures. 
Transmission electron microscopy (TEM) was used to assess these possibilities. 

Figure 4 is a TEM micrograph of  specimen T139-1, a fully reversed test at 650~ with a 
strain amplitude of  0.003 and a strain rate of  10 4 s-~. Figure 5 is a TEM micrograph of spec- 
imen G4, a comparable test at 900~ The large light features in each figure are the large y '  
precipitates. These precipitates are much more globular and less defined in Fig. 5, indicating 
that coarsening of  the large 3/precipitates is occurring at the higher temperature. The inter- 
precipitate material in Fig. 4 has a much more mottled appearance. This mottling is actually 
the smaller 7,' precipitate; its absence from Fig. 5 would indicate that the smaller 3,' precipitate 
is dissolving at the higher temperature. These morphology changes are similar to those 
reported in [32]. 

The precipitate morphology change along with the fatigue life-temperature dependence dis- 
parity at 900oc warranted the use of  two sets of fatigue constants for the tests conducted on 
MAR-M246. One set was determined using the isothermal 650~ and 800~ data assuming 
that the 650~ tests represented pure fatigue and the other set of  constants determined using 
the isothermal 900~ data. The data from the hold time tests and the bithermal tests were used 
with the isothermal 900~ data since a TEM study of these specimens revealed the same type 
of  coarsening and dissolution processes. The constants determined for the application of the 
microcrack propagation equation for MAR-M246 are presented in Table 1. 

Figure 6 is a plot of  a versus Nifor the hold time tests and the bithermal tests conducted on 
MAR-M246. From this plot it is obvious that there is no appreciable difference in life between 
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FIG. 4--Dark  field T E M  micrograph o f  specimen T139-1; a MAR-M246 fully reversed test at 650~ at 
a strain amplitude o f  O.O03 and a strain rate of lO 4 s-l. 

comparable 1000 s tensile, compressive, and no-load hold time tests. This leads to the conclu- 
sion that creep deformation has a negligible effect on life for a hold t ime test. This seems rea- 
sonable in view of  the rather large grain size of the material and the nature of  creep damage in 
Ni-base superalloys [42]. The average grain size of the MAR-M246 castings used in this study 
is 2500 um. It seems likely that oxidation would play a much larger role in the damage of such 
a material than creep. 

It is also apparent from Fig. 6 that the bithermal test results resemble hold time tests with 
the hold time equal to the time it took for the specimen to come to thermal equilibrium during 

FIG. 5--Dark fieM T E M  micrograph o f  specimen G4; a MAR-M246 fully reversed test at 900*C at a 
strain amplitude o f  O.O03 and a strain rate o f  l O -~ s -1. 
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4 4  THERMOMECHANICAL FATIGUE BEHAVIOR OF MATERIALS 

TABLE l--Microcrack propagation equation constants-MAR- 
M246. 

650"C and 800"C a 
mf = 2.46 
Zf = 2.64 • 108 m -1"46 
C~ = 2595 m 4-92 MJ -z'46 cycles l 

= 0.5 
Co] 8o0 - 108.8 m 4"92 MJ -2"46 cycles i s-O.5 

900~ 
my = 2.20 
Zf = 9.96 • 106m 1.2 
C~- = 199.2 m 54~ MJ -22~ cycles -~ 

= 0.32 
Co[9o0 = 58.13 m 5"4~ MJ -z2~ cycles- l s-O.S2 

aConstants B, k, Co, me, and the activation energy of the oxida- 
tion process, Qox, were not determined for MAR-M246. 

the  t e m p e r a t u r e  excursions.  It can  be  conc luded  tha t  the  b i t he rma l  tests yield little add i t iona l  
i n f o r m a t i o n  b e y o n d  tha t  p rov ided  by  ho ld  t i m e  tests  in  th is  case. 

Since creep d id  no t  con t r ibu te  to d a m a g e  in the  ho ld  t ime  tests, it was fur ther  a s sumed  tha t  
creep did  no t  c o n t r i b u t e  to  the  lives o f  the  b i the rmal  tests. The  creep t e rm  is no t  present  in  the  
analysis  of  M A R - M 2 4 6  for the  p resen t  set of  tests. Since the  only  d a m a g e  con t r ibu t ions  are 
associated wi th  fatigue a n d  oxidat ion ,  the  mic rocrack  p ropaga t ion  equa t i on  will reduce to 

+ ox - d N  faag.o 
= C's (aa) mi + Co At*(aa) mi 

(16) 

It is conceivable ,  however ,  t ha t  creep could  con t r i bu t e  to  the  damage  accumula t ed  du r ing  
a n  IP T M F  test. T h e  c o n t i n u o u s  change  of  t e m p e r a t u r e  as well as mechan ica l  s t rain may  lead 
to damage  m e c h a n i s m s  t ha t  are no t  present  in  e i ther  ho ld  t ime  or  b i t he rma l  tests. 
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FIG. 6--Plot of a versus Nr, MAR-M246; hold time tests and bithermal tests. 
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FIG. 7--Predicted life ~ versus Nf, MAR-M246; isothermal tests. 

Figures 7 and 8 are plots of  the predicted life fl versus the actual life N/for the tests conducted 
on MAR-M246. As can be seen, the correlation is generally within a scatter of + 2 of  the 
median. 

M A R - M 2 4 7  

The MAR-M247 tests [43,44] analyzed included: (1) isothermal fully reversed tests at 500 
and 8710C at strain rates of  10 -3 and 10 -5 s 1; and (2) in-phase (IP), out-of-phase (OP), and 
counter-clockwise d iamond history (DH) temperature-strain relation T M F  tests between 
500~ and 871 ~ conducted at a mechanical strain rate of  10 -s s-L 

The MAR-M247 analysis proceeded in much the same manner as the MAR-M246 analysis. 
The fatigue constants C~, and mlwere determined from the 500~ data at a strain rate of  10 3 
s-L The oxidation constants Co, ~b, and the activation energy of the oxidation process Qo, were 
determined from the 5000C, 10 -5 s ~ tests as well as the 871 ~ tests at both strain rates. The 
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FIG. 8--Plot  o f  ~ versus Nr, MAR-M246; hold time tests and bithermal tests, 
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TABLE 2--Microcrack propagation equation constants-MAR- 
M247. 

my = 2.24 
Zf = 1.65 • 10 7 m -1"24 
C~ = 120 m 5"48 MJ -2"24 cycles -t 
~b = 0.25 
C6 = 7.19 • 104m s'48 Mj-224cycles -l s 0.25 
Qox = 54 KJ/mol 
B = 0.02 rn3/krnol 
k = l  
C~ = 0 . 3  m TM MJ-l'2 cycles-I (= Cctc -r"c) 
mc = 1.2 

oxidation constants B and k were determined from the OP TMF tests and the creep constants 
Cc and mc were determined from the IP TMF tests. The constants determined for the appli- 
cation of the microcrack propagation equation for MAR-M247 are presented in Table 2. 

The creep strain rate ~c was determined using a viscoplastic constitutive law for MAR-M247 
[44-46] .  The loading history was run at the prescribed mechanical strain rate, then at a highly 
accelerated rate. The difference in accumulated strain was attributed to creep strain. 

The microcrack propagation equation was then used to predict the lives of the diamond 
history tests. Figure 9 is a plot of the predicted life ~2 versus the actual life Nifor the tests con- 
ducted on MAR-M247. Again, in general, the correlation is within a scatter of +_ 2 of the 
median. 

Conclusions 

A TMF life prediction model based on microcrack propagation is proposed. A microcrack 
propagation model has a physically appealing definition of damage. The present model con- 
tains explicit damage contributions from fatigue, creep, and oxidation. The model uses AJ as 
the parameter correlating fatigue and oxidation microcrack growth, with a frequency and 
temperature dependence resident in the oxidation term. The oxidation term has an Arrhenius- 
type temperature dependence with the activation energy modified for TMF loading condi- 
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FIG. 9--Plot  o f  f~ versus Nr, MAR-M247," isothermal and TMF tests. 
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tions. The model uses a stress power release rate-type parameter  C to correlate creep micro- 
crack growth. 

The proposed microcrack propagation model correlates isothermal fully reversed and hold 
t ime test lives of MAR-M246 at three temperatures, 650, 800, and 900"C. Bithermal test lives 
of  MAR-M246 between 650 and 900~ were also correlated. The model correlated isothermal 
and T M F  lives of  MAR-M247. The T M F  tests included in-phase, out-of-phase, and counter- 
clockwise diamond temperature versus mechanical strain histories. The isothermal tests were 
conducted at 500 and 871 ~ with the T M F  tests run between these two temperatures. 

The AJ  parameter has demonstrated considerable versatility in microcrack and macrocrack 
correlation. It implicitly contains information regarding the elastic strain range A~e, which is 
important  for life prediction ofNi-base superalloys. AJprovides superior frequency separation 
for Ni-base superalloy Ren6 80 than offered by AEp. When used to correlate microcrack growth, 
AJ  is a local parameter  which reflects crack tip opening behavior. 

A viscoplastic constitutive law was beneficial in determining the quantities necessary for the 
creep component  of  the microcrack propagation equation for TMF. 

Due to complex creep-fatigue couplings, an effort should be made in testing to induce the 
type of  t ime-dependent damage expected in actual applications. If this is impractical, several 
types of  creep-fatigue interaction tests should be run, with the most conservative constants 
retained. 

From the test results analyzed, the bithermal tests yielded little additional information 
beyond hold t ime tests for the Ni-base superalloy MAR-M246. If the application contains con- 
t inuous temperature cycling, TMF test data, if  available, should also be used to determine 
model constants. 

Processes such as dissolution and coarsening of the precipitate microstructure can greatly 
complicate life analysis. It is necessary to account for morphological changes and to use dif- 
ferent sets of  constants if  the morphology change is great enough, as was the case for MAR- 
M246 at 900~ 
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ABSTRACT: An analytical tool is developed to determine the three-dimensional stress state in 
a unidirectional composite subjected to axial loading and changes in temperature. A finite dif- 
ference method is used to analyze a representative volume element of the composite which con- 
sists of concentric cylinders. The constituents are assumed to be elastic-plastic materials having 
temperature dependent properties. An iterative technique using the Prandtl-Reuss flow rule to 
determine incremental plastic strains is implemented in a computer code capable of predicting 
the axisymmetric triaxial stresses in a composite under thermomechanical fatigue (TMF) load- 
ing conditions. The model is verified with finite element method calculations for the problem of 
thermal residual stresses resulting from cool-clown from the processing temperature. Results for 
several TMF loading conditions are compared with experimental data and 1-D predictions for 
a SCS-6 silicon carbide fiber and Ti-24Al-11Nb matrix composite. Significant differences are 
noted between results based on I-D and 3-D approximations to the stress state in a domposite 
and are discussed in detail. 

KEYWORDS: metal matrix composites, plasticity, micromechanics, concentric cylinder 
model, thermomechanical fatigue (TMF), analysis, modeling 

Interest in metal matrix composites (MMC) for high-temperature aerospace applications 
has grown in recent years. Because of the high use temperatures envisioned, proposed appli- 
cations of MMCs almost always involve both thermal and mechanical cyclic loading. Conse- 
quently, the accurate prediction of the thermomechanical fatigue (TMF) life of these com- 
ponents is a critical aspect of the design process. Because of the mismatch in coefficient of 
thermal expansion between fiber and matrix, internal thermal stresses are produced under 
thermal cycling. These stresses must be accounted for in analysis in addition to those produced 
by mechanical loading. Life prediction, therefore, requires a knowledge of the individual com- 
ponents of stress or strain in the fiber or matrix, or both, as well as the overall applied stresses. 

Parameters used for life prediction in metals subjected to thermomechanical fatigue include 
stress, strain, energy, or some combination of these. Ellyin et al. [1 ] used total strain energy 
density to predict TMF life under multiaxial loading. This parameter correlated well with both 
in-phase (IP) and out-of-phase (OOP) TMF life data for low alloy pressure vessel steel. Spera 
and Cox [2] determined TMF life of components by tracking plastic and creep strains using a 
computer program called TFLIFE. Halford and Manson [3] used strain range partitioning to 
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determine life under uniaxial T M F  loading. Jaske [4] at tempted to predict fatigue life using 
total and plastic strains, stress range, and the product of  the maximum stress and total strain 
range. Taira and Inoue [5] used effective strain range to relate multiaxial T M F  life to uniaxial 
life data. The last two investigations concluded that TMF was more damaging than isothermal 
cycling and OOP cycling was more detrimental than IP cycling. 

To determine life in composites the concepts and parameters developed for monolithic met- 
als have been extended to this area. An additional complication which arises in composites is 
the existence of two or more constituents. To develop life prediction procedures, the work in 
this area has concentrated on predicting T M F  life based on uniaxial fiber or matrix stresses. 
Dvorak and Tarn [6] conducted fatigue experiments on B/AI and other similar composites. 
They concluded that maximum stress in the matrix determines life and that maximum fiber 
stress has no effect on fatigue life. They also determined that low cycle fatigue life is associated 
with cyclic plastic straining. Henry and Stoloff [ 7] conducted T M F  life tests on nickel chro- 
mium alloy and tantulum carbide fibrous eutectic. They successfully related TMF life to plas- 
tic strains in the matrix using the Coffin-Manson law and concluded that fatigue response is 
matrix-controlled even in the case of  such high strains that fiber failure occurs on the first cycle. 
Johnson et al. [8], in their work with SCS-6/Ti-15-3 concluded that fatigue life is controlled 
by stresses in the 0 ~ fibers. More recently, Russ et al. [9] found that a single parameter is inad- 
equate to predict fatigue life from a variety of  T M F  tests. Rather, they were able to correlate 
IP and OOP T M F  life for SCS-6/Ti-24Al-11Nb using a combination of maximum stress in 
the fiber and the stress range in the matrix. 

To calculate the micromechanical stresses in the fiber and the matrix due to both thermal 
and mechanical loading, various approaches have been adopted. The most widespread 
approach involves use of  the finite element method to model a representative volume element 
(RVE) and compute the stress distributions around the fiber. Common RVE geometries that 
have been used include either a square or a cylindrical fiber in a square matrix and a cylindrical 
fiber in a cylindrical matrix. Different constitutive behaviors include elastic-plastic behavior 
[ 1 O-12], t ime-dependent behavior using a classical creep law [13] and unified viscoplastic the- 
ories such as the Bodner-Partom model [14], and Bodner-Partom with backstress [15]. How- 
ever, finite element codes are usually run on mainframe computers, are time consuming, allow 
for solution of  only one problem at a time, and require familiarity with finite element analysis 
and the code. To conduct a parametric study and to support the design of a large number of 
experiments on different composite systems, a more practical approach is desirable. 

One simple approach to micromechanical modeling of  composites has been to use average 
stresses in the constituents. This method has the advantage of  being easy to implement into a 
code and of  easily being extended to analyze laminates. Approaches using this method include 
analysis of  square fiber in a square matrix and the vanishing fiber diameter (VFD) model devel- 
oped by Dvorak and Bahei-E1-Din [16]. In the VFD model, the presence of the fibers is 
assumed not to influence the transverse stresses. The transverse properties of a lamina are eas- 
ily computed using this assumption while the longitudinal properties are calculated from the 
rule of  mixtures. This analysis can be carried out for an elastic fiber surrounded by a matrix 
material having a variety of  constitutive relations to calculate ply properties which, in turn, 
can be incorporated into lamination theory to analyze a composite. Such a procedure has been 
implemented into computer  codes such as AGLPLY [17] which uses thermoplastic matrix 
behavior and VISCOPLY [ 18] which incorporates the Eisenberg creep model to predict aver- 
age stresses in the constituents and in a symmetric composite laminate subjected to thermo- 
mechanical loading. Aboudi [19] modeled a square fiber in a square matrix subcell using first 
order displacement expansions. The unified theory of Bodner and Partom was used to com- 
pute inelastic strains. Hopkins and Chamis [20] and Sun [21] conducted strength-of-materials 
type analyses for a square fiber in a square matrix cell to obtain expressions for the constituent 

Copyright by ASTM Int ' l  (all  rights reserved); Wed Dec 23 19:11:46 EST 2015
Downloaded/printed by
University of Washington (University of Washington) pursuant to License Agreement. No further reproductions authorized.



52 THERMOMECHANICAL FATIGUE BEHAVIOR OF MATERIALS 

microstresses. Chamis and Hopkins [22] modified these expressions based on experimental 
data for uniaxial lamina and three-dimensional computer simulations of composite behavior. 
The results were incorporated into a computer program, METCAN [23], which treats material 
nonlinearity at the constituent level where material behavior is modeled using a time-temper- 
ature-stress dependence of  a constituent's properties. 

The main drawback to all of  these simplified material models is the assumption of average 
uniform stress in the representative volume element. This approach fails to take into account 
the triaxial stresses that arise due to the mismatch of  the Poisson's ratio and the coefficient of  
thermal expansion of  the constituents. A detailed review of these codes and comparisons of  
the stresses using these methods and using finite element analysis is given by Bigelow et al. 
[24]. 

For a more accurate analytical treatment of  the triaxial stresses, the concentric cylinder 
model has been used in the literature due to its simple geometry. Thermoeleastic treatment of  
the axisymmetric concentric cylinder model with multiple rings is given in Refs 25 and 26. An 
elastic analysis of  a multidirectional coated continuous fiber composite by means of  a three- 
phase concentric cylinder model is given in Ref27. Ebert et al. [28] and Hecker et al. [29] were 
the first to introduce elastic-plastic behavior for the constituents in which they modeled two 
concentric cylinders and verified the model with experiments. Gdoutos et al. used this model 
to compute thermal expansion coefficients [30] and stress-strain curves and obtained good 
agreement with experimental results [31]. However, this approach postulated new stress-strain 
relations in which the strain increments were functions of  the stress increment, in contrast to 
the Prandtl-Reuss relations that relate the strain increments to the current state of  stress. This 
method is a deformation type of  theory and could not be applied to nonproportional loadings 
and ideally plastic material. More recently Lee and Allen [32] obtained an analytical solution 
for elastic-perfectly plastic fiber and matrix obeying Tresca's yield criterion. 

In this paper an analytical tool is developed to compute the three-dimensional stress state 
in a composite using the concentric cylinder model with multiple rings. The analysis accom- 
modates multiple materials having elastic-plastic behavior with strain hardening. The Prandtl- 
Reuss flow rule with the von Mises yield criterion is used. In addition, temperature-dependent 
material properties are taken into account. The analysis was implemented into the computer 
code FIDEP (Finite Difference Code for Elastic-Plastic Analysis of  Composites) which 
accounts for thermomechanical cyclic loading. 

Concentric Cylinder Model 

A representative volume element of the composite is modeled as concentric cylinders with 
the core cylinder representing the fiber and the outer ring representing the matrix (Fig. 1). The 
fiber and matrix radii are denoted as (a) and (b), respectively. The direction of the z-axis is 
along the fibers and the cylinders are infinitely long in the axial direction. Cylindrical coordi- 
nates are used in the equations. 

The following assumptions are made in the analysis. The temperature distribution is uni- 
form and is quasi-static. A perfect bond exists between the constituents of the composite so 
that there is no slippage or separation of the constituents. The concentric cylinders are in gen- 
eralized plane strain and are subjected to axisymmetric loadings and displacements so that the 
shear stresses are zero. The constituent properties are isotropic. The fiber is linearly elastic. 
The matrix follows a v o n  Mises yield surface and is incompressible in the plastic region, that 
is, hydrostatic stresses do not cause plastic deformation. The plastic deformation of the matrix 
is governed by the Prandtl-Reuss flow rule. The following boundary conditions are improved 

(1) Radial stress is Pr at r = b; 
(2) Finite stresses at r = 0; and 
(3) Continuous radial displacements and radial stresses at the interface. 
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FIG. 1--(a) Concentric cylinder idealization of a unidirectional composite, (b) Concentric cylinder 
model. 

Governing Equations 

Equilibrium and compatibility equations for an axisymmetric case become 

dar ~ r  - -  ~ 0  
+ - -  - o ( 1 )  

dr r 

deo eo - e, 
-~r + - - r  - 0 (2) 

and the stress-strain equations as given in [33] are 

1 
s t =  bS(ar--  u(ao+ az) )+  a T + e ~ +  Ae~ 

1 
e 0 ~- ~ (0" 0 - -  P(O" r -~- O'Z) ) + a T  + sg + Ace p 

1 
ez = ~ (az -- v(ao + ~rr)) + o~T + e{ + Ae~ = c o n s t a n t  

(3) 
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where el, e~ and ePz are the total accumulated plastic strains up to, but not including the current 
increment of  loading, Aef, Ae~ and Ae~ are the plastic strain increments due to the current 
increment of loading, er, e0 and cz are the total strains, ~,  a0 and a~ are the stresses, a is the 
secant coefficient of  thermal expansion (CTE), v is the Poisson's ratio, E is the Young's mod- 
ulus, and T is the change in temperature from a reference state in which the stresses and the 
strains are assumed to be zero. 

Substitution of  Eq 3 into Eq 2 to eliminate total radial and hoop strains yields 

(l + u) e~+  Ae~-- e l - -  Ae~ 
-]- T (frO -- O'r) -I- t 

= 0 ( 4 )  

This equation together with the equilibrium equation results in two ordinary differential equa- 
tions in the two unknowns, gr and go. The axial strain, ez, is a constant value across the cross 
section because of  the imposed generalized plane strain condition. 

To compute the axial strain, the stress-strain equation in the axial direction (Eq 3) is mul- 
tiplied by Er and integrated over the cross section 

5 ;0 fo b s 5 ez Erdr = crzrdr - u(gr + go)rdr + aETrdr  + E(c p + AePz)rdr (5) 

For k concentric cylinders, let aj be the outer radius of thej th  ring and ao = 0, then the integral 
on the left hand side reduces to 

fo ~ ~ E~ (a~ - e~ Erdr  = ez - f  a)_,) 
j~l  

(6) 

The first integral on the right hand side is evaluated using the global equilibrium equation in 
the axial direction; that is, internal forces are equal to the external applied forces 

f o  b az(27rr)dr = P~(TrF) (7) 

where Pz is the applied axial stress. 
Rearranging the terms, the equilibrium equation (Eq 1) can also be written as 

d 
(at + a0)r = dr (r20"r) (8) 

Using Eq 8, the second integral on the right hand side ofEq 5 becomes 

fO b k t) d (12~r)dF ---- ~ pj(a2o.r(aj) _ a2 lffr(a)_l)) (9) 
j=l 

Expanding and recollecting terms in Eq 9 

fo ~ v ~ (r~or)dr k-, = ~ (uj -- vj+,)a~ar(aj) + ukbZa~(b) (lO) 
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The remaining terms are similarly evaluated assuming constant material properties and 
temperature distribution in each cylinder. The axial strain for k concentric cylinders then 
becomes 

• } k - ,  2 Ej (c~ -t- &c~)rdr 2 ~ Vj~r (a j ) (v ,  - v j+ , )  - -  2vko-,(b) + a~EcT + ~ J=, 
j = l  

(ii) 

where, Vj is the volume fraction o f the j th  cylinder, Ec is the axial composite modulus and ac 
is the axial coefficient of thermal expansion of the composite defined by 

v~- a} h a l  ' 

k 

ec = Z e ,  v, 
j=l  

and 

k 

~jEy, 

OL c - -  E c  

In the case of  two concentric cylinders representing an elastic fiber and an elastic-plastic 
matrix, k = 2 and ~ = 0 in the fiber, so that the expression for the axial strain simplifies to 

Cz = ~ e z  - -  2 V f ( v f  - -  Vm)ffr(a ) - -  2PmP r .i. a d E c T  § ~ (c~ § Ae~)rdr  (12) 

where 

a~ = (afEsVy + a,,,E,.V,.)/E~ 

E~ = EIVI+ EmV~ 

Viand Vm are the fiber and matrix volume fractions, respectively, and Pr is the applied radial 
stress at r = b. In Eqs 11 and 12, the axial strain is written in terms of  the radial stresses at the 
interfaces. The total plastic strains are known from the previous loading steps and the new 
plastic strain increments are related to the stresses through the Prandtl-Reuss flow rule. 

Finite Difference Formulation 

The method of  finite differences is used to solve the two ordinary differential equations. This 
approach is similar to that used by Mendelson [33]. The disk radius is divided into Nintervals 
as shown in Fig. 2. There are thus N § 1 stations, the first station being at the center of  the 
disk and the last station at the outer radius. Eqs 1 and 4 are written in finite difference form at 
midpoints of  these intervals in the following way 

d ri -~ r i - i  ~F(O.r)t_l/2 _ ffr, i ffr, i - I  
ri 1/2 --  2 ri - -  r i -  i 
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FIG. 2 - - D i s c r e t i z a t i o n  o f  two concentric  cylinders.  

In this m a n n e r  Eqs 1 and  4 can be writ ten at  the midpoin ts  of  n stations resulting in 2n 
equat ions  

F ] ci or, i-~ - -  ~r,,i + a:o , i -~  + aioo,i = 0 
i =  2 , . . . , n +  1 

- - G i o - r , i _ l  -q- Dicrr,  i -k- H i a o ,  i 1 - -  Ficro, i = a i  - P i  

where 

and  

(13) 

ri - -  r i - i  , bi = E i  ri 
ai - 2ri  E i - i  ' ci ri i 

D i  = (1 + v~Xv,. + ai), 

Fg = (1 + .i)(1 - . ,  + ai). 

Gi = (1 + 1Ji_l)(pi_ 1 - -  a,c~)b. 

H, = (1 + pi_l)(1 - -  P i - -  1 - -  a ic , )b .  

Qi  = E i A r [ o t i (  1 + vi) - -  ogi 1(1 + Pi-1)], 

Pi = E l [ P *  + e , ( v i  - -  vi-O], and 

pn pn P *  = ai (er~,7 + CierS 1) - -  eg, n + 1 + eo,i-~ - -  C~ 

+ ~,i(e~7 + c~,7) - ~ , - , (~ ,7 - ,  + e.',7-,) 

where the plastic strains, er',7, etc., are the upda ted  plastic strains, that  is, err,7 = C,~ + Ae~, etc. 
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The coeff• at the left hand side are functions of material properties at the ith station. 
Only the P* term on the right hand side involves plastic strains. The unknowns are ar.i and 
a0,~, i = 1 . . . .  , n + 1. Using the boundary conditions, at,, + ~ = Pr and crO, l =ar,~, the unknowns 
reduce to 2n;  ar,~, i = 1 . . . . .  n, and ao,~, i = 2 , . . . ,  n + 1. The axial stress distribution, a~,i, i 
= 1 . . . .  , n + 1, is given by Eq 3. 

Taking the radial stress terms in Eq 11 to the left hand side of  Eq 13 and letting the radial 
stress at t he j th  interface correspond to the radial stress at node i = I :  that is, trr(aj) = O~jj the 
second expression in Eq 13 becomes 

- G ,  ar, i i + Di~rr, i § Hi6#,i-i - -  F, ao,, - -  2EiE__f (v ~ _ v,_,) J-,~ Vjo-r, lj(lJlj - -  /Jlj+l ) 

(14) 

where 

e* = ~ P .  - -  2vkP~ + a~E~T + ~ Ej  (e~ + z~eg)rdr 
J=l (15) 

In the case of  two concentric cylinders, k = 2 a n d j  = 1. Let I N T b e  defined as the index of 
the highest-numbered node in the fiber and I N T  + 1 be the index of  the lowest-numbered 
node in the matrix. The fiber/matrix interface lies between these two nodes. Then, for all equa- 
tions in which i # I N T  + 1, that is, equations for nodes not  adjacent to the interface, ui - 
vi ~ is zero and the axial strain vanishes from these equations. For the I N T  + 1st equation, Eq 
14 reduces to 

[ 2E~V I ( .  -- ] 
E~ : Vm) 2 --  GtNr+l a~,,uT + DINr+I 6r,lNr+l + Hmr+l ~o,lur 

- -  F;NT+, ao,sNr+, = Q,Nr+, _ E,.P*m-+, --  Em(um --  vf)e* (16) 

Hence Eq 13 is written in matrix form as 

Ax = B (17) 

where A is a 2n by 2n matrix of  constant coefficients, x is the radial and hoop stress vector of 
length 2n and B is a vector of  length 2n, as shown in Fig. 3. In matrices A and B all the constants 
are known except the plastic strain increments which are presumed. 

Plas t i c  S t r a i n -  T o t a l  S t r a i n  P l a s t i c i t y  R e l a t i o n s  

The plastic strain increments are computed using modified Prandtl-Reuss relations derived 
by Mendelson [33]. In this formulation, modified total strains are used and are defined as fol- 
lows. Assume a loading path to a given state of  stress and total plastic strains e,~. Let the next 
load step be applied producing additional plastic strains Ae~. Then the modified total strains 
are 

(18) 

where e~ is the elastic component  of  the total strain, e~ is the thermal strain, e~ is the accu- 
mulated plastic strain up to (but not including) the current increment of load, and Ae,~ is the 
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FIG. 3--Definition of the A matrix, x vector and B vector in Eq 17. 
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Qa-P3 
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QN.I -PN+I 

"ON+I Pr 

increment of plastic strain due to the increment of load. The previous plastic strains e,~ are 
presumed to be known, and Ae~ is to be calculated. Using this definition the Prandtl-Reuss 
relations [33] become 

AG = Ae, 
ee, G (19) 

where ~j are the modified total deviatoric strains, ee, is the equivalent or effective modified total 
strain defined by 

ee, = (%~jUq),/2 (20) 

and Ae~ is the equivalent or effective plastic strain increment defined by 

Aep = (~A~AG)'n (21) 

The relationship between the effective incremental plastic strain and effective modified total 
strain is given by [33] 

1 
~et - -  3 G  fled 1 

Aep ---- (22) 
1 (d~Te l  

1 + 3G \ d e ,  J~ 

where G is the shear modulus and tTe, i I is the equivalent or effective stress at the previous step 
defined by 

ae = ~ o S o  (23) 
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in which S 0 are the deviatoric stresses. Equations 19, 20 and 22 are used together to determine 
plastic strain increments at each loading step. 

Algorithm 

The elastic-plastic algorithm for the computer code FIDEP is shown in Fig. 4. The temper- 
ature dependent material data and the loading are read from an input file. A load increment 
and a temperature increment are applied. The finite difference equations (17) are solved for 
the new stress state assuming an elastic deformation, that is, Aer ~ = Ae~ = A~ = 0. A new 
yield surface is computed for the present temperature at all stations. Effective stress (Eq 23) is 
compared to this new yield surface for each station. If  the effective stress is less than the effec- 
tive stress at all nodes the plasticity subroutine is bypassed to go to the next thermal and 
mechanical load increments, otherwise a nonzero plastic strain increment is assumed. The 
finite difference equations (17), with the assumed plastic strain increment, are solved for the 
radial and hoop stresses. The axial stress is computed from these stresses. The modified total 
strains and the equivalent total strain are computed from Eqs 18 and 20, respectively. The 
effective incremental plastic strain is computed from Eq 21 and the new incremental plastic 
strains are computed from the plastic strain-total strain relations (19). These strains are then 
compared with the previous plastic strain increments and if the difference is less than a certain 
value, the next loading increment is applied. Otherwise the finite difference equations (17) are 
solved with the new incremental plastic strains and the plastic subroutine is repeated until 
convergence of  the incremental plastic strains is obtained. 

Results and Discussion 

Several problems are solved using the FIDEP code to illustrate the capability for computing 
micromechanical stresses, to compare with solutions obtained by different techniques, and to 
analyze the stress states obtained under thermomechanical fatigue conditions. In these corn- 

Input 1 �9 Temperature Dependent Material Properties 
�9 Loao~ng History 

Plastici ty Subrout ine 

_..•1 Increment Load I A 
and Temperature I 

I 
Solve Ax=b 
with As = 0 I Eqn. (17) 

I 
Compute yield 
surface for current 
temperature and 
plastic strain 

 Sove!b Eqn21 
Eqn. (17) Eqn. (18) Eqn. (20) 

FIG. 4--Elastic-plastic algorithm used in the computer program FIDEP. 
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TABLE 1--Mechanical properties for SCS-6 fiber and Ti-24Al-11Nb matrix used in the analysis. 

Temperature Elastic Modulus, Yield Stress, Plastic Modulus, 
(*C) ot a (10-6/*C) (GPa) (MPa) (GPa) 

20 4.70 
93 4.81 

204 4.97 
316 5.12 
427 5.26 
538 5.38 
649 5.50 
760 5.60 
871 5.70 
982 5.78 

1010 5.80 

SCS-6 Fiber Propeaies 
u = 0.22, E = 414GPa 

Ti-24Al-llNbMatfix Prope~ies 
u = 0.22 

20 12.33 94 604 1.3 
93 12.47 92 560 0.9 

204 12.78 91 498 0.7 
316 13.21 89 447 0.7 
427 13.75 79 421 0.4 
538 14.42 70 381 0.1 
649 15.20 50 357 0 
760 16.10 25 252 2.3 
871 17.11 18 138 2.6 
982 18.25 16 38 1.2 

1010 18.55 15 30 1.0 

a O~ is secant coefficient of thermal expansion with a reference temperature of 1010*C. 

putations a two-material concentric cylinder model consisting of SCS-6 silicon carbide fiber 
and Ti-24A1-11Nb matrix is used. The mechanical properties for SCS-6 and Ti-24AI-11Nb 
are shown in Table 1 as a function of temperature. The SCS-6 fiber is isotropic and elastic with 
only the coefficient of thermal expansion varying with temperature. An adequate representa- 
tion of the Ti-24A1-11Nb matrix was attained using a bilinear elastic-plastic model with tem- 
perature dependent elastic and plastic moduli, yield stress and coefficient of thermal 
expansion. 

The first problem was the thermal cool-down associated with the processing of the material. 
The fiber and matrix are assumed to have zero stresses and strains at the initial consolidation 
temperature. As the material cools down, the modulus changes with temperature and the dif- 
ference in coefficient of thermal expansion between fiber and matrix leads to thermal stresses 
in the fiber and matrix. The three-dimensional stresses computed during the cool-down pro- 
cess are illustrated in Fig. 5. The stresses shown in the matrix material at the fiber-matrix inter- 
face are based on zero stress condition at 1010~ The computed stresses, shown as the symbols 
in the plot, are compared with results for the same problem solved by the finite element 
method using the same material properties and same constitutive behavior [34]. The agree- 
ment with the FEM results is excellent. The computations show that the matrix material 
reaches the yield surface at approximately 600~ and remains in contact with the yield surface 
for all lower temperatures. The axial and hoop stresses are in tension at room temperature and 
are of approximately equal magnitude while the radial stress is compressive and of equivalent 
magnitudes. Note that subsequent tensile loading of the composite in the axial direction results 
in additional yielding of the matrix material at the fiber-matrix interface. 

To illustrate the numerical differences, the same computations were carried out assuming 
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FIG. 5 --Predictions for thermally induced stresses in Ti-24AI- 11Nb matrix at the fiber-matrix interface 
due to cool-down from processing temperature usingfinite element analysis and FIDEP. 

purely one-dimensional behavior, equivalent to a rule of  mixtures formula but taking into 
account the temperature variation o f a  amd E and considering elastic-plastic behavior in the 
matrix material. This computat ion was carried out for the residual thermal stresses during 
cool-down using FIDEP with the radial and hoop stresses set equal to zero. The results of  that 
computat ion are shown in Fig. 6 where the uniaxial results are compared with the 3-D results 
from the concentric cylinder model in FIDEP. The axial stress after cool-down to room tem- 
perature in the matrix (average) is 424 MPa compared to 299 MPa for the 3-D case. The uni- 
axial solution has an effective stress at room temperature of  424 MPa compared to 610 MPa 
for the 3-D solution. Of significance in this particular example is the fact that the 3-D solution 
results in matrix yielding whereas under 1-D conditions no yielding occurs. Consequently, the 

7 0 0  , , , , . . . ~ . �9 . ~ . , , ~ , , , ~ , , , 

E f f e c t i v e  ( 3 - D )  

6 0 0  ~ - - - -o . - -  A x i a l  ( 3 - D )  

E 500400 " - . ' - . . ~ ~  Axial (l-D) = Effective (l-D) 

" ' ' .  ~ "~ Original \ . ,  >e,,S  aoe 
03 

100 

0 2 0 0  4 0 0  6 0 0  8 0 0  1 0 0 0  1 2 0 0  

T e m p e r a t u r e  ( ~  

F I G .  6--Predictions for the axial stresses in Ti-24Al-] ] Nb matrix during cool-down with the uniaxial 
model and the concentric cylinder model. 
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FIG. 7--Model predictions for plastic strains in Ti-24AI-11Nb matrix at the fiber-matrix interface due 
to cool-down from processing temperature. 

residual thermal stresses in the axial direction are found to be 42% higher in the 1-D case than 
in the 3-D case, whereas the effective stress is 30% lower than the 3-D solution. 

To compare thermal stresses under purely elastic conditions, the 1-D and 3-D stresses were 
computed using a single average value of E and a for each material. Choosing 2x T = - 990~ 
and the following material constants: Em= 94 GPa, E I = 414 GPa, am = 11 X 10-6/~ af = 
4.7 X 10-6/~ the following stresses were computed. For the 1-D rule of mixtures solution, 
the residual thermal stresses in the axial direction at room temperature (20~ are am = 412 
MPa ( = amofr) and al = - 765 MPa. The 3-D solution for the same problem using FIDEP pro- 
vides am = 502 MPa and a , ~  = 872 MPa. In this case, the axial component of stress in the 
matrix is 21.8% higher in the 3-D solution while the effective stress in the matrix is a factor of 
2.12% higher when the 3-D stress state is considered. The results of these two computations 
illustrate the significant differences between 1-D and 3-D solutions in thermal stress compu- 
tations for composite materials. In particular, the differences may result in a conclusion as to 
whether or not the matrix, at the fiber-matrix interface, for example, has yielded. 

The plastic strains developed in the matrix at the fiber-matrix interface are shown in Fig. 7. 
It can be seen here, as in Fig. 6, that the matrix material starts to yield at approximately 600~ 
and that measurable plastic strains develop in the three principal directions. These results are 
also compared with FEM computations and provide excellent agreement as shown in the 
figure. 

The FIDEP code was used to compute stresses for simulated TMF cycles to illustrate the 
micromechanical stresses developed during two typical TMF tests which have been conducted 
on a SCS-6/Ti-24A1-11Nb composite [9]. The two tests are in-phase (IP) and out-of-phase 
(OOP) cycles and are shown schematically in Fig. 8. In both tests, the first part of the cycle is 
the cool-down from processing temperature discussed previously. This is accomplished under 
zero external load conditions. The horizontal axis in Fig. 8 represents an arbitrary time scale 
and is shown in terms of computational steps. Step 20 represents the room temperature con- 
dition after cool-down. The values shown in the figure correspond to TMF cycles which were 
evaluated experimentally and involve a maximum stress of 700 MPa and 650 MPa, R = 0.1 
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FIG. 8--Temperature and stress history of a typical in-phase and out-of-phase TMF cycle. 

(ratio of minimum to maximum stress) for the OOP and IP cases, respectively, and a temper- 
ature range of 150 to 650~ 

The numerical results for the stress-strain behavior of  the composite for stabilized IP and 
OOP TMF cycles are presented in Fig. 9. The numerical results are obtained after the 2nd or 
3rd cycle after which the behavior is purely elastic. The nonlinearity in the stress-strain curves 
is due to the variation of a and E with temperature. The OOP cycle is nearly vertical since the 
net expansion during a temperature increase is balanced against the reduction in mechanical 
strain due to the decrease in load. Conversely, the IP cycle shows a large slope because both 
mechanical and thermal strain increase during the loading portion of  the cycle. In Fig. 9 the 

O_ 

o_ < 

800 

700 

600 

500 

400 

300 

200 

100 

0 

Out-of-Phase In-Phase y-. 
Experiment 
[Russ & Nicholas] 

--- Predicted (FIDEP) 

Total Axial Strain (mm/mm) 
FIG. 9--Comparison of calculated and experimental stress-strain profiles in in-phase and out-of-phase 

TMF cycles. 
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FIG. lO--Variation of predicted stresses with radius for an out-of-phase TMF cycle; (a) 150~ (b) 
650*C. 

calculations are compared with experimental data obtained by Russ and Nicholas after several 
hundred cycles and show excellent agreement. This provides confidence in the micromechan- 
ical stress calculations because the material properties appear to be realistic and any damage 
which might have developed during cycling does not appear to affect the overall stiffness of  the 
composite. 

The variation of the stresses across the cross section for an OOP cycle is illustrated in Fig. 
10. The stresses in both fiber and matrix are shown at the min imum temperature (maximum 
load) in (a) while stresses at maximum temperature (minimum load) are presented in (b). At 
150~ Fig. 10 (a) shows a large tensile axial stress in the fiber and tensile axial stresses in the 
matrix. The fiber stresses are essentially independent of radial coordinate, but the matrix 
stresses vary significantly with radius because of  the complex 3-D stress state which arises in 
the concentric cylinder configuration. Matrix axial stresses are maximum at the outer radius 
and min imum  at the fiber-matrix interface. Hoop stresses, on the other hand, are min imum 
at the outer radius of the cylinder but do not vary as much as the axial component. The matrix 
radial stress is negative at the fiber-matrix interface and goes to zero at the outer radius because 
of  the imposed stress-free boundary condition. The stresses developed are the net result of the 
thermal stresses developed at a low temperature, the axial component of  which is compression 
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FIG. 11--Predictions for axial stresses in the Ti-24Al-I INb matrix at the fiber-matrix interface for in- 

phase and out-of-phase TMF cycles. 

in the fiber and tension in the matrix, and the applied mechanical stresses which are tension 
in both fiber and matrix in the axial direction. 

At elevated temperature in an OOP T M F  cycle, the stress state is generally small as shown 
in Fig. 10 (b). Under this condition, the thermal stresses are small because at high temperature 
the stresses are relaxed while the mechanical stresses are small because this is the condition of  
min imum load. 

The axial stresses in the matrix at the fiber-matrix interface are shown in Fig. 11. The steps 
on the horizontal axis correspond to those of  the TMF spectrum schematic in Fig. 8. As noted 
in the discussion of the previous figure, the OOP cycle has tensile thermal stresses as well as 
tensile mechanical stresses at min imum temperature which correspond to maximum load. 
This results in a large stress range in the matrix from approximately 450 MPa at minimum 
temperature (step 60) to approximately - 50 MPa at maximum temperature (step 80). The IP 
cycle, on the other hand, has a much smaller stress range in the matrix material. At minimum 
temperature (step 60), there is a thermal residual stress but little contribution from applied 
(minimum) load. The net stress is approximately 275 MPa. When maximum temperature is 
reached (step 80), the thermal stress decreases and the mechanical stress increases. The net 
result is a stress decrease to approximately 200 MPa. In summary, the axial stress range in the 
matrix is large in an OOP cycle and small in an IP cycle. If failure is dominated by the stress 
range in the matrix material, the OOP cycle would be the most damaging T M F  cycle for this 
temperature range and applied stress range. This was observed in the experiments of Russ and 
Nicholas [9]. 

In a similar fashion, the axial stress peaks in the fiber are compared for an IP and OOP T M F  
cycle in Fig. 12. In the fiber, the thermal stresses at low temperature are compressive because 
of  the low value of  a compared to that in the matrix. For  an IP cycle, therefore, the axial 
stresses range from compressive, due to residual thermal stress at low temperature (step 60), 
to tension due to the applied maximum load at high temperature (step 80). In the OOP cycle, 
the compressive residual stress at low temperature is offset by the larger mechanical stress due 
to maximum load, resulting in a net tensile stress of approximately 1000 MPa at minimum 
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FIG. 12--Predictions for axial stress peaks in the SCS-r fiber for in-phase and out-of-phase TMF cycles. 

temperature (step 60). Decreasing the load while increasing the temperature reduces the 
mechanical stress but also relaxes the compressive residual stress. Since the mechanical stress 
range exceeds the thermal stress range for this set of  conditions, the net effect is a reduction in 
stress to approximately 200 MPa at maximum temperature (step 80). Thus, an in-phase cycle 
produces a larger stress range and higher maximum stress in the fiber than an out-of-phase 
cycle for the conditions evaluated here. This is in contrast to the stress range in the matrix 
which is maximum in the OOP cycle and smaller in the IP cycle. 

For completeness, the radial and hoop stresses in the matrix at the fiber-matrix interface are 
plotted in Fig. 13. Since the applied load is in the axial direction, its contribution to hoop and 
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FIG. 13--Predictions for radial and hoop stresses in Ti-24AI- I1Nb matrix at the fiber-matrix interface 
in TMF cycle. 
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radial stresses is minimal  and arises solely due to Poisson's ratio and 3-D plasticity effects. 
Thus, the stresses are mostly due to the thermal cycling, and the IP and OOP cycles produce 
a similar stress state. At min imum temperature (step 60), the hoop stresses in the matrix are 
tensile whereas the radial stresses are compressive. At the maximum temperature (step 80), 
both components  relax to nearly zero. 

Conclusions 

An analytical tool was developed to model a unidirectional composite subjected to ther- 
momechanical  cyclic loading and processing conditions. The finite difference method incor- 
porated into a computer code, FIDEP, provides an efficient numerical procedure for analyzing 
a variety of  problems involving thermal and mechanical cycling. The procedure allows the 
modeling of  the constituent materials as elastic-plastic with temperature dependent properties. 
The concentric cylinder approximation allows the computations to capture the three-dimen- 
sional aspects of  the stress state in a real composite. Results for a thermal cool-down in a SCS- 
6/Ti-24 A1-11Nb unidirectional composite compare well with those obtained using the finite 
element method. Several problems were solved for thermomechanical loading conditions and 
demonstrate the three-dimensional nature of the stress fields in the matrix material. Predicted 
stress-strain behavior that stabilized after a few cycles compared favorably with experimental 
stress-strain curves measured after a few hundred cycles. Comparisons with one-dimensional 
approximations to the stress field indicate significant differences in the values of the computed 
axial stresses as well as the effective stresses in the matrix at the fiber-matrix interface due to 
significant transverse stresses predicted using the 3-D concentric cylinder model. In particular, 
the one-dimensional solution can show the material to behave purely elastically while the 3- 
D solution indicates yielding in the matrix for the same material constants and applied loading 
conditions. This serves to point out the importance of  the 3-D nature of the stresses in a com- 
posite, particularly when stresses close to yield may be encountered. 
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ABSTRACT: The isothermal and thermomechanical fatigue (TMF) behavior of the austenitic 
stainless steel AISI 304L has been studied in plastic strain control between room temperature 
and 1073K at a plastic strain amplitude of A~pl/2 = 0.5% in vacuum. The isothermal fatigue 
experiments showed a maximum of the stress amplitude connected with a change of the dislo- 
cation slip mode towards planar glide in an intermediate temperature region between about 
550K and 800K as a result of dynamic strain ageing processes. The stress amplitudes in TMF 
tests are strongly influenced by the maximum temperature. When the maximum temperature 
lies below 873K and the temperature intervals extend over the full range of dynamic strain age- 
ing, the stress amplitudes are very similar to the maximum values under isothermal conditions. 
With increasing maximum temperature, dynamic recovery by dislocation climb gains impor- 
tance and the stress amplitudes decrease. When the maximum temperature of the TMF cycling 
exceeds a limit of about 1000K, dynamic recrystallization is observed. The numbers of cycles to 
fracture depend strongly on the phase between temperature and plastic strain. In particular, dur- 
ing in-phase cycling with a maximum temperature of 923K and higher, early failure occurs due 
to creep damage during the tensile half cycle. At maximum temperatures lower than 823K, the 
absence of creep phenomena results in similar cycle numbers to fracture in out-of-phase and in- 
phase tests, respectively. 

KEYWORDS: austenitic stainless steel, temperature dependence of cyclic stress-strain behavior, 
thermomechanical fatigue, dynamic strain ageing, microstructural development, dislocation 
arrangement 

Many studies reported in the literature deal with the mechanical behavior ofaustenitic steels 
at elevated temperature [1-6]. These investigations are of great importance from a technical 
point of view, since these materials are widely used for applications at intermediate tempera- 
ture. Nevertheless, there is a lack of systematic studies on the temperature dependence of the 
deformation behavior, especially under thermomechanical fatigue (TMF) conditions. Only a 
few studies deal with the TMF behavior of AISI 304 stainless steel from a mechanical as well 
as a microstructural point of view [ 7-14]. In most cases the temperature dependence has not 
been taken into account over a wide temperature range and, since the tests have been carried 
out in air, complications due to the superposition of environmental effects were unavoidable. 

In this work we report the results obtained in the framework of an extensive study on the 
temperature dependence of the cyclic deformation behavior in plastic strain control and on 
the related microstructural processes of AISI 304L under isothermal and thermomechanical 
conditions [15,16]. The present work focuses primarily on the TMF behavior. A more exten- 
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sive report on the isothermal tests is given in Ref  17. The material 's stress response, the dis- 
location arrangements formed, the damage mechanisms and lifetime are considered as a func- 
tion of  the range and the mean of  the temperature interval used during the TMF test. The TMF 
behavior is discussed with reference to the mechanical behavior and microstructural devel- 
opment  under elevated temperature isothermal fatigue conditions. 

Experimental Details 

The composition of the investigated heat of  AISI 304L austenitic stainless steel is given in 
Table 1. The material was delivered in the form of bars with a diameter of 25 mm. Prior to 
machining the specimens, a two-step heat treatment was carried out. In the first step, the steel 
was solution heat-treated by annealing at 1366K for 3 h and subsequently water quenched. In 
the second step, the temperature was kept constant at 873K for 1000 h. The aim of this pre- 
t reatment was to thermally stabilize the microstructure by precipitating almost the total 
amount  of  carbon in the form of  M23C6 carbides at the grain boundaries to minimize further 
transformation and precipitation processes during the tests at high temperatures. The grain 
structure of  the material after the heat treatment showed a large portion of twins. The grain 
size corresponded to a mean linear intercept value of  about 50 um taking these twins into 
account and to about 115 tzm without twins. 

Specimens with a cylindrical gauge length of  14 mm and a diameter of  8 mm were used (Fig. 
1). The surface of the gauge length was electropolished in a last preparation step to avoid an 
influence of  the surface condition on fatigue life. 

The isothermal and thermomechanical fatigue tests were carried out in a servohydraulic test 
system (of type MTS 880). The load frame was equipped with a self-built vacuum chamber, 
vacuum-tight hydraulic grips and an induction heating unit. With this equipment the test sys- 
tem permits fatigue tests in high vacuum and in gaseous environments under isothermal or, 
with the aid of  a programmable temperature controller, under anisothermal conditions. 

All tests (isothermal and thermomechanical) were carried out in true plastic strain control. 
For  this purpose a modification of  the electronic system was necessary to allow the use of the 
plastic strain signal as feedback signal in the closed loop control system. By means of  a trian- 

TABLE 1--Composition of heat of AISI 304L stainless steel 
under investigation. 

Component wt % 

Cr 18.0 
Ni 9.9 
C 0.020 
Si 0.40 
P 0.025 
S 0.0007 
Mn 1.68 
Mo 0.34 
Cu 0.26 
Co 0.15 
AI 0.009 
Nb 0.12 
Ti 0.006 
V 0.096 
N 220 ppm 
Fe bal 
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FIG. 1-- The specimen shape used for the isothermal as well as for the TMF tests in this study (dimen- 
sions in millimetres). 

gular command signal, this fatigue testing technique permits experiments with constant plastic 
strain amplitude and with a prescribed constant plastic strain rate throughout each cycle. 

In the TMF fatigue tests, the temperature was varied linearly with time and synchronously 
in-phase or out-of-phase to the plastic strain. The course of the temperature and the plastic 
strain signal with time and the resulting stress response for these two types of TMF tests are 
shown schematically in Fig. 2. As a consequence of temperature cycling, asymmetric hysteresis 
loops resulted showing a mean stress in compression or tension (in-phase and out-of-phase, 

in-phase J 

m 

N 

~ '~ime t 

~) 

8pt 

I out-of-phase I 

\ 

L 

Time t 

(J 

Time t 
/ 

ITime t 

/ 
b) 

~ p l  

FIG. 2--Schematic representation of temperature, plastic strain and stress versus time and of the result- 
ing plastic strain-stress hysteresis loop for (a) in-phase and (b) out-of-phase cycling. 
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respectively). The tests were always started at the mean temperature and zero plastic strain 
value (~p~ = 0) with the strain either increasing (in-phase) or decreasing (out-of-phase) with 
increasing temperature. 

It should be noted that the true plastic strain control in the T M F  experiments requires a 
computer  control, since the values of the thermal expansion and the Young's modulus depend 
on temperature. The knowledge of the actually valid values is a prerequisite to calculate the 
plastic strain from the total strain and the stress, according to 

ept = ~ -- e th(T) -  ~r/E(T) (1) 

where 

= total strain, 
~,h(T) = thermal strain (temperature-dependent), 

= stress, and 
E(T) -- Young's Modulus (temperature-dependent). 

The functions E(T)  and ~th(T) were measured independently by a resonance method and 
dilatometry, respectively. The results of these measurements are stored in the computer in the 
form of  a wave table and are used to provide the actual values corresponding to the existing 
specimen temperature for an analog strain computer  which performs the on-line calculation 
of  epl (Eq 1). 

The striking advantages of  the plastic strain control in T M F  tests which justify the higher 
experimental effort are the constant plastic strain amplitude and the constant plastic strain rate 
independent of the mean temperature and of the width of the temperature interval used. This 
provides a reasonable basis to compare the results obtained with corresponding isothermal 
tests. 

All the tests reported here were conducted in high vacuum better than 5 • 1 0  _6 mbar and 
at a plastic strain ampli tude of  A~ j2  = 0.5% (A%t: plastic strain range). The cycle time in the 
T M F  experiments was 300 s for a plastic strain rate of ~p~ of  6.7 • 10 5 s-1 and temperature 
intervals from 250K up to 400K. This corresponds to cooling/heating rates of  100K/min to 
160K/min, respectively. The normally used plastic strain rate ~pj of the isothermal tests was 
5 • 10 -4 s -~. Additional single and multiple step tests with ~pt = 6.7 • 10 -5 s -~ were carried 
out to provide a basis for the comparison of  the stress amplitudes under isothermal and aniso- 
thermal conditions. In all cases a 20% loss in the stress ampli tude in tension was used as a 
criterion for fracture. 

The development of  the microstructure (especially the dislocation distribution) was studied, 
using optical microscopy, transmission electron microscopy (TEM) and scanning electron 
microscopy (SEM), including also electron-channelling contrast of back-scattered electrons. 
The last technique requires careful electrolytic polishing of  the surface of the specimens to 
avoid the superposition of  topographic contrast due to unevenness. 

Results and Discussion 

Isothermal High Temperature Fatigue Behavior 

Isothermal plastic strain controlled fatigue tests at a plastic strain range ofA~pt = 1 • 10 -2 
and a plastic strain rate of~,t = 5 • 10 4 s ~ document a temperature dependence of  the cyclic 
hardening/softening and saturation behavior which is typical of  300 series steels. Figure 3 rep- 
resents the stress ampli tude Aa/2 as a function of  cycle number  N (cyclic hardening/softening 
curves) of  AISI 304L measured at various temperatures between 298K and 1048K. 
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FIG. 3--Cyclic hardening/softening curves of AIS1304L stainless steel obtained in isothermal fatigue 

tests at various temperatures. 

Three different characteristic shapes of the cyclic hardening/softening curve appear. At 
room temperature a regime of cyclic saturation is only indicated at the very beginning of the 
curve, followed by a drastic increase of Aa/2 which continues until failure of the specimen. 
This behavior results from a deformation-induced formation of martensite as could be shown 
by extensive TEM studies and is reported in detail in Refs 17,18. The transformation of aus- 
tenite to martensite is well established for austenitic stainless steels [19-22] and depends 
strongly on the composition of the alloy. During cyclic loading, the amount of martensite 
increases with the cumulative plastic strain ~pt .... if a critical value of A%d2, accompanied by 
a threshold stress level, is exceeded (in good agreement with [22]), leading to cyclic hardening 
(see Fig. 3). 

In an intermediate temperature range between about 423K and about 823K, the stress 
amplitude goes through a marked maximum after initial cyclic hardening, followed by cyclic 
softening, and levels off in a long range of saturation (plateau). At high temperatures (T > 
823~ the maximum of the hardening curve disappears and the initial cyclic hardening curve 
merges directly into an extended saturation regime. 

The maximum stress amplitude and the saturation stress amplitude exhibit the temperature 
dependence shown in Fig. 4. Since the deformation-induced martensite formation should not 
be taken into account in this context, the room temperature data plotted in Fig. 4 are taken 
from the first part of the cyclic hardening/softening curve (Fig. 3). Between room temperature 
and about 523K both stress amplitudes decrease continuously. Aa/2 passes a minimum and 
increases in an intermediate temperature region with increasing temperature. In this interval, 
a marked difference between the maximum and the saturation value of A~/2 exists (~20 
MPa). At temperatures above 823K, Aa/2 decreases rather rapidly. This type of temperature 
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FIG. 4--Dependence of maxirnum and saturation stress amplitude of isothermal fatigue tests on tem- 

perature (dashed line for reduced 4t). 

dependence of the mechanical fatigue behavior of austenitic stainless steel is reported in the 
literature [2,3,5] and is considered to be caused by dynamic strain ageing processes. Figure 4 
shows additionally the results of  fatigue tests with a reduced plastic strain rate of 4t = 6.7 • 
10 -5 s -~ which are used as a basis for the discussion of the TMF behavior ofAIS1304L inves- 
tigated at this 4t value. 

The maximum of  the stress amplitude at about 723K is connected with a change in the slip 
mode of the dislocations and can be seen clearly in the dislocation microstructure existing after 
the fatigue test. In the temperature region from room temperature up to about 523 K, the slip 
mode at the relatively high plastic strain range applied in this study is wavy. The dislocation 
arrangements formed during cyclic deformation are characterized by low-temperature cell 
configurations with relatively broad cell walls in which dislocations do not form a well-defined 
network. At 673K (near by the maximum in the stress amplitude), a planar slip mode prevails, 
indicating that the dislocations are more confined to their slip planes due to impeded cross- 
slip. This leads to a more uniform distribution of  the dislocations in the sense that no bifur- 
cation into dislocation-dense and dislocation-poor regions as in the case of cell structures is 
observable. At higher temperatures (>798K) the slip character becomes wavy again [6] and 
the stress amplitudes decrease. Dynamic recovery by thermally activated dislocation climb 
gains importance at these high temperatures and gives rise to the formation of  cells or 
subgrains with sharp walls. It could be shown by Ermi and Moteff [6] that in this temperature 
range the stress amplitude is inversely proportional to the mean cell size. In Figs. 5 and 6 typ- 
ical dislocation arrangements as observed by TEM and SEM, respectively, are shown for 
comparison. 

The increase in Aa/2 with temperature (Fig. 4) in the intermediate temperature range points 
to the occurrence of  dynamic strain ageing processes, in agreement with earlier work [3- 
5,23], in particular by Tsuzaki et al. [2]. This is also supported by the fact that a negative strain 
rate sensitivity exists (dA,r/d~p~ < 0) as evidenced by additional experiments with different (but 
during each test constant) values of ~p~ as well as with ~prchanges during cyclic deformation. 

Different processes are proposed in the literature to be responsible for dynamic strain ageing 
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FIG. 5--Comparison of TEM observations of the dislocation arrangements formed during fatigue test- 
ing at the temperatures (a) 523K, (b) 673K, and (c) 923K. 

FIG. 6--Comparison of SEM micrographs (channelling contrast) of typical (global) dislocation arrange- 
ments after isothermal fatigue loading at the temperatures (a) 523K, (b) 673K, and (c) 923K. 
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FIG. 7--Coherent carbide precipitates formed during fatigue at 673K with Aept/2 = 0.5%. The carbides 
are cut by gliding dislocations as shown schematically in the right representation. 

in the considered temperature range. At T < 673K an interaction of the dislocations with 
carbon-vacancy pairs and clusters of carbon atoms seems to be the dominant mechanism 
[24,25]. With increasing temperature the mobility of substitutional Cr is raised and can lead 
to a dynamic interaction with gliding dislocations [2,24,26]. Figure 7 documents that in addi- 
tion also the formation of carbide precipitates must be taken into account. In the intermediate 
temperature range, during the cyclic loading very small (~  10 nm) coherent particles are 
formed which have a plate-like morphology and are sheared by gliding dislocations (as shown 
schematically in Fig. 7b). The cutting process is thought to enhance the planarity of the glide 
behavior and can also explain the softening after the maximum in the cyclic hardening/soft- 
ening curve at the beginning of the test, which leads to the large difference between maximum 
and saturation stress amplitude in the considered temperature range. Furthermore, short 
range ordering processes reported by other authors [2 7, 28] must be considered as another pos- 
sible reason for the planar glide behavior [29]. 

In the isothermal fatigue tests at temperatures below 800K mainly transgranular stage I 
cracks are formed which then propagate as transgranular stage II cracks. At higher tempera- 
tures cavities nucleate at grain boundaries and especially at triple points, forming the well- 
known wedge cracks. This observation points to an increasing importance of creep damage 
processes with increasing temperatures. At T >_ 923K these latter damage contributions dom- 
inate obviously over typical fatigue damage effects. This is in agreement with the results 
reported in [30], where, in addition the influence of the strain rate is taken into consideration. 

The number of cycles to fracture Nsincreases with increasing temperature in the tempera- 
ture interval between room temperature and 523K. This can easily be understood on the basis 
of the decreasing stress amplitude. After a maximum of N s at 523K, N i is reduced with 
enhanced temperature in the whole temperature range of dynamic strain ageing up to tem- 
peratures in the creep range (923K). With further increasing temperature, N s rises again. A 
similar observation is reported in Refs 3 and 31 and explained as a result of the low stress 
amplitudes which are no longer sufficiently high to cause grain boundary sliding. 
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673 to 923K. Three characteristic points are marked and labelled with A, B and C. 

Thermomechanical Fatigue 

Mechanical BehaviornFigure 8 shows two stabilized hysteresis loops of two different in- 
phase tests with temperature ranges of 673K- 1073K and 673K-923K, respectively, registered 
during the saturation state. In the high-temperature half cycle a stress maximum (point B in 
Fig. 8) is reached at a temperature lower than the peak temperature and at a plastic strain value 
lower than the amplitude value of 0.5%. Obviously, a softening of the material occurs as a 
consequence of the increasing importance of thermally activated dislocation motion (dynamic 
recovery), which leads to a decrease of the stress even under the prevailin'g condition of ~p~ = 
constant. The maximum temperature and maximum plastic strain are reached at point C. At 
point A the minima of stress, plastic strain and temperature coincide due to the decreasing 
temperature during the compression half cycle. The points A, B and C define three character- 
istic values of the hysteresis loop under thermomechanical conditions and will be used later in 
further representations. 

Figure 8 documents clearly the effect of the peak temperature on the shape of the hysteresis 
loop, Even at point A where identical temperatures (and plastic strain values) exist for the two 
cases considered, the stress values differ strongly. In both tests, a dynamic recovery at high 
temperatures takes place. The higher the maximum temperature Tm,x, the more severe is the 
influence of dynamic recovery, so that the steel is accordingly softer also in the compression 
part of the cycle. A comparison of the hysteresis loops of various tests shows that the points B 
and C of the loops coincide (that means the maximum of stress occurs at the maxima of tem- 
perature and pl~istic strain), if the peak temperature lies below a value of about 873K. Under 
this condition, the dynamic recovery processes are less important regarding their influence on 
the loop shape. 

Some examples of cyclic hardening/softening curves as measured in TMF tests are repre- 
sented in Fig. 9. In addition to the stress amplitude Aa/2, the corresponding mean stress is 
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plotted versus the numbers of  cycles. Figure 9a shows the results of  three different experiments. 
In all cases, the temperature interval AT was 250K, but the mean temperatures were varied 
(648, 798, and 923~ In contrast, the tests represented in Fig. 9b refer to different tempera- 
ture intervals but identical min imum temperature values (673K). 

Most curves exhibit a pronounced saturation state or a slight softening after an initial pri- 
mary  hardening. Only the test with the temperature range of  673 to 1073K shows a weak max- 
imum of  the stress ampli tude prior to saturation. It is evident (and easy to understand) that 
the stress ampli tude decreases with increasing peak temperature (Fig. 9b) and increasing mean 
temperature (Fig. 9a). The in-phase T M F  loading leads to asymmetric hysteresis loops (Fig. 
8), manifested with a compressive mean stress. In spite of  a variation of  mean and peak tem- 
perature, the value of  the mean stress is nearly unchanged (about - 17 MPa). The cyclic life- 
t ime is not determined by the stress amplitude, since in all cases shown in Figs. 9a and 9b a 
reduction of  N r results from an increase of  the peak temperature (decreasing Aa/2). Later it 
will be shown that the mean temperature does not govern the lifetime. 
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with temperature intervals of(a) 523 to 773K and (b) 673 to 923K. 

Figure 10 allows a comparison of the cyclic hardening/softening curves obtained in in-phase 
and out-of-phase tests. The max imum and min imum stress values per cycle are plotted sepa- 
rately with positive and negative sign, respectively, as a function of the number of cycles. In 
Fig. 10a the temperature interval covered during each cycle (523 to 773K) corresponds well 
with the temperature range of the dynamic strain ageing (see Fig. 4). This explains why the 
stress amplitudes are relatively high and not strongly dependent on the testing mode. In con- 
trast to the negative mean stress developing during in-phase TMF, the out-of-phase loading 
leads to a positive mean stress in the same magnitude (the two related curves of each test can 
be found easily by referring to the number  of  cycles to fracture). Since in this special case at 
constant a , j 2  the stress values in tension/compression and compression/tension in in-phase/ 
out-of-phase cycling, respectively, are nearly identical and the maximum temperature is rel- 
atively low, a similar cyclic lifetime is not unexpected. 

The situation changes drastically if the mean temperature of  the temperature interval is 
shifted to higher values (Fig. 10b). In spite of the fact that the stress range A~ is slightly influ- 
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FIG. 11-- Two TMF hysteresis loops in a representation of stress versus temperature compared with the 
values of maximum and saturation stress amplitude obtained under isothermal conditions. 

enced only by the testing mode, the specimen fails as a consequence of  in-phase cycling at a 
number of  cycles to fracture which is less than half of  the value observed in the corresponding 
out-of-phase experiment. Obviously, the peak temperature is high enough to allow creep 
deformation to take place during a part of  each cycle (visible in the shape of the hystersis loop 
in Fig. 8). In the case of  in-phase TMF, creep is restricted to tensile loading and causes damage 
to the steel by the formation of wedge cracks and cavities (as described in a following section). 
A strong reduction of N I results. During the out-of-phase test, the high temperatures exist in 
combination with compressive loading and creep damage is reduced or even totally inhibited. 
Interestingly, the cycle numbers to fracture of  out-of-phase tests are affected only slightly by 
the location of the temperature interval. 

A comparison of  the isothermal fatigue stress amplitude values and two hysteresis loops of 
in-phase TMF tests in saturation is given in Fig. 1 l, whereby, the plastic strain rate in both the 
isothermal and TMF tests is ~p~ = 6.7 • l0 5 s '. The data measured under isothermal con- 
ditions are plotted against temperature in the form of the maximum and saturation stress 
amplitudes separately for tension and compression. An isothermal (saturation) hysteresis loop 
represented in this figure would lead to a straight vertical line extending between the two curves 
of  A~/2. Due to the test technique used, with ~pt = constant and dT/dt = constant, a linear 
relation between Ep~ and T exists for the TMF tests. As a consequence, the shape of the hyster- 
esis loops plotted in Fig. 11 corresponds to the representation of  stress versus plastic strain, 

Copyright by ASTM Int'l (all rights reserved); Wed Dec 23 19:11:46 EST 2015
Downloaded/printed by
University of Washington (University of Washington) pursuant to License Agreement. No further reproductions authorized.



82 THERMOMECHANICAL FATIGUE BEHAVIOR OF MATERIALS 

though with two different plastic strain scales (the widths of  the loops are hence not identical, 
although A~j2 is 0.5% in both cases). 

An important result of  the comparison in Fig. 11 is the fact that the extreme values of  stress 
of  the TMF test with a temperature range of  573 to 823K are higher than the stress amplitudes 
in the isothermal case at the corresponding temperatures (minimum and maximum temper- 
ature), and are even higher than the maximum isothermal saturation stress within the tem- 
perature interval of  dynamic strain ageing. Obviously, the consequences of hardening due to 
dynamic strain ageing which is greatest in the middle of  the temperature interval of the TMF 
test remain observeable at the extreme temperatures. The continuously changing temperature 
supports the influence of  dynamic strain ageing processes. If  the temperature interval is shifted 
to higher values, e.g., 673 -- 923K (not shown in Fig. 11 for the sake of  clarity), the dynamic 
recovery at the high temperatures gains importance so that the values of  a at points A and B 
of  the hysteresis loop (Fig. 8) are approximately equal to the corresponding Ac~/2 of  the iso- 
thermal tests (at Tmi, and at the temperature corresponding to point B). The stress at Tma, lies 
considerably above the isothermal saturation value, indicating the hardening effect of  the plas- 
tic deformation at low temperatures. 

When the maximum temperature Tm,x used in the TMF cycle is 1048~ or higher, only the 
stress value at Tm,x is similar to the isothermal saturation value of  Aa/2 obtained at the same 
plastic strain rate (kpt = 6.7 • 10 -5 s 1). The stress value at Tmi, differs strongly from the iso- 
thermal stress amplitude at the minimum temperature. It is evident that, as a consequence of 
dynamic recovery processes taking place at high temperatures, a relatively soft microstructure 
is formed which is not hardened to the same extent as under isothermal conditions at lower 
temperatures. In these cases (Tm~x >--- 1048K), the influence of  the high-temperature part of the 
TMF cycle seems to control the resulting cyclic stress-strain (CSS) behavior even during the 
low-temperature part. As an additional process, dynamic recrystallization can contribute to 
the softening of  the steel, as will be documented in a following section. 

The results of  in-phase TMF tests are represented in Fig. 12 together with the curve describ- 
ing the course of the saturation values of  Aa/2 measured at T = constant as a function of 
temperature. Each TMF experiment gives two or three stress-temperature data points, accord- 
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FIG. 12--Comparison of stress amplitude values of TMF and isothermal tests plotted against 
temperature. 
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ing to the points A, B and C in the hysteresis curve, which are plotted in absolute values of  
stress and connected with straight lines (ifa in tension is highest at Tm~, point B does not exist). 
The above described fact, namely that the peak temperature controls the stresses during the 
whole TMF cycle and the relation between stress amplitudes in isothermal and TMF cycling 
(both with the same strain rate of~p~ = 6.7 X 10 -5 s -l) are displayed clearly. 

In spite of  the decreasing stress amplitude of  the TMF tests with increasing maximum tem- 
perature, the number of  cycles to fracture Niis lowered. In Fig. 13 the measured values o f N  I 
are shown for various in-phase and two out-of-phase tests. Each experiment is characterized 
by a straight horizontal line at Nyextending from Tmin to Tmax. The observations can be inter- 
preted as follows. If  the maximum temperature is high (Zmax > 873K), a linear relationship 
between Nj-and Tmax exists in a good approximation. Obviously, at the strain range and strain 
rate used in this study the cyclic life is determined by the upper temperature limit used in the 
test, indicating that creep damage processes play a dominant role. The corresponding out-of- 
phase test (with a high value of  Tmax) confirms this interpretation. High temperatures in con- 
nection with compressive stresses cause less damage. The value of N Iis increased strongly, if 
the maximum temperature is too low to permit creep deformation. Then the type of test (in- 
phase or out-of-phase) has only a minor influence on cyclic life (see the two lines for the tem- 
perature interval 523K-773K in Fig. 13). Informations about the effect of  the strain rate and 
strain range which were not varied in this study are given in [30]. 

Dislocation Ar range me n t - - In  Fig. 14 typical TEM micrographs showing the dislocation 
substructures developed during TMF loading are represented. The specimens investigated had 
been deformed cyclically until fracture using a temperature range A T of  250K and different 
mean temperatures (a: 573K-823K, b: 673K-923K, c: 798K-1048K). 

Figure 14a documents that the test at relatively low temperatures (573K-823K) leads to 
arrangements of  dislocation walls of high dislocation density and to dislocation layers along 
the trace of  { 111 }tr of  a possible glide plane. The trace is indicated by a dashed line in Fig. 14a 
(and also in Fig. 14b). This structure is partly reminiscent of observations on fatigued wavy- 
slip fcc metals in which dislocation walls perpendicular to the active Burgers vector are a com- 
mon feature [32]. In addition, regions exist which show on the one hand disorderly planar 
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FIG. 14--TEM micrographs ~[dislocation structures jbrmed during TMF with a temperature interval 
~?/(a) 573 to 823K, (b) 673 to 923K, and (c) 798 to 1048K. 

dislocation arrays and, on the other hand, labyrinth structures. Obviously, in the latter case 
multiple (wavy) slip occurs [32,33]. Since the dislocation substructure of  the isothermal 
fatigue test at the mean temperature (Fig. 5b) is determined by dynamic strain ageing and by 
largely planar slip, it is concluded that in the TMF test a more wavy slip mode occurs as a 
consequence of  cyclic deformation at temperatures above and below the regime of dynamic 
strain ageing during each TMF cycle. It is reported in the literature [34,35] that under iso- 
thermal monotonic conditions with T = Tmax (823~ AISI 304 austenitic stainless steel expe- 
riences dynamic recovery (dislocation climb). But the deformation rate used in the TMF tests 
seems to be too fast and the time fraction spent at sufficiently high temperature too small in 
this case that a softening could play an important role. In the TEM study only negligible mis- 
orientations between neighboring areas were found, indicating that the dislocation walls can- 
not be referred to as subgrain walls. 

If the mean temperature is increased to 798K (Fig. 14b), elongated cells develop. The cell 
walls are formed of  dislocations arranged in networks and, in some areas in layers oriented 
along the traces of{ 111} planes. Differences in the orientations between neighboring cells exist. 
A comparison of  this substructure with the dislocation arrangement formed as a consequence 
of  isothermal fatigue at T = Tm~x documents that the dislocation density within the cells is 
higher in the case of TMF. Nevertheless, the global dislocation substructure resulting from 
TMF seems to be determined mainly by the high temperature part of  the cycle. No resem- 
blance to the planar slip configuration typical for fatigue in the temperature range of dynamic 
strain ageing is observable, although these temperatures are traversed during TMF cycling. 
The important role of  dynamic recovery has already been documented by the shape of the 
hysteresis loop (Fig. 8), showing that the maximum stress is reached about 50~ before the 
maximum temperature (and plastic strain). During the high temperature part of the cycle, 
the dislocations are partly annihilated and rearranged, forming a high-temperature arrange- 
ment which persists also at lower temperature. 

The microstructural investigations of  a specimen tested at high temperatures (798 to 1048K) 
showed that a clear subgrain structure is formed which is evidently finer in subgrain size than 
in the isothermal test at T = T~x = 1048K. This can simply be attributed to the higher stress 
amplitude at the high temperature connected with TMF. Inside the subgrains, a very low dis- 
location density was observed (Fig. 14c). 
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FIG. 15--Evidence of grain boundary migration observed after TMF with a temperature interval of 6 73 
to 1073K, (a) TEM micrograph, (b) optical micrograph (Beraha I color etching), stress axis lies horizontal. 

If the maximum temperature is very high (Tmax >-- 1073K), dynamic recrystallization comes 
into play as an additional recovery mechanism. As an example, the TMF experiment with a 
temperature interval of  673 to 1073K is considered in more detail. 

The size of the subgrains is very similar to that observed after isothermal fatigue at 1048K. 
By means of  optical microscopy as well as of  TEM, short segments of  grain boundaries could 
be found which have migrated. Figure 15a shows a TEM micrograph in which a straight line 
of  carbide precipitates can be seen. It is suggested that these carbides have been formed at a 
grain boundary existing formerly at this position. The grain boundary has migrated over a 
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length of  about 3 ~m into the neighboring grain, leaving behind it a line of carbides inside 
a grain. Electron diffraction analysis clearly proves that at the precipitates no grain boundary 
exists. In Fig. 15b an optical micrograph (prepared with Beraha I color etching) shows the 
movement of a part of a grain boundary with a length of  about 30 um over a distance of  about 
5 ~m. 

Grain boundary migration or dynamic recrystallization effects have not been found in iso- 
thermal fatigue tests which were carried out up to a temperature of 1048K. Hence, it can be 
concluded that the occurrence of  dynamic recrystallization during TMF results from the dif- 
ferent deformation mechanisms which are active, when the temperature is varied within a 
large interval. 

Grain boundary migration during high-temperature fatigue loading of fcc materials has 
been reported by many authors [36-38], but the phenomena observed in this study resemble 
more the effects which are typical of  dynamic recrystallization, as also reported in papers on 
high temperature fatigue o f a  Pb alloy [39] or on creep of  AISI 304 at relatively low temper- 
atures [40]. For the special heat of  AISI 304L used in this study, it could be shown that 
dynamic recrystallization influences the creep behavior strongly at test temperatures of  998 
and 1073K [41]. 

Cracks and Cavities--As stated above, the isothermal cycling at low and intermediate tem- 
perature is connected with the initiation and propagation of  predominantly transcrystalline 
cracks. With increasing temperature the number of  intergranular cracks increases, and this 
crack type dominates at high temperatures (923 and 1028K). This observation is in good 
accordance with other investigations taking the influence of the strain rate into account 
[3,30,31]. 

The in-phase TMF tests with the temperature interval of 250K also show a systematic 
change of  the failure mode with increasing maximum temperature. In-phase cycling with a 
mean temperature of  698K (or with lower mean temperatures) leads to a relatively high frac- 
tion of transgranular cracks on the surface and also the fatal crack is transgranular. At higher 
maximum temperatures (e.g. Tmax = 923K), grain boundary cracking at the surface and within 
the specimen becomes more important. Cavities and wedge cracks which are typical for creep 
damage are formed and are responsible for a drastic reduction of N s [30] 

Figure t6 shows cavities and wedge cracks observed after TMF with AT = 798 to 1048K in 
a SEM micrograph using the channelling contrast. The advantage of  this technique should be 
noted. The surrounding subgrain structure is visible by the different brightness of  the 
subgrains. The wedge crack shown in Fig. 16b is obviously formed at a grain boundary triple 
point which is a location of  stress concentration. The subgrain size near the triple point is 
smaller than within the grains. It can be assumed that at these locations a stress concentration 
is a consequence of  a strain concentration which itself results from grain boundary sliding. 
Grain boundary sliding has been proposed in many studies to be a dominant creep-fatigue 
interaction mechanism acting, for instance, during elevated-temperature isothermal LCF 
[42,43] and to be damaging in austenitic stainless steels, if the strain rate is slow [3,44]. Some 
authors [9,13] emphasize that during TMF the direction of grain boundary sliding is not 
reversed, causing wedge cracking and lifetime reduction. 

If  the maxim um temperature of TMF exceeds the temperature at which creep by dislocation 
climb is activated, creep damage is severe in in-phase cycling, because tensile loading takes 
place at high temperature. In contrast, out-of-phase cycling does not show the typical damage 
effects, because under compression at high temperature the formation of  cavities and wedge 
cracks is inhibited. Transgranular fracture dominates, in accordance with the results reported 
by other authors [ 7,8,11,14,30]. 

Figure 16a shows another well-accepted creep-fatigue interaction mechanism [45,46], 
namely cavitation along the grain boundaries which occurs mainly in the regions which are 
located near the crack tip. 

Copyright by ASTM Int'l (all rights reserved); Wed Dec 23 19:11:46 EST 2015
Downloaded/printed by
University of Washington (University of Washington) pursuant to License Agreement. No further reproductions authorized.



ZAUTER ET AL. ON AUSTENITIC STAINLESS STEEL 87 

FIG. 16--(a) Cavities" at grain boundaries and (b) wedge crack fi)rmed at a grain boundary triple point 
during TMF cycling with 798 to 1048K. Notice the small subgrain size in fi'ont (~[the crack tip (SEM, 
channelling contrast). 

Carbide Precipi tat ion--Although the thermal pretreatment should lead to a thermally sta- 
ble carbide structure at the grain boundaries, TEM and SEM observations on the deformed 
specimens which had been subjected to temperatures of  923K or higher show a further pre- 
cipitation of  carbides within the grains and a coarsening of  the grain boundary carbides. The 
nucleation of  matrix carbides takes place in the early stage of  deformation at sites with high 
dislocation density. The carbides were identified by means of  electron diffraction and energy- 
dispersive X-ray (EDX) analysis as type M23C 6 with a high content of chromium. These car- 
bides are considered to have a negligible influence on the cyclic deformation behavior, since 
their size is relatively large, probably as a consequence of  the relatively high maximum tem- 
perature used in the present T M F  study. This finding shows that, in spite of the thermal pre- 
treatment,  further carbide precipitation occurs in presence of  cyclic deformation at high 
temperatures. 

In isothermal tests at lower temperatures (623K), very small coherent precipitates are 
formed which show an interaction with the dislocations and must be considered as strong 
obstacles to cyclic d Jo rma t ion  (as described above in detail). In T M F  tests with a maximum 
temperature not higher than about 823K, it is suspected that similar small carbide precipita- 
tion may occur. However, this could not be verified by TEM so far. 

Conclusions 

Isothermal and thermomechanical fatigue experiments were carried out in vacuum using 
true plastic strain control, a plastic strain amplitude of A%d2 = 0.5% and a constant plastic 
strain rate of  ~,~ = 6.7 - 10 ~ s ~. The results of  the thermo-mechanical tests were compared 
with the obtained isothermal high-temperature fatigue data. The main results can be sum- 
marized as follows: 

1. Under isothermal fatigue conditions, AISI 304L austenitic stainless steel shows dynamic 
strain ageing in a temperature range between 523K and 823K. This leads to a maximum of 
the stress amplitude at about 723K and to a change of  the dislocation slip mode from wavy (at 
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523K) to planar (at the temperature of maximum dynamic strain ageing, 723K) and back to 
wavy at higher temperatures. 

2. I f T M F  deformation is carried out at relatively low temperatures in the regime of  dynamic 
strain ageing, in-phase and out-of-phase cycling lead to very similar numbers of cycles to frac- 
ture. The dislocation arrangement shows the typical appearance for low and intermediate tem- 
perature multiple slip, namely wall, labyrinth and cell structures. The fracture mode is trans- 
granular. The stress amplitudes in tension and compression are even somewhat higher than 
the saturation stress amplitude observed under isothermal conditions at the temperature of 
maximum dynamic strain ageing (about 723K). 

3. With increasing maximum temperature of  the TMF cycle the stress amplitude decreases. 
If  the maximum temperature is sufficiently high, a maximum of the stress occurs in the hys- 
teresis loop before the maximum temperature and maximum strain are reached. It character- 
izes the point at which the dynamic recovery outweighs the deformation hardening (at about 
873K). In these cases, the recovery determines the dislocation arrangement and the cyclic 
stress-strain response. 

4. If the maximum temperature of the TMF cycle is in the temperature range in which creep 
deformation plays an important role, a more or less clear subgrain structure develops, depend- 
ing on the fraction of the cycle time during which the specimen is subjected to dynamic recov- 
ery. In in-phase tests intergranular creep damage (formation of  cavities and wedge cracks) 
occurs during tensile deformation at high temperatures and reduces the cyclic life drastically 
in comparison to out-of-phase cycling. In the latter case, high temperatures are connected with 
compressive loading which inhibits cavitation. 

5. During TMF tests with very high maximum temperatures (1073K), dynamic recrystal- 
lization associated with grain boundary migration occurs contributing to the softening. 

Further TMF tests are in progress with the aim to obtain additional informations on the 
TMF behavior of  AISI 304L. The influence of the plastic strain amplitude, of the plastic strain 
rate and of  larger temperature intervals will be studied in detail. 
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ABSTRACT: The stress-strain hysteresis behavior of 63Sn-37Pb solder joints in thermome- 
chanical cycling was determined experimentally with a bimetallic loading frame for temperature 
excursions between - 30 and 130"C applied in triangular waveform for periods of 12, 24, 48, and 
300 min. A computer simulation based on a constitutive equation previously formulated for 
steady-state creep conditions yielded reasonable agreement between the predicted and measured 
hysteresis behavior. An approximately linear relationship was found between the drop in max- 
imum load in a hysteresis cycle and the measured fatigue cracked area. 

KEYWORDS: solder, fatigue, thermomechanical fatigue, fatigue modeling, fatigue crack 
growth, steady-state creep, constitutive equation 

Fatigue failure is an important  problem in solder joints used in microelectronic packaging 
because components  connected with solder often have differing coefficients of  thermal expan- 
sion. Temperature fluctuations, which result from heat dissipated by electronic devices or 
environmental  temperature variations, cause a complex and cyclic state of  stress and strain in 
the solder joints, which in turn leads to fatigue damage and failure. It is therefore desired to 
understand, minimize, and estimate the time to fatigue failure in solder joints subjected to 
thermal cycling. For a given package assembly configuration, it would be useful to have a 
model  with which to determine, with min imum costly experimentation, the lifetime of a sol- 
der joint  exposed to thermal fluctuations. To this end, much effort has been made to develop 
models which describe the stress-strain behavior of  solder joints subjected to fatigue cycling 
[1-5]. Crack growth rate and fatigue life approaches can be included in such models, as for 
example in the damage integral approach [2], or the integrated matrix creep approach [4,6]. 

Since solder joints in electronic packaging experience temperatures greater than one-half 
their homologous temperature (that is, in the range of  what is considered high temperature 
creep), it is a reasonable assumption that the same deformation mechanisms observed in creep 
tests are operative in an electronic package subjected to temperature changes. A semi-empir- 
ical equation in the form 

5"-  kT (1) 

has been shown to successfully describe the steady-state shear rate (5` = dT/dt) for a number 
of  alloys [ 7-9]. A, n, and p are dimensionless constants, n[ = 0 In 5`/0 In r] is the stress expo- 
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nent and p[ = - O  In +/O In d)] is the grain size exponent. D is a diffusion coefficient [ = Do 
exp (-- Q/kT), where Do is the pre-exponential factor, Q is the activation energy, k is Boltz- 
mann's  constant, T is temperature (Kelvin)]. G is the shear modulus, b the Burger's vector, 
and d the mean grain size. 

Grivas et al. [8] investigated the deformation behavior of 62Sn-38Pb eutectic solder in the 
superplastic region (II) and the conventional region (III). Region II deformation is attributed 
to a grain boundary sliding process, whereas Region III deformation is considered to be con- 
trolled by dislocation climb and glide. Region III deformation is sometimes referred to as 
matrix creep. Details concerning these regions can be found in [ 7,8]. The alloy in [8] was rolled 
and annealed to achieve the fine and equiaxed grains that permit grain boundary sliding. 
Steady-state creep rates were determined experimentally in shear on bulk specimens for sev- 
eral grain sizes and temperatures. Grives et al. [8] suggested that the Pb-Sn eutectic alloy exhib- 
ited both conventional and superplastic deformation with the assumption that both defor- 
mation modes occur simultaneously via independent mechanisms but that superplastic 
deformation is rate controlling at lower stresses and conventional deformation is rate con- 
trolling at higher stresses. Combining the rates of  the two deformation mechanisms, that is, 
taking 

= ~/lt + "hn (2) 

a semi-empirical equation was developed summing the shear strain rates in Regions II and III, 
so that 

DoGb I 
/T ~1.96 /b~l.8 / ,r/7.1 

5' - kT AI, \-~} \~l} exp (--48,157/RT) + A.I ~,GJ exp (-81,239/RT) (3) 

This equation was applied to eutectic solders [8], where d is the mean phase size, ranging in 
their tests between 5.5 and 9.9 ttm determined by the mean intercept method. The gas constant 
R has units J.  mol-  1. K -  1. 

Hall [5] performed creep tests on solder joints as they occur in an actual surface mount 
packaging configuration. He found that the stress exponent n is in the range of  about 5 to 20, 
not 2 as is observed in superplasticity. In contrast, Shine and Fox [6], having also measured 
the stress exponent of  actual solder joints on chip carriers, did find superplastic behavior at 
strain rates below 10-5 s-~. Such differences between the results of  different investigators could 
come from different solder microstructures obtained from differing reflow techniques and 
cooling rates. 

The strain in a solder joint assembly has been given by [3,5] 

rA 
h(wt + Vp) + - ~  = L Acff T -- To) (4) 

which states that (on the right side of  the equation) any temperature excursion T, from some 
reference temperature To, where the load and strain in the system is zero, will create a strain 
in the system with scaling factors Aa, the difference in coeff• of  thermal expansion of the 
materials being joined. L is the distance between the solder joint and the neutral point, h is the 
thickness of  the solder joint, and A is its cross-sectional area. The strain created by the thermal 
mismatch is accommodated by some combination of elastic and plastic shear strains of the 
solder, 3'et and 3% respectively, and the assumed elastic deformation of the assembly governed 
by the shear stress over the solder joint r, and the assembly stiffness K. The anelastic strain 
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component is not distinguished because, in the relatively slow loading rate employed here, 
anelastic strain is assumed to be transferred to plastic strain. 

If  the solder joint and package assembly is instantaneously subjected to a small increment 
in temperature A T above To, the assembly will change dimensions according to their respec- 
tive coefficients of  thermal expansion, thus creating a stress and strain state in the system. At 
that instant, the strain must be absorbed elastically in the solder 3'el, or the surrounding assem- 

rA 
bly as described by the term - ~ .  The resultant instantaneous stress change is given by 

/,~ - ~ (5)  

+ 

The first term on the right side expresses the temperature-induced displacement per unit con- 
tact area of  the solder joint. The second term in the brackets represents the combined stiffness 
of  the solder joint and surrounding assembly considered as two springs in series [10]. The 
change in elastic strain in the solder joint Ayet is given by 

A7 
~3'~t- G(T) (6) 

where the shear modulus G(T) has some dependence on temperature. For this study, the value 
for G(T) is taken from [7]. 

Following the instantaneous increment in temperature A T, with the assumption that all the 
resulting deformation will be absorbed elastically in the solder and assembly, the solder will 
deform plastically over an increment of  time At as a function of the applied stress, the tem- 
perature, and kinetics of  the creep-relaxation of  the solder. The magnitude of  plastic strain can 
be determined via the product of  At and the shear rate given by a constitutive equation such 
as Eq 3. The direction of the plastic shear strain in the solder joint will be such that the mag- 
nitude of  stress in the system is reduced. The change in stress due to plastic shear strain over 
time At is 

Azp = -- sgn (r) I A~,p I A (7) 

where sgn (r) returns the sign (direction) of  the shear stress. 
In such a manner, the mechanical state of  the system after an increment in temperature 2x T 

and time At can be characterized. These calculations are iterated using the rate of temperature 
change and parameters of  the solder joint and bimetallic assembly described below to simulate 
the stress-strain behavior of  a thermomechanical cycle. 

In this work, the deformation of  near-eutectic Pb-Sn alloy solder joints subjected to ther- 
momechanical cycling were examined both experimentally and via modeling with a consti- 
tutive equation. Empirical or semi-empirical equations based on observed mechanical 
response and theoretical considerations were used to describe the deformation behavior of sol- 
der. To characterize the mechanical response of  solder joints in thermomechanical fatigue, a 
specially designed loading frame was built. With use of  this loading frame in a temperature 
cycling chamber the stress-strain behavior of  solder joints was measured. Hysteresis loops were 
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FIG. l--Schematic of the bi-metallic loading frame with specimen inserted. The inset is a schematic of 
the test specimen consisting of the copper cylinders and the reflowed solder joint. 

generated showing the mechanical response ofa 63Sn-37Pb alloy in thermomechanical fatigue 
at several frequencies. The applicability of a constitutive equation [8] based on steady-state 
creep of the bulk eutectic Pb-Sn alloy in shear to the experimentally obtained hysteresis loops 
was investigated. Since eventual failure of the solder joint will take place by initiation and 
growth of cracks, these features of fatigue were also investigated during the course of the ther- 
momechanical cycling. 

Experimental Procedure 

Apparatus 

A system was built to characterize the thermomechanical fatigue of solder joints in shear. 
The system consists of a loading flame (Fig. 1) and a temperature cycling chamber (Fig. 2). 
The bimetallic loading flame operates on the principle of mismatch between thermal coeffi- 
cients of expansion a. Displacement is imparted to the solder specimen by virtue of the mis- 
match between the 4140 steel, which is one leg of the frame, and 360 brass, which constitutes 
the remainder of the frame. The geometry of the flame is such that the specimen is loaded in 
shear, although there are some normal components of stress due to bending moments and 

FIG. 2--Schematic of the thermal cycling apparatus. 
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lateral thermal mismatch between the copper, steel, and brass. The normal strain imparted to 
the specimen resulting from lateral deflection was estimated to be on the order of  0.5% of the 
applied shear strain. Bending moments are inherent to the geometry of solder joints like those 
used in the present investigation. It was assumed that the effects of  moments on the plastic 
deformation of  the specimen are comparable to those found in numerous other investigations 
using solder specimens of  similar thickness, and that they do not detract from the analysis. 

The system was built so that accurate measures of  load and displacement in the system could 
be obtained. A resistance strain gage bridge is attached to the top member of  the frame so that, 
with calibration, the load and displacement to which the specimen is subjected can be deter- 
mined. The dimensions of  the beam were chosen so that the output signal of  the strain gage 
bridge was maximized. However, it was decided to limit the maximum deflection in the frame 
to about 50% of the displacement over the solder joint, that is, it was desired that the frame 
not be too compliant. 

Calibration of  the loading frame was carried out to experimentally determine its mechanical 
properties, that is, the frame stiffness (K) and the effective thermally induced displacement 
over the specimen grips. The calibration procedure consisted of  determining the following 
relationships: 

(1) load (kg) and strain gage bridge output (V), 
(2) temperature (~ and load on a dummy hard steel pin specimen, 
(3) load and displacement (m) over the specimen holder (with no specimen mounted), and 
(4) temperature and displacement over the specimen holder (with no specimen mounted). 

Equations 1 and 3, the strain gage output and displacement resulting from an applied load, 
were determined by applying known loads on the loading frame. The strain gage bridge output 
was monitored and the displacement over the specimen holder area was determined using a 
strain gage extensometer. The strain gage bridge response to the applied load was determined 
to be 0.0498 V/kg, and the displacement response to load was determined to be 9.26 X l0 7 
m/kg (K = 1.08 X 106 kg/m). 

Equation 2 was determined by placing a hard steel pin (assumed not to yield) in the speci- 
men grips and running the loading frame through cycles between the temperature extremes of  
- 30 and 130~ in triangular waveform. The steel pin impedes displacement between the spec- 
imen grips. Thus, this test gives the maximum load that can be imparted to the specimen by 
the bimetallic frame in this temperature regime. The slope was found to be 0.144 kg/~ 

Equation 4, displacement over the specimen grips with no specimen mounted as a function 
of  temperature, is determined from the other relationships. Given Eq 3 (displacement versus 
applied load) and Eq 2 (applied load versus temperature), displacement as a function of  tem- 
perature is determined to be 1.33 X 10 7 m/oC under the condition that the frame is allowed 
to expand or contract unimpeded. In a temperature excursion of 160"C, as is the case here, the 
temperature-induced displacement is 2.13 X 10 5 m. Since the solder specimen thickness is 
2 X 10 4 m, this displacement corresponds to a temperature-induced uninhibited total strain 
range ofA ' r r  = 0.107. 

During a fatigue test, load is measured with the strain gage bridge and by using Eq 1. Dis- 
placement over the specimen is calculated via 

~s~ = ~ - -  ~p (8) 

where 6T is the temperature-induced displacement determined from Eq 4 knowing the tem- 
perature. 6e is the load-induced deflection in the frame caused by the specimen's resistance to 
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96 THERMOMECHANICAL FATIGUE BEHAVIOR OF MATERIALS 

deformation determined from Eqs 3 and 1 and knowing the strain gage bridge output. In this 
way, the stress and strain that the specimen undergoes can be determined throughout the 
fatigue test. 

The strain gages selected are matched to the material on which they are fixed (brass) for self- 
temperature compensation; that is, resistance of  the strain gage changes only minimally with 
temperature when bonded to the unstressed brass. The temperature range in this thermome- 
chanical fatigue testing is considerable, and there are temperature gradients in the lead wires 
producing artifact signals. This artifact signal was subtracted from the measured signal after a 
thermomechanical fatigue experiment was performed to yield the real signal. The artifact sig- 
nal was determined by measuring the strain gage output of the frame with no specimen 
mounted. This was done for each of  the temperature cycle profiles. 

Specimen Preparation 

The test specimens used in these tests, shown in Fig. 1, were based on the Iosipescu pure 
shear specimen used by Solomon [11 ] and adapted by Bae et al. [ 12]. The test specimens con- 
sist of two cylindrical copper grips, one with a base for use in the solder reflow. The solder pad 
is a 2.0-mm diameter round and is bordered by a sloping portion 15 ~ to the pad. Near-eutectic 
63Sn-37Pb alloy solder joints were prepared in a manner similar to that described in Ref 12 
but of  one half the diameter. Solder pieces were produced by rolling bulk solder and punching 
out cylinders 2.0-mm diameter by 0.2-mm thick. The solder disc was fluxed and placed 
between cylindrical copper grips using a jig to maintain alignment and to establish reproduc- 
ible solder joints of  thickness 0.203 _+ 0.013 mm. This joint thickness is near that used by 
Solomon [ 11] and Shine and Fox [6]. It is thin compared to the area thereby minimizing ten- 
sile stresses associated with bending moments. The specimen-jig assembly was then placed on 
a hot plate and heated to 35~ above the liquidus of  the solder alloy. After the sample reached 
the desired temperature the assembly was placed on a steel plate to cool to room temperature. 
The time to cool from just above the liquidus (184~ to halfway to room temperature was 57 
s. Shown in Figs. 3a and b is the resultant microstructure at two levels of  magnification. The 
mean grain size measured by the mean phase intercept method [8] is d -- 0.9 um with standard 
deviation 0.9 urn. The standard deviation is large because the distribution of sizes is greatly 
skewed. Occasionally, large lead-rich dendrites are seen in the micrographs (Fig. 3a), however, 
most often the microstructure consists of  smaller dispersed lead rich regions within the tin 
matrix. The eutectic structure appears to be strongly degenerate, though some colony structure 
could be seen. 

Thermomechanical Fatigue Tests 

The specimen was inserted and clamped into place as shown in Fig. 1. The fatigue tests were 
performed by ramping in triangular waveform between the temperature extremes of - 30 and 
130~ This range of  temperature is similar, albeit slightly greater than that employed by other 
researchers. For example, Hall [13] employed the range of -- 25 to 125~ whereas Liljestrand 
and Andersson [14] used extremes of  - 10 and 100~ A triangular waveform is a simplifi- 
cation of  the actual temperature-time profile experienced in a real solder joint. It was chosen 
as a starting point for experimental and modeling simplicity. Dwells at the low temperature 
extreme would result in a slow transfer of  elastic energy from the loading frame to plasticity 
in the solder joint, an increase in cyclic plastic strain range, and a lower number of  cycles to 
failure. A dwell at the high temperature extreme would probably do little, other than coarsen 
the microstructure, since the joint is essentially stress-relaxed at the end of the ramp up to 
130~ 
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FIG. 3--Initial microstructure of the as reflowed 63Sn-37Pb alloy at two magnifications: (a) the etched 
w#h, by volume, 1 concentrated nitric acid: 1 glacial acetic acid." 8 glycerol, and (b) etched with 25 mL 
1120, 5 mL concentrated HCL, 5 g NH+NO~. Dark phase is lead-rich; light phase is tin-rich. 

Variation in temperature-ramp rates was chosen to examine the applicability ofEq 3 to sim- 
ulate the mechanical response of the 63Sn-37Pb alloy over the indicated temperature range. 
Cycling periods of 12, 24, 48, and 300 min were chosen for examining the initial stress-strain 
behavior of the solder joints with known microstructure before the growth of cracks (Figs. 4 
to 7). In these experiments, specimens were mounted into the loading frame at room temper- 
ature and the tests begun by first ramping down to the low temperature extreme of -30~ 
Results for the third cycle of the test are presented, with the exception of those for the 12-min 
period. For the 12-rain period, the average of the second through the tenth cycles are presented 
to reduce scatter in the data. 

Tests employing the 12-min period were extended to characterize changes in stress-strain 
behavior as a function of crack growth. A series of tests was performed with specimens cycled 
to various fractions of fatigue life. Following removal from the test fixture, the specimens were 
manually fractured in liquid nitrogen and examined by scanning electron microscopy (SEM) 
to determine the nature and size of the fatigue cracks. 
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FIG. 6 - - r  versus ~, for the third cycle with 48-rain period. 

Results and Discussion 

Ini t ial  Cycle Mechanical  Response  

Experimentally obtained and superimposed computer-generated curves describing the 
asymmetric hysteresis behavior in thermomechanical cycling for the 12-min period are shown 
in Fig. 4. Included are (a) apparent shear stress r versus temperature T, (b) shear strain 3' versus 
T, and (c) r versus 3". Examining Fig. 4a, at Point A, the high temperature extreme of  the cycle 
(130"C in the present tests), the flow stress is significantly lowered and the solder is largely 
stress-relaxed, since the alloy is at 0.88 T,,. As the temperature is ramped down to - 3 0 ~  
(Point B), the displacement due to the mismatch in coefficients of  thermal expansion of  the 
assembly is gradually transferred from plastic deformation in the solder joint to elastic defor- 
mation in the assembly as the solder flow stress increases. Upon heating to 130"C between 
Points B and C, the conditions are such that the flow stress of the solder is above the applied 
stress and the slope reflects the elastic deformation of  the machine and solder. Plastic defor- 
mation in the solder is minimal until Point C, at which the temperature is high enough for 
significant plastic deformation to take place as the flow stress of  the solder is exceeded. On 
further increase in temperature, plastic flow takes place and the load-bearing ability of the sol- 
der decreases. Additional descriptions of thermomechanical hysteresis behavior of solder 
alloys can be found in [1,2,5,15,16]. 

With increased cycle period, more plastic flow occurs and the magnitude of the maximum 
load, occurring at - 30~ in each case, decreases and the plastic strain range increases. 

For purposes of  modeling, the plastic strain rate equation based on Eqs 1 and 3 was imple- 
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FIG. 7-- ' r  versus ~/ for the third cycle with 300-min period. 
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100 THERMOMECHANICAL FATIGUE BEHAVIOR OF MATERIALS 

FIG. 8--MicroStructure after three 24-min cycles. Etched with 25-rnL 1120, 5-mL concentrated HCL 
and 5-g NH4N03. Dark phase is lead-rich; light phase is tin-rich. 

mented with the pre-exponential constants chosen to fit the experimental results. The equa- 
tion employed to simulate our test results was 

2.12 • 10 167"1"98 6.55 X 10 -33 
= T d~.S exp ( - 4 8  157/RT) + T r TM exp ( -81 ,239 /RT)  (9) 

where the shear stress r has units kg. m -2. 
Since Eq 3 was formulated with the grain size parameter d being the mean phase intercept, 

this measurement was also used here for d. It is acknowledged that this may not be:the most 
mechanistically correct grain-size parameter; however, it is assumed that some effective rela- 
tionship exists between the mean phase size and the size of  the grains involved in the grain 
boundary sliding, which is considered in the pre-exponential constant. The mean value d was 
measured after the third 24-min period cycle and was found to be 1.0 um (standard deviation 
= 0.7 um), Fig. 8. This value was then used as input in the 12-, 24-, and 48-min period mod- 
eling. In the 300-rain period tests, where significant grain coarsening was observed (Fig. 9), the 
mean value o fdwas  measured to be 2.4 #m (standard deviation = 2.2 #m) and this value was 
used in the modeling in Fig. 7. 

Grain coarsening reduces the contribution of  grain boundary sliding to the plastic defor- 
mation, that is, as the grain size increases, the fraction +n/;ri. decreases. From Eq 9, it can be 
seen that a larger value o f d  reduces -~., so significantly less plastic flow occurs per cycle for the 
300-min period than i fd  remained ~ 1.0 um as in the shorter cycles. Taking into account grain 
coarsening, the calculated hysteresis loops for the 300-min period now have a form nearly the 
same as those for the other cycle periods. 

There is reasonable, though not ideal, correspondence between the iterated and the exper- 
imentally obtained hysteresis loops. Deviations between the two could result from a number 
of sources. With respect to the experimentally obtained hysteresis loop, irregularities that may 
skew the results include temperature gradients in the cycling frame and the solder joint (which 
is expected to be more of a problem at the higher frequency tests) and imperfect gripping of 
the copper/solder specimen by the clamps in the frame. Issues surrounding the results of the 
computer simulation include the question of  applicability of  the particular constitutive equa- 
tion chosen (Eq 9, based on Eq 3) and the inherent assumptions made in its derivation. Dif- 
ferences in microstructure and the slight difference in composition between the specimens 
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FIG. 9--Microstructure after three 300-rain cycles. Etch is the solution same as that for Fig. 8. 

used in Ref8  and the present study are likely to account for some incompatibility. Further, in 
Ref 8 Eq 3 referred to steady-state creep, whereas in the present work it is applied to thermo- 
mechanical fatigue. 

The present computer  model was also applied to a thermomechanical hysteresis loop under- 
gone by a solder jo int  in a ceramic chip carrier/printed wired board assembly obtained by Hall 
[13]; see Fig. 10. The parameters derived from that publication and employed as input for the 
present simulation are the assembly stiffness, K = 2.8 • 104 kg/m, and the effective 
unimpeded displacement per ~ between the materials being joined, Aa �9 L = 1.3 • 10 -7 m/  
~ The only unpublished parameter  that is assumed for this simulation is the mean phase 
intercept size, taken here as dey = 4.8 pm. This is taken as an effective value because the micro- 
structure and the active deformation mechanism of  the solder in Hall 's experiment may differ 
from that for which the constitutive equation used in this simulation was formulated. Nev- 
ertheless, the simulation shows reasonably good agreement with the experimentally obtained 
results if  the above-mentioned assumption is made. Modeling of  Hall 's data in Fig. 10 was also 
done by Stone et al. [1] and Wilcox et al. [15] with nearly perfect correspondence using the 
state variable approach. 
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FIG. l O--Our modeling of  Hall's [ 13] ~- versus T curve o f  a solder joint in a package assembly. 
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FIG. 11--Maximum and minimum values of apparent shear stress (a) and plastic shear strain (b) ver- 
sus number of l 2-min period cycles. These values are taken from the hysteresis loops obtained during the 
thermomechanical fatigue cycling. 

Crack Growth 

It was found that the difference between the apparent shear stress values at the maximum 
and min imum temperatures became less with increase in number  of  cycles N. Simultaneously, 
the difference in shear strain became larger; see for example Fig. 1 1. The change in load with 
number  of  cycles can be expressed by the parameter  

fb = 1 - (P/P�9 (10) 

where P0 is the load at the lowest temperature for the first several stable cycles and P is that for 
the Nth cycle. The variation of  4~ with log N i s  shown in Fig. 12 for a number of  tests. Within 
the scatter, ~b increases with N, the rate of  increase on this semi-log plot becoming greater as N 
becomes larger. 

To investigate the relationship between the drop in load and any fatigue cracking that may 
have occurred, several tests were interrupted and the specimens removed from the test fixture, 
immersed in liquid nitrogen, and broken manually. The fractured area was characterized 
using SEM. Typical structures observed on the fracture surface of  a specimen broken in this 
manner  are presented in Fig. 13 for a specimen cycled to N = 182 (12-min period) and q~ = 
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FIG. 12--Load drop parameter 4) versus number of thermal cycles ( -  30/130~ 12 min) for a number 
of specimens. Each set of data points is for a given specimen. 

17%. The low magnification overview in Fig. 13a exhibits three regions: (i) a central region, 
(ii) a transition region, and (iii) a region near the circumference of  the specimen. Higher mag- 
nification views of  the three regions are given in Figs. 13b, c, and d, respectively. These higher 
magnification photomicrographs indicated the following regarding the three regions. 

Region (i) in Fig. 13b is identified as solder that has not been cracked during the fatigue test. 

FIG. 13--SEM micrographs of the liquid nitrogen-fractured surface of a thermal-cycled ( -  30/130*C, 
12 min) specimen to N = 182 giving a 17~ drop in load." (a) overall view, (b) higher magnification of 
Region i, (c) Region ii, and (d) Region iii. 
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This structure was observed previously in [17] and energy-dispersive spectroscopy of  this sur- 
face indicated the presence of  a copper-tin intermetallic compound. 

Region (it) in Fig. 13c, which connects Regions (i) and Off), was only observed in specimens 
that had been thermally cycled. Its structure has the appearance of  intergranular fracture of a 
two-phase material. It is tentatively concluded that because of  grain boundary sliding at the 
high temperatures associated with the thermomechanical cycling, voids and cracks developed 
along the boundaries, resulting in their separation upon breaking the specimen at liquid nitro- 
gen temperature. 

Region (iii) in Fig. 13d occurred along the perimeter of the specimens. This region was only 
observed in specimens that had been thermally cycled. 

In Solomon's [11] and Guo et al.'s [I 7] analysis of low cycle fatigue of 60Sn-40Pb solder 
joints, it was determined that the decrease in APis due entirely to a decrease in the load bearing 
area, that is 

P/Po  = A J A o  = 1 - dp (11) 

For the present tests, the maximum load at the lowest temperature of  the cycle was plotted 
versus the area of  sound material in Fig. 14. It is here assumed that region (iii) is fatigue- 
cracked material. The area of  sound material is calculated by subtracting the area of  Region 
(iii) A,i and the area occupied by voids A~ from the original cross-section area of the joint Ao. 

Except for the one data point at the smallest unfractured area, the present results are in good 
accord with Eq 11. This indicates that the area over which the shear load was transmitted 
decreased due to fatigue cracking, so that the true magnitude of  the shear stress ~ at the low 
temperature extreme of  the thermal cycles remained approximately constant during a thermal 
cycling test. The slope of  the curve in Fig. 14 yields r = 26.2 MPa for the maximum stress at 
the low temperature extreme. 

Conclusions 

1. An equation describing the steady state creep rate of bulk eutectic Pb-Sn alloy in shear 
successfully modeled the experimental stress-strain behavior of  solder joints in shear dur- 
ing the initial cycles ofthermomechanical fatigue in the range of -- 30 to 130oc when the 
effect of  coarsening of  the microstructure was taken into account. 

2. It was found that the true shear stress at the low temperature extreme o fa  12-min cycle 
remained essentially constant as growth of  the fatigue crack occurred. 
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ABSTRACT: An experimental study was performed to identify the effects of dynamic strain 
aging (solute drag) and metallurgical instabilities under thermomechanical loading conditions. 
The study involved a series of closely controlled thermomechanical deformation (TMD) tests on 
the solid-solution-strengthened nickel-base superalloy, Hastelloy X. e4 This alloy exhibits a 
strong isothermal strain aging peak at approximately 600"C promoted by the combined effects 
of solute drag and precipitation hardening. Macroscopic thermomechanical hardening trends 
are correlated with microstructural characteristics through the use of transmission electron 
microscopy. These observations are also compared and contrasted with isothermal conditions. 
Thermomechanical behavior unique to the isothermal database is identified and discussed. The 
microstructural characteristics were shown to be dominated by effects associated with the highest 
temperature of the thermomechanical cycle. Results clearly reveal that the deformation behavior 
ofHastelloy X is thermomechanically path dependent. In addition, guidance is given pertaining 
to deformation modeling in the context of a macroscopic unified thermoviscoplastic constitutive 
theory. An internal state variable is formulated to qualitatively reflect the isotropic hardening 
trends identified in the TMD experiments. 

KEY WORDS: thermomechanical deformation (TMD), dynamic strain aging, thermovisco- 
plastic modeling, solute drag, Hastelloy X e, precipitation hardening, microstructural 
instabilities 

Introduction 

Structural components used in high temperature applications will often experience inelastic 
deformation resulting from mechanical loading, thermal transient cycles, and thermal gradi- 
ents. Such forms of combined thermal and mechanical loading can potentially promote mate- 
rial behavior which is different from that exhibited under idealized isothermal conditions. The 
potential for these differences is greatly increased if the material is inclined to experience var- 
ious temperature-stress-time dependent microstructural changes, such as those promoted by 
thermal, static, and dynamic aging mechanisms. 

One such mechanism of key interest in this investigation is termed dynamic strain aging 
[1 ]. Dynamic strain aging (solute drag) effects are exhibited by many alloys of common use, 
including austenitic stainless steels and many Co- and Ni-base alloys. At temperatures where 
this phenomenon is present, the material will experience a relative increase in flow stress and 
work hardening rate, and various forms of inhomogeneous deformation. For the Ni-base 
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superalloy, Hastelloy X ~, dynamic strain aging has been noted to contribute to complex iso- 
thermal hardening trends [2], raising obvious questions about its influence under more pro- 
totypical thermomechanical conditions. 

In addition, many materials prone to dynamic strain aging effects are also subject to various 
forms of metallurgical instabilities. Typically, such instabilities result in the precipitation of a 
new microstructural phase [3-7], the introduction of which can promote deformation behav- 
ior different from that observed prior to the precipitation. Microstructural changes of this 
nature often lead to an increase in dislocation density and dislocation pinning, thereby 
enhancing the strain hardening behavior of the material. Consequently, at any given isother- 
mal loading condition, the combined effects of precipitation hardening and dynamic strain 
aging can produce a highly complex macroscopic hardening behavior. This behavior is, in 
turn, potentially further complicated through the introduction of thermomechanical 
conditions. 

This work examines the hardening response of a dynamic strain aging alloy under ther- 
momechanical loading. A series of closely controlled thermomechanical deformation (TMD) 
tests were conducted on Hastelloy X. Hastelloy X was chosen as a model material because of 
its common use in high temperature power generation applications. Also, the strong dynamic 
strain aging effects in Hastelloy X are experienced at temperatures of most common use. Iso- 
thermal and thermomechanical material responses are examined and compared on the basis 
of deformation trends and microstructural observations. The microstructural mechanisms 
responsible for the cyclic hardening will be briefly discussed; however, a more detailed exam- 
ination of the relative contributions between solute drag and precipitation hardening in Has- 
telloy X is addressed elsewhere [8]. Observations made from both the macroscopic and micro- 
scopic arenas are linked to help explain unique phenomenological trends experienced under 
thermomechanical conditions. 

Upon gaining an understanding of the microstructural physics and their influence on TMD 
behavior, an extension is proposed to an established macroscopic unified thermoviscoplastic 
constitutive theory [9,10] to qualitatively reflect the observed trends, This extension incor- 
porates an internal state variable to track the phenomenological effects of precipitation hard- 
ening and dynamic strain aging. The proposed framework is established with emphasis placed 
on modeling the isotropic hardening behavior. 

Material 

Hastelloy X is a nickel-base solid-solution-strengthened alloy with good corrosion and oxi- 
dation resistance at temperatures up to 1100~ Its composition is nominally 22Cr, 18.5Fe, 
9Mo, 0.6W, 1.5Co, and 0.1C, all in weight percent, with the balance being Ni. Typically sup- 
plied in a solution treated state, the as received microstructure consists of an FCC solid-solu- 
tion matrix with a sparse distribution of Mo-rich M6C carbides. The material heat specific to 
this investigation was produced in accordance with Aerospace Material Specification 5754H. 
Mechanical test specimens were machined from solution treated 19 mm diameter bar stock. 

Hardening Mechanisms in Hastelloy X 

Dynamic Strain Aging 

The phenomenon of dynamic strain aging [1] occurs in solid solutions where solute atoms 
are particularly free to diffuse (either interstitial or substitutional solutes may contribute at 
appropriate temperatures) through the parent lattice. It is energetically preferable for these sol- 
ute atoms to occupy sites in the vicinity of dislocations where they form solute (Cottrell) atmo- 
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spheres [11] around the dislocations. This temporary solute atmosphere impedes subsequent 
dislocation movement and thus causes strengthening, as revealed by a relative increase in flow 
stress. With increasing strain rate, the dislocations begin to move too fast to allow the atmo- 
sphere to diffuse with them and as a result, the solute atmosphere becomes progressively more 
dilute. The overall effect reduces the solute drag force with increasing dislocation velocity, giv- 
ing rise to an inverse strain rate/flow stress sensitivity. Dynamic strain aging is also associated 
with several forms of inhomogeneous deformations, termed Portevin-le Chatelier effects 
[12]. Mechanisms promoting such behavior include the sudden creation and/or mobilization 
of formerly pinned dislocations. These fast moving dislocations (free of solute atmospheres) 
give rise to sudden stress drops, more commonly referred to as jerky flow or serrated yielding. 

Cyclic loading at temperatures where dynamic strain aging mechanisms are active results in 
marked material hardening. This behavior is evidenced by an increased hardening rate and 
hardening range. For any given dynamic strain aging alloy, an intermediate temperature range 
exists where the hardening rate and cyclic saturation strength is maximized. This maxima is 
interpreted as a manifestation of dynamic strain aging, and is typically referred to as the 
dynamic strain aging peak. At temperatures below the dynamic strain aging range, solute dif- 
fusion will not take place. At temperatures above, normal thermal recovery processes (for 
example, dislocation climb) will dominate. 

Precipitation Hardening 

In general, many alloys experience various forms of microstructural instabilities leading to 
the precipitation of a wide variety of new phases. However, to maintain applicability to the 
work at hand, this brief generalized discussion will be limited to the precipitation of the M23C6 
carbide phase in Hastelloy X. In the solution treated condition, Hastelloy X is found to con- 
tain only the solid solution matrix and a sparse distribution of Mo-rich M6C carbides. The M6C 
phase is unstable in a Cr-rich environment and consequently, thermal aging at intermediate 
temperatures results in the precipitation ofa Cr-rich M23C 6 carbide phase [13,14]. In addition 
to the effects associated with a static thermal age, experiments [ 7] have suggested that a sig- 
nificant amount of deformation-assisted M23C 6 precipitation occurs as a result of the disloca- 
tions' powerful effect on lowering the nucleation barrier [15] and becoming preferred carbide 
nucleation sites. 

In its initial state, the M23C 6 phase is relatively small (10 to 100 mm [8]) and highly effective 
at dislocation blocking and pinning; hence notable material hardening is experienced. Under 
isothermal loading conditions, the peak effectiveness of the precipitation hardening in Has- 
telloy X occurs in the temperature range of about 500 to 650~ thus partially overlapping the 
200 to 700~ range of dynamic strain aging. This precipitation strain aging peak is also typi- 
cally associated with a ductility minimum. Aging at temperatures above the precipitation 
strain aging peak, the M23C6 carbide undergoes considerable growth. In this enlarged, overaged 
state, the phase appears to be considerably less effective as a hardening mechanism. 

Test Methods 

Cyclic Isothermal Deformation 

Isothermal data taken from a previous experimental study conducted by Ellis et al. [2] are 
presented to enable comparisons with the TMD data generated in this study. All isothermal 
deformation tests were performed in air under strain control with constant cyclic axial-strain 
amplitudes of + 0.003. A constant strain rate of 0.0001 s-1 was used with a triangular com- 
mand waveform. Strains were controlled over a 25.4 mm parallel gage section with a high 
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TABLE 1-- Thermomechanical test matrix. 

109 

Temperature Range, ~ 

Phase 200 to 400 400 to 600 600 to 800 800 to 1000 300 to 800 300 to 1000 

In-phase 1 1 1 1 1 - -  
Out-of-phase 1 1 1 1 - -  1 

temperature water cooled axial extensometer. Specimen heating was accomplished through 
the use of  direct induction coils. Isothermal conditions from room to 1000*C were investi- 
gated. Temperature gradients were maintained in accordance with ASTM Practice for Con- 
stant-Amplitude Low-Cycle Fatigue Testing (E 606). Unless otherwise noted, the isothermal 
tests were terminated at 1 0  4 cycles or evidence of the first macro-crack, whichever occurred 
first. 

Cyclic Thermomechanical Deformation 

The thermomechanical  test matrix is shown in Table 1. A series of in-phase and out-of- 
phase tests were conducted with temperature ranges of 200"C. Two relatively large tempera- 
ture ranges were also examined to establish the effects of  cycling completely through the strain 
aging peak regime. Phasing is defined by the relationship between the mechanical strain wave- 
form and the temperature waveform. Thus, a test is defined to be "in-phase" when these two 
waveforms are coincidental, and "out-of-phase" when the two waveforms are phased with a 
t ime shift equal to ~ the cycle period. The mechanical strain (e m) is defined as the difference 
between the total (e l) and thermal (e Lh ) strains 

c m  ~ Et __ ~th 

All TMD tests were conducted in air with cyclic mechanical strain amplitudes of + 0.003 
and a constant temperature rate of 100~ independent of  temperature range. Given the 
fixed mechanical strain range and temperature rate, the mechanical strain rate was calculated 
based on temperature range. Note that the strain rate for the thermomechanical tests (with/x T 
= 200~ the mechanical strain rate is 5.0 • 10-5/s) was slightly less than that used for the 
isothermal data taken from [2] (1.0 • 10-4/s). The effects of  strain rate from 1.0 • 10-3/s to 
3.0 • 10 5/s were examined for this material (unpublished data by Allen et al. at NASA Lewis) 
and found to have a negligible effect on the magnitude of isotropic hardening. Therefore, the 
factor-of-two difference between the thermomechanical and isothermal data was assumed to 
have a negligible effect on the isotropic hardening behavior. 

The test specimens were heated with direct induction heating. Specimen cooling was accom- 
plished through the use of  water cooled grips; no forced air was used. A triangular waveform 
was used for both the temperature and strain. The strains were controlled over a 12.7 mm 
parallel gage section with a high temperature water-cooled axial extensometer. A thin-walled 
tube specimen design was developed and used for this study. Details and the relative advan- 
tages of this specimen design under thermomechanical conditions can be found in Ref  16. 

Microstructural Examination 

Specimens for transmission electron microscopy (TEM) were obtained from the wall in the 
gage section of the tubular test specimens by electrodischarge machining. The specimens were 
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prepared by fine grinding and electropolishing to perforation. Electropolishing was accom- 
plished in a solution of 10% Perchloric acid, 45% Butanol and 45% Methanol at 0*C and 
30 V. 

Results and Discussion 

Cyclic Isothermal  Deformation 

Shown in Fig. 1 are plots of cyclic peak stress versus cycle number, revealing the isothermal 
cyclic hardening behavior of Hastelloy X. The isothermal data did not reveal a noteworthy 
mean stress during fully-reversed strain cycling; thus the peak stress values shown are repre- 
sentative of the excursions from zero in both tension and compression. Figure 1 displays hard- 
ening curves over three generalized temperature domains approximately bounded by room 
temperature-200, 200 to 650, and 650 to 1000~ subsequently referred to as "low," "middle," 
and "high," respectively. 
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FIG. 1--Isothermal hardening behavior of Hastelloy X with e = + 0.003 and i~ = O.O001/s [2] over 
three generafized temperature domains. (a) low, (b) middle, and (c) high. 
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FIG. 2--Isothermal data from Fig. 1 plotted to illustrate the strain aging peak. 

In the low temperature domain, the isothermal cyclic response of  Hastelloy X is essentially 
neutral with respect to hardening. Peak stress increases of only 10 to 15% (with respect to first 
cycle values) were realized before a state of  cyclic saturation was reached. 

This trend quickly changed as temperatures increased into the middle temperature domain, 
Fig. 1 b, encompassing the strain aging peak. Tests performed at 316~ and 427~ exhibit an 
increase in peak stress of  60 and 66%, respectively. Hardening continues to increase through 
the middle temperature domain until maximums are realized at 500 to 650~ Here, increases 
greater than 85% can be experienced. Serrated yielding was noted in a surprisingly small per- 
centage of  the specimens tested in this temperature domain. However, other evidence indi- 
cating dynamic strain aging, such as an inverse strain rate/flow stress sensitivity, were consis- 
tently and clearly identified. Further, the dynamic strain aging range is felt to begin at 
temperatures as low as 2000C, where marked hardening and increased dislocation densities 
were observed [8]. 

The transition from the middle to the high temperature domain occurs when the strain aging 
peak temperature is exceeded. In the high temperature domain, Fig. 1 c, cyclic hardening drops 
significantly with a relatively small increase in temperature. The percent increase in peak stress 
drops from over 85 at 6500C to 44 at 704~ The decrease continues until cyclic softening 
occurs during tests performed at 871 ~ and higher temperatures. 

The phenomenological hardening effects of dynamic strain aging on Hastelloy X are best 
summarized in Fig. 2. Peak stresses are plotted at intermittent cycles over the full working 
temperature range. The test conducted at 427~ was terminated prematurely at approximately 
5000 cycles because of a heater problem. This figure clearly reveals that the strain aging is max- 
imized in the general temperature range of  400 to 600~ 

Iso thermal  Microstructures 

TEM was used to identify the physical characteristics associated with the various hardening 
behaviors exhibited in the isothermal tests. Examination revealed general microstructural fea- 
tures uniquely associated with the three temperature domains (low-middle-high) discussed 
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FIG. 3--Microstructures developed under isothermal loading conditions at (a) 93~ (b) 538~ (c) 
650~ and (d) 871~ See Fig. l for respective number of loading cycles. 

above. Dislocation substructures representative of these features were taken from specimens 
tested at 93, 538, 650, and 871~ and are shown in Fig. 3. 

Micrographs taken from specimens tested in the low temperature domain, such as that 
shown in Fig. 3a, reveal a relatively low dislocation density. The imposed temperature and 
mechanical loading conditions do not appear to have affected the stability of the M6C carbide 
phase (present in the as-received condition), as no new phases can be identified. Slip is inho- 
mogeneous and the dislocations are found primarily concentrated in a few planar slip bands. 
These general features are consistent with the relatively low cyclic hardening observed in the 
low temperature domain. 

In the specimens examined from the middle temperature domain, there are two distinct 
physical changes observed, (1) a dramatically increased dislocation density and (2) the precip- 
itation of the M23C6 phase. The first visually detectable change in the microstructure is a rel- 
ative increase in dislocation density, such as that revealed in Fig. 3b. Dislocation densities (at 
104 cycles or failure, whichever occurred first) steadily increase from the values found at 200"C 
to those observed at temperatures of 500 to 600~ representing the maximum values (quan- 
titative results are addressed elsewhere [8]). This increased dislocation production can result 
from either hardening mechanism. Both (1) dynamic strain aging (solute drag) and (2) M23C6 
precipitation, will hinder the movement of existing dislocations and enhance the production 
of additional dislocations to accommodate the applied strain. 

Given that the dynamic strain aging effects have been identified over the temperature range 
of 200 to 700~ it is important to note at what point precipitation of the M23C6 phase begins; 
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this information is critical to the understanding of the thermomechanical deformation. TEM 
observations and mathematical modeling of the M23C6 precipitation kinetics [8] both agree 
and show with certainty that this secondary carbide phase did not precipitate during the iso- 
thermal tests conducted below 500~ Therefore, the marked hardening experienced below 
this temperature, such as that observed at 316, 427, and 482~ can be attributed to the effects 
of dynamic strain aging (see Fig. 2). At temperatures above 500~ M23C6 precipitation will 
occur (given sufficient time) and the hardening will be influenced by the combined effects of 
dynamic strain aging and precipitation hardening. 

An examination of the 6500C microstructure, shown in Fig. 3c, reveals a slightly reduced 
dislocation density and a slightly larger M23C 6 phase than those found in the 538 and 593~ 
specimens. At this size (~60 nm in diameter), the M23C 6 phase is visible in a conventional 
bright-field image, pictured in Fig. 3c as the numerous dark circular objects. This phase is pres- 
ent but not visible in Fig. 3 b because of the extremely small carbide size ( ~  5 nm in diameter), 
The increased size of the M23C 6 carbide found at 650~ suggests an early stage of microstruc- 
tural overaging. 

Microstructures of specimens tested in the high temperature domain (T > 650~ begin to 
reveal features of thermally activated processes. The high temperature conditions promote dis- 
solution of the original M6C carbides, which become less numerous. The M23C6 carbides have 
undergone considerable physical growth and appear concentrated at cell boundaries and twin 
boundaries. At the higher temperatures of this domain, Fig. 3d, large cells and subcells appear 
with low intracellular dislocation densities. The majority of dislocations are located at cell and 
twin boundaries, displaying well ordered arrangements. 

Cyclic Thermomechanical  Deformation 

Thermomechanical and isothermal data comparisons are made by presenting the thermo- 
mechanical data along with "bounding" isothermal data, where "bounding" refers to the 
upper and lower test temperatures. For ease of presentation, all peak stresses are plotted 
according to their absolute values. 

Displayed in Fig. 4 are results from TMD tests performed with a temperature range of 200 
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FIG. 4--Peak stress versus cycle plot for 200 to 400"C in- and out-of-phase TMD and bounding iso- 
thermal tests, 

Copyright by ASTM Int'l (all rights reserved); Wed Dec 23 19:11:46 EST 2015
Downloaded/printed by
University of Washington (University of Washington) pursuant to License Agreement. No further reproductions authorized.



114 THERMOMECHANICAL FATIGUE BEHAVIOR OF MATERIALS 

550 

= 600~ ( tension) �9 
IN-PHASE : 400~ (compression) �9 O 0 0  

500 0UT-0F-PHASE <> = 600~ (compression) �9 O 
O = 400~ (tension) 

�9 0 0 IS0 
<>0 <> 593"C 

45o �9 e e ~ 1 ~ o o ~ - - - " - / /  

400 

350 
0 o 

300 

! o 
25O " 0 

10 0 101 10 2 10 3 10 4 

Cycle 

FIG. 5- -Peak  stress versus cycle plot for 400 to 600~ in- and out-of-phase TMD and bounding iso- 
thermal tests. 

to 400~ The six curves represent data taken from four tests. The in-phase and out-of-phase 
TMD tests are each represented by two curves; one represents the peak tensile stresses and the 
other represents the peak compressive stresses. The two remaining curves are the bounding 
isothermal peak stresses. 

As a first approximation, it seems reasonable to anticipate that the TMD hardening trends 
would be bound by the bounding isothermal data. In fact, one might expect the hardening to 
be similar to that displayed isothermally at the average temperature of the thermomechanical 
cycle. This "anticipated" scenario is a fairly accurate description of what occurred at the 400~ 
TMD peak stresses. The 400~ TMD peak stresses (both in- and out-of-phase conditions) 
increased slightly less than the upper bounding curve  (the isothermal 427~ data). Also, the 
hardening rate is best represented by the rate exhibited in the isothermal 427~ test. 

In contrast, the peak stresses incurred at the 200~ end of the TMD cycle are not well rep- 
resented by the isothermal test at 204~ Rather, the hardening is much greater, and actually 
very similar to that experienced isothermally at 427~ Note that the TMD hardening is greater 
at the 2000C peak than at the 400~ peak. This trend is opposite that which is suggested by the 
isothermal database. Similar to the 400~ TMD peak stresses, the hardening rate at the 200~ 
TMD peaks is well approximated by the 427~ isothermal rate. The hysteresis experienced in 
the 200 to 400~ tests exhibited a mild mean stress which tended to decrease with cycling, as 
represented by the vertical separation between the respective peak stresses. 

Figure 5 shows the peak stress values exhibited under TMD in the 400 to 600~ experi- 
ments. This particular condition promoted dramatic material hardening well beyond that of 
any other condition investigated. The behavior was not bounded by the isothermal data in 
terms of either peak stress or total stress range, as a result of both peak stresses surpassing the 
greater of the isothermal conditions (593~ 

Certain patterns observed in the 200 to 400~ TMD tests are repeated in this temperature 
range. The low-temperature peak stresses experience greater increases than the high-temper- 
ature values, again, contrary to the trends suggested by the isothermal database. Also, the 
TMD hardening rates are better represented by the hot-temperature bounding isothermal test, 
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FIG. 6--Peak  stress versus cycle plot for 600 to 800"C in- and out-of-phase TMD and bounding iso- 
thermal tests. 

although the 400~ TMD peak stresses eventually surpasses both the hardening rate and range 
of the 593~ isothermal test. 

The 600~ TMD peak stresses are well represented by those in the bounding isothermal test 
at 593~ This applies to both the hardening rate and magnitude. However, the 400~ TMD 
peak stresses clearly show significant deviation from the 427~ isothermal test. Further, the 
hardening rates and magnitudes experienced by the 400~ TMD peaks far exceed those dis- 
played isothermally at 593~ This result has added significance because the 593~ data is rep- 
resentative of the isothermal strain aging peak; thus the hardening behaviors observed in the 
400 to 600~ TMD tests exceed the entire isothermal database to the degree shown in Fig. 5. 
This unbounded behavior is clear evidence of thermomechanical path dependence, as the 
material's behavior at 400~ is profoundly influenced by the previous thermomechanical 
history. 

Shown in Fig. 6 are the data obtained from in-phase, out-of-phase, and bounding isothermal 
tests in the temperature range of 600 to 800~ Under this condition the isothermal data is 
successful at bounding the TMD material response. The 6000C peak stresses of the TMD agree 
well with the rate and magnitude observed in the isothermal 593~ experiment. Likewise, the 
hardening (or in this case softening) behavior experienced at the hot end of the TMD cycle is 
comparable to that observed during isothermal deformation. Although the 600~ TMD peak 
stress values experience the excessive increase associated with the isothermal strain aging peak, 
the total hardening range is subdued because the majority of the loading involves higher tem- 
peratures. At these slightly higher temperatures the hardening mechanisms quickly become 
less effective and thermal recovery processes begin to dominate. Note the large mean stress 
that develops as a result of conditions which promote hardening at one end of the cycle and 
softening at the other. 

The final TMD condition examined with a temperature range of 200~ is that of 800 to 
1000~ and is shown in Fig. 7. The thermomechanical hardening trends are typified by the 
isothermal data, with respect to both stress magnitude and hardening rate. At these high 
homologous temperatures the material will tend to flow freely and offer little resistance to 
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FIG. 7--Peak  stress versus cycle plot for 800 to 1000"C in- and out-of-phase TMD and bounding iso- 
thermal tests. 

mechanical deformation, hence the response is essentially saturated in the first few cycles. Here 
thermal recovery effects dominate the behavior. 

The two remaining TMD conditions are unique in the sense that they examine the effects 
of cycling completely through the dynamic strain aging regime. These two conditions are 300 
to 800~ and 300 to 1000~ TMD, shown in Figs. 8 and 9, respectively. 

The 300 to 800"C TMD resulted in hardening trends which again show evidence of ther- 
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FIG. 8--Peak  stress versus cycle plot for 300 to 800~ in-phase TMD and bounding isothermal tests. 
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FIG. 9--Peak stress versus cycle plot for 300 to 1000"C out-of-phase TMD and bounding isothermal 
tests.  

momechanical path dependence. The hardening behavior at the 300"C peak stresses was sim- 
ilar only in rate to that experienced isothermally at 316"C. In contrast, the magnitude of  hard- 
ening was found to be much greater than the isothermal 316"C data. As shown in Fig. 8, the 
peak stresses were considerably higher than those found at the isothermal dynamic strain aging 
peak temperature of 593"C. These high TMD peak stresses at 300~ resulted from a contin- 
ually increasing mean stress. The steady softening experienced at the 800~ end of the cycle 
appears to have enhanced a stress ratchetting effect in the direction of  the 300"C end, enabling 
the relatively high stresses to be achieved in the fixed mechanical strain range. However, it is 
important to note that unlike the 400 to 600~ TMD, the total stress range experienced is not 
atypical. In fact, the stress range experienced by the 300 to 800~ TMD is comparable to that 
observed under isothermal conditions at 316"C. 

The TMD cycle from 300 to 1000~ is shown in Fig. 9. Although the full dynamic strain 
aging range was spanned, it appears that the upper temperature of  1000~ had a dominant 
effect on the overall deformation behavior. This condition revealed a relatively small amount 
of  cyclic hardening at 300~ and mild softening at 1000*C. In contrast to the 300 to 800~ 
TMD, a strong mean stress did not develop because of the lack of  hardening by the 300~ peak 
stress values. 

In general, thermomechanical hardening rates appear to be dominated by effects associated 
with the upper-temperature of  the cycle. In TMD loading cases where the isothermal data sug- 
gests that the upper-temperature condition hardens at a higher rate (200 to 400"C and 400 to 
6000C), both TMD peak stresses (tensile and compressive) increased at the higher rate. In 
TMD cases where the isothermal data suggests that the upper-temperature condition is 
inclined to harden less (all remaining TMD conditions), the peak stresses revealed rates of  
increase similar to their isothermal counterparts, and the hardening rate of  the total stress 
range was better reflected by the upper-temperature isothermal test. In addition, no significant 
differences or obvious trends were revealed between in-phase and out-of-phase hardening 
behaviors. A possible exception may exist at the 400 to 600~ test condition (Fig. 5) where a 
slight deviation at the 400~ peak was observed. 
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Thermomechanical Microstructures 

A description of the physical attributes of the TMD microstructures will be brief, as they 
were found to be very similar to those developed during isothermal cycling at the maximum 
temperature of the TMD cycle. For example, the microstructure developed during a TMD test 
conducted with a temperature range of 200 to 400~ appeared very similar to that developed 
during an isothermal test at 400~ With this knowledge, we will briefly review the thermo- 
mechanical behavior. 

The microstructures developed in the TMD tests conducted from 200 to 400~ consisted of 
relatively high dislocation densities as a result of strong dynamic strain aging effects (but no 
M23C6). This dislocation density is considerably higher than that found isothermally at 204~ 
where the hardening effects of dynamic strain aging are much reduced. The TMD test develops 
a "400~ microstructure" which is then subjected to loading at temperatures as low as 200~ 
Given this high dislocation density, the hardening exhibited by the 200~ TMD peak stresses 
is a reasonable result. Also, since the material response at 200~ is slightly stiffer than that at 
400~ (E200oc > E400.r the magnitudes of the 200~ peak stresses remain consistently higher 
than those experienced at 400~ (see Fig. 4). 

The microstructures developed in the 400 to 600~ TMD tests are similar to those devel- 
oped during isothermal loading at 593*C and very similar to that which is shown in Fig. 3b. 
This microstructure contains small precipitated M23C6 carbides which serve to effectively pin 
dislocations, and at this size clearly add to the hardening mechanisms of dynamic strain aging 
(solute drag). The extreme "unbounded" hardening can be at least qualitatively rationalized 
on the basis of this microstructure and loading temperature. 

Recall that isothermal deformation below 500~ did not promote precipitation of the 
M23C6, thus, the significant hardening (shown in Fig. 2) at 427 and 4820C is an indication of 
the effectuality of solute drag without the aid of the M23C6 phase. The 400 to 6000C TMD 
condition is unique in the sense that this small carbide is introduced into the microstructure 
(requiring temperatures above 500~ and then subjected to loads at temperatures in the vicin- 
ity of 400~ where the solute drag effects remain very strong and the material has greater stiff- 
ness. The result (shown in Fig. 5) is extreme hardening, as revealed by the 400~ TMD peak 
stress values. This condition of"small carbides" in a microstructure loaded at 400~ cannot 
be represented in a strict isothermal test and as a result, the isothermal database is not capable 
of accurately representing the thermomechanical response. 

In contrast, the 600~ peak stresses from the 400 to 600~ TMD tests exhibit hardening 
trends similar to that displayed isothermally at 5930C. This is a sensible result, given that the 
microstructures developed in the TMD tests are indistinguishable from that which was devel- 
oped in the 593~ isothermal test. 

Microstructures taken from TMD tests with upper temperatures of 800 or 1000~ exhibit 
the typical overaging effects cited earlier in the high temperature isothermal tests. This was the 
case even for the 300 to 800~ TMD microstructure, where the vast majority of the cyclic 
loading occurs at temperatures below which overaging effects occur. In the TMD conditions 
involving 1000~ peaks, the microstructures were very similar to that which is shown in Fig. 
3d. This state clearly supports the lack of cyclic hardening experienced by the 300 to 1000~ 
TMD specimen. 

Thermoviscoplastic Modeling 

Having established a basic understanding of the microstructural changes and loading con- 
ditions leading to the "unbounded" thermomechanical hardening, it is desirable to represent 
this behavior in the context of a macroscopic deformation theory. The approach taken is to 
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extend an established unified thermoviscoplastic constitutive theory proposed by Robinson 
[9,10]. Specifically, an evolutionary law for an internal state variable /3 is formulated to 
account for the isotropic hardening effects induced by precipitation hardening and dynamic 
strain aging under thermomechanical conditions. This proposed state variable/3 is incorpo- 
rated into the cyclic (isotropic) hardening variable (that is, the drag stress, K) in the Robinson 
Model. As a result, the modeling discussion will be limited to a concise presentation of the 
drag stress K, and the proposed extension/3; however, for convenience, a brief description of 
the mathematical framework is given in Appendix A. 

The present modeling objective is intended as guidance and one of presenting a mathemat- 
ical formulation capable of qualitatively representing the observed trends; the objective is not 
one of establishing a fully characterized form for the purposes of quantitative predictions. The 
approach presented represents one possible methodology; other approaches to modeling 
deformation behavior in the presence of metallurgical changes and instabilities can be found 
in Refs 17and 18. 

Isotropic Hardening 

The drag stress K is a scalar internal state variable associated with the isotropic hardening 
of the material, and physically represents a measure of the microstructural dislocation density. 
The evolutionary law, specifying the growth of K, is obtained by differentiating a chosen dis- 
sipation potential function ~2 with respect to K (see Appendix A), resulting in 

Is = - -  H ( K ,  T) ~ = r(K, T) W (1) 

where 

W = Eo* ~ 

This form indicates that the evolution of K is proportional to the effective inelastic work W 
where the proportionality is affected by the current temperature T. More recently, this evo- 
lution law was extended [19] by the inclusion of a nonassociative term Y, yielding 

/s = F(K, T ) W  + Y ( T ) ]  r (2) 

The term Y was introduced to allow a spontaneous change in the drag stress resulting from a 
change in temperature (that is, a spontaneous change in the yield surface associated with a 
change in temperature). The need for this spontaneous change was clearly revealed by a unique 
set of"temperature-step" experiments conducted on Hastelloy X [19]. 

The functions F and Yare as follows: 

F(K, T) = F0(T)p(Z), r(T)p(O) = 0 

where 

Z(K, T) = 

Ks(T)  - K 

K~( T)  - Ko( T)  
and Ko(T) = Ko(T.) - [1 -- e Q0(T*I T-l)] (3) 

-Qo e - Q o [ T . - I - T - I  l 
Y ( T )  = T (4) 
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The function K0(T) is the initial value of  the state variable K (before mechanical cycling) and 
K,(T) is the saturated value of  K after extended cycling. The function I'0(T) is a measure of  
the rate of hardening. The value To is a reference temperature, and Q0 is an "activation 
energy." The function p(Z)  can be taken as 

p(Z)  = A Z "  or p(Z)  = A [ 1  -- e-q 

By selecting appropriate forms for K,(T) and Fo(T), such as those shown in Fig. 10, the iso- 
thermal hardening (strain aging) behavior of  Hastelloy X can be represented. Specifically, the 

[ dX d ( ~ )  ] 
maximum hardening (K or Aa) and hardening rate [ ~ - ~  or --dN- J are experienced at some 

intermediate "peak" hardening temperature Tp. 

Proposed ~ Extension 

Two general trends observed in the TMD data are in need of representation. First, the ther- 
momechanical hardening must be capable of  exceeding the baseline isothermal hardening 
under certain loading paths (for example, TMD at 400 to 600"C). Second, thermomechanical 
paths involving temperatures above the strain aging peak must allow for a form of thermal 
recovery of  the strain aging effects. To this end, an internal state variable ~3 is introduced to 
track the combined hardening effects of solute drag and M23C6 precipitation in Hastelloy X 
under thermomechanical conditions. An evolutionary law featuring "competing mecha- 
nisms" is proposed as follows 

/3 = ~ ( T ) W -  ~(T)  (5) 

where 

kO( T) = Aet-~r- rp ~/pj 

and 

�9 (T)  = Be f~ 

where T~ represents the strain aging peak temperature, Q, and Tr are the activation energy and 
reference temperature for recovery effects, respectively, and A, B and p are material constants. 
The functions xI,(T) and ,I,(T) are plotted in Fig. 1 1. 

The hardening term ~(T)  is non-zero only near the strain aging peak temperature rip. Thus, 
the first term in Eq 5 is also non-zero only when the temperature is in the vicinity of Tp. Fur- 
ther, this term contributes to ~ only if effective inelastic work is being incurred ( W :~ 0). This 
structure is consistent with the "dynamic" nature of the strain aging phenomenon and also 
represents the macroscopic hardening effects promoted by the presence of the M23C6 carbide 
phase, where time spent in the vicinity of  the peak temperature accompanied by inelastic work 
enhance the precipitation of  the carbide in the non-overaged state. 

The function ,I,(T) is an Arrhenius form that allows for thermal recovery of j3 when the 
temperature exceeds the peak temperature Tp and mechanisms such as dislocation climb 
become significant. Time at temperature above Tp leads to ~3 < 0 and allows for partial or 
complete erasure of hardening that may have occurred by exposure to cycling at temperatures 
near Tp. Thus, the framework reflects the observed thermal recovery and microstructural over- 
aging effects exhibited in Hastelloy X where the M23C6 carbides are seen to coalesce and 
enlarge, and well ordered dislocations are found at cell boundaries. 
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FIG. 1 O--Appropriate forms of a) Ks(T) and Ko(T), and b) to(T) which represent the isothermal isotropic 
hardening behavior associated with dynamic strain aging and precipitation hardening effects in Hastel- 
loy X. 

The dependence of the drag stress on/3 enters in the evolution law (Eq 2) through the func- 
tion I'. Here, F is taken as F(K, T,/3) where dependence on/3 enters through the functions 
K,((/3),T) and F0((/3),T) 

[/3; /3>0 
(/3) = O; / 3 s O  

This dependence is proposed as illustrated in Fig. 12. With 13 = 0, Ks and F0 will maintain their 
respective forms illustrated in Fig. 10. As/3 increases according to its evolution equation, Ks 

Tp T 

FIG. 11--Appropriate forms of ~(T) and ~(T) capable of representing the unbounded thermomechan- 
ical isotropic hardening features associated with dynamic strain aging and precipitation hardening in Has- 
telloy X. 
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FIG. 12--Evolutionary trends of(a) K,(13, T) and (b) F0(/3, T) associated with increasing j3. 

and F0 evolve as shown in Fig. 12 and are capable of reflecting the isothermally "unbounded" 
thermomechanical hardening trends observed in this set of experiments. Further, this math- 
ematical structure allows the thermomechanical hardening to be dominated by effects asso- 
ciated with the "hot" end of the cycle. 

S u m m a r y  and C o n c l u s i o n s  

Closely controlled thermomechanical deformation tests were conducted to investigate the 
hardening behavior of a model dynamic strain aging alloy, Hastelloy X. Isothermal and ther- 
momechanical behaviors were compared and analyzed on the basis of phenomenological and 
microstructural observations. Isothermally "unbounded" thermomechanical behavior was 
observed over certain temperatures and qualitatively associated to microstructural changes. 
With a working understanding of this association, an extension is proposed to an existing mac- 
roscopic unified thermoviscoplastic constitutive theory to give guidance and insight on mod- 
eling the thermomechanical trends. The following results and conclusions were established: 

1. Dynamic strain aging effects were found to be present in Hastelloy X at temperatures 
ranging from ~200 to 700~ 

2. Precipitation of Cr-rich M23C6 carbides occurred at temperatures above ~ 500~ where 
their presence, in a non-overaged state, promoted marked hardening. 

3. Isothermal hardening trends revealed a strain aging peak at ~500 to 650~ with maxi- 
mum increases above first cycle peak stresses in excess of 85%. These maxima were deter- 
mined to be promoted by combined effects of dynamic strain aging and M23C6 precipi- 
tation hardening. 

4. Thermomechanical hardening trends unique to the isothermal database were found to 
exist under cyclic conditions where the maximum temperature did not exceed that at 
which microstructural overaging began (T~ax --< ~ 650~ Of the TMD conditions inves- 
tigated, this included the 200 to 400 and 400 to 600~ cycles. 
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5. Microstructures of material subjected to TMD cycles were similar to those developed 
during isothermal cycling at the maximum temperature of the TMD cycle. 

6. A mathematical structure was formulated as an extension to a macroscopic thermovis- 
coplastic deformation theory to reflect the thermomechanical path dependent isotropic 
hardening in Hastelloy X. 
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A P P E N D I X  A 

Mathematical Framework of the Robinson Model 

The general mathematical framework used in the Robinson model evolves from a class of 
constitutive equations originally derived from the gradient of a complementary dissipation 
potential function, ft. This function is defined as 

where 

= ~(,r,. c~o, K, T) 

f~ = ~2(F, G, T)  = O i ( T ) f f ( F  ) dF + Og(T)fg(G) dG 

(6) 

(7) 

F J2 1 and G J2 
K: K 2 

J2 = �89 E0 = S u -  a0 

J2 = ~aija~ a,j = a,j -- ~akk~,j 

S,j = a U - -  ~akk6,j 

Here a,j is the applied stress, agj is the internal (or back) stress, Kis the drag stress, and Tis the 
temperature. For initially isotropic materials, f~ can be taken [9,20,21] to depend upon the 
principal invariants of deviatoric stress quantities through scalar functions F and G. The 
applied stress dependence enters through F which plays the role of  a Bingham-Prager yield 
function; the drag stress Kplays the role ofa  Bingham threshold shear stress [22], below which 
the inelastic stain rate vanishes. Models developed from this potential/normality structure 
have been shown [23] to be consistent with a simple thermodynamic formalism. Also, this 
general framework has been used [9,10, 20, 21 ] as a starting point for various viscoplastic mod- 
els of isotropic and anisotropic metals. 

Shown in the following equations are the flow law ~ij for the inelastic strain, and the evolu- 
tionary laws for the internal stress (aij) and drag stress (K), obtained by differentiating the dis- 
sipation potential function (fl) with respect to the applied stress, internal stress, and drag stress, 
respectively. 

~ i j -  0~2 0I(T ) 
& r i j -  K 2 f (F)E~  

ao = --h(akl, T)  ~ = h(a)~ o - og(r)r(G)a~ 

(8) 

(9) 
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r(G) = h(G)g(O) 

O9 
I( = --H(K, T ) - ~  = r(K, T)W (lO) 

PV = Z~0 

The functions Oy and Og are typically taken with Arrhenius forms. Various specializations of 
this framework can be found in the references cited. 
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Damage Mechanisms in Bithermal and 
Thermomechanical Fatigue of Haynes 188 

REFERENCE: Kalluri, S. and Halford, G. R., "Damage Mechanisms in Bithermal and Ther- 
momechanicai Fatigue of Haynes 188," Thermomechanical Fatigue Behavior of Materials, 
A S T M  STP 1186, H. Sehitoglu, Ed., American Society for Testing and Materials, Philadelphia, 
1993, pp. 126-143. 

ABSTRACT: Post failure fractographic and metallographic studies were conducted on Haynes 
188 specimens fatigued under bithermal and thermomechanical loading conditions between 316 
and 760~ Bithermal fatigue specimens examined included those tested under high strain rate 
in-phase and out-of-phase, tensile creep in-phase, and compressive creep out-of-phase loading 
conditions. Specimens tested under in-phase and out-of-phase thermomechanical fatigue were 
also examined. The nature of the failure mode (transgranular versus intergranular), the topog- 
raphy of the fracture surface, and the roles of oxidation and metallurgical changes were investi- 
gated for each type of bithermal and thermomechanical fatigue test. 

KEYWORDS: damage mechanisms, bithermal fatigue, thermomechanical fatigue, fractogra- 
phy, metallography, oxidation, cobalt-base superalloy 

Nomenclature 

ti 
CCOP 
HRIP 
HROP 
Ul 
TCIP 
TMIP 
TMOP 
O-comp 

ffm 

O'tens 

A~et 
Z~f-in 
A~ t 
Aa 

Time to failure 
Compressive creep out-of-phase bithermal fatigue test 
High strain rate inphase bithermal fatigue test 
High strain rate out-of-phase bithermal fatigue test 
Number  of  cycles to failure 
Tensile creep in-phase bithermal fatigue test 
Thermomechanical  in-phase fatigue test 
Thermomechanicat  out-of-phase fatigue test 
Stress at peak compressive mechanical strain 
Mean stress, (O'tens -I- acomp)/2 
Stress at peak tensile mechanical strain 
Elastic mechanical strain range 
Inelastic mechanical strain range 
Total mechanical strain range, A~el q'- ACin 
Stress range, O'tens - -  O'comp 

Introduction 

Thermomechanical  fatigue (TMF), where temperature as well as mechanical loading are 
applied simultaneously to engineering materials, can involve damage mechanisms that differ 
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significantly from those in isothermal fatigue (IF). To understand these mechanisms, it is 
imperative that extremes in the phasing of temperature and mechanical loading be explored. 
Investigators commonly perform in-phase (maximum temperature synchronized with the 
imposed peak tensile strain) and out-of-phase (maximum temperature synchronized with the 
imposed peak compressive strain) TMF experiments on material specimens [1 ]. Even though 
the task of conducting TMF tests has been greatly simplified due to advances in computer- 
controlled fatigue testing, it is still very time-consuming, labor-intensive, and consequently 
expensive, especially at very small mechanical strains. These circumstances have hindered 
generation and usage of conventional TMF test data as a basis for TMF life prediction 
modeling. 

Bithermal fatigue (BF) testing was originally employed to selectively impose time-depen- 
dent inelastic strain (creep) either in tension or compression during a creep-fatigue cycle 
[2,3 ]. Halford [ 1 ] summarized bithermal fatigue testing techniques, the simplicity of BF tests 
over conventional TMF tests, and the prior research by several investigators who had 
employed BF tests to characterize the fatigue behavior of numerous alloys. A few years ago 
Halford and his coworkers [4] proposed BF as a potential link between IF and TMF. The ratio- 
nale was that the simplified BF tests containing two different isothermal segments (tensile and 
compressive halves of the hysteresis loop) could emulate the damage mechanisms of TMF tests 
with the same temperature limits. 

To verify this philosophy, load-controlled, strain-limited BF tests and strain-controlled 
TMF tests were conducted on a wrought cobalt-base superalloy, Haynes 188, between the tem- 
peratures of 316 and 760~ Both in-phase and out-of-phase BF and TMF tests were con- 
ducted between these temperature limits. The fatigue life data and the cyclic stress-strain 
response of Haynes 188 in the BF and TMF tests were previously reported [5]. In this study, 
fractography and metallography were used on a few fatigued specimens to failure in an effort 
to establish the similarities as well as differences in the damage mechanisms of BF and TMF 
for Haynes 188 superalloy. The roles of surface oxidation, grain boundary activity (for exam- 
ple, grain boundary sliding), microstructural changes, and modes of failure in BF and TMF of 
Haynes 188 are discussed. 

Material Details 

The cobalt-base superalloy, Haynes 188, is a solid solution strengthened alloy that exhibits 
high strength, excellent oxidation resistance, and good ductility. Annealed Haynes 188 has a 
face-centered cubic matrix, a random distribution of M6C carbides, and a lanthanum-rich 
phase that is associated with some of the M6C carbides [6, 7]. If  Haynes 188 is thermally aged 
between 704 and 9820C then M23C6 type of carbides are precipitated first at the grain bound- 
aries and later at the twin boundaries as the exposure time is increased [6-8]. After prolonged 
exposure times there is a tendency for the formation of Laves phase in Haynes 188 [6, 7]. These 
metallurgical instabilities increase the hardness and decrease the ductility of Haynes 188 in the 
post-aged condition compared to the annealed condition. However, ductility of the superalloy 
can be restored and retained by the material for extended periods [6] by reannealing at 1178~ 

Wrought Haynes 188 was purchased in the form of 16-mm thick rolled plates from a com- 
mercial vendor. The as-received material had a hardness of Rockwell 'C' 22, which implied a 
solution-annealed condition [6]. The chemical composition of the superalloy in weight per- 
cent was determined to be the following: <0.0005-S; <0.2 ppm-P; 0.06-N; 0.l-C; 0.4-Si; 
<0.3 ppm-La; 1.6 ppm-Fe; 3.6-Mn; 17.8-W; 21.0-Ni; 22.3-Cr and the balance was cobalt. 
Microstructure of the as-received material (Fig. 1) exhibited grains with a large number of 
twins and the nominal diameters of the grains varied from 15 to 120 um. Typical elastic mod- 
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FIG. 1 Microstructure of as-received Haynes 188. 

uli and tensile properties of  Haynes 188 are available in a handbook [9] and are also listed in 
Refs 5 and 10. 

Fatigue Experiments 

Bithermal and Thermomechanical Tests 

Typical BF tests [ 1,4,5] consist of two load-controlled, strain-limited, isothermal segments 
of loading, one each for tensile and compressive halves of  the hysteresis loop (Fig. 2). Tem- 
perature of  the specimen is changed between the higher and lower values under zero load in a 
BF test to facilitate free thermal expansion of the specimen. During an in-phase BF test, the 
tensile half of the hysteresis loop occurs at the higher isothermal temperature, whereas during 
an out-of-phase BF test it occurs at the lower isothermal temperature. The mechanical and 
thermal strains are applied to the specimen sequentially in load-controlled BF tests as opposed 
to the conventional strain-controlled TMF tests in which the mechanical and thermal strains 
are applied simultaneously to the specimen (Fig. 2). 

In a BF test at the higher temperature, time-independent inelastic strain (high loading rate, 
Fig. 2) or time-dependent inelastic strain (high loading rate followed by a load-hold, Fig. 2) or 
a combination of  the two can be imposed on the specimen. Thus, by properly choosing the 
temperature limits, loading rates, and load levels in a BF test, it is possible to induce the time- 
independent and time-dependent damage mechanisms separately under non-isothermal con- 
ditions [1]. Conventional TMF tests do not permit such a separation of damage mechanisms 
because of  the relatively long cycle times that are required to accommodate the continuous 
temperature change in a cycle. The BF tests can capture the potential thermal free expansion 
mismatch straining effect that can occur between the surface oxide layers and the substrate 
material during a non-isothermal cycle [I].  However, there is a possibility of thermal recovery 
of  the material during the temperature changes under zero load in BF tests that is not neces- 
sarily present in TMF tests. If  simultaneously applied thermal and mechanical strains precip- 
itate some synergistic damage mechanisms in a material, then BF tests would not be able to 
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FIG. 2--Schematic hysteres& loops of  bithermal and thermomechanical fatigue tests: (a) Bithermal 

high rate in-phase test (HRIP); (b) Bithermal high rate out-of-phase test (HROP); (c) Bithermal tensile 
creep in-phase test (TCIP); (d) Bithermal compressive creep out-of-phase test (CCOP); (e) Thermome- 
chanical in-phase test (TMIPJ; and (f) Thermomechanical out-ofphase test (TMOP). 

capture such damage mechanisms [11]. The main advantage of BF tests over TMF tests are 
the simplicity with which BF tests can be conducted and the ease of interpreting the results of  
BF tests. However, the total t ime required to execute a BF cycle is of the same order as that of 
a T M F  test. In summary, BF tests can capture some of  the damage mechanisms that prevail 
in conventional T M F  tests. For  additional details on bithermal and thermomechanical fatigue 
tests, the reader is referred to Refs 1, 4, and 5. 

Specimens and Test Equipment 

Hourglass fatigue specimens [10] with a minimum test section diameter of  6.4 mm were 
machined with the longitudinal axis of  the specimen parallel to the final rolling direction of  
the Haynes 188 plates. Test specimens were heated to the required test temperature in air by 
a direct resistance method. Control of  temperature at the minimum cross section of the hour- 
glass specimen was accomplished by chromel-alumel thermocouples spot welded at a cali- 
brated location of  5-ram away from the min imum cross section of the specimen. This was 
done to prevent premature cracking from thermocouple spot welds near the minimum cross 
section of the fatigue specimen. All the tests were conducted on a uniaxial servohydraulic 
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fatigue rig. Test control was performed with a commercially available minicomputer inter- 
faced to the hydraulic and temperature servocontrollers. A diametral extensometer described 
in detail by Hirschberg [12] was used to measure displacements at the minimum cross-section 
of  the specimen. Additional details on specimen geometry, temperature measurement tech- 
niques, and test equipment are available in Ref 10. 

Fatigue Data 

Bithermal and thermomechanical fatigue tests were conducted between 316 and 760"C on 
Haynes 188 hourglass fatigue specimens [5]. Bithermal in-phase (HRIP and TCIP) and out- 
of-phase (HROP and CCOP) fatigue tests were conducted by first cycling the specimen for a 
few cycles between the higher and lower temperatures (under load control at zero load) to 
obtain stabilized thermal strains and then superimposing the required mechanical strains to 
obtain the total strain limits for the test. For each bithermal cycle, the temperature variation 
time was 180 s, with 75 s for heating (direct resistance) and 105 s for cooling (conduction and 
natural convection). The total time per cycle in a BF test depended upon the specific loading 
condition. Both in-phase (TMIP) and out-of-phase (TMOP) TMF tests were conducted under 
strain-control with a cycle time of  180 s. Failure in BF and TMF tests was defined as a 50% 
drop in the tensile peak load from the stabilized value. Additional details on the procedures 
adopted for performing the BF and TMF tests are documented in Refs 5 and 10. For BF and 
TMF tests, the measured diametral displacements were subsequently converted to longitudi- 
nal strains. 

All the bithermal and thermomechanical fatigue data generated on Haynes 188 between the 
temperatures of  316 and 760~ the corresponding fatigue life relationships, and the cyclic 
stress-strain relationships were reported earlier [5]. The bithermal and thermomechanical 
fatigue data of  Haynes 188 are plotted in terms of  total strain range versus cyclic life in Fig. 3. 
The fatigue life curves are shown only for the bithermal HRIP and HROP tests and serve as 
the reference curves for comparing the fatigue lives of  other types of  BF and TMF tests. The 
constants for the bithermal HRIP and HROP fatigue life curves were obtained from Ref 5. 
The bithermal HRIP life curve is lower than the corresponding bithermal HROP life curve 
indicating that even when no time-dependent inelastic strains are present, in-phase bithermal 
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FIG. 3--Bithermal and thermomechanical fatigue data of Haynes 188 between 316 and 760"C (from 
Re f5). 
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TABLE 1--Selected Haynes 188 a fatigue test specimens for fractographic and metallographic 
investigations. 

Test Temperature, AEd, A~in , A~t, O'tens , O'comp , Ao-, 
Type *C b % % % MPa MPa MPa am, MPa Nf t~, h 

HRIP 760 < - >  316 0.60 0.35 0.95 541 -598 1 1 3 9  -28.5 1421 78.9 
HROP 316 < - >  760 0.63 0.34 0.97 620 --570 1190 25.0 2799 163.2 
TCIP 760 < - >  316 0.50 0 . 2 1  0.71 379 --583 962 --102.0 1940 137.8 
CCOP 316 < - >  760 0.50 0.56 1.06 664 -299  963 182.5 647 133.9 
TMIP 760 < - >  316 0.70 0.46 1.16 543 -794 1 3 3 7  --125.5 829 41.1 
TMOP 316 < - >  760 0.56 0.27 0.83 661 -415 1076 123.0 720 36.0 

"Data from Ref 5. 
b For bithermal tests, temperatures under tensile and compressive loads, respectively. For thermo- 

mechanical tests, temperatures at peak tensile and compressive strains, respectively. 
c For bithermal tests, tf values include the temperature cycling time of 180 s/cycle. 

loading is more damaging than out-of-phase bithermal loading for Haynes 188 (Fig. 3). The 
HRIP life curve more or less serves as the upper bound for the bithermal and thermomechan- 
ical in-phase fatigue data. Likewise, the HROP life curve forms an upper bound to the out-of- 
phase bithermal and thermomechanical  fatigue data. Comparison of bithermal TCIP and 
CCOP data shows that at higher strain ranges TCIP loading is more damaging than the CCOP 
loading. However, this difference appears to diminish at lower strain ranges. The TMF data 
clearly show that at higher strain ranges TMIP loading is more damaging than TMOP loading 
and that at lower strain ranges TMOP loading is more damaging than TclP loading. 

In this study, one failed fatigue specimen from each of  the four types of BF tests (HRIP, 
HROP, TCIP, and CCOP) and the two types of TMF tests (TMIP and TMOP) was selected to 
conduct fractographic and metallographic investigations. Samples with a total strain range, A~, 
of  approximately 1% were selected for these investigations. In the case of  TCIP tests, the frac- 
ture surface of the specimen tested at a total strain range of  !.08% was damaged due to arcing 
after failure of  the specimen. Therefore, another TCIP test specimen with a AE, of 0.71% (next 
closest AE, to 1%) was used in this study. The test type, test parameters, and fatigue life corre- 
sponding to each of  the selected specimens are listed in Table 1. Cycle times of  the TCIP and 
CCOP tests were longer than the cycle times of  the HRIP, HROP, TMIP, and TMOP tests. In 
Table 1, the reported strain ranges are longitudinal mechanical strain ranges. 

Fractography 

From each fatigue specimen listed in Table 1, one half was used for fractography and the 
other for metallographic investigation of  a longitudinal section. The fractographic samples 
were sputter-coated with palladium to improve the fracture surface images in a scanning elec- 
tron microscope. Fatigue cracks that caused failure initiated at the surface in all BF and TMF 
test specimens. 

In the bithermal HRIP and HROP tests (Table 1), as in the case of an isothermal high rate 
strain cycling fatigue test, transgranular cracking and fatigue striations were observed (Fig. 4). 
A larger number of  striations was visible in the HROP test than in the HRIP test. This is pos- 
sibly due to the higher cyclic life of  the HROP test (Table 1). In both cases the observed stri- 
ations exhibited nonuniform spacing and direction, which indicated an irregular crack front 
movement  compared to classic fatigue striations. These striations are referred to as "distorted" 
striations. The "distorted" striations indicate the presence of  secondary grain boundary activ- 
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132 THERMOMECHANICAL FATIGUE BEHAVIOR OF MATERIALS 

FIG. 4--Transgranular fracture and striations in bithermal fatigue tests: (a) HRIP test and (b) HROP 
test. 

ity (for example, grain boundary sliding) possibly caused by crystallographic slip in these types 
of bithermal tests. 

In the bithermal TCIP test, fracture surface topography indicated intergranular cracking 
and no striations were observed (Fig. 5). Multiple regions of intergranular cracking were 
observed and the area between these regions failed in a ductile, tearing mode. On the contrary, 
the fracture surface of the bithermal CCOP test exhibited a transgranular mode of failure and 
heavily "distorted" striations (Fig. 6), possibly due to grain boundary sliding in compressive 
creep and the subsequent tensile plasticity. Similar failure modes were observed for an austen- 
itic stainless steel under isothermal, tensile creep reversed by compressive plasticity, and com- 
pressive creep reversed by tensile plasticity, cyclic loading conditions [ 13,14]. 
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FIG. 5--Intergranular cracking in bithermal TCIP test. 

Fracture surface topography for the thermomechanical TMIP test was distinctly intergran- 
ular with no striations (Fig.7). These fracture surface features are similar to those observed in 
the bithermal TCIP test (Fig. 5). In the case of the TMOP test the fracture surface was trans- 
granular with mildly "distorted" striations (Fig. 8). However, occasional regions ofintergran- 
ular fracture were also observed. The mildly "distorted" striations indicate a lower level of  
grain boundary activity (for example, grain boundary sliding) in the TMOP test as compared 
to the CCOP test (Fig. 6). 

Metallography 
Oxidation 

Specimens were longitudinally sectioned and mounted in bakelite to preserve the oxide 
laden edges during sample preparation. The polished specimens were then photographed 
before etching (to preserve the oxide layer) with an optical microscope to document the oxi- 

FIG. 6--Transgranular cracking and heavily "distorted" striations in bithermal CCOP test. 
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FIG. 7--1ntergranular fracture in TMIP test. 

dation patterns and to compare qualitatively the thicknesses of  the oxide layers formed in the 
bithermal and thermomechanical fatigue tests. For the metallographic photographs presented 
in this paper (Figs. 9 to 16), vertical direction of  the page corresponds to the mechanical load- 
ing direction of the hourglass fatigue specimen. No discernible oxide formed in the bithermal 
HRIP test on the external surface of the specimen. In the case of  the bithermal HROP test very 
small amounts of  oxide were noticed near the opened fracture surface. In the bithermal TCIP 
test oxide formed along the grain boundaries and secondary cracks (Fig. 9a; gray-colored 
regions are oxides). Extensive formation of  oxide was observed on the fracture and external 
surfaces of the bithermal CCOP test specimen as shown in Fig. 9b. In this test the specimen 
was subjected to the lowest creep stress at high temperature for the longest amount  of t ime 
among the four bithermal tests. In the TMIP test, formation of  oxide was observed on the 
fracture surface and in the intergranular cracks, see Fig. 10a. The oxidation pattern in the 
TMIP test is similar to that in the TCIP test (Fig. 9a). A large amount  of oxide was observed 
on the side of the specimen in the TMOP test as shown in Fig. 10b. A moderate amount  of  
oxide was also observed along the main crack that caused failure in the TMOP test. The thick- 
ness of  oxide scale formed in the TMOP test was less than that formed in the CCOP test (Fig. 
9b), which had a longer t ime to failure. 

FIG. 8--  Transgranular fracture and mildly "distorted" striations in TMOP test. 
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FIG. 9--Oxide formation in bithermal tests: (a) TCIP test and (b) CCOP test. 

Microstructure 

After examining all metallographic samples for oxidation, they were electrolytically etched 
in 5% hydrochloric acid solution with 4 V - 0.5 A current for 1 to 5 s. The metallographic 
samples were also sputter-coated with palladium to improve the images in a scanning electron 
microscope. The microstructures of all specimens tested under bithermal and thermome- 
chanical fatigue displayed precipitation of carbides, most likely M23C6, predominantly along 
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FIG. l O--Oxide formation in therrnomechanical tests: (a) TMIP test (b) TMOP test. 

the grain boundaries and sometimes along the twin boundaries as reported in Ret~ 6 to 8. The 
testing times involved in these fatigue experiments were less than 200 hours which precluded 
the formation of  Laves phase [6, 7]. 

Grain boundary carbide precipitation near a secondary crack that was close to the fracture 
surface in the bithermal HRIP test is shown in Fig. 11. In the bithermal HROP test (Fig. 12), 
the following were observed: Small amounts of M23C6 carbides within the grains (in addition 
to  the precipitation along the grain and twin boundaries) and crystallographic slip that pro- 
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FIG. 1 1 --Grqin boundary carbide precipitation near a secondary crack in the bithermal HRIP test. 

duced distortion of  the twin boundaries. The microstructures of bithermal HRIP and HROP 
tests, while exhibiting subtle differences, were basically similar. In the TCIP test, precipitation 
and accumulation of M23C6 carbides along the grain boundaries and cracking of  transversely 
oriented grain boundaries were noticed (Fig. 1 3). In the CCOP test, distortion of grains and 
twins due to plastic deformation (probably due to tensile overload at the end of the test) 
occurred in addition to the intergranular precipitation of  carbides, see Fig. 14. 

Microstructure of  the TMIP test (Fig. 15) indicated small amounts ofintergranular M23C6 
carbide precipitation and an accumulation of these carbides in some locations. Intergranular 
fracture along nearly transversely oriented grain boundaries is distinctly visible in Fig. 1 5. 
Intergranular carbide precipitation and cracking within the longitudinal grain boundaries 
were observed in the TMOP test (Fig. 1 6). However, the main crack that caused failure in the 

FIG. 12--1ntragranular precipitation of carbides, distortion of a twin, and slip plane activity in the 
bithermal HROP test. 
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FIG. 13--Grain boundary carbide precipitation and cracking of transverse grain boundaries in the 
bithermal TCIP test. 

TMOP test was transgranular. Table 2 summarizes the main fractographic and metallographic 
observations. 

Discussion 

Topographies o f  Fracture Surfaces 

The bithermal HRIP and HROP tests, due to their high rate of loading, excluded time- 
dependent creep deformation. The fracture surfaces exhibited transgranular cracking and 
slightly "distorted" striations (Fig. 4). Among the bithermal tests that contained creep, the 
TCIP test exhibited intergranular cracking and no striations (Fig. 5) whereas the CCOP test 
exhibited transgranular fracture and highly "distorted" striations, see Fig. 6. These results indi- 

FIG. 14--Distortion of twins and precipitation of carbides in the bitherrnal CCOP test. 
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FIG. 15--Intergranular carbide precipitation andJ~acture in TMIP test. 

cate that formation of  striations occurred both at 316 and 760~ in BF tests whenever tensile 
time-independent plastic deformation was applied. The highly "distorted" striations in the 
bithermal out-of-phase CCOP test indicate a higher level of  interaction between the striations 
and the grain boundaries they intersect than that encountered in the bithermal out-of-phase 
HROP test. Since the CCOP test involved compressive creep instead of compressive plasticity 
at 760~ it is inferred that this creep deformation contributed to the interaction between the 
grain boundaries and striation formation. Potential mechanisms for such an interaction might 
be grain boundary sliding, intergranular carbide precipitation, or a combination of both. 

It is indicated earlier in the paper that most of  the fracture surface features of  the TCIP and 
TMIP tests (Figs. 5 and 7) as well as the CCOP and TMOP tests (Figs. 6 and 8) are similar. 
Such a resemblance for Haynes 188 indicates the absence of  synergistic damage mechanisms 

FIG. 16--1ntergranular carbide precipitation and cracking of longitudinal grain boundaries in TMOP 
test. 
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in TMF due to simultaneous application of  temperature and mechanical loads within the tem- 
perature range of 316 to 760~ The resemblance between the fracture surfaces of BF and TMF 
tests is not unexpected because the TMF tests, both in-phase and out-of-phase, embody the 
same deformation modes as those in the BF tests. For instance, in the TMIP test, creep and 
plasticity are applied in tension with plasticity in compression, which is similar to the com- 
bination of  deformations in TCIP and HRIP tests. Likewise, in a TMOP test, creep and plas- 
ticity are applied in compression with plasticity in tension, which is similar to the deformation 
in a combination of CCOP and HROP tests. 

Oxidation Patterns 

In both the BF and TMF tests (except in the CCOP test) the thicknesses of the oxide layers 
are small (Figs. 9 and 10). This is a testimony to the oxidation resistance of Haynes 188. How- 
ever, at temperatures greater than 760~ oxidation may play an important role in limiting the 
fatigue life of  Haynes 188. Oxides formed mainly along the grain boundaries in the bithermal 
TCIP and thermomechanical TMIP tests as shown in Figs. 9 and 10. No oxidation of grain 
boundaries was noticed in the CCOP and TMOP tests. Instead, in these tests oxides formed 
on the outer specimen surfaces and along the main transgranular cracks that caused fatigue 
failure. These observations indicate that the formation of  oxide along the grain boundaries is 
prevalent in the presence of  tensile creep, which is common for both the TCIP and TMIP tests. 

Microstructural Changes and Intergranular Cracking 

In the BF as well as TMF tests, the microstructure of  the failed samples revealed precipita- 
tion of M23C6 carbides mainly along the grain boundaries and occasionally along the twin 
boundaries and within the grains. Precipitation and accumulation of  carbides along the grain 
boundaries and cracking of  the transversely oriented grain boundaries was noticed in the TCIP 
and TMIP tests (Figs. 13 and 15). Tensile creep, which is present in both the TCIP and TMIP 
tests, appears to induce cracking along the grain boundaries that are nearly perpendicular to 
the loading direction. Grain boundary carbide precipitation and accumulation were also 
observed in both CCOP and TMOP tests. However, cracking within the longitudinally ori- 
ented grain boundaries was observed in some areas only in the TMOP test (Fig. 16). The sig- 
nificance of  this observation is unknown. It is believed that the accumulation of carbide pre- 
cipitates in the grain boundaries caused embrittlement and made them susceptible to fracture 
at prolonged exposure times. 

Fatigue Lives and Damage Mechanisms 

The bithermal HRIP fatigue lives were lower than the bithermal HROP fatigue lives (Fig. 
3). The slightly higher amounts of fracture surface oxidation observed in the HRIP test spec- 
imen (Table 2), possibly due to the application of  tensile plasticity at 760~ may have con- 
tributed to the reduction in the HRIP fatigue lives compared to the HROP fatigue lives. It is 
not clear at this time whether the intragranular carbide precipitation observed only in the 
HROP test has any beneficial effect on fatigue life (Fig. 12). At higher strain ranges, the fatigue 
lives of  TCIP and TMIP tests are lower than those of  CCOP and TMOP tests (Fig. 3) because 
the former tests exhibited intergranular cracking, whereas the latter tests exhibited transgran- 
ular cracking. However, at lower strain ranges this trend in bithermal and thermomechanical 
fatigue lives appears to reverse itself, especially in the case of TMIP and TMOP tests (Fig. 3). 
To explain this trend reversal in fatigue lives, the following points should be considered. The 
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TABLE 2--Summary of damage mechanisms in bithermal and thermomechanical fatigue 
of Haynes 188. 

141 

Grain Boundary 
Test Carbide Intergranular Transgranular Striation Location and Extent of 
Type Precipitation Cracking Cracking Formation Oxidation 

HRIP 

HROP 

V 

V 

V V 

TCIP 
TMIP i/ V 

V 

CCOP 

TMOP 

V V a 

V V Small amounts on fracture 
surface 

V V Very small amounts near 
the opened fracture 

surface 
Medium amounts on the 

fracture surface and 
within the secondary 

cracks along the grain 
boundaries 

V V Large amounts on the 
fracture and external 

surfaces 
V V Medium amount on the 

fracture surface and large 
amount on the external 

surface 

a Observed in some areas along the longitudinal grain boundaries. 

out-of-phase CCOP and TMOP tests generated tensile mean stresses (Table 1) in the hysteresis 
loops (as opposed to the compressive mean stresses in the in-phase TCIP and TMIP hysteresis 
loops). The effect of these tensile mean stresses on fatigue life typically increases as the total 
strain range decreases [15]. In general, the CCOP and TMOP test specimens exhibited more 
oxidation on the external and fracture surfaces than the TCIP and TMIP test specimens (Table 
2). These two observations seem to suggest that at lower strain ranges in the CCOP and TMOP 
tests, which exhibited transgranular cracking (with the exception of the longitudinal grain 
boundary cracking observed in the TMOP test), the combined effect of tensile mean stress and 
oxidation may be more detrimental to fatigue lfie than the intergranular cracking observed in 
the in-phase TCIP and TMIP tests. Note that the bithermal HROP tests also generated tensile 
mean stresses in the hysteresis loops (Table 1). However, the magnitudes of  these mean stresses 
are relatively small in comparison to the magnitudes of  those generated in the CCOP and 
TMOP tests and therefore may not have a significant detrimental effect on the HROP fatigue 
lives. 

Several similarities were observed to exist in the modes of  cracking, formation of oxide lay- 
ers, and metallurgical microstructures among the in-phase and out-of-phase BF and TMF 
fatigue tests of  Haynes 188. These similarities provide phenomenological bases for the use of 
bithermal fatigue data in thermomechanical fatigue life prediction. Indeed, Halford et al. 
[16] successfully predicted the in- and out-of-phase T M F  fatigue lives of  Haynes 188 to within 
nearly a factor of  2 by using the BF data shown in Fig. 3 to characterize the constants in the 
total strain version of  the Strain Range Partitioning method. However, it must be pointed out 
that the similarities among the damage mechanisms of  BF and T M F  tests, which are observed 
in this study for Haynes 188 in the temperature regime of  316 to 760~ may not exist for other 
materials and temperature regimes. Thus, it is the responsibility of the fatigue life estimator to 
ascertain that there are indeed similar damage mechanisms occurring in BF and TMF tests 
before attempting to use the BF data as the basis for T M F  life prediction. 
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Conclusions 

Fractographic and metallographic investigations were conducted on six specimens of 
Haynes 188 that were fatigued to failure under in-phase and out-of-phase bithermal and ther- 
momechanical loading conditions between 316 and 760~ These investigations identified the 
prevailing damaging mechanisms in both bithermal and thermomechanical fatigue tests. 

Bithermal fatigue specimens tested under high strain rates (in-phase as well as out-of-phase) 
exhibited mildly "distorted" striations, transgranular cracking, and small amounts of fracture 
surface oxidation. Fatigue specimens of  in-phase bithermal and thermomechanical tests 
involving tensile creep cracked in intergranular fashion with oxidation primarily along the 
grain boundaries. In out-of-phase bithermal and thermomechanical fatigue test specimens 
subjected to compressive creep, transgranular cracking and surface oxidation were observed. 
In all the specimens examined, precipitation of carbides were noticed primarily along the grain 
boundaries and occasionally along the twin boundaries and within the grains. Among the tests 
that imposed creep loading on the specimens, cracking of  transverse grain boundaries was 
observed in in-phase bithermal and thermomechanical fatigue tests, whereas longitudinal 
grain boundary cracking was observed in some locations only in the out-of-phase thermo- 
mechanical fatigue test. 

Based on the similarities that exist among the damage mechanisms of  bithermal and ther- 
momechanical fatigue tests, it was concluded that for Haynes 188 between 316 and 760~ 
bithermal fatigue tests could be used as the basis for thermomechanical fatigue life prediction. 
However, this conclusion needs to be generalized for other materials, temperature regimes, 
and environmental conditions. 
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ican Society for Testing and Materials, Philadelphia, 1993, pp. 144-156. 

ABSTRACT: A recently developed cumulative creep-fatigue damage model is applied to the pre- 
diction of thermomechanical and isothermal cumulative creep-fatigue loading histories. The 
model utilizes damage curve expressions to describe cumulative damage evolution under creep- 
fatigue conditions, qualitatively grouped according to dominant damage mechanism or mode. 
The damage coupling concept of McGaw is employed to describe the cumulative interaction 
among different mechanisms and modes. In this study, experiments consisting of two-level load- 
ings of thermomechanical fatigue (both in-phase and out-of-phase) followed by isothermal 
fatigue to failure, were conducted on 316 stainless steel. It was found that the model gave good 
predictions for the out-of-phase two-level tests and provided reasonable bounds for the in-phase 
two-level tests. 

KEYWORDS: cumulative damage, thermomechanical fatigue, creep-fatigue, fatigue, creep, 
creep damage, fatigue damage, stainless steel, damage theory 

Nomenclature 

A U 
a6 
~d 
D 
D~j 

gij 
hij 
n 
nl 

n2 
N~ 
Nl 

Qij, Ro 
A~in 
meij 

SRP life relation coefficients 
SRP life relation exponents 
Damage curve equation exponents 
General damage variable 
Specific damage variable 
SRP inelastic strain component  fraction 
General damage coupling functions 
Specific damage coupling functions 
Number  of cycles 
Number  of  cycles applied in first loading block 
Number  of  cycles observed in second loading block 
Number  of  cycles to failure 
Number  of  cycles to failure corresponding to the applied mechanical loading in the 
first loading block 
Number  of  cycles to failure corresponding to the applied mechanical loading in the 
second loading block 
SRP partit ioned component  life, cycles to failure 
Damage coupling material parameters 
Inelastic strain range 
SRP partit ioned inelastic strain range 
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Introduction 

Background 

The problem of thermomechanical fatigue (TMF) life prediction has received considerable 
attention in recent years, with efforts principally concentrated on the prediction of TMF under 
uniformly repeated loading conditions. Several researchers have developed models to treat this 
problem, generally based on isothermal considerations, ranging from engineering approaches 
to more fundamentally-based mechanistic approaches. In [1], Halford treats this problem 
using several methods, while referencing several reviews of the field. However, most applica- 
tions (aircraft gas turbines, resuable rocket engines, etc.) that involve TMF loadings also 
involve complex multi-level cyclic loading patterns, so that cumulative damage effects are also 
a concern. In this regard, most of the presently available TMF life prediction methods rely on 
the use of the linear damage accumulation criterion of Palmgren, Langer and Miner [2-4], 
treated either as an explicit feature of the TMF model (see [5], for example) or as an additional 
consideration [6], that is, a linear cumulative damage law is used in conjunction with the basic 
TMF failure model. Others employ nonlinear evolution laws for monotonic creep and pure 
fatigue [7] and use an isothermal-based interpolative approach [8] to TMF and cumulative 
damage modeling. 

The Bithermal Approach to TMF 

Among the many approaches to TMF life prediction is the method of strain range parti- 
tioning (SRP) [9,10], as utilized in conjunction with the bithermal testing concept [11]. For 
the purposes of this paper, it is of interest to briefly summarize the approach and describe rel- 
evant results for 316 stainless steel. The bithermal approach has been utilized in extending the 
total strain version of SRP to encompass TMF, but addresses the uniform loading case [6]. In 
the bithermal approach, the thermomechanical in-phase (IP) or out-of-phase (OP) cycle is 
approximated by a cycle in which the tensile portion of the loading is conducted isothermally 
at one temperature, while the compressive portion of the loading is performed isothermally at 
another temperature (Fig. 1). Although summarized elsewhere [ 11 ], the advantages of this 
approach include: (1) the testing requirements of bithermal fatigue can be simpler than those 
of TMF; (2) isothermal behavior may be related to bithermal behavior, provided no new 
mechanisms of deformation and damage are introduced by the change of temperature; (3) the 
micromechanisms of deformation and damage in the bithermal cycle should be easier to inter- 
pret and relate to isothermal behavior due to the increased contrast offered by the discrete 
nature of the bithermal cycle; and (4) considerably more creep can be imposed in a bithermal 
cycle than in a cycle-time equivalent TMF cycle, which can lead, depending on material, to 
the establishment of lower bounds on life for the TMF cycle being bithermally approximated. 
Although this approach offers several benefits in the treatment of TMF, several aspects require 
consideration when addressing other materials and materials systems, namely: 

1. Some materials display substantially different stress-strain response under TMF cycling 
than under isothermal conditions [ 12]. The extent to which this behavior impacts the damage 
development under TMF must be considered. 

2. For coated and composite materials, the thermal expansion mismatch effects under cyclic 
TMF conditions almost certainly will lead to substantial differences in TMF versus bithermal 
failure behavior. This may be a concern for monolithic materials that undergo substantial 
environmental interaction (oxide coatings which may present severe properties gradients 
between the parent material and the oxide layer, in the context of damage development and 
failure). 

In [13], Halford et al. show the partitioned (SRP) strain range-life behavior of 316 stainless 

Copyright by ASTM Int'l (all rights reserved); Wed Dec 23 19:11:46 EST 2015
Downloaded/printed by
University of Washington (University of Washington) pursuant to License Agreement. No further reproductions authorized.



,-
z.

 

4~
 

(3
) 

TM
F 

ST
R

A
IN

 C
YC

LE
 

81
TH

ER
M

A
I S

TR
A

IN
 C

YC
LE

 

CO
NT

RO
LL

ED
 R

A
TE

 
ST

R
ES

S 
H

O
LD

 

IN
-P

H
A

SE
 

(I I_
 

HO
T 

B
 

A
 

TO
TA

L 
ST

RA
IN

 
A 

ID
 

T
 

o 

i 
iL

 
A

 
1 

I 
IE

in
 

A
 f 

A
' 
"
-
~
-
-
 

B'
 

CO
~F

D~
, 

IN
EL

A
ST

IC
 S

TR
A

IN
 

(II
 HO

T 

CO
LD

 / 
V

 

O
U

T-
O

F-
PH

A
SE

 

o
 

B
 

A
 

TO
TA

L 
ST

R
A

IN
 

HO
T 

T 
0 

A
 

--
_

 
B

 
!If
lD/
Cb 

~l
 

--:r
Ein

 
A~

 B~B
 ,B 

A
' 

B
' 

E
 

IN
EL

A
ST

IC
 S

TR
A

IN
 

HO
T 

o 

A
,Z

  
H
O
T
 

' 

-H
 

-1
- 

m
 

33
 

E
 

0 E
 

m
 

c~
 

-r
 

> z r-
 

"i
1 

-t
 

c m
 

IJ
J 

m
 

I o "n
 

-,
4 

m
 

r-
 

F
IG

. 
1-

-S
ch

em
at

ic
 il

lu
st

ra
tio

n 
of

 T
M

F
 a

nd
 b

it
he

rm
al

 c
yc

le
s 

(~
 is

 m
ec

ha
ni

ca
l s

tr
ai

n)
. 

C
op

yr
ig

ht
 b

y 
A

ST
M

 In
t'l

 (a
ll 

rig
ht

s r
es

er
ve

d)
; W

ed
 D

ec
 2

3 
19

:1
1:

46
 E

ST
 2

01
5

D
ow

nl
oa

de
d/

pr
in

te
d 

by
U

ni
ve

rs
ity

 o
f W

as
hi

ng
to

n 
(U

ni
ve

rs
ity

 o
f W

as
hi

ng
to

n)
 p

ur
su

an
t t

o 
Li

ce
ns

e 
A

gr
ee

m
en

t. 
N

o 
fu

rth
er

 re
pr

od
uc

tio
ns

 a
ut

ho
riz

ed
.



McGAW ON DAMAGE CONCEPTS IN THERMOMECHANICAL FATIGUE 147 

o m m g  815C 
�9 815/315 
)t" 650/315 

).( 595 
o o o o 705 

v 705/315 
zx 315/705 

1~ , 
01 # 

.001 I 

Npp 
�9 i0 �9 

. 0 0 1 '  I J 
1o lo 3 lo 5 

Ncc 

o 

I I 

N~ 

O ~ l w  I I 

10 103 105 
Ncp 

FIG. 2--Partitioned strain range-life behavior of 316 stainless steel [ 13]. 

steel, although a different heat from the material used in this study, for a variety of test tem- 
peratures, including results for what are now referred to as bithermal test conditions. These 
results are shown in Fig. 2. Although the deformation behavior of this material is strongly 
affected by temperature and cycle type (e.g., bithermal SRP versus analogous isothermal SRP 
cycle type), clearly the failure behavior of this material is largely independent of temperature 
and cycle type. This is corroborated by the fact that the creep and tensile ductilities for this 
material are themselves largely independent of temperature [13]. 

Halford et al. [11] augmented these results with additional, traditional TMF test results 
shown in Fig. 3. Even though this figure shows the results on an inelastic strain range-life basis 
(as opposed to a partitioned strainrange-life basis), we see that the behavior of this material is 
largely independent of cycle type. Isothermal SRP-type cycles lead to the same lives as 
bithermal SRP-type cycles as do the TMF IP and OP cycle types. As is pointed out in Ref 11, 
the agreement of the TMF results with the isothermal and bithermal results could be improved 
if the Interaction Damage Rule (IDR) [10] was utilized in connection with the TMF results. 
This requires partitioned strain ranges for these cycles. These observations are consistent with 
the failure mechanisms found for the various test types. That is, IP TMF, IP bithermal and CP 
isothermal failure behaviors all were characterized by extensive intergranular cracking, 
whereas, the OP TMF, OP Bithermal and PC isothermal failure behaviors all were character- 
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FIG. 3--Comparison of bithermal and TMF LCF behavior of 316 stainless steel [ 11 ]. 

ized by more benign transgranular cracking for this material [11]. It was concluded in Ref 11 
that the damage accumulation behavior was reasonably independent of both the temperature 
and temperature time path taken, and depended instead on the type and magnitude of the 
inelastic deformation the material experienced. Finally, Halford and Manson [ 14] successfully 
used isothermal failure behavior to predict IP TMF behavior for 316 stainless steel. In this 
study, since a cyclic viscoplastic constitutive relationship for this material was not readily 
available, a detailed experimental partitioning of the IP TMF cycle was performed to make 
the life prediction. 

Objective 

A recently proposed life prediction model has addressed the need to capture the often non- 
linear nature of cumulative creep-fatigue and fatigue damage under varying loading condi- 
tions [ 15,16]. In the present work, this model is used as a basis for addressing cumulative dam- 
age under TMF conditions. The resulting model is then utilized in the prediction of 
experiments consisting of two-level loadings of thermomechanical fatigue (IP and OP) fol- 
lowed by isothermal fatigue to failure conducted on 316 stainless steel. 

Modeling Cumulative Creep-Fatigue Damage 

Damage Curve Equations 

The model of cumulative creep-fatigue damage proposed [15,16] rests on the notion that 
certain basic damaging modes of cyclic deformation characterize the aggregate failure behav- 
ior of a material, and utilizes the SRP method [9,10] as its basis. The dominant manifestation 
of damage is the formation of microcracks, their linkup to form a macrocrack, and the prop- 
agation of that macrocrack to fracture, regardless of whether such microcracks are the result 
of fatigue or creep-fatigue damage processes. A set of damage curve relations is proposed for 
the modeling of damage accumulation according to each of the four fundamental deformation 
and damage modes given in SRP 

n (N,j~U 

Copyright by ASTM Int'l (all rights reserved); Wed Dec 23 19:11:46 EST 2015
Downloaded/printed by
University of Washington (University of Washington) pursuant to License Agreement. No further reproductions authorized.



McGAW ON DAMAGE CONCEPTS IN THERMOMECHANICAL FATIGUE 149 

where a0, i, j = P, C may be considered as material dependent parameters, and where the 
damage variable D possesses a range of 0 (undamaged condition) to 1 (failure), over the 
domain of the life fraction n/N o of 0 to 1. 

Damage Metric 

Remaining life n/N I shall be used as a measure of the damage induced by a prior loading 
history, where N iis the life corresponding to a given strain cycle, applied by itself, to failure, 
and n is the observed number of cycles to fracture for this strain cycle for a multiple strain or 
load level cycle history. This measure will be used in the context of the two-level fatigue test, 
where a certain number of cycles n~ will be applied at a strain level corresponding to a life level 
N~, and the balance of the test will be conducted at a different strain level (and corresponding 
life level N2), to failure nv 

Damage Coupling Equations 

In a single damage mode any part of Eq 1 may be applied. When multiple damage modes 
are operative, Eq 1 cannot, in general, be utilized, since in addition to being mathematically 
inconsistent, doing so may also introduce under or over conservatism in the cumulative dam- 
age analysis, depending on the relative deleterious or benign effects of the damage modes 
involved. Therefore, an additional set of damage coupling relations is required 

D = go(D~) (2) 

where the functions go, i,j = P, C, (where gpp(Dpp) =- Dpp) must be determined by experiment. 
The coupling relations recognize that what is considered as damage in one context cannot 
necessarily be regarded as damage in another (e.g., PP-type cycling is associated with trans- 
granular, classical fatigue-type damage, while CP-type cycling is often associated with inter- 
granular, creep-type damage, [ 10]). However, the coupling relations do imply that the damage 
states are relatable. The coupling relations provide a mapping, or correspondence, between 
damage modes, that, together with the damage curve in Eq 1, permit an assessment of cyclic 
life for complex loading histories involving cycles of pure damaging modes. Physically, these 
equations may be expected to describe the interrelation between the processes of microcrack 
formation, nucleation, etc., for the basic damaging modes of CP and PP. 

Synthesis 

To model the more general problem wherein multiple damage modes may be present within 
a single cycle, one additional relationship must be established; namely, a description of how 
the various damaging contributions may be synthesized to provide a means of assessing the 
cumulative damage contribution. The following relationship is based on retaining consistency 
with trends demanded by the IDR [10] and provides this description [15,16] 

n a - a  - 

N I -  F,~D~,,P' + F~fl)N~P ~" + F ~ D ~  ~ + F~,dg~ ~g~ (3) 

where F m Fc~ F~, and Fcc correspond to the relative amount of inelastic strain type present, 
e.g., A~pplA~,n, AEcplA~i,, A~/A~i,, A~cc/Aci,, and the terms, Npp, Ncp, N~, and N~c correspond to 
the life levels established from the SRP life relations, at the inelastic strain range, Ae~,. This 
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equation describes the cumulative damage behavior of  a complex cycle (with life N I), as life 
fraction, expressed in terms of  the four damage variables, Dpp, Dcp, D~., and Dec. 

Equation 3 may also be given in cyclic incremental form: 

/ V  ~ ~ ~ dD~ + pc . . . .  dDpc + F,.N .... D~*c ~ dD,~ dn = FP~"PPD~PflpP-I dOpp + F~ Z"c,D~cp c,-~ F N.."mO~p gpc-~ 

(4) 

In making application of  Eqs 3 or 4, it is presumed that cyclic loading sequences that lead 
to the same partit ioned S R P  result produce the same micromechanistic damage, and lead to 
identical cyclic lives. This permits superposability of  damage within a cycle, irrespective of  the 
(nonlinear) cycle-to-cycle cumulative behavior. Equations 3 and 4 present numerous possi- 
bilities; many of  these are described in [15]. Note that in general, the coupling relations must 
be invoked to recast Eqs 3 and 4 in terms of one effective damage variable D. 

Treatment of Thermomeehanical Fatigue 

Basis  

The model previously described can be readily extended to treat the case of TMF through 
the use of  the bithermal fatigue approximation to TMF [11], described earlier. To address 
TMF, the life relations, damage curve equations and damage coupling relations can be directly 
replaced by bithermal counterparts. Note that in the bithermal case, two PP life relations are 
possible, namely IP and OP. Further, the bithermal CC cycle is of  less interest since the CC 
component of inelastic strain in most TMF cycles of  interest is small and nearly disappears as 
the total strain range becomes nominally elastic. 

Experimental Program 

Program 

To explore the applicability of  the proposed model to cumulative TMF, experiments were 
performed in two categories. In the first category, the baseline TMF behavior of 316 stainless 
steel was established for specific IP and OP cycles. The life level targeted was nominally 100 
cycles to failure. In the second category, two-level loading experiments involving either IP 
TMF followed by isothermal fatigue (PP) to failure or OP TMF followed by isothermal fatigue 
(PP) to failure were performed to assess the cumulative damage aspects of TMF loading rela- 
tive to its isothermal counterpart. In these experiments, the same strains were imposed for the 
TMF portion of  the loading as had been imposed to obtain the baseline TMF behavior. The 
fatigue loading employed in the second portion of  the block was done at an inelastic strain 
range level leading to a nominal 5000 cycle to failure life level, as observed in the baseline 
isothermal fatigue (PP) behavior. 

Material  and Procedure 

The specific details concerning experimental techniques, equipment, etc. used in this study 
have been covered elsewhere [15,16]. Consequently, only those aspects that are new or differ- 
ent are covered in the present study. For the TMF testing, both the IP and OP tests were con- 
ducted using sinusoidally-varying temperature and strain-time (diametral displacement) 
waveforms, in strain control, under computer control, using the software described in [17]. 
Both TMF cycle types used 5 min cycle periods in conjunction with a maximum temperature Copyright by ASTM Int'l (all rights reserved); Wed Dec 23 19:11:46 EST 2015

Downloaded/printed by
University of Washington (University of Washington) pursuant to License Agreement. No further reproductions authorized.



McGAW ON DAMAGE CONCEPTS IN THERMOMECHANICAL FATIGUE 151 

of 8160C, and a min imum temperature of  316~ In performing these experiments, each spec- 
imen was thermally cycled at zero load for at least ten cycles to obtain the free thermal expan- 
sion behavior (obtained for the tenth cycle). This was used, together with the desired (sinusoi- 
dal) strain-time waveform, to obtain the actual, experimentally enforced, strain-control 
waveform, and to obtain the true mechanical strains for the half-life cycles. This procedure 
was used for both the T M F  baseline (constant amplitude) experiments and the TMF portions 
of the two-level block loading experiments. 

In the two-level block loading experiments, the second loading was PP fatigue-type loading 
performed isothermally at 816~ The process employed in transitioning from the TMF block 
to the isothermal block involved stopping the T M F  cycling at a small positive strain to enable 
the unloading of  the specimen to a nominally zero stress, zero strain state. The temperature 
was then changed to 816~ (under load control), the strain zero experimentally reestablished, 
and strain-controlled fatigue cycling commenced, at 0.2 Hz, until the specimen fractured into 
two halves. 

Results 

Refined Damage Coupling Relations 

During the course of  performing the experimental program as outlined above, additional 
isothermal fatigue testing was performed in an effort to gain a better understanding of the 
nature of the damage coupling behavior for 316 stainless steel, especially for the case of  
CP + PP loading. This was important,  as the planned IP two-level block loading tests were con- 
ceived in relation to the isothermal observations for this loading case and because the cumu- 
lative damage behavior under this type of  loading was observed to be substantially different 
from that observed for the cases o f P P + P P ,  C C §  and P C §  [15,16]. 

In the set of two-level loading experiments involving creep-fatigue followed by fatigue load- 
ing to failure, the inelastic strain ranges obtained in the second (fatigue, PP) loading level were 
somewhat lower than those present in the baseline fatigue characterization data. To establish 
the life level corresponding to these inelastic strain ranges, a Manson-Coffin relation was 
employed [15,16]. Since the inelastic strain ranges were somewhat below the region where 
data had been obtained, the life levels calculated were extrapolations. Since the strains were 
still of  the same order of  magnitude, this was thought to be an adequate approximation of the 
fatigue life at this strain range. However, additional fatigue testing in this lower inelastic strain 
range regime revealed a substantial deviation away from the Manson-Coffin representation 
used (see Table 1, Fig. 4). The behavior is consistent with that found by Jaske [18], in which 

TABLE 1--Constant amplitude, inelastic strain-life fatigue 
behavior of 316 stainless steel at 816 ~ 

Specimen Test A~ Nf 

BY-126 PP 0.055 4 90 
BY-114 PP 0.057 0 99 
BY-202 PP 0.003 64 2 538 
BY-115 PP 0.002 37 4 257 
BY-104 PP 0.002 68 5 292 
BY-128 PP 0.002 25 5 694 
BY-203 PP 0.002 58 6 246 
BY-204 PP 0.001 73 16 380 
BY-206 PP 0.001 44 29 748 
BY-210 PP 0.001 28 47 559 
BY-201 PP 0.001 35 58 153 
BY-209 PP 0.001 12 135 609 Copyright by ASTM Int'l (all rights reserved); Wed Dec 23 19:11:46 EST 2015
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FIG. 4--Constant amplitude, inelastic strain-life behavior of 316 stainless steel. 

long life experiments were performed on 316 stainless steel and a total strain range basis was 
employed for interpretation. Unusually large inelastic strains are present even at very high 
cyclic lives for this material, and it is reasonable that the inelastic strain-life data must tend 
away from the usual Manson-Coffin representation to maintain self-consistency with a strain- 
range (total, elastic and inelastic) -life interpretation. A bi-linear function has been used to 
represent these data (Table 1) and is shown in Fig. 4. 

When this representation is used in calculating the life levels corresponding to the inelastic 
strains found in the second loading of the two-level loading experiments, the corresponding 
N2 lives go up, bringing the life fraction, n2/Nz, to lower values. This is true for all of the two- 
level creep-fatigue followed by fatigue results. Thus, the conclusions in [15,16] regarding rel- 
ative behavioral differences between loading cases still hold, but the absolute nature of the two- 
level results must be revised to reflect these new findings. The net effect was a revision in the 
damage coupling relations to 

D = D p p  = D r = Dec 

N(cQcP In Ncp+Rcp) 
D = De7  

(5) 

where Qcp = - 0.1235 and Rc~ -- 1.3443, determined by regression analysis. 

T M F  IP and OP Results 

The constant-amplitude failure behavior of  each test type is shown in Fig. 4, where the data 
are from Table 2. Also shown on this figure are the updated PP, CP-type and PC-type isother- 
mal life relationships obtained for this material in a previous study [15,16]. Because a cyclic 
viscoplastic constitutive relationship was not available for use in evaluating the deformation 
behavior to resolve nominally time-dependent and time-independent inelastic strains within 
the cycle, a true prediction of the TMF life behavior could not be performed. However, one 
may expect the IP failure response to be bounded by the CP and PP life relations and the OP 
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TABLE 2--Constant amplitude, inelastic strain-life 
thermomechanical fatigue behavior of 316 stainless steel 316 to 

816 ~ 

Specimen Test A~i. Nf 

BY-225 IP 0.0194 139 
BY-222 IP 0.0216 166 
BY-220 IP 0.0217 131 
BY-221 IP 0.0226 110 
BY-226 OP 0.0515 105 
BY-219 OP 0.0529 108 
BY-218 OP 0.0530 97 

failure response to lie between the PC and PP life relations. This is the case for the IP results, 
with the (log) average life level being 135 cycles to failure for the inelastic strain range experi- 
enced. The OP results are clustered tightly among the PC and PP life relationships, which, for 
the inelastic strain ranges considered, are very similar. The (log) average life level for this case 
was 103 cycles to failure. 

T M F +  PP Two-Level Block Loading Results 

The results of the two-level block loading tests for IP-TMF followed by PP to failure, IP- 
T M F +  PP, and OP-TMF followed by PP to failure, OP - TMF +  PP, are presented in Table 3. 
The (log) average life levels obtained in the IP and OP TMF baseline testing correspond to the 
inelastic strain ranges imposed in the two-level block loading tests. The life levels correspond- 
ing to the PP (second) loading may be obtained from the bi-linear PP life relation given earlier. 
With these items, one may form the life fractions n~]N~ and nz/N2, and present the results on 
a remaining life plot, wherein the observed remaining life fraction in the second (PP, fatigue) 
loading nz/N2 is given as a function of the applied life fraction in the first (TMF) loading 
nl/Nl.  Figure 5 presents the results for the case o fOP-TMF+ PP and Fig. 6 presents the results 
of IP -TMF+PP.  

Discussion 

Clearly, the studies summarized earlier show that for 316 stainless steel, it is sufficient to 
obtain the isothermal failure behavior to predict the nonisothermal one. This was experimen- 

TABLE 3--Cumulative thermomechanical-fatigue interaction behavior of 316 stainless steel two-level 
block loading. 

Specimen Test Type A~i., Block 1 n~ A~in, Block 2 n2 

BY-227 OP + PP 0.0521 10 0.002 64 2561 
BY-228 OP + PP 0.0528 20 0.002 50 2011 
BY-229 OP + PP 0.0527 30 0.002 87 1595 
BY-230 IP + PP 0.0233 10 0.002 68 1193 
BY-231 IP + PP 0.0225 20 0.002 75 2200 
BY-232 IP + PP 0.0222 30 0.002 75 1845 
BY-233 IP + PP 0.0222 10 0.002 78 2408 
BY-234 IP + PP 0.0227 20 0.002 47 2047 
BY-235 IP + PP 0.0222 30 0.002 51 1480 
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tally established for several temperatures and cycle types, and was corroborated by detailed 
metallographic and fractographic findings with regard to operative failure mechanisms. Based 
on this, it may be presumed that the isothermal life relations determined for the present heat 
of  material, at 816~ may also be used to represent the bithermal life relationships with suf- 
ficient validity. Based on the consistency of  failure mechanism among temperatures and non- 
isothermal cycle types, it may also be presumed that the bithermal damage curve equation 
constants and the damage coupling relations are reasonably approximated by their isothermal 
counterparts. 
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As mentioned earlier, the lack of  an available cyclic viscoplastic constitutive model pre- 
cludes an analysis by which the t ime-dependent and time-independent inelastic strains may 
be partitioned, and hence, a direct application of either Eqs 3 or 4 solved for the two-level 
loading case herein was not possible. However, one may use either Eqs 3 or 4 to establish 
bounds on the expected results by considering that the basic life levels are held constant, while 
the parti t ioned inelastic strain fractions take on values ofFpp = 1 (F~  = 0), and Fpp = 0 (Fp~ 
= 1) (cases for O P - T M F + P P ) ,  and Fpp = 1 (Fop = 0), and Fpp = 0 (Fop = 1) (cases for IP- 
T M F +  PP). The curves that result from these assumptions are also shown on Figs. 5 and 6. 

Since there is little difference in the PP and PC life relations, and as the damage coupling 
relations used describe the coupling between PP and PC damage as being linear and directly 
additive, one expects to see minimal  differences in the two curves shown in Fig. 5, as is the 
case. Although the experimental results are outside of  the region circumscribed, one must con- 
sider the quality of  the overall prediction to be quite good, as the qualitative behavior of the 
results are well described, while in quantitative terms, the accuracy of the prediction is well 
within a factor of two on life. Additional support of  this conclusion is provided by limited 
results reported by Manson, et al. [19], wherein O P - T M F +  PP testing was performed on 316 
stainless steel, although over somewhat different temperatures (316 to 7600C for TMF, 760~ 
for the PP portion). In these results, the predicted behavior according to the Damage Curve 
Approach [20] was seen to be quite good. This is precisely the prediction that would be given 
using the model  in the present study, since PP and PC damage types are considered to be inter- 
changeable for this material. 

The two curves that result for the I P - T M F + P P  two-level loading case (Fig. 6) are much 
more distinct. This is due to the influence of the damage coupling term as one moves from Fop 
= l,  wherein perfect coupling applies (e.g., PP couples linearly with itself) to Fpp = 0, where 
the nonlinear effects of the coupling are manifest. Note that the data are largely bounded by 
this set of curves. In fact, the data should be expected to lie closer to the Fpp = 1 lower curve, 
since, in the IP-TMF cycle employed, a 5 min strain-controlled cycle was used, and clearly 
does not provide the opportunity for creep to accumulate to the same extent that would in a 
stress-hold isothermal cycle. One would expect that as the level of creep strain increases in the 
I P - T M F + P P  case, the more nonlinear interaction that was found in the isothermal case 
(where substantially more CP-type strains were accumulated) would be observed. 

Conclusions 

A recently-developed model of  cumulative creep-fatigue damage was extended to address 
cumulative damage under thermomechanical fatigue conditions. This was accomplished in 
part, by the use of the bithermal fatigue approximation to thermomechanical fatigue. This 
model has been characterized in its isothermal form for 316 stainless steel. It was found that 
the model gave good predictions of  the OP T M F  block loading test results and provided rea- 
sonable bounds for the IP T M F  block loading results. For the material and conditions consid- 
ered in this study, the isothermal behaviors were seen to be excellent predictors of the T M F  
behavior, whether considering the problem of constant amplitude T M F  loading or the analysis 
of  complex T M F  and isothermal multi-level histories. This, however, may not be true when 
other materials and conditions are considered. 
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ABSTRACT: A thermomechanical fatigue (TMF) facility has been developed in the Snecma 
Materials Laboratory to characterize the mechanical behavior and the damaging processes of 
blade superalloys under realistic loading conditions. Three nickel-base superalloys have been 
investigated using a reference TMF cycle representative of blade leading edge. Stabilized stress- 
strain loops exhibit greater plastic strains and higher stress amplitudes for an equiaxed alloy IN- 
100, mainly due to elastic anisotropy of the directionally solidifed DS-200 and AM 1 single crystal 
alloys. The application of a viscoplastic constitutive model shows a good correlation between 
calculation and experiment for DS-200 and AM1 but indicates that the IN-100 model coeffi- 
cients need improvement. 

The TMF lives are much more important for the two oriented alloys (that is, AM 1 and DS- 
200) as compared with the equiaxed IN-100, as in isothermal LCF conditions, but a correlation 
between TMF and LCF lives cannot be easily proposed and depends upon the material consid- 
ered. The damaging mechanisms have been investigated on single crystal failed specimens, and 
compressive loads at high temperature play an important role in the damaging process. A con- 
tinuous damage model delivered good predictions for TMF lives on equiaxed alloy specimens. 
Nevertheless, the application of such a model to structure calculations must take into account 
possible effects of crystallographic anisotropy in the case of directionally solidified (DS) and sin- 
gle crystal alloys. 

KEYWORDS: cast superalloys, equiaxed, directionally solidified (DS), single crystal, constitu- 
tive law, damage 

Interest of Thermomechanical Fatigue Tests 

Stressing of turbine blades operating in quite stringent thermomechanical environment 
requires two mandatory conditions: first, an acute knowledge of high temperature resistant 
materials mechanical properties, especially in the case of new, high technology materials that 
may exhibit peculiar responses to in-service loadings, due to heterogeneity, anisotropy, and so 
on. The modelling of the mechanical behavior and damage processes can then be performed 
using sophisticated constitutive laws that can be introduced in computer codes developed in 
parallel. For both aspects, realistic lab tests on specimens need to be performed to take into 
account all the relevant parameters: changes in mechanical properties with temperature, phase 
transformations, environment effects, influence of loading history, and others. 

Therefore, mechanical testing methodologies have improved over the years to allow the 
materials mechanics engineer more accurate information on material response. Classical iso- 
thermal tests (either monotonic or cyclic) are insufficient because they do not discriminate 
enough for behavior validation, and even, sometimes, they appear unrealistic for identifying 

Material structure, and mechanics manager and head, respectively, Materials and Processes Depart- 
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damage mechanisms. Thermal fatigue tests [1] are more accurate for this purpose, however, 
several parameters cannot be easily controlled in these tests. Finally, thermomechanical 
fatigue (TMF) tests in which a volume element is submitted to simultaneous controlled load 
(or strain) and temperature, have been developed for superalloys over the last 15 years [2-7], 
and more recently, for metallic matrix composites [8]. 

Since 1985, in France [9-11] and in Western Europe [12-14], TMF methodologies have 
been implemented in structural life prediction. In Snecma, a TMF facility has been operative 
for two years, mainly devoted to turbine blade alloy studies because this type of  loading 
appears to be highly representative of  loading conditions in actual turbo-engine parts. The 
TMF tests provide a lot of  valuable information on the material mechanical responses, but 
these tests are rather complicated, long, and very expensive: consequently, they are used in 
SNECMA Materials Laboratory to assess (and improve) constitutive models and to identify 
damage processes, enabling the determination of  damage laws on a limited number of well- 
instrumented specimens. Those two specific items will be described subsequently. 

Experimental Procedure 

Testing Device and Specimen 

The TMF facility uses a servohydraulic 100-kN testing machine that is controlled with a 
microcomputer. The closed loop control is ensured for each signal by a temperature controller 
and feedback signal from the testing machine itself. The imposed total strain ~, is the sum of 
the mechanical strain ~m and the thermal strain ~th. The free thermal expansion is memorized 
by the computer at zero-imposed load, and next, slight variations of thermal stresses are cor- 
rected by the testing machine at zero-imposed strain. Then, the signal of synchronization 
between the thermal cycle and imposed mechanical strain is delivered by the testing machine, 
and the TMF test begins. Heating is ensured by a radiation furnace fitted with four, 1.5-KW 
quartz lamps. No forced cooling appears to be necessary for minimum temperatures above 
300~ 

The temperature is controlled by a thermocouple wired to the specimen in the gage-length 
section. The imposed mechanical strain is monitored by a 12-mm gage length extensometer 
with alumina rods, which can be used up to temperatures of  1100~ The specimen is similar 
to that used in other studies [15]: it consists of  a hollow cylindrical bar (9-mm internal diam- 
eter, 1-mm wall thickness) with threaded heads. It can be achieved either by machining bulk 
castings or by casting direct on-size specimens. In the first case (the case of  this study) both the 
inner and outer surfaces are polished and possibly coated. 

In addition to stress-strain homogeneity in the effective volume (due to specimen geometry), 
negligible temperature difference across the specimen section and along the gage length are 
recorded simultaneously (less than 5"C): therefore, the TMF test in the Snecma laboratory is 
quite representative of  the behavior of  a volume element, which is the main purpose of such 
a test. The analysis of  TMF tests is frequently carried on with reference to isothermal LCF tests, 
which have been performed on cylindrical bars (5.64-mm diameter), machined in cast bulks, 
and polished. 

TMF Cycles 

The TMF equipment allows several types of TMF cycles with any desired phase shift 
between strain and temperature. Nevertheless in order to develop a consistent database for 
various materials, a basic TMF cycle which was the same as used in Ecole des Mines de Paris 
laboratory [9] was selected. Computations of temperature stress-strain histories in actual 
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cooled turbine blades have led to identification of  a realistic cycle, simulating the leading edge 
region of the blade. It consists of a triangular temperature cycle between 600 or 650 and 1050 
or 1100~ associated with an alternate four slopes strain wave (R, = - 1). The frequency of 
those cycles is 5.6 • 10 3 Hz (180 s per cycle). The extreme temperatures (600 to 1050 or 650 
to 1 I00*C) are chosen according to the material resistance, but they are always coupled with 
zero strain while maximum tensile and compressive strains occur at mid-temperatures. Indi- 
vidual plots of  the T M F  cycles, which present an intermediate shape between pure classical in- 
phase and out-of-phase cycles [4,7] are shown in Fig. 1. Comparison with other TMF cycles 
has been performed [15], and more damaging thermal mechanical loading could be easily 
found to validate a specific model, if necessary. The experimental shapes of both cycle types, 
associated with recorded temperatures, are shown in Fig. 2. 
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FIG. 2--Experimental stress-strain TMF loops on IN 100 (Cycle I) and AM1 (Cycle II). 
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TABLE 1--Compositions fin weight %) of alloys studied. 

Alloys Ni Cr Co Mo Ti A1 Ta W V Hf Nb C 

IN100 Bal. 10.3 14.7 3.2 4.6 5.7 ... 1.0 0 .18  
DS200 Bal. 8.4 10.0 1.8 5.0 1215 ... 212 1"]0 0.13 
AMI Bal. 7.8 6.5 2]0 1.1 5.2 719 5.7 . . . . . . . . .  0.01 

Materials 

Three cast nickel base materials are considered in this study: 

(1) an equiaxed well known superalloy IN-100, whose isothermal LCF behavior has been 
widely studied [16]; 

(2) a directionally solidification alloy, DS-200, for which isothermal damaging processes 
have already been quantified [17]; and 

(3) a single crystal French patented superalloy AM1, developed and characterized by 
Snecma [18]. 

The compositions are given in Table 1. Specimens were machined from cast bars and heat 
treated in conditions quite similar to blades. The AM 1 considered orientations are close to 
(001 ) within a + 6"C scatter range. IN- 100 and AM 1 were investigated in two surface states: 
bare or coated, that is, aluminum coating for IN- 100 [ 19] and chromium-aluminum for AM 1 
[20]. DS-200 specimens were aluminum coated (same process as IN-100). In all cases, the 
coating was applied on internal and external cylindrical surfaces of  the specimens. 

Mechanical Behavior Characterization of Blades Alloys 

Scope 

As previously mentioned, TMF tests are first devoted to assess the stress-strain response, that 
is, the mechanical behavior of  materials loaded in realistic conditions. The same approach has 
been conducted by other turboengine manufacturers [21]. Therefore, those responses have 
been studied for different alloys, as the influence of coatings: those investigations ought to 
allow the validation (or not) of  the constitutive models which are identified from isothermal 
tests and, if necessary, to improve them by taking into account prominent parameters high- 
lighted by TMF tests. 

Nonisothermal Comparison for Several Superalloys 

TMF tests were performed on coated IN 100 and DS 200 between 600 and 1050~ (Cycle 
I). Stress-strain loops at the same imposed strain (_+ 0.4%) are compared in Fig. 3. Another 
equiaxed blade alloy, Ren6 77 (commonly used in civil engine turbine blades) has been tested 
in identical conditions at the Ecole des Mines laboratory [22], and the results are shown in the 
same figure. The two equiaxed alloys exhibit quite similar behavior, with tensile elastic defor- 
mation (temperature 700~ at ~m~,) and compressive plastic deformation (temperature 900~ 
at ami.). The DS alloy loop is rather different, mostly due to lower elastic moduli (100 000 MPa 
at 700~ 000 MPa for equiaxed alloys). Therefore, the plastic deformation is greatly 
reduced in DS-200, and a better TMF resistance is expected for this alloy in terms of cyclic 
plastic energy. 

Such effects are emphasized when considering equiaxed, DS and single crystal superalloys. 
The diagram in Fig. 4 illustrates that DS-200 and AM 1, for the same total TMF strain ampli- 
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tude, exhibits limited plastic strain which is opposite to equiaxed IN-100, mainly due to crys- 
tallographic anisotropy. For those two alloys, the stress amplitude is about 30% lower than for 
IN-100: whether a Aa or A~p criterion is considered, fatigue life should be, in the first approx- 
imation, better for the DS and single crystal alloys. 

Influence of Coating on TMF Behavior 

TMF tests were performed on bare [15] and coated (aluminum) IN-100, between 600 and 
1050~ (Cycle I) and on bare and coated (chromium plus aluminum) AM1 between 650 and 
1100~ (Cycle II). In both cases, a small influence of  coatings on stress-strain loops is observed, 
which indicates, as expected, that the coatings have a limited role in the load distribution. 

Behavior Modelling 

Constitutive laws, using the cyclic viscoplastic model developed at Onera [23], have been 
identified on the three considered superalloys from isothermal monotonic and cyclic tests 
[24]. The model included internal variables in the framework of  thermodynamics of  irrevers- 
ible processes. The total inelastic strain is described through five to seven parameters: stiffness, 
viscosity, a constant isotropic hardening, and one or two kinematic hardening variables. 

For directionally solidified DS-200 and single crystal AM 1, whose behavior is anisotropic, 
the coefficients of the model have been identified from uniaxial tests only, that is respectively 
in the columnar sense and (001) crystallographic direction [18]. 

Although those one-dimensional finite element models are not applicable to structures due 
to 3D anisotropy, they are quite suitable for volume elements loaded in uniaxial condition. 
Therefore, experimental stress-strain TMF loops have been calculated on the three above 
alloys. From previous tests on IN- 100, a fairly good agreement between experimental and pre- 
dicted loops has been observed [25], especially for in-phase tests performed at the Ecole Des 
Mines laboratory [15]. The results appear to be less satisfactory for the reference four slopes 
wave (Fig. 5). This means the identified viscoplastic law does not simulate adequately the 
actual compressive behavior at about 900"C: this may be due to microstructural changes in 
the alloy (which is not accounted for in the model used) or possibly to the fact that those load- 
ing conditions are outside the validity limits of  the identified coefficients. 

On the contrary, experimental and modelled loops show a good correlation on DS-200 and 
AM 1 single crystal (Fig. 6). In these cases, it appears that the determined law is valid for the 
range of  deformations considered. 

Thermomeehanical Damage in Blade Alloys 

The TMF test is, first of  all, a relevant experiment to compare fatigue lives of several alloys 
in realistic loading conditions. 

Blade Alloys TMF Lives Comparison 

The three coated alloys have been submitted to TMF tests, using the same reference Cycle 
I (600 to 1050~ up to macroscopic crack initiation, that is determined by a 20% maximum 
tensile load decrease after stabilization. 

The results are shown in Fig. 7 and illustrate a much better fatigue resistance for AM1 and 
DS-200 as compared with IN-100, especially for high strain ranges (above 0.7%). In terms of 
stress amplitudes, the benefit for DS and single crystal alloys is reduced (Fig. 8) but still remains 
noticeable: although the imposed stress amplitude is smaller for these two alloys (due to favor- 
able elastic anisotropy) as already mentioned (see 3.2), their intrinsic TMF resistance is appre- 
ciably higher. 
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Coating Effect on TMF Durability 

Aluminide coating has been shown to improve the T M F  life on IN100 [26], especially at 
low strain levels and consequently long lives. T M F  type II cycles (650 to 1100~ have been 
performed on AM 1 bare and chromium-aluminum coated specimens. Figure 9 clearly illus- 
trates the beneficial effect of  coating on T M F  durability. Whatever the strain level, a factor of  
approximately 2 is observed for lives in favor of  coated materials. 

Isothermal alternating stress control tests were performed at 950~ that is, the temperature 
at maximum compressive load in T M F  tests (where the larger amount  of plasticity is 
observed). The specimens were AM 1 cylindrical bars (Fig. 2b) with and without Cr-AI coating. 
In that case, no beneficial effect of  coating is observed. Micrographics investigations may con- 
tribute to explain those results. From those observations, it appears that for TMF tests, max- 
imum stresses associated with intermediate temperatures (750~ in tension; 950~ in com- 
pression) are not the only damaging factors. The high temperature levels, which are known to 
be effective on life reduction for uncoated materials (due to environment effects) play an 
important  role in the damage process, even associated with very low load in TMF tests. 

Influence of TMF Cycle 

Experimental results on AM l single crystal (uncoated) tested according to Cycle II (O~i, = 
6 5 0 ~  Oma x = 1100~ with ~r = 0 in both cases -- ~max tension at O = 750"C and crmi. com- 
pression at O = 950~ have been compared to tests [27] on the same material, using a similar 
T M F  test but  shifted 500C downwards: Omi.= 600~ - Or.,, = 1050"C - -  O 'max tension at O = 
7000C - -  O'mi n compression at O = 900"C, 
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Quite similar lives are observed for both cycles. On the contrary, isothermal fatigue tests on 
bare cylindrical specimens, under alternate strain control (R, = - 1) indicate an important 
fatigue resistance decreasing when the temperature raises (Fig. 10), especially at high temper- 
ature. The fatigue life is decreased by a factor of about 5 when the temperature increases from 
950 to 1100~ In that diagram, the T M F  life curve is close to the 950~ curve: it must be 
noticed that this temperature is precisely coupled with the maximum compressive load and 
the maximum plastic strain range (see Fig. 2). For IN-100 loaded according to Cycle I, it was 
observed that T M F  life was close to 1000~ LCF life [9] that is 100*C above compressive peak 
stress temperature. Another study on AM 1 [28] revealed that the TMF curve crosses the var- 
ious LCF curves at 650 and 1100~ with decreasing mechanical strain range. In the latter case, 
the failure criterion was different (0.3-mm crack detection) from that of  the present study and 
could explain this discrepancy because in our tests, a larger part of crack propagation is taken 
into account, mostly at low strain levels. 

The results are different when plotted in stress amplitudes (Fig. 11). In the present study, the 
T M F  curve is lower than isothermal LCF curves up to 950~ A 1100~ curve obtained at 
Ecole des Mines Lab [28], under loading conditions differing from the above ones, appears 
too to be higher than our T M F  curve. 

So, the comparison between the results described previously and those of  other laboratories 
on the same single crystal alloy, points out that the analysis of  TMF experiments is complex 
based on observations of  stress strain behavior. Microstructural investigations were conducted 
to enlighten us on the damage processes in AM 1. 

Micrographic Investigations on AM1 Failed Specimens 

SEM fractography was performed on T M F  and isothermal LCF specimens. On uncoated 
T M F  specimens, slip lines are revealed on the outer surface (Fig. 12a): they correspond to 

Copyright by ASTM Int'l  (all rights reserved); Wed Dec 23 19:11:46 EST 2015
Downloaded/printed by
University of Washington (University of Washington) pursuant to License Agreement. No further reproductions authorized.



G U E D O U  A N D  H O N N O R A T O N S U P E R A L L O Y S  167 

Ap (MPa) 
1000 

500 

300 
10 2 10 s 10' 

~ "  ~ . . .900  "C 

\ 

6 ~  \ \ \ \ 1100 "C (ref. 

- ~ .s5o "c 

"" ..800 "C -x -x -x 

28) 

10 s 106 

NF 

AM1 
Isoth. LCF 
TMF 

F I G .  1 1 --Comparison between ~(N)  isothermal LCF and TMF on bare AM1  

classical octahedral slip systems, that is, ( 111 ) planes, as expected for fatigue: those systems 
are activated at 650~ on AM1 loaded in (001) direction [29]. The rupture surface investi- 
gation (Fig. 12b) reveals oxides alignments, cracked perpendicularly to the loading direction 
and also crack initiation sites around microshrinkages (Fig. 12c). An examination of the ~,' 
precipitates' morphology (Fig. 12d) shows that rafts are grown in a direction parallel to the 
load. Such a microstructure has been associated with high temperature compressive creep 
[30,31]: although the maximum temperature is combined in our TMF cycle, with near zero 
stress, the total duration of the considered test (3858 cycles, that is, about 200 h between 650 
and 1100~ with maximum compressive stress at 900~ appears to be sufficient to allow "r' 
coalescence, as in a pure creep test. This observation clearly shows the role of  compression in 
the involved damage mechanisms for such a TMF test. 

On coated TMF specimens, crack initiation sites were determined at the interface between 
the Cr-A1 coating and the single crystal material for low strain amplitudes and long lives (Fig. 
13a). In this case, porosities or other defects are not noticed on failed surface. However, for 
high strain amplitude (and long lives), crack initiation sites around casting defects are clearly 
evidenced (Fig. 13b). On isothermal LCF specimens, surface failure investigations indicate 
that fatigue cracks are always nucleated from internal casting defects (porosity or micro- 
shrinkage), whatever the considered test temperature between 650 and 1100~ (Fig. 14a, b, 
and c). The defect may sometimes be localized in subsurface (Fig. 14d). The presence of coat- 
ing does not change the crack initiation process (Fig. 14e), which is again associated with cast- 
ing defects. 

In brief, microstructural investigations reveal that the damaging mechanisms may be dif- 
ferent between LCF and TMF. The environment plays an important role in TMF, although 
casting defects are always the most detrimental nucleation sites for isothermal LCF. These 
concluding remarks explain the difficulty in correlating the results of  both types of fatigue tests, 
and to establish a criterion to predict TMF life from LCF data. 
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FIG. 12--SEM investigations of AM1 uncoated TMF specimens: (a) slip lines, (b) oxides cracking, (c) 
crack initiation around microshrinkage, and (d) 31' rafting. 

Damage models are therefore needed to calculate adequately the lives for specimens, and 
beyond, for blades. 

Damage Models 

For nearly 20 years, damage models derived from isothermal LCF such as strain range par- 
titioning [32] or thermal fatigue concepts [33] have been developed for TMF with some suc- 
cess. Other approaches based on crack propagation or energetic concepts [34-36] have been 
proposed, but their identification appears complex and they are rather inadequate for structure 
calculations. 

A simple relationship between TMF and isothermal LCF lives, using harmonic or geometric 
means of  number of  cycles to crack initiation (50 ~zm) at T (r and T (r has been applied 
to a cobalt alloy and a superalloy single crystal [3 7,38]. The results are scattered, which pre- 
vents generalizing this method. In the case of our TMF AM 1 results (Fig. 11 ), it is obvious that 
this approach will lead to nonconservative predictions due to the fact that both T (r and T 
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FIG. 13--SEM investigations on AM1 coated TMF specimens: (a) coating-basic alloy interface rupture 
and (b) casting defects in the failed surface. 

(~min) LCF curves are above the TMF data. The development of a fatigue-oxidation base model 
[39], which gives quite good predictions for LCF and thermal fatigue in equiaxed alloys, seems 
more promising. 

In SNECMA, the continuous damage model, developed by ONERA [40] for high temper- 
ature LCF, has been applied to TMF tests on IN 100, using first a simplified code with original 
fatigue damage law [40], and second, a more sophisticated derived model with a modified 
fatigue law [41] (see Table 2). For this application, the total fatigue damage per cycle has been 
determined using coefficients that are independent of  temperature, and stress standardization 
by the ultimate stress at the considered temperature. The results in Fig. 15 show that both 
models are suitable. Nevertheless, the first one overpredicts TMF lives at high strain ampli- 
tudes and tends to be conservative for long lives. The second improved model is quite fitted 
with experimental data, except for low strain amplitudes, where its prediction is too optimistic. 
So, within a factor of  about two, it seems to be suitable to predict fatigue life of structures under 
realistic loading conditions. However, it must be remarked that the extrapolation of this 
method to directionally solidified (DS) and single crystal alloys needs to be assessed cautiously 
according to possible effects of crystallographic anisotropy. Snecma has initiated an important 
research program in this direction in cooperation with other French laboratories. 
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FIG. 14--SEM investigations on AM1 isothermal LCF specimens: (a) 650~ uncoated-crack initiation 
.from internal casting defect, (b) 950~ initiation from internal casting defect, (c) 1100~ - 
uncoated-crock initiation from internal casting defect, (d) subsurface defect crack initiation (800~ and 
(e) 950~ coated-crack initiation from internal casting deject. 
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FIG. 14--Continued. 

Discussion and Prospects 

TMF tests are discriminatory experiments to validate constitutive law for material behavior. 
Direct comparison, in the same loading conditions, of stress-strain loops has highlighted the 
behavior differences for equiaxed and anisotropic alloys (DS and single crystal), conveyed in 
terms of lives. So, the stress amplitude value appears to be an important parameter for life 
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TABLE 2--Continuous damage models. 

Creep-Fatigue 
Damage Pure Fatigue Pure Creep Cumulation 

Model I Chaboche original law [ 4 0 ]  Kachanov b [40] linear 
Model II Chaboche derive& law [ 4 1 ]  Rabotnov-Kachanov e [40] nonlinear 

a Same as original plus non-damaging stress limit. 
b Two coefficients. 
c Same as above plus 1 stress depending coefficient. 

prediction. This is corroborated owing to the adequate results delivered by the continuous 
damage model, which is founded on the stress amplitude concept. Nevertheless, such a thor- 
ough approach is necessary for accurate predictions since simplified relationships, based only 
on experimental analysis, are not always as fruitful. In fact, correlating isothermal fatigue and 
T M F  data is not straightforward. It must be noticed that the T M F  cycle employed favors com- 
pressive damage, which is not the case for the LCF cycles considered. 

T M F  tests have enable us to discern different damaging processes. On AM 1 single crystal, 
LCF crack initiation sites are always associated with casting defects, whatever the temperature 
and the surface condition (coating or not). On the contrary, environment effects on crack 
nucleation can be observed for T M F  long lives, in competit ion with defect nocivity, which is 
always dominating for short lives but may operate too for long lives. This is another important  
factor that may help explain that no simple correlation between T M F  and isothermal LCF has 
been found. Nevertheless, it has been observed that isothermal LCF and TMF induced the 
same damaging effects in equiaxed IN100 [9,15] and in that case, an equivalence between 
T M F  and LCF can be found experimentally [16]. This is not the case for AM 1 single crystal, 
where damaging processes are more complex under realistic conditions than under isothermal 
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LCF conditions: TMF tests tend to simulate those complex conditions and the knowledge of 
damaging processes is very important to direct damage models development, especially for 
alloys that exhibit metallurgical peculiarities such as anisotropic materials. 

Considering a two-materials approach representative of the base superalloy and associated 
coating, the conclusions need to be detailed since the effect of  coating is not the same under 
isothermal and TMF loading conditions. It must be considered that the coating exhibit two 
quite different behaviors according to the temperature [26]: brittle at low and intermediate 
temperature, and ductile at high temperature. TMF tests according to various cycles (~max and 
~min at different temperatures above or under the brittle to ductile transition) are necessary to 
characterize the observed phenomenon and to separate individual effects of base alloy and 
coating. 

However, it must be pointed out that the effect of coatings on fatigue lives of blade alloys, 
both isothermal and TMF, is generally not so clear. As isothermal fatigue is concerned, it has 
been observed that coating may have a beneficial (or at least neutral) effect [42] or detrimental 
[43] on life. For TMF, no definitive conclusion can be drawn since coating may improve the 
lives [26] or not [44]. More exhaustive studies are needed to account for these observations. 

In a turbo engine, apart from turbine blades, other critical parts are submitted to variable 
temperatures under high stresses. Disks now work for definite periods at high temperature, 
where viscoplastic effects become dominant. Moreover, fatigue crack propagation mecha- 
nisms change within this temperature range. Therefore, TMF tests on disk alloys, between low 
and intermediate temperature are of particular interest [45] and SNECMA is adapting its 
TMF device to conduct such tests on disk superalloys, mainly powder metallurgy (PM) 
materials. 

Conclusion 

TMF tests have been performed on three blade alloys under a reference cycle representative 
of actual loading conditions. These experiments allowed the validation of behavior-constitu- 
tive laws for two of  these alloys, but they have also highlighted the inadequacy of the model 
for the third material. 

The damage processes have been investigated in the single crystal superalloy. Also, the ben- 
eficial influence of coating on the TMF life has been shown, opposite to isothermal LCF tests. 
Different damage processes may be involved in TMF loading, thus a unique relationship 
between isothermal LCF and TMF data cannot generally be made. A damage model based on 
stress amplitude variations seems adequately predict TMF lives for equiaxed superalloys but 
improvements are needed to take into account anisotropic effects for DS and single crystal 
alloys. 

TMF tests are found to be very attractive for material mechanics studies. Beyond high tem- 
perature blade cast alloys, they are now developed for intermediate temperature disk super- 
alloys, where viscoplastic behavior and crack propagation regimes need to be considered in 
realistic conditions. 
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ABSTRACT: The framework of a mechanics of materials model is proposed for thermome- 
chanical fatigue (TMF) life prediction of unidirectional, continuous-fiber metal matrix compos- 
ites (MMCs). Axially loaded MMC test samples are analyzed as structural components whose 
fatigue lives are governed by local stress-strain conditions resulting from combined interactions 
of the matrix, interfacial layer, and fiber constituents. The metallic matrix is identified as the 
vehicle for tracking fatigue crack initiation and propagation. The proposed framework has three 
major elements. First, TMF flow and failure characteristics of in situ matrix material are approx- 
imated from tests of unreinforced matrix material, and matrix TMF life prediction equations are 
numerically calibrated. The macrocrack initiation fatigue life of the matrix material is divided 
into microcrack initiation and microcrack propagation phases. Second, the influencing factors 
created by the presence of fibers and interfaces are analyzed, characterized, and documented in 
equation form. Some of the influences act on the microcrack initiation portion of the matrix 
fatigue life, others on the microcrack propagation life, while some affect both. Influencing factors 
include coetficient of thermal expansion mismatch strains, residual (mean) stresses, multiaxial 
stress states, off-axis fibers, internal stress concentrations, multiple initiation sites, nonuniform 
fiber spacing, fiber debonding, interfacial layers and cracking, fractured fibers, fiber deflections 
of crack fronts, fiber bridging of matrix cracks, and internal oxidation along internal interfaces. 
Equations exist for some, but not all, of the currently identified influencing factors. The third 
element is the inclusion of overriding influences such as maximum tensile strain limits of brittle 
fibers that could cause local fractures and ensuing catastrophic failure of surrounding matrix 
material. Some experimental data exist for assessing the veracity of the proposed framework. 

KEYWORDS: metal matrix composites, fatigue (metal), thermal fatigue, thermomechanical 
fatigue, bithermal fatigue, low cycle fatigue, high temperature fatigue, creep fatigue, life predic- 
tion, strainrange partitioning, crack initiation, crack propagation, thermal expansion 
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B Intercept  o f  elastic s t ra inrange-- l i fe  relations 
C Intercept  o f  inelastic s t ra inrange-- l i fe  relations 
C '  Intercept  o f  inelastic line for combined  creep-fatigue cycles 
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CC 
CP 
CTE 
F 
K 
N 
PC 
PP 
R 
V 
M F  
TF 
Lx 

r 

O" 

E 

Creep strain in tension, creep strain in compression 
Creep strain in tension, plastic strain in compression 
Coefficient of thermal expansion 
Inelastic strain fraction 
Cyclic strain-hardening coefficient 
Number of applied cycles 
Plastic strain in tension, creep in compression 
Plastic strain in tension, plastic strain in compression 
Ratio, algebraic minimum to maximum 
Ratio, mean to alternating 
Multiaxiality factor 
Triaxiality factor 
Range of variable 
Strain 
Ratio, absolute value of the compressive to tensile flow strengths evaluated at their 
respective temperatures and strain rates, preferably from cyclic isothermal or bither- 
mal experiments 
Stress 
Summation 

Subscripts 

cc Creep strain in tension, creep strain in compression 
cp Creep strain in tension, plastic strain in compression 
el Elastic 
f Failure with zero mean stress 
f m  Failure with mean stress 
ij pp, pc, cp, or cc 
in Inelastic 
i Microcrack initiation with zero mean stress 
L Load 
p Microcrack propagation with zero mean stress 
pc Plastic strain in tension, creep in compression 
pp Plastic strain in tension, plastic strain in compression 
t Total 
y Yield (0.2% offset) 

Strain 
a Stress 

Superscripts 

b Power for elastic strainrange--life relations 
c Power for inelastic strainrange--life relations 
n Cyclicstrain-hardeningexponent(~b/c) 

Introduction 

Low resistance to thermomechanical fatigue (TMF) is expected to be a limitation to the use 
of continuous filament, metal matrix composites (MMCs) material systems in high tempera- 
ture applications. This is because an MMC will experience cyclic stresses and strains from 
three sources (Fig. 1) rather than only two for conventional monolithic alloys. The potential 
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CTE mismatch Thermal Mechanical 
strains + gradient + strains 

strains 

(a) (b) (c) 

FIG. 1 - -  Triple contributions to stresses and strains in thermal fatigue of MMCs; (a) Coefficient of ther- 
mal expansion mismatch induced thermal stresses and strains, (b) Thermal gradients producing thermal 
stresses and strains, (c) Applied mechanical loading producing active stresses and strains. 

TMF degradation is particularly severe when the phasing of  thermal and mechanical loadings 
cause the three strain contributors to have the same algebraic sign. 

Typically, the coefficient of thermal expansion of  the fibers is considerably different (lower) 
than that of  the matrices. Thus, when the temperature of  an MMC material is changed, oppos- 
ing internal thermal stresses and strains are distributed between the constituents in a manner 
consistent with equilibrium, compatibility, and constitutive stress-strain relations of fiber, 
matrix, and interfacial material. 

The thermal expansion mismatch imposes deleterious stresses and strains within the matrix, 
fiber, and interface, even in the absence of  mechanical loads or conventional thermal strain- 
inducing temperature gradients. Thus, structural components made of an MMC with a sizable 
CTE-mismatch and operating over a large temperature range will experience a potentially 
large range of internal cyclic mechanical strain. 

Consequently, component design procedures will mandate use of engineering structural 
analyses and durability models in attempts to mitigate effects of  potential TMF degradation 
in MMCs. 

This manuscript presents a framework for performing fatigue life analyses of MMCs for 
thermal and thermomechanical loading. 

Proposed Framework for TMF Life Prediction Model 

General 

The framework of an engineering model that addresses the key durability issues involved in 
the TMF resistance of continuous fiber, [0 ~ MMCs for high temperature applications. Axially 
loaded MMC material specimens are treated as conventional ministructures (Fig. 2) whose 
weakest, most highly stressed links are the origins of fatigue cracking. As with conventional 
structures, the TMF durability of an MMC is expected to be governed by localized stress, 

~ ' Potential Site for 
Fatigue Micro-Crack 

Initiation 

FIG. 2--A composite material is a mini-structure. 
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strain, and temperature conditions, and their cyclic fluctuation with time. Linear elastic and 
nonlinear viscoplastic structural analysis techniques applicable to thermally cycled MMCs are 
under development [1-4]. 

If the reinforcing fibers are brittle ceramic, they would not be expected to be prone to cycle- 
dependent fatigue or time-dependent creep. Nor would one expect brittle interfacial layer 
material to undergo these classical mechanisms of degradation. Cracking occurs in these con- 
stituents, but the cracks initiate, grow, and arrest according to brittle fracture criteria. Thus, 
insofar as modeling damage initiation and propagation by cycle-dependent fatigue and time- 
dependent creep are concerned, we focus our attention on the ductile metallic matrix material. 
The matrix is used as the vehicle for tracking fatigue damage evolution. 

The proposed framework consists of three major elements. 

1. The TMF equations that approximate the in situ matrix material are calibrated from test 
results of unreinforced matrix material. The measured macrocrack initiation fatigue life 
(failure of coupon-sized axial specimen) of the matrix material is partitioned into micro- 
crack initiation and microcrack propagation phases in accordance with proposed 
equations. 

2. The influencing factors created by the presence of fibers and interfaces are analyzed, 
characterized, and documented in equation form. Some of the influences act on the 
microcrack initiation portion of the matrix fatigue life, others on the microcrack prop- 
agation life, while some affect both. Influencing factors will be discussed in an ensuing 
section. 

3. There is the recognition of overriding influences such as a maximum tensile strain limit 
of brittle fibers that could cause individual fiber fractures and ensuing catastrophic failure 
of the surrounding matrix. 

Some experimental data are available to assess the potential capability of the proposed 
framework. 

TMF Failure Behavior of the Matrix 

Since isothermal fatigue and creep-fatigue behavior alone may be insufficient for estimating 
fatigue behavior under thermal cycling conditions [5], it is desirable that the matrix material's 
baseline failure behavior be characterized through thermal, rather than isothermal, cycling 
experiments. We recommend using bithermal-cycling experiments as proposed in Ref 6 and 
adopted in the thermomechanical fatigue (TMF) life prediction model [ 7] based on the con- 
cepts of the total strain version of strainrange Partitioning (TS-SRP) [8,9]. The applicability 
of the TMF/TS-SRP approach has been verified recently for two high-temperature aerospace 
superalloys, cast B-1900 + Hf and wrought Haynes 188 [10]. 

Bithermal test results are used to establish the constants in the matrix TMF life prediction 
equation. Bithermal fatigue (in-phase and out-of-phase PP) and bithermal creep-fatigue (in- 
phase CP and out-of-phase PC) experiments [6] produce hysteresis loops of the types shown 
in Figs. 3a to d. The term creep-fatigue is used because the cycles emphasize creep deformation 
superimposed on strain-limited fatigue cycling. As the tests typically are performed on speci- 
mens in a laboratory air atmosphere, they are also subject to oxidation. For present purposes, 
it is to be understood that creep-fatigue experiments in air produce results that reflect the inter- 
actions of all three important failure behavior factors: fatigue, creep, and oxidation. Failure 
behavior is not particularly sensitive to the exact details of the wave shape of the cycle, pro- 
vided the partitioning of the inelastic strains is similar. 
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FIG. 3--Schematic stress-strain hysteresis loops for bithermal fatigue and creep-fatigue; (a) bithermal, 

high-rate, in-phase, continuous strain cycle producing 100% PP strain range, (b) bithermal, high-rate, out- 
of-phase, continuous strain cycle producing 100% PP strain range, (c) bithermal, tensile creep, in-phase, 
compressive plasticity cycle producing CP and PP strain ranges, (d) bithermal, compressive creep, out-of- 
phase, tensile plasticity cycle producing PC and PP strain ranges. 

T M F  Constitutive Flow Behavior o f  the Matrix 

In addition to documentation ofbithermal fatigue and creep-fatigue failure characteristics, 
it is also necessary to establish the cyclic viscoplastic flow behavior of the matrix. A particularly 
advantageous feature of  the currently proposed TMF life prediction approach is its ability to 
be applied to any generalized time- and temperature-dependent TMF cycle. This is achieved 
through the use of  any one of  numerous unified viscoplastic models that have been proposed 
over the last decade. Evaluation of  the constants in these frequently complex evolutionary- 
type constitutive equations remains a serious problem that has limited their widespread use. 
The procedures are not always straightforward. Furthermore, the precisely appropriate data 
may not be readily available without performing additional experiments. Nonetheless, con- 
siderable cyclic flow results are automatically made available during the performance of the 
bithermal failure behavior tests. These results and supplemental test results, as necessary, 
depending upon the selected flow model, are used to evaluate the constants in a cyclic visco- 
plastic model. Among the unified viscoplastic constitutive models used successfully in various 
NASA Lewis Research Center programs are the models proposed by Bodner and Partom [11], 
Walker [12], Robinson and Swindeman [13], and Freed [14]. Considerable research remains 
to develop reliably accurate models that are easy to calibrate and implement into finite ele- 
ment structural analysis and life prediction codes. On occasion, we have resorted to simpler, 
less general, empirical, power-law relations to document the required cyclic flow behavior for 
use with the current TMF life prediction method [ 7,8]. In these instances, because of  the sen- 
sitivity of  the flow behavior to details of  the wave shape, it is necessary to employ a wave shape 
for flow behavior documentation that is similar to the mission cycle being analyzed. 

Failure Behavior Equations for the Matrix 

Macrocrack Initiation--Once the flow and failure characteristics of  the matrix material 
have been established, the total mechanical strain range versus fatigue life (macrocrack initi- 
ation life --- fatigue life of  coupon-sized axial specimen) equation can be written for any arbi- 
trary in-phase or out-of-phase TMF cycle. 
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FIG. 4- -TMFfa t igue  life equations and low cycle fatigue curve for matrix material. Condensed from 

Ref7, (ij = pp, pc, cp, cc). 

Figure 4 graphically displays the total mechanical strain range versus fatigue life relation for 
matrix material based on the TS-SRP representation. Pertinent equations are shown in the 
figure. Step-by-step procedures for the calibration of  the constants in the subject equations for 
TMF are given in Ref 7. It is important to realize that the resultant TMF life prediction equa- 
tion is for the matrix material and is applicable for the specifically stated loading condition, 
that is, the exact temperature and strain versus time history, or a reasonable approximation, 
is prescribed. Should a different set of  loading conditions be imposed, a new set of  equation 
constants are to be calculated from the calibrated flow and failure characteristics. 

The TMF life prediction equation shown at this stage represents conditions involving no 
fibers, no geometric discontinuities (that is, no stress concentrations), zero mean stress, a uni- 
axial stress-strain state, and continuously repeated loadings of  constant total strain range, fre- 
quency, temperature range, and so on. Modifications of  the equation to deal with specific 
influencing factors associated with a composite are discussed in the subsequent section. Some 
of  the influences can be described analytically and quantitative computations of the expected 
effect on TMF life are possible. Other influences are not as yet at the quantifiable stage, and 
for the meantime will require empiricism and calibration of  computations with experimental 
TMF results. 

Some of  the influencing factors of the fibers will affect microcrack initiation more than 
microcrack propagation, and vice versa. It is convenient therefore to distinguish, analytically, 
these two important components of  the total macrocrack initiation life. 

As a starting point, we will assume that the relative proportions of microcrack initiation and 
propagation in TMF are similar to isothermal fatigue. Approximate equations for the micro- 
crack initiation and propagation portions of  the total fatigue life are suggested below. First, the 
total strain range can be decomposed into its elastic and inelastic strain range components 
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Power-law relations between strain range components and fatigue life (zero mean stress con- 
ditions) are commonly observed, that is 

A~el = B(N/) b (2) 

and 

thus, for macrocrack initiation 

~ , .  = C(Ns)  c (3) 

Ar -- B(N/) a + C(Nf) c (4) 

Microcrack Initiation and Propagat ion--Macrocrack initiation fatigue life can be decom- 
posed into microcrack initiation and microcrack propagation phases 

N / =  iV, + N, (5) 

There is widespread acceptance of the notion that microcracks initiate very early in low 
cycle fatigue (LCF), leaving the vast majority of  life to be spent in microcrack propagation. 
Furthermore, in high cycle fatigue, microcracks initiate late in life and the microcrack prop- 
agation phase is a small fraction of  the total life. Although somewhat arbitrary, it is not unrea- 
sonable to assume the following. At the lowest possible life of  Nf = 10 

N, ,~ 0.1N/ (6a) 

Np ~ 0.9N/ (6b) 

and, at an arbitrarily high cyclic life of  N/--  107 

N, ~ 0.9N; (6c) 

Np ~ 0.1N/ (6d) 

Simple power-law equations can be written between Ni and iV/and Np and N/by using the 
respective sets of  coordinates of  Eqs 6a, b, c, and d. The resultant equations, when substituted 
in Eq 4 with b = - 0 . 1 2  and c = - 0 . 6 0  [15], yield the following relations between total 
mechanical strain range and microcrack initiation and propagation lives. 

For microcrack initiation 

Aet ~ 0.76B(Ni) o.lo + 0.25C(Nj) o.,o (7) 

For microcrack propagation 

Ae, ~ 1.04B(Np) -~ + 1.20C(Np) -~176 (8) 

Influences of Fibers on Matrix Properties and Behavior 

The fact that fibers are present in a composite imparts changes in both the flow and failure 
response of  the matrix. A fully developed MMC life-prediction method must deal directly with 
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TABLE 1--Factors associated with fibers mechanically 
influencing matrix fatigue response. 

Factor Ni Np 

CTE mismatch strains Yes Yes 
Residual (mean) stresses Yes Yes 
Multiaxial stress state Yes Yes 
Off-axis fibers Yes Yes 
Internal stress concentrations Yes No 
Multiple initiation sites Yes Yes 
Nonuniform spacing Yes Yes 
Interfacial layers Yes No 
Fractured fibers Yes No 
Fiber debonding No Yes 
Fiber crack retardation No Yes 
Fiber bridging No Yes 

183 

these induced changes. A listing of  the most significant mechanical influences on the surround- 
ing matrix is given in Table 1. Each factor is identified as to whether it influences the micro- 
crack initiation or microcrack propagation phases of the macrocrack initiation life. A few of 
the influences currently can be handled analytically; others require development. Currently 
identified influences are discussed in the following paragraphs. 

Effects o f  Fibers and Interfaces on Matrix  Flow and Failure 

CTE Mismatch Strains--One of the largest influences on the cyclic strains induced in the 
matrix of an MMC under T M F  loading is the mismatch between the fiber and matrix coeffi- 
cients of  thermal expansion. As shown in Table 2 for three common MMC systems, the matrix 
CTE is larger than the fiber CTE by as much as two to four times. Based upon the mechanics 
concepts of equilibrium, compatibility, and constitutive stress-strain response, Garmong 
[16] has presented analyses of the constituent stresses and strains in thermally loaded com- 
posites. Although Garmong dealt with eutectic composites, his analyses are directly applicable 
to [0] MMCs. 

Slow, uniform temperature cycling (with no externally applied load) of a typical [0] MMC 
will induce a cyclic strain range in the matrix. Since the matrix is mechanically strained by the 
fibers as the temperature changes, the matrix undergoes a T M F  cycle. The matrix TMF cycle 
is out-of-phase. Should the MMC also be loaded in an out-of-phase TMF cycle, the externally 
applied mechanical strain will add directly to the internally induced mechanical CTE mis- 
match strain. The resultant increased strain range in the matrix will lower the macrocrack ini- 
t iation life of  the matrix in accordance with Eq 4. On the other hand, if the MMC is subjected 
to in-phase TMF loading, the two matrix strain contributions will tend to subtract from one 
another, depending upon the exact details of  the phasing of  temperature and strain. For iso- 

TABLE 2--Approximate values of coefficients of  thermal expansion (CTE) at room temperature of 
matrix and fiber for three common high temperature composite systems, a 

Composite System W/Cu SCS-6/Ti- 1 5 - 3  SCS-6/Ti-24AI- 11Nb 

Matrix 16.0 9 12 
Fiber 4.4 4.9 4.9 

aCTE (X 10 6~ 1). 
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thermal fatigue at room temperature, the CTE mismatch strain caused by cooling from a fab- 
rication/heat treatment temperature usually produces a tensile residual stress in the matrix 
that will act as a mean stress in subsequent fatigue loading provided the residual stress does 
not relax due to inelasticity in the matrix. 

Mean Stress Effects--Procedures for dealing with mean stresses (due to residual stresses or 
actively applied mean loads) in strain-based fatigue life models are covered in Ref 7. The cur- 
rently adopted mean stress model is based on a modification [ 17] of  the Morrow mean stress 
approach [18]. The following equation can be derived from Morrow's approach. It has direct 
applicability to isothermal, nominally elastic cyclic loading conditions 

(N:,,) -~ = (N:) - ~ -  V, (9) 

Vo is the ratio of mean to alternating stress and is equal to the inverse of  the classical fatigue A 
ratio. For strain-controlled cycles involving detectable amounts of inelasticity, any initially 
present mean stresses will tend to cyclically relax, numerically reducing the value of  Vs. During 
creep-fatigue loading, the numerical value of V. may be non-zero, yet it should not be expected 
to affect cyclic life in a conventional mean stress manner. Consequently, an effective V, was 
defined in Ref 17, Ve~ = k • V., where, k ~ 0 for A~,,/A~el ~ 0.2 and larger, and k --+ 1 for 
AQnl AEel ~ O. 

The effective mean stress ratio, Vow, for nonisothermal conditions has been proposed [5] to 
take the form 

Veer = (1 + R�88 -- R,II ')  (lO) 

where F is a strength ratio defined in the nomenclature. 
Accurate calculation of matrix mean stresses requires accurate nonlinear structural analysis 

procedures and viscoplastic constitutive modeling of  the matrix material. Mean stress can 
affect the fatigue macrocrack initiation resistance of  MMCs by more than an order of mag- 
nitude in cyclic life. For example, for an isothermal, nominally elastic case with b = - 0 . 1 2 ,  
V= = 1.0 (that is, zero-to-max stresses), and a corresponding life with zero mean stress, N: = 
100 000, the fatigue life, N:m, with a sustained mean stress is calculated from Eq 9 to be less 
than 9000 cycles to failure. 

Multiaxial i ty  o f  Stress--Fibers cause multiaxial stress-strain states within the matrix (even 
though the loading on the unidirectional MMC is uniaxial) as a result of  their differing elastic 
and plastic stress-strain properties, and their differing thermal conductivities and expansion 
coefficients. Any deviation from uniaxial loading can be handled by using any of a number of  
multiaxiality rules proposed in the literature. A relatively simple procedure for calculating the 
life influencing effects of  multiaxial stress states is given by Manson and Halford [19,20]. The 
approach is based on von Mises effective stress-strain and the multiaxiality factor, M F ( a  mea- 
sure of  the degree of  hydrostatic stress normalized by the corresponding von Mises effective 
stress). The equation for the multiaxial factor is 

M F =  TF TF  >_ 1 ( l l a )  

M F =  1 / ( 2 -  TF) TF_< 1 ( l l b )  

where 

T F  = ((r~ + a2 + ~3)/(l/V~)~/(~, - ~2) 2 + (a, - ~3) 2 + 02 - ~3) 2 ( l l c )  

C o p y r i g h t  b y  A S T M  I n t ' l  ( a l l  r i g h t s  r e s e r v e d ) ;  W e d  D e c  2 3  1 9 : 1 1 : 4 6  E S T  2 0 1 5
D o w n l o a d e d / p r i n t e d  b y
U n i v e r s i t y  o f  W a s h i n g t o n  ( U n i v e r s i t y  o f  W a s h i n g t o n )  p u r s u a n t  t o  L i c e n s e  A g r e e m e n t .  N o  f u r t h e r  r e p r o d u c t i o n s  a u t h o r i z e d .
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and, at = principal stresses (i = 1,2, 3). While multiaxial stress-strain states are always present 
in thermally cycled MMCs, their effect on cyclic durability of axially loaded [0] MMCs does 
not appear to be exceptionally great, at least for the degrees of multiaxiality that are self- 
induced (as opposed to externally imposed multiaxial loading). The multiaxiality factor for 
unidirectional loading of a unidirectional fiber layup for the SCS-6/Ti- 15-3 MMC system was 
determined to be only 1.04 [4]. Multiplying 1.04 times the computed effective strain range 
yields the strain range for entering the matrix total strain range versus macrocrack initiation 
life equation. This would give rise to a calculated decrease in fatigue life of only about 10%. 

Off-Axis Fibers--Using data for an E-glass fiber/polymeric matrix composite, Hashin and 
Rotem [21] analyzed the influence of off-axis fibers. As an example of their analytical and 
experimental findings, a shift from a 5 to a 10 ~ off-axis loading showed a loss of a factor of 
approximately two in isothermal fatigue strength. The corresponding loss in cyclic lifetime was 
measurable in terms of multiple orders of magnitude. A 60* off-axis loading resulted in a loss 
of nearly an order of magnitude in fatigue strength. Relatively small deviations from [0] can 
be responsible for large losses in fatigue resistance. Although the example was for a polymeric 
matrix composite, MMC fatigue behavior would be expected to be comparable. Modifications 
to Hashin and Rotem's equations will be necessary to make their analysis compatible with the 
matrix strain-based approach under development herein. 

Internal Stress Concentrations~Multiple Initiation Sites--An internal microstress concen- 
tration factor produces higher local internal stresses and strains and promotes earlier micro- 
crack initiation. Once the microcrack grew away from the local concentration, however, the 
concentration effect would diminish and the microcrack propagation portion of life would be 
relatively unaffected. An internal stress-strain concentration factor can be multiplied times the 
calculated nominal stresses and strains, or the nominal strain range can be entered into a mod- 
ification ofEq 7 (wherein the coefficients 0.8 and 0.34 have been divided by the value of the 
concentration factor). 

Internal crack initiation at local stress-strain concentrations can occur in MMCs at multiple 
initiation sites, thus leading to shorter paths for cracks to follow prior to linking together and 
hastening the macrofracture of the composite. If microcrack growth paths are decreased by an 
average of a factor of two, it would be expected that the micropropagation phase of life would 
also decrease by a factor of two. 

Nonuniform Spacing--The recent work of Bigelow [22] represents an excellent example of 
how structural analysis is used to determine the influence of nonuniform fiber spacing on the 
stress-strain response behavior of the in situ matrix. Using finite element structural analysis 
modeling of fabrication cool-down stresses in an MMC with uneven fiber spacing, Bigelow has 
been able to demonstrate that increased matrix stresses (longitudinal, radial, and hoop direc- 
tions relative to fiber) result from decreasing local fiber spacing. Greater local stresses translate 
into increased ranges of local strain for cyclic temperatures. Hence, Eq 7 would be used to 
predict the expected lower microcrack initiation life. Little effect on the microcrack propaga- 
tion life would be expected for this influencing factor. 

Interfacial Layers--Additional examples of using structural analyses to ascertain effects of 
fibers and interfaces on matrix stress-strain response is found in the work of Jansson and 
Leckie [23] and Arnold et aL [24] for assessing the influence of compliant interfacial layers 
between fibers and matrix. 

Additional Influencing Factors Associated with Cracks or Debonding--Further analytic 
development of the proposed framework will be required to quantitatively model the impact 
on microcrack propagation life of some of the influencing factors not discussed above. Of par- 
ticular interest are those factors directly associated with microcracks within an MMC, that is, 
fractured fibers and fiber debonding (the concepts proposed by Chen and Young [25], among 
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others, offers a promising approach), fiber crack retardation, and fiber bridging (see applicable 
work ofGhosn et al. [26]). " 

Once determined, the induced stresses and strains from any of  the influences discussed 
above are expected to alter the matrix failure behavior in accordance with experience on 
monolithic metallic materials, that is, local increases in strain range will reduce Ni, higher ten- 
sile mean stresses will decrease Ni, a higher multiaxiality factor will reduce N, etc. The more 
highly localized is the stress and strain, the less likely a significant influence will be expected 
o n  Np. 

Metallurgical Interactions--The very presence of  distributed nonmetallic fibers can also 
influence the metallurgical state of  the matrix material. Heat treating of  the matrix in the pres- 
ence of fibers can result in a somewhat different microstructure, yield strength, ultimate tensile 
strength, ductility, and hardness than obtained by heat treating unreinforced matrix metal 
[27]. This influence will compound the problem of isolating the true cyclic flow and failure 
behavior of  the in situ matrix material. 

Another crucial factor is the potential for increased internal oxidation of the MMC made 
possible by the interfacial layers acting as diffusional pipelines within the interior of the MMC. 
Internal oxidation will dramatically reduce an MMC's TMF resistance by promoting early 
microcrack initiation and faster microcrack propagation. 

TMF models with separate terms for cyclic oxidation damage interaction with creep and 
fatigue have been proposed recently by Nissley, Meyer, and Walker [28], Neu and Sehitoglu 
[29,30], and Miller et al. [31]. Perhaps features of  these models can be adapted to the predic- 
tion of  internal oxidation effects in high temperature MMCs. 

Mechanical Effects of Matrix on Fibers 

It is also necessary to examine the mechanical influence of  the matrix on the response char- 
acteristics of  the reinforcing fibers. Fibers of  primary concern are elastic and brittle. They fail 
progressively throughout the fatigue life of the MMC as a result of  the continual shedding of  
tensile stresses from the matrix material as it cyclically deforms. Cyclic relaxation of  mean 
(residual) stresses and strain hardening or softening of  the matrix results in various scenarios 
of  behavior depending upon the combination of operative conditions. 

For illustrative purposes, it is informative to select the specific condition of zero to maxi- 
mum tensile load control to aid in a qualitative micromechanics analysis of  how the fibers are 
influenced by the matrix behavior. Cyclic tensile mean stress relaxation as well as cyclic strain 
softening of the matrix causes a shift of  additional tensile stress (and hence, strain) to the fibers, 
pushing them closer to their critical fracture strain. If  the matrix cyclically strain hardens, there 
will be a tendency for the matrix to carry a larger portion of  the total peak tensile load. This is 
counteracted, and possibly overshadowed, by the cyclic relaxation of  any initial tensile resid- 
ual stresses. For all other things being equal, the case of  cyclic strain softening of the matrix 
will tend to strain the fibers in tension to a greater extent than for cyclic strain hardening. 

In addition to cyclic hardening, softening, and relaxation of  mean stresses (either by cyclic 
or time-dependent means), fibers are forced to carry a greater portion of  the imposed tensile 
load due to matrix cracking perpendicular to the fibers. As the matrix fatigues due to micro- 
crack initiation and microcrack propagation, more and more of  the applied load is shed to the 
fibers in the plane of  the cracks. Furthermore, as fibers begin to crack, the load they carried is 
transferred to the remaining unbroken fibers, thus increasing their peak tensile stresses and 
strains and pushing them closer to ultimate fracture. Failure of the composite into two pieces 
occurs at the point wherein the remaining axial fibers are being asked to carry stresses and 
strains in excess of  their critical value. It is this later important fact that forms the basis for the 
"fiber-dominated" approach to composite life prediction proposed by Johnson [32,33]. An 
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FIG. 5--Strain range versus fatigue life curve for MMC with brittle fiber. 
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integral part of the currently proposed TMF MMC life prediction method is the inclusion of 
an upper strain limit that will cover those conditions wherein the life of the material is clearly 
governed by the tensile strain capacity of the fibers. This is represented in Fig. 5 where a hor- 
izontal line is drawn at the value of the critical tensile fracture strain of the fiber. To properly 
place this strain value on a strain-range axis requires a micromechanics strain analysis of the 
MMC to be able to determine the initial mean strain in the fibers. 

Comparison with Experimental Results 

To date, there has been no direct experimental evaluation or verification of the proposed 
MMC modeling efforts. While TMF data for MMCs exist, the necessary matrix material prop- 
erty data required by the proposed TMF life prediction method have as yet to be generated for 
these systems. Nevertheless, some isothermal fatigue results from the open literature for 
MMCs and their corresponding matrices have been examined in light of the currently adopted 
points of view. Examples of published isothermal results are available from NASA and Air 
Force programs for three commonly available materials: W/Cu [34], SiC/Ti-15-3-3-3 [35], 
and SiC/Ti-24Al-11Nb [37,37]. The first example represents a ductile/ductile MMC system 
while the latter two represent brittle/ductile MMC and IMC (intermetallic matrix composite) 
systems, respectively. 

Tungsten~Copper M M C  

Strain-controlled, completely-reversed, low cycle fatigue test results have been reported by 
Verrilli and Gabb [34] for 9 and 36 vol% W/Cu at 260 and 560"C. They compared their 560"C 
results to 538"C isothermal data for both annealed and hardened copper generated by Conway 
et al. [38]. Figure 6 is taken from Ref 34. It is seen that there are only slight differences in the 
strain-cycling fatigue resistance of the copper and the W/Cu MMC. This would imply that the 
numerous potentially detrimental effects on the matrix due to the presence of fibers are not 
realized under the current circumstances. This observation is consistent with several impor- 
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FIG. 6--Comparison of isothermal fatigue resistance of W/Cu MMC (Verrilli and Gabb [34]) with Cu 
unreinforced matrix material (Conway et al. [38]). 

tant aspects of  this MMC system and its constituents. Because of  the low strength and high 
ductility of  the matrix, any detrimental original tensile residual stresses and any applied tensile 
mean stresses (MMC loading was zero to maximum tension) would have cyclically relaxed 
very rapidly at the strain levels of  the experiments. The degree of  multiaxiality in this system 
during isothermal loading is also quite small, and hence the MF may be too low to have a 
discernible effect on fatigue life. Large internal stress concentrations were not present, 
although 0.4-um-sized voids apparently were introduced into the matrix during fabrication of  
the MMC. Fiber alignment and spacing were well controlled during the fabrication process. 
In addition, the fiber and matrix do not have a brittle interfacial reaction layer as the two ele- 
ments chemically "wet" each other and form excellent bonds. Fibers are not brittle at elevated 
temperature and hence cracked fibers are not a source of microcrack initiation. Furthermore, 
fibers do not debond from the matrix during axial loading, and fibers appear to prolong the 
life to a small degree at the longer life levels, perhaps due to the beneficial effects of crack retar- 
dation and crack bridging brought about by the excellent interfacial bond. 

Silicon Carbide~Titanium M M C  

Unpublished isothermal, load-controlled, low cycle fatigue results for SCS-6/Ti- 15-3 MMC 
have been generated in conjunction with a cooperative research program between NASA 
Lewis and Pratt and Whitney. These results, shown in Fig. 7, are for 427~ (800"F) with RL 
0 and cyclic frequencies ranging between about 0.03 and 0.3 Hz, depending upon strain range 
and the testing laboratory. Fiber volume fractions range from 34 to 38%. The MMC results 
are compared to isothermal, strain-controlled, R, = - 1, data reported [35] for matrix mate- 
rial processed in the same fashion as the composite. Frequencies ranged between 0.03 and 1.0 
Hz, and were the highest at the lowest strain ranges. Substantially reduced strain fatigue resis- 
tance is exhibited by the MMC when compared to the unreinforced matrix. The reduction is 
a factor of  approximately 2 in strain range for a fixed life, or a factor of  about 40 in life for a 
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FIG. 7--Comparison of isothermal fatigue resistance of SCS-6/Ti-15-3 MMC (previously unpublished 
NASA and Pratt & Whitney data) with Ti-15-3 unreinforced matrix material (Gayda et al. [35]). 

given strain range. Among the dozen influential factors previously discussed, few could be 
responsible for the significantly large loss in fatigue resistance caused by the presence of fibers 
in the Ti- 15-3 matrix. The most pertinent influences are discussed in the following paragraphs. 

Any mean stresses in the matrix that may be present due either to the nature of loading or 
to residual fabrication stresses are expected to cyclically relax to zero for Ti-15-3 at 427~ 
(800~ Experimental results supporting this argument have been reported by Gayda et al. 
[35] for axially loaded specimens of  a 33 vol% [0]4 SCS-6/Ti-25-3 MMC. They also generated 
cyclic strain-controlled data for unreinforced specimens of  the matrix material and showed 
that, for R, = 0 tests, the initially large tensile mean stress quickly relaxed to zero, that is, 
V~ ~ 0, resulting in hysteresis loops identical to those for R, = --1 tests. Thus, from the 
standpoint of the effect of mean stresses in the matrix, it is not expected that the matrix mate- 
rial would initiate and propagate microcracks earlier in the MMC than if fatigued alone. 

However, a larger peak tensile stress is experienced by the fibers as they carry a greater por- 
tion of  the tensile load following relaxation of the matrix tensile mean stresses. Hence, the 
fibers are forced to operate closer to their peak tensile strain capacity and the MMC becomes 
less tolerant of subsequent matrix cracking that will further erode load-bearing area and trans- 
fer more and more tensile stress (and hence, strain) to the fibers. The cyclic durability resis- 
tance of the MMC thusly has been compromised, not by fatigue cracking per se, but by the 
cyclic flow response characteristics of  the matrix and the limited strain capacity of the brittle 
fibers. 

A somewhat similar situation can occur during RL = 0, in-phase, T M F  cycling of  an MMC 
in the high strain fatigue regime. Because of the low flow strength of  the matrix material at the 
maximum T M F  temperature, the matrix undergoes inelasticity. In turn, the matrix is driven 
into.compressive stresses (at zero external applied load to the MMC) during the low temper- 
ature excursion of  the T M F  cycle. The end result of  the matrix flow is to cause the fibers to 
carry a larger and larger share of  the peak applied tensile loads. If these loads are high enough, 
fibers begin to fracture in a runaway sequence that feeds upon itself, and the MMC fails as a 
result of fiber overload before any fatigue cracking can occur in the matrix. An example of  
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such behavior for TMF cycling is found in Ref 37 for the SCS-6/Ti-24A1-11Nb MMC system. 
While the process of  transferring more of  the tensile stress (and strain) to the fiber will have a 
detrimental effect on cyclic lifetime, this mechanism alone is not expected to be responsible 
for the large discrepancy between the two fatigue curves shown in Fig. 7. 

Explanation for an additional portion of  the discrepancy can be found in examination of  
the differences in the control modes used in the two test series. The MMC fatigue tests used 
load control and only tensile loads were imposed (RL = 0), whereas the matrix fatigue tests 
were conducted under completely reversed strain control (R, = - 1). Had the MMC fatigue 
tests been conducted with the same range of  load, and hence same range of  strain with RL = 

- -  1 (to keep the results of  Fig. 7 more comparable), the peak tensile stress (or strain) experi- 
enced by the fibers would have been 50% lower. Consequently, much more extensive matrix 
fatigue cracks and considerable fiber cracking would have had to have occurred before the 
remaining load carrying fibers were pushed to their peak tensile strain limit. Using this line of 
reasoning, the MMC specimens could have endured more loading cycles, thus resulting in lives 
closer to those exhibited by the unreinforced matrix material. 

Additional qualitative explanation for the discrepancy is found in the microcrack propa- 
gation portion of  cyclic life, which can be reduced in the MMC as a result of two important 
factors. First, in the MMC, cracks can initiate internally and subsequently link, thus reducing 
cyclic life. Secondly, internal oxidation at 427~ can occur along the interfaces and any inte- 
rior cracks. A loss of  a factor of four in microcrack propagation life by these means is certainly 
within the realm of  possibility. Furthermore, the microcrack initiation portion of specimen 
fatigue life has been observed via fractography [35] to be essentially bypassed in this MMC 
system. This is likely due to the nature of  the interfacial material and its relatively poor bond- 
ing to both fiber and matrix. At a cyclic strain range giving a life of 107 cycles to failure for the 
unreinforced matrix material, the microcrack initiation portion is expected to be 90% of the 
total macrocrack initiation life in accordance with Eq 6c. Thus an additional factor often loss 
in life can be attributed to the loss of  microcrack initiation life. The two life losses are multi- 
plicative, that is, 4 • 10 = 40, which is in general agreement with the losses observed in Fig. 
7. For the time being, it is not possible to quantify the degree of loss with any confidence in 
accuracy. A series of  strain-controlled, R, = - 1 low cycle fatigue tests of  MMC coupons is 
planned. The results are expected to provide a better understanding of  the causes of the large 
observed life losses in this MMC material for RL = 0. 

Silicon Carbide~Titanium Aluminide IMC 

Isothermal, load-controlled, low cycle fatigue results for coupons of SCS-6/Ti-24A1-11Nb 
have been reported by Brindley et al. [36], and by Russ et al. [37]. Fiber volume percentages 
range from 27 to 33 vol%. In both cases, the only strain data reported was the maximum tensile 
cyclic strain imposed on the MMC specimens. Both sets of investigators have since supplied 
the current authors with the average cyclic strain ranges for each fatigue test analyzed herein. 
Isothermal tensile and fatigue data on Ti-24A1-11Nb unreinforced matrix material have been 
reported by DeLuca et al. [39]. The matrix fatigue data are from completely reversed, strain- 
cycling (R, = 1) axial experiments with a frequency of  0.17 Hz, whereas the MMC data are 
for unidirectional coupons subjected to RL = 0 [36] or 0.1 [37] with frequencies of  about 0.2 
to 0.3 Hz [36] and 3.0 [37]. The basic mechanical loading conditions were similar to those for 
the SCS-6/Ti- 15-3 system analyzed in the previous section. 

Figures 8a and b show comparisons between the fatigue resistances of the unreinforced 
matrix material and MMC coupons at 427 and 650~ respectively. There is remarkable sim- 
ilarity between the sets of  curves in Figs. 8a and b and those of  Fig. 7. The MMC's resistance 
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to cyclic strain is below that of  the unreinforced matrix by factors ranging from about 1.7 to 
2.0. In terms of  cyclic life, the MMC resistance is between 10 and 100 times lower than the 
unreinforced matrix material for the same total mechanical strain range. The arguments that 
were applied to the interpretation of  the SCS-6/Ti-15-3 titanium MMC system results are just 
as applicable to the SCS-6/Ti-24A1-11Nb ti tanium aluminide MMC system. The authors are 
unaware of  any current plans to test thick samples of  the titanium aluminide MMC system 
under conditions of  completely reversed, strain-control fatigue. Such test results would be 
invaluable in providing an assessment of  the currently proposed framework for MMC fatigue 
life prediction. 

Summary 

A framework has been proposed for a life prediction system applicable to cyclic thermal and 
mechanical fatigue and creep-fatigue loading of  unidirectional, continuous-fiber, metal matrix 
composites. A local micromechanics stress-strain approach was adopted to impart the maxi- 
mum degree of  generality. The classically fatigue-prone metal matrix was selected as the vehi- 
cle for tracking the cycle-depending changes (mean stress relaxation, hardening, softening, 
microcrack initiation, and microcrack propagation). The presence of  fibers and interfacial lay- 
ers is taken into account by the influence they exert on the stress-strain and failure response 
behavior of  the matrix material. Similarly, the influence on the fiber of  the presence of the 
interfacial and matrix materials is given consideration. Considerably more analytical and 
experimental research is needed to expand upon the framework and bring the approach to its 
full potential. Examples of  isothermal fatigue data for MMCs taken from the literature illus- 
trate important  aspects of  the modeling framework. 
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ABSTRACT: The feasibility of generating precise thermomechanical deformation data to sup- 
port constitutive model development was investigated. Here, the requirement is for experimental 
data that is free from anomalies caused by less than ideal equipment and procedures. A series of 
exploratory tests conducted on Hastelloy X showed that generally accepted techniques for strain 
controlled tests were lacking in at least three areas. Specifically, problems were encountered with 
specimen stability, thermal strain compensation and temperature/mechanical strain phasing. 
The present study was undertaken to identify the source of these ditficulties and to develop 
improved thermomechanical testing techniques to correct them. These goals were achieved by 
developing improved procedures for measuring and controlling thermal gradients and by design- 
ing a specimen specifically for thermomechanical testing. In addition, innovative control strat- 
egies were developed to correctly proportion and phase the thermal and mechanical components 
of strain. Subsequently, the improved techniques were used to generate definitive deformation 
data for Hastelloy X over the temperature range, 200 to 1000*C. 

KEY WORDS: thermomechanical testing, testing techniques, specimen instability, constitutive 
modeling 

Introduction 

Overview 

The majority of  structural components used in high temperature applications experience 
some form of thermomechanical  loading during service. In order to predict performance 
under such loadings, it is essential that precise thermomechanical tests be conducted on can- 
didate materials. In particular, if thermomechanical testing is performed in support of  consti- 
tutive model development, the data must be free of anomalies introduced by less than ideal 
test equipment and control techniques. To this end, recent advances in digital control systems, 
instrumentation, and mechanical testing equipment have eliminated many of  the difficulties 
encountered in earlier studies. However, maintaining closely controlled conditions during 
thermomechanical  loading remains a relatively complex task, requiring detailed examination. 

A state-of-the-art testing facility has been established at NASA Lewis in support of high tem- 
perature deformation and fatigue testing of  advanced materials. A number of  exploratory tests 
were conducted to investigate the feasibility of  generating precise thermomechanical defor- 
mat ion (TMD) data to support constitutive model development. The testing involved pro- 
portionally phased values of  temperature and mechanical strain under uniaxial strain control. 
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FIG. 1--Phasing relationship in strain controlled thermomechanical loading. 

The phasing relationships investigated are given in Fig. 1. A triangular waveform was used to 
control both temperature and mechanical strain as data generated at a constant rate is pre- 
ferred in constitutive model development. Thermomechanical testing under uniaxial strain 
control gives rise to complex control conditions because of the first order affect of  thermal 
strain on the control variable [ 1-4 ]. Because of  this added complexity, the techniques detailed 
in this paper pertain directly to thermomechanical, uniaxial strain controlled testing with tri- 
angular command waveforms. However, the techniques are equally applicable to the less com- 
plicated mode of  load control. 

Initial exploratory tests under strain-controlled thermomechanical conditions identified 
three general areas which were found to be lacking, namely, specimen stability, thermal strain 
compensation, and temperature-mechanical strain phasing. These three areas were investi- 
gated in detail and experimental techniques and procedures were developed to improve the 
accuracy of  each. 

Problem Areas~Issues 

The first problem area identified pertains to specimen stability during thermomechanical 
testing. For Hastelloy Xe3 out-of-phase loadings conducted at temperatures greater than 600"C 
were found to introduce a cyclic specimen instability referred to as barreling. This behavior 
has been noted in several materials under a variety of  loading conditions [4-11]. Barreling is 
a cycle-by-cycle ratchetting phenomenon promoting material flow and localized straining; on 
a cylindrical specimen, this behavior is evidenced as circumferential bulging. Figure 2 shows 
a test specimen before and after barreling. In severe cases the barreling is visually detectable 
very early in cyclic life (N < 0.2Ny). The test specimen eventually becomes so severely dis- 
torted that initial engineering values of  stress and strain lose all significance, complicating 
interpretation of  the data. For Hastelloy X, the barreling did not occur under either isothermal 
or in-phase loading conditions. 

3 Hastelloy X is a trademark of Haynes International, Inc., Kokomo, IN. 
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FIG. 2--Specimen before and after cyclic barreling. 

Although this behavior has been noted on several different materials during high tempera- 
ture deformation, investigators have only speculated as to its cause [4-11] and how it relates 
to the specific test conditions. The barreling has been attributed in part to several sources 
including inelastic strain magnitude, strain rate, specimen geometry, and mean stress. How- 
ever, there has been little or no success at eliminating this problem under conditions where it 
has been found to occur. 

As pictured in Fig. 2, the barreling in the present work often appeared in the form of two 
bulges occurring above and below the midpoint of the specimen's gage section. After closely 
monitoring the temperature gradients during the TMD cycle (that is, the dynamic temperature 
gradients), it was determined that the bulge locations were associated with hot spots (~  10*C) 
at the maximum temperature of the cycle. The correspondence between barreling and the 
location of a hot dynamic gradient was verified by conducting a test with a dynamic hot spot 
at the mid-gage position. As suspected, the location of the barreling was mid-gage, coincidental 
with the location of the hot dynamic gradient. This clearly identified dynamic thermal gradi- 
ents as a primary source of  the material barreling. Thus, to minimize the specimen barreling, 
effort was placed on refining the techniques used to measure and control dynamic thermal 
gradients. 

The second area identified as being lacking was that regarding thermal strain compensation 
during a strain-controlled thermomechanical test. If  a fixed mechanical strain range is 
required, an accurate assessment of and compensation for the thermal strain component must 
be maintained at all times during the TMD cycle. 

Two simplified approaches include (l) equal-increment, time-dependent partitioning, and 
(2) pre-recorded, time-dependent partitioning of  thermal strains. The first approach assumes 

Copyright by ASTM Int'l (all rights reserved); Wed Dec 23 19:11:46 EST 2015
Downloaded/printed by
University of Washington (University of Washington) pursuant to License Agreement. No further reproductions authorized.



198 THERMOMECHANICAL FATIGUE BEHAVIOR OF MATERIALS 

Dil ~ lis~ I ~ I Dist . . . . .  

(~) (b) 
FIG. 3--Typical distortions found in hysteresis loops where phasing problems exist," (a) stress vs. total 
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that the thermal strain range can be accurately subdivided into equal, time-dependent incre- 
ments throughout the cycle. Real-time compensation is then accomplished by adding (or sub- 
tracting) this constant increment to the desired mechanical strain. This approach can lead to 
significant errors if the specimen's thermal strain response is not consistently linear (in time), 
a condition which is typical during temperature reversals. The second approach assumes that 
the thermal strains can be accurately represented by a single thermal cycle recorded prior to 
the test. This pre-recorded thermal strain versus time history is subsequently accessed (based 
on cycle time) to obtain the "real-time" thermal strain component. This approach will pro- 
mote control errors if small temperature variations are experienced within a cycle or from one 
cycle to the next. The pre-recorded thermal strains remain fixed in time, while the actual ther- 
mal strains are likely to fluctuate. 

The third area where problems most often arise during thermomechanical testing is that of 
command variable phasing. This is a problem because the time lag experienced between the 
command and actual specimen response is different when comparing temperature to mechan- 
ical strain (note that this is also a problem in load-controlled tests). With state-of-the-art equip- 
ment, the lag value for the mechanical component of  loading is essentially zero. However, the 
lag value for temperature can be quite large, particularly when a command reversal is issued. 
Simplified approaches, including simultaneous commands or a mathematical coupling 
between the mechanical strain command and the temperature response, will usually result in 
distorted hysteresis loops, such as those shown in Fig. 3. These distortions will be evident, both 
in the stress - total strain space (Fig. 3a), and after post-processing in the stress - mechanical 
strain space (Fig. 3b). Such distortions are unacceptable in data intended to support consti- 
tutive model development. 

Experimental Details 

Equipment  

A closed-loop, servo-hydraulic test system was used for this study, details of which are shown 
in Fig. 4. Specimens are installed in water-cooled hydraulic grips which incorporate collets for 
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FIG. 4--Experimental setup usedJor therrnomechanical testing. 

gripping a variety of  specimen end geometries. During the TMD cycle, the grips serve as the 
primary mechanism for specimen cooling. The maximum temperature rate is generally gov- 
erned by the cooling portion of  the cycle, particularly when relatively "low" temperatures are 
involved in the TMD cycle. Forced air can be used as a means of  specimen cooling, however, 
even if the air is diffused, localized cooling is likely to occur where the air streams impinge the 
surface of the specimen. As the material barreling was known to be promoted by dynamic 
temperature gradients, this method of  cooling was avoided in the present study. 

A high temperature, water-cooled extensometer is used to measure axial strains. An axial 
gage length of  12.7 mm is selected over a length of  25.4 mm because it is easier to control 
thermal gradients over the shorter test section. Direct induction heating is used for specimen 
heating. This method is convenient for rapid heating and temperature cycling, and allows rel- 
atively free access to the specimen's surface to accommodate the extensometer's probes. Power 
is provided by a radio frequency (RF) induction heater integrated with a closed loop temper- 
ature controller. Type K thermocouple wires are spot-welded onto the specimen's surface to 
monitor the temperature at several locations. 

Typically, induction work coils are constructed with a continuous single segment design, 
not allowing independent adjustments of the individual windings. Hence, coil adjustments, 
directly interpreted as temperature changes along the specimen, cannot be pursued in a sys- 
tematic manner. In contrast, the work coils and support fixture [12] used here, shown in Fig. 
5, consist of  three independent coil segments. Each segment is individually adjustable in ver- 
tical and radial directions, allowing a systematic approach to temperature modification at 
localized positions along the specimen. 

A remote minicomputer was used for test control. Control software was written to imple- 
ment the improved thermomechanical testing techniques developed in this study and manage 
the data acquisition. The use of RF induction heating often introduces a significant amount 
of  electrical noise which is highly visible in the digital data. An averaging routine was imple- 
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FIG. 5--Adjustable work coil fixture for direct induction heating. 

mented in the data acquisition routine to collect several data and average them before writing 
to the disk. This scheme was successful in the presence of unbiased electrical noise. 

Specimen Design 

Initial TMD tests were conducted on a specimen geometry originally designed for isother- 
mal, low cycle fatigue (LCF) testing. This design is shown in Figs. 2 and 6a. Although specimen 
geometry was not found to directly affect the material instability, an improved design was 
established which assisted in reducing the dynamic temperature gradients, and thus, indirectly 
aided in reducing material barreling. This specimen geometry is shown in Fig. 6b. The 
improved design is a smooth shank, thin walled tube with an extended parallel working sec- 
tion. In comparison to the solid cross-section specimen design (Fig. 6a), the tubular construc- 
tion allows for higher heating and cooling rates while maintaining a high degree of waveform 
control. Also, the tubular geometry inherently lowers the radial temperature gradients present 
during thermal cycling. Another advantage of this design over the original solid specimen is 
the extended central parallel section. This feature provides sufficient length to fully accom- 
modate the induction heater work coils, thereby simplifying the relationship between coil 
adjustment and associated temperature change. 

Improved Techniques 

Dynamic Thermal Gradients~Specimen Stability 

As noted previously, the specimen instability was, in part, promoted by dynamic thermal 
gradients in the TMD cycle. Gradients of seemingly insignificant quantities were instrumental 
in promoting barreling under out-of-phase loadings above 600"C. Thus, effort was placed on 
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FIG. 6--Specimen designs," (a) solid, �9 (b) improved tubular construction for thermomechanical testing�9 

the accurate measurement and control of dynamic thermal gradients. Note that the proce- 
dures and techniques in the following discussion will be influenced to some degree by specific 
test material and equipment. 

Clearly, close control of thermal gradients requires precise temperature measurement over 
the specimen's gage section. Thermocouples spot-welded on the specimen's surface were used 
for temperature monitoring and control. Measurements obtained from thermocouples reflect 
the temperature at highly localized points (the exact point of physical contact). Experience has 
shown that direct induction heating can create highly localized "hot" spots. Thus, it is impor- 
tant to place the thermocouples sufficiently close, so as to insure these "hot" spots are detected. 
After examining several possible configurations, a satisfactory arrangement was established 
and is shown in Fig. 7. An axial separation of ~6  mm provided adequate resolution for tem- 
perature monitoring. This eleven-thermocouple system includes two sets of five on opposite 
sides of the specimen (180 circumferential separation), and one located on the back-side of the 
specimen (opposite the extensometer probes) to function as the feedback sensor for closed- 
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FIG. 7--Thermocouple configuration. 

loop temperature control. The redundant set of five allowed verification of the temperature in 
a circumferential sense as well as a check on the gradients present in the axial direction. 

The next step is obtaining a "proper" static temperature profile. Initial testing revealed that 
the dynamic temperature gradients were not equal to the static gradients present prior to tem- 
perature cycling. Depending upon temperature rate, a static gradient of 4- 3"C could increase 
to a dynamic gradient of _+ 15*C over the 12.7 mm gage section. More specifically, the gage 
length extremes (positions marked "upper" and "lower" in Fig. 7) experienced temperatures 

15~ hotter at the maximum cycle temperature, and ~ 15"C cooler at the minimum cycle 
temperature, than that found at the mid-section of the gage length. 

By way of explanation, recall the configuration of the direct induction coils in Fig. 5. Heat- 
ing is induced by two major and one minor coil winding. Gaps in the windings are required 
to accommodate the extensometer probes. During an increasing temperature ramp, the loca- 
tions within the major coils will tend to heat faster than the location encircled by the minor 
(center) coil. This condition could possibly be avoided through the use of multi-zone control. 
However, the control complications introduced by such a system under TMD conditions may 
out-weigh the advantages, as each of the zones will require individual mechanical strain/tem- 
perature phasing considerations. Specimen cooling is facilitated by the water-cooled grips. 
This arrangement will inevitably impose a cold-hot-cold (top-center-bottom) thermal gradient 
along the full length of the specimen. During a decreasing temperature ramp, a variable cool- 
ing rate along the length of the specimen will be realized, as the ends will cool more rapidly 
than the mid-section. Thus, both heating rates and cooling rates are higher at the gage length 
extremes, compared to the specimen mid-section. 

In addition to these symmetric anomalies, testing in air allows thermal convection currents 
to play a role in dynamic temperature gradients. A point located within the lower length of the 
specimen typically requires more energy than its counterpart within the upper length when a 
uniform temperature is desired. This effect can be countered under static (isothermal) condi- 
tions by proper coil adjustments. However, dynamic (thermomechanical) conditions lead to 
increased heating rates within the upper length during the heating portion of the cycle, and 
increased cooling rates within the lower length during the cooling portion of the cycle. 

Given these constraints, it is impossible to cycle temperature without inducing gradients in 
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FIG. 8--Alignment temperatures for dynamic thermal gradients; (a) average; (b) maximum; (c) 
minimum. 

the gage section. At best, it is possible to eliminate gradients at a specific temperature in the 
cycle. Three obvious points were considered: (1) average-cycle temperature, (2) maximum 
cycle temperature and (3) minimum cycle temperature, as schematically represented in Fig. 
8. Given that the material barreling increased with increasing temperature, and was associated 
with the "hot" spots in the gradient, a dynamic temperature profile minimizing the gradients 
at the maximum cyclic temperature was chosen (for example, Fig. 8b). With this specific 
dynamic condition required, a corresponding static condition with initial imposed gradients 
could be established. This technique allowed the hot-end dynamic gradients to be reduced to 
~ , ~ - t  - o 

_ 2 C over the gage section. Note that by choosing this condition, the cold-end gradients 
increased. Also note that multi-zone temperature control could potentially minimize this 
problem. 

Another related issue concerns the uniformity of  the temperature rate. Several axial loca- 
tions were found to experience a fluctuating temperature rate after reversal. The closed loop 
temperature control system uses a thermocouple as the feedback sensor, hereafter called the 
controlling thermocouple (CTC). Strictly speaking, only the CTC temperature rate is con- 
trolled; all other points along the specimen are dependent. This is always the case with single- 
zone control. Typically, the CTC is placed at a central position within the gage section. Shown 
in Fig. 9 is the dynamic thermal profile of  a specimen cycled from 600 to 8000C with the CTC 
in the "center" position. Here, waveform distortions are revealed at both the "upper" and 
"lower" gage locations after temperature reversals. This effect is understood by recalling that 
locations away from the center of  the gage section have a higher heating and cooling rate, and 
hence, these positions respond more quickly to heater adjustments. The solution to this prob- 
lem is to place the CTC at a "quick" response position. Shown in Fig. l0 is a comparable 
thermal cycle with the CTC at the "top" position (as defined in Fig. 7). Obvious improvements 
are visible when controlling from this position. The CTC is now more responsive (relatively) 
to heater power changes, thereby eliminating conditions of  under and over-powering at other 
locations during reversals. The variation in response with respect to position is now experi- 
enced as a slight lingering of  the "center" position during reversals, as linearity is not now 
forced at this position. Utilizing this " top" CTC position reduced dynamic thermal gradients 
and maintained linear waveforms within the gage section. 

The rate of thermal cycling was found to have the greatest influence on all other control 
parameters; as temperature rate increased, all other aspects became more difficult to control. 
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FIG. 9--Thermalprofile with center thermocouple controlling. 

Rates from 25-200~ were investigated while monitoring dynamic gradients, tempera- 
ture rate constancy, and thermal strain compensation. At the higher rates, dynamic temper- 
ature gradients became unacceptably high (for example, _+ 30"C over the gage section) and 
accurate thermal strain compensation was not possible. To maintain the desired degree of con- 
trol, a maximum temperature rate of 50~ was used. 

Thermal Strain Compensation 

A strain-controlled environment is preferred in experiments supporting constitutive equa- 
tion development. However, under TMD, difficulties arise in the test control parameters 
because of the thermal strain's contribution to the total strain. If a fixed mechanical strain 
range is required, accurate thermal strain compensation is necessary. After evaluating several 
techniques, an improved methodology was developed and implemented. 
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FIG. l O--Thermal profile with top thermocouple controlling. 
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The preferred approach was to relate thermal strain to real-time measurement of specimen 
temperature. This method relies upon the assumption that a function f (T)  is capable of rep- 
resenting the thermal strains using an effective coefficient of  thermal expansion (ECTE) which 
correlates the gage section strains to a single temperature measurement. If  the temperature 
range is relatively small ( ~  200~ a linear function will perform adequately. However, this is 
not usually the case with large temperature ranges. Here the non-linear relationship between 
temperature and strain is approximated for optimum control using a piece-wise linear func- 
tion. Higher order polynomials did not perform well at representing thermal strains. 

The first step is to determine the physical location of  the temperature feedback. After eval- 
uating several axial locations, as well as cases where a temperature feedback was averaged from 
several locations, the "top" location (Fig. 7) was identified as optimal, particularly during tem- 
perature reversal. This location's comparatively quick response characteristics made it most 
suitable for use in a linear thermal strain equation 

e m = a * T  + C 

Here, a* is the ECTE, Cis a constant, and Tis the real-time specimen temperature at a "top" 
positioned thermocouple. The specimen is thermally cycled with load held zero to obtain the 
value for a*. To insure the accuracy of  a*, the specimen is again thermally cycled, but this 
time in strain control, where the thermal strain equation is commanding the "compensating" 
strains. 

The possible results from this cycle are shown in Fig. 11, assuming a single linear relation- 

(3" 
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C TM 

[Q) (b) 

o- 

FIG. 11--Verification of  the effective coefficient o f  thermal expansion (a*) in the thermal strain com- 
pensation equation, gh = a*T + C(c~o = optimal value for a*); (a) a* > a~" (b) a* < ao; (c) temperature 
rate is too fast; and (d) a = ao. 
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ship is valid. Figures 11 a and 11 b represent cases where a* is greater than and less than the 
optimal value a0, respectively. Figure 11 c depicts a condition where a* is accurate during the 
linear temperature ramp, however, became an invalid relationship during reversals. This con- 
dition exists if the temperature rate is too fast and well controlled reversals are not maintained. 
If the equation is working properly, the specimen is cycled in strain control without inducing 
a notable stress in the specimen (Fig. 11 d). Conditions were considered to be well controlled 
if the induced stress is contained within 1% of the maximum stress experienced during the test. 
During the test, the total strain command is calculated by summing two independent func- 
tions, thermal strain and mechanical strain. This flexible technique is accurate and capable of 
representing cycle-to-cycle variations in actual specimen temperature. 

Temperature~Mechanical Strain Phasing 

Phasing problems arise in thermomechanical loadings because of command/response (C/ 
R) time differences between mechanical strain and temperature. The C/R time is defined as 
the real time elapsed between issuing a command and obtaining the response on the test spec- 
imen. State-of-the-art mechanical loading frames are capable of rapid real-time response, 
allowing the C/R time of the mechanical strain component to be insignificant. In contrast, the 
C/R time for temperature is comparatively large, particularly during command reversals. 

The temperature/mechanical strain phasing technique was developed with emphasis on 
maintaining a constant mechanical strain rate. The mechanical strain is calculated by a single, 
time-based, temperature independent function, ensuring a constant rate throughout the com- 
plete cycle. In contrast, two temperature command functions are utilized. The first, referred 
to as a master/slave command, is dependent on, and slaved to the mechanical strain function. 
The second, referred to as a decoupled command, is calculated independent of the mechanical 
strain function. The sequence in which the temperature commands are issued is shown in Fig. 
12. 

During portions of the cycle which are not in the vicinity of a command reversal, a master/ 
slave relationship is used to calculate the temperature command. At a pre-determined point 
prior to a command reversal, the temperature command is decoupled from the mechanical 
strain function and forced to reverse prematurely (Fig. 12, point a). This point is determined 
by thermal cycle trials (under zero load) prior to the TMD test and is selected such that the 
actual temperature response reversal occurs simultaneously with the mechanical strain com- 
mand reversal (Fig. 12, point b). Representative time values between points a and b are 3 to 8 
s depending upon specific system configurations, temperature and temperature rate. Note that 
the value of this interval at the "cold" end of the cycle will likely be different from that estab- 
lished at the "hot" end of the cycle, with the "cold" end value typically greater. As a result of 
the premature reversal, the temperature command waveform is pushed "ahead" of the 
mechanical strain waveform. This offset prevents the mechanical strain and temperature com- 
mands from being immediately re-coupled into the previous master/slave relationship after 
reversal. Therefore, a slightly reduced temperature increment (~95% of the slaved command 
increment) is used after the response reversal (Fig. 12 point b). At the point of intersection with 
the master/slave command waveform (Fig. 12, point c), the temperature command is re-cou- 
pled, and once again calculated by the master/slave relationship. By making use of this tech- 
nique, reasonably precise phasing can be maintained during reversals without affecting the 
constant mechanical strain rate, and accurate hysteresis loops (free of distortions) can be 
obtained. 

Strictly speaking, during the de-coupled portion of the cycle after point b (Fig. 12), the tem- 
perature and mechanical strain response are out of proper phasing. However, this slight phase 
shift occurs during the initial portion of the elastic unload and does not introduce abnormal 

Copyright by ASTM Int'l (all rights reserved); Wed Dec 23 19:11:46 EST 2015
Downloaded/printed by
University of Washington (University of Washington) pursuant to License Agreement. No further reproductions authorized.



CASTELLI AND ELLIS ON DEFORMATION MODELING 207 

"I3 

g 
E 

o 
u 

L 

0 
L 
OJ 
D- 
E 
OJ 

Mas te r /S tove  -~  ~ ) ~  
- - - -  \: o 

~ ~ \ 0  \ 0 0 0 0 0 
~ \ o  ~ecoupted ~ i \~ 

Break away From 4ctuat temperature End decoupted 
noster/stave and and noster/stave land return to 

I begin decoupted [ reversat [noster~sLave I 
Decoupied stope change 

FIG. 12--Schematic of temperature command sequence, 

distortions in the deformation response. Also, given the real-time calculations for thermal 
strain compensation (discussed above), no mechanical strain errors are introduced. This meth- 
odology is felt to be the best compromise for maximizing accuracy and control. 

Discussion 

The improved thermomechanical testing techniques and procedures described in this paper 
were implemented into a real-time test control code and integrated into a state-of-the-art high 
temperature mechanical testing system. A schematic flow diagram depicting the command 
and execution sequencing is shown in Fig. 13. As shown, the two control signals, total strain 
e: and tcmperature T:, are digitally generated by the microprocessor and converted to analog 
signals. The thermal component of  the total strain is a function of  the real-time specimen tem- 
perature T~ and thus requires an incoming signal for control purposes. All remaining control 
functions are generated as explicit or implicit functions of  real-time. Additional analog signals 
(that is, total strain and load) are sampled for data acquisition. 

Given a suitable test system and the control software described above, the sequence for set 
up and test initiation is as follows. First, temperature ranges and rates are established. Without 
forced air cooling of  the specimen, the cooling portion of  the cycle and the desired minimum 
temperature will dictate the maximum temperature rate. However, from a control standpoint, 
it is often advantageous to use a temperature rate less than the maximum capable rate, as typ- 
ically, temperature gradients, phasing control, and thermal strain compensation all improve 
with decreasing temperature rate. After having established a temperature range and rate, the 
dynamic temperature gradients over the gage section should be adjusted to desired values. This 
will require thermal cycling the specimen (under zero load) prior to the TMD test. With all 
tuning and adjustments to the temperature cycle complete, the next step is to determine appro- 
priate time values for the premature temperature command reversals. Again, this is accom- 
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FIG. 13--Schematic flow diagram depicting the command and execution sequencmg for strain con- 

trolled thermomechanical testing. 

plished by comparing the temperature commands to the actual temperature response during 
thermal cycling under zero load. The final step is to calculate an appropriate ECTE under load 
control and verify the accuracy of  the thermal strain compensation function under strain con- 
trol. This final step will indicate whether or not the various test parameters have been appro- 
priately selected. If  this verification does not produce satisfactory results, it will be necessary 
to adjust one or more of the test conditions (for example, temperature rate) and determine 
revised test parameters. 

Having established the improved techniques, a TMD condition associated with severe mate- 
rial barreling was re-visited. A 600 to 800~ out-of-phase test with •m = -1-0.003 m/m was 
conducted; this loading condition consistently promoted severe material barreling after 
approximately 300 to 500 cycles. The results of  this experiment are shown in Fig. 14, alongside 
an earlier test subjected to identical loading conditions. The specimen tested before imple- 
menting the refined techniques was discontinued at 500 cycles. The barreling was visible after 
only 300 cycles. The specimen tested using the improved techniques experienced over 1100 
cycles at which time the test was terminated because of  macroscopic cracking. The barreling 
within the gage section was reduced to an absolute minimum. A small increase in diameter 
was experienced above the gage section where strict gradient control was not enforced. Since 
the cross section of the gage remained constant throughout the duration of  the test, the defor- 
mation data obtained could be used with a high degree of  confidence. 

Although the material barreling was dearly associated with temperature gradients present 
during thermomechanical loading, it is likely that other factors contribute to this phenome- 
non. As this is a ratchetting/flow type process, the magnitude of  inelastic strain will likely have 
an influence, as suggested by Coffin in Ref 6. A series of  600 to 800~ out-of-phase tests were 
conducted with similar initial static gradients (+  3"C) over the gage section. Each test was per- 
formed with a different mechanical strain range including 0 (thermal cycle only), +0.002, 
+_ 0.003 and + 0.004 m/m. The thermomechanical cycles were periodically interrupted under 
controlled conditions for careful diameter measurements. Results are shown in Fig. 15 where 
the diameter increase at the location of  most pronounced barreling was reported. The tests 
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FIG. 14--Specimen barreling; (a) after 500 cycles, before improved techniques; (b) after 1100 cycles 
with improved control techniques. 

reveal that the material barreling is highly influenced by degree of inelastic strain. As previ- 
ously observed, the barreling was located at dynamic hot spots. It is noteworthy that the mate- 
rial did not barrel under thermal cycle only conditions, but rather a small mechanical com- 
ponent was necessary to promote the behavior. 

The improved techniques resulted in the ability to perform well controlled, accurate, TMD 
experiments. These techniques were used to conduct a series of  strain-controlled TMD tests 
on the nickel-base superalloy, Hastelloy X, at temperatures from 200 to 1000*C. A tempera- 
ture range of  200~ with a mechanical strain range of + 0.003 m/m was used. In-phase hys- 
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FIG. 15--Effect of mechanical strain range on specimen barreling for 600 to 800"C out-of-phase loading 
conditions. 
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FIG. 16--In-phase hysteresis loops for Hastelloy X exhibiting minimal distortions. 

teresis loops taken from three of the tests are shown in Fig. 16. Note the absence of abnormal 
distortions at reversal locations and the distinctive thermomechanical slope changes which 
occur, most notable in the compressive 800-1000~ deformation. These subtle variations are 
easily lost if well controlled conditions are not maintained. 

Performing this series of definitive tests enabled the thermomechanical hardening mecha- 
nisms and behavior of Hastelloy X to be studied in detail, leading to the identification of 
behavior unique to thermomechanical loading conditions [ 13,14]. Most recently, these data 
were used to provide guidance for the development of thermoviscoplastic constitutive 
theories. 

Summary/Conclusions 
The following conclusions were drawn from this study of thermomechanical testing tech- 

niques and procedures. 

1. The feasibility of generating reliable thermomechanical deformation data was demon- 
strated using state-of-the-art, computer controlled test equipment. Some improvements 
in temperature measurement, specimen heating, and specimen design were found to be 
necessary in achieving this goal. 

2. Specimen barreling in out-of-phase tests conducted on Hastelloy X was effectively elim- 
inated by controlling axial thermal gradients within _+ 2~ over the gage section at the 
hot end of the cycle. The degree of specimen barreling in less closely controlled tests was 
shown to increase dramatically as the mechanical component of strain was increased. 

3. A procedure was developed for thermal strain compensation which uses linear and 
piecewise linear relationships between thermal strain and real-time specimen tempera- 
ture. Straightforward experimental techniques were developed to check the effectiveness 
of the thermal strain compensation prior to testing. 

4. A technique was developed to ensure proper phasing between temperature and the 
mechanical component of strain. Temperature is slaved to mechanical strain over the 
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major  part of the cycle and decoupled during reversals. Reasonably precise phasing is 
achieved during reversals by tailoring the temperature command waveform to the ther- 
mal characteristics of  the test system. 

5. The techniques and procedures developed in this study were used successfully to generate 
definitive thermomechanical  deformation data for Hastelloy X. 
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ABSTRACT: Thermal-mechanical fatigue (TMF) cracking is the primary mode of mechanical 
failure of first stage blades in gas turbines used for electric power generation. Because of the high 
replacement costs of these superaUoy components, it is important that accurate predictions of 
TMF life be made so that blades can be reconditioned before cracks initiate and propagate 
beyond repair limits. This paper describes the development of a TMF life prediction method- 
ology for first stage blades, which is part of a Life Management System developed by the Electric 
Power Research Institute (EPRI). 

The TMF life model is based on laboratory TMF tests of the superalloy IN-738LC in both the 
coated and uncoated conditions. Results for TMF crack initiation life are presented and mod- 
eled. The life model is based upon the strain range, the dwell time, and the strain A-ratio. The 
dwell time term accounts for the time dependence of the fatigue life due to environmental attack 
and creep. The strain ratio term helps account for the effect of mean stress in the cycle. The ability 
of the life model to predict the fatigue lives of the current test data and the fatigue lives of IN- 
738 test samples for various test conditions reported in the literature is presented. The effect of 
coatings and environment upon the TMF life is also discussed. 

The strain-temperature response of the blade was obtained from the manufacturer. The life 
prediction methodology is presented and applied to the prediction of TMF life of blades from a 
number of engines. Miner's rule is used to sum cumulative damage from the different engine 
cycles that occur. Good agreement is obtained between the service experience and the life 
predictions. 

KEYWORDS: thermal-mechanical fatigue, nickel-base superalloys, IN-738LC, gas turbine 
blades, life prediction, high-temperature coatings 

Introduction 

Industrial  gas turbines, also called combust ion  turbines, are used by utilities and private 
industrial  companies  to generate electricity. In the 1960s and 1970s utilities pr imari ly used 
them to provide  peaking power, that  is, electricity at the highest demand  periods of  the day. 
In the 1970s and especially in the 1980s, combined  cycle application became widespread in 
which the exhaust  gases were used to make  steam in a boiler, and that steam was used to gen- 
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erate additional electricity with a steam turbine or was used in industrial process plants. In 
Europe, steam or hot water is used for district heating purposes. Today, many simple and com- 
bined cycle gas turbine plants are being built to provide additional power and to replace aging 
power plants both in the United States and abroad. Combined cycle operation can provide 
thermal efficiencies greater than 50% and can be purchased in modular units to reduce the 
financial risk associated with building large, conventional coal-fired steam plants or nuclear 
plants. Smaller industrial gas turbines are used as mechanical drives for numerous applications 
and to provide electricity in remote locations. 

The durability of  a gas turbine is principally limited by those components operating at high 
temperatures in the turbine section. The first stage nozzle and blades usually are the first parts 
to need repair, apart from the combustion components. The first stage blades, also called buck- 
ets, experience creep, fatigue, and high-temperature attack from oxidation and hot corrosion. 
Because of  the conservative design of  the heavy section buckets, creep has not been an oper- 
ational problem. The buckets are usually removed from service for repair because of fatigue 
cracking or coating degradation. 

Heavy Wall Buckets 

The type of bucket, or blade, considered in this paper is called a heavy wall bucket because 
of  its solid cross section, as shown in Fig. 1. This additional mass provides greater resistance 
to fracture from impact by foreign objects and provides the bucket with more resistance to 
environmental attack, which can compromise its structural integrity. The bucket has a cooling 
scheme consisting of  holes drilled through the span of  the bucket. The new, highest tempera- 

13"1~ , 

FIG. 1--"Heavy wall"first stage bucket for General Electric MS7OOIE industrial gas turbine. Bucket 
is 35 cm (14 in.) long, weighs 6.8 kg (15 lb), and is cooled by through holes. 
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ture, gas turbines employ more advanced cooling designs similar to those used in aircraft 
engines, consisting of  serpeniine passages and film cooling. 

Because of the high cost of  a new bucket set, which is roughly 0.5 million U.S. dollars, the 
ability to refurbish the buckets is highly desirable. Buckets cannot be refurbished, however, 
when fatigue cracks are present in the base metal or when too much base metal attack has 
occurred from environmental attack or foreign object damage. The amount of  allowable dam- 
age is defined by the manufacturer. Operators of  gas turbines wish to obtain 24 000 to 48 000 
h of  operation before removing the buckets for refurbishment, which is typically three to six 
years of  continuous operation. 

If  fatigue cracks penetrate into the base metal beyond the blending limits, the bucket cannot 
be refurbished. The industry practice is to refurbish before fatigue cracks occur, because 
fatigue cracking to lengths much greater than 0.2 mm (a few mils) is cause to reject the bucket. 
Consequently, fracture mechanics approaches are not useful because they assume the exis- 
tence of  cracks, which would quickly lead to the removal of  the buckets for refurbishment. 
Furthermore, metallurgical examinations of  many buckets at high magnification have not 
found pre-existing cracks. It should be noted that IN-738 heavy wall buckets can operate with 
leading edge cracks of  5 mm (0.2 in.) length without fracture provided that vibratory stresses 
are very low and there is no embrittlement of the metal. 

Coating degradation is currently under study, and models for describing this degradation 
are under development. This is a very complex area and very important because it can deter- 
mine the bucket life in both the current and the newer, high-temperature engines being built 
today. Little in the way of  life prediction can be done to account for foreign object damage. 
Most foreign object damage in the turbine section is caused by pieces of  metal that originate 
in the combustion section. 

Life Management of Gas Turbines 

This study is part of  a larger project to develop a Life Management System (LMS) for indus- 
trial gas turbines [ 1 ]. The current effort is directed at the General Electric MS7001 gas turbines, 
which are used widely by utilities and industries for power generation. These gas turbines are 
physically very large and produce 60 to 80 MW of electricity. They operate at turbine inlet 
temperatures (TIT) ranging from 1850 to 2055"F (1010 to 1125~ Advanced gas turbines, 
just beginning operation as of  1991, operate at TITs of 2300"F (1260"C) and produce around 
150 MW of electricity. 

The LMS project concentrates on the components of  greatest interest to gas turbine oper- 
ators and manufacturers, which are the first stage nozzle (or vanes) and the first stage blades. 
Models have been developed for nozzle cracking, blade creep, and blade thermal-mechanical 
fatigue. Models for coating degradation are under development. The amount of  life consumed 
and the remaining life are calculated with REMLIF, a Fortran-based computer program that 
tracks the engine and component history in addition to performing life predictions, and REM- 
LIF EXPERT, an expert system version of  this program. 

A model for thermal-mechanical fatigue was originally developed for this project by General 
Electric, and that model has been used successfully. A preliminary discussion of this effort and 
a presentation of some of  the fatigue data has been given by Russell [2]. The GE model is based 
on maximum tensile stress, which gives good correlation with life, but is difficult to apply 
because of  its strong dependency on the material's constitutive behavior, which is not that well 
known. A strain-based approach is more practical and is the focus of  this paper) 

3 Approaches requiring an accurate calculation of the stresses are difficult to use because inelastic behav- 
ior caused by stress-relaxation, cyclic hardening, and softening, and so forth, makes the determination of 
the stresses quite difficult and uncertain. 
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High- Temperature Fatigue of Nickel-Base Superalloys 

The isothermal fatigue of  nickel-base superalloys at high temperature has been widely stud- 
ied. Summaries of  the literature have been given by Miner [3] and Skelton [4], among others. 
Conclusions of  significance to this paper are that compressive hold times decrease life by ele- 
vating the mean stress, and that tensile hold times have the opposite effect, both conclusions 
being valid when inelastic strains are limited. Environmental attack caused by high-temper- 
ature oxidation has been found to be detrimental to IN-738 by Nazmy [5] and Gabrielli et al. 
[6]. Hot corrosion has also been shown to shorten the life of  Udimet 720 by Allen and Withlow 
[ 7] and Withlow et al. [8]. 

The TMF of nickel-base superalloys has not been as widely reported. Leverant et al. [9] have 
summarized many of  the important issues. TMF data for IN-738 have been given by Russell 
[2] and by Kuwabara et al. [10], both of  which are discussed in this paper. Some TMF data 
have also been given by Viswanathan [ 11 ] for Udimet 710, which is also discussed in the text, 
and tests on Mar-M247 have been reported by Boismier and Sehitoglu [12]. 

Information on the high-temperature fatigue of  coated superalloys is also not widely avail- 
able. Griinling et al. [13] have summarized much of  what is known about the effect of  coatings 
on mechanical properties. Bernstein [14] has discussed how coatings can affect the fatigue life 
of  industrial gas turbine blades. Fairbanks and Hecht [15] have shown that the fatigue life is 
reduced by coatings and that different coatings can affect the fatigue life differently. Heine 
et al. [16] conducted TMF tests on a coated nickel-base single crystal superalloy and found 
that coatings reduced the fatigue life. They contended that the coating and the substrate must 
be considered as a single system in order to predict the TMF life of  coated turbine blades. 

TMF modelling of nickel-base superalloys has mostly attempted to use models developed 
for isothermal fatigue. Kuwabara et al. [10] claimed that TMF tests gave lives longer than 
isothermal tests at the maximum TMF temperature, and consequently, that TMF lives could 
be conservatively predicted from isothermal test results. However, Heine et al., at Pratt and 
Whitney [16] stated that the use of  isothermal data has not been successful in predicting the 
fatigue life of  blades and that TMF data must be used. Halford and Manson [17] have 
attempted to extend strain range partitioning to TMF, and Heine et al. [16] have used a tensile 
hysteretic energy approach that requires an accurate constitutive model. Neu and Sehitoglu 
[ 18] have developed a general model for high-temperature fatigue, including thermal-mechan- 
ical fatigue, and Sehitoglu and Boismier [19] have applied it to Mar-M247. Their model 
accounts for damage from fatigue, environment, and creep as separate terms, which are lin- 
early summed, and makes use of a constitutive equation to compute the creep damage. 

Finally, it should be noted that the large body of high-temperature fatigue data on steels and 
stainless steels is of  limited value for applications to nickel-base superalloys because of the large 
differences in ductility and strength between these materials. In general, the nickel-base super- 
alloys are more sensitive to mean stress and environment than the stainless steels. 

Scope of Paper 

The main purpose of  the work reported in this paper is to develop a model to predict the 
TMF life of  industrial gas turbine blades. The model developed is a semi-empirical model, 
similar to most engineering models that are actually used to predict low-cycle fatigue. (The 
model does not attempt to separately model the different mechanisms of  damage, that is, 
fatigue, creep, and environmental attack.) To this end, a presentation is made of what is 
involved in actually predicting the life of  a component, and how the material data on fatigue 
properties fit into this process. A secondary objective of this work is to better understand the 
TMF behavior of IN-738. 

The body of  the paper is divided into four sections. The first section describes the experi- 
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mental program, the fatigue results, and the development of  a model to predict the TMF of 
blades. The second section describes the structural analysis of  a cooled blade. The third section 
discusses the life predictions for service exposed blades and includes metallurgical analyses. 
The last section is a discussion of  the results from the paper. 

Experimental Program 

Materials 

The buckets and test specimens are made from IN-738LC, which is an investment cast 
nickel-base superalloy used worldwide for industrial gas turbine hot section components. It 
has greater high-temperature corrosion resistance than superalloys used in aircraft engines 
because industrial gas turbines are expected to operate for long times on low-quality fuels. IN- 
738LC has good high-temperature creep strength, limited ductility, and good room-temper- 
ature strength. It is strengthened primarily by a high fraction of  gamma-prime particles, and 
secondarily by grain boundary carbides and solid solution strengthening. The nominal com- 
position (in wt%0) of  the material is 16% Cr, 3.4% Ti, 3.4% A1, 8.3% Co, 2.6% W, 1.7% Mo, 
0.9O/o Cb, 0.10% C, 0.01% B, and 1.75% Ta. 

In service, the buckets are coated to protect against high-temperature environmental attack. 
The test specimens were coated on the outer surface with GT-29, which is a proprietary overlay 
coating applied by a low-pressure plasma-spray process. The coating is a CoCrA1Y type, hav- 
ing a composition (in wt%) of 29% Cr, 6%0 A1, and 0.3% Y, with the balance being Co. The 
coating consists of  a Co + Cr matrix containing particles of  CoAl. The inner surface of  the 
hollow specimen was not coated because it is not possible to plasma spray this coating on the 
inner surface. 

Specimen blanks for this testing program were cast under carefully controlled conditions to 
obtain a grain structure representative of  gas turbine buckets. Following casting, the blanks 
were hot isostatically pressed (HIPd) in an argon atmosphere. Following HIPing, the castings 
were solution-treated in vacuum at 1121 ~ (2050~ for 2 h followed by air cooling and sub- 
sequent aging at 843*C (1550~ for 24 h with air cooling. 

Final specimen geometry was a hollow cylinder with a gage section outer diameter of 10.2 
m m  (0.400 in.), a wall thickness of  1.52 m m  (0.060 in.), and a gage length of  25.4 mm (1 in.). 
The specimens were finish machined using low-stress grinding on the outside and longitudinal 
honing on the inside, resulting in a very smooth finish. Most of the specimens were coated 
with GT-29. The coating thickness ranged from 0.117 to 0.155 mm (4.5 to 6 mils), which is 
somewhat less than the typical thickness of  a GT-29 bucket coating, which is 0.2 to 0.25 mm 
(8 to 10 mils). Following the coating application, the specimens were given a surface treatment 
involving peening and heat treatment in order to meet the standard bucket coating 
requirements. 

Test Program 

The tests were conducted at General Electric laboratories using servo-hydraulic test 
machines under strain control. Specimens were induction heated and cooled by forced air 
through the hollow tube. Strains were measured with an axial extensometer over a 15-mm 
(0.6-in.) gage section: The temperature gradient over the gage section was maintained to 
within +_ 2"C. The test program comprised three groups of  experiments: isothermal low-cycle 
fatigue, thermal-mechanical fatigue, and "bucket" thermal-mechanical fatigue tests. 

4 The knife edges of the extensometer were lightly pulled into the specimen by springs, and no dimpling 
of the surface was used. 
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FIG. 2--Schematic of "bucket" TMF cycle simulating the leading edge of the bucket. 

Isothermal low-cycle fatigue (LCF) tests were conducted at 760, 871, and 982"C (1400, 
1600, and 1800*F). The tests were run with compressive holds of 0, 0.33, 2, and 15 min. Total 
strain ranges 5 varied from 0.2 to 0.8%, and the cycling frequency was 0.33 Hz. Strain ampli- 
tude ratio A = eamJe . . . .  was held constant at - 1.6 All but three specimens were coated. 

Thermal-mechanical fatigue (TMF) tests were on linear out-of-phase (LOP) cycles in which 
the maximum strain and min imum temperature occurred simultaneously. This cycle is rep- 
resentative of industrial gas turbine buckets in which the highest temperatures occur while the 
surface is in compression. The min imum temperature was held constant at 427"C (800*F) and 
the maximum temperature was either 871, 916, or 982"C (1600, 1680, or 1800~ Compres- 
sive hold times of 0, 2, and 15 min were applied with both coated and uncoated specimens. 
The strain range varied from 0.4% to 0.8% with A = ~ in most cases. Four tests were con- 
ducted at A = - 1 to investigate the significance of mean strain effects. 

The "bucket" thermal-mechanical fatigue tests followed a strain-temperature history rep- 
resentative of the leading edge of the first stage bucket in service. This bucket history was devel- 
oped by GE from their component analysis; a schematic is shown in Fig. 2. Tests were carried 
out at maximum temperatures of 916 and 960~ (1680 and 1760"F), which are in the range 
of application. The hold time was held constant as a 2-min compressive dwell (at maximum 
temperature), and the strain amplitude ratio was maintained at A = - 2 .3 .  The only free 
parameters in these tests were the strain range and the presence or absence of coatings. 

Test Results 

The current study focused on a parametric analysis of the test data using a strain-based 
approach. To accomplish this task, total strain ranges versus fatigue life were plotted holding 
all but one parameter constant. This facilitated identification of the most important factors to 
be included in a life prediction model. The total strain range was used because the cyclic inelas- 

5 All strains reported are mechanical strains, in which the thermal strain (or displacement) has been 
subtracted from the strain (or displacement) measured by the extensometer. Thus, the "total strain" is the 
"total mechanical strain," the "inelastic strain" is the "inelastic mechanical strain," and so forth. 

6 Camp = (Emax - -  Emi.)/2 and emean = (emax + emin)/2 where era= and Emi  n are the maximum and minimum 
values of the strain, respectively. 
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FIG. 3--LOP test results at T,,o~ = 871"C (1600~ and A = oo, showing the effect of compressive hoM 
time and coatings. 

tic strains are negligible in the range of  application, and inelastic strain was reported as zero 
for a significant fraction of  the test data. 7 The failure life Nscorresponded to 50% load drop. 

The five parameters investigated, apart from strain range, were the compressive hold time, 
the test temperature, the presence or absence of  a coating, the strain A-ratio, and the cycle 
type-- isothermal ,  LOP and bucket. 

Effect o f  Compressive HoM T i m e - - T h e  effect of  compressive hold time upon fatigue life in 
the LOP tests is shown in Fig. 3 for both coated and uncoated specimens. With the exception 
of  one test, there was a clear decrease in life as the hold time increased. Similar decreases in 
life with hold t ime were observed for the LOP tests at 982"C (1800*F) and the isothermal tests 
at 871 ~ (1600*F). 

Effect o f  Temperature--The effect of temperature upon the fatigue life in the LOP tests with 
a 2-min hold is shown in Fig. 4a for coated specimens and Fig. 4b for uncoated specimens. 
The life at 982~ (1800~ was consistently shorter than at 87 I*C (1600~ for both the coated 
and uncoated specimens. Similar behavior was seen for the uncoated LOP tests with no hold 
time. The isothermal tests of  coated specimens with A = - 1 and a 2-min hold time showed 
decreases in life as the temperature was increased from 760 to 871 to 982~ (1400 to 1600 to 
1800~ For  the tests in Fig. 4b, the lives at 916"C (1680"F) appeared to be similar to those at 
982*C (1800~ There also was no difference in the fatigue life between the 916 and 960"C 
(1680 and 1760~ bucket tests for both coated and uncoated specimens. 

Effect o f  Coatings--The effect of  coatings upon the fatigue life is more difficult to interpret 
because the inner surface of  the specimen was not coated. Furthermore, the tensile properties 
of  the coated specimens showed somewhat greater ductility and lower strength than the 
uncoated specimens. The reason for this behavior is not known. As shown in Fig. 3 for LOP 
tests at an A-ratio of  infinity, the coating reduced the life for 0 hold time tests at both 871 and 
982~ (1600 and 1800~ For 2- and 15-min holds, the coated and uncoated specimens had 
similar lives. For  the bucket specimens, which had a 2-min hold time, the coating caused a 
significant reduction in the fatigue life of  the specimens, as shown in Fig. 5 for the 916~ 
(1680~ data. The effect of  coatings on the bucket tests at 960"C (1760~ was similar. For the 

7 The extent of the inelastic strain depended upon the strain range of the test and was negligible at low 
strain ranges. In addition, the material initially hardened and then softened during the test. 
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FIG. 6--LOP test results at T,,o~ = 871"C (1600*F) and a compressive hold time of 2 min showing the 
effect of strain A-ratio for both coated and uncoated specimens. 

T M F  tests, the general conclusion is that the coating acts to reduce the life. More will be said 
about this subject in the discussion. 

Effect o f  A-Ratio--Because the strain A-ratio varied in the test program and in the appli- 
cation, the effect of strain A-ratio on the fatigue life was considered. As shown in Fig. 6 for the 
LOP tests with a 2-min hold at 87 I~ (1600~ there was a small but consistent decrease in 
life for A = -- 1 compared to A = co. Additional data spanning a larger range in A were not 
available. 

Effect o f  Cycle Type - -The  effect of cycle type is somewhat difficult to distinguish in the data 
because each cycle type was run at a different combination of  temperature and A-ratio. The 
data for coated specimens with a 2-min compressive hold are shown in Fig. 7 for the isother- 
mal, LOP, and bucket cycles. It can be seen that the isothermal tests gave the longest life, and 
the LOP tests gave the shortest life, with the bucket cycles generally being intermediate 
between the two. 

T M F  Life Model 

These observations led to the development of  a model to predict fatigue life. The model was 
optimized to those conditions of  interest to the fatigue of industrial gas turbine blades: a few 
well-defined cycles of the LOP type; a relatively narrow range of  temperature, strain range and 
A-ratio; and the presence of  coatings. The more difficult problem of  a general description of 
thermal-mechanical fatigue for LIP, LOP, and isothermal cycles, was outside the scope of  the 
modelling effort, as was the description of  the effect of  temperature upon life. The goal of the 
effort was to model the fatigue life based upon the independent variables without complicating 
the analysis by the use of  constitutive equations. The independent variables are those deter- 
mined from the elastic finite-element analysis. 

The model developed for bucket fatigue is based upon strain range, strain amplitude ratio, 
and dwell time. This combination of  parameters is intuitively reasonable, since the strain 
amplitude ratio can account for mean strain effects, and the dwell time can account for both 
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FIG. 7--  Test results on coated specimens with a 2-min compressive hoM time showing the effect of dif- 
ferent cycle types. 

environmental effects and mean stress effects caused by steady-state stress relaxation, both of  
which can affect the fatigue life. The general form of the model is 

N / =  Co(Ae)C'(th)C2exp(~) (1) 

where AT/is the fatigue life, A is the strain A-ratio, Ae is the total strain range (expressed in 
percent strain), and th is the dwell time (in minutes). Two equations for fatigue life were devel- 
oped, one for coated and one for uncoated specimens. The empirical constants Ciin Eq 1 were 
determined from multiple regression of  the LOP data at 87 I*C (1600*F), and are given in 
Table 1. As shown in Fig. 8, the model adequately described the behavior of IN-738LC for the 
LOP test conditions at 871 ~ (1600~ This model was then used to predict the results of the 
bucket cycle tests, which had not been utilized to generate the model constants. Figure 8 shows 
that the model did indeed adequately predict the bucket cycle lives for the coated specimens. 
Similar results were obtained for the uncoated specimens. 

Prediction of  Literature Data- -The  model was further evaluated using IN-738 data avail- 
able in the literature. Only isothermal test conditions were found, except for one source of  
TMF data, and all the literature data were taken from uncoated specimens at an A-ratio of  
infinity. To predict the TMF data, the constants in the model were developed using the 
uncoated specimen results from the present test program. Consequently, the comparisons with 
these literature data are genuinely independent predictions. For the isothermal tests in the lit- 

TABLE 1--Constants in Eq 1. 

Type Co C1 C2 C3 

Coated 125 - 3.40 -0.217 0.247 
Uncoated 171 - 3.45 -0.381 0.388 
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erature, the literature data were fitted to the model, but without the A-ratio term. 8 In order to 
account for strain rate effects in the literature data, the "dwell time" in the life model was 
interpreted as the sum of both hold time and time in the compression-going portion of a single 
cycle. 

The TMF data were from Kuwabara et al. [10] for LOP cycles at Tmi, = 300~ (572~ and 
Tm~x = 900~ (16520F). Total strain ranges varied from 0.3 to 1.0%, and cycling frequencies 
were held constant at 0.0056 Hz. The predictions of the TMF model using the uncoated data 
in the current test program are shown in Fig. 9. Although the data were predicted to within a 
factor of 2 (worst point is 2.65), all the tests had shorter lives than predicted. Isothermal data 
from this same source, which are presented in the next paragraph, had shorter lives than other 
isothermal data in the literature for IN-738. 

Four different sets of isothermal data in the literature were used, along with the three 
uncoated isothermal tests in the current test data. The literature data were from Kuwabara 
et al. [10], Gabrielli et al. [6], Nazmy [20], and Ostergren [21]. Kuwabara et al. reported iso- 
thermal LCF data at 900~ (1652"F). Gabrielli et al. conducted isothermal LCF tests on cast 
IN-738LC specimens at 850"C (1562~ with total strain ranges between 0.5 and 2.5%. These 
tests were conducted at constant strain rates of 10- 3 or 10 2 s ~ or with compressive hold times 
of 60 s. Nazmy published isothermal LCF results at 850~ (1562~ for seven different strain 
wave shapes, including constant strain rates between 10-2 and 10-5 s-l, fast-slow and slow-fast 
waveforms, and hold times in tension or compression, or both. Ostergren reported isothermal 
LCF data at 871 ~ (1600*F) with and without hold times in tension or compression. Cycling 
frequency was held constant at 0.33 Hz, and total strain ranges varied from 0.3% to 0.8%. 

The isothermal test conditions were correlated from the TMF model, but without the A- 
ratio term. The results of the correlation are shown in Fig. 10, and the majority of the data are 
correlated to within a factor of 2. The worst prediction was a factor of 2.6. 

s There were an insufficient number of uncoated isothermal tests in the current data set, that is, 3 tests, 
to develop the constants. 
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FIG. 11--Flow chart for a transient finite-element analysis of a cooled gas turbine blade. 

Structural Analysis 

Blade TMF cycles must be analytically determined by finite-element analysis (FEA). Mea- 
surement of thermal-mechanical strains in operating blades at the temperatures involved is 
difficult, and a satisfactory means for doing so has not been developed. The FEA entails tran- 
sient and steady-state heat transfer and stress analyses. A flow chart of the general analysis 
procedure is shown in Fig. 11. 

Finite-Element Model 

Ideally, a three-dimensional (3-D) model of  the blade should be used, but because 3-D mod- 
els are so large, they are generally not practical for transient analysis if  detailed modelling of 
features, such as cooling holes and leading edge heat transfer conditions, is required. In these 
circumstances, a 3-D analysis has to be done in steps. First, a relatively coarse 3-D model is 
used to obtain a general solution for the entire blade and then refined sub-models of  critical 
regions are analyzed where the boundary conditions for the refined sub-models come from the 
coarse model results. An example of  a coarse 3-D model of  the airfoil of  a blade of  the type 
considered in this paper is described by Allen [22]. 

For calculation of thermal stresses in the mid-height region of  a blade airfoil, it is possible 
to obtain reasonably accurate results utilizing a two-dimensional (2-D) model of a blade cross 
section at or near mid-height. This was the approach used for the subject blade. The model 
used is shown in Fig. 12. In the 2-D idealization, no heat conduction is allowed in the direction 
normal to the cross section, and stresses are computed assuming that the blade is in a state of  
generalized plane strain [22]. The generalized plane strain formulation leads to a quasi 3-D 
solution in which strains normal to the cross section are allowed to vary linearly with the 
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I 

FIG. 12--Finite-element model of the MS7OOIE first stage bucket. 

dimensions of the cross section (plane sections remain plane after deformation) and the out- 
of-plane shearing strains are assumed to be zero. This amounts to superposing a uniform strain 
(translation) and two bending strain distributions (rotations about the x and y axes) to the 
classical plane strain (zero normal strain) solution [23]. The magnitude of these superposed 
strains are such that static equilibrium of the external force in the normal direction (centrifugal 
force acting on the top half of the blade) and external bending moments (from the aerody- 
namic loads on the top half of the blade) about the x and y axes are satisfied. 

A plane strain or generalized plane strain solution yields exact results for cross sections well 
removed from the ends (on the order of a chord length) of prismatic bodies with constant or 
linear thermal expansion in its lengthwise direction [23]. Obviously, these conditions are 
never completely satisfied with any turbine blade, but if the aspect ratio (length to chord ratio) 
approaches two, the taper and twist are gradual, and the spanwise temperature profile is 
roughly linear, then reasonably accurate results can be expected. Applications of the general- 
ized plane strain model and some additional FEA modelling considerations are described in 
Refs 22 and 24. 

Heat Transfer Boundary Conditions 

A major part of the analysis effort is the calculation of heat transfer film coefficient and gas 
temperature distributions for starting, steady-state, and shutdown operating conditions. This 
requires numerous turbine performance, aerodynamic flow field, heat-transfer boundary 
layer, and cooling airflow network calculations to define the time-dependent boundary con- 
dition functions for each element face of the model that is exposed to the blade path or cooling 
air flow streams. For the cooling air temperature and heat transfer coeff• calculations, 
iteration is required to get the cooling air temperatures correct, because of significant beatup 
of the cooling air as it flows through the blade. The aerodynamic flow field calculations are 
generally made assuming that the flow is eircumferentially uniform as it enters the blade flow 
passage, but this is not the case because the total temperature pattern exiting the combustor is 
nonuniform. In addition, wakes in the flow are introduced by the trailing edge of the upstream 
stator. Thus, the flow is unsteady relative to the rotating blade, and its time average tempera- 
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ture will vary along the surfaces of the blade. To account for this, empirical corrections must 
be made to the film temperatures, based on test measurements and experience. 9 Empirical 
relationships are also used in the determination of  the heat transfer film coefficients to account 
for the effects of surface roughness and turbulence, including free stream turbulence. Repre- 
sentative heat transfer boundary condition functions for an industrial/utility gas turbine blade 
are given in Ref 24. 

Stress Boundary Conditions (Loadings) 

The external loads are the centrifugal force from the top half of  the airfoil, applied at the 
center of  gravity of the cross section, and the bending moments  about the x and y axes of  the 
model from the aerodynamic loads acting on the top half of the airfoil. The stresses computed 
from the model  must balance these applied loads. The model is fixed against plane rigid body 
motion by fixing one node in both directions and a second node in one direction. 

Material Properties and Constitutive Behavior 

The material properties of  thermal conductivity, specific heat, thermal coefficient of  expan- 
sion, and Young's modulus vary significantly with temperature and are therefore specified as 
functions of  temperature in the finite-element model  input. For  an inelastic stress analysis, the 
inelastic properties are even more temperature-dependent and must be accurately specified if 
satisfactory stress results are to be obtained. However, because the inelastic time-temperature- 
cyclic constitutive behavior of  these alloys has not been well characterized and because the 
blade T M F  is essentially a strain-controlled process, as opposed to a load-controlled process, 
the usual practice is to perform only an elastic analysis and to use the resulting elastic strains 
in conjunction with strain-controlled T M F  data to predict T M F  life. 

The assumption that total mechanical strains from an elastic solution are approximately the 
same as from an elastic-plastic-creep solution for this class of problem has been shown to be 
reasonable [26]. Furthermore, it is the cyclic strain that needs to be accurately determined for 
T M F  life prediction purposes, and the cyclic strain in this case will shake down (stabilize) to 
an elastic cycle over the bulk of  the blade. Thus, the elastic solution should be quite acceptable 
for the intended purpose. Where holes or notches are involved, Neuber's rule should be used 
if  elastic shakedown does not occur. 

It should be noted that creep (overall permanent  extension of  the blade) is generally limited 
by design to be negligible in gas turbine blades of  this type, particularly in peaking machines 
where T M F  is the life-limiting mode of  mechanical failure. For this particular blade, the creep 
design limit is 0.5% creep strain in 70 000 h for one blade in 10 000 [27]. This means that for 
blades run in cyclic (peak load) service, virtually no creep will ever occur over the useful life- 
t ime of  the blades. Thus, neglecting mean creep in the TMF life models is justified. 

Blade Strain- Temperature Cycles 

Strain-temperature cycles for the leading edge of  the subject blade are depicted in Fig. 2. The 
leading edge is the most responsive part of  the blade to transient heating and cooling owing to 
the high heat transfer coefficients there relative to the rest of the airfoil [24]. The response can 
be minimized by increasing the radius of the leading edge, since the heat transfer coefficients 

9 With the advanced computational fluid dynamics (CFD) codes that have been developed in recent 
years, it is now possible to model these effects, but because of the enormous computer capacity and run 
times required, this is not yet practical for general design and analysis purposes [25]. 
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there depend on the radius of  the leading edge. It should be noted that, for cooled blades, the 
maximum compressive strain does not necessarily occur during the transient heatup of  the 
blade. It is possible for it to occur at steady state because of the cooling. For this reason, large 
steady-state compressive strains also occur on the suction and pressure surfaces of  the airfoil 
[24], and consequently cyclic strains can be of  the same order as for the leading edge. The 
highest magnitude cyclic strains in the airfoil actually occur tangentially to the mid-chord 
cooling holes due to the large through-the-thickness thermal gradient and stress concentration 
effect of  the holes, but because the metal temperatures at these holes are so much lower than 
on the airfoil surface, there is no history of  TMF cracking of these holes. For the subject blade, 
experience has shown that the leading edge is the most vulnerable region to cracking [28]. 
Substantial cracking has also been observed on the suction and pressure surfaces [28]. 

Effect of Engine Startup-Shutdown Cycle--As shown in Fig. 2, compressive peaks occur 
after ignition, during acceleration, and at steady state. The tensile peak occurs during shut- 
down. The ignition and acceleration compressive peaks occur at low and intermediate tem- 
peratures while the steady-state (hold time) compressive peak occurs at maximum tempera- 
ture. The shutdown peak occurs at low temperature. Thus, the linear-out-of-phase TMF cycle 
best simulates the blade TMF cycle among the simplified cycles that have been studied. 

It can be seen from Fig. 2 that the magnitude of  the strain cycle depends on how the machine 
is started and shut down. The normal mode of  operation is the normal startup-normal accel- 
eration-normal loading to base load-fired shutdown path. The fast start option increases the 
strain range by about 20%. This option is for emergency demands for electricity and is there- 
fore seldom used. The full load trip (or emergency shutdown) increases the strain range by 
about 35% and is a major reason for premature TMF cracking in service. Full load trips occur 
because of vibration or temperature limits being exceeded or by sudden disconnection from 
the electrical grid. 

Life Prediction 

Field Data 

The field data are from General Electric MS7001E (Frame 7E) gas turbines operating base 
load and intermediate duty cycles. (Base load is running 24 h a day for weeks or months at a 
time. Intermediate duty is running 6 to 12 h a day.) The data represent 16 inspections from 9 
engines at 6 sites. The engines are geographically dispersed, located in the east, west, southwest, 
and north. The engines run at turbine inlet temperatures of  1085 to t 104~ (1985 to 2020~ 
and mostly burn natural gas, although there is some use of  fuel oils. 

The data on bucket cracking come from inspection reports and metallurgical investigations 
performed by SwRI and GE. Inspection reports are based upon visual observations and fluo- 
rescent dye penetrant inspections. When fatigue cracking is found by nondestructive evalua- 
tion (NDE), fatigue cracks are usually present on most, if not all, of  the buckets. 

The engine history obtained from the field consisted of  the number of  starts, fast starts, trips, 
and fired hours. The number of  hours of operation between each start was not available, nor 
was the load level at which a trip occurred. (Trips from full load are more damaging than trips 
from part load.) Furthermore, the number of hours at any one load level was not available. 
The bucket history consisted of  when the part was installed in the engine, when it was removed, 
the type of coating, and whether the part was new or repaired. 

All of  the buckets considered in this study were original equipment and had not been 
repaired. They were all coated with a platinum-aluminide coating. The platinum-aluminide 
coating is primarily nickel-aluminide (NiA1) with platinum present as a solid solution element. 
When manufactured, platinum-aluminide particles (PtA12) are present in the outer layer of  the 
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coating, but  during service, the PtAI2 particles dissolve into the NiA1 matrix. Plat inum 
increases the oxidation resistance of  the NiA1 by 2 to 4 times. The reason for this is not known 
[14]. 

Prediction of Field Data 

The T M F  model presented previously was used to predict the fatigue life of the buckets in 
service. The leading edge of  the bucket is where fatigue cracks first initiate and is the area that 
the predictions are for. The strains and temperatures at this location for each cycle type were 
obtained from the manufacturer, who used a process similar to that described in the section 
on Structural Analysis. 

The data used to develop the T M F  model were for specimens coated with GT-29, since sim- 
ilar data were not available on specimens coated with platinum-aluminide.  Another series of  
T M F  tests (in a bending configuration) were conducted on specimens removed from leading 
edges of new buckets that had either GT-29 or plat inum-aluminide coatings. These test lives 
were similar for the two coatings: 388 cycles for the GT-29 at At ---- 0.7%, and 470 cycles for 
the plat inum-aluminide at At -- 0.6%. 

The dwell t ime used was an average value determined by dividing the total number of  hours 
by the total number  of  starts. Precise values of  operating times between starts were not avail- 
able. The sensitivity of  the predictions to different methods of determining the dwell t ime was 
investigated and was found to be of  second order. 

It was necessary to assume the sequence of  starting and shutdown events because records of  
the exact sequence were not available. The assumptions were deliberately conservative. A nor- 
mal start was followed by either a normal shutdown or a trip from full load. A fast start was 
followed by a normal shutdown. Since the number of  fast starts was small, this assumption 
did not introduce significant error. Only for a single site was it possible to determine the num- 
ber of  trips from full speed-no load. (Full speed-no load is the idle condition.) 

The engines were operated at full power, except for two engines that ran at part load. Since 
the fatigue data were independent of  temperature in the range of  metal temperatures expected 
at full power, temperature was not considered in the predictions. Part load operation, in which 
the metal temperatures are lower, was not considered. 

A linear damage rule was used to account for the different cycle types 

D = E  Ni 
g~ 

where the damage ratio D was assumed to be one at 100% life consumed. Here N, is the number  
of  cycles of  type i, and Nz is the number  of cycles to failure of  cycle type i. 

The predictions of  the field data are shown in Fig. 13 as the percentage of life consumed 
versus the number  of  starts. The predictions account for all cycle types and dwell times. Below 
100% life, cracks are not expected to be present, t~ Above 100% life, cracks are expected in the 
leading edge. As the percentage of  life consumed becomes greater than 100%, the extent of  
cracking is expected to be greater, but the model does not make a quantitative prediction of  
the crack length. Around 100% life, cracks are expected to be present. Shown in Fig. 13 are the 
field data and the nature of  the cracking observed. The next section on metallurgical analysis 
shows examples of  each of  these types of cracking. It should be noted that a metallurgical anal- 
ysis is required to determine if  cracks are just beginning or not. 

~0 Cracks are defined for the purposes of this work as engineering size cracks of the order of 0.2 to 0.4 
mm (5 to 10 mils) in depth. Certainly, smaller cracks exist in both the test specimens and the buckets 
before this point, but it is not the intent of this work to describe the formation and growth of these smaller 
cracks. Copyright by ASTM Int'l (all rights reserved); Wed Dec 23 19:11:46 EST 2015
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FIG. 13--Predicted life consumed for field data and presence of cracks. At 100% life consumed, cracks 
are predicted t ~ initiate. 

As can be seen in Fig. 13, the agreement of the field data with the predictions was remarkably 
good. All points below the 100% line were not predicted to have any cracking, and no cracking 
was found. All points above the 100% line were predicted to have cracking, and cracks were 
found. The points in which cracks were just beginning to form were predicted at 77 and 93% 
life consumed. 

Metallurgical Analysis 

A number of the buckets for which predictions are shown have been metallurgically ana- 
lyzed to verify the predictions and to better understand the cracking process. Figure 14 shows 

FIG. 14--Crack in leading edge that has grown to the first cooling hole, a distance of 5 mm (0.2 in.). It 
was predicted that 194% of the life was consumed. (unetched). 
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FIG. 15--Crack in leading edge that is O. 13 mm (5 mils) long. Other cracks were found as deep as 0.5 
mm (20 mils). It was predicted that 110% of  the life was consumed. Outer layer is a platinum aluminide 
coating. (lactic acid etch). 

a crack in the leading edge of  a bucket that has grown to the first cooling hole, a distance of 5 
mm (0.2 in.), which is very severe. It was predicted that 194% of  the life of this bucket was 
consumed, which is in agreement with the condition of  the bucket. Figure 15 shows a crack 
beginning in the leading edge of another bucket from a sister engine. Other cracks on the lead- 
ing edge were found as deep as 0.5 mm (20 mils), which is in reasonable agreement with the 
predicted life consumed of  110%. Additional details about the metallurgical analysis of these 
two buckets have been presented by Bernstein and Allen [28]. 

Micrographs of  buckets without any cracks do not show any crack-like features. They have 
a continuous, uncracked coating, as shown in Fig. 16 for a bucket that has only 41% of its life 
consumed. 

Cracks, which are just beginning in the leading edge, are shown in Fig. 17 for a bucket from 
a northern location that was predicted to have 93% of its life consumed. The coating is cracked, 
environmental attack is occurring at the interdiffusion zone between the coating and the base 
metal, and environmental attack is taking place in the grain boundary of the base metal under 
the crack. This oxide spike in the grain boundary is the precursor to the formation of a crack. 

FIG. 16--Micrograph of the leading edge of a bucket that had a predicted life consumption of41%. No 
cracking was found. Outer layer is a platinum aluminide coating. (lactic acid etch). 

Copyright by ASTM Int'l (all rights reserved); Wed Dec 23 19:11:46 EST 2015
Downloaded/printed by
University of Washington (University of Washington) pursuant to License Agreement. No further reproductions authorized.



BERNSTEIN ET AL. ON GAS TURBINE BLADES 231 

FIG. 17--Cracks beginning by grain boundary oxidation in the leading edge of a bucket which had a 
predicted li]b consumption of 93%. Outer layer is a platinum aluminide coating. (lactic acid etch). 

As can be seen in the micrographs, environmental attack is present in all cases of fatigue 
cracking. This phenomenon is shown vividly in Fig. 18, where three cracks in various stages 
of  formation are shown. On the right is the start of  the crack formation. The coating has 
cracked and environmental attack is proceeding along the interdiffusion zone between the 
coating and base metal, as well as into the base metal. In the middle, the environmental attack 
has deepened into the base metal. On the left, a crack about 0.5 mm (20 mils) deep has formed 
within this environmental attack. Thus, the formation of fatigue cracks is a strongly environ- 
mentally assisted process. First, the coating cracks. Second, the base metal is attacked by the 
environment. Third, a crack forms in the attacked region of the base metal. And fourth, the 
crack grows preceded by environmental attack of  the crack tip. 

Discussion 

The analysis of  thermal-mechanical fatigue in gas turbine blades is a complex problem 
involving aerothermal, fluid mechanics, heat transfer, and stress analyses, in addition to mate- 
rials analysis. Each of these analyses contributes its own unique set of  difficulties and uncer- 

FIG. 18--Stages in the formation of a crack showing how initial environmental attack leads to cracking. 
Micrograph is from the convex side (suction side) of afield run bucket. (lactic acid etch). 
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tainties. From the standpoint of material analysis, T M F  of  coated superalioys is one of  the 
more complex forms of material behavior involving the interaction of  stress, strain, time, tem- 
perature, and environment. 

Despite these complexities, very good predictions have been obtained for the fatigue lives of 
blades in service. No cracks were found in blades that were predicted to have less than 100% 
life consumed, and cracks were found in all blades that were predicted to have consumed more 
than 100% life. In two cases in which 77 to 93% life consumption was predicted, cracks were 
beginning by the formation of  grain boundary oxide spikes. This degree of  accuracy is fairly 
remarkable in light of  the usual material scatter in fatigue of 2 to 3 times. 

Thus, the principal objective of  this work, to predict the TMF life of  blades in service in GE 
MS7001E gas turbines, has been achieved. The next objective, to extend this model to the 
MS7001B and MS700 lEA engines, is in progress. Further work is expected to address other 
materials, and possibly other engines, that are used by electric utilities. 

The secondary objective of  this work, to better understand the T M F  behavior of  coated IN- 
738, has only been partially achieved. The effects of  time, temperature, coatings, A-ratio, and 
environment upon the T M F  life were sought. Part of  the difficulty of  understanding these 
effects, apart from their complexity, was the practical limitations of  performing all of  the nec- 
essary tests to elucidate these effects. Brief discussions of  each of these effects follow below. 

Effect of Hold Time 

The effect of  compressive hold time upon the fatigue life of IN-738 was to decrease the life 
when considered on a total strain range basis. The life became shorter as the hold time was 
increased from 2 to 15 min, which was the longest t ime studied. The test matrix was not suf- 
ficient to determine if the hold time effect would saturate at longer times. TMF data for 
uncoated Udimet  710 show that the life continues to decrease for hold times of 14 to 162 to 
300 min [29]. 

Compressive hold time can affect the T M F  life for at least three reasons. First, the inelastic 
strain increases because of  stress relaxation, which reduces the life as given by the Coffin-Man- 
son relation. Second, there is a shift to tensile mean stresses for compressive hold times on 
nickel-base superalloys, which reduces the fatigue life [30]. And third, the environment has 
more time to interact with the fatigue process during longer hold periods. Which of  these 
effects is most important  for IN-738 cannot be easily identified. The inelastic strain increased 
with longer hold times, but this change occurred concurrently with the environmental attack. 
A shift to higher tensile mean stresses for longer hold times occurred at 1800~ (982~ but 
not at 1600*F (871 *C). The most that can be said at this point is that the independent variable 
of  compressive hold time is important  to predicting the TMF life of  IN-738. 

Effect of Temperature 

The general effect of temperature observed from the data is that the fatigue life decreased as 
the temperature was increased from 760 to 871 to 982~ (1400 to 1600 to 1800~ when the 
data were analyzed on the basis of  total strain range. This behavior is not surprising, since the 
inelastic strains increase at higher temperatures when the total strain range is kept constant. 
What  is surprising is the similar fatigue behavior at 916, 960, and 982~ (1680, 1760, and 
18000F). Although additional testing is necessary to verify this behavior, the data do not show 
a temperature effect in this range. 

The temperature effect can perhaps be better understood from a simple Universal Slopes 
calculation of  the fatigue life based upon the measured tensile behavior of  the material. For a 
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strain range of  0.5%, the difference in fatigue life between 871 and 927~ (1600 and 1700~ 
as well as between 927 and 982~ (1700 and 18000F), is a factor of 1.6. ~ However, the differ- 
ence in life between 871 and 982~ ( 1600 and 1800~ is a factor of 2.5. Scatter in fatigue life 
may be masking the effect of  temperature upon life for a 56~ (100~ change in temperature, 
but  not for a 11 I~ (2000F) change. Environmental attack must also be considered because it 
is greater at higher temperatures. 

Effect of Coatings 
One of the objectives of  this study was to gain a better understanding of  the effect of coatings 

upon the T M F  life of IN-738, because this alloy is coated in service. Unfortunately, the spec- 
imen design did not allow an unequivocal answer to the effect of coatings, because only the 
outer surface of  the specimen was coated, and the inner surface was uncoated. Furthermore, 
the coated specimens underwent a secondary heat treatment after coating, in order to refine 
the coating microstructure and to improve the adherence of  the coating to the base metal. This 
processing may have been responsible for the slightly reduced strength and increased ductility 
of  the coated specimens compared to the uncoated specimens. 

The T M F  data clearly showed that the coatings reduced the life of  the LOP tests without 
any hold time and reduced the life of  the bucket tests with a 2-min hold time. However, the 
LOP tests with 2- and 15-min hold times showed similar lives for both coated and uncoated 
specimens. It is hard to reconcile these apparently contradictory results. One could argue that 
the uncoated inner surface was attacked by the environment in the LOP test with a hold time, 
but this same attack would have occurred in the bucket tests. The only difference is that in the 
bucket tests, the maximum temperature occurred at somewhat less than the maximum strain. 

When the model is extrapolated to longer hold times, beyond the range of  available data, it 
predicts that the coated specimens have longer TMF lives than the uncoated specimens. This 
is not surprising since the LOP tests on coated specimens gave shorter lives for no hold time 
and similar lives for 2- and 15-min hold times. The only way of determining if these predica- 
tions are realistic is additional testing at significantly longer hold times. 

The effect of  coatings reported in the literature is to reduce the TMF life, as discussed in the 
Introduction. This is because the coatings are much less ductile than the base metal and begin 
to crack before the base metal. Diffusion coatings, which are nickel or cobalt aluminides, NiAI 
or CoAl, go through a ductile-to-brittle transition (DBTT) at about 593~ (1100~ in which 
the strain to crack in the brittle region is around 0.35%, as shown in Fig. 19. Overlay coatings, 
such as the type considered in this paper, can be tailored to be relatively ductile or brittle. 

Because of  the DBTT, the effect of  coatings on fatigue can be radically changed by altering 
the strain-temperature cycle. For isothermal cycles at high temperatures, the coating is very 
ductile and may have a beneficial effect upon the life by reducing environmental attack. For 
T M F  cycles that impose a high strain below the DBTT, coatings can have a very detrimental 
effect, but may not be that harmful if the strain or temperature is kept below the strain to crack 
or the DBTT. The design of blades in engines must consider the DBTT behavior of the coat- 
ings and limit the tensile strains for temperatures below the DBTT. 

In order to obtain a better understanding of the role of  coatings on the TMF of IN-738, 
additional testing is needed on specimens that are coated on all exposed surfaces. In addition, 
tests are needed on coatings having different ductilities. 

~ These somewhat small effects of temperature are due to the compensating effects of increased duc- 
tility and decreased strength as the temperature increases. 
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FIG. 19--Ductile-to-brittle transition behavior of high-temperature coatings. 

Effect o f  Strain A-Ratio 

The effect of  the strain A-ratio on the LOP tests with a 2-min hold time was to decrease the 
life slightly as A changed from infinity to - 1. A broader range of A is needed to properly eval- 
uate the effect of  the A-ratio upon the life. Such a range of  A was run on Ren6 95 in the forged 
condition at 650~ (1200~ at a 2~e = 1.2% with no hold time, as shown in Fig. 20 [ 3 1 ] .  For 
this case, the life was increased by a negative A and decreased by a positive A, which is opposite 
to the effect observed in the current data. For the Ren6 95 data, the change in life can be 
explained by the change in mean stress, which was negative for negative A and positive for 
positive A. Thus, the effect of  the A-ratio upon the life should be understood in terms of  the 
changes in mean stress and inelastic strain caused by A-ratio, time, and temperature. 

Effect o f  Cycle Type 

The effect of  the different types of  cycles was difficult to judge because each cycle was run 
with a different combination of  temperature and A-ratio. The overall trend of the data was 
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FIG. 20--Isothermal fatigue tests' on RenO 95 at 6500C (1200*F) at a strain range ofl.2% showing the 
eff'ect of strain A-ratio. 
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that the isothermal tests gave the longest lives, and the LOP tests gave the shortest lives. This 
difference is clearest for the A -- - 1 tests, which varied only in cycle type. The bucket cycles 
gave lives intermediate between the LOP and isothermal cycles. Additional testing with the 
same temperatures and A-ratios is required to better define the differences in cycle type. 
Understanding the effect of cycle types requires looking into the inelastic strain and mean 
stress developed during the cycle. 

Kuwabara et al. [10] conducted T M F  tests on uncoated IN-738 for LOP, LIP (linear in- 
phase), and isothermal cycles at a cyclic frequency of  0.0056 Hz (3 min/cycle). They found 
that in terms of total strain range, the LIP tests had the longest lives, and the isothermal tests 
had the shortest lives. The LOP tests had lives somewhat longer than the isothermal tests. 
These results are opposite to the current findings of the LOP tests having the shortest lives. The 
difference in test conditions is that the current tests employed a 2-min hold at the minimum 
strain and maximum temperature, whereas the data of  Kuwabara were for continuous cycling 
conditions. 

Effect of Environment 

Environmental effects on the high-temperature fatigue of  nickel-base superalloys, including 
IN-738, are well documented for the increase in life for vacuum testing, as discussed in the 
Introduction. One of  the reasons given for an effect of  hold time upon fatigue life is the 
increased environmental attack by high-temperature oxidation that occurs for longer hold 
times. For industrial gas turbine blades, hold times from a few hours to thousands of  hours 
occur. This provides ample opportunity for environmental attack, and it is difficult, if not 
impossible, to simulate this attack in the laboratory. 

TMF Model 

The T M F  model developed for this application was optimized to the conditions of interest 
for industrial gas turbine blades. It is not a general purpose model, and it is not claimed to be 
applicable for conditions of  tensile hold or LIP cycles. The aim of  the modeling effort was to 
predict the field data using the variables that can be determined from the engine operation and 
an elastic stress analysis. These variables are the total strain range, the strain A-ratio, and the 
hold time, which are also the independent variables in the fatigue tests. Using these variables, 
an excellent correlation of the 871 ~ (1600~ LOP data was obtained, and the bucket tests 
were predicted to within a factor of  2. 

The hold time term is thought to account for the t ime-dependent processes of  environmen- 
tal attack, microstructural aging and stress relaxation, which can affect the mean stresses and 
inelastic strains. No attempt was made to account for each of  these time effects separately. 
Previous studies have shown that inelastic strain, time, and stress terms are needed to ade- 
quately correlate and predict isothermal data [32]. 

The strain A-ratio term was used to account for the different A-ratios in the data. This term, 
along with the hold time, would account for changes in mean stresses and inelastic strain. 
Although the effect of  strain A-ratio was small in the model, it provided a meaningful improve- 
ment  to the model. 

The bucket tests conducted at the highest strain range of  0.7% were uniformly underpre- 
dicted by a factor of 2, although the lives of  LOP tests at strain ranges of  0.6 to 0.8% were well 
correlated. This difference may be due to the use of  a straight-line approximation to the strain- 
life curve. At sufficiently high strain ranges, the straight-line approximation would underpre- 
dict the data. 

The one term missing from the T M F  model is temperature. Although the TMF data for 
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temperatures in the range of  871 to 916~ (1600 to 1680~ are well correlated and predicted 
by the model, data at 760 and 982~ (1400 and 1800~ show a significant difference in life 
compared to the 871 ~ (1600~ data. 

Finally, to gain a better understanding of the fatigue process, the constitutive behavior of  
the material must  be considered. Effects of time, temperature, strain range, and strain A-ratio 
must be considered in relation to how they affect the inelastic strains and the stresses, since 
these "developed" variables have a direct effect upon the fatigue life. One may not want to 
predict the fatigue life of  a blade from these "developed" variables because of the difficulties 
and uncertainties of  calculating them, as well as the inherent scatter in the material 's consti- 
tutive response. As shown in this paper, fatigue life can be computed accurately by considering 
only the independent variables. However, a better understanding of  the TMF behavior of  a 
material requires understanding its constitutive response. 

Summary 

Excellent predictions of  the thermal-mechanical fatigue life of  first stage turbine blades from 
the GE MS7001E industrial gas turbine were obtained using a T M F  model consisting of  a 
power-law equation with strain range, time, and strain A-ratio terms. The constants in the 
model were obtained from linear out-of-phase thermal-mechanical fatigue tests on IN-738LC 
specimens coated with GT-29. The model was able to correlate the test data to within a factor 
of  2 and was able to predict tests run under simulated service conditions to within a factor of  
2.1. 

The effect of  various variables upon the fatigue life was studied on the basis of  total strain 
range. Compressive hold times reduced the fatigue life, with the life becoming lower for longer 
holds. Higher temperatures reduced the life, although differences because of temperature 
changes of  56~ (100~ were not always apparent. Coatings acted to reduce the fatigue life, 
but the data were confounded by the uncoated inner surface of  the hollow specimen. Negative 
strain A-ratio acted to reduce the life, but the effect probably depends upon both temperature 
and compressive hold time. For 2-min compressive hold times, the isothermal tests gave the 
longest lives and the out-of-phase tests the shortest lives. The bucket simulated service con- 
dition tests yielded lives intermediate between these two test types. 
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ABSTRACT: Thermal fatigue crack propagation is the main concern on the life assessment of 
the boiler feed-water circulation pump casings under cyclic operation. This paper describes the 
experimental and analytical studies on the thermal fatigue crack growth behavior, and the 
remaining life prediction of the casings. 

First, it was confirmed by low-cycle fatigue test that the propagation behavior of surface cracks 
accompanied with the coalescence could be estimated by the da/dN-AJ relationship for long 
cracks. Secondly, the simplified J-integral estimation method for the thermal stress problem was 
discussed based on some bench mark calculations. Finally, the crack growth behavior in the cas- 
ings was estimated and the results were compared with the field inspection data. Good agreement 
was found between them and, hence, these type of pump casings had adequate remaining lives 
to the final failure. 

KEYWORDS: thermal fatigue, crack growth, stress intensity factor, cyclic J-integral, remaining 
life, boiler water pump casings 

Introduction 

In recent years, the small or medium size fossile power plants have been operated with fre- 
quent start/stops. Such cyclic operation gives rise to a thermal fatigue damage due to the high 
transient thermal stress. Consequently, the evaluation of  thermal fatigue damage has become 
one of  the great concerns in the remaining life assessment for some components. 

One such component  is the casing of  boiler feed-water circulation pumps whose inner sur- 
face is subjected to high thermal shock at start-up. Since the casings are carbon steel castings, 
many thermal fatigue cracks are initiated from casting porosities at the inner surface of casings. 
Although grinding of the cracks might be an idea for extending the life of  the casings, it is not 
an easy task; besides, it may not be effective since new cracks will be initiated in early cycles 
from the porosities, which were inside but appeared on the new surface. Hence, it will be a 
better choice to leave the cracks alone, provided that they will not propagate to the critical size 
leading to the final catastrophe of the casing. 

The purpose of  this study is the evaluation of crack growth behavior in the casing. Since 
thermal fatigue in general is the inelastic problem, nonlinear fracture mechanics is required 
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FIG. 1--Schematic configuration and water temperature variation of boiler feed-water circulation 

pump. 

for crack growth evaluation. At present the J-integral proposed by Rice [1 ] is widely used as 
the nonlinear fracture mechanics parameter. For the application to fatigue crack growth, 
Dowling [2] proposed cyclic J-integral AJ which is also used frequently. For the application 
of J-integral, Kumar et al. [3,4] presented solutions of the J-integral for various kind of 
cracked bodies subject to mechanical loads. But it is difficult to apply these solutions to cracked 
components subject to the deformation-controlled stress such as thermal stress. Therefore, the 
J-integral is estimated from the strain-basis intensity factor in this study, and its effectiveness 
for the evaluation of short crack growth behavior is confirmed by low-cycle fatigue test of cas- 
ing material. 

Moreover, it is supposed that the strain-based intensity factor in the thermal stress field will 
decrease with crack growth due to the reduction of constraint. Hellen et al. [5] proposed the 
equation for stress intensity factor under linear temperature gradient. Since the temperature 
gradient through the casing wall is nonlinear, the authors use Hellen et al.'s equation with the 
linearized stress. The method of stress linearization is confirmed by a bench mark calculation. 

A series of the procedures mentioned above is applied to the evaluation of crack growth in 
a casing to estimate its residual life. 

Thermal Stress in Casings 

As shown in Fig. 1, cold water is injected into the casing at the beginning of start-up. The 
hot boiler feed-water then comes in and the water temperature in the casing goes up rapidly at 
this time. Spontaneously, high compressive thermal stress is generated in the inner surface 
region. The steady operation temperature is not high (about 620 K). At shutdown, the water 
temperature drops slowly to about 420 K. 

The metal temperature changes and the induced thermal stress in this operation cycle were 
calculated by using a finite element code, namely, MARC. The finite element model in the 
heat transfer analysis consisted of the casing body and insulation around the outer wall. The 
change of water temperature in the casing was specified according to Fig. 1 b. The calculated 
metal temperature changes at representative locations on inner and outer surfaces are shown 
in Fig. 2a and Fig. 2b. Thermal stress analyses were conducted after 850 s from the beginning 
of start-up and after 1800 from the beginning of shutdown, when the temperature differences Copyright by ASTM Int'l (all rights reserved); Wed Dec 23 19:11:46 EST 2015
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FIG. 2--Metal temperature history and thermal stress distribution at critical location. 

between inner and outer surfaces become maximum in the respective stages. The broken lines 
in Fig. 2c show the results. The stress range determined from these extremes is also shown by 
solid line in the figure. The inner surface, thus, is subjected to the highest thermal stress range 
of 800 MPa which is equivalent to the strain range of about 0.4%. Consequently, the thermal 
fatigue crack will be nucleated within a limited number of cycles. 

Low-Cycle Fatigue Crack Growth Tests 

Objectives 

According to the field inspections, many short cracks were found on the inner surface of 
casings within early operation cycles and most of them were initiated from casting porosities. 
This suggests that the understanding of short crack growth behavior will be very important for 
the life assessment of casings rather than the evaluation of crack initiation life. Hence, low- 
cycle fatigue crack growth tests were conducted using the specimens sampled from a retired 
pump casing. 

Test Temperature 

It is known that the relationship between low-cycle fatigue crack growth rate da/dN and 
cyclic J-integral AJdoes not strongly depend on temperature or material. For instance, Ohtani 
[6] showed da/dN-AJrelations for the various kind of steels and test temperatures fell into the 
scatter of factor about two. Ogata et al. [ 7] also showed the thermal fatigue crack growth rate 
plotted against AJ for Type 304 stainless steel coincided with isothermal fatigue data except 
the "in-phase" temperature-strain wave with very high maximum temperature (973 K). Addi- 
tionally, Taira et al. [8] showed that the life of"out of phase" thermal fatigue was longer than 
that of isothermal fatigue at the temperature range of 373 ~ 673 K for a carbon steel. Copyright by ASTM Int'l (all rights reserved); Wed Dec 23 19:11:46 EST 2015
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As shown in Fig. 2, the metal temperature of  the pump casing was relatively low and the 
phase of  temperature and strain was not "in.phase." Therefore, we assumed no remarkable 
acceleration in da/dN occurred by this type of  thermal cycling. The temperature-strain phase 
in the casing was not pure "out of  phase" because the peak tensile and compressive strains 
occurred at the middle of  the temperature range. In such a case, Russel [9] showed that the 
fatigue life was similar to the isothermal fatigue life at the minimum temperature in a cycle 
for a nickel base superalloy. 

Based on the above considerations, a crack growth test was carried out at room temperature 
in this study. 

Test Procedure 

Two types of  specimens, compact type and plate-type as shown in Fig. 3a and b, respec- 
tively, were employed in this study. Compact specimens were used to obtain the relationship 

FIG. 3--Specimen configurations and close-up view of low-cycle fatigue test section. 
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FIG. 4--Low-cycle fatigue crack propagation rate of casing material at room temperature. 

between AJand  da/dNfor  a long crack. This test was carried out by controlling the load-line 
displacement which was measured by an extensometer clamped in the mouth of the slit. Con- 
stant displacement ranges from 0.24 to 3.1 mm were applied to eight specimens. Frequency 
was 0.1 Hz. AJ was calculated from the load-displacement hysteresis loop according to Dowl- 
ing's method [2]. 

Plate specimens were used for observing the short crack growth behavior. Bending load was 
applied to the end of  the specimen through a universal joint. The test section view is shown in 
Fig. 3c. The section profile of  the specimen was adjusted to make the strain distribution uni- 
form in the gage section. The test was conducted by deflection control and the strain-range was 
measured by the strain gage on the specimen surface. The strain ranges applied were 0.5, 1.0, 
2.1, 4.2%, with a frequency of  0.1 Hz. The crack growth behavior was observed by taking the 
replica of  the specimen surface intermittently during the tests. 

Test Results 

The relationship between da/dN and ~ J  obtained by compact specimens is shown in Fig. 
4. The test results obtained by other investigators [2,10,11 ] on carbon steels and A533B were 
also shown in this figure. The data of  casing material were fairly close to those reported data. 

An example of  the failed plate specimen is shown in Fig. 5a. As shown in the photo, a lot of  
surface cracks were nucleated on the specimen, and the growth and coalescence of them 
resulted in the final fatigue failure. Figure 5b shows the change of  the surface crack lengths 
with the number of  cycles. It was found that short cracks nucleated in the early stage of  the 
fatigue life and that most of  the life period corresponded to the crack growth process. 
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FIG. 5--Photo of the surface of plate specimen fractured and examples of crack growth data. 

Estimation of  Cyclic J-Integral for Surface Crack 

Sakon and Kaneko [12] have shown analytically that the J-integral of a crack under defor- 
mation-controlled loading could be estimated approximately from the strain-based intensity 
factor using the formula 

J = EK~ 
K e -- e.v'~-dfJ (1) 

where E and c, are the Young's modulus and the nominal strain, respectively, andJqs the shape 
factor for the elastic stress intensity factor. As shown in Fig. 6 [12], the solid lines with the 
slopes of two which were obtained by elastic FEM analyses almost agreed with the open sym- 
bols which were calculated by the inelastic FEM analyses. As a result the J-integral under the 
deformation controlled loading can be estimated approximately by the elastic analysis. In 
other words, Eq 1 will be effective for such a case. Other investigators [13,14] showed that the 
strain-based intensity factor could be applied to the evaluation of low-cycle fatigue crack 
growth rate. An example of these results was shown in Fig. 7 [13]. Moreover, Rau et al. [15] 
applied it successfully to thermal fatigue crack growth. 

Based on these investigations, the cyclic J-integral of the surface crack in a plate specimen 
was estimated by 

AJ = EAe27raf 2 (2) 

where Ae is the strain range measured by strain gage, andfis the shape factor obtained from 
the Newman-Raju equation [16]. Values of aspect ratio used for the Newman-Raju equation 
were determined based on those measured by observing the fracture surfaces of specimens. 

Copyright by ASTM Int'l (all rights reserved); Wed Dec 23 19:11:46 EST 2015
Downloaded/printed by
University of Washington (University of Washington) pursuant to License Agreement. No further reproductions authorized.



SAKON ET AL. ON RESIDUAL LIFE OF PUMP CASINGS 245 

100 

" 10 

Z 

E 

c 
'T 1 

0,1 

W=60 ml n 
I i GL=240 ml rl 0 

eGL=28/GL 

( [ . 

0.01 0.05 0.1 0,5 

Nomina l  s t ra in  in gage  sec t ion ,E GL (%) 

FIG.  6--Examples of  J-integral analyses under deformation-controlled loading. 

z~Ke, (kgf/mm 3/2) 

102 10 3 
10-I 

�9 t ~ l '  o' I 
304S.S. f # ~'~176176 ~ / 
823K,.---1,0.33.z o / ~  I 

ee~ o �9 oa= 

10-2 ~ /--cooo/ -o -I 
E ,,, l  L ~ o l  I 
E ,' :~ I , , ~ 1  I 

_. . o._ 4 
"o 

10.3 / /  
= 

;.~'~' i ...... ; ;ra'p~i ~ ' ~ I-I 
~',*  I Load I e " I |  

~r ~,',,i 1 by L.A. James / 
~ 811 K, R=0.05 1 O / 

10 100 101111 

Stra in-based intensi ty  factor  range,AKe, (MPa,r~) 

FIG.  7--Relation between strain-based intensity factor and fatigue crack growth rate. 
Copyright by ASTM Int'l (all rights reserved); Wed Dec 23 19:11:46 EST 2015
Downloaded/printed by
University of Washington (University of Washington) pursuant to License Agreement. No further reproductions authorized.



2 4 6  THERMOMECHANICAL  FATIGUE BEHAVIOR OF MATERIALS 

I i I 

zSe(*/.) 
0.5 �9 / 
1.0 oo / 

0 >, 4.2 o0  o / 
.9o / 

E 10 / o o E o o 

l o ' o  
~7 P r o p a g a t i o n  r a t e  

obtained by CT s p e c i m e n  ~p/ov *~ o o 
c ~na =3.O5• ~ . ~ , / o  ; p o ._o 
"m o) 10-= / , ~ .  ,~ o 

cl ~ o e b  ib 
�9 �9 rJ4 

10 3 .'~ �9 

t~ q � 9  U. 

1 0 - 4  ~ I ~ I 
5 10 50 100 500 

Cyclic J integral AJ (KN//-m) 
dc FIG. 8----:--zXJ relationship for short cracks in carbon steel casting at room temperature. 
dn 

Short Crack Growth Characteristics 

The relationship between observed dc]dNand estimated ~J  for typical surface cracks in the 
plate specimen is shown in Fig. 8. This figure also shows the da/dN-~xJ relation obtained by 
the compact specimen. It was confirmed from Fig. 8, that the growth behavior of surface cracks 
could be estimated based on the da/dN-AJ relationship for long cracks, where the ~J  is esti- 
mated from Eq 2. 

Estimation of J-Integral under Non-Linear Thermal Stress Distribution 

Stress Intensity Factor under Thermal Stress Field 

Thermal stress arises due to the constraint of deformation. Therefore, due to the reduction 
of constraint with crack growth, the stress intensity factor for the crack in a thermal stress field 
will be lower than the value calculated for the constant load condition. Hellen et al. [5] pre- 
sented the following formula for the stress intensity factor of single edge-cracked plate under 
linear temperature distribution. 

KI = EaTok/--W ~ -~ - f -~  (3) 
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Considering the thermal stress in a non-cracked plate as 

= EaTo (4) 

Equation 3 yields 

In this equation the term (1 -- 4/7r �9 a~ W) characterizes the thermally stressed crack. 

Linearization of  Stress Distribution 

Thermal stress in the pump casing is not distributed linearly as shown in Fig. 2. For calcu- 
lating the stress intensity factor conveniently in such a non-linear stress distribution, ASME 
Sec. XI recommends linearizing the stress distribution as shown in Fig. 9a. Using the linear- 
ized stress components, Kz is obtained by 

KI = (Mmo'm -}- Mbab)k/--~ (6) 

where am and ab are membrane and bending stress components, respectively, and M,,, Mb are 
the shape correction factors. 

However, in the case of  a thermal stress field, it is supposed that the high peak stress near 
the surface may be relieved by the crack growth. Consequently, the stress intensity factor may 
not be so high as estimated by the above method. Taking such a possibility into account, the 
authors propose the alternative method of  stress linearization as shown in Fig. 9b, where the 
tangent line of the stress distribution at the point corresponding to the crack tip is used for the 
stress intensity calculation. 

A Bench Mark Calculation 

A bench mark calculation was conducted in order to clarify the applicability of  the stress 
intensity estimation method using the linearized stress and the thermal stress correction term 
mentioned above, which is represented by 

where, ~rm and eb are determined by linearizing the stress distribution according to Fig. 9a or 
Fig. 9b. 

The bench mark model is an axially cracked cylinder under radial temperature distribution 
as shown in Fig. 10a, whose numerical solution of  the stress intensity factors has been obtained 
by FEM [17]. The solution of  FEM and the estimates from Eqs 6 and 7 are shown in Fig. 10b. 
Using the linearizing method of Fig. 9a, the stress intensity factor was overestimated in the 
region of  a/t > 0.2, even though the thermal stress correction term was used. On the other 
hand, the combination of  the linearization method shown in Fig. 9b and the thermal stress 
correction term yielded a fairly good agreement with the FEM result up to a/t ~-- 0.4. Based 
on these results, the latter method was adopted in this study. 
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Conversion of K~ to J-Integral 

As mentioned earlier, the J-integral under deformation-controlled loading could be simply 
estimated from the strain-based intensity factor by using Eq I. In the case of  thermal stress, 
the nominal strain in Eq 1 can be given by 

e, = S/E (8) 

where S is the elastically calculated nominal stress. Using the cyclic stress range, the cyclic J- 
integral is given by 

AJ = ~ (m, nASm + MbASb)2~ra 1 -- --~. �9 (9) 

Remaining Life Estimation of Casings 

Calculation of Cyclic J-Integral 

The cyclic J-integral for a crack in the casing can be calculated according to the distribution 
of  the thermal stress range in Fig. 2 and Eq 9 in the previous paragraph. Examples of  the cal- 
culated results are shown in Fig. 11, where the solid line shows the value for a grooved crack 
through the inner surface, and the broken lines correspond to the values for the deepest point 
and surface side of a semi-circular crack. 
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In this calculation, the shape correction factors given by 

Mm = 1.12 -- 0.231k + 10.55~, 2 - 21.72k 3 + 30.39~, 4 
Mb = 1 . 1 2 2 -  1.40~ + 7.33k 2 -  13.08X3 § 14.0~, 4 

= a/t 
(10) 

were used for the through crack, and Newman-Raju's equation [16] was used for the semi- 
circular crack. The tangent line at the surface was always used here as the linearized stress 
distribution for the surface direction of the semi-circular crack. 

Estimation of Crack Geometry 

In the case of  long cracks which could be detected by the dye penetrant test, their depths are 
measured by the electric resistance method during field inspection. Figure 12 shows the rela- 
tionship between the aspect ratio and the surface crack length obtained through such inspec- 
tions. The open circles in the figure represent the cracks which were initiated from casting 
porosites and the solid ones correspond to the cracks without clearly distinguishable porosities. 
According to the figure, the cracks which were initiated from casting porosities have larger 
aspect ratios. The solid lines in the figure indicate the crack geometry changes which were esti- 
mated by postulating the semi-circular initial flaws of  2C -- 2, 10, and 40 mm. The trend of 
the estimation agreed with the detected aspect ratios for the cracks initiated from porosities. 
On the other hand, the broken line in the figure was obtained by considering the link-up of 
multiple cracks. In this calculation, 7 semi-circular initial cracks were postulated, and their 

FIG. 12--Comparison between the estimated crack geometry change and those detected by field 
inspection. 
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FIG. 13--Detected crack depth in casing versus number of start~stops of the pumps and the estimated 
crack growth behavior. 

surface lengths and pitches were given by the random number. The link-up of them was 
assumed to occur when two cracks contact each other. As shown in the figure, the result of this 
calculation coincides better with the field inspection data. 

These simulation analyses and the inspection data suggest that crack growth was dominated 
in the surface direction due to linking-up, and deep cracks (a >__ 10 mm) might be initiated 
from large porosities. 

Estimation o f  Crack Growth in Thickness Direction 

The important issue on the remaining life evaluation of casings may not be the crack growth 
in the surface direction but in the thickness direction. Since it was suggested above that the 
crack geometry would become shallow with the crack growth, it will be conservative and ratio- 
nal to postulate a through crack in the case of estimating the increases in the crack depth 
direction. 

Figure 13 shows the estimated crack growth curves assuming single-cracks with initial 
depths of 1 to 20 ram. In the estimation, the cyclic J-integral shown by the solid line in Fig. 11 
was used. This result suggests that the extension of a shallow crack may be comparatively 
severe, but a deep crack can hardly extend. The data points in the figure indicate the crack 
depths detected by the field inspections in the operation cycles for several pump casings. Deep 
cracks shown by the open circles which were initiated from porosities have no correlation with 
the number of operation cycles. However, in the shallow crack cases shown by the solid sym- 
bols, the crack depths tend to increase with the operation cycles. These features agreed well 
with the estimated results. Hence, we conclude that this estimation procedure can be applied 
to the remaining life evaluation of the casings. 

The critical flaw size for the casing was estimated as 50 mm from the fracture toughness of 
the casing material and the applied stress due to the internal pressure. Figure 13 also suggests 
that a great number of operating cycles will be needed for the cracks extending up to the critical 
size, so that it will be harmless to leave the cracks as they are. 

Copyright by ASTM Int'l (all rights reserved); Wed Dec 23 19:11:46 EST 2015
Downloaded/printed by
University of Washington (University of Washington) pursuant to License Agreement. No further reproductions authorized.



252 THERMOMECHANICAL FATIGUE BEHAVIOR OF MATERIALS 

Conclusions 

The thermal fatigue crack growth behavior in boiler feed-water circulation pump casings 
were estimated based on the results of experimental and analytical studies. The following con- 
clusions were derived through this investigation. 

1. It was confirmed by bending low-cycle fatigue test of  the plate specimen that the propa- 
gation and link-up behavior of short surface cracks could be estimated by the da/dN-AJ 
relationship for long cracks. 

2. Some analytical studies showed that the J-integral for the crack under thermal stress 
could be estimated approximately based on the stress distribution obtained by the elastic 
stress analysis. 

3. Good correlation between the estimated crack propagation behavior of  the casing and 
the field inspection data was obtained. It is suggested that the crack propagation rate will 
slow down with the increase of  crack depth thus, these type of pump casings have ade- 
quate remaining lives to the final failure. 
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