.‘_-,_‘f":

Celic
Deformation,
Fracture, and
Nondestructive
Evaluation of

Advanced Materials

SEconND VoOoLUME

M. R. Mitchell and

Otto Buck, editors




STP 1184

Cyclic Deformation, Fracture,

and Nondestructive Evaluation
of Advanced Materials:
Second Volume

M. R. Mitchell and Otto Buck, Editors

ASTM Publication Code Number (PCN):
04-011840-30

ASTM

1916 Race Street
Philadelphia, PA 19103
Printed in the U.S.A.



Library of Congress Cataloging-in-Publication Data

Cyclic deformation, fracture, and nondestructive evaluation of advanced materials.
Second volume/M. R. Mitchell and Otto Buck, editors.
p. cm.—(STP: 1184)

Contains papers presented at the Second Symposium on Cyclic Deformation,
Fracture, and Nondestructive Evaluation of Advanced Materials held in Miami,
Florida, 16—-17 Nov. 1992, sponsored by ASTM Committee E-8 on Fatigue and
Fracture.

“ASTM publication code number (PCN) 04-011840-30.”

Includes bibliographic references and index.

ISBN 0-8031-1989-5

1. Composite materials—Fatigue—Congresses. 2. Non-destructive testing—
Congresses. I. Mitchell, M. R. (Michael R.), 1941— . 1l. Buck,

Otto. Ill. ASTM Committee E-8 on Fatigue and Fracture. V. Symposium Cyclic

Deformation, Fracture, and Nondestructive Evaluation of Advanced Materials (2nd:

1994: Miami, Florida) V. Series: ASTM special technical publication; 1184.

TA418.9.C6C83 1994

620.1'186—dc20 94-32123
CIP

Copyright © 1994 AMERICAN SOCIETY FOR TESTING AND MATERIALS, Philadelphia, PA. Prior
edition copyrighted 1992 by the American Society for Testing and Materials. All rights reserved. This
material may not be reproduced or copied, in whole or in part, in any printed, mechanical, electronic,
film, or other distribution and storage media, without the written consent of the publisher.

Photocopy Rights

Authorization to photocopy items for internal or personal use, or the internal or personal
use of specific clients, is granted by the AMERICAN SOCIETY FOR TESTING AND MATERIALS
for users registered with the Copyright Clearance Center (CCC) Transactional Reporting
Service, provided that the base fee of $2.50 per copy, plus $0.50 per page is paid directly to
CCC, 222 Rosewood Dr., Danvers, MA 01923; Phone: (508) 750-8400; Fax: (508) 750-4744, For
those organizations that have been granted a photocopy license by CCC, a separate system of
payment has been arranged. The fee code for users of the Transactional Reporting Service is .
0-8031-1989-5/94 $2.50 + .50.

Peer Review Policy

Each paper published in this volume was evaluated by three peer reviewers. The authors
addressed all of the reviewers’ comments to the satisfaction of both the technical editor(s) and the
ASTM Committee on Publications.

The quality of the papers in this publication reflects not only the obvious efforts of the authors and
the technical editor(s), but also the work of these peer reviewers. The ASTM Committee on
Publications acknowledges with appreciation their dedication and contribution to time 'and effort on
behalf of ASTM.

Printed in Baltimore, MD
October 1994



Foreword

This publication, Cyclic Deformation, Fracture, and Nondestructive Evaluation of Advanced
Materials: Second Volume, contains papers presented at the Second Symposium on Cyclic
Deformation, Fracture, and Nondestructive Evaluation of Advanced Materials, which was held
in Miami, Florida, 16~17 Nov. 1992. The symposium was sponsored by ASTM Committee E-
8 on Fatigue and Fracture. The symposium co-chairmen were M. R. Mitchell, Rockwell Inter-
national Science Center, Thousands Oaks, California, and Otto Buck, Ames Laboratory, Iowa
State University, Ames, Iowa.
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Overview

About two years have passed since the proceedings of the First Symposium on Cyclic Defor-
matijon, Fracture, and Nondestructive Evaluation of Advanced Materials (ASTM STP 1157)
were published. As intended, and due to the success of this first symposium, the Second Sym-
posium was held in November 1992 in Miami, Florida, on the same topics, with even greater
participation of an international technical community demonstrating an enhanced interest in
the implementation and use of engineered advanced metallic, ceramic, and polymeric materials
and composites thereof. These materials are now finding their way into structural and engine
applications, usually by ‘‘insertion programs.’”” However, due to their complex nature, there is
still a lot to be learned about their processing, as well as their fatigue and fracture behavior
under the service conditions they are exposed to. Inspection methods for the detection of mate-
rials damage are, to a large degree, still in their infancy. Their development will clearly be of
fundamental importance such that the results can be correlated with the components’ remaining
life for improved reliability in a fitness-for-service dominated strategy. Academic institutions
and aerospace-related research laboratories, as well as industry, have contributed to these pro-
ceedings to provide a well-balanced overview of the state-of-the-art of this subject matter.

The first part of the book covers fatigue crack initiation, crack growth, and fracture toughness
of advanced structural materials such as silicon nitride, special titanium alloys and steels, par-
ticle-reinforced aluminum alloys, cobalt-based alloys, thermoplastics, and graphite-epoxy com-
posites. In some cases, the effects of crack closure as well as crack bridging on fatigue crack
growth are discussed. Discussions also include complex multiaxial cyclic deformation and creep
behavior. Effects of thermal fatigue on coatings and their optical properties are reported. Other
interesting applications include the fatigue and fracture properties of high-strength, high-con-
ductivity alloys, useful to the electric power industry.

The remainder of the book is dedicated to the nondestructive evaluation of advanced mate-
rials that may have manufacturing defects and/or have experienced in-service damage. Still
very popular for defect and damage detection in these materials is the so-called acoustic-
ultrasonic technique, which is a sophisticated form of coin-tapping. In one case, the change of
the materials’ compliance has been correlated to the overall damage. On the other hand, micro-
focus X-rays provide information on the location of the defects, as can focused ultrasonic beams
in weldments.

The symposium chairmen appreciate, certainly, the cooperation and diligence of the authors
of the manuscripts. Each manuscript was thoroughly reviewed by at least three experts in the
field. The assistance of the ASTM staff in coordinating the publication efforts is very much
appreciated and made our lives so much easier. We, the organizers, hope that we have another
opportunity for bringing such a group of experts together at a Third Symposium on Cyclic
Deformation, Fracture, and Nondestructive Evaluation of Advanced Materials.

M. R. Mitchell

Rockwell International Science Center, Thousand
Oaks CA 91360: symposium chairman and editor

Otto Buck

Iowa State University, Ames Laboratory, Ames, 1A
50011; symposium chairman and editor
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David C. Salmon' and David W. Hoeppner>

In-Situ SEM Observation of Fatigue Crack
Propagation in NT-154 Silicon Nitride

REFERENCE: Salmon, D. C. and Hoeppner, D. W., “‘In-Situ SEM Observation of Fatigue
Crack Propagation in NT-154 Silicon Nitride,”” Cyclic Deformation, Fracture, and Nonde-
structive Evaluation of Advanced Materials: Second Volume, ASTM STP 1184, M. R. Mitchell
and O. Buck, Eds., American Society for Testing and Materials, Philadelphia, 1994, pp. 1-18.

ABSTRACT: A miniature 4-kN servohydraulic three-point bend load frame coupled to a scan-
ning electron microscope (SEM) was developed to allow direct observation of fatigue and fracture
processes in ceramic materials at magnifications up to X20 000. Two series of fatigue crack
growth experiments were conducted on Norton/TRW NT-154 silicon nitride, one using the in-
situ three-point bend system and the other using compact tension specimens in a conventional
test system. The objectives of the work were to ascertain whether crack growth under cyclic
loading is a manifestation of a load-level dependent mechanism or a true cyclic effect, and to
identify mechanisms of fatigue crack propagation at a microstructural level. Tests were conducted
at room temperature and load ratios of 0.1 to 0.4, both in air and vacuum. Results of both series
showed a marked load ratio effect and a distinct cyclic loading effect. Crack propagation was
highly discontinuous, occurring on individual cycles at a rate approaching that for fracture and
arresting between these growth increments for hundreds or thousands of loading cycles. Between
growth increments there were no detectable changes at the crack tip; however, crack wake fea-
tures such as bridges and interlocking grains decayed and lost their ability to transfer load.

KEYWORDS: ceramics, silicon nitride, fatigue (materials), scanning electron microscopy, crack
propagation, residual stress, advanced materials

Utilization of monolithic ceramics in structural applications has been limited by two major
obstacles: low toughness and poor reliability. Development of reliable life prediction methods
is dependent, in part, on an understanding of the growth characteristics of subcritical cracks
that may eventually lead to failure. Subcritical crack growth in ceramics can occur as a result
of a variety of factors, including sustained loading, cyclic loading, and environment. This work
focuses on growth resulting from fatigue loading, a field that has tended to receive less attention
than other forms of subcritical growth in ceramics. The word ‘‘fatigue’’ in this work is used
in accordance with ASTM Standard Definitions of Terms Relating to Fatigue (E 1150-87) and
refers to a cyclic loading process, not a sustained or monotonic loading process as is often the
case in ceramics literature.

Early work on fatigue of ceramics and glasses often suggested that these materials were not
subject to degradation from cyclic loading, but that observed subcritical crack growth was
simply a manifestation of environmentally assisted sustained-load cracking [I]. The lack of
appreciable crack tip plasticity furthered the notion that fatigue was of little importance,

' Senior mechanical engineer, Sarcos Research Corporation, 360 Wakara Way, Salt Lake City, UT
84108.

2 Professor of Mechanical Engineering, Quality and Integrity Design Engineering Center, The Univer-
sity of Utah, 3209 MEB, Salt Lake City, UT 84112,

1
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2 EVALUATION OF ADVANCED MATERIALS

although experimental evidence of this phenomenon in ceramics existed as early as 1956 [2].
Since about 1985 the pace of research has increased and fatigue has been reported to occur in
transforming ceramics [3-5], nontransforming materials such as alumina [6,7] and silicon
nitride [§-74], and ceramic composites [15-18]. Much of the experimental work has involved
generation of stress-life data, which is outside the scope of the present work. Crack growth
results from ‘‘physically long’’ cracks—those exceeding several millimetres in length—fre-
quently appear to follow a Paris relationship, but with exponents that are typically 10 to 40
times the values associated with metals [/9-22]. The presence of crack growth thresholds also
has been reported, usually based on the operational definition in ASTM Standard Test Method
for Measurements of Fatigue Crack Growth Rates (E 647-88a) of that stress intensity range
corresponding to a growth rate of 10-' m/cycle. The extreme sensitivity of growth rate to small
changes in stress intensity makes it difficult to distinguish the asymptotic behavior often seen
in metals. Work on “‘small’’ cracks, including both natural cracks and those induced by inden-
tation, has shown that growth occurs at applied stress intensity ranges significantly below the
“‘long crack’ threshold. This behavior has been explained in terms of the restricted crack tip
shielding due to the limited crack wake and residual stress fields in the case of indentation-
induced cracks. In all cases, however, the understanding of fatigue crack propagation mecha-
nisms is at a very preliminary stage. While various mechanisms have been postulated, exper-
imental confirmation is generally lacking [1,15,23,24].
This experimental investigation was conducted to achieve the following objectives:

1. To ascertain whether crack growth under cyclic loading in silicon nitride is a manifestation
of an environmentally assisted load-level based mechanism, or whether an intrinsic cyclic-
load crack growth mechanism exists.

2. To identify, in a qualitative way, mechanisms of crack propagation at a microstructural
level.

Experimental Procedure

Two series of fatigue crack propagation experiments, one using compact tension (C(T))
specimens and the other three-point bend specimens, were conducted on Norton/TRW NT-154
silicon nitride at room temperature (22 to 25°C). The microstructure of NT-154, shown in Fig.
1, consists of silicon nitride grains (dark), some of which are elongated, plus an yttrium-rich
intergranular phase (light). The material is hot isostatically pressed and has undergone an inter-
granular phase crystallization heat treatment.

Compact Tension Crack Growth Tests

The C(T) tests were conducted on specimens of width, W, 25.4 mm and thickness, B, 6.35
mm in air (15 to 30% relative humidity) using a 10-Hz sinusoidal waveform and load ratios of
0.1, 0.2, 0.3, and 0.4. Seven specimens were used, but 25 tests were conducted by stopping
each test just prior to specimen fracture. Crack lengths were monitored both optically and by
an automated compliance technique [25]. Precracks were formed from chevron notches using
cyclic tension-tension loading and two to four load-shedding steps. The test procedure followed
ASTM E 647-88a as closely as feasible. Several requirements in the standard were difficult to
satisfy, however, and the deviations are listed below:

1. Precrack lengths were too short in some tests. The standard requires a minimum precrack
length 1.6 mm past the chevron for the specimen size used. In the worst case the precrack
was only 0.6 mm past the chevron.
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FIG. 1—Microstructure of NT-154 silicon nitride polished with 0.25-pum diamond paste and
plasma etched.

2. The crack length variation between front and back faces of the specimen was 1 to 1.5
mm in numerous tests. The standard requires that this deviation not exceed 0.65 mm.

3. Precracking load levels were in numerous cases higher than the initial testing load levels,
leading to possible transient effects at the start of tests. The small amount of crack exten-
sion in each test made this difficuit to avoid.

4. The crack growth increment between data points was approximately 0.015 mm, a value
much smaller than the recommended 0.25 to 1 mm. The small distance over which growth
is stable (1 to 1.5 mm in these tests) makes the recommended values unsuitable. The effect
of choosing a value so small is an increase in scatter in the data.

At least one test at each load ratio was conducted without any of these deviations from the
standard. Valid and invalid data were compared, and in ali cases the scatter bands overlapped.
It is suggested that the relaxation of the requirements of the standard had a minimal effect on
results while making execution of the tests much simpler. It is important to note that the standard
has been developed primarily for metals.

In-Situ Three-Point Bend Crack Growth Tests

Fatigue crack growth tests also were conducted on two Vickers indented three-point bend
specimens of dimensions 3 by 6 by 24 mm. These tests were conducted in vacuum (10 torr)
using a miniature 4-kN servohydraulic load frame coupled to the chamber of a scanning electron
microscope (SEM). This system allowed direct observation and video recordings of the fatigue
process to be made at magnifications up to approximately X20 000. The details of this system
will be discussed separately in another paper. Tests were conducted at load ratios of 0.1 and
0.3 using a 10-Hz sinusoidal waveform except during videotaping, when the frequency was
reduced to 0.5 Hz. Specimens were prepared for testing by polishing of the tensile face with
0.25 wm diamond paste, Vickers indentation using a 60-N load, plasma etching in CF, plus
4% O, for 5 min, and sputter-coating with a gold-palladium alloy to avoid charging in the
SEM.
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Results and Discussion
Compact Tension Test Results

A plot of crack growth rate, da/dN, versus Mode I stress intensity range, AK, for the 25 C(T)
tests is presented in Fig. 2. A clear load ratio effect is evident, and certain sets of data where
low crack growth rates were obtained suggest the presence of a fatigue crack growth threshold.
By replotting the data as a function of maximum stress intensity, K, as done in Fig. 3, the
effect of load cycling is more clearly demonstrated. For a given value of K,.,,,, the stress intensity
at every point in time during a cycle at R = 0.4 is greater than or equal to the corresponding

7
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FIG. 2—Compact tension fatigue crack growth data. Sinusoidal 10-Hz load waveform, in air.
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FIG. 3—C(T) crack growth data for both sustained and cyclic loading. Sustained load data points
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with arrows indicate upper bounds on crack growth rate.

value at R = 0.1. If crack growth is load level dependent, then the high load ratio data would
be expected to fall above those for lower load ratios. In fact, the opposite is seen. This suggests
that crack growth is not simply a manifestation of sustained-load cracking or a function of load
level alone. In this figure, time-based rather than cycle-based crack growth rate is plotted in
order to include sustained load data (R = 1). These data were generated using the same ser-
vohydraulic test system as the fatigue data and therefore include the noise associated with such
a system. In most cases, no crack growth was detected. In this situation an upper bound was
placed on the crack growth rate based on the resolution of the optical crack length measurement

method.
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Three-Point Bend Test Results

A plot of crack growth rate, da/dN, as a function of stress intensity range, AK, for the three-
point bend specimens is shown in Fig. 4. Stress intensity factors were estimated using a solution
by Newman and Raju [26], assuming that the crack was semicircular in shape, a fact later
confirmed by fractography. The value of stress intensity at the specimen surface was used to
correlate fatigue data. This is the largest value along the crack front and also corresponds to
the location at which the cracks were measured. The fact that the K-solution is for a pure
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FIG. 4—Three-point bend specimen fatigue crack growth data. Sinusoidal 10-Hz load waveform,
in vacuum. Constant applied load ratios of 0.1 and 0.3 result in decreasing effective load ratios due
to the presence of wedging-induced residual stresses.
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bending condition and three-point bending was used in the tests introduces an error, but com-
parison between bend specimens is still meaningful.

The V-shaped crack growth response seen in Fig. 4 suggests that the crack driving force at
the beginning of the test was significantly greater than that accounted for by the applied stress
intensity alone. SEM observation of the indentation area revealed that the crack within the
indentation did not open at any time during a loading cycle, yet just beyond the indentation
the crack opening was typically about 0.5 wm even with no external load applied. It therefore
appears that the indentation acts to wedge the crack open and causes a tensile residual stress
field to exist at the crack tip. Wedging by the indentation was much more severe than wedging
caused by debris, and therefore debris-induced closure effects that may be present in natural
cracks are likely to be masked here.

This type of crack growth behavior, in which there is an initial negative dependence of
growth rate on stress intensity, has been seen previously by numerous investigators, including
Horibe [27] on silicon nitride, Hoshide et al. [28] on alumina and silicon nitride, Liu and Chen
[29] on zirconia, and Yoda [30] on soda-lime glass under sustained loading. The analysis of
Anstis et al. [37] is used here to estimate the magnitude of the residual stress field. The residual
stress intensity component, K,, is assumed to be of the form,

K, = x,Pa"
where P is the indentation load, « is the total surface crack length, and ¥, is given by,
X, = §% (E/H)"

where E and H are elastic modulus and hardness, respectively, and §% is a dimensionless
parameter dependent only on indenter geometry and crack shape. The subscript and superscript
indicate a Vickers indenter and radial crack geometry, respectively. For NT-154, E and H values
of 340 000 and 14 700 MPa, respectively, were used. A value for §% of 0.016 determined by
Anstis et al. [31] was used. It is assumed here that K, does not vary with applied load. However,
as external load is applied and the wedged crack faces tend to separate, the residual stress
intensity will decrease. Presumably, if a sufficiently large load could be applied to separate the
crack faces completely, the wedging contribution would disappear. For the material and inden-
tation type studied here, fracture occurred before evidence of any opening within the indentation
could be seen using the SEM. It is suggested, therefore, that the decrease in the residual stress
intensity over the range of loads used in the tests is small enough to justify the assumption that
K, does not vary with applied load. The effective stress intensity, K., is defined as the sum of
the applied and residual components, K, , and K.

With K, constant, the applied and effective stress intensity ranges, AK,,, and AK, are equal,
and therefore the abscissa of Fig. 4 can be considered to represent either quantity. The effective
load ratio, R, = K., or/Koax etr» dO€S NOt remain constant through each test. When the crack
is short and the wedging effects are most pronounced, R, is substantially higher than R, . As
the test progresses, R, approaches the constant value of the applied load ratio. Thus, the V-
shape to the data sets in Fig. 4 is, at least in large part, a manifestation of the same mean stress
or load ratio effect seen in Fig. 2. This is confirmed by the fact that the point of intersection
of the two crack growth data sets, at AK =~ 3.4 MPa\V/m, corresponds to the stress intensity
range at which the effective load ratios for the two data sets are equal (at R, = 0.44).

As was the case with the C(T) data, it is useful to plot the bend data as a function of maximum
stress intensity to clarify the role of cyclic loading. A plot of both crack growth rate and effective
load ratio as functions of K, .- is shown in Fig. 5. By the same argument presented for the
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FIG. 5—Three-point bend specimen fatigue crack growth data plotted as a function of maximum
effective stress intensity.

C(T) results, the following condition must be satisfied to conclude that load cycling is important
in determining the crack growth response (for a given value of K, ., .):

da da
—_— > —_—
dN dN

R, =0.1 R,

app pp=0.3
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However, since R, changes throughout the tests, it is also necessary to ensure that the test
conducted at the lower applied load ratio also has a lower effective load ratio, i.e.,

(Reff)Rﬂpp:()Al < (Reor

app=0-3

If this second condition is satisfied, then the stress intensity at every point during a cycle in the
R,,, = 0.1 test is less than or equal to that at the corresponding point in the R, = 0.3 test (for
a given K, ). Since Fig. 5 shows both conditions to be satisfied throughout the tests, it is
suggested that in vacuum as well as air crack growth is not simply load-level dependent but
that the cyclic nature of the loading plays an important role.

A comparison of the bend and C(T) data shows that the bend data are shifted towards higher
stress intensities. This offset is believed to be related to the fact that the constant bending
moment K-solution does not precisely reflect the three-point bend configuration and the fact
that the bend specimen crack front is curved and the stress intensity varies along it. Clearly,
fatigue lives estimated from these two sets of data would differ greatly. The sensitivity of crack
growth rates to small changes in stress intensity makes life prediction using the conventional
approach of integration of crack growth rate—stress intensity curves extremely difficult since K
is very seldom known with sufficient accuracy to make the prediction useful. The apparent
presence of a threshold stress intensity range for crack growth in both cases is nevertheless a
meaningful result.

As a final observation, the residual stress field associated with an indentation may offer a
unique advantage for crack growth testing. Near the indentation, the total stress intensity
decreases as the crack length increases. This provides the opportunity to conduct K-decreasing
crack growth tests using constant amplitude loading, avoiding the complications of a test system
configured to shed load automatically as the test progresses.

SEM Observations

A key feature of the load frame developed for the bend experiments is its ability to permit
dynamic observation of the specimen. It is frequently assumed in describing and modeling
fatigue crack propagation that the same process repeats every loading cycle. This is not the
case in NT-154. Fatigue cracks propagated multiple grain diameters during one cycle and then
arrested for hundreds or thousands of cycles before advancing again. During a growth cycle,
the crack extension occurred at extremely high rates; all growth appeared to take place between
two successive video frames recorded Yo s apart in time. Both the amount of crack advance
during a growth cycle and the frequency of occurrence of growth cycles increased with increas-
ing applied stress intensity. Only surface observation is possible with the system, and therefore
the possibility exists that this is a free-surface effect. Fractography, however, revealed no dif-
ference in fracture surfaces between near surface material and bulk material in the bend
specimens.

The observed discontinuous nature of crack growth illustrates that the crack growth rate
curves presented previously must be considered to be average responses. On a local level crack
growth rates vary many orders of magnitude above and below the average. Although the total
stress intensity (applied plus residual) decreases with crack length near the indentation, this
factor cannot be completely responsible for crack arrest after a growth cycle because the same
behavior was seen at crack lengths beyond that where the total stress intensity begins to increase
with crack length.

Discontinuous crack growth has been observed previously in both ceramics and metals. Sylva
and Suresh [32] tested single-edged notched zirconia specimens under monotonic and cyclic
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four-point bending. Arrest of cracks less than 1 mm in length occurred after growth of several
tens of micrometres. Further growth in the zirconia was obtained only by raising the stress
intensity range, whereas continued cycling at the same loads did cause additional growth in
NT-154. In the work of Dauskardt et al. [/9] on a SiC-whisker-reinforced alumina composite,
multiple crack growth rate minima were observed on indented specimens, consistent with the
pattern of crack arrest seen in the present investigation. Because only crack growth rate plots
are presented, it is unclear whether crack arrest occurred, but the reported tendency for crack
extension between successive minima to increase with increasing stress is consistent with the
results of the present investigation. Lankford and Davidson [33] observed discontinuous growth
in 7XXX series aluminum alloys using an SEM-coupled load frame, although the mechanisms
are certainly quite different from those in silicon nitride and other ceramics. A single striation
was found to be created, not in one loading cycle as frequently assumed, but only after numerous
cycles during which the crack tip blunts and damage of some form accumulates.

Fatigue cracks in NT-154 showed a mixture of intergranular and transgranular growth. Fea-
tures visible in the crack wake included bridging, grain interlocking, and friction, all of which
serve to transfer load across the crack wake and shield the crack tip. Examples of friction
between crack surfaces are illustrated in Figs. 6 and 7. The direction of tensile stress is hori-
zontal in all SEM micrographs. In some cases, as in Fig. 7, friction resulted in development of
branch cracks. The secondary crack on the left of Fig. 7a was formed by cyclic frictional
loading. This crack grew away from the tip of the dominant crack (i.e., downward in the
photograph) and joined the main crack near the bottom of the picture to form a 1-pm particle
shown in Fig. 7b.

Figure 8 illustrates an example of grain interlocking. The interlocking appeared to be severe
enough to necessitate the development of a second crack (in the upper right area of the figure).
This also resulted in the formation of a bridge, the most commonly seen feature in the crack
wake. Bridge structures formed during single cycle advances of the crack and were subse-
quently destroyed by cycling. Figure 9 shows a series of micrographs of a bridge. In Fig. 9a,
taken approximately 3000 cycles after the bridge formed, both the left and right cracks are
open, indicating that a load is being transferred across the bridge. The main crack tip is 50 um

= P

FIG. 6—Area of friction in crack wake. Tensile stress in all micrographs is oriented horizontally.
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FIG. 7—Crack wake friction caused formation of secondary crack (a) that later resulted in for-
mation of a 1-um diameter particle (b).

above the top of the image. One thousand cycles later, and after 16 wm of crack tip extension,
Fig. 9b, the right crack appears to be dominating. In Fig. 9¢, the final micrograph of the series,
taken after an additional 700 cycles and 20 pm of crack growth, the left crack appears closed
and the right branch has joined the main crack, preventing further load transfer across the
bridge.

A similar situation is seen in Fig. 10. The micrograph shown in Fig. 10a was taken imme-
diately after a one-cycle increment of crack growth during which the crack tip advanced from
a position about 7 um below the photograph to about 6 pm above the top of the picture. After
400 cycles and another 12 pm growth increment, the lower micrograph was taken. During this
interval the crack circumvented the grain identified by the letter *‘B’ to connect with the upper
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FIG. 8—Interlocking grain and bridge structure in crack wake.

crack. Both pictures were taken at maximum load. The crack-opening displacement is signifi-
cantly larger in the micrograph shown in Fig. 10b. Although part of the increase is due to the
extension of the crack tip, the degeneration of the bridge has also contributed to the larger
displacement. After decay of the bridge, the transgranular crack part way through grain ‘B’
remained almost closed.

The observations presented here deal mainly with effects in the crack wake; informatior.
concerning the crack tip was difficult to obtain with the SEM. The fineness of the crack madc
it doubtful that the tip was visible. Visualization of crack tip processes in this material appears
to require higher resolution than the current SEM can provide.

FIG. 9—Decay of brzdge from cyclic loadmg Crack tip is 50 um above top of image in (a), 66
um in (b), and 86 um in (c).
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Fracture surface examination following testing revealed little difference between fatigue and
fast fracture regions of the fracture surfaces. A comparison is shown in Fig. 11. This similarity
is consistent with a mechanism involving periodic high growth rate increments.

Mechanisms of Fatigue Crack Propagation

The observations of crack growth made here suggest a mechanism in which ‘‘damage’”
accumulates after an increment of growth. This damage involves degradation of bridges and
other similar crack-wake traction-reducing processes and also may include crack tip processes
not resolved with the present SEM. When the damage reaches a critical level, perhaps corre-
sponding to sufficient shielding degradation, a fast fracture mechanism becomes active. During
extension additional bridges and interlocking features are formed and the crack tip moves away
from any ‘‘damaged zone’’ formed at its previous arrest point. The crack tip shielding imparted
by the newly developed features may be sufficient to cause the observed crack arrest.

Recent work by Lathabai et al. [34] on alumina using an SEM-coupled load frame has
indicated similar results concerning the degradation of bridges during cyclic loading. They
suggest that the crack tip driving force is more suitably representéd by including a shielding
term in addition to the applied and residual stress contributions. The shielding term is based
on estimates of friction between sliding facets at interlocking sites and is negative and therefore
reduces the total stress intensity. This approach appears to hold promise for assessing whether
the crack arrest observed in NT-154 is accounted for by the concurrent formation of shielding
features.

Summary and Conclusions

A series of fatigue crack growth experiments was conducted at room temperature in vacuum
on NT-154 silicon nitride using Vickers indented three-point bend specimens and a miniature
servohydraulic load frame coupled to an SEM. A second series of tests was performed on
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FIG. 10—Bridge formed when crack was diverted by grain boundary at A. Intergranular cracking
continued around grain B, destroying bridge. Bridge is shown immediately after formation in (a)
and after 12 um of additional extension in (b).

compact tension specimens in room temperature air. The following conclusions are drawn from
the work:

1. Stable crack propagation occurs in NT-154 under cyclic loading in both laboratory air
(15 to 30% relative humidity) and vacuum (107 torr) conditions. A mechanism for crack
growth exists independent of environmentally assisted and sustained-loading crack growth
mechanisms.

2. Fatigue crack growth occurs in a discontinuous manner. Growth is incremental, taking
place on a single cycle at a high rate perhaps approaching that for fracture. Between these
increments there is no detectable crack extension. Local crack growth rates, therefore, are
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FIG. | l—Fatigue (a) and fast fracture (b) surfaces of bend specimen tested at R = 0.3. Their
similarity is consistent with a mechanism involving periodic high growth rate increments.

orders of magnitude faster or slower than the average response represented by conven-
tional fatigue crack growth data.

3. Crack wake features such as interlocking grains and crack bridges, which initially transfer
load across the crack surfaces, degenerate and fracture during cycling between growth
increments. In doing so these structures lose their ability to transfer load.

4. The residual stress field associated with a Vickers indentation has a significant effect on
fatigue crack growth rates. Crack closure effects related to debris in the crack wake appear
to be insignificant compared to the wedging effect of the indentation.

5. Fatigue crack growth data both from bend specimens after compensation for residual stress
effects and from compact tension specimens show the presence of a crack growth thresh-
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old. Although the crack growth curves are extremely steep compared to those of metals,
the data do show a sigmoidal shape not represented by a Paris equation.

6. Fracture surfaces in fatigue and fast fracture regions appear similar and show a mixture
of transgranular and intergranular fracture. This similarity is consistent with a fatigue
mechanism involving periodic high-rate growth increments.
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DISCUSSION

O. Buck' (written discussion)—I would like to ask two questions:
1. Could you tell us how the compact tension crack growth data compare with those obtained

on the bend test specimen?
2. Your SEM chamber seems to be large enough to install an acoustic emission detector.

' Ames Laboratory, Iowa State University, Ames, IA 50011.
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Couldn’t you use such a detector to determine a correlation with the discontinuous growth
that you observe with the SEM?

D. C. Salmon and D. W. Hoeppner (authors’ closure)—

Question 1

Precise comparisons are difficult to make here because the effective load ratio varied in each
bend test but remained constant in each C(T) test. Nevertheless, the bend data tend to be shifted
towards higher stress intensities by 2 to 3 MPa\/m. In terms of a ratio, this amounts to a factor
of approximately 2 and illustrates the magnitude of the problems encountered in using such
data for life prediction. The difference is thought to be due to the fact that a pure bending K-
solution was used for the three-point bend specimens, and the fact that the surface value of K
was used to correlate fatigue data. The value of K along the curved crack front varies and is
maximum at the surface.

The notion that the K-solution used here is not well-suited to the specimen is also supported
by fracture toughness data. Fracture toughness tests on C(T) specimens of NT-154 done in
accordance with ASTM E 399 yielded results of 4.85 * 0.08 MPaV/m, which agreed with the
values of 4.81 * 0.22 MPa\V/m determined by the indentation fracture method on bend bars
(uncertainties represent standard deviations). In contrast, monotonic tests on indented bend
bars, where the pure bending K-solution was used, produced toughness values of 6.33 + 0.54
MPa\V/m, about 1.5 MPa\/m higher than obtained by the other techniques. Subcritical crack
growth that preceded fracture in these tests was monitored using the SEM and accounted for
in calculation of toughness values.

Question 2

Determining the subsurface behavior is a critical next step in this work, and acoustic emission
appears to be a technique that holds promise. There is sufficient room in the SEM chamber for
transducers, although the current loading fixture design limits access to some surfaces of the
specimen. Straightforward modifications to the load frame should allow for sufficient access.
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ABSTRACT: Cyclic fatigue crack growth tests of silicon nitride specimens with surface cracks
as well as through-the-thickness cracks were carried out. The surface crack length was measured
by a surface film gage technique. The fatigue crack growth rate for surface cracks was less than
that for through-the-thickness cracks. From SEM observations, more significant bridging was
found in the wake of surface cracks compared to through-the-thickness cracks. From evaluations
of the stress shielding effect due to bridging based on the measurements of the crack mouth
opening displacement, it was found that the crack growth curve determined from the crack tip
stress intensity factor K, for surface cracks almost coincided with that for through-the-thickness
cracks.
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Studies of fatigue crack growth behavior in structural ceramics to investigate the basic char-
acteristics and mechanisms of fatigue crack growth have been carried out mainly on long,
through-the-thickness cracks. According to these results in zirconia [/-6], alumina [7-10], and
silicon nitride [/7-13], cyclic loading accelerates the crack growth rate, especially in the low-
crack-growth-rate regime compared to static loading. The acceleration of crack growth rate due
to cyclic loading is considered to result from the degradation of the stress shielding effect in
the crack wake due to cyclic deformation [/4,15]. Several stress shielding mechanisms have
been considered in the literature: phase transformation for partially stabilized zirconia (PSZ),
unbroken or grain bridging for alumina and silicon nitride, and fiber bridging for composites.
These stress shielding phenomena are expected to result in crack length and crack geometry
dependencies of the fatigue crack growth rate. For example, fatigue crack growth rates of silicon
nitride were found to decrease with crack extension under constant K, tests [/5]. Because of
low toughness, large cracks will not be allowed to exist in ceramic components at any stage
such as sintering, machining, and maintenance. Therefore, fatigue and fracture behavior of
small surface cracks induced during sintering or machining is of significance in practice. How-
ever, there is no guarantee of predicting the crack growth behavior of a small surface crack
based on results from long, through-the-thickness cracks. In fact, fatigue crack growth rates for
small corner cracks in LAS/SiC-fiber glass ceramics [/6] and for small surface cracks in Mg-
PSZ [17] display a negative dependency on the applied stress intensity.

The objective of the present study is to investigate the cyclic fatigue crack growth behavior
of small surface cracks in silicon nitride, which is one of the major candidate materials for

' Department of Mechanical Engineering, Nagaoka University of Technology, Nagaoka-shi 940-21,
Japan.
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potential structural components in high-performance turbine applications. Fatigue crack growth
processes are observed in detail to discuss the mechanism of fatigue crack growth. Fatigue
crack growth behaviors are examined in terms of the da/dN-K,;, (crack tip stress intensity) curve
as well as the conventional da/dN-K,, (applied (far field) stress intensity) curve.

Experimental Procedure

The material used is a hot isostatic pressing (HIP) sintered silicon nitride (Si,N,) with addi-
tives of 2 wt% alumina (Al,O,) and 5 wt% yttria (Y,0,). Young’s modulus, the bending
strength, and the fracture toughness of the material are 318 GPa, 1120 MPa, and 6.4
MPaVm, respectively.

A surface crack was introduced into bending-type specimens with dimensions of 3 by 4 by
40 mm using a Vickers indentor. Indentation loads were controlled to obtain various crack
sizes. To remove residual stresses around the surface crack induced by the indentation, the
indented surface was ground up to 4 ~ 5 times the indentation depth and subsequently lapped
to remove residual stress induced by grinding. A fracture toughness test of the surface crack
specimens was carried out to confirm the removal of residual stress. Figure 1 shows the rela-
tionship between ground depth and normalized fracture toughness K (surface crack)/
K, (standard through-the-thickness precrack). It was found that fracture toughnesses of the
specimens with ground depths over 3 ~ 4 times the indentation depth are essentially constant
and equal to that obtained using a specimen with a through-the-thickness precrack. Micrographs
of introduced surface cracks are shown in Fig. 2. Fatigue crack growth tests were carried out
using a servohydraulic fatigue test machine under four-point bending with a loading span length
of 10 mm and a supporting span length of 30 mm in controlled room temperature air (20°C,
55% relative humidity). Square waveform loading with a frequency of 2 Hz and a stress ratio
of 0.1, where the maximum applied load was constant for each specimen, was used. The surface

11 | | i | | | 1
<)
s ~ ©
c 1.0F -
i q
K22 | @)
3 @] @]
X
~ 0-9_ N
)
O E
g § 5
@, 0.8 .
194
X 1Depth of indentation

0

020 40 60 80 700 120 140 160

Depth of surface grinding (« m)

FIG. 1—Relationship between ground depth and fracture toughness of a surface-cracked
specimen.
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FIG. 2—Morphology of surface cracks introduced in an Si;N, specimen.

crack length was measured using a film technique. An optical microscope was also used to
measure the crack length. The surface film technique is an extension of the electrical potential
method to a nonconductive solid, where a thin film of conductive material is either glued or
sputter-deposited to the surface [/,78]. In the present study, a Pd-Pt film with a thickness of
0.2 ~ 0.5 pm was deposited by a vacuum evaporation technique onto the window area of the
specimen surface, which was made by masking. The Pd-Pt layer is then connected to an elec-
trical circuit by a conductive paste (silver paint), as shown schematically in Fig. 3. The electrical
resistance of the Pd-Pt layer is approximately several to some tens k{) depending on the film
dimensions. Figure 4 shows the measuring system used. In the preliminary fatigue crack growth
test, the measurement of electrical resistance as well as the crack length measurement by optical
microscopy was carried out to investigate the relationship between electrical resistance and
crack length. The following calibration equation was obtained

R, _ (1 = 2¢/W)(1 = LI9LIW, - 2¢/W,) 0
R, (1= 2c/W)(1 = LI9LJW, - 2¢/W,)

t

(0.12 < 2¢/W, < 0.6, 0.55 < LJW, < 0.75)

where

L, = the film gage length,
W, = the film gage width, and
R, = the electrical resistance of film gage at the crack length of 2c,.

Silver paint Pd-Pt film

\
Ceramic substrate

NN N NN

SEREN

Surface crack

FIG. 3—Schematic illustration of the surface film gage method.
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FIG. 4—The measuring system for the surface film gage method.

The relationship between the estimated crack length based on the calibrating Eq 1 and the
measured crack length is shown in Fig. 5. As can be seen from the figure, the surface crack
length can be measured accurately according to the present surface film gage technique, where
the discrepancy between the estimated and measured crack lengths is less than 3%. The K-
values of surface cracks were calculated by using the Newman-Raju equation {/9], where the
ratio of surface crack length, 2¢, and crack depth, a, was determined on the fracture surface
after completing the crack growth tests. The morphology of the fatigue crack path and the crack
opening profile was observed in detail using a low-vacuum scanning electron microscope with
a Robinson-type reflex electron detector, in which ceramic materials can be observed directly
without conductive film deposition.

Fatigue crack growth tests of specimens with through-the-thickness cracks were also carried
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FIG. 5—Relationship between surface crack lengths measured by an optical microscopy and by
the surface film gage method.
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out for comparison of fatigue crack growth behaviors between surface cracks and through-the-
thickness cracks. A through-the-thickness precrack was introduced into the bending-type spec-
imen with dimensions of 5 by 10 by 55 mm. The method of precracking was as follows: A
series of surface cracks were introduced by the indentation technique in the thickness direction
on the center-of-tension—side surface. Then cyclic load was applied to grow into a through-
the-thickness precrack with a length of approximately 1 mm. Fatigue crack growth tests were
conducted in a servohydraulic fatigue test machine under three-point bending with a span length
of 40 mm and a square waveform of loading with a frequency of 2 Hz and a stress ratio of 0.1,
where the maximum applied load was constant during the test. The crack mouth opening
displacement was measured using a strain gage (gage length of | mm) attached to the front
surface of the specimen crossing the crack mouth, where deformation induced in the strain
gage was assumed to be due to the crack mouth opening displacement. The crack mouth opening
displacement measured by using a strain gage coincides well with that observed in situ in a
fatigue test machine with a scanning electron microscope.

Results

Figure 6 shows the relationship between the applied maximum stress intensity factor K, and
fatigue crack growth rates da/dN and dc/dN. The crack growth rate for through-the-thickness
cracks was higher than that for surface cracks in the low-crack-growth-rate region, where
cyclic-dependent crack growth is dominant. The crack growth curves for surface cracks with
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FIG. 6—Relationship between the applied maximum stress intensity factor K, and fatigue crack
growth rates da/dN.
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various crack sizes almost coincided regardless of initial crack length. Figure 7 shows the
relationship between the threshold stress intensity factor and the surface crack length 2c. It was
found that the threshold values for crack growth for surface cracks were almost constant regard-
less of crack length and in the range of 4.1 to 4.5 MPa\V/m, which was higher than that for
through-the-thickness cracks (3.5 MPa\V/m).

Figure 8 shows SEM micrographs of the tip region of an initial surface crack and the fatigue
crack paths of a surface crack and a through-the-thickness crack in silicon nitride. Grain-
bridging elements were observed even in the initial surface crack. Significant development of
bridging was found in the wake of the surface crack compared to the through-the-thickness
crack.

Discussion

The grain-bridging zone in the wake of the crack exerts compressive traction on the crack
surfaces, which shield the crack tip from far field stresses. The crack tip stress intensity factor,
K., is therefore reduced from the applied stress intensity factor, K, by the shielding stress
intensity factor due to bridging, K,. That is,

K

w = K. — K, (2)
The relationship is schematically shown in Fig. 9. Using the crack tip opening displacement
instead of the stress intensity factor, a relationship similar to Eq 2 is obtained. The relationship
between the crack tip opening displacement and the crack mouth opening displacement depends
on the type of loading. Since the bridging stress distribution and the bridging zone length are
not known, the relationship when the bridging force is applied on the crack surface is difficult
to estimate. In this study, it is assumed that a relatlonshlp similar to Eq 2 also holds for the
crack mouth opening displacement.
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FIG. 7—Relationship between the threshold stress intensity factor and the surface crack length
2c.
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(a) 2¢=483 um Sum

(b) 2¢=775 um AE
K.=4.8 MPas m

(c) a=4400 pm 5um

Ka=6.4 MPas m

FIG. 8—SEM micrographs of the tip region of an initial surface crack (ay and the fatigue crack
paths of a surface crack (b) and a through-the-thickness crack (c).

That is,
8, =9 — 9, 3

where

8, = the crack mouth opening displacement experimentally measured,
8, = the crack mouth opening displacement theoretically estimated, and
8, = the crack mouth opening displacement due to the bridging force.
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In the case of through-the-thickness cracks, the K

.ip value is obtained from the measured 8-
value as [20]

B F(a/W)

Koo = 40 V™ Viaw) @
where
F (£> _ 199 — (@W)(1 — a/W)[2.15 — 3.93@W) + 2.T(@W)]
w (1 + 2a/W)(1 — a/W)**
and

2 3 4 5

a a a a a a
—)=145-28(= J1(=) —296 (=] —369 (=) +70.7 (=
V() 1.45 28( >+1371<> 296() 36 <> 70 < >

Figure 10-shows the relationship between crack length and stress intensity factors K, K,;,, and
K, for through-the-thickness cracks under a stress ratio of 0.1.

In the case of surface cracks, the K,,, value is obtained agcording to the method proposed by
Torii et al [21]. In their method, the crack mouth opening displacement curve of the surface
crack is approximated with the combined two functions: V, for the near center region and V,

for the far center region, which are given as
Vix) = Ax* + Bx>* + Cx + D 6]
Vi) = G(c = 0" + H(c — x)* (6)

where
A, B, C, D, G, and H = constants, and
x = the distance from the center of the surface cracks.

The crack opening stress o,,(¢) is given as

1 (¢ E' oV
Uv_v(t) = 4
T J-ex — f dx

)
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and K, for
where

V = the approximated COD curve given by Eqs 5 and 6, and
E' =FE/I(1 — V3.

Finally, the stress intensity factor of the surface crack is estimated by the following equation.

1 ¢ c +x
K= o= | o [ ®)

Figure 11 shows the measured crack mouth opening displacement at the applied bending stress
o, = 200 MPa under the fatigue crack growth test. In the figure, the fitted curves combining
Eqs 5 and 6 are also indicated. Based on these results, K, values were determined using Eqs
7 and 8. The results are shown in Fig. 12. The stress intensity factors K, and K, are also shown
in the figure.

From the foregoing results, the fatigue crack growth curves shown in Fig. 6 were rearranged
using the crack tip stress intensity factor K, As can be seen from Fig. 13, the crack growth
curves for through-the-thickness cracks and surface cracks coincide in the low crack growth
rate region. The ratios of K, and K, are shown in Fig. 14. The ratio K, /K, for surface cracks
is lower than that for through-the-thickness cracks, which indicates that the stress shielding
effect at the crack tip is significant in surface cracks compared to through-the-thickness cracks.
This result does not contradict the SEM observations shown in Fig. 8, where the bridging
develops more significantly in the surface crack. The slower crack growth rate of surface cracks
compared to through-the-thickness cracks results from the marked bridging and the consequent
low value of K.

V-shaped crack growth curves were observed for indentation surface cracks in Al,O,, Si;N,
[22], and SiC-reinforced Al,O, [23], where the residual stress induced by indentation was not
removed. However, when the effective value of stress intensity factor K., was evaluated to
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FIG. 11—The crack mouth opening displacement of a surface crack at the applied stress of 200
MPa measured by a high magnification SEM observation.
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take into account the residual component based on the indentation analysis, the crack growth
curve da/dN-K,,, showed a monotonic positive slope. The crack growth curve da/dN-K,, for
Si,N, [22] almost coincides with the present crack growth curve for surface cracks shown in
Fig. 6, where the residual stress was removed before fatigue crack growth tests. A similar
negative dependency of the crack growth rate on K has been reported for surface cracks initiated
from the notch corner in Mg-PSZ [17] and LAS-SiC, [16]. Accounting for the shielding effect
in the calculation of an effective (crack tip) stress intensity K, ,, the positive power-law depen-
dency of growth rates on K, , was found [/6]. The crack growth behavior of naturally initiated
surface cracks in porous Ce-PSZ has been reported [24]. Since the surface cracks initiated at
pores at a lower stress level than the transformation stress, the crack growth rate for surface
cracks was faster than that for long cracks with stress shielding due to phase transformation.
From the foregoing discussion, small-crack effects are significant in many advanced ceramic
materials. Taking into account the stress shielding effects due to phase transformation, bridging,
residual stress, etc. in calculating effective (crack tip) stress intensity K, the positive power-
law crack growth curve, which coincides with that for the long through-the-thickness crack, is
obtained. Since the small surface crack in this study (2¢ > 200 pm) is large enough compared
to microstructural length (the grain size is approximately a few microns), the crack growth
behavior of microstructurally short cracks in ceramic materials remains, at present, uncertain.

Conclusions

1. The surface crack length was measured successfully with good accuracy using the devel-
oped surface film gage technique with Pd-Pt sputter-deposited thin film.

2. When the crack growth curve was arranged by the applied K-value, the crack growth rate
for surface cracks was lower than for long through-the-thickness cracks in the low crack growth
rate region, where cyclic-dependent crack growth is dominant.

3. From SEM observations, more significant bridging was found in the wake of surface
cracks compared to through-the-thickness cracks.

4. Arranging the crack growth curve by the crack tip stress intensity factor K;;,, where the
stress shielding effect due to bridging is taken into consideration, the crack growth curve for
surface cracks coincided closely with that for through-the-thickness cracks.

5. Since the stress shielding effect depends on various factors such as crack geometry, crack
length, loading history, etc., the apparent crack growth curve in ceramic materials is variable.
Using the effective (crack tip) stress intensity factor, K, , to take into account the stress shielding
effect, a unique crack growth curve is expected for each ceramic.

References

[/] Dauskardt, R. H., Yu, W., and Ritchie, R. O., *‘Fatigue Crack Propagation in Transformation-Tough-
ened Zirconia Ceramic,”” Journal of the American Ceramic Society, Vol. 70, No. 10, 1987, pp.
C248-C252,

[2] Grossmuller, A., Zelizko, V., and Swain, M. V., “‘Fatigue Crack Growth in Ceramics Using a Com-
pressive Loading Geometry,”” Journal of Materials Science Letters, Vol. 8, 1989, pp. 29-31.

[31 Sylva,L. A. and Suresh, S., ““Crack Growth in Transforming Ceramics Under Cyclic Tensile Loads,”
Journal of Materials Science, Vol. 24, 1989, pp. 1729-1738.

[4] Dauskardt, R. H., Marshall, D. B., and Ritchie, R. O., *‘Cyclic Fatigue-Crack Propagation in Mag-
nesia-Partially-Stabilized Zirconia Ceramics,”” Journal of the American Ceramic Society, Vol. 73,
No. 4, 1990, pp. 893-903.

[5] Tsai, J.-F., Yu, C.-S., and Shetty, D. K., ““Fatigue Crack Propagation in Ceria-Partially-Stabilized
Zirconia [Ce-TZP]-Alumina Composites, Journal of the American Ceramic Society, Vol. 73, 1990,
pp. 2992-3001.



[6]

[7]
[8]

9]

[10]

[11]
(/2]
[/3]
[14]
(/5]
[16]
[77]
[/8]

[/9]
[20]
[21]

[22]

[23]

[24]

MUTOH ET AL. ON SILICON NITRIDE 31

Liu, S.-Y. and Chen, 1.-W., “‘Fatigue of Yttria-Stabilized Zirconia: II, Crack Propagation, Fatigue
Striations, and Short-Crack Behavior,”” Journal of the American Ceramic Society, Vol. 74, No. 6,
1991, pp. 1206-1216.

Ewart, L. and Suresh, S., ‘‘Crack Propagation in Ceramics Under Cyclic Loads,”” Journal of Mate-
rials Science, Vol. 22, 1987, pp. 1173-1192.

Reece, M. J., Guiu, F., and Sammur, M. F. R., “‘Cyclic Fatigue Crack Propagation in Alumina Under
Direct Tension-Compression Loading,”” Journal of the American Ceramic Society, Vol. 72, No. 2,
1989, pp. 348-352.

Fett, T., Martin, G., Munz, D., and Thun, G., ‘‘Determination of da/dN-AK, Curves for Small Cracks
in Alumina in Alternating Bending Tests,”” Journal of Materials Science, Vol. 26, 1991, pp. 3320—
3328.

Lathabai, S., Rodel, J., and Lawn, B. R., ‘‘Cyclic Fatigue from Frictional Degradation at Bridging
Grain in Alumina,”” Journal of the American Ceramic Society, Vol. 74, No. 6, 1991, pp. 1340-1348.
Tanaka, T., Okabe, N., and Ishimaru, Y., ‘‘Fatigue Crack Growth and Crack Closure of Silicon
Nitride Under Wedge Effect by Fine Fragments,”” Transactions of JSMS, Vol. 38, No. 425, 1987,
pp. 137-143.

Ueno, A., Kishimoto, H., Kawamoto, H., and Asakura, M., “‘Cyclic Propagation Behavior of Sintered
Silicon Nitride Under Cyclic Load of High Frequency and High Stress Ratio,”” Transactions of
JSMS, Vol. 39, No. 446, 1990, pp. 1570-1575.

Mutoh, Y., Takahashi, M., Oikawa, T., and Okamato, H., ‘‘Fatigue Crack Growth of Long and Short
Cracks in Silicon Nitride,”” Fatigue of Advanced Materials, R. O. Ritchie, R. H., Dauskardt, and B.
N. Cox, Eds., MCEP Ltd., Birmingham, England, 1991, pp. 211-225.

Kishimoto, H., Ueno, A., and Kawamoto, H., ‘‘Crack Propagation Behavior of Sintered Silicon
Nitride Under Cyclic Loads,”” Mechanical Behavior of Materials, VI(ICM-6), M. Jono and T. Inoue,
Eds., Pergamon Press, Vol. 2, 1991, pp. 357-364.

Mutoh, Y. and Takahashi, M., ‘“Mechanisms of Fatigue Crack Growth in Silicon Nitride,”” Theo-
retical Concepts and Numerical Analysis of Fatigue, C. J. Beevers and A. F. Blom, Eds., MCEP
Ltd., Birmingham, England, 1992, pp. 541-558.

Luh, E. H., Dauskardt, R. H., and Ritchie, R. O., ‘‘Cycle Fatigue-Crack Growth Behavior of Short
Cracks in SiC-Reinforced Lithium Aluminosilicate Glass-Ceramic Composite,”” Journal of Materials
Science Letters, Vol. 9, 1990, pp. 719-725.

Steffen, A. A., Dauskardt, R. H., and Ritchie, R. O., ‘‘Cyclic Fatigue Life and Crack-Growth Behav-
ior of Microstructurally Small Cracks in Magnesia-Partially-Stabilized Zirconia Ceramics,”” Journal
of the American Ceramics Society, Vol. 74, No. 6, 1991, pp. 1259-1268.

Ogawa, T. and Suresh, S., ‘‘Surface Film Technique for Crack Length Measurement in Noncon-
ductive Brittle Materials: Calibration and Evaluation,”” Engineering Fracture Mechanics, Vol. 39,
No. 4, 1991, pp. 629-640.

Raju, I. S. and Newman, J. C., Engineering Fracture Mechanics, Vol. 11, 1979, pp. 817-829.
Stress Intensity Factor Handbook, Y. Murakami, Ed., Pergamon Press, Elmsford, NY, 1987.

Torii, T., Honda, K., Fujibayashi, T., and Hamano, T., “‘An Evaluation Method of Crack Opening
Stress Distributions and Stress Intensity Factors Based on Opening Displacements Along a Crack,”
Transactions of JSMS, Vol. 55, No. 515, 1989, pp. 1525-1531.

Hoshide, T., Ohara, T., and Yamada, T., ‘‘Fatigue Crack Growth from Indentation Flaw in Ceram-
ics,”” International Journal of Fracture, Vol. 37, 1988, pp. 47-59.

Dauskardt, R. H., James, M. R., Porter, J. R., and Ritchie, R. O., ‘‘Cyclic Fatigue-Crack Growth in
SiC-Whisker-Reinforced Alumina Ceramic Composite: Long- and Small-Crack Behavior,”” Journal
of the American Ceramic Society, Vol. 75, No. 4, 1992, pp. 759-771.

Cardona, D. C. and Beevers, C. J., “‘Formation and Growth of Short Fatigue Cracks in a Zirconia-
Ceria Alloy,”” Scripta Metallugica, Vol. 23, 1989, pp. 945-950.



K. Schulte,' K.-H. Trautmann,> R. Leucht,? and K. Minoshima®

Fatigue Response of Metal Matrix Composites

REFERENCE: Schulte, K., Trautmann, K.-H., Leucht, R., and Minoshima, K., ‘‘Fatigue
Response of Metal Matrix Composites,”” Cyclic Deformation, Fracture and Nondestructive
Evaluation of Advanced Materials: Second Volume, ASTM STP 1184, M. R. Mitchell and O.
Buck, Eds., American Society for Testing and Materials, Philadelphia, 1994, pp. 32-47.

ABSTRACT: Results are presented on the fatigue behavior of continuous fiber-reinforced alu-
minum and titanium alloys, both reinforced with SiC fibers. The pure aluminum matrix was
reinforced with the *“Tyranno”’ fiber of Ube, Japan, while the Ti6Al4V matrix was reinforced
with the SCS-6 fiber of Textron. Also investigated was an Al-2.5Li alloy reinforced with a-
Al,0, FP fiber from DuPont.

The fatigue behavior of the MMC composites was observed to be superior when compared to
the fatigue behavior of bulk matrix material. This was especially true for the case of tension-
compression loading, where the overall superior compressive behavior of MMCs played a dom-
inant role.

Failure in an MMC with unidirectional reinforcement normally initiates at or near imperfec-
tions, such as misaligned fibers, voids, foreign inclusions, or surface damage with subsequent
fatigue crack propagation. An answer is given as to whether the variation of stiffness due to
damage development can be used as a damage analogue. Finally, an explanation of the fracture
behavior is given.

KEYWORDS: metal matrix composites, continuous fiber reinforcement, fatigue, damage mech-
anisms, silicon-carbide fibers, aluminum matrix, titanium matrix, internal stresses

Conventional materials are being tailored close to their ultimate properties. New technolog-
ical requirements demand even further improvements in materials. Metal matrix composites
(MMC) are candidate materials to reach this goal. Present interest in MMCs is focused primarily
on light alloys reinforced with fibrous or particulated phases to achieve major increases in
selected mechanical properties or thermal stability. This new ‘interest is related mainly to the
fact that ceramic-based reinforcements have become available and are now comparatively inex-
pensive. AL O,- or SiC-based fibers, whiskers, or particles, as well as carbon fibers are used to
reinforce aluminum, magnesium, or titanium matrix alloys [/]. The present study will focus
on continuous fiber-reinforced aluminum and titanium alloys.

With the increasing application of metal matrix composites, it becomes more and more
important to understand their mechanical behavior and especially their fatigue properties.
Fatigue damage in metal matrix composites can cause significant stiffness reduction [2] without
failure. This paper will therefore concentrate on the fatigue response of metal matrix composites
reinforced with continuous fibers.

Material Details

Results discussed in this paper are from experiments performed on a number of composite
systems which contain various high-strength fibers from different manufacturers. The fibers
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32
Copyright®1994by ASTM International WWW.astm.org



SCHULTE ET AL. ON METAL MATRIX COMPOSITES 33

TABLE 1—Mechanical properties of various types of fibers.

Tensile Elastic Strain to
Fiber Density, Diameter, Strength, Modulus, Failure, a,?
Type Trade Supplier  g/em® pm MPa GPa % 10 k™
a-Al,O, FP Du Pont 39 20 1500 380 04 6.4
SiC Tyranno, Si- Ube 2.4 10 2800 200 1.5 3.1
Ti-C-O
SiC SCS-6 Textron 3.05 140 3400 420 1.0 3.0

« Coefficient of thermal extension.

chosen for this investigation were the SCS-6 SiC fiber from Textron, the Si-Ti-C-O fiber (Tyr-
anno) from Ube, and the a-A1,O; FP fiber from DuPont. The physical properties of each fiber
are listed in Table 1. The aluminum matrix materials (Al 1070 and Al-2.5Li) were reinforced
with the Tyranno fiber and the FP fiber, respectively. The SCS-6 fiber was used to reinforce
the Ti6Al4V matrix.

Mechanical properties of the neat matrix alloys are given in Table 2. The Al 1070 matrix
material has a comparatively low fracture stress, but a high strain to failure. When using the
Al-2.5Li matrix, coherent &' particles form [3], leading to precipitation hardening. Therefore
a relatively high fracture stress (o) can be observed in the matrix. Using lithium as an alloying
element also increases the elastic modulus. In comparison, the titanium matrix has a higher
elastic modulus and fracture stress with a low strain to failure.

Manufacturing of the aluminum composites was accomplished by various squeeze-casting
techniques. The Si-Ti-C-O fiber-reinforced Al 1070 was fabricated by a vertical squeeze-casting
process at Ube, Japan, with a fiber volume fraction of about 55%. The FP fiber-reinforced Al-
2.5Li composite was produced via a vacvum melt infiltration process at the University of
Bordeaux, France, with a fiber volume fraction of about 30%. In the case of the SCS-6/Ti6A14V,
manufacturing occurred by a diffusion bonding process via hot isostatic pressing (HIP) at 1900
bar and 900°C for 0.5 h. The fiber volume fraction amounted to 45%.

Experimental Details

For mechanical characterization, tension, compression, and fatigue tests were performed on
cylindrical hour-glass-shaped specimens with a diameter of 3.8 mm. The specimens had a thread
on both ends and were gripped in the female screw such that the Joad was introduced not only
via the threads but also by gripping stresses, as the female screw was cut into four sections
with a slot in between so a mechanical gripping load could be applied [4].

Tension, compression, and fatigue tests were performed at room temperature on unidirec-
tional composites with fibers in the 0° and 90° direction. Fatigue tests were made at a stress
ratio of R = 0,,,/0,... = 0.1 and R = —1 at a frequency of 10 Hz. Strain measurements were

min’

TABLE 2—Properties of neat metal matrices.

Elastic Strain to

Modulus, Tensile Strength, Failure,
Neat Matrix GPa MPa %
Al 1070 69 59 40
Al-2.5 Li 80 160 ~25

Ti6A14V 110 1100 8
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performed using clip-on gages. In order to perform S-N curves, the fatigue tests were made
under load control. Fracture surfaces were studied by scanning electron microscopy (SEM).

Material Characterization
Static Loading

Table 3 summarizes the mechanical properties after tension and compression testing of both
0 and 90° fiber orientation. The stress/strain behavior of the Al,O,/Al-2.5Li composite is shown
in Fig. 1. Tensile strengths achieved in the 0° direction for both composites were slightly lower
as predicted by the rule of mixtures.

The strain to failure is controlled by the fiber failure strain. However, under compressive
loading the strength is considerably greater than in tension. This is in agreement with a higher
strain to failure under compressive loading. The generally good compressive behavior can be
related mainly to the fact that:

1. The metal matrix itself has a relatively high elastic modulus, which allows it to better
support the fibers and avoids their shortwave kinking.

2. The ceramic fibers, because of their microstructure, can carry a higher compressive than
tensile load.

TABLE 3—Mechanical properties after tension and compression testing.

a Si-Ti-C-0/Al
[0°] Fiber Orientation [90°] Fiber Orientation
Mechanical
Properties Tension Compression Tension Compression
0" MPa 920 1605 168 204
€, % 0.89 1.77 1.30 7.80
E; GPa 125 118 102 90
b ALO,/AL-2.5Li
[0°] Fiber Orientation [90°] Fiber Orientation
Mechanical
Properties Tension Compression Tension Compression
0" MPa 538 1460 177 225
£,.t % 0.36 1.09 1.20 7.40
E; GPa 181 166 126 117
¢ SCS-6/Ti6Al4V
Mechanical [0°] Fiber
Properties Orientation
0" MPa 1800-2400
€, % 1.1-1.3
E, GPa 190-230

“ Fracture stress.
# Total strain to failure.
¢ Elastic modulus.
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FIG. 1-—Stress-strain behavior of continuous fiber-reinforced AlLO ,JAl-2.5Li under tension and
compression load parallel (0°) and transverse (90°) to fiber direction (four different tests).

3. The tensile residual stresses stored in the matrix allow high elastic compressive matrix
deformations. This is discussed further later in this paper.

In a test transverse to the fiber direction, the fracture stress of the composite exceeds the
fracture stress of the aluminum matrix. Due to the fiber reinforcement, an increase of the elastic
modulus can also be observed. Despite the fact that the matrix material has a high strain to
failure, it cannot be realized in the composite. Only about 1.2% strain to failure can be achieved.
Under compressive loading the elastic modulus is not as high as in tension, but the fracture
strength is again essentially higher. Therefore the strain to failure is higher by far under com-
pression loading than under tensile loading.

Figure 2 shows a tension test of the SCS-6/Ti6Al4V composite. The knee in this curve is
where plastic deformation of the matrix initiates. An exclusively elastic behavior can only be
observed at the very beginning of a stress-strain curve. From the SCS-6/Ti6Al4V composite
no tests transverse to the fiber direction and no static compression tests were performed; there-
fore only tension test data are given in Table 3c. Failure mechanisms observed in these various
metal matrix composites have been described elsewhere [5].

Fatigue Loading

If fatigue tests are performed at positive R ratios on unidirectional continuous fiber-reinforced
composites, superior fatigue properties can be achieved when compared to bulk aluminum
alloys. Figure 3 shows the S-N curve for Si-Ti-C-O fiber/Al. When the same material is fatigue
loaded (R = 0.1) transverse to the fiber direction, its fatigue properties remain comparatively
good (Fig. 3b). However, at a fatigue load level of R = —1, a pronounced influence of the
fatigue behavior is observed, and with an increasing number of load cycles the composite
reaches the fatigue level of the matrix alloy.
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FIG. 2—Stress-strain behavior of the SCS-6/Ti6Al4V composite during tensile loading.

Figures 4a and 4b show the stress-strain response of ALO,/Al-2.5Li after different numbers
of load cycles. In the case with ¢,,,, = 410 MPa (R = 0.1), which is about 75% of the fracture
stress, the specimen exceeds more than 4.7 million load cycles. At R = —1 with a total stress
variation of 600 MPa, the specimen easily survives more than 3.7 million load cycles. The
reduction in the width of the hysteresis loops indicates cyclic hardening. These results again
demonstrate the superior fatigue behavior observed for the MMCs. At these high load levels,
conventional aluminum alloys would never exceed these high numbers of load cycles.

The fatigue behavior of the SCS-6/Ti6Al4V metal matrix composites is summarized in Fig.
5. The maximum stress in each load cycle is plotted versus the number of cycles achieved until
final failure for a tension-compression load (R = —1). For comparison, the fatigue behavior of
the bulk matrix metal is shown. In the low-cycle fatigue range, the fatigue life of the fiber-
reinforced titanium appears to be superior to the fatigue life of the unreinforced metal. In the
high-cycle fatigue range both the neat matrix metal and the fiber-reinforced metal reach about
the same fatigue life.

Figure 6a shows the stresg-strain behavior of the SCS-6/Ti6Al4V composite. The maximum
stress of various load cycles is plotted versus strain. At the beginning of the first load cycle,
indicated in Fig. 6a by a dart, the composite first deforms elastically, and at about 0.2% strain
the curve kinks and a knee is formed. This formation of a knee in the stress-strain curve can
normally be related to plastic matrix deformations. However, plastic matrix deformation in
Ti6Al4V can only be observed at strains higher than 0.5%. This gives rise to the assumption
that, due to the manufacturing process of the composites, residual tensile stresses are stored in
the matrix.

When starting a fatigue test with the first load cycle in the compressive direction, only an
elastic and no'plastic deformation can be observed down to a compressive stress of —1000
MPa (compare Fig. 6b), which is equivalent to —0.44% total strain. However, when loading
again in the tensile regime, the same result as observed previously in Fig. 6a has to be deter-
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FIG. 3—S-N curves of Si-Ti-C-O/Al composites: () fatigue behavior in fiber direction [0°]; (b)
fatigue behavior transverse to fiber direction [90°]. First and second material refer to various
manufacturing lots.

mined, which means the onset of matrix yielding at about 0.2% strain and a knee in the stress-
strain curve.

It is now obvious that internal tensile stresses are stored in the matrix due to the manufac-
turing process. The internal stresses are dependent not only on the fiber and matrix elastic
modulus and their thermal expansion coefficients, but also on the plasticity behavior of the
matrix, which are all a function of temperature. After cooling from the manufacturing temper-
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3.7 < 10° cycles.

ature, differential strains are set up due to different thermal expansion coefficients of the fiber
and matrix. This tends to set up stresses, but they are at least partly relieved by creep in the
matrix. With further cooling, the creep rate drops off and residual stresses build up because the
metal is not able to creep as fast as the differential strains are building up. Eventually the yield
stress is reached. The stresses may further increase due to the increase in yield stress with
decreasing temperature. At room temperature, residual tensile stresses are now in the matrix,
and residual compressive stresses are in the fibers.

If one assumes that yielding of the neat matrix alloy begins at about 0.5% strain—in the
composite matrix yielding is already observed at about 0.3%—then one can conclude that the
internal stress is equivalent to about 0.2% strain. This means a residual tensile stress of about
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450 MPa is stored in the matrix. The high internal stress rate might affect the compressive
properties of metal matrix alloys. If the matrix alloy alone is loaded in tension or compression,
it deforms symmetrically, as shown schematically in Fig. 7. It deforms first elastically, and the
point of yielding under tensile as well as compressive load amounts to about the same value
(o, ~ —0,).

In the composite, due to the residual tensile stresses stored in the matrix, the specimens are,
in the unloaded condition, in the status marked by (®). If tensile loading occurs, only a small
portion of the metal elastic strength remains, and it begins to deform plastically early, after
only a small increase in stress (compare Figs. 2 and 6a).

Under compressive load, however, only elastic and no plastic deformation (no knee) is
observed in the composite. The composite matrix, being in the status marked by (®) in Fig. 7,
has now for its deformation the whole compressive elastic and the additional residual stress
part (the tensile part) of the curve available for deformation. It can therefore deform elastically
over a wider range. This means that full support of the fibers (only elastic matrix deformation)
remains available during a wider range of compressive loading.

During cyclic fatigue loading, stiffness reduction can be used as an analogue to monitor
damage development. Its change can be related directly to stress redistributions, which can be
expected if internal damage occurs in a fiber-reinforced composite [6,7]. Stiffness reduction
can also be observed in a metal matrix composite. Figure 6a shows that close to final failure
the slope of the hysteresis loop is strongly decreased, mainly in the tensile portion of the load
cycle. This can be further corroborated by a plot (Fig. 8) where the strain response of each
constant amplitude load cycle is plotted versus time. Close to specimen failure the strain ampli-
tude increases. This can be confirmed with the result in Fig. 6a.
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Fatigue Damage Mechanisms

Failure in a metal matrix composite with unidirectional reinforcement normally initiates at
or near imperfections or surface damage. Figure 9a shows the initiation of a fatigue crack at
the specimen surface of a SiC fiber-reinforced aluminum alloy. The specimen was fatigued
at 600 MPa (R = 0.1) up to 1.02 - 10° load cycles, and it did not fail. At a higher magnification,
fiber failure can be distinguished (Fig. 9b). The initiation site of the fatigue damage is shown
in Fig. 9¢. The specimen was loaded at o,,,, = 660 MPa (R = 0.1) for 385 load cycles. Besides
an inclusion, much more fiber pullout, which means a more irregular crack front, can be seen
close to the crack initiation site. However, a distance away from the initial crack, the fracture
surface is relatively smooth and similar to that from the tension test. This is demonstrated in
Fig. 9d.

An additional test attempted to investigate the fatigue crack propagation behavior on a center-
cracked sheet specimen. The test coupon of Si-Ti-C-O/Al had a width of 18 mm and a thickness
of 2 mm. The length of the specimen amounted to 60 mm. In the center of the test coupon was
a hole with a diameter of 1 mm. Crack starter notches were machined with a length of 0.4 mm.
A fatigue test was conducted at R = 0.1, with a maximum stress of about 260 MPa. Specimen
failure occurred after 3.185 - 10° load cycles. Figure 10 shows the crack propagation. First

<>
| loading
i direction jegs

FIG. 9—Fracture morphology of fatigue-loaded [0°] specimens of Si-Ti-C-O/Al, SEM micrograph:
(a) Surface of a fatigue-loaded specimen, R = 0.1, 0,,.. = 600 MPa, N = [.02 - 10° cycles. Specimen
did not fail; (b) High magnification of Fig. 9a. Debonding and fiber failure; (c) Initiation site of a
fatigue-loaded specimen, R = 0.1, ¢, = 6060 MPa, Ny = 385 cycles. Initiation of the crack at
imperfections; (d) The crack initiation site is marked by fiber/matrix debonding with fiber pullout.
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cracks form at the starter notch after 5.8 - 10° load cycles, but they are parallel to the load
direction. Their maximum length is 0.6 mm. After 2.6 - 10° load cycles a crack configuration
is built up which does not change much until final rupture.

On the left side of the specimen the crack first propagates perpendicular to the fiber and load
direction and then turns by 90° and further propagates parallel to the fibers. On the right side
of the specimen the direction of crack propagation is, from the beginning, parallel to the fibers.
This behavior corroborates the observation made in Fig. 9.

Monolithic, non-fiber-reinforced aluminum alloys after fatigue loading show a typical frac-
ture morphology where fatigue crack propagation during each consecutive load cycle is indi-
cated by striations. However, for composite materials a comparable behavior cannot be
expected. Figure 11 shows the fracture surface of a fatigue test performed at R = 0.1. An
overview of the fracture surface with lower magnification does not show essential differences
to a tension test. Only at high magnification in a matrix-rich area can parallel lines be observed
that have similarities to fatigue striations. Distinct differences, however, can be observed on
the fracture surface of specimens loaded at R = —1. Because of tension/compression loading
no dimples are formed, but in matrix-rich zones smooth-scaled areas are present showing
parallel lines at high magnification, indicating a preferred direction of crack propagation (Fig.
11b).

The stress-strain behavior of a Si-Ti-C-O/Al composite with all fibers transverse to the load-
ing direction is shown in Fig. 12a4. The maximum and minimum stress reached in each con-
secutive load cycle was 100 MPa with an R ratio of —1. The first six and the last five stress-
strain cycles (cycle numbers 1341 to 1345 of the load history) are shown. It becomes evident
that a cyclic softening occurs and that a continuous elongation of the specimen with each load
cycle takes place.

Looking to the surface of the specimen after 1345 load cycles, shear bands at an angle of
45° to the load axis have developed (Fig. 12b). The cyclic load-induced deformation seems
concentrated mainly within these shear bands. At the triple point of shear bands, the initiation
of a small crack is visible (Fig. 12c¢).

Failure under fatigue loading differs from that under tensile loading. A fatigue crack initiates
at the specimen surface and propagates into the interior. The point of crack initiation near the

FIG. 11—SEM micrographs of the fracture surface after a fatigue test. [0°], Al,O JAI-2.5Li: (a)
Dimples around fibers and formation of striations in matrix-rich areas: R = 0.1, o, = 410 MPa,
Ni > 4.3 - 10° cycles; (b) No formation of dimples. On matrix-rich flat areas are parallel striation-
like lines, which give rise to fatigue crack propagation: R = —1, a,,,. = 300 MPa, N, > 3.7 - 10°
cycles.
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FIG. 12—(a) Stress/strain behavior with hysteresis loops at various cycle numbers. Si-Ti-C-O/Al,
[90°]. R = —1, o,, = 100 MPa, N = 1345 cycles. (b) Surface of a fatigue-loaded specimen.
Specimen did not fail. Shear band formation in matrix-rich areas. (c) High magnification of Fig.
12b. Crack initiation at a triple point of shear bands.

specimen surface often seems associated with fiber splitting (Fig. 13a). The crack then turns
to the fiber/matrix boundary and further propagates preferentially along the fibers. Figure 135
is an example showing the fiber surface. On the fibers small SiC particles can be observed,
with which they were coated to hold the fibers away during the manufacturing processes by
squeeze casting. Later, when the crack propagates locally transverse to the fibers only in the
matrix-rich areas, fatigue striations can be observed (Fig. 13c¢).

Conclusion

The fatigue response of several continuous fiber-reinforced metal matrix composites has been
studied. The fiber reinforcement leads, in all cases, to an increase in the elastic modulus.
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FIG. 13—SEM micrographs of the fracture surface after a fatigue test, [90°], Si-Ti-C-O/Al, R =
0.1, o,, = 120 MPa, N. = 1672 cycles. (Loading direction perpendicular to fracture plane.): (a)
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Initiation of the fatigue crack at the specimen edge with fiber splitting; (b) Interior of the specimen.
Propagation of the crack along the fibers; (c) Crack propagation transverse to the fibers (locally)
with striation formation.

Extremely good compressive properties can be achieved. This must be taken as one of the key
advantages of metal matrix composites when comparing them with the neat metal matrix, but
even more when compared to polymer matrix composites. Internal residual stresses in the
composite due to manufacturing significantly influence their properties. The fatigue behavior
also increases with fiber reinforcement. During fatigue loading, cyclic softening or cyclic hard-
ening can be observed due to the general matrix response.

The damage mechanisms observed under fatigue loading conditions are significantly differ-
ent to those under static loading. Cracks initiate at imperfections near the specimen surface.
Fatigue crack growth can be identified due to the formation of striations in matrix-rich areas.
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ABSTRACT: In the present study, the fatigue crack growth behavior of a near-a, B-processed
titanium alloy, Ti-1100, was investigated with the objective of assessing the influence of crack
closure and stress ratio on fatigue threshold. Measurement of the crack-opening load in single-
edge tension [SE(T)] specimens was made by near-tip strain gage and DCPD methods. Fatigue
threshold stress intensity ranges, AK ,,,, determined under constant stress ratio and constant max-
imum stress intensity, variable stress ratio conditions indicate almost identical values for R above
0.5. It is postulated that while crack closure in the wake of the crack tip is responsible for the
no-growth condition in the former case, lack of sufficient damage accumulation at the crack tip
as a consequence of the formation of an insignificant reversed plastic zone and large planar slip
band formations surrounding the crack tip appears to be responsible for no growth in the latter
case. The use of an effective stress intensity based on closure data consolidates most of the
threshold data, indicating the independence of the fatigue crack growth data to mean stress or R.

KEYWORDS: crack closure, stress ratio, threshold stress intensity range, effective stress inten-
sity, damage accumulation, near-threshold crack growth behavior

Over the past few decades progressively higher emphasis has been placed on increasing the
operating temperatures of gas turbine engines with a view to improve their overall performance.
In order to fulfil the objectives of the Integrated High Performance Turbine Enginer Technology
(IHPTET) Program of the United States Air Force, several conventional lightweight alloys and
intermetallics of titanium are being evaluated for both static and rotating components of
advanced gas turbine engines. The historical development of high-temperature titanium alloys
has been reviewed extensively [1,2], and the advantages of beta field processing, which is
characterized by large, transformed beta grains in mixed basketweave and aligned alpha Wid-
manstatten morphologies, have been reported [3—5] for Ti-alloys like IMI-829, Ti-6Al-4V, and
Ti-6242-S. In the past these alloys have found very useful applications in compressor stages
of gas turbine engines because of their excellent high-temperature strength, creep resistance,
and damage tolerance properties. However, their primary limitation arises at temperatures
exceeding about 538°C (1000°F), where excessive creep rates and environmental degradation
make them unisuitable for practical application. In order to extend the temperature barrier, alloy
Ti-1100 was developed [4], which is an improvement over Ti-6242-S and offers roughly a
55°C advantage over that alloy, thus enabling the operating temperature to be increased to

! Senior research associate, National Research Council, and senior scientist, respectively, Materials
Directorate, WL/MLLN, Wright-Patterson Air Force Base, OH 45433-6533.
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593°C (1100°F). Before attempting any successful application of this new alloy, a thorough
analysis of its fatigue crack growth behavior over the entire temperature range is necessary.

Under the U.S. Air Force Engine Structural Integrity Program (ENSIP) [6], it is required to
predict accurately fatigue crack growth rate as part of the life prediction methodology for a
newly developed material system. It is well known that the major portion of the useful life of
any component is spent in fatigue crack initiation and the early phase of crack growth. There-
fore, it is important to describe accurately the near-threshold fatigue crack growth behavior
and determine the fatigue threshold stress intensity factor. In a recent study, Ghonem et al.
[7] determined the effects of frequency on the fatigue crack growth behavior of Ti-1100 and
observed a dominant asperity-based-closure effect for this material at low values of AK. Marci
et al. [8,9] and Doker et al. [10] examined some of the issues pertaining to crack-opening load
under variable R conditions in a number of materials including Ti-6Al-4V. Doker et al. [10]
suggested that the crack-opening stress intensity, K, is always higher than K even at high
stress ratios and that this type of closure might be caused by the cyclic plastic deformation at
the crack tip. Therefore, what needs to be examined are the precise effects of the stress ratio
on crack closure and the effective threshold stress intensity range under a constant R, decreasing
stress intensity condition as well as under a constant K ., linearly increasing R condition. The
objective of this work is to critically examine these effects in a damage-tolerant material like
Ti-1100 under ambient conditions.

Material and Experimental Procedures

The material used in this investigation was Ti-1100, which was supplied by TIMET, Hen-
derson Plant. Its composition in weight percent is given as: 6.0A1-2.75Sn-4.0Zr-0.4Mo-0.45Si-
0.070-0.02Fe, balance Ti. The material was beta-forged from 1093°C (2000°F), hot rolled
above the beta transus to 12.5-mm-thick plates, and stabilized at 593°C (1100°F) for 8 h. The
resulting microstructure, shown in Fig. 1, consists essentially of transformed Widmanstatten
basketweave formations with aligned colonies of « platelets exhibiting no preferred orientation.
Mechanical properties of the material at room and at target temperature (593°C) are given in
Table 1.
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TABLE 1—Ti-1100: Mechanical Properties® at room and at elevated temperature.

Young’s %
Temperature, Modulus, % Reduction
°C 0.2% YS, MPa UTS, MPa GPa Elongation in Area
25 915 980 120 10-12 21-30
593 485 674 82 =~10-12 =30

“From Refs 4, 5, 7.

Flat single-edge-notched tension [SE(T)] specimens of nominal dimensions 124 by 25 by
2.5 mm were machined in the L-T orientation by electrodischarge machining (EDM). Single-
edge U-notches with a notch depth of 2.5 mm and a root radius of (.14 mm were made at the
midlength of the specimens. The midsections of all specimens were electropolished on both
faces to facilitate optical crack length measurement. Two pairs of electric potential probes were
spot-welded to the notched edge of the specimen just above and below the notch with a nominal
spacing of 5 mm. Automated measurement of crack length was made by reversing the direct
current potential drop (DCPD) method. Another pair of leads with the same nominal spacing
attached to the specimen centerline away from the notch plane provided a reference potential
for normalization of the electrical potential readings for use in Johnson’s equation [//] to
compute crack length. Figure 2 shows a schematic of the specimen dimensions and transducer
locations for crack length and closure measurements.

All tests were conducted using a servocontrolled, electro hydraulic (major-minor) test system,
incorporating a large-capacity (9 kN peak-to-peak) electrodynamic shaker and an automated
data acquisition system. The mean load on the specimen was applied by the hydraulic actuator,
while the oscillatory load amplitude was superimposed by the shaker at any desired frequency,
up to a maximum value of 550 Hz. Initially, accurate alignment of the specimen axis with
respect to the loading axis and dynamic load calibration at high frequency were ascertained by
a strain-gaged-specimen. For all tests conducted under this investigation, sinusoidal waveform
with a loading frequency of 100 Hz was used unless otherwise indicated. Crack initiation at
the root of a relatively sharp U-nolch, with a stress concentration factor of around 7, was rather
simple. Crack extension was measured with the aid of the DCPD system, which had a resolution
of 1 wV, corresponding to a crack length of around 3 wm for a stabilized direct current of 10
A. Crack lengths measured by the electric potential method were periodically verified through
optical measurements with the aid of two travelling microscopes mounted on either side of the
specimeri. In order to perform crack closure measurements, besides the DCPD method, the

PC PS R

DVM PC: Computer
SGAL— . ‘ PS: DC Power Supply
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FIG. 2—Schematic of specimen configuration and transducer locations for crack length and clo-
sure medsurements.
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‘‘near-tip strain gage technique’’ was employed. A miniature strain gage with a gage length of
0.381 mm was fixed about 400 wm behind the notch root, with the gage centerline parallel to
the notch centerline but offset by 400 wm. This arrangement permitted the determination of
closure loads for a short crack as it grew out of the notch root. For closure measurements of
long cracks, strain gages were fixed with similar offsets near the tip of long cracks. Acquisition
of load and strain data over one loading cycle was carried out at a relatively low frequency of
0.2 Hz. Closure measurements through the DCPD method was carried out in a similar manner.
Without reversing the direction of the current, continuous readings of electric potential were
made while the load was varied over one cycle.

Decreasing stress intensity threshold tests were conducted according to ASTM standard E
647 [12]. For continuous automated load shedding, the coefficient C = —0.1 mm™ was used.
Decreasing stress intensity threshold tests were followed by constant load, increasing stress
intensity tests. The stress ratios considered were 0.1, 0.5, and 0.7. A second series of tests under
constant K, linearly increasing R (as a function of crack length) condition were also con-
ducted. Here, the value of the stress ratio was raised continuously from 0.1 to 0.9 or until no
growth condition, whichever occurred first. This high stress ratio, no growth condition test was
followed by a constant AK, R = 0.1 test until the resumption of stable crack growth. This was
followed by a constant AK, linearly varying R (as a function of number of cycles) test, with
AK = 1.1 AK,, .+ and K, = K, + AK, where AK,, ., is the effective threshold stress intensity
range obtained from the previous no-growth condition in the constant K, linearly increasing
R test.

Results and Discussion
Crack Closure

Crack closure measurements were made with a near-tip strain gage for fatigue cracks ema-
nating from U-notches under constant amplitude fatigue loading with a stress ratio of R = 0.1.
Figure 3 shows, on the left, a typical load versus strain curve during a singie loading cycle,
where & is the strain in the direction of the crack axis. It may be noted that the shape of this
curve is subject to change depending on the relative position of the crack tip with respect to
the location of the gage centerline. Determination of the closure load was made with the help
of an in-house program, called CPCL, which identifies the load (normally during the unloading
portion of the cycle) at which the first data point in the load versus strain curve deviates from
the linear portion of the curve. The amount of deviation is based on a specified standard
deviation computed from a linear regression of the data within selectable upper and lower
windows. The curve on the right of Fig. 3, the differential displacement, depicts the deviation
of regressed data from the linear portion of the unloading data during a single loading cycle.
It was noted that the magnitude of the closure load or the closure stress intensity was rather
insensitive to the strain gage location with respect to the crack tip. Figure 4 shows the variation
of K /K ... With crack length from the notch, where K, has been derived from the load versus
strain data using the standard deviation method described above. Figure 44 shows the details
for a crack within 0.7 mm of the notch, while Fig. 4B shows closure for the longer crack. It is
observed that the closure level progressively increases as the crack grows through the short-
to-long crack range, where it attains an almost steady value between 0.5 and 0.6. The low
closure values at low AK for the shorter crack, resuiting in a larger AK _,,, can be used to explain
the relatively higher values of da/dN observed for short cracks at or below the long crack
threshold. As an illustration, Fig. 5 shows fatigue crack growth data for several short and long
cracks plotted as da/dN versus AK. As expected, the short crack data lie above and to the left
of the long crack data, but the two types of data merge together as the crack length increases.
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FIG. 3—Representative traces of load versus near-tip strain data during one loading cycle (left)
and deviation of regressed data from the linear portion of unloading load-strain data (right).

Crack closure measurements were also made using the electric potential method. In this
method, electric potential readings are taken continuously as the load is varied at a slow rate
over one complete cycle. Figure 6 shows typical load versus electric potential curves at different
crack lengths from notch for a constant AP test (R = 0,1) with P, ,, = 4.5 kN; viz: @ = 0 mm,
b=0.3mm,c=19mm,d=4.1mm,e = 6.0 mm. It is observed that although the magnitude
of electric potential progressively increases with crack length, its variation during any cycle of
loading and unloading at a given crack length is rather small. For relatively small crack lengths
(a to ¢) up to 1.9 mm, there is no observed nonlinearity, that is, no apparent closure. For larger
crack lengths, Curves d and e exhibit a ‘*knee’’ corresponding to a load of approximately 1.4
kN, which is interpreted as the closure load, corresponding to X /K ... = 0.31. The observation
from Curves & and ¢ indicating no closure at crack lengths varying from 0.3 to 1.9 mm is rather
surprising. A closer examination of the tortuous crack path in SEM reveals a number of contact
points between the two fracture surfaces under the unloaded condition, as shown in Fig. 7. This
could ‘constrain the crack tip to remain open during the entire unloading portion of the cycle,
and consequently the potential would not change. Pippan et al. [/3] examined crack closure of
ARMCO iron in air and in an ultra-high vacuum using the potential drop method and reported
significant changes in electric potential due to increased contact resistance caused by the for-
mation of oxide layers on fracture surfaces. In comparing the closure load data from the poten-
tial drop method with that obtained from the near-tip strain gage results, as shown in Fig. 4, it
appears that the DCPD method is unsuitable for accurate determination of closure loads and
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FIG. 4—Development of closure level with crack length from notch: (A) for a short crack ema-
nating from notch; (B) for a long crack.

hence the effective stress intensity factor range, at least for this class of coarse-grained materials.
However, the measurement of crack length by the DCPD method is still reliable because the
potentials in this case are measured at the mean load.

Effect of Stress Ratio

The results of decreasing stress intensity threshoid tests for R = 0.1, 0.5, and 0.7 are shown
in Fig. 8. The variation of da/dN with AK for R = 0.1 under the constant load, increasing stress
intensity condition is also shown. The increasing and decreasing AK data form a single curve
for this value of R. It is observed that the near-threshold crack growth rate at a given AK
increases with increasing stress ratio, while the threshold stress intensity range, AK,, decreases.
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FIG. 7—SEM micrograph showing crack path tortuosity and early contacts between asperities of
Jracture surfaces in an unloaded specimen.
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For comparison, the results from a variable R test are presented in Fig. 9, which shows the
variation of da/dN and R with AK for a constant stress intensity (K., = 20 MPa\/m), linearly
increasing stress ratio R (a) test. In this decreasing AK test, it is seen that a no-growth condition
is reached for a value of R of approximately 0.75, corresponding to a stress intensity range of
5.0 MPaV/m. Since this test commenced with an initial value of R = 0.5 and R was continuously
increased with an increase in crack length, the decrease in growth rate and subsequent crack
arrest imply that closure is present at values of R up to at least R = 0.7, where the crack
arrested. Whereas these closure values are unusually high and, further, are above the values
obtained from load-strain plots (see Fig. 4), it is postulated that closure is not the mechanism
which affects crack growth rate at these high values of R. Instead, crack growth decreases due
to diminishing levels of damage ahead of the crack tip. The no-growth condition is attributed
to a lack of sufficient damage accumulation at the crack tip because of the formation of an
insignificant reversed plastic zone compatible with a small AK. This AK ,, therefore, represents
the closure-free effective threshold stress intensity factor range for the material. Figure 10a
shows an optical micrograph of the crack-tip region under no-growth condition for over one
million cycles. Extensive microcracking and planar slip deformation surrounding the crack-tip
region appear to constitute the energy dissipation mechanism. Figure 105 shows a high mag-
nification SEM micrograph near the crack-tip region. In this micrograph, it is clearly seen that
the planar slip lines on the specimen surface are actually the continuation of a large number of
microcracks already present in the fracture surface.

To further illustrate the transition from no growth to crack growth, Fig. 11 shows the variation
of da/dN and R with crack length under a constant AK, linearly varying R (as a function of
number of cycles) condition. This test was conducted with AK' = [.I AK, and K, = K ;.
+ AK, where K, is the minimum stress intensity level of the constant K ,,,,,, R = 0.1 constant
amplitude loading applied for stable crack growth following the no-growth condition under
constant K, linearly varying R (a) test (see Fig. 12). It can be seen that a no-growth condition
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FIG. 9—Ti-1100: Variation of da/dN and R under the constant K,,, linearly varying R condition.
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persists as the crack tip remains completely or partially closed until R reaches a value of
approximately 0.6 to 0.7, when the growth rate progressively increases. As shown schematically
in Fig. 12, the crack will start to grow when AK,, is above the threshold value. If the crack
closure level is above the minimum load, as depicted in Fig. 12, the crack growth rate should
increase until K, is greater than K . This would imply that the value of K /K, is at least
as large as the value of R when crack growth begins. As in the previous case, it is postulated
here that closure is not a consideration at these high values of R. Rather, the initiation and
continuing increase of growth rate at high values of R, observed in Fig. 11, is attributed to
attaining a critical level of damage accumulation ahead of the crack tip due to the increase in
size of the monotonic plastic zone as K, is increased continuously, and not to any differences
in crack closure behavior.

Data from the various tests are compared in Fig. 13 where variation of fatigue crack growth
rate, da/dN, is shown against the effective stress intensity range, AK ., from the decreasing AK
threshold tests for stress ratios, R = 0.1, 0.5, and 0.7. Here, AK ;; = K.x — Koo Koy = Ko
where K, has been computed from the closure data obtained from the near-tip strain gage
traces. Constant K., variable R test data are also shown in Fig. 13. It is seen that while
decreasing stress intensity test data for R = 0.5, 0.7 and constant K, variable R test data
agree very well, decreasing stress intensity data for R = 0.1 appear to be overcorrected for
computation of AK ., even with K /K . = 0.5 as determined from conventional load versus
near-tip strain data. If the high K, value of =0.7 as determined from the constant AK, linear
R test was used, the R = 0.1 curve would have moved even further to the left instead of
consolidating with the other curves. Further, the R = 0.5 data would also move to the left since
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FIG. 13—Comparison of crack growth rates from decreasing stress intensity (E 647-88a) and
constant K, linearly varying R(a) test data, corrected for closure, based on near-tip strain data.
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AK . would be approximately 0.6 AK. The resulting data would then present a picture showing
higher growth rates for lower values of R for the same value of AK_,. This would be in the
opposite direction of a mean stress effect where higher R would be expected to produce higher
growth rates because of higher mean stresses.

The present set of experimental data appear to point towards a lower level of actual closure
load than measured. This is based on the general observation that the closure load as determined
from load, near-tip strain data possibly constitutes an upper-bound value because the effective
closure load that actually affects the crack growth rate may be slightly lower than the load at
which deviation from linearity is first observed in a load versus strain plot [/4,15]. This may
be due to superficial contact of the asperities on fractured surfaces or a three-dimensional effect
due to nonuniform contact across the width of the specimen. It is probable, therefore, that the
closure load level might actually lie around K _/K . = 0.3 to 0.4 so as to consolidate all the
near-threshold crack growth data at all stress ratios considered. It is thus concluded that there
is no mean stress effect to account for in this material, unlike in a less ductile titanium aluminide,
Ti-24Al-11Nb [16].

As regards the question of possible closure even at high stress ratios due to cyclic plastic
deformation at the crack tip as suggested by Doker et al. [10], no evidence of this was found
during the present experiments. Figure 14 shows the traces of load versus electric potential
readings taken: (a) at the end of constant K, linearly varying R (a) test, when R = 0.808; (b)
at the beginning of constant AK linearly varying R (N) test, when R = 0.292; and (c) towards
the end of constant AK linearly varying R (N) test, when R = 0.841. It is clearly seen that
while crack closure is evident under low stress ratio condition, there is no evidence of closure
at higher stress ratios (R = 0.8).

For comparison purposes, Fig. 15 shows the variation of a fatigue crack growth rate of Ti-
1100 and titanium aluminide, Ti-24Al-11Nb, at room temperature, corresponding to R = 0.1
and f = 100 Hz. It may be observed that besides the crack growth rate being considerably
lower at any given stress intensity, Ti-1100 exhibits an appreciably larger crack growth range
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FIG. 14—Development of closure under different loading conditions: (a) at the end of constant
K,... variable R test (R = 0.808), (b) at the beginning of constant AK, variable R test (R = 0.292),
(C) at the end of constant AK, variable R test (R = 0.841).
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24Al-1INb (f = 100 Hz, R = 0.1).

compatible with its larger fracture toughness, which causes this material to be characterized as
more damage tolerant.

Conclusions

Based on the crack closure and fatigue crack growth rate analysis of Ti-1100 at room tem-
perature, the following conclusions may be drawn:

1. The near-tip strain measurement method is quite sensitive and appears to provide an upper-
bound value for the closure load, especially under the decreasing stress intensity crack growth
condition. The electric potential method appears to be unsuitable for accurate quantitative deter-
mination of closure loads for short cracks in Ti-1100. This method may, however, be used for
qualitative assessment of a closure condition for long cracks.

2. For short cracks, higher crack growth rates are observed at stress intensity ranges below
the long crack threshold. Corresponding closure load levels, as determined from near-tip strain
data, are found to be relatively lower in the short crack range and develop to the large crack
closure level with further crack growth.

3. Fatigue threshold stress intensity range, AK,, determined under the decreasing stress
intensity, constant R condition and the constant K ,,, variable R condition are found to have
an almost identical value for stress ratios, R = 0.5. While in the former case the no-growth
condition is attributable primarily to crack closure in the wake, lack of sufficient damage
accumulation at the crack tip appears to be responsible for no-growth condition in the latter
case. Here, damage in the form of extensive microcracking, as well as extensive slip band
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formations surrounding the crack tip as a consequence of the formation of a very small reversed
plastic zone, leads to a no-growth condition characterized by an effective threshold stress
intensity factor range, AK, .-
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DISCUSSION

O. Buck' (written discussion)—I would like to comment on the determination of the ‘‘effec-
tive’’ stress intensity range (AK ) by using the deviation from linearity in the load-extension
curve as an indicator for crack closure. I think this method provides a first approximation for
AK . only in that it is an indication of the first contact between the two fracture surfaces. On
further unloading, additional contact is being made which eventually produces the total shield-
ing of crack tip (see, e.g., O. Buck, MRS Bulletin, Vol. 14, No. 8, 1989, p. 44). This ‘‘shielding”’
stress intensity is somewhat lower than the ‘‘closure’ stress intensity, which you refer to.
Therefore, I believe, it is not surprising that you find an ‘‘overcorrection’” in your crack growth
data.

B. K. Parida and T. Nicholas (authors’ closure)—The comments on effective stress intensity
through the use of closure loads determined by the offset method are accurate. The authors
agree entirely with the discussor’s observations and conclusions. The impracticality of using
another definition of closure, for example, the intercept method, led the authors to use this
simple, yet upper bound method for determining closure levels. This point is discussed briefly
in the paper and Refs /4 and /5 address this point in greater detail. Nonetheless, Dr. Buck’s
comments are appreciated.

' Ames Laboratory, Iowa State University, Ames, IA 50011.
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ABSTRACT: Interfacial damage induced by relative fiber/matrix sliding was found to occur in
the bridged zone of unidirectional SCS-6/Ti-24Al-11Nb intermetallic matrix composite speci-
mens subjected to fatigue crack growth conditions. The degree of interfacial damage was not
uniform along the bridged crack wake. Higher damage zones were observed near the machined
notch in comparison to the crack tip. The interfacial friction shear strength, 7, measured in the
crack wake using pushout testing revealed lower values than the as-received interface. Interfacial
wear also reduced the strength of the bridging fibers. The reduction in fiber strength is thought
to be a function of the magnitude of relative fiber/matrix displacements and the degree of inter-
facial damage. Furthermore, two different fiber bridging models were used to predict the influence
of bridging on the fatigue crack driving force. The shear lag model required a variable 7, in the
crack wake (reflecting the degradation of the interface) before its predictions agreed with trends
exhibited by the experimental data. The fiber pressure model did an excellent job in predicting
both the FCG data and the ACOD in the bridged zone even though it does not require a knowledge
of 7.

KEYWORDS: intermetallic matrix composites, fatigue crack growth, crack bridging, shear-lag
model, fiber pressure model, interfacial shear stress, fiber pushout, effective fatigue driving force,
fiber strength, interfacial damage

Intermetallic matrix composites (IMC) are candidate materials for high-temperature aero-
space applications where high strength and low weight are required. However, before these
composites can be implemented, it is necessary to understand the fatigue crack growth process
and the evolution of damage in order to accurately predict the lives of composite components.

An important mechanism influencing fatigue crack growth behavior in IMCs is crack bridg-
ing. Fatigue cracks become bridged as the crack propagates in the matrix while leaving the
fibers intact in the crack wake. The bridging fibers carry part of the applied load and shield the
crack tip. Consequently, crack bridging enhances the fatigue crack growth behavior of IMCs
in comparison to their unreinforced matrix alloys. Crack bridging has been widely observed in
SCS-6/Ti-based composites under fatigue loading conditions [7-5].

The effectiveness of fiber bridging in reducing the crack driving force depends on the inter-
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Mail Stop 49-7, 21000 Brookpark Rd., Cleveland, OH 44135.

? Research engineer, Ohio Aerospace Institute, NASA Lewis Mail stop 49-7, 21000 Brookpark Rd.,
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facial properties and fiber strength. If the interface strength is too low, the matrix does not
transfer enough load to the bridging fibers to effectively shield the crack tip. On the other hand,
a strong interface will limit the extent of fiber/matrix sliding, resulting in high fiber stresses
and ultimately fiber failures. Therefore, an optimum interface strength is desired to produce
effective crack bridging. Likewise, high-strength fibers will also promote better crack
bridging.

The interfacial properties of the bridging fibers may also be influenced by the load history.
The interfacial wear induced by fiber/matrix sliding can change the interface properties and
fiber strength. Unfortunately, very little is known regarding the degradation of these properties
as a function of interfacial wear even though these properties are required input into fiber
bridging models such as shear lag [6-8]. Preliminary measurements of interfacial shear prop-
erties did indeed show a decrease in the frictional shear stress with cyclic loading [9-11].

In this report, fiber bridging was studied by performing fatigue crack growth testing on a
unidirectional SCS-6/Ti-24Al-11Nb (a%) using single edge notch (SEN) and center crack panel
(CCP) specimens in a specially designed fatigue loading stage mounted inside a scanning
electron microscope. The evolution of interfacial damage in the tested specimens was investi-
gated by performing fiber pushout tests and fiber tensile tests on specimens previously subjected
to crack bridging.

Finally, the effect of fiber bridging on the crack opening displacements and effective crack
driving forces was studied analytically using the shear lag and fiber pressure models.

Experimental Procedures
Fatigue Crack Growth Testing

Fatigue crack growth testing of a unidirectional 33% fiber volume fraction SCS-6/Ti-24Al-
11Nb composite was performed using SEN and CCP specimens. Both specimen geometries
are shown in Fig. 1.

Fatigue crack growth testing was performed using a closed loop servo-hydraulic testing
machine specially designed for the scanning electron microscope (SEM) [I2]. This unique
loading stage enables real time in situ observations of the fatigue crack growth process at
magnifications up to X 10 000. All specimens were tested at room temperature inside the SEM
chamber (1 X 10/ torr). Test frequencies ranged from 1 to 5 Hz. The load ratio R was 0.1 in
all cases. Testing was interrupted regularly in order to record the crack opening displacements
at maximum and minimum loads and to measure crack extension. When possible, measurements
of crack extension and crack opening displacements were made on both surfaces of the spec-
imen. The complete test matrix is shown in Table 1. The material properties assumed in this
study are shown in Table 2.

Debond Length Measurements

In order to observe interfacial damage and attempt to determine the extent of fiber/matrix
debonding, interrupted fatigue crack growth specimens were examined nondestructively by
scanning acoustic microscopy (SAM) [I3]. This work was performed by General Electric
Aircraft Engines [74]. The specimens were also chemically etched (using a nitric/hydrofluoric
solution) to remove the matrix and expose the fibers. Measurements of the damaged interface
lengths were made at high magnifications in the SEM. The total damage zone observed for
every fiber was taken as the debond length and used to determine the interfacial frictional shear
strength.
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FIG. |—Fatigue crack growth specimens: (a) single-edge notch (SEN), and (b) center crack panel
(CCP).

TABLE 1—Fatigue crack growth test matrix.

Initial Notch, Width, Thickness Applied stress Ao =
a,, mm W, mm f, mm O - T s MPa

SINGLE EDGE NOTCH SPECIMENS

SEN1¢ 1.054 5.071 1.930 262
SEN2¢ 1.203 5.088 1.860 180, 360
SEN3¢ 1.016 5.085 1.930 180, 248, 276
SEN4« 1.031 5.080 1.788 264
SENS5¢ 1.024 5.080 1.753 276
CENTER CRACK PANEL SPECIMENS

CCP1 1.015 10.04 0.86 348
CCP2 1.006 9.95 0.89 344
CCP3¢ 1.249 10.14 1.905 228

“ Heat-treated.
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TABLE 2—SCS-6/Ti-24-11 intermetallic matrix composite properties assumed.

Composite SCS-6/Ti-24-11 Fiber SCS-6 Matrix Ti-24-11
Elastic modulus Transverse, E,,, GPa 129 Modulus, E,, GPa 367 Modulus, E,, GPa 106
Axial, E,,, GPa 192 Diameter, um 142
Poisson’s ratio v, 0.1905 | Volume fraction 0.33
Vs 0.2835
Shear modulus  G,,, GPa 69.66

Fiber Pushout Testing

The frictional properties of the interface were investigated using the fiber pushout test
method. Pushout tests were performed on specimens in the as-received condition and specimens
previously subjected to fatigue crack growth conditions.

Pushout testing of previously fatigued interfaces was performed in order to determine the
actual frictional strength during crack bridging and to study the effect of relative fiber/matrix
sliding on the integrity of the interface. Pushout samples with previously fatigued interfaces
were obtained near the fracture surface of SEN and CCP specimens that exhibited crack bridg-
ing and failed during fatigue loading (Fig. 2).

Pushout specimens were prepared by sectioning with a thin diamond cut-off wheel to obtain
slices approximately 1 mm thick. All samples were then polished on both surfaces to a 0.05-
pm finish and final thicknesses ranging between 0.25 and 0.40 mm. The 143-pum-diameter
fibers were pushed into a support plate with a 0.36-mm-wide groove using flat-bottomed tung-
sten carbide indenters. A displacement rate of 0.05 mm/min was used. The pushout data were
recorded in a form of load versus time in conjunction with acoustic emissions to help identify

SINGLE EDGE NOTCH CENTER CRACK PANEL

a) b)

FIG. 2—Failed fatigue crack growth specimens showing the approximate location of the slices
taken for pushout testing: (a) SEN3 and (b) CCP3.
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the debond load. A more detailed description of the equipment and procedure can be found
elsewhere [/5]. A total of about 250 fibers were tested under the above described procedures.

In order to simulate the effect of relative fiber/matrix sliding that occurs at the interface
during crack bridging, multiple reversed pushouts were performed. These pushouts were con-
ducted on specimens in the as-received condition, with the fibers being pushed back and forth
(about 10 to 20 pm) three or four times.

Fiber Testing

In order to determine the load carrying ability of bridging fibers and the effect of fiber/matrix
sliding on the residual fiber strength, fiber tension testing was performed. Bridging fibers and
fibers ahead of the crack tip were chemically removed from interrupted fatigue crack specimens
that exhibited bridging. Fibers were extracted from both specimen geometries. The CCP spec-
imen was cycled at Ae = 225 MPa for approximately one million cycles. The SEN specimen
was loaded at Ag = 276 MPa for three million cycles. Fibers were also extracted from an
interrupted SCS-6/Ti-15-3 double edge notch (DEN) specimen which was exposed to about
one million cycles at Ad = 276 MPa. The bridging zone (a-a,) was approximately 0.31, 0.35,
and 0.87 mm for the CCP, SEN, and DEN specimens, respectively. Fibers were tested using a
5.0-mm gage length and a strain rate of 1.27 mm/min.

Analytical Modelling of Fiber Bridging

During crack bridging, the unbroken fibers in the bridged region carry part of the applied
load. The effect of bridging fibers was modelled as a closure pressure on the crack wake using
two different analytical techniques, the shear-lag model [8] and the fiber pressure model [/6].
The shear-lag model relates the closure pressure, c¢(x), to the crack opening displacement by
assuming a constant interfacial frictional stress (1,) along a given debond length [6] for mono-
tonic loading. The closure pressure was later modified to account for fatigue loading by relating
the closure pressure ranges to the displacement ranges by (from Ref &)

2 Au(x)t VEE?

Ac(x) = 2 R( — VyE

M

where

Ac{x) = closure pressure ranges (as a function of position along the crack),
E,, = matrix modulus,
E, = fiber modulus,
V, = fiber volume fraction,
R = fiber radius,
7, = interfacial frictional shear strength, and
Au(x) = Half crack opening displacement ranges (as a function of position along the crack).

In the fiber pressure model, the closure pressure is related to the net tensile and/or bending
stresses in the bridged area based on an elementary strength of materials approach. These
stresses correspond to the load carried by the debonded fibers irrespective of the interface
properties. The resulting closure profiles are given here for both specimen geometries

€3

SEN: Ac(x) = Aa* ( W, 6Wal05W = ag) = (x = a<,)]>

W —a, W —a,)
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w
CCP, Ac(x) = Ao <W——2a(,> (3)

where Ao is the applied far-field stress range, a,, is the initial notch, and W is the specimen
width. A review of both analytical models can be found in Ref /7.

Using both models, a finite element analysis was performed to determine the fatigue crack
driving forces and crack opening displacements. For the shear lag model, the closure pressure
was applied as a nonlinear foundation pressure. Since the closure pressure in the shear lag
models was a function of the unknown crack opening displacements, an iterative scheme was
required to solve for these unknown displacements. In the fiber pressure model, the closure
pressure was applied simply as a pressure along the bridged area. For simplicity, the FEM
analysis utilized an orthotropic homogeneous solution with composite effective properties. The
composite stress intensity factor was determined using quarter point singularity elements at the
crack tip. The details of the analytical procedure required to measure the closure corrected
crack driving force and displacements is found elsewhere [16].

Results
Fatigue Crack Growth

The fatigue crack growth process was similar for both SEN and CCP crack geometries. In
all cases fatigue cracks initiated readily at the machined notch root where fibers were damaged
due to machining. The fibers that were partially cut during machining, if not already broken,
usually failed during the first loading cycle. Since many fibers were damaged at the notch,
many micro-cracks were initiated through the thickness of the composite. With additional
fatigue cycling, these cracks coalesced to form a dominant crack. At times multiple cracks were
observed to emanate from the notch. Multiple cracks were observed in both geometries; how-
ever, they were more common in the SEN geometry, probably due to the presence of greater
bending.

It should be noted that even though fatigue cracks initiated readily, at stress ranges less than
150 MPa, fatigue cracks did not easily propagate into the matrix. At greater stresses, cracks
propagated in the matrix, leaving fibers intact behind the crack tip.

Initially all cracks were bridged. Depending on the stress level, cracks that remained bridged
were associated with decreasing crack growth rates and eventually crack arrest. When fibers
in the crack wake started failing, the crack growth rates accelerated. The remote applied stress
for which the specimens eventually exhibited fiber failure was greater than 180 MPa for the
SEN geometry and 225 MPa for the CCP geometry.

The fatigue crack growth rates for the tested specimens as a function of the applied stress
intensity factor AK,  are shown in Fig. 3. The crack that remained fully bridged resulted in
crack arrest, while the FCG rates of specimens exhibiting some fiber failure were typically
higher than those of bridged cracks, but still lower than those of the unreinforced matrix (see
Fig. 3). However, as unbridged cracks propagated further in the specimen, fiber failures were
observed to occur ahead of the crack tip.

Fractography

The fracture surfaces of both specimens geometries. are shown in Fig. 4. As seen on the
fracture surface, very little fiber pullout was observed. Fiber failures typically occurred within
1 to 2 fiber diameters from the fracture surface. In the fatigue region, extensive damage was
observed in the fiber/matrix interface. In the overload region, however, interfaces were not
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FIG. 3—Composite fatigue crack growth rates as a function of the applied AK,,,, in comparison

to matrix data.
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damaged. Furthermore, the fracture surface in the fatigue region was littered with debris, pre-
sumably from the damaged interfaces and fibers. Again, debris was not observed in the overload
region. Interfacial fretting was also observed during fatigue crack growth on the surface of a
specimen containing fibers which were partially exposed from polishing (Fig. 5). As seen in
Fig. 5, interfacial debris has been ejected from the interface. Interfacial failure in this composite
occurred between the carbon coatings on the SCS-6 fiber. These coatings contain weak graphitic
phases [/8] which seem prone to wear during fatigue.

Interface Damage Zone Measurements

In order to determine the extent of interfacial damage, interrupted fatigue crack growth
specimens were chemically etched to expose the fibers. Figure 6 shows typical damage observed
on the interfaces of fatigued fibers. Interfacial damage was never observed in fibers outside the
fatigue crack growth region. Similar debond zones were observed with the scanning acoustic
microscope (Fig. 7). The extent of interfacial damage is shown in Fig. 8 for both crack geom-
etries. As shown in Fig. 8, the observed damage. zones are greater for fibers near the machined
notch in comparison to fibers closer to the crack tip.

By assuming the measured damage zones represent the actual debond length /, the interfacial
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FIG. 5—Micrograph of a partially exposed fiber showing inter-facial debris (SENS).

friction strength can be determined using a shear-lag approach. The relation between [ and T,
as given by McCartney [7] is

o) = \/u(x)R(lT—E V)EE, @

.
where [(x) is the debond length and u(x) is the crack opening displacement at a given location
x. Using the experimentally determined debond lengths and CODs in conjunction with Eq 4,
an average friction strength of 23 and 34 MPa were calculated for the CCP and SEN geometries,
respectively.

Pushout Testing

As-received condition—A typical pushout response of specimens in the as-received con-
dition is shown in Fig. 9. The debonding event (P,) coincides with a load drop and pro-
nounced acoustic emissions. Debonding is followed by a gradual decrease in the load as
the fiber is displaced. At this point the only resistance to the fiber displacement comes

Machined
notch

- D.Wm

FIG. 6-—Interfacial damage exposed by dissolving the matrix.
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MACHINED
NOTCH
ROOT

SEN3 CCP3
a) b)

FIG. 7—Interfacial damage zones as observed by scanning acoustic microscopy for: (a) SEN3
and (b) CCP3 specimens.

from the frictional shear stresses at the interface. The load immediately after debonding
P, is considered to be the Ioad needed to overcome friction. The interfacial debond shear
stress for the as-received composite was determined to be 122 MPa using a simple force
balance (i.e., T, = P,/27Rt). Likewise, the frictional shear stress was calculated to be 75
MPa. The frictional strength derived from the debond zone measurements (1, ave. = 28

2.5
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FIG. 8—Measured interfacial damage zones.
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FIG. 9—Typical pushout response of interfaces in the as-received and pre-fatigued conditions.

MPa) is significantly lower than the as-received friction strength of 7, = 75 MPa. This
may be attributed to interfacial damage incurred during fatigue sliding.

Previously Fatigued Interfaces—The effect of relative fiber/matrix sliding during crack
bridging on the interfacial friction strength, as determined by pushout testing, is shown in
Fig. 9 in comparison to the as-received response. The response of the pre-fatigued speci-
men clearly suggests that these interfaces were already debonded since no load drop or
acoustic emission events were observed. The measured average interfacial friction strength
of previously fatigued interfaces was calculated to be 32 = 10 MPa for the SEN specimen
and approximately 45 MPa for the CCP specimen. Compared with as-received interfacial
frictional strength, this represents about a 57 and 40% decrease in friction strength for the
SEN and CCP, respectively. These values are in better agreement with those calculated
from the debond zone measurements.

Multiple Reverse Pushout Testing—Multiple reversed pushouts were performed on the
as-received specimens in order to simulate the effect of fatigue on the interfacial shear
strength. The fibers were typically displaced 10 to 20 pm. The first pushout shows behavior
typical of as-received material with a bonded interface (Table 3). Subsequent pushouts
show a steady decrease in the frictional resistance of the interface with increasing cycles.
After only four pushouts, the frictional shear stress has decreased to 39 = 7 MPa, which
is in the order of the frictional shear strength measured near the fracture surface (see Table
3) of pre-fatigued specimens.

Fiber Tension Testing

Since extensive damage was observed for interfaces that were subjected to cyclic loading,
tension testing was performed on bridging fibers to determine the effect of this damage on fiber
strength. The results are shown in Fig. 10. The tensile strength of bridging fibers in the CCP
specimen was 3530 * 146 MPa. In comparison, the tensile strength of fibers ahead of the crack
tip was 4282 * 212 MPa. The tensile strength of bridging fibers in the SEN specimen was
3720 *= 480 MPa in comparison to 4150 * 340 MPa for nonbridging fibers, an insignificant
difference for all practical purposes. In the SCS-6/Ti-15-3 DEN specimen, however, bridging
fibers near the notch had an average tensile strength of 2664 + 514 MPa. Fibers near the crack
tip, which were subjected to lower fiber/matrix displacements, had an average tensile strength
of 3430 = 286 MPa. Fibers ahead of the crack tip, whose interfaces were not subjected to
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TABLE 3—Interfacial friction strength results from pushout tests and debond length measurements.

Friction Strength,

Test Conditions Type of Technique 7, MPa
As-received Pushout 75+ 6
Fatigue crack growth specimen CCP Debond lengths 23

Pushout 45
Fatigue crack growth specimen SEN Debond lengths 34
Pushout 32
Multiple reverse pushouts Initial push 75+6
Second push 55*+6
Third push 48 + 8
Fourth push 30 +7

relative fiber/matrix sliding, were significantly stronger with average tensile strength of 4415
+ 684 MPa. The guaranteed minimum strength of the virgin SCS-6 fibers by the manufacturer
is 3490 MPa.

Crack Opening Displacement

Measurements of the crack opening displacements (COD) were obtained using the SEM
loading stage. Measurements were typically made starting at the root of the machined notch
and ending at the crack tip. Typical COD profiles at maximum and minimum loads, shown in
Fig. 11, indicate that fatigue cracks remain propped open at minimum load. The displacements
at minimum load are usually about half the maximum displacements even though the R ratio
was 0.1.

Both the fiber pressure model and shear-lag model were used to predict the ACODs during
crack bridging. Figure 12 shows the ACODs predicted by the fiber pressure model in compar-
ison with experimentally obtained ACODs for a variety of crack lengths and applied loads. For
the most part, the fiber pressure model predicted the ACOD profiles well. Also shown for
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FIG. 10—Extracted SCS-6 fiber strength values for bridging and nonbridging fibers.
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comparison are the expected ACODs for unbridged cracks. As seen in Fig. 12, the measured
ACODs of bridged cracks are much smaller than the predicted ACODs of unbridged cracks.

Predicting the ACOD profiles with the shear-lag model requires knowledge of the interfacial
friction strength. As a first approximation 7, = 30 MPa was used based on the pushout results.
However, as shown in Fig. 124, the ACOD profiles predicted with 7, = 30 MPa were typically
smaller than the measured values. By varying 7, it was determined that 7, = 3.5 MPa generally
resulted in good correlation between the observed and predicted ACODs for both crack geom-
etries (see Fig. 12).

Even though the predicted ACOD profiles using 7, = 3.5 MPa generally resulted in good
correlation with the experimentally measured crack profiles, some inconsistencies were
observed. For example, near the crack tip, the shear lag based predictions of the ACODs were
usually larger than experimental measurements (Fig. 13). This implies that the interfacial fric-
tion strength is greater than 1, = 3.5 MPa near the crack tip. This scenario was modeled by
varying 7, along the crack wake until good agreement with the measured displacements was
achieved. As shown in Fig. 13b, for the CCP geometry, by varying the interfacial friction
strength along the bridged zone, it was determined that a combination of 7, = 1 MPa near the
notch and 1, = 30 MPa near the crack tip resulted in good agreement for the entire crack profile.
For the SEN geometry (Fig. 13a), however, a combination of 7, = 3 MPa near the notch and
7, = 10 MPa near the crack tip resulted in the best correlation.

Fatigue Crack Driving Force During Crack Bridging

The two models were also used to account for the reduction in the effective crack driving
force (AK.;,), Ref 16, due to fiber bridging. As shown in Fig. 14, both models predict signifi-
cantly lower effective fatigue crack driving forces during crack bridging in comparison to an
unbridged crack. Furthermore, AK,; decreases as the crack length increases. This correlates
well with the observed decrease in fatigue crack growth rates before fiber failure.

Since fatigue crack growth during bridging occurs only in the matrix, the composite fatigue
crack growth rates were compared to those of the unreinforced Ti-24-11 matrix utilizing the
AK,,, predicted by the models (Fig. 15). As seen in Fig. 154, the effective crack driving force
predicted by the fiber pressure model shifts the composite crack growth rates in good agreement
with the unreinforced matrix.

The shear lag model with a constant interfacial friction strength of 3.5 MPa substantially
overpredicted the composite crack driving force as shown in Fig. 155. However when the T,
was varied along the crack wake in agreement with the measured ACODs, the shear lag cal-
culated AK,. brought the composite data in closer agreement with the unreinforced matrix data
(see Fig. 15¢). As also shown, the shear lag model predicts the crack driving force much better
for the CCP geometry than the SEN geometry.

Discussion

The results of this study show that relative fiber/matrix sliding during fatigue results in
interfacial damage. Interfacial wear degrades the mechanical properties of the interface and
fiber which influence the fatigue crack driving force.

Interfacial Properties

Interfacial damage was readily observed on the fracture surface of fatigue specimens and on
the interfaces of interrupted specimens. The interfacial damage observed consisted mostly of
cracks and spalling in the carbon-rich coatings of the SCS-6 fiber. The damage zones were
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typically in the order of 1 to 2 mm long. Pushout testing of previously fatigued specimens
suggest that interfacial damage incurred during fatigue results in drastic deterioration of the
frictional properties of the interface. All the factors governing the extent and magnitude of
interfacial degradation are not clear at this time; however, multiple reversed fiber pushout
testing suggests that interfacial damage can occur very rapidly during fatigue, and maybe as a
function of relative fiber/matrix sliding distance (see Table 3).
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Three different methods were used to ascertain the interfacial properties of the bridging
fibers. Both pushout testing of the fibers in the bridging zone and debond length measurements
resulted in an estimated 7, of 20 to 30 MPa (as compared to 7, of 75 MPa for the as-received
composite). However, the 7, which best fit the ACOD measurements, from the shear lag model,
suggested that the shear strength varies within the crack wake. For the largest portion of the
bridged zone, a low 7,0f 1 to 3 MPa fit the measured ACODs; however, near the crack tip, a
7, of 10 to 30 MPa (depending on specimen geometry) was needed to fit the measured
displacements.

The discrepancies in the T, values calculated through the different methods may be due to
several factors. Even though 7, = 1 ~ 3 MPa obtained from ACOD measurements seems
considerably lower than the interfacial friction strength observed during pushout testing, it
should be noted that the pushout values were obtained at depths approximately 1 mm from the
fracture surface. Fractographic examination of the interface revealed that the greatest damage
is near the vicinity of the crack plane. The 7, values obtained from the ACOD measurements
therefore might reflect the interface conditions near the crack plane.

Fiber Strength

Interfacial wear in the crack wake also resulted in degradation of the tensile strength of the
bridging fibers. As seen in Fig. 10, the reduction in the fiber strength was significantly smaller
for fibers obtained from the SEN and CCP SCS-6/Ti-24-11 specimens than the fibers obtained
from the DEN SCS-6/Ti-15-3 specimen. Furthermore, for the DEN specimen, the strength of
bridging fibers increased near the crack tip. Fibers near the crack tip were subjected to lower
relative fiber/matrix displacements and displayed smaller damage zones. Fibers ahead of the
crack tip, whose interfaces were not subjected to relative fiber/matrix sliding, did not display
any interfacial damage and were significantly stronger.

It is not clear why a greater loss in fiber strength was observed in the DEN SCS-6/Ti-15-3
specimen. This phenomenon may be related to a difference in the chemistry of the reaction
zones or bonding of the interface between the two matrix alloys. However, comparison of the
fiber surfaces revealed that the fibers extracted from the DEN specimen exhibited more damage.
As shown earlier by the multiple pushout test method, the relative magnitude of fiber/matrix
sliding influences the extent of interfacial damage.

Comparing the ACODs of these specimens, certain trends became evident. The ACODs for
the SEN and CCP specimen were in the order of 4 pm, while the ACODs for the DEN specimen
were approximately 11 pm at the machine notch. Furthermore, for the DEN geometry, in the
case of fibers near the crack tip whose strength did not degrade significantly (3430 * 286
MPa), the relative ACODs were also in the 4- pm range.’ The strength of these fibers correlates
well with the fiber strengths observed in the bridging fibers of the SEN (3720 £ 480 MPa) and
CCP (3530 = 146 MPa) geometries. This suggests that interfacial damage and degradation of
the fiber strength during bridging is more likely in the presence of large ACODs. Furthermore,
damaged fibers extracted from the bridged region typically failed within the damage zone,
whereas undamaged fibers ahead of the crack tip typically failed anywhere within the gage
section and many times outside the gage. Since the damage is greater near the fracture surface,
this explains why little pullout was observed (in the order of 1 to 2 d,), even though the damage
zones were significantly larger (=10 d)).

Modelling of the Bridging Process

The shear lag model is predicted on the ability to accurately describe the load transfer from
the cracked matrix to the bridging fibers through an interfacial sliding process. As the present
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study has shown, the interfacial wear process is very complex, resulting in a nonuniform inter-
facial damage as a function of the distance from the crack tip and the distance from the crack
plane for a given fiber/matrix interface. This nonuniformity of the interfacial damage results in
a variable frictional shear strength along the crack wake.

Typical application of the shear lag model assumes a single 7,value in the analysis. However,
due to the factors described above, the use of a single T, resulted in the shear lag model
overestimating the effective crack driving force, as shown in Fig. 15b. When the analysis was
performed using a variable T, (the same combination of 7, as previously used in predicting the
ACODs, Fig. 13), the shear lag model brought the composite FCG data much closer in agree-
ment with the unreinforced matrix data as shown in Fig. 15¢. Unfortunately, obtaining a single
accurate estimate of 7,is in itself problematic; the need to establish different 1, values for varied
locations within the crack wake further complicates the shear lag modelling process.

While most of the discussion has dealt with the shear lag model, the success of the fiber
pressure model in predicting both the measured crack opening displacements and the effective
fatigue crack driving forces (Figs. 12 and 154a) should be emphasized. This rather straightfor-
ward approach in calculating the closure pressure function seems adequate in predicting the
effect of bridging.

Interestingly enough, the FPM and the SLM with variable 7, predict the trends observed
during bridging even though the two closure pressures are derived quite differently. Figure 16
shows closure pressure profiles calculated from both models. The closure pressure profile for
the fiber pressure model is a function of the crack geometry and applied load. For the CCP
geometry the closure pressure profile is constant over the entire bridged region. In the SEN
geometry, the presence of bending generally results in greater closure pressure profiles. Bending
also results in a slightly decreasing closure pressure profile along the bridging zone (higher
near the notch and lower near the crack tip).

In the shear lag model, the closure pressure depends on the interfacial friction strength and
crack opening displacements. This is evident by the closure pressure profile, which decreases
to zero at the crack tip. In comparison, the fiber pressure model predicts much higher closure
pressures near the crack tip. The difference in closure pressure profiles explains why the fiber
pressure model typically predicts lower ACODs and AK_,s in comparison with the shear lag
model.

Varying the interfacial friction stress to reflect damaged interfaces also changes the closure
pressure profile. As shown in Fig. 16, this results in higher fiber stress near the crack tip. This
modification results in a closure pressure profile which is similar to that predicted by the fiber
pressure model. Therefore, the FPM fortuitously predicts a closure pressure profile consistent
with the observed mechanisms during bridging. Even though the fiber pressure model is not
always consistent in predicting the overall ACODs, it does seem to predict realistic crack driving
forces. This also suggests that the crack driving force during bridging is most sensitive to the
closure pressure and ACODs near the crack tip rather than the overall crack profile.

Finally, before either of these models can be used to predict fatigue life, it is necessary for
these models to accurately predict the onset of fiber failure. This issue will be addressed in
future work.

Conclusions

1. The fatigue crack growth process of a unidirectionally reinforced SCS-6/Ti-24Al-11Nb
intermetallic matrix composite was studied using a fatigue loading stage mounted inside a
scanning electron microscope. The composite exhibited FCG rates orders of magnitude lower
than its unreinforced matrix. The decrease in the FCG rates was caused by crack tip shielding
resulting from unbroken fibers bridging the crack wake.
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2. Interfacial damage in the bridging fibers, induced by relative fiber/matrix sliding, was
found to occur in the crack wake of the tested specimens subjected to fatigue crack growth
conditions. The interfacial friction shear strength measured in the crack wake using pushout
testing revealed lower values than the as-received interface. The degree of interfacial damage
was not uniform along the bridged crack wake. Higher damage zones were observed near the
machined notch in comparison to the crack tip.

3. The interfacial wear also reduced the fiber strength of the bridging fibers. The reduction
in the fiber strength was found to depend on specimen geometry and is thought to increase as
a function of the magnitude of relative fiber/matrix displacements.

4. Two different fiber bridging models were used in an attempt to predict the influence of
bridging on the fatigue crack driving force in composites. The shear lag model required a
variable 7, in the crack wake before its predictions agreed with the trends exhibited by the
experimental data. The fiber pressure model, however, did an excellent job in predicting both
the FCG data and the ACOD in the bridged zone even though it does not require a knowledge
of 7,.
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ABSTRACT: Materials with both high conductivity and high strength are desired in the design
of magnets and rotating electrical machineries. Copper-niobium (Cu-Nb) filamentary microcom-
posites are such a group of materials. Powder metallurgy techniques (P/M) followed by various
deformation processes were used to synthesize these composites. A restacking technique was
developed to achieve the high areal reduction necessary to reduce the Nb powder particles to
ultra-fine fibers within the Cu matrix. The effects of the Nb volume fraction and size on the
evolution of the material microstructure, monotonic tensile properties, and fatigue and fracture
behaviors were studied. A strengthening model that combines Cu matrix work hardening, fiber
strength, and dispersion-type hardening was developed and shown to predict the yield strength
of composites at various stages of deformation processing with reasonable accuracy.

The tensile failure of composites with fully deformed Nb fibers was a shear-type failure (a 45°
plane to the specimen axis). However, for composites without fully deformed fibers, the fracture
surface had a cup and cone appearance. Fatigue properties of a composite with 18 vol.% Nb and
fibers at their fully deformed stage (fiber thickness of 5 to 10 nm) were studied. The mechanisms
of crack initiation and propagation were investigated. The final composite failure was due to
tensile overload rather than attainment of critical crack length.

KEYWORDS: Cu-Nb microcomposite, powder metallurgy processed, tensile and fatigue behav-
ior, strengthening, damage mechanisms
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D, Initial overall wire diameter
G Shear modulus
€ Total true strain
Notched specimen fracture toughness
r, Dislocation core radius
p Dislocation density
P.. Maximum axial load
7  Shear stress
o Normal stress
T, Lattice internal frictional shear stress

Introduction

Composites with superior conductivity and high tensile strength are desired in the design of
devices such as rotating electrical machineries and high field magnets. High magnetic fields of
more than 1 T (about 20 000 times stronger than the earth’s magnetic field) are generated by
some electromagnets. Such intense fields have important applications in diagnostic medicine,
superconductivity, high-energy physics, optics, and fusion engineering [/-3].

In order to generate a high magnetic field, an electrical current is passed through loops of
wire with high conductivity. The generated magnetic field subsequently interacts with the wires
of the coil and exerts a tensile load due to the Lorentz force. The material of the coil should
thus be strong enough to support these forces. In the case of pulsating magnets, the fatigue
properties of the coils are also important in their design consideration. Combining strength and
good conductivity is an engineering and scientific challenge. What usually improves the
strength of a given material, i.e., high dislocation densities, second phase particles, precipitates,
solid solutions, refined grains, etc., is detrimental to the conductivity of the material.

Composite materials developed by various mechanical workings of two well-dispersed duc-
tile phases have been found to have excellent mechanical properties [4-6]. Mechanical working
such as rolling, drawing, and swaging of two ductile phase materials results in a structure
similar to conventional fiber composites. Cu-Nb microcomposites are among those composites
exhibiting high electrical conductivity as well as high strength. These composites normally
contain less than 20 vol.% Nb. Due to the very limited mutual solubility of Cu and Nb, the Cu
matrix remains essentially pure during the processing of the composite and maintains its high
conductivity. The key to achieving high strength for Cu-Nb composites is the attainment of a
submicron filamentary structure [4-10].

The fabrication technology of filamentary Cu-Nb composites is well established [4-6]. In-
situ casting, powder metallurgy (P/M), and stacking of elemental components (sometimes
referred to as the Levi [4] method) are among the various techniques for producing these
composites. The initial ingots of a Cu-Nb mixture with Nb particles either in the form of
dendrites in the in-situ method or particles in the P/M method are prepared and then deformed
to high areal reduction [R = A,/A (initial cross section area/final cross section area)]. To fab-
ricate high-strength composites with substantial diameter, the stacking and restacking tech-
niques are normally used. The restacked ingot is then further deformed by either cold or hot
extrusion to deform initial Nb particles to the final whisker size.

In-situ processing has been the focus of attention and the source of most information regard-
ing the mechanical properties of this material [7-15]. However, most the the data are limited
to the tensile properties with little or no information about the fatigue and fracture behavior of
these composites. Several models have been proposed to describe the strengthening mechanism
of the in-situ processed Cu-Nb composites [/0,12]. However, these models do not explain the
behavior of P/M processed composites. The most distinct difference is that for the restacked
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P/M composites, strengthening reaches a saturated value in the final stages of areal reduction,
but the not-restacked, in-situ Cu-Nb composites exhibit an exponential increase with increased
deformation [8,10,16].

This paper presents our efforts in developing Cu-Nb microcomposites by powder metallurgy
and our understanding of their microstructure, strengthening mechanisms, and fatigune and frac-
ture behaviors. We believe that many properties and observations that developed during this
study are significantly different from those exhibited by many cold-worked alloys. These prop-
erties and observations are discussed in this paper.

Synthesis of Cu-Nb Composites

In order to understand the effects of the initial Nb particle size and concentration on mechan-
ical properties and electrical conductivity of Cu-Nb composites, four different powder mixtures
were processed. Table 1 shows the various starting powder mixtures. The details of the fabri-
cation processes are given in Refs 6, 17, and 8. Since some of the terminologies used in
subsequent sections are related to the fabrication processes, the fabrication processes are
described briefly.

Batches of high-purity Cu-Nb powder mixtures with oxygen content of less than 100 ppm
were prepared and placed in Cu cans at tap density. Details of powder selection can be found
in Refs 6, 17, and 18. Each batch was then pressed, sealed, evacuated, and processed by the
conventional method of wire fabrication (swaging, extrusion, and wire drawing). Figure 1
provides the flow diagram of the laboratory-scale processing. Fabrication of each composite
involved two steps of restacking, which produced samples with 703 sub-elements. The sub-
elements used for restacking included a Cu clad, which was part of the Cu can used for prep-
aration of each extrusion billet. Prior to each restacking, most of the Cu clad was dissolved in
nitric acid. However, part of the Cu clad, which amounted to 5% of the overall volume, was
left to keep the composite core intact. Wire samples were saved at each stage of processing in
order to evaluate the evolution of the material microstructure and the changes in the mechanical
properties. All P/M processed composites showed a drawability limit after which the wires
started to break. The drawability limit corresponded to an area reduction of about 107 from the
initial batch cross section. This is related to the final fiber size and fiber morphology and will
be explained in the next section.

From processing the laboratory-scale composites it was concluded that both Cu and Nb
remain ductile during the fabrication process and that a critical volume fraction of Nb was
required to deform Nb particles. Sintering was essential at various stages of processing for
bonding between sub-elements. Cold hydrostatic extrusion followed by wire drawing resulted
in wires of high strength. For composites with 18 vol.% Nb, most of the Nb particles deformed
from the onset of the deformation process. The critical volume fraction of Nb at which the
solute particles became interconnected was evaluated from the model proposed by Scher and
Zallen [19]. The critical concentration was about 15 vol.% for a random distribution of particles

TABLE 1—Details of the powder mixtures used in the laboratory-scale Cu-Nb composites.

Nb Powder Cu Powder

Designation Vol.% Nb (REP), pm (Chopped Wire), pum
A102 18 250 to 500 250 to 500
Al106 18 150 to 250 250 to 500
A104 15 150 to 250 250 to 500

A105 15 250 to 500 250 to 500
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FIG. 1—Process flow diagram of the laboratory-scale P/M processing of Cu-Nb composites.

regardless of their shapes. Hence, it appeared that for the 18 vol.% concentrations, intercon-
nectivity of Nb particles was obtained.

Since the laboratory-scale composite resulted in wires with very small diameters at the final
stage of processing that were not suitable for fatigue and fracture studies, a larger scale com-
posite with more than 1.5 X 10* sub-elements was manufactured. This resulted in a wire with
3-mm diameter at its drawability limit. Samples of the larger scale composite were also saved
at various stages of the processing. Figure 2 shows the process flow diagram of the larger scale
composite, called S3 composite. Figure 3 shows the transverse cross section of a laboratory-
scale composite with 703 sub-elements.

Analyses of the Cu-Nb Composite Microstructure at Different Stages of Processing

Extensive deformation produced by extrusion and wire drawing causes the grains of a metal
to assume a preferred orientation (texturing). Metals with bee structure such as Nb are known
to develop a (110) texture along the direction of the maximum principal strain [/0,20). The
model illustrated in Fig. 4 depicts a bee crystal with a tensile load in the > [110] direction. There
are four possible slip directions, namely the (111). Only the [1 11] and [111] directions accom-
modate strain parallel to the overall elongation (z axis), and therefore they are favorable slip
directions. The [111] and [111] slip directions allow strains along x and y axes. If these two
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FIG. 2—Process flow diagram of the S3 composite.

directions are inactive, a two-dimensional flow proceeds and €, = 0. However, for axisymmetric
deformation they must be in operation. Hosford, in his original work [20], provided a com-
prehensive explanation of the deformation pattern for bcc metals. He showed that the axially
symmetric flow requires 50% more slip than that of the plane strain and that deformation in
the latter mode is more favorable. Consequently, with strain being suppressed in one of the
principal directions, the crystal tends to attain a ribbon-like cross section. However, the thick-
ness-to-width ratio of the Nb filaments does not increase indefinitely; beyond a ratio of 20 to
30, axially symmetric flow prevails. This is due to the work hardening of a slip system in plane-
strain deformation which requires more work than an axially symmetric flow,

Study of the microstructure of the P/M processed Cu-Nb composites led to a number of
important findings with implications with regard to the fabrication process and the strengthening
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FIG. 3—Transverse cross section of a laboratory-scale composite with 703 sub-elements.

mechanism. Nb powder particles are single crystals which, after mixing with Cu and subsequent
compaction, assume random orientations with respect to the loading direction of the forming
process. Due to the random nature of mixing, the required shear stress to deform individual
Nb inclusions varies a great deal, and as a result some do not deform until a later stage of the
processing. Therefore, in the early stage of the fabrication process, a significant range of the
Nb fiber thicknesses exists across the composite. However, as deformation of Nb particles
proceeds from a plane strain to an axisymmetric mode, the fibers become more uniform. This

[111]
load

[110]

) P

FIG. 4—Deformation of a bce crystal structure with a tensile load parallel to the [110] direction.
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is due to the faster reduction of the thickness of fibers in the plane strain deformation mode
than in the axisymmetric mode. Onset of the filament formation is influenced by the Nb content
in the composite. Examination of the cross sections of samples after hot extrusion, which were
fabricated by using the same starting powder but different Nb content, demonstrated that there
was a critical Nb content that resulted in deformation of all the Nb particles. For lower con-
centrations, the Nb particles simply floated in the Cu matrix. This behavior was explained by
the percolation effect, which addresses the critical concentration necessary for the inner con-
nectivity of the Nb particles [6]. Composites with 18 vol.% Nb exhibited pronounced filament
formation from the onset of the process, where samples with 15 vol.% Nb showed many
underformed particles at an earlier stage of the deformation. Figure 5 shows the microstructure
of an A102 composite (see Table 1) after an areal reduction of R = 100.

Two different methods were employed to measure the Nb filament size of various composites
in the final stage of processing: (1) Sections of composites at their drawability limit were
selected and Cu matrices were dissolved in HNO,. The exposed fibers were then examined
under a scanning electron microscope (SEM). Figure 6 shows samples of Nb fibers extracted
from A102 composite after an areal reduction of R = 1.2 X 107. Figure 6 shows that the width
and thickness of the fibers are in the order of 1 wm and 10 nm, respectively. (2) A more
accurate method of measuring fiber sizes was performed by preparing thin sections of the S3
composite before, on, and after the drawability limit for transmission electron microscopy
(TEM) studies. (Further deformation beyond drawability limit is possible by flow of the Cu
matrix between broken Nb fibers without any change to the Nb fiber size). Details of specimen
preparation and results of TEM studies can be found in Ref 6. TEM studies revealed that once
the drawability limit is reached, the overall deformation proceeds without significant change
in the fiber dimensions. TEM studies showed that the thickness of the fibers were in the range
of 5 to 10 nm with an aspect ratio of 20 to 30.

(a)

FIG. 5—Photograph of a transverse cross section of an A102 composite: (a) before any defor-
mation, (b) after an areal reduction of R = 100.
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FIG. 6—Nb fibers extracted from the A102 composite after an areal reduction of R = 1.2 X 107,

Tensile Behavior of Cu-Nb Composites

ASTM Practice for Constant Amplitude Axial Fatigue Tests of Metallic Materials (E 466-
82) was used to measure the tensile properties of the S3 composites [2/]. However, the labo-
ratory-scale composites were too thin for machining. For these composites, wires with a diam-
eter less than 0.5 mm were mounted on the spool setup, and larger diameter wires were soldered
to brass grips [/8]. None of our specimens failed at the solder junction. Thus, soldering neither
softened our composite nor produced any significant stress concentration. Tension tests were
performed both under load and displacement control. For most of the laboratory-scale processed
composites, only their ultimate tensile strengths (UTSs) and ductilities were evaluated. The
yield strengths were also evaluated for a few samples by using an extensometer and an offset
plastic strain of 0.2%. Figure 7 shows the ultimate tensile strength of various composites and
similarly processed Cu powders versus areal reduction R = A /A, where A, is the composite
area after the last sintering process. The results show that the strength of these composites
approaches a plateau coincident with the attainment of Nb fiber thickness of 5 to 10 nm. The
results show that the initial Nb particle size has little effect on the final ultimate tensile strength
of these composites. It is also noted that for the same areal reduction, composites with 20%
more Nb (15 versus 18 vol.% Nb in the overall composites) result in composites 50% higher
in UTS. This comparison is misleading since fibers in these two composites were not of the
same size after final sintering due to the delay in- the filament formation at earlier stages.
Extensive metallographic studies showed that the fiber size for composites with the same initial
Nb powder size but different volume fraction are almost four times smailer for composites with
18 vol.% Nb than those with 15 vol.% Nb at a nominal R. Considering this size difference in
comparing the UTS of composites with different volume fraction (i.e., comparison of the UTS
of an A104 composite at R = 2220 and an A106 composite at R = 670) shows a difference
of about 15%, which is in fair agreement with the 20% higher Nb concentration. The remaining
difference may be explained by various strengthening mechanisms explained later. The same
arguments can be extended to the different initial powder sizes.

Tensile properties of the S3 composite at various stages of the process (after the last sintering)
were evaluated from specimens tested under both load (45 N/s) and strain (10~* s™') controlled
conditions. Both the yield strength and the ultimate tensile strength of this composite reached
a saturation value after a certain amount of areal reduction similar to the laboratory-processed
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FIG. 7—UTS versus areal reduction (after the last sintering) for various laboratory-scale P/M
processed composites (Table 1).

composites. The true strain at fracture (e) of the S3 composite at its drawability limit was
calculated from the measurements of the final gage diameter (D) and initial diameter (D) of
specimens tested under strain control. Profound necking was observed for this composite. The
true strain g, at fracture was found to be 0.4. This high value of €, demonstrates the excellent
ductility of the S3 composite. Since Nb fibers for this composite were at their drawability limit,
necking can be assumed to be a result of fiber fracture and the subsequent flow of the matrix
material between broken fibers. This equally plausible mechanism can be due to interaction of
dislocations in the Cu matrix with Nb fibers. This may lead to fiber fracture and subsequent
flow of the matrix between broken fibers. However, no microcracks were observed on speci-
mens sectioned longitudinally that were polished and studied under the SEM. The UTS, 0.2%
offset yield stress (0,), and the elastic modules for this composite were obtained from the load-
controlled experiments. The average value of these properties from three experiments with a
deviation of less than 2% from the mean values were: £ = 113 GPa; o, = 820 MPa; and UTS
= 1035 MPa.

Fracture surfaces of the tension specimens were studied under a scanning electron micro-
scope. For composites with fully deformed Nb fibers, the fracture surface was 45° to the tensile
load and was an apparent shear fracture (Fig. 8). A closer examination of the fracture surface
revealed that failure was initiated by the fracture of Nb filaments in one of the original sub-
elements. The microcrack then propagated in the matrix material along the deformation bands
(45°), resulting to a peak and matching cavity on the fracture surface. The final failure was
again along one of the dominant deformation bands leading to an overall slant fracture surface
appearance (Fig. 9). Since Nb fibers for these composites can be assumed to be brittle, they
provide little resistance to the crack propagation. However, for composites with not fully
deformed Nb fibers, these fibers provide bridges between crack surfaces. Fracture surfaces of
these composites had a cup-cone appearance, and specimen size did not have any effect on the
fracture behavior (Fig. 10).

Various strengthening mechanisms have been proposed to describe the yield strength of the
Cu-Nb microcomposite with the processing deformation. Funkenbusch and Courtney [/5]
adhere to a substructual strengthening mechanism, while Spitzig et al. [7,22] adhere to an
interphase barrier strengthening model. Both models address the sharp increase in the strength
of the Cu-Nb composites with increasing deformation. However, the strength of P/M processed
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FIG. 8—Strain-controlled fracture ends of the 3-mm-diameter S3 composites in a tension test.

restacked composites reaches a saturation value after a certain amount of deformation. The
most notable difference between the restacked and not-restacked composites is that, after re-
stacking, the billet should be considered as a continuous filament composite where the filament
areal reduction occurs throughout the process. This is not the case for the non-restacked in-situ
processed composites. Some of the Nb dendrites may be so small that they may flow in the
matrix and may have delayed filament formation.

The saturation of the yield strength of the P/M processed restacked composites with the
deformation is related to the work hardening of the Cu matrix due to the increase in the
dislocation density, strength of the fibers, and the interaction of the dislocations with the fila-
ment/matrix boundaries {6]. These contributions are described briefly.

The strength of the cold-worked single crystal metals are related to an increase in dislocation
density [23-25]. Measurements over a wide range of systems show that the average dislocation
density correlates with the flow shear stress T according to

T=r1,+ BGb p” (1)

where 7, is the shear stress needed to move a dislocation in the absence of other dislocations,
and {3 is a numerical constant which varies from 0.2 to 0.5 for different fcc metals. G is the
shear modulus, & is Burger’s vector, and p is the dislocation density. The strength of a pure
Cu wire is shown (Fig. 7) to saturate with increased deformation. This is as a result of dynamic
recovery, i.e., at a certain stage, the dislocation multiplication and annihilation are balanced.
Furthermore, in the saturation region of the flow curve, the stresses are high enough so that
dislocations can take part in processes that are suppressed at lower stresses. Cross slip is
believed to be the main process which reduces the internal strain field.

The upper bound of the dislocation density in the Cu matrix can be estimated by substituting
T=0/2=235MPa, G =48 MPa, 3 =0.2,and b = 0.26 X 107° m in Eq 1. Since the lattice
friction (7,) for Cu is small [26], its effect on dislocation density calculation is neglected. This
analysis yielded a dislocation density of p = 8.8 X 10" cm™ 2

Dislocation density in the Cu matrix was also estimated by preparing samples of the S3
composite for the transmission electron microscopy (TEM) studies. Since during wire drawing
the fce Cu grains assume a (100) or {111) texture parallel to the wire axis, the free surfaces of



FIG. 9—Details of the fracture surface of the 3-mm-diameter S3 composite showing failure ini-
tiation by fracture of Nb filaments within one of the original sub-elements, resulting in a peak and
cavity.

FIG. 10—Fracture end of a laboratory-scale Cu-Nb composite with fibers not fully deformed.

97
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the TEM samples intersect the grains on either {011} or {111} planes. With {111} being the
closest packed plane, it was expected that some of the grains would be oriented suitably for
observation of dislocation lines. At first glance, examination of the TEM micrographs might
suggest that the Cu matrix is for the most part dislocation free, as has been concluded by other
researchers [27]. Nevertheless, it should be pointed out that samples become electron trans-
parent when their thickness is in the range of a few tens of natlometers. This dimension is about
the same as the average spacing of dislocation in a heavily deformed crystal (33 nm for dis-
location density of 10'"). Hence, for the Cu grains in between the filaments whose transverse
dimensions are also smaller than the above value, the observation of dislocations is expected
to be infrequent and a matter of statistical probability. Dislocations were, in fact, observed in
these regions for all compogites regardless of the overall areal reduction. Examples of dislo-
cations are encircled in Fig. 11. Therefore, strain hardening of the Cu matrix is modeled as a
polycrystalline medium, and its contribution to the overall strength of the composite entails the
superposition of the Cu data on other effects.

Nb fibers produce obstacles in the path of dislocations in the Cu matrix. This results in an
increase in the required shear stress to move dislocations. This is similar to the dispersion
hardening mechanisms in alloys. Kelly [28] has shown that the plate-like dispersions, whose
cross sections are rectangular or elliptical, are more effective than equiaxed particles in the
hardening of a matrix. He derived the shear stress required for moving dislocations through
plate-like dispersions. His derivations are a modification of Orwan’s dispersion hardening
mechanism [29] and are suitable for our composite since Nb filaments have rectangular cross
sections. The shear stress required to move dislocations through plate-like dispersions are stated
as

Tg = B -—C— In |:2—D:| 2)
™ Ty
D|:l - EZ C:|
and
2 0
C—|:\/V/A+<;*—5>Vf'4:| 3)

Here, B = 0.85 Gb/2n(1 — v)*, A = D/t, D and ¢ are filament width and thickness, respectively,
rq is dislocation core radius assumed to be 1 nm {30], V,is volume fraction of inclusions, and
v is Poisson’s ratio. Equation 2 shows that the shear stress is an inverse function of filament
width. Therefore, the strength of the composite increases with areal reduction. Using the typical
aspect ratio of A = 30 for Nb filaments, the shear stress required to move dislocations in the
Cu matrix as a function of the deformation can be calculated.

The contribution of the fiber strength (size) to the strength of the composite at different
stages of the deformation can be modeled as a Hall-Petch relation [23]. While the Hall-Petch
relation has been derived to reflect the effect of grain size in the strengthening of alloys, its
applications to small grains must be made with some caution. Hall-Petch is not valid for very
small grains since its derivation was based on large dislocation pileups of more than 50 dis-
locations. A more general model proposed by Li [37] avoids the description of the stresses at
grain boundaries and instead concentrates on the influence of grain size on the dislocation
density and, hence, on the flow stress. An equation identical to Eq 1 is suggested for the flow
stress. Assuming that the distance between dislocations (L) is equal to the average filament
thickness D, the dislocation density is estimated as

L=D=p™" “
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50 nm

FIG. |1—TEM micrograph of the transverse cross section of the S3 composite showing disloca-
tions in the Cu matrix.

substituting in Eq 1, this results in
T = To + aGHD™! (5)

where o = 0.5 = 0.1 for bce metals. Since 7, is small compared to the second term in Eq 5,
the Nb flow stress is taken as:

Ty = aGbD™! ©)
Substituting the Nb thickness of 5 nm observed at drawability limit results in a fiber strength

of [Ty, = 0.6 X (37.5 X 10° Pa) (0.285 X 10° m) (2 X 10®* m")] 1.28 GPa. This value is close
to the theoretical shear strength of Nb [9], 1, = G/30.
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Various strengthening models outlined above were incorporated in a rule of mixture to predict
the yield strength of an A102 composite as a function of the processing deformation. The
laboratory-scale A102 composite started with a Cu-18 vol.%. Having defined the strengthening
of the Cu matrix as 7, (dislocation barrier), its contribution to the composite can be expressed
by the rule of mixture, which is 0.821,. However, due to restacking, the volume fraction of Cu
changes and thus is 7,,. This requires a trial and error analyses to update 7,. A reasonable estimate
is suggested as V., (0.82)7,, where T, is evaluated based on the initial Cu volume fraction.
After two steps of restacking, the overall concentration of Nb was about 15 vol.% (V,, = 0.15
and V., = 0.85). The yield strength of the composite 7, 1s expressed as

Teom = VNhTNh + VCu(O'SQ’)(Td)Cu + VCu(T\)Cu (7)

At each areal reduction, the value of T, was calculated from Eq 6, 7, from Eqs 2 and 3, and
values for (1,)., were obtained from the P/M processed pure cold-worked Cu data [6]. Figure
12 shows that the theoretical results agree reasonably well with the experimental data.

Notched Specimen Fracture Toughness

Fracture toughness of the S3 composite wire at its drawability limit was evaluated by pre-
paring three circumferentially notched specimens. The radius at the tip of the notch was less
than 18 wm. Details of the specimen preparation can be found in Ref /8. The specimens were
pulied slowly (45 N/s) to failure, and maximum loads at fracture, P,,,, were measured. The
apparent fracture toughness, K%, was evaluated according to the following relation [23]

P, D
Kfc = 7 [1.72 (7) - 1.27] ®)

Here, D is the wire diameter (D = 3 mm), and 4 is the diameter of the notched cross section

(d = 2.7 mm). The results of three measurements were within 0.5% of the average value of
K% = 23.4 MPaVm.
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FIG. 12—Yield stress versus areal reduction (after the last sintering) of an A102 composite com-
pared with results of the theoretical model.
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The ratio of sharp notch strength to the 0.2% offset tensile yield strength, NSR, is of signif-
icance as a comparative index of plane-strain fracture toughness. The notch strength is defined
as the maximum load at fracture/notch cross section. If NSR is greater than 1.3, the apparent
fracture toughness will not be equal to the plane-strain fracture toughness (ASTM Method for
Sharp Notch Tension Testing with Cylindrical Specimens (E 602). For our S3 composite, the
notch strength and yield strength were 1140 and 820 MPa, respectively, resulting in an NSR
value of 1.39. Since NSR is greater than 1.3, larger specimens are needed to measure plane-
strain fracture toughness. Since large samples were not available, the value of 23.4 MPaVm,
which is a little higher than the actual plane strain fracture toughness, can be taken as a first
order approximation. This is used in the analysis of the fatigue crack growth described in the
next section.

Fatigue of the S3 Composite

Fatigue specimens were machined from the S3 composite wire according to ASTM Practice
for Constant Amplitude Axial Fatigue Tests of Metallic Materials (E 466-82) [2]]. The outer
Cu cladding in the reduced diameter area was removed during machining and the composite
core exposed. The machined surfaces were polished gradually and finished with 1-pwm alumina
polishing grit to minimize the possibility of surface defects.

Since, in magnet technology, solenoid wires are subjected to very high pulsating tensile
loads, our fatigue experiments were conducted under load control at an R ratio of 0.1 (R =
O a0 ) @nd a frequency of 3 to 5 Hz. An extensometer was used to monitor the specimen
deformation during cyclic loading. For specimens subjected to the maximum stress exceeding
the yield strength of the composite (o, = 820 MPa), the first quarter cycle produced plastic
deformation. The subsequent unloading and cyclic loading resulted in a very small hysteresis
loop. Figure 13 shows a typical stress-strain diagram of an S3 composite specimen during
fatigue experiments. The hysteresis loop was stable during the fatigue experiment, and no
appreciable specimen elongation (ratcheting) was observed before specimen failure. This
behavior is different from those observed for cold-worked copper. Cold-worked copper gen-
erally shows softening under cyclic strain-controlled experiments and creeping (ratcheting or
cyclic strain-induced creep) under cyclic stress-controlled experiments. However, despite sig-
nificant cold works during our processing of Cu-Nb microcomposite, the hysteresis loop under
cyclic-controlled stress tests was stable, and no cyclic strain-induced creep was observed. This
may be justified by considering that the behavior of ultra-thin cold-worked copper is different
from copper with significantly higher dimensions. Cyclic softening and hardening occur when
dislocations rearrange themselves in a more stable configuration. If cyclic straining causes
coarsening of preexisting cell structures, then softening will occur. If the cell structure gets
finer, then cyclic straining results in a hardening process [25]. Because our Cu matrix is con-
fined between Nb filaments and is considered very thin, rearrangement of dislocations can be
extremely difficult. Furthermore, Nb filaments may have contributed to stabilization of cyclic
deformation. If we also accept the arguments by Pelton et al. [27] that the Cu matrix is for the
most part dislocation free (this is not observed, in the current research, as explained earlier),
there is no dislocation rearrangement. This may further support that the behavior of ultra thin
Cu matrix is different. Deviations from perfect elasticity are caused by a number of different
physical phenomena: dependence of the strain on temperature, microplasticity, grain boundary
sliding, and other similar effects that caused the strain to be a multivalued function of the stress.

Since the area of the hysteresis loops was very small (the plastic strain range of a typical
hysteresis loop was less than 0.01%) and cyclic frequency was low, the energy lost was assumed
to be zero, and the entire fatigue experiments were considered to be under the elastic condition.
Thus, these experiments may be classified as high-cycle-fatigue experiments.

Under high-cycle-fatigue conditions, the stress amplitude is below the yield strength of the
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FIG. 13—Schematic diagram of a typical stress-strain diagram of the S3 composite after initial

loading beyond the yield strength and subsequent cyclic loading showing a very small hysteresis
loop during cyclic loading.

material, so that the strain is normally elastic. If the strain were literally purely elastic, fatigue
could not result because elastic straining is by definition a reversible process [32]. However,
this difficulty is associated with the oversimplification introduced by the concept of a yield
strength and the assumption of purely elastic deformation below this yield strength. All metals
undergo a minor amount of plastic strain even at low stresses. This is called microstrain because
at stresses well below the yield strength the magnitude of the plastic strain is small compared
to the elastic strains.

Two specimens each were fatigued at various stress levels, and the average fatigue lives
were used to construct the S-N curve for this composite (Fig. 14). The deviations from the
average life at each stress level was less than 15% so that these data may be used to predict
the fatigue life of a magnet constructed from this material.

Fatigue damage mechanisms were studied both by an optical and a scanning electron micro-
scope (SEM). Visible cracks were only observed at some point in the final 10% of fatigue life.
For example, in a specimen cycled at 725 MPa (o, = 725 MPa), no visible crack was observed
after 15 000 cycles. However, at 16 000 cycles, many circumferential cracks appeared on the
specimen surface. The largest crack at this stage was 4 mm. The specimen failed at about
17 000 cycles. In order to understand the depth of the crack growth at 16 000 cycles, another
specimen was fatigued at the same stress levels, and the experiment was halted after 16 000
cycles. The specimen was then sectioned longitudinally and polished. The maximum crack
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FIG. 14—Fatigue S-N curve for the P/M processed Cu-18 vol.% Nb composite with a UTS of
1035 MPa.

depth was found to be 0.1 mm. These results show that the fatigue life of these composites are
controlled by crack initiation (Stage 1). Once a circumferential crack is generated, it propagates
rapidly into the composite, leading to composite failure.

The mechanism of crack initiation was studied by polishing the surfaces of many specimens
before and after failure. The crack was found to be initiated by the PSB mechanism at =45°
to the specimen axis in the Cu boundaries between sub-elements (the Cu boundaries are residual
Cu material left from the initial Cu can used to contain the initial powder mixture and the Cu
can material left after the second restacking). As one can surmise, the thickness of the latter is
greater than the former. Figure 15 shows typical persistent slip band microcracks observed in
Cu regions between the Cu-Nb sub-elements. A similar crack initiation mechanism was
observed by Polak et al. [33-34] in annealed Cu. Microcracks in the Cu boundaries were then
apparently linked together rapidly through the Cu-Nb sub-elements and formed long circum-
ferential cracks. Figure 16 shows a typical linkage of the microcracks through Cu-Nb sub-
elements.

The radial crack propagation mechanisms were also studied. We believe radial cracks prop-
agate through sub-elements quite readily. However, these cracks get arrested at the Cu bound-
aries. We believe that the crack arrest mechanism is by crack tip blunting rather than the
delamination mechanism generally observed in other composites. The crack then propagates
through the Cu boundaries by a mechanism of reversed slip [35]. This mechanism develops a
typical pattern of ripples, called fatigue striations. Examination of a crack tip in the Cu boundary
(Fig. 17) reveals a similar fatigue crack growth mechanism.

The final fracture surfaces of the fatigued specimens were examined under a scanning elec-
tron microscope. Figure 18 shows an example of the fatigue/fracture surface of an S3 composite
subjected to cyclic loading of o, = 725 MPa and R = 0.1. The fracture surface shows a
radial crack growth region followed by a 45° shear fracture surface. The ratio of the radial
crack growth region to the overall composite area is equal to (1 — o, /UTS). This indicates
that the final fracture was not controlled by the fracture toughness but rather by the residual
strength of the unbroken segment of the composite. This was further confirmed by evaluating
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FIG. 15—Typical persistent slip band microcracks observed in the Cu region between the Cu-Nb
sub-elements.

the critical crack length (a,) at o
length was estimated from

= 725 MPa, using K%, = 23.4 MPa,/m. The critical crack

max

K2
a, = _2—lc ©)
'rra Umax
where « is the geometry factor. For an edge crack in a round bar, & was taken to be 1.12 [36].
The critical crack length was then found to be 0.26 mm, which is three times smaller than the

actual crack depth measured before unstable shear fracture. These results may further dem-

FIG. 16—Linkage of PSB microcracks across the Cu-Nb sub-elements.



NAYEB-HASHEMI AND POURRAHIMI ON CU-NB MICROCOMPOSITE 105

FIG. 17—Radial crack propagation in the S3 composite: (a) radial crack path over several
sub-elements; (b) crack growth mechanism by the reversed slip mechanism in the Cu boundaries.

onstrate that unstable crack growth is prevented by the Cu regions between sub-elements. These
regions act as crack arresters by blunting the crack tip. The final fracture is due to a tensile
overload.

Conclusions

In-situ processing is a well-established technique for fabrication of composites with aligned
filaments from two-phase ductile materials. However, in order to obtain a uniform distribution
of the second-phase particles (subsequent filaments in the matrix), the initial ingot containing
these materials must be cooled uniformly from the liquid state. This can be a difficult process,
and segregations of the second-phase material may happen during the cooling procéss. The P/
M process is an alternative techtiique of producing these composites that overcomes that
difficulty.

Cu-Nb microcomposites were successfully prepared by the P/M technique. High-conductiv-
ity and high-strength properties of these composites make them suitable in applications where
high conductivity and high strength are desired. Effects of the initial Nb particle size and volume
fraction on the evolution of the material microstructure and tensile properties were investigated.
A critical volume fraction of Nb (between 15 to 18%) was required in order to obtain inner
connectivity between particles. This volume fraction was independent of the initial Nb particle
size. The Nb particles in the composites with 18 vol.% Nb deformed to the filament’s shape
from the onset of the processing.



106 EVALUATION OF ADVANCED MATERIALS

188U

bt

FIG. 18—Overall fatigue/fracture surface of an S3 composite showing radial fatigue crack growth
region and final shear failure due 10 the tensile overload.

A model incorporating matrix work hardening, fiber strength, and dispersion-type hardening
was developed to predict the yield strength of the composite with the processing deformation.
The model predicts the yield strength of the composite during processing deformation reason-
ably well. The maximum strength for the composites corresponded to the attainment of a
minimum Nb fiber thickness of 5 to 10 nm. For composites with fibers in this range, the
monotonic tensile failure was of a shear-type failure. However, for composites without fully
deformed Nb fibers, the fracture surface had a cup and cone appearance.

Fatigue properties of composites with 18 vol.% Nb and fully deformed fibers (Nb thickness
of 5 to 10 nm) were studied. The mechanism of the crack initiation was found to be by formation
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of slip bands in the Cu boundaries between sub-elements, which leads to development of long
circumferential cracks. Fatigue life in Stage II (crack propagation) constituted only 5 to 10%
of the total fatigue life. The radial crack growth rate in the composite sub-elements was quite
fast. However, the radial crack growth was periodically halted by the ductile Cu between sub-
elements. The radial crack subsequently propagated in this region by the reversed slip
mechanism.

The fracture ends of all fatigue samples showed two distinct regions, a surface perpendicular
to the loading direction, and a surface showing features of shear fracture. For each experiment,
the ratio of the sheared area to the overall area was equal to the ratio of the maximum stress
to the UTS. This result indicates that final fracture occurs by tensile overload rather than by
attainment of a critical crack length.
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ABSTRACT: When a literature search and discussion with manufacturers revealed that there
was virtually no existing data related to the fracture properties and behavior of copper beryllium
alloy C17510, a series of test programs was undertaken to ascertain this information for several
variations in material processing and chemistry. These variations in C17510 were primarily
optimized for combinations of strength and conductivity. While originally intended for use as
cyclically loaded high-field, high-strength conductors in fusion energy research, material testing
of C17510 has indicated that it is an attractive and economical alternative for a host of other
structural, mechanical, and electrical applications.

ASTM tests performed on three variations of C17510 alloys included both J-integral and plane
strain fracture toughness testing (E 813, E 399) and fatigue crack growth rate tests (E 647), as
well as verifying tensile, hardness, Charpy, and other well-defined mechanical properties. Frac-
ture testing was performed at both room and liquid nitrogen temperatures, which bound the
thermal environment anticipated for the fusion components being designed. Fatigue crack prop-
agation stress ratios ranged from nominal zero to minus one at each temperature. In order to
confirm the test results, duplicate and independent test programs were awarded to separate facil-
ities with appropriate test experience, whenever possible.

The primary goal of the test program, to determine and bound the fracture toughness and Paris
constants for C17510, was accomplished. In addition, a wealth of information was accumulated
pertaining to crack growth characteristics, effects of directionality, and potential testing pitfalls.
The paper discusses the test program and its findings in detail.

KEYWORDS: copper beryllium, fracture toughness, fatigue crack propagation, fractography,
conductors, cryogenic testing

The copper-beryllium (CuBe) family of alloys has a 40-year history, having been established
in a wide range of high-consequence applications and used extensively for high-production-
count components. In general, this family of material is selected for a specific property, whether
it is ultimate strength, fatigue resistance, environmental integrity, elevated temperature strength,
or thermal conductivity.

In a recent design for a large magnet system, a copper-beryllium alloy was designated as the
coil conductor material. The conductor specification combined aggressively engineered struc-
tural requirements with the need for high thermal and electrical conductivity. A program was
initiated to optimize the mechanical and electrical properties of the candidate alloy while main-
taining production process practicality for thick-member, 2.8-cm (1.1-in.), significant-weight
(over two metric tons) components. A separate program was initiated which led to the devel-

' Engineering and Scientific staff, Princeton University, Plasma Physics Laboratory, PO Box 451,
Princeton, NJ 08543.
2 Research and Development staff metallurgist, Brush Wellman Inc., Cleveland, OH 44110.
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opment of a welding technique for large structural members composed of the copper-beryllium
alloy.

The following paper describes briefly the requirements for the large magnet design, sum-
marizes the results of the program to simultaneously enhance the mechanical and electrical
properties of the selected alloy, and reports in detail on the extensive material characterization
program. This paper presents the use of a copper beryllium alloy in the role of a high-perfor-
mance structural material intended for high-reliability applications.

Magnet Design Requirements

The Burning Plasma Experiment (BPX) at the Princeton (University) Plasma Physics Lab-
oratory (PPPL) is a proposed fusion research device dedicated to the study of a fusion nuclear
burn. BPX is dominated by a toroidal field coil (TFC) system composed of 18 coils with 21
turns per coil, producing a 9-T magnetic field at the 2.6-m major radius. The coil current is
308 kA and results in a significant conductor thermal excursion, from an initial 80 K to slightly
above room temperature. A key portion of the research device pulse is a 10-s full-parameter
flat top when the experimental nuclear burn occurs. The physical design is driven by two
requirements: a full load scenario of 3000 machine cycles at 9 T and a half-load operation of
30 000 machine cycles at 6 T.

The complete TFC system is composed of approximately 1.13 X 10° kg (2.5 million lb) of
copper-beryllium alloy conductor, arranged in a modified Bitter coil configuration with the
turns constructed from a 2.8-cm (1.1-in.)-thick plate. The design is driven by the nose section
of the conductor where the copper-based alloy is both the structural and the conductive element
of the magnet design. This design configuration, limited by a space envelope, requires the coil
conductor in the nose region to resist the induced magnetic loads without any external support
structure.

Because of the activation potential of BPX and the mechanical complexity of the magnet
systems, replacement of a failed conductor component is a significant task. Therefore, an
aggressive quality assurance program and significant engineering margin in the design are
planned. A series of ASTM procedures to inspect both the copper beryllium material and the
welds have been established. These methods include ultrasonic inspection and X-ray
examination.

The electromagnetic loading of the TFC is illustrated in Fig. 1 and summarized below:

1. The vertical separating force, restrained by the conductor and case, is 85 X 10° N (19 X
10° 1b).
2. The overturning force of the uncased inner leg, the coil nose, is 16 X 10° N (3.6 X 10°
Ib).
. The overturning force of the cased outer leg is 18 X 10° N (4.1 X 10° 1b).
4. The centering force of the uncased inner leg is 258 X 10° N (58 X 10°Ib).

W

Candidate Conductor Materials

Once the general system parameters were established, an extensive survey of candidate
conductor materials including copper-based materials was performed. No commercially avail-
able material was identified which would immediately meet the design criteria for the conductor.
Several of the material properties key to this design, including low-temperature characteristics,
electrical conductivity, thermal conductivity, fracture toughness, and fatigue response, were
unavailable in the literature. The methods of preliminary evaluation of candidate materials
included establishing the 15 000 cycle stress range capability for a range of R factors. The
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FIG. 1—The load summary of the BPX TF coil.

factor R is defined as the ratio of minimum stress divided by the maximum stress. A pure
tension fatigue test would be characterized by an R factor of greater than zero. Alternately, a
stress range excursion, symmetric around zero, where the compressive range is the same mag-
nitude as the tension would have a R factor of —1. Figure 2 illustrates the relative fatigue
performance of several of the candidate coil conductor materials.

Copper-Beryllium Alloy Family

The copper-beryllium alloy family is dominated by copper, typically 98%, and beryllium.
In specific compositions, the beryllium is combined with nickel or cobalt to obtain enhanced
properties through heat treatment, a sequence of solution annealing and precipitation hardening.

When the beryllium and nickel/cobalt contents are 1.8 to 2.0 and 0.2% by weight, respec-
tively, the commercially available alloy (UNS C17200) exhibits aged properties as detailed in
Table 1. When the beryllium and nickel content are 0.2 to 0.6 and 1.4 to 2.2% by weight,
respectively, the commercially available alloy (UNS C17510) exhibits age-hardened properties
as detailed in Table 2. The abbreviated requirement for one option of conductor material is
detailed in Table 3.

The full design specification for the conductor material contains significant detail including
demonstrated performance margin in full-size components, biaxial loading capability, fatigue
and fracture integrity, low-temperature characteristics to liquid nitrogen, and high thermal and
electrical conductivity.

Through a deliberate selection of composition, prescription of processing steps, and selected
heat treatment, a range of properties may be achieved within the general specification of the
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TABLE 1—Typical characteristics of commercially available UNS C17200 (THO4).

Material Property Typical Property Values
Yield strength 1035-1400 MPa (150-200 ksi)
Elongation 5-15%

Fatigue strength, 10® cycles 345-414 MPa (50-60 ksi)
Electrical conductivity 15-28% IACS at room temperature

copper-beryllium alloy. Examples of the classic tradeoff between electrical conductivity and
yield strength for precipitation-hardenable materials are common. However, there are several
processing routes to achieve the same yield/conductivity goal. These alternate processes lead
to materials with different fatigue, fracture, and impact properties.

The copper-beryllium alloys can be manufactured to a favorable combination of strength and
conductivity by control of composition, thermomechanical processing, and aging treatment. An
alloy’s properties can be engineered to the requirements of a specific application, for instance
where fatigue strength and conductivity levels are targeted by a design. Production of C17510
starts with a direct chill (DC) cast billet followed by a conventional wrought processing and
subsequent aging to the required strength or-other physical property. The materials examined
in this program represent a processing sequence targeted to simultaneously enhance strength
and conductivity. During the course of the program over 100 process combinations were inves-
tigated to establish the optimum manufacturing sequence and map process parameter sensitivity.

Three large plates have been manufactured for PPPL under the BPX program. Three different
specifications were developed, and three distinct alloy variants of C17510 were produced in
large plate configurations. The alloy and Brush Wellman’s trademark designations for these
plates which are used in the following discussions are summarized in Table 4 with the yield
strength and electrical conductivity detailed.

Each of the C17510 alloys, designated as A, B, and C, were produced in large plate forms.
Alloy A and Alloy B measured 1.9 by 76 by 483 cm (0.75 by 30 by 190 in.), and Alloy C was
produced in a plate measuring 2.8 by 127 by 635 cm (1.1 by 50 by 250 in.). Figure 3 illustrates
the Alloy C plate next to two TF coils of TFTR, the flagship fusion experimental device for
the United States. The process details and specifics of the materials properties are contained in
a series of program reports [/—4]. The precision electrical conductivity measurements were
performed at the National Institute of Standards and Technology and included measurements
from 75 to 300 K [5].

Further process enhancements have been recently performed to expand the strength and
conductivity regime. However, these materials have not yet been characterized beyond the
ultimate yield and electrical conductivity at room temperature [6]. A sampling of these electrical
conductivity and yield strength values are contained in Table 5.

The strength of this copper-beryllium alloy family is derived from the precipitation of meta-

TABLE 2—Typical characteristics of commercially available UNS C17510 (TF00).

Material Property . Typical Property Values
Yield strength 552-689 MPa (80-100 ksi)
Elongation 5-20%

Fatigue strength, 10® cycles 207-310 MPa (3045 ksi)

Electrical conductivity 45-60% IACS at room temperature
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TABLE 3—Characteristics of one option of conductor material.

Material Property Typical Property Values
Yield strength 724 MPa (105 ksi)
Elongation 15%
Fatigue strength 360 MPa (52 ksi) for 3000 cycles
Fatigue strength 328 MPa (47.5 ksi) for 30 000 cycles
Electrical conductivity 68% IACS at room {emperature

stable phases. The precipitation sequence begins from solid solution with the nucleation of
Guinier-Preston (GP) zones. As age-hardening progresses, a series of coherent precipitates
followed by partially coherent precipitates form from the GP zones. Intermetallic particles
known as beryllides, containing Be and Ni, are formed during solidification and also during
thermal processing. The combined effect of the precipitates and beryllides is to increase the
strength of the alloy. The increase in strength during aging is characteristic of a precipitation-
hardenable alloy where the strength reaches a peak value during the aging cycle and decreases
as a result of overaging. Electrical conductivity continues to increase during aging as the solute
atoms are depleted from solid solution, resulting in a uniform and homogeneous precipitate
distribution.

C17510 as a Structural Material

The BPX TF conductor material was required to be a structural member with excellent
electrical and thermal conductivity. The physical and conductivity properties of copper-beryl-
lium had to be simultaneously enhanced over commercially available material, and key per-
formance characteristics had to be established. The conductor alloy of choice, a form of C17510,
compares favorably with a number of conventional high-performance structural materials as
detailed with typical physicals in Table 6.

Each BPX TF conductor turn is essentially a 2.75-cm-thick plate measuring 3.80 by 6.35 m
(150 by 250 in.). Due to manufacturing constraints, each turn had to be formed by joining three
1.27 by 6.35 m (50 by 250 in.) plates. Further, each turn had to be joined to the neighboring
turn to produce a structurally and electrically continuous element. The design requirements
included a weld joint with a 345 MPa (50 ksi) yield strength’integrity. A development program
was initiated to establish a welding technique to meet the design goal [7-9]. The physical
aspects of this weld, using C17200 weld filler to join the modified C17510 plate, compare
favorably with typical values for more common high-performance structural welds as sum-
marized in Table 7.

TABLE 4—Designations and properties for three versions of C17510.

Electrical Conductivity, 0.2% Yield Strength,
Alloy Trademark Designation %BIACS MPa (ksi)
Alloy A Hycon 3HP™S58110 58 758 (110)
Alloy B Hycon 3HP™70080 70 552 (80)

Alloy C Hycon 3HP™68105 68 724 (105)




FIG. 3—The Alloy C plate adjacent to the TFTR TF coils.

TABLE 5—Designations and properties for five versions of

Ci17510.
0.2% Yield
Electrical Strength,
Heat Designation Conductivity, %IACS MPa (ksi)
25030/5259-8 77.0 565 (82.0)
25030/4362-8 74.0 599 (86.9)
25030/4354-8 74.3 590 (85.6)
33881/5047-6 70.5 675 (97.9)
22840/7232-3 63.2 805 (116.9)

115
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TABLE 6—Typical physicals for a variety of high-performance
structural materials.

0.2% Offset

Yield Strength, Ultimate Strength,

Material MPa (ksi) MPa (ksi)
C17510 723 (105) 792 (115)
Ti Grade 12 413 (60) 517 (75)
Alloy C-4 345 (50) 792 (115)
Alloy 825 310 (45) 689 (100)
316L 172 (25) 482 (70)
304L 172 (25) 482 (70)

Tensile Properties of the Full-Size Plates

Tensile properties of the three full-size plates, designated Alloys A, B, and C, are listed in
Table 8. Tension testing was performed at room temperature and 77 K in conformance with
the ASTM Standard Test Methods of Tension Testing of Metallic Materials (E 8). In general,
the room temperature longitudinal (L) and transverse (T) yield strength, tensile strength, and
elongation indicate that the plates are isotropic in tension. The elastic modulus shows similar
isotropy for Plates A and C. Plate B shows a lower modulus as a result of unique thermal
processing designed to produce the strength and electrical conductivity indicated.

Tensile properties are a function of temperature, demonstrating an increase in yield strength,
tensile strength, and ductility at the reduced test temperature. The strength increase occurs
independent of modulus, which remains at a value consistent with the room temperature data.

Microstructure

The microstructures of the plates are shown in Fig. 4. The microstructure and the grain size
vary between the three plates since similar, but not identical processing procedures were
employed. Processing of the plates, including hot and cold rolling, resulted in grain elongation
in the rolling direction and compaction in the transverse direction. The average grain size of
the plates was measured to be 23.3, 25.1, and 49.8 um for A, B, and C, respectively. Tensile
strength of the plates, detailed in Table 8, is independent of the grain size. Since the material
is precipitation hardened, the volume fraction and the distribution of precipitates, not the grain
size, establishes the strength and ductility.

TABLE 7—Typical physicals for a variety of high-performance
structural welds.

0.2% Offset
Yield Strength, Ultimate Strength,

Weld Material MPa (ksi) MPa (ksi)
C17510/C17200 586 (85) 655 (95)
Ti Grade 12 482 (70) 551 (80)
Alloy C-4 551 (80) 723 (105)
825/NiCrMo 482 (70) 758 (110)
316L 448 (65) 586 (85)

304L 413 (60) 551 (80)
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Charpy V-Notch

Charpy V-notch tests, conducted in accordance with the ASTM Standard Test Methods for
Notched Bar Impact Testing of Metallic Materials (E 23), are listed in Table 9. The 77 K liquid
nitrogen values show an increase in impact toughness at 77 K as compared with the room
temperature data. In addition to these greater toughness values, the macro shear fracture per-
centage increases slightly. This trend in results was expected since the material has a face center
cubic structure.

While the tensile results indicated the material to be isotropic, the impact toughness values
for Plate C show otherwise. The room temperature TL and LT values, 16 and 39 J, respectively,
show directionality in the impact toughness. The shear fracture percentage substantiates that
the LT orientation is inherently tougher than the TL. In reference to the plate processing, the
cracks are less blunted in the longitudinal rolling direction than in the transverse direction. The
toughness value in the transverse direction increases at 77 K to 24 J without an increase in
fibrous fractute.

Fracture Toughness Testing

Over a period of about a year, four independent test programs [/0—14] were initiated in an
attempt to establish the fracture-related material constants of the three candidate CuBe alloys.
These tests were to be performed in strict accordance with ASTM standards and included the
following in addition to those mentioned previously (ASTM E 8, ASTM E 23):

1. the ASTM Standard Test Method for Plane-Strain Fracture Toughness of Metallic Mate-
rials (E 399).

2. the ASTM Standard Test Method for J,., a Measure of Fracture Toughness (E 813).

3. the ASTM Standard Test Method for Measurements of Fatigue Crack Growth Rates (E
647).

The first test program was awarded for the testing of Alloys A and B [/0-11]. The second
test series examined Alloy A only. The final two programs, initiated after the results of the first
two were completed and studied [12,13], examined Alloy C, only, which was developed, in
part, based on the results of the initial tests on Alloys A and B.

All fracture toughness tests (ASTM E 399 and ASTM E 813) were performed on 19.1-mm
(0.75-in.)-thick standard compact tension (C(T)) specimens, conforming with the Alloys A and
B plate thicknesses. The fatigue crack growth rate tests were all performed on center cracked
panels (M(T)) measuring 290.5 by 101.6 by 9.5 mm (11.4 by 4.0 by 0.375 in.). M(T) specimens
are indicated by the ASTM for testing at stress ratios (R = §,,./S,...) that are less than zero.

min’ “~ max

TABLE 9—Impact toughness of CuBe alloy C17510, Charpy V-notch.

Room Temperature, 77K
Plate ID Orientation J (ft-1b) % Shear J (ft-1b) % Shear
A° LT 50 (37) 30 68 (50) 40
B LT 81 (60) 50 85 (63) 50
C LT 39 (29) 55 56 (41) 60
(o TL 16 (12) 5 24 (18) 5

“ Brush Wellman Inc. alloy designation Hycon 3HP™S58110.
* Brush Wellman Inc. alloy designation Hycon 3HP™70080.
¢ Brush Wellman Inc. alloy designation Hycon 3HP™68105.
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Since the intended application of the alloy as a conductor was for conditions whose value of
R would predominantly be less than zero, only M(T) specimens were tested, including those
at nominal zero, for consistency. Tests were performed almost entirely at room and liquid
nitrogen temperatures. It was anticipated that all varieties of the C17510 alloy would probably
be too tough for this specimen thickness to produce consistently valid plane strain ASTM E
399 results, especially at room temperature; therefore, a matrix of ASTM E 399 and ASTM E
813 specimens were prepared with the expectation that the J,, results would be the more valid
of the two toughness specimens. Since some materials become more brittle (less tough) while
strength increases at lower temperatures, it was anticipated that the ASTM E 399 tests could
possibly produce more valid results at liquid nitrogen than at room temperature, with ASTM
E 813 tests again to be performed as backup, if necessary.

With so little known about the fracture properties of C17510, certain assumptions had to be
made prior to testing. For example, based on the geometry of the proposed toroidal field coil,
and the fact that the static properties indicated essentially isotropic behavior, the first two sets
of toughness specimens (Alloys A and B) were cut and the tests conducted on only one ori-
entation of the CuBe plate, the LT direction, as indicated in Fig. 5. The intent was to orient
the specimens during the tests so that cracks would propagate in the transverse direction, the
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FIG. 5—Schematic of CuBe plate orientation with respect to the BPX TF coil and test specimens.
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more critical, shorter, radial direction of the magnetic coil. Consistent with this, the principal
design loads on the coil are in the longitudinal direction.

While the results of every ASTM E 399 test in the initial programs for Alloys A and B were
invalid (the materials, not surprisingly, being too tough and ductile for these specimen thick-
nesses even at liquid nitrogen temperatures) the failure mechanism for every specimen was
similar and unexpected. Rather than the specimen cracking normal to the applied load direction
and along the prescribed notch, as is usually the case, the cracks turned near 90° and failed
parallel to the load direction. This Mode II-type shearing failure, unusual for metallic materials,
was attributed, in part, to the fact that the CuBe plates were primarily rolled in one direction,
longitudinally, which may affect the grain structure of the material in such a way as to render
that direction a more preferred crack propagation plane than the transverse direction, the direc-
tion normal to the rolling and to the applied load. Therefore, regardless of how a C(T) specimen
is oriented, it became clear that the preferred crack path and rupture plane will ultimately be
in the longitudinal, or rolled, direction. With this knowledge in hand, when the final two test
programs for Alloy C were prepared some months later, toughness specimens were cut in both
the LT and TL orientations, with valid ASTM E 399 results obtained for the alloy’s preferred
TL direction. Figure 6 shows typical failed ASTM E 399 specimens for all three alloys in the
LT orientation. Figure 7 is a matrix of Alloy C specimens that contrast the effects of temperature
and orientation.

The ASTM E 813 fracture toughness tests benefitted from the ASTM E 399 tests that pre-
ceded them. Almost all J,_ specimens were side-grooved after the precracking portion of each
test (per ASTM guidelines). Side-grooving reduces the area of the desired fracture plane normal
to the load direction and attempts to force the failure in the preferred transverse direction and
within acceptable ASTM standards. In the case of CuBe, side-grooving in the ASTM E 813
tests would help to prevent the crack from making the anticipated near 90° turn experienced in
the ASTM E 399 LT tests, where side-grooving is not permitted per the ASTM standard. Figure
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FIG. 6—Typical plane strain fracture toughness specimens for the three alloys in the LT
orientation.
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FIG. 7—Alloy C plane strain fracture toughness specimens indicating orientation and
temperature.

8 shows the effects of side-grooving for the LT orientation of Alloy A. As with the ASTM E
399 tests, the ASTM E 813 tests on Alloys A and B were all of the LT orientation and Alloy
C tests examined both LT and TL. Several of the J,. specimens, including side-grooved LTs,
produced valid results with others coming extremely close to meeting the ASTM criteria. Figure
9 shows typical failed ASTM E 813 specimens for all three alloys in the LT orientation. Figure
10 is a matrix of Alloy C specimens that contrast the effects of temperature and orientation.

ST P A
o 1 2 3 4 5

FIG. 8—The effects of side grooving on J,. Alloy A specimens in the LT orientation.
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FIG. 9.—Typical 1, fracture toughness specimens for the three alloys in the LT orientation.

Based on the limited number of valid J,, and K |, tests, the values of fracture toughness for
the three C17510 alloys cannot be determined with certainty, but Table 10, which summarizes
the toughness testing results, can be used to estimate values of fracture toughness that can be
used for comparison with other materials and for life prediction calculations.

Fractography

Representative plane strain fracture toughness (K,,) compact tension specimens, tested at
room temperature and 77 K, were selected for scanning electron microscopy (SEM) exami-
nation of the fracture surface. The unusual fractures seen in Fig. 6 were typical of specimens
in the LT orientation. In contrast, specimens tested in the TL orientation developed a more

conventional planar appearance.

L=F 1 R, T-L / R.T.

L-T / LNg T-L / LN2
..;.fq;.‘-.?:.wrfl'il'!'illlr"i'UI'J'l;'!'!'I'l'I'Y'!'.I_'t‘;'l-_'!-'l'I']-'l'r'l'l' ‘I'I'I‘I'I'I‘I'\'I'L’IH'I'\'l‘l'l'I'I'J;I'l'l'!'|'l‘!1|im'¢|¥lnl!n

e -
llulll|Il|-|‘|-nu|lu||'|...

.hmJ':mi;.{);ﬁudgnmnlJ.‘riITI.IH_hgnﬂm{r;l1!2:!1!ﬂuﬁwgmﬁyr{"_amuumrluuuhufl'unlur‘uﬁm_hu::l‘u_.u_. |_<I|;|||l||_|__‘>_“|_“'
FIG. 10—Alloy C 1, fracture toughness specimens indicating orientation and temperature.
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TABLE 10a—Summary of fracture toughness testing (ASTM E 399 and E 813), K.

Alloy Test Condition* Report Reference K,, MPa Vm K, ksi Vin.
A LT/RT [10] 102.1, 91.3, 104.3 929, 83.1,94.9
A LT/RT [17] 81.0, 88.6, 81.3 73.7, 80.6, 74.0
A LT/INT [17] 913,854 83.1,77.7

A LT/LN [10] 123.2, 129.3, 128 .4 112.1, 117.7, 116.9
A LT/LN [11] 93.0,91.5 84.6, 83.3

B LT/LN [10] 94.6, 101.5, 100.8 86.1,92.4,91.7
C LT/RT [72] 89.3, 83.2 81.3,75.7

C LT/LN [12] 100.0, 109.7 91.0,99.8

C TL/RT [12] 63.6, 59.2¢ 57.9, 53.9°

C TL/LN [12] 98.6, 95.7 89.7, 87.1

@ Abbreviations: RT = room temperature, LN = 77 K liquid nitrogen, INT = 150 K.
¢ This specimen was valid according to all ASTM test criteria.

In Fig. 11, the fracture surfaces are shown from Plate C, which was tested oriented in the
TL direction at room temperature and 77 K. These specimens exhibit ductile rupture with a
mix of conical and shallow dimples. The fracture mode is primarily transgranular with some
intergranular character. Small particles, intermetallic beryllides, are seen within several of the
dimples. The specimen tested at 77 K displays a greater degree of tearing and a variety of
dimple sizes.

Plate C, tested in the LT orientation, displays secondary cracking. These secondary crack
paths, shown in Fig. 12, are intergranular and were evidenced both at room temperature and
77 K. The extent of ductile tearing and the development of secondary cracks increases at the
low test temperature, as illustrated in Fig. 12. The fracture character and crack propagation is
similar for Plates A and B. LT specimens, tested at 77 K are shown in Figs. 13 and 14 for A
and B, respectively. Each display transgranular ductile fracture with secondary cracking.

TABLE 10b—Summary of fracture toughness testing (ASTM E 399 and E 813), J,.

Alloy Test Condition* Report Reference Jo» kKN/m J o, Ib/in,

A LT/RT [10] 97, 89,92 554, 508, 526
A LT/RT [11] 33, 158%, 37 191, 902,> 214
A LT/LN [10] 218, 262, 162 1243, 1494, 927
A LT/LN [17] 201, 318%, 171 1148, 1814,> 978
B LT/RT [10] 85, 75, 80 488, 428, 454
C LT/RT [12] 23, 20, 27 134, 112, 156
C LT/RT [13] 135, 143, 135 771, 817,771

C LT/LN [12] 54,94,73 307, 537,418

C LT/LN [13] 257, 251¢, 258 467, 1433, 147
C TL/RT [12] 26,...4..4 151,...4.. 4
C TL/RT [13] 56, 57, 55 320, 314, 325

C TL/LN [12] 72,71, 63 412, 404, 358

C TL/LN [13] 130, 128, 134¢ 742, 731,765

« Abbreviations: RT = room temperature, LN = 77 K, liquid nitrogen.

¢ Indication of a J,- specimen that was not side grooved.

< This specimen was valid according to all ASTM test criteria.

“Indication of not enough valid data points for curve fit.
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FIG. 11—SEM micrograph of Alloy C plate, TL orientation, tested at room temperature (top) and
77 K (bottom).

Fatigue Crack Growth Rate Testing

Given the limitations of time and money, the fatigue crack growth rate testing could not be
totally comprehensive considering the many variables associated with this type of test, but the
tests still produced several significant findings that reflect a greater understanding for the behav-
ior of the C17510 alloy family. As with the toughness tests, the first two test programs per-
forming ASTM E 647 examined the LT orientation of Alloys A and B only. While only a
limited amount of crack growth testing was performed on Alloy B at room temperature and R
= —1, a greater amount of testing was performed on Alloy A, filling a matrix of conditions at
R equals nominal zero and minus one at both room and liquid nitrogen temperatures with
multiple specimens for each condition duplicated independently at two different test facilities.
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FIG. 12—SEM micrograph of Alloy C plate, LT orientation, tested at room temperature (top) and
77 K (bottom).

Fortunately, the required M(T) specimen for negative stress ratios was ideally suited to test the
LT direction. If the more typical compact-type C(T) specimen had been used, Mode II-type
crack propagation paths that turn toward the longitudinal direction would be anticipated. But,
by virtue of its symmetry in geometry and load, the M(T) specimen was effectively able to
study the more desirable Mode I LT direction crack propagation.

Optical observation of the crack fronts during testing revealed that the crack tip in actuality
frequently branched in several directions at once, resulting in multiple crack tips at each front.
This resulted in a somewhat irregular cracking plane as the overall crack progressed and con-
tinued branching. From a testing standpoint, this is not an overly desirable behavioral pattern;
however, from a practical applications standpoint, the multiple crack front is indicative of the
materials’ ductility and energy absorption capabilities when in service, making it a desirable
candidate structural material.
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FIG. 13—SEM micrograph of Alloy A plate, LT orientation, tested at 77 K.

The latter Alloy C tests, which studied both the LT and TL crack growth orientations, also
employed the M(T) specimen exclusively for all tests. In addition to testing multiple specimens
in both orientations at both room and liquid nitrogen temperatures for stress ratios of nominal
zero and minus one, as with the Alloy A tests, Alloy C tests were also performed at an inter-
mediate value of R = —0.25 at room temperature for the LT and TL directions tying it to a
performance condition of the BPX conductor.

The principal goal of the ASTM E 647 tests was to study Stage II crack growth and thereby
determine the Paris constants from the log-log plots of crack growth rate versus stress intensity
range for the three alloys at each set of testing conditions. By coupling the experience of the
testing facilities with the evidence that these alloys exhibited classical crack growth behavior,
Stage II growth, from which the Paris constants were determined, was chosen for a prescribed

FIG. 14—SEM micrograph of Alloy B plate, LT orientation, tested at 77 K.
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-0.25
-1.0

FIG. 15—Comparison of Alloy C crack growth surfaces for three different stress ratios—room
temperature, LT orientation.

daldN range that consistently demonstrated the linear behavior typical for this test. Any vari-
ation in the Paris constants would help to establish the sensitivity of the alloys to stress ratios
and temperature. As a result of this fundamental goal, and the aforementioned testing limita-
tions, no attempt was made to study the more complex crack growth approaches such as closure
theory or fitting to the Forman equation. Nevertheless, the crack growth tests provided valuable
additional data that supplemented the Paris constants. For example, initial crack growth testing
was carefully performed at relatively low applied loads and rates in order to approximate where
Stage II growth began. As a result, a rough estimate of Stage I growth and, in turn, an estimate
of the threshold stress intensity could be made from the data, which consistently indicated a
value of approximately 10 MPa\/m (~10 ksiV/in.) for the LT direction in all three alloys. TL
tests indicated a value of threshold stress intensity that was slightly less than the LT tests (=8-

R = 0.0

R = -0.25
R = 1.0

'[I'|'|1||I]I'|!]Il1||[|-l||l]|
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FIG. 16—Comparison of Alloy C crack growth surfaces for three different stress ratios—room
temperature, TL orientation.
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ALLOY A’
ALLOY 'B’

ALLOY 'c’

FIG. 17—Comparison of crack growth surfaces for the three alloys—room temperature, LT ori-
entation, R = —].

9 MPa\V/m). Similarly, an examination of the final Stage III data points of crack growth just
prior to failure yielded approximate values of fracture toughness that could be compared to the
values obtained by the toughness tests. Figure 15 compares the surfaces of Alloy C specimens
at room temperature in the LT orientation for three different stress ratios. Figure 16 does the
same for TL orientation specimens. Figure 17 contrasts the surfaces of the three alloys for room
temperature, R = — 1, LT orientation conditions. Figure 18 compares crack surfaces of Alloy
A, LT orientation, for three different temperatures, all at a stress ratio of minus one.

In general, the ASTM E 647 tests in all four test programs went extremely well with frequent
tight overlaying of data points and Paris constants nearly duplicated consistently for common
testing parameters in the various test programs providing additional validity to the results.

FIG. 18—Comparison of Alloy A crack growth surfaces at three different temperatures—LT ori-
entation, R = —].
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FIG. 19—da/dN versus AK plot for three specimens—Alloy A, room temperature, LT orientation,

R =-1

Typical consistency of test results can be seen in Figs. 19 and 20, which depict different
conditions for different alloys. Table 11 summarizes the Paris constants from these test pro-
grams for all three alloys.

Several fatigue crack growth tests were performed at an intermediate cryogenic temperature
of 150 K. This was done to determine the Paris constants at a temperature near to one of the
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TABLE | 1—Summary of Paris constants based on fatigue crack growth rate tests (ASTM E 647)."

Number of C
Specimens/

Alloy Test Condition® Report Reference (m/cycle) (in./cycle) n

A LT/R = O/RT 2/[10] 8.943E-11 3.521E-09 2.330
A LT/R =~ O/RT 2/[11] 6.782E-11 2.670E-09 2.460
A LT/R = —1/RT 3/[10] 4.191E-11 1.650E-09 2.603
A LT/R = —1/RT 2/[11] 1.420E-10 5.590E-09 2.270
A LT/R = O/LN 2/[10] 1.418E-11 5.583E-10 2.812
A LT/R = O/LN 2/[11] 1.51SE-11 5.964E-10 2.878
A LT/R = —1/LN 3/[10] 1.158E-11 4.561E-10 2.895
A LT/R = —1/LN 2/[11] 2.131E-11 8.390E-10 2.834
A LT/R = —l/INT 3/111 e
B LT/R = —1/RT 2/[10] 2.929E-11 1.153E-09 2.866
C LT/R =~ O/RT 2/[13] 2.224E-11 8.755E-10 2.728
C LT/R = —1/RT 2/[13] 3.249E-11 1.279E-09 2,771
C LT/R = —1/RT 2/[12] 2.083E-11 8.199E-10 2.879
C LT/R = O/LN 2/[13] 3.373E-12 1.328E-10 3.055
C LT/R = —1/LN 2/[13] 5.347E-12 2.105E-10 3.100
C LT/R = —1/LN 2/[12] 9.649E-12 3.799E-10 3.020
C LT/R = —0.25/RT 2/[12] 2.045E-11 8.051E-10 2.801
C TL/R =~ O/RT 2/[13] 2.601E-12 1.024E-10 3.662
C TL/R = —I/RT 2/[13] 6.515E-12 2.565E-10 3.496
C TL/R = —1/RT 2/[12] 5.017E-12 1.975E-10 3.536
C TL/R = O/LN 2/[13] 6.365E-13 2.506E-11 3.660
C TL/R = — /LN 2/[13] 2.446E-12 9.629E-11 3.467
C TL/R = —1/LN 2/[12] 4.592E-12 1.808E-10 3.322
C TLR = —0.25/RT 2/[12] 4.475E-12 1.762E-10 3.510

“ Data fit by linear regression analysis.

® The Stage II range was generally set between 2.54E-08 to 2.54E-06 m/cycle (1.0E-06 to 1.0E-04 in./
cycle) with a few specimens lower bound set at 1.27E-08 m/cycle (5.0E-07 in./cycle).

¢ Abbreviations: RT = room temperature; LN = 77 K, liquid nitrogen; INT = 150 K.

4 These data were felt to be unreliable due to their scatter.

potential operating levels of the designed magnets as well as to study the linearity of the
constants as a function of temperature. Unfortunately, technical difficulties during the tests
produced sufficient scatter and uncertainty in the data to render the results invalid. The problem,
which resulted from the formation of unanticipated ice crystals at the crack tip, was attributed
to the presence of excessive moisture in the cryogenic testing chamber which would not be
present in a pure liquid nitrogen bath and not be a concern at room temperature. The importance
of obtaining additional crack growth data at additional temperatures remains a high priority.

Summary

Based on the material development program described in this paper, copper-beryllium alloy
C17510 shows enormous potential as a structural material that can be utilized in a wide variety
of special applications. Originally optimized for use as a low-temperature, high-strength, high-
conductivity material in an experimental fusion device, the favorable fracture and fatigue capa-
bilities as well as environmental integrity and excellent welding characteristics of C17510
suggests its use in many other industrial and commercial situations. The alloy has shown poten-
tial to be further engineered depending on the specific needs demanded by particular circum-
stances. While the work presented herein is by no means comprehensive or totally complete,
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it represents a first step in what plans to be an ongoing experimental program to further establish
C17510 as a viable candidate material, supported by the favorable findings from these material
tests. Future work will propose additional specific applications for copper-beryllium in con-
junction with additional testing.
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Fatigue of a Particle-Reinforced Cast
Aluminum Matrix Composite at Room
and Elevated Temperatures
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ABSTRACT: Constant amplitude low-cycle fatigue, fatigue crack growth, and variable ampli-
tude fatigue tests were performed on a 20% volume fraction SiC particle-reinforced A356 cast
aluminum matrix composite at room temperature at 150°C. Data obtained were analyzed and
compared with those of the unreinforced matrix material. Variable amplitude loading fatigue life
calculations were performed using commercially available software.

The low-cycle fatigue results revealed that the composite material had somewhat lower fatigue
resistance than the unreinforced material at room temperature and that the composite fatigue
resistance decreased with increasing temperature. Room temperature fatigue crack growth rates
were higher, and AK,, values were lower in the composite compared to those of the unreinforced
material. There was not much difference between the composite fatigue crack growth rates at
the two temperatures. Positive R ratio increased fatigue crack growth rates of the composite, but
had more effect at room temperature than at 150°C. SEM fractography revealed that pores were
preferred fatigue crack initiation sites. For small AK, fatigue cracks grew predominantly through
the matrix, while with increasing AK more and more particles were fractured. Micromechanisms
of crack growth were of the ductile type in the matrix, while particles were cleaved. Particle/
matrix interface debonding was not observed. Both reasonable and unreasonable fatigue life
predictions were obtained with this metal matrix composite using the common low-cycle fatigue
and fatigue crack growth approaches.

KEYWORDS: metal matrix composites, aluminum matrix, particulate reinforcement, low-cycle
fatigue, fatigue crack growth, variable amplitude loading, fatigue life predictions

Metal matrix composites (MMC) are promising materials for structural applications at room
and elevated temperatures. One of the main intentions in MMC development is to replace
existing high-temperature materials with a simultaneous increase in service temperature range
and specific mechanical properties. Examples of this are potential applications of MMC for
turbine and automobile engine components and for aerospace structures.

There are three basic types of MMC: dispersion-strengthened, particle-reinforced, and fiber
(whisker)-reinforced [I]. Reinforcement is usually an intermetallic compound, an oxide, a
carbide, or a nitride. Principal reinforcement materials for MMC today are: silicon carbide
(SiC), boron (B), alumina (Al,O;), and graphite, while metal matrices are mainly lightweight
metals like alloys of aluminum (Al), magnesium (Mg), and titanium (Ti) [7].

Experimental evaluation of discontinuously reinforced MMC tensile properties is routinely

' Adjunct assistant professor, and professor, respectively, Mechanical Engineering Department, The
University of Iowa, lowa City, IA 52242.
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done after each new material is developed. The results show higher strength and stiffness and
lower ductility at operating temperatures than corresponding unreinforced matrix material.
Fracture toughness and fatigue behavior results, however, are relatively rare in the available
literature even from room temperature, not to mention elevated temperatures. It is expected
that discontinuously reinforced MMC components will be used at elevated temperatures under
variable amplitude loading. Reliable component fatigue life predictions under these conditions
are crucial for wide-scale applications of these materials. Available literature data are not com-
prehensive enough to allow for those predictions even at room temperature. It was the aim of
this research to provide such fatigue data and fatigue life prediction schemes for a specific cast
aluminum alloy-based SiC particle-reinforced MMC. The results obtained are compared to
those of the unreinforced material, which was extensively studied previously [2—4].

Material Description

The metal matrix composite used in this research is based on cast aluminum alloy A356
reinforced with 20 vol% SiC particles. The MMC was obtained by adding SiC particles to the
melted A356 matrix alloy, which was kept at a certain temperature (proprietary information).
The composite was initially cast in ingot form. Ingots were later cast into blocks, from which
specimens used in this research were made. To avoid particle clustering, some stirring of the
mixture was applied during sand casting until the liquidus temperature was reached. The sand
cast blocks were solutionized at 540°C for 12 h, hot water quenched, and artificially aged at
154°C for 5 h (T61 thermal treatment). SiC particles were elongated, with aspect ratios between
2:1 and 5:1. Particle-size distribution had a median of 13 * | pm, with 3% of the particles
larger than 25 wm and 94% larger than 5 pm [5]. The reinforcement chemical composition
was as follows: SiC 98.0% min, free Si 0.3% max, free SiO, 0.5% max, free C 0.2% max, and
free Fe 0.2% max [5].

Experiments

The following types of tests were performed on specimens made of the MMC: monotonic
tension, smooth specimen constant strain amplitude low-cycle fatigue, constant load amplitude
and load-shedding fatigue crack growth and variable amplitude loading with a notched keyhole
specimen. All tests were performed at both room temperature and 150°C, which is considered
to be a common service temperature for components made of this MMC.

Specimens for testing were obtained by machining sand cast blanks. Sand casting was chosen
as an inexpensive, high-quality, reliable way of casting this material. Axial specimen geometry
used for monotonic and low-cycle fatigue testing is shown in Fig. 1. The compact tension,
C(T), specimen geometry for fatigue crack growth and the keyhole specimen geometry for
variable amplitude testing are shown in Figs. 2 and 3, respectively.

All tests were performed using an 89-kN electrohydraulic closed-loop test system with two
different controllers, an analog and a digital type. Only variable amplitude loading tests were
performed using the digital controller. Elevated temperature testing was performed in an elec-
tric-heated environmental chamber attached to the test system frame. The chamber was con-
trolled to within *+1.5°C accuracy. Water-filled cooling coils were attached to the load cell to
keep its temperature low. Specimens used in elevated temperature tests were held at 150°C for
at least 30 min before testing to allow initial temperature gradients in a specimen to die out.

Monotonic Stress-Strain Behavior

Two axial specimens were used for monotonic testing at room temperature and two at 150°C.
Manually operated hydraulic grips were used for holding the specimens in the testing machine
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FIG. 1—Axial specimen for monotonic tension and strain-life tests (all dimensions in millimetres).

at both temperatures. Strain measurements at both temperatures were performed using a strain-
gage-based extensometer with 12.5-mm gage length. All specimens had epoxy dots fixed along
the length at approximately 12.5 mm distance, where extensometer knife edges were allowed
to dig in to ensure that no slipping occurred during testing and that the specimen surface was
not damaged by the knife edges. Load-strain data were recorded using both an X-Y plotter and
a digital computer with a data collection device. The computer-collected data were transferred
to a portable IBM PC compatible computer for storage and further analysis.

Figure 4 shows plots of computer-collected monotonic (lines) and cyclic (points) stress-strain
data of all the specimens tested. Since the plastic and total strain levels were very small (of the
order of 1%), it did not make much difference whether true or engineering strains and stresses
were used, so only engineering quantities were calculated. The plots in Fig. 4 show that the
monotonic stress-strain curves are always increasing, and so the ultimate tensile strength S,,, is
equal to the fracture strength. Substantial scatter in total fracture strains at room temperature
and in the elastic modulus E values at 150°C can be seen from the figure.
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FIG. 2—C(T) specimen for fatigue crack growth testing (all dimensions in millimetres).
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FIG. 3—Keyhole-type specimen (all dimensions in millimetres).

Scatter of the order of 30% in E values was observed at 150°C. Scatter of that magnitude
for metal matrix composites was not reported in the available literature. Yield strengths at both
temperatures were calculated for a plastic strain value of 0.1% (S,,) since 0.2% values (S, )
either could not be obtained from the graphs, owing to very small total strain levels, or the
difference between S,,, and S,, was too small. The elongation data were measured directly from
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FIG. 4—Individual monotonic (lines) and cyclic (points) stress-strain data of the metal matrix
composite.
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the fractured specimens. Besides small total strain levels, very small values of reduction of area
(RA) were observed.

The strain-hardening coefficient, K, and the exponent, n, were calculated using a log-log
linear regression analysis with the Ramberg-Osgood equation

1/n
a a
8=8e1+8p1:E+<%> )

Average F values at each temperature were used in this equation. Plastic strains were limited
to g,, = 10* in order to avoid large errors in K and n calculations.

Table 1 summarizes averaged tensile properties of the metal matrix composite and gives
representative unreinforced matrix data for comparison [2,8]. The average composite elastic
modulus value at 150°C decreased by about 5% compared to the respective value at room
temperature. A similar decrease can be seen for the unreinforced matrix material. On the other
hand, the composite E values were about 45% higher at both temperatures compared to the
unreinforced matrix values. The MMC S, , and §,, values also decreased with increasing tem-
perature, by about 16 and 12%, respectively, while they were 33 and 20% higher, respectively,
compared to the unreinforced matrix values. It is important to note that the composite strengths
retained their values with increasing temperature much better than the reinforced matrix: for
example, S, , decreased by 16% for the composite and by about 40% for the matrix. This better
strength retention by the MMC gives a distinct advantage over the unreinforced material for
high-temperature applications. Similar trends occurred for K and n values.

Low-Cycle Fatigue Behavior

Sixteen axial specimens were used for low-cycle fatigue testing at room temperature and
fifteen at 150°C. These tests were performed under triangular wave form constant amplitude

strain control with three strain ratios, R = g,,,/€..« = —1, 0, and —2. Ten specimens were
tested at room temperature and nine at 150°C with R = —1, while four and two specimens
were tested at each temperature with R = 0 and R = —2, respectively. The same equipment

and procedures were used for specimen gripping, strain measurements, and data recordings as
for the monotonic tests at both temperatures. Frequency of the tests was between 1 and 30 Hz,
depending on the applied strain level. Hysteresis loops were recorded frequently during each
test. All tests were performed until specimens fractured, and this was taken as the failure
criterion. The observed load drop just before fracture was in the range of 10% of total load
range, which suggests that the fracture criterion of two pieées was correctly chosen. Strain
amplitude levels were chosen such that they caused fatigue lives between 10 and 10° cycles.
Runouts were defined as greater than 3 - 10° reversals, and only two specimens were runouts
(those tests were stopped before fracture occurred). Specimens fractured both inside and outside

TABLE 1—Average tensile properties of the metal matrix composite and the matrix material A356-T6.

Temperature, Elongation,

Material °C E,GPa S,,,MPa S, , MPa % RA, % n K, MPa
Composite 22 102 280 318 0.7 3.0 0.107 585
A356-T6¢ 22 70 210 266 1.8 3.0 0.087 397
Composite 150 97 235 279 1.2 3.0 0.085 425
A356-T6" 150 67 145 165 . R ce ce

< Data from Ref 2, Material Y.
# Data from Ref 8.
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the gage length, and only one room temperature specimen fractured in the root radius. This test
was classified as invalid, while all 150°C tests were considered valid.

Since an unexpectedly large scatter in the elastic modulus was obtained from 150°C mono-
tonic tension tests, the 150°C E values were estimated from initial portions of the computer-
collected hysteresis loops for comparison purposes. Scatter of about 30% was again noticed.

Cyclic stress-strain curves were obtained by connecting the tips of approximately half-life
hysteresis loops. The data points for room temperature and 150°C are given in Fig. 4 together
with monotonic stress-strain curves for comparison. Very small cyclic plastic strain levels can
be seen from the figure, so cyclic yield strengths at both temperatures could not be obtained.
Some scatter of the data points was observed at 150°C. Slight cyclic strain hardening was
observed at both temperatures, with the maximum stress for the cyclic curve about 30 MPa
(i.e., about 10%}) larger than the monotonic loading stress at the same strain level. Cyclic elastic
moduli £’ were assumed to be the same as their respective average monotonic values. The
cyclic strain hardening coefficient K’ and exponent n’ were calculated using log-log linear
regression analysis with an equation similar to the Ramberg-Osgood equation

Ae  Ae,  Ae, Ao (A(r >W
— =ty

2 2 2 2 \2Kk' @

. . . . Ae
Plastic strain amplitudes were limited to _iﬂ = 10 to avoid large errors in K’ and n’ calcu-

lations. The K’ and n' values for both temperatures are given in Table 2. The K’ and n’ values
for the unreinforced matrix material at room temperature are given for comparison, and almost
a threefold increase in the composite material values can be seen.

Ae
Strain amplitude-life (7 — 2N, | data with R = —1 for the composite at both temperatures

are shown in Fig. 5, together with the unreinforced matrix material room temperature data
[2] for comparison. At high strain amplitudes, the composite material exhibited shorter room
temperature fatigue lives than the matrix by about an order of magnitude. The difference did
not change much with decreasing strain amplitudes, but the number of obtained data points
was too small to allow for more precise characterization.

Total, elastic, and plastic strain amplitudes, Ae/2, Ae, /2, and Ae, /2, respectively, are plotted
versus reversals to failure 2N, for R = —1 in Figs. 6 and 7 at room temperature and 150°C,
respectively. The elastic and plastic parts of the total strain amplitude were obtained for each
low-cycle fatigue specimen from computer-collected hysteresis loops by determining the

. . . . . € .
approximate half-life plastic strain amplitude data, 2” !, at the respective mean stress levels
(for example at o,, = 0 for R = —1) and then calculating the elastic strain amplitude as the

difference between the total and plastic strain amplitudes.

TABLE 2—Low-cycle fatigue properties of the metal matrix composite and the matrix material
A356-T6 (R = —1).

Temperature, o,

Material °C MPa b & c K', MPa n'
Composite 22 520 —0.104 0.0189 -0.717 925 0.155
Composite 150 282 —0.0556 0.0043 —0.447 833 0.162
A356-T6e* 22 502 —-0.119 0.0166 —0.544 383 0.0499

< Data from Ref 2, Material Y.



140 EVALUATION OF ADVANCED MATERIALS

102

A356-T6 (Y), 22°C

Composite, 22°C .

Ael2

Composite, 150°C

[ ]
10-3 FETIT™ BT BT BT BT T BT T
10° 10! 10?2 1032N 104 10° 10° 107
f

FIG. 5—Low-cycle fatigue behavior of the metal matrix composite and of the matrix material
A356-T6, Material Y [2]; R = —1.

Log-log linear regression lines were fit through the elastic and plastic strain amplitude data
for both temperatures in order to obtain the usual low-cycle fatigue properties. The equation
for the low-cycle fatigne model is given as [9,10]

Ae _ Ae,, 4 Ae,, o

5 5 S = E‘ (2N)* + &/(2N)" 3
Ag,, ) . - .
Values of = 1.5 - 10 were omitted from the regression analysis in order to avoid large

errors. The composite low-cycle fatigue properties o, b, £/, ¢ are given in Table 2 for both
temperatures, together with the matrix room temperature properties [2 ], for comparison. Equa-
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FIG. 6—Low-cycle fatigue behavior of the metal matrix composite at room temperature; R = —].
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FIG. 7—Low-cycle fatigue behavior of the metal matrix composite at 150°C; R = —1.

tion 3 is plotted in Figs. 6 and 7 and previously in Fig. 5. The difference between the composite
room temperature low-cycle fatigue properties and the respective matrix data was small except
for the value of the exponent ¢, which exhibited a magnitude about 30% larger for the com-
posite. Approximately a factor of two decrease in the composite low-cycle fatigue properties
was obtained at the elevated temperature. The number of data points obtained was considered
to be too small to allow for any meaningful statistical analysis.

Very low ductility of the material was the reason that there was no intersection of the elastic
and plastic log-log regression lines. Similar results were obtained for the unreinforced matrix
material [2] where it was noted that if intersection did occur, it was for 2N, = 30 reversals.

Diagrams of total strain amplitude versus number of reversals for R = —1, 0, and —2 at
room temperature and 150°C are presented in Figs. 8 and 9, respectively. Small positive mean
stress effects on fatigue lives were found at room temperature and even smaller at 150°C.
Significant cyclic mean stress relaxation (of the order of 40%) was noted at 150°C for both
tensile and compressive mean stresses, while the relaxation at room temperature was small (of
the order of 10%). The ratios of half-life mean stress to stress amplitude for R = 0 were between
0.5 and 0.8 at room temperature and between 0.2 and 0.3 at 150°C, while they were less than
0.1 for R = —2 at both temperatures. The number of low-cycle fatigue tests was too small to
allow for more precise characterization of mean stress influence on constant amplitude fatigue
lives.

Fatigue Crack Growth Behavior

Five C(T) specimens were used for fatigue crack growth tests at room temperature and six
at 150°C. Specimens were set up in the test system using fork-type grips with pins that allowed
for free rotation of the specimens [ASTM Standard Test Method for Measurements of Fatigue
Crack Growth Rates (E 647-88a)]. Tests were performed under triangular wave form load
control. Load-shedding tests were performed to determine Region I behavior and constant load
amplitude tests to determine Region II behavior. Procedures suggested in ASTM E 647-88a
were followed in both cases. Two load ratios, R = 0.05 and 0.5, were used. The same heating
equipment for 150°C testing was used as in the case of low-cycle fatigue testing. Test fre-
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FIG. 8—Low-cycle fatigue behavior of the metal matrix composite at room temperature; R = —1,
0, and —2.

quencies ranged from 5 to 40 Hz depending on the applied load range. Fatigue crack length
was measured visually at both temperatures using a traveling telescope with X33 magnification
and a stroboscope lamp. Acetone cleaning and polishing using 400 and 600 grit was applied
to eliminate surface scratches on specimen sides. Fatigue crack fronts were very straight and
in a single plane in all specimens tested. Fatigue crack closure effects at room temperature were
estimated from fatigue crack opening load values that were determined from load-crack opening
displacement (COD) diagrams at room temperature (recorded using both the X-Y plotter and
the digital computer) or load-back face strain (BFS) diagrams at 150°C (recorded using the
digital computer only).

The sigmoidal shape of the da/dN-AK curve, commonly observed with other metals, was
partially obtained with the metal matrix composite. Region I of the curve, corresponding to a
very slow fatigue crack growth rate (between 10'° and 10° m/cycle) and the log-log linear
Region II (between 10 and 10° m/cycle) were determined for R = 0.05 and 0.50 at both room
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FIG. 9—Low-cycle fatigue behavior of the metal matrix composite at 150°C; R = —1, 0, and —2.
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temperature and 150°C. Region III, corresponding to very fast fatigue crack growth, was much
harder to identify due to difficulties in visual crack extension measurements at such high growth
rates. In general, the fatigue crack growth rate da/dN ranged between 10-'° and 10° m/cycle
for all the tests performed.

The expression for the stress intensity factor range AK for this C(T) specimen geometry (H/
W = 0.60) was the same as in ASTM E 647-88a. Figures 10 and 11 represent all specimen da/
dN-AK data for R = 0.05 and 0.50 at room temperature and 150°C, respectively. Data were
obtained using either the five-point incremental polynomial method in the case of constant load
amplitude tests or using the secant method in the case of load-shedding tests (ASTM E 647-
88a). Definite load ratio, R, effects can be seen: larger R values caused an increased fatigue
crack growth rate. Room temperature fatigue crack growth behavior of the matrix with R =
0.1 and 0.5 [2] is represented by the lines in Figs. 10 and 11 for comparison. Some scatter in
the composite data is present, with the greatest scatter occurring in Region II for R = 0.05 at
both temperatures. This is probably because more specimens were tested with R = 0.05 than
with R = 0.50. Reasons for the scatter can be attributed to the relatively coarse microstructure
of the material, erratic crack growth—especially during the first few millimetres, and difficulties
monitoring the crack tip location. The stress intensity factor at fatigue fracture, K, was esti-
mated from the data for R = 0.05 to be about K, = 11 MPaV/m at both temperatures. In
general, K. is not equal to K, [9,10], and K. for this composite material was lower than the
room temperature K. value of 16.5 MPaV/m [5]. For comparison, the room temperature plane-
strain fracture toughness K, . value of the unreinforced matrix A356-T6 was 17.4 MPaVm
[2].

One specimen at room temperature and two at 150°C were used for AK,, determination. The
MMC AK,, values are given in Table 3 along with the matrix values for comparison. The MMC
room temperature AK,, for R = 0.05 is higher by 10% than the value at 150°C, while the room
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FIG. 10—da/dN-AK data for the metal matrix composite at room temperature; open symbols R
= 0.05, full symbols R = 0.50.
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FIG. 11—da/dN-AK data for the metal matrix composite at 150°C; open symbols R = 0.05, full
symbols R = 0.50.

temperature AK,, for 0.5 is higher by 15% than the value at 150°C. The MMC room temperature
AK,, for R = 0.05 is lower by 16% than the corresponding matrix AK,, value and about the
same for R = 0.50.

The Region II data points were curve-fit using log-log linear regression analysis with the

Paris equation

da
N A(AK) 4

The coefficients A and m were calculated for each R ratio and each operating temperature from
all specimen da/dN-AK plots. Correlation coefficients for the linear regression were between

TABLE 3—Paris equation parameters and threshold values of the metal matrix composite and the
matrix material A356-T6 (MPa\/m and m/cycle).

Temperature, AK,, (AK e,

Material °C R A m MPaVm MPaVm
Composite 22 0.05 22100 54 5.2 3.0
22 0.50 47-10% 6.5 3.7 3.7
Composite 150 0.05 38-10 6.3 47 3.1
150 0.50 80 - 10" 6.1 3.2 3.2
A356-T6" 22 0.1 54107 8.0 6.2 3.0
22 0.50 7.0- 107 79 36 3.6

“Data from Ref 2, Material Y.
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0.70 and 0.80. The values of the A and m coefficients for the MMC are given in Table 3,
together with those for the matrix for comparison. The MMC showed two to four orders of
magnitude increase in A values and about 30% decrease in m values at room temperature when
compared to the respective matrix values. Increased room temperature crack growth rates of
the composite compared to the room temperature matrix values are seen in Fig. 10. About an
order of magnitude decrease in A values with a slight increase in m values from room temper-
ature to 150°C were obtained.

Crack opening loads (P,,,), necessary for crack closure studies, were obtained in both Regions
I and II. Crack opening and closing loads were approximately the same. Also, a negligibly
small hysteresis was observed. The opening load was determined at the intersection of the
linear portions of P-COD or P-BFS curves. No crack closure was observed for R = (.50, based
on the P-COD measurements performed. In Region I, the P,, values ranged from 45 to 60%
of P, at room temperature and from 40 to 50% at 150°C. In Region II, the percentage was
estimated to be between 20 and 60% at room temperature, and between 20 and 50% at 150°C.
The overall scatter in P, /P,,.-AK data at both temperatures was large and was attributed to

difficulties in P,, measurements. Slightly smaller closure effects were obtained at 150°C com-

pared to room temperature values. It can be concluded that crack closure is of greater impor-
tance in Region I compared to Region II at both temperatures.

The P,, value was used to determine the crack opening stress intensify factor, K,,,, from
which an effective stress intensity factor range was defined as
AKeﬁ‘ = Kmax - Kop (5)

Figures 12 and 13 represent superimposed da/dN-AK,, data with R = 0.05 and 0.50 for room
temperature and 150°C, respectively. The opening load was not measured as frequently as the
crack length during testing, which is the reason for the smaller number of data points in Figs.
12 and 13 compared to Figs. 10 and 11. Since no closure was observed for R = 0.50, AK,,
and AK are the same for this load ratio. It can be seen from the figures that crack closure can
account for the load ratio effects in Region II at both temperatures, while for room temperature
in Region I, the AK_, data for R = 0.05 tend to overshoot the R = (.50 data. This is attributed
to inherent difficulties in obtaining accurate P,, values and/or insufficient COD gage sensitivity.

Effective AK,, data with R = 0.05 for both temperatures were obtained using the secant
method. Only three and two data points between 10 and 10°'° m/cycle were obtained at room
temperature and 150°C, respectively, and hence these results are insufficient. Estimated values
of AK,, are given in Table 3. They are similar to R = 0.50 values at 150°C, but lower by about
20% at room temperature. The difference, however, is negligible, keeping in mind the diffi-
culties in P, measurements and the limited data.

Variable Amplitude Loading Fatigue Life Data

Six keyhole specimens were used for variable amplitude loading tests at room temperature
and seven at 150°C. The specimens were set up on the testing machine using fork-type three-
bolt grips that were secured to precision monoball-type connectors with pins which allowed
for free rotation of the specimens. The setup eliminated clamping load problems, allowed for
both tension and compression loading, and reduced slack between the grips and the specimens.
Fatigue crack lengths were measured visually at both room and elevated temperatures using
the same equipment and procedures as for the fatigue crack growth tests. The test frequencies
were between 3 and 10 Hz at both temperatures.

Variable amplitude loading tests were performed using the digital controller that was software
manipulated from a desktop IBM PC compatible computer. The variable amplitude loading
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FIG. 12—da/dN versus AK,; for the metal matrix composite at room temperature; open symbols
R = 0.05, full symbols R = 0.50.

history employed was the altered Skidder history used in Ref 3. It contained 41 912 reversals
and was normalized such that the maximum amplitude was assigned a value of 1000. The
loading history was designed to have a substantial number of cycles at intermediate amplitude
levels to better distribute fatigue damage. It was rainflow counted using a commercially avail-
able software package [7]. The rainflow amplitude histogram for the normalized history is
given in Fig. 14.

Three different load-scaling factors were used with this normalized load history in an attempt
to produce short, intermediate, and long fatigue test lives. These three load-scaling factors
corresponded to maximum peak loads of 6.2 (Level 1), 5.3 (Level 2), and 4.4 kN (Level 3),
resulting in nominal net stresses at the notch roof of the keyhole specimens of 123, 105, and
87 MPa, respectively.

A two-dimensional, plane stress, elastic finite element (FE) analysis was performed using a
general purpose FE software package to obtain the stress concentration factor, K,, for the key-
hole specimen. It resulted in a value of K, = 3.1. The theoretical elastic stress at the notch root
would be K, = 3.1 times the nominal value or 381, 326, and 270 MPa, respectively. These
values were expected to cause local cyclic plastic yielding at the notch root.

Fatigue cracks initiated in the specimen notch root in several places along the specimen
thickness. The fronts of fatigue cracks longer than 1.5 mm were essentially straight in all
specimens. Specimen fracture surfaces were flat and in a single horizontal plane in all cases.

The total fatigue life in terms of blocks to failure was separated into crack initiation life
(defined as the number of loading blocks needed to grow a crack 1.5 mm in length) and crack
growth life (from a 1.5-mm crack length to final fracture). The crack growth life for all spec-
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FIG. 14—Load amplitude histogram for normalized Skidder history [3].



148 EVALUATION OF ADVANCED MATERIALS

imens was fairly short, ranging from 13 to 19% of the total life at room temperature and from
6 to 34% at 150°C. Remarkably small scatter (less than 10%) in initiation life and total life
results was obtained at room temperature, while it was somewhat larger at 150°C. The small
magnitude of scatter is partially attributed to just duplicate or triplicate tests. The initiation and
total lives at room temperature were approximately twice those obtained at 150°C.

Table 4 presents averaged variable amplitude loading fatigue life data for the composite and
gives the data for the matrix [3] for comparison purposes. The comparison, however, cannot
be one to one, i.e., the obtained variable amplitude loading fatigue lives for the composite and
the matrix cannot be compared directly because of the differences in the specimen geometries
and load levels used. Rather, the ratio of fatigue crack initiation life versus total life was used
for comparison. This ratio was between 25 and 50% in the room temperature matrix tests, while
it was between 80 and 90% in the composite tests at both temperatures. Hence, a substantial
portion of the composite variable amplitude loading fatigue life was spent on crack initiation
(defined as 1.5-mm crack length), while most of the fatigue life of the unreinforced matrix was
spent in crack growth.

Fractographic Analysis

For the low-cycle fatigue specimens, scanning electron microscope (SEM) fractographic
analysis revealed that at both temperatures fatigue cracks initiated mostly in shrinkage pores
and rarely in particle clusters. No particle debonding was observed, suggesting strong interfaces
between the matrix and reinforcement. Persistent slip lines, common fatigue crack initiation
sites in many unreinforced metals, were not looked for in the composite since the pores and
particle clusters represent ideal crack initiation sites. No significant differences between the
fracture morphology and mechanisms at room temperature and 150°C were observed. Figure
15 represents a typical fatigue crack initiation site in the metal matrix composite. Fatigue cracks
frequently had several initiation sites, especially in specimens tested at low strain amplitudes.
A typical crack initiation site at higher magnification is shown in Fig. 16 at room temperature.
Some compressive damage of the surface is visible in the figure. Cracks initially grew predom-
inantly through the matrix, although some broken particles were also visible. Their quantity
was estimated to be less than the volume fraction of the reinforcement V, = 20%, thus allowing
the conclusion that cracks tend to avoid particles initially. Particle clustering was rarely

TABLE 4—Variable amplitude loading average test results for the metal matrix composite and the
matrix material A356-T6.

Temperature, Nominal Stress Total Life, Initiation Life, Growth Life,
Material °C Level, MPa Blocks Blocks Blocks
Composite 22 123 6.6 5.4 1.2
105 29.0 23.8 52
87 158.2 140.1 18.1
Composite 150 123 32 2.6 0.6
105 16.7 14.6 2.2
87 58.3 49.0 9.3
A356-T6" 22 97 1.2 0.3 0.9
81 20.8 9.8 11.0
65 L. 140.5 -

< Data from Ref 3, Material Y.
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FIG. 15—Typical fatigue crack initiation site in the metal matrix composite; room temperature
test.

observed, and hence clustering was not considered as a significant contributor to fatigue crack
initiation.

For the C(T) specimens, the fatigue crack propagation morphology and mechanisms were
similar at both temperatures. At lower AK values, fatigue cracks propagated primarily through
the matrix, as shown in Fig. 17 for room temperature testing, with a predominantly ductile-
type mechanism. Striations in the matrix were rarely visible and only away from particles.
Higher AK values caused fatigue cracks to propagate through both matrix and reinforcement,
cleaving particles ahead of the crack tip. The increasing number of broken particles with
increasing AK is shown in Figs. 17, 18, and 19 for a room temperature test.

Final fracture surface appearance was similar at both temperatures and is well represented
in Fig. 19 for AK = 10 MPa\/m, which is very close to the final fracture region. Cracks grew
through both matrix and reinforcement, leaving a relatively rough fracture surface.

FIG. 16—Typical fatigue crack initiation site in the metal matrix composite; room temperature
test.
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FIG. |7—Fatigue crack propagation region; AK = 5 MPa\/m; striations visible; room temper-
ature test.

Variable Amplitude Loading Fatigue Life Calculations
Fatigue Crack Initiation Life Calculations

The fatigue life of the keyhole specimen was calculated using a two-stage approach, i.e.,
fatigue crack initiation life and fatigue crack growth life were determined separately and then
added to give the total fatigue life. The fatigue initiation life of the keyhole specimen was
calculated using the local strain approach [9,10]. Over the past two decades of development,
this approach has gained widespread use, especially in the ground vehicle industry. It is based
on the assumption that the experimental life of smooth, axial, laboratory-tested constant strain
amplitude specimens can be related to the fatigue initiation life (i.e., formation of a small macro
crack) of a notched component subjected to a variable amplitude loading. The fatigue life
associated with the development of a 1.5-mm crack in the keyhole specimen was defined as
the fatigue crack initiation life.

FIG. 18—Fatigue crack propagation region; AK = 8 MPa\/m; room temperature test.
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FIG. 19—Fatigue crack propagation region, AK = 10 MPaN/m; room temperature test.

The local strain approach consists of first approximating the notch root stress and strain
response using one of the available models, e.g., Neuber [9,10] or Glinka rules [/1]. After
that, the number of cycles to failure, N,, is calculated from the material strain life diagram for
the calculated notch root strain amplitude. If the strain amplitude has a nonzero mean value,
an appropriate mean stress model needs to be applied to obtain N. Two common mean stress
models, Morrow and Smith-Watson-Topper (SWT), were used [9,10]. Using the linear damage
rule [9,10], the fatigue damage, D, is obtained as the ratio of the number of applied cycles, N,
at the respective strain amplitude, to N, or D = N/N,. A variable amplitude loading history is
usually cycle counted, e.g., using the rainflow counting procedure {9,10], to obtain the total
number N of applied cycles at a certain strain level during the loading history. When damages
from all strain levels in the history are calculated, the total fatigue damage caused by a single
history repetition, D,, is calculated as the sum of all damages, or D, = D, Then, if the failure
criterion is defined as the sum of damages for all the history repetitions being equal to one
[9,10], the number of the history repetitions to failure can be calculated as 1/D,.

All the above-mentioned calculations necessary to obtain the number of variable history
repetitions to initiate a 1.5-mm crack (defined as the fatigue life to crack initiation) were per-
formed using the previously mentioned software package [7]. The linear damage rule was used
throughout, which completely neglects loading sequence effects. Both the Neuber and the
Glinka rules for notch root strain approximations and both the Morrow and the SWT mean
stress models for mean stress effect approximations were used, so a total of four possible
combinations were calculated at each of the three applied load levels. The difference between
the calculated results was negligible for a given test temperature.

The results of the variable amplitude loading fatigue crack initiation life calculations for both
temperatures and for the elastic stress concentration factor K, = 3.1 are given in Fig. 20 as
open or closed squares. Only the combination of Neuber rule and Morrow mean stress model
is presented. About an order of magnitude conservative difference between the calculations and
experimental results was obtained for room temperature. Overly conservative calculations, of
almost two orders of magnitude, were obtained for 150°C.

A question of the validity of using the K, value in a fatigue analysis needs to be addressed
here. As stated in Refs 9 and 10, the fatigue strength of a notched component could be predicted
as the fatigue strength of a smooth component divided by the elastic stress concentration factor
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FIG. 20—Variable amplitude loading fatigue crack initiation life calculations versus experimental
results.

K. Experimental results, however, are frequently different [9,10], for example when the ratio
of smooth and notched component fatigue strengths is not equal to K,. The ratio is then defined
as the fatigue notch factor, K. The difference between K, and K, can be used to define a fatigue
notch sensitivity factor of the material [10]

©6)

In the case of the unreinforced matrix material with K, = 3.4, ¢ was estimated to be 0.625
[3], meaning that the matrix is less notch sensitive than predicted by elastic analysis. Assuming
for the purposes of comparison that the notch sensitivity factor g of the composite with K, =
3.1 is equal to the matrix value, the fatigue notch factor of the composite can be calculated as
K, = 2.3. The results obtained using this K, value in the fatigue initiation life predictions are
presented in Fig. 20 as open or closed circles. A factor of two to three difference between
calculations and experimental results was obtained for both temperatures, but the calculations
were slightly nonconservative for room temperature. The above analysis shows the importance
of adopting the correct fatigue notch factor in fatigue life prediction analysis. However, proper
experimental determination of K, is hard to perform [3]. For some steels K, is obtained from
empirical formulas [9,10], but they do not exist for unreinforced aluminum alloys or aluminum
composites.

Fatigue Crack Growth Life Calculations

The fatigue crack propagation life was defined as the number of repetitions of the variable
amplitude loading history necessary to grow the fatigue crack from the defined 1.5-mm initi-
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ation length to final fracture. The calculations were based on a linear elastic fracture mechanics
(LEFM) model that relates fatigue crack growth rate, da/dN, and stress intensity factor range,
AK = K. — K_;.. One commonly used model is the Paris equation [9,10], Eq 4. The coef-
ficients A and m were obtained from constant amplitude fatigue crack growth tests and ate
given in Table 3. The expression for stress intensity factor range, AK, for the keyhole specimen
geometry (H/W = 0.49) is given in Ref 6. It was derived for a C(T) specimen. The underlying
assumption for its use with the keyhole specimen is that after the 1.5-mm crack extension, the
crack tip does not ‘‘feel’” the stress-strain field caused by the presence of the notch [9,10].
From the rainflow counted loading history, numerical integration of Eq 4 with the AK expres-
sion leads to the number of cycles N from initial to final crack length, from which the number
of loading history repetitions to fracture can be calculated. No interaction effects were incor-
porated in the analysis.

Fatigue crack growth life analysis that incorporates crack closure effects can be performed
with the software used. It is approximate in the sense that it does not calculate closure on a
cycle-by-cycle basis. The program uses an average opening load as a percentage of the maxi-
mum load in a load history. Also, the program recalculates the given Paris equation coefficient
A for R = 0.05, to account for the effective AK influence [10]. The average opening load at
room temperature was estimated as 40% of the maximum load in the history of any of the three
load levels used and as 35% at 150°C. Detailed discussion on how the program performs the
calculations with and without closure effects is given in Refs 3 and 7.

Figure 21 presents fatigue crack growth life calculations at room temperature and 150°C.
These calculations are for no closure effects and for closure effects with the opening load being
40 and 35% of maximum load in the load history at room temperature and 150°C, respectively.
The calculations are unconservative by a factor of three to nine at both temperatures. Closure
effects increased the magnitudes of calculated lives by approximately a factor of two at both
temperatures.
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FIG. 21—Variable amplitude loading fatigue crack propagation life calculations versus experi-
mental results.
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Total Fatigue Life Calculations

Figure 22 presents total fatigue life calculations (obtained by summing the initiation and
growth life predictions) with K, = 3.1 and K, = 2.3 and zero crack closure versus experimental
results at both temperatures. Crack closure effects were not incorporated in the calculations
since they led to more unconservative fatigue crack growth life results than in the case when
they were neglected completely. Scatter of about a factor of five can be seen in Fig. 22 at both
temperatures, with both conservative and unconservative results. Slightly better calculations
were obtained for both temperatures using the elastic stress concentration factor K, = 3.1 instead
of the fatigue notch factor K, = 2.3. The difference at 150°C, however, is considered negligible.
The calculations for room temperature were conservative if K, = 3.1 was used and unconser-
vative if K, = 2.3 was used. Similar behavior was observed for 150°C, but with less scatter.

Summary and Conclusions

The experimental monotonic stress-strain behavior of the metal matrix composite showed
substantial scatter in fracture strains at room temperature and in the elastic modulus values at
150°C. Room temperature yield and ultimate tensile strengths were higher than the respective
matrix values. The composite retained strength values with increasing temperature much better
than the unreinforced matrix, which gives a distinct advantage to the composite over the unrein-
forced matrix for high-temperature applications. Also, the composite elastic modulus values
were about 45% higher at both temperatures than the room temperature matrix value.

Constant amplitude low-cycle fatigue tests revealed that the room temperature fatigue lives
of the composite were shorter than the respective matrix values. The fatigue lives at high strain
amplitudes were shorter at 150°C than at room temperature, but the difference decreased with
decreasing strain amplitude. Positive mean stresses had small influence on the composite con-
stant strain amplitude fatigue lives at room temperature and even smaller at 150°C.

Room temperature fatigue crack growth rates were higher in the composite than in the matrix
by about an order of magnitude. The rates in the composite were about the same at both
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FIG. 22—Variable amplitude loading total fatigue life calculations versus experimental results.
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temperatures. Increasing the load ratio, R, from 0.05 to 0.50 caused increasing fatigue crack
growth rates. Room temperature composite values, AK,,, were lower by 16% than the matrix
values, and they decreased with increasing temperature from room temperature to 150°C by
about 10%. Crack closure effects were pronounced for R = 0.05, especially in Region I, and
were somewhat more pronounced at room temperature than at 150°C.

Variable amplitude loading tests were performed at both temperatures with between 7 and
160 load history repetitions to fracture at room temperature and between 3 and 80 at 150°C.
Variable amplitude loading fatigue initiation lives accounted for more that 80% of the total
fatigue lives at room temperature and more than 65% at 150°C.

Fractographic analysis revealed that shrinkage porosity was a common crack initiation site.
It was observed that cracks initiate and propagate predominantly through the matrix in the low-
cycle fatigue specimens. In the C(T) specimens, fatigue cracks propagated preferably through
the matrix at low AK values, but as AK values increased the cracks propagated through both
the matrix and the reinforcement with no preferred paths.

Variable amplitude loading fatigue initiation life calculations using a commercially available
software package and the elastic stress concentration factor were conservative by almost an
order of magnitude at room temperature and by almost two orders of magnitude at 150°C. The
calculated results were substantially improved by using the assumed empirical fatigue notch
factor, but they tended to be slightly unconservative at room temperature. Fatigue crack growth
life predictions were unconservative by almost an order of magnitude at both temperatures.
Slightly better results were obtainéd if no closure effects were incorporated in the calculations.
Total fatigue life calculations were closer to experimental results at both temperatures if the
elastic stress concentration factor was used. Then they differed from the experimental results
by about a factor of three at both temperatures. Thus both reasonable and unreasonable fatigue
life predictions should be anticipated with this metal matrix composite using commercially
available life prediction software.
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ABSTRACT: A concern for the use of anodized aluminum as Space Station thermal control
surfaces is the potential degradation of critical optical properties due to oxide coating cracking.
This cracking may be induced by differential thermal expansion during hot adhesive bonding of
the radiator assembly or during 30 years of exposure to sunlight/darkness cycles in low earth
orbit (LEO). This paper summarizes investigations into the effects of temperature and humidity
on coating stresses and cracking. Experimentally measured coating residual stresses after ano-
dizing and sealing are shown to be strongly dependent on humidity. Two sets of tests are used
to study cracking directly: one determines the temperature (7,) at which cracks first appear during
a single heating cycle, while the other involves rapid thermal cycling (RTC) between maximum
and minimum temperatures. The effects of several test parameters on cracking are reviewed,
with special attention to temperature, coating thickness, and humidity. Fatigue models are devel-
oped to describe the observed cracking and to serve as the basis for predictions of LEO cracking.
The physical characteristics of cracks and related substrate plastic deformation in both 7, and
RTC tests are discussed briefly.

KEYWORDS: anodized aluminum coatings, low earth orbit, humidity, stress, thermal fatigue,
fracture, cracks, life prediction

Thermal control is a key design issue for Space Station. Thermal control surfaces, such as
radiator panels, are required to maintain critical solar absorptance and thermal emittance prop-
erties for 30 years in a severe space environment characterized by atomic oxygen exposure,
ultraviolet (UV) radiation, micrometeoroid impact, and thermal cycling. One of the leading
candidates for these surfaces is a 0.5 to 1.0-mil (12.5 to 25-um)-thick sulfuric acid anodized
oxide coating on aluminum alloy sheet. A particular concern for the anodized aluminum is the
potential degradation of optical properties due to cracking caused by differential thermal expan-
sion of the substrate and coating. This cracking can occur both during the hot adhesive bonding
step in radiator fabrication and during 30 years of exposure to 90-min sunlight/darkness thermal
cycles in low earth orbit (LEO).

This paper summarizes the results of a joint experimental-analytical program on the fracture
and fatigue behavior of anodized aluminum coatings. Two sets of experiments were used to
study coating cracking during thermal excursions. The first set studied cracking during a single
thermal cycle, identifying the minimum temperature (7)) at which cracks first began to appear
in the coating. The second set of tests involved so-called ‘‘rapid thermal cycling’” (RTC)
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between minimum and maximum temperatures at rates which were accelerated relative to LEO
conditions. Fatigue models were developed to describe the observed cracking and to serve as
the basis for predictions of LEO cracking. The investigations have been documented in greater
detail elsewhere [/ ].

Anodizing is an electrochemical process in which the surface of an aluminum alloy is oxi-
dized to form an aluminum oxide coating of uniform thickness [2]. A characteristic structural
feature is a microporosity introduced by the dissolving power of the acid anodizing bath. The
pores are aligned normal to the surface and arranged in a roughly hexagonal cellular pattern.
Typical dimensions of this structure for coatings considered here are 15 nm pore diameter and
42 nm cell diameter, corresponding to about 13% pore volume and a pore density of 8 X 10"
cm2, The protective qualities of the oxide are remarkably improved by a “‘sealing” step fol-
lowing oxidation, in which (most commonly) the anodized metal is immersed in hot water and
the oxide reacts to form a hydrated oxide. Since the reaction product has a lower density than
the anodic oxide, sealing causes a substantial reduction in porosity and actually closes off most
of the columnar pores.

Substrates used in most of the study were 25-mil (0.635-mm)-thick Al 5657 alloy in the H25
or H242 temper, 10-mil (0.254 mm) Al 5657-H28, 12-mil (0.305 mm) Al 3002-H18, and 25-
mil Al 3002-H25. The substrates were first chemically polished in a mixture of concentrated
nitric and phosphoric acids at 97°C, which removed about 0.5 mil (12.5 wm) of metal from
each surface. Anodizing was typically in 20% sulfuric acid at 22°C and 15.0 V, resulting in an
average current density of 15.2 mA/cm? Anodizing time was adjusted to get nominal coating
thicknesses of 0.5 mil (12.5 pm) and 1.0 mil (25 pm). Sealing was in 95°C water for 5 or 20
min.

Coating Stresses

A key step in the development of fracture and fatigue models is the accurate evaluation of
coating stresses under both test and application conditions. The stress in the coating at some
elevated temperature is the sum of a residual growth stress at ambient (room) temperature (RT)
and a thermal stress induced by differential thermal expansion

0.:1.1ax = O.ET + Ao.:-hermal (1)

The residual stresses present in the coating at room temperature after the anodizing, hot water
sealing, and drying processes have been evaluated experimentally using classical bent strip
analysis. The coating elastic modulus and coefficient of thermal expansion have also been
determined experimentally, permitting calculation of stress changes due to differential thermal
expansion. Complete details have been published separately [3], and only a brief summary is
given here.

The coating stress after anodization was always tensile, typically around 15 to 30 MPa (2 to
4 ksi), and was independent of substrate and coating thickness. Immersion in hot water for the
seal reaction initially caused a large tensile stress in the coating due to the large difference in
thermal expansion coefficients, but as the seal reaction continued this stress was greatly reduced.
After drying at ambient temperature and humidity, the sealed stress was always compressive,
typically around 20 to 50 MPa (3 to 7 ksi), and this compressive stress increased with increasing
seal time. Upon exposure to dry air, the oxide stress first became less compressive and then
shifted to tensile. The magnitude of the final residual stress at room temperature depended
strongly on humidity, as shown in Fig. 1. Limited measurements (not shown on Fig. 1) in
vacuum found that coating stresses were similar to measured values at <0.025 ppm water.
Although precise measures of humidity were not available in the driest air atmospheres and
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FIG. 1—Effect of humidity on room temperature residual coating stress.

corresponding stresses were still increasing very slowly when testing was terminated after
several weeks, there appears to be an approximately linear relation between residual coating
stress and log humidity over a wide range of moisture content, perhaps reaching limiting values
at the extremes. Specimens could be cycled between ambient and dry humidities with reversible
changes in stress, although stresses took much longer to stabilize during drying than during
reexposure to ambient. Further discussions of the possible reasons for these phenomena are
given in Ref 3.

The thermal stresses induced in the coating by heating of a coupon which is constrained
against bending (e.g., anodized on both sides or bonded to a radiator assembly) are given by

(4]

E(a, — o )AT
thermal — Al Al <
Ao: (1 — v)(m + 1n) @

where m = tJt and n = [E.(1 — v)/[E{]1 — v_.)]. Here E is elastic modulus, ¢ is thickness, a
is the thermal expansion coefficient, v is Poisson’s ratio, and the subscripts ‘‘s’” and “‘c’’ denote
substrate and coating.

Use of this equation requires information about o, v, and E.. These values are not neces-
sarily the same as for the coating material in bulk form, and they were not available in the
literature for this particular coating type, so experimental determination was necessary. Mea-
surements of o, were conducted by dilatometry on 1-mil (25-pum)-thick anodic oxide coupons
which had been isolated by chemically dissolving the aluminum substrate [/ ]. The coefficient
of thermal expansion was determined to be approximately 4 X 10 °C-', which is close to that
for bulk alumina and which is a factor of five less than the thermal expansion coefficient for
the aluminum substrate. Poisson’s ratio for the coating was chosen to be 0.28, the average of
several reported values for polycrystalline bulk alumina, since small variations in v, have a
negligible impact on calculated stresses. The mechanics relationships between coating stress
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and bent strip deflection which were exploited in the bent strip measurements of stresses devel-
oped in processing made it possible to calculate the coating modulus from strip deflections at
different temperatures [3,4]. The biaxial modulus, E /(1 — v,), was constant over a range of
humidities from 0.01 to 100 ppm water with an average value of 107 GPa (15 500 ksi). For v,
= (.28, this implies E, = 77 GPa, which is close to the value for the aluminum substrate. At
higher humidities, including ambient atmospheres, the calculated modulus value was signifi-
cantly higher (E, around 138 GPa). Careful investigations suggested, however, that measured
values of bent strip deflection in ambient atmospheres at high temperatures were also influenced
by stress components due to water loss and therefore did not lead to a true modulus measure-
ment. Nevertheless, the ‘‘effective’” modulus calculated was still found to be a valid and useful
tool for calculating total stress changes during heating in ambient atmospheres.

All mechanics equations used here characterize coating stress as the average stress across
the thickness of the coating and neglect any possible stress gradients. In order to determine if
significant stress gradients were present, isolated oxide coupons were prepared as described
above and subjected to different temperatures and humidities. Even a small stress gradient, if
present, would cause noticeable curling of the isolated oxide. If we assume a simple linear
stress gradient (from —o,,, to +0,,,) across the oxide thickness, then the magnitude of o
can be estimated from

max

O = ot 3)
1 ~wv)

where [ is the length of the isolated oxide, and z is the measured midsection deflection. Any

nonzero average coating stress (as discussed above) occurs due to reactions against the sub-

strate, and hence is lost when the substrate is dissolved.

All sealed and unsealed coatings exhibited zero or negligible curvature at ambient temper-
ature and humidity, indicating negligible stress gradients. Sealed coatings did, in general,
exhibit measurable curvature at higher temperatures (7, = 65 to 120°C) under ambient humid-
ity, or at ambient temperatures under low humidity (5 to 20 ppm). Estimated stress gradients
at the highest temperatures or lowest humidities were typically on the order of o,,,, = 1 to 15
MPa (0.2 to 2 ksi) for 0.5-mil coatings and 10 to 40 MPa (1.5 to 6.0 ksi) for 1.0-mil coatings.
Estimated stresses in two 2.0-mil (51-pum) coatings heated to around 95°C were as high as o,
= 100 MPa (15 ksi). There does appear, therefore, to be a trend towards larger stress gradients
in thicker coatings. This may have implications for coating cracking, as will be noted later.

Unfortunately, the scatter from one experiment to the next was large, and so it was not
possible to develop a rigorous quantitative characterization of stress gradients which might be
included in life models. Fortunately, however, the estimated stress gradients in most tests,
especially for 0.5-mil coatings, were less than 15 MPa (usually less than 3 MPa), and these
changes in stress. were found to be relatively insignificant in comparison to the maximum
nominal stresses characteristic of 7, and RTC tests. Even if the slightly larger stresses at the
coating surface were responsible for initiating coating cracking, it should still be possible to
characterize tendencies for cracking adequately with a measure of the average coating stress.
For these reasons, stress gradients were neglected in subsequent analyses.

Coating Cracking
Single Thermal Cycle

Fabrication of the actual radiator assembly involves hot adhesive bonding of large anodized
face sheets to an aluminum honeycomb core and the aluminum heat pipes. The current speci-



160 EVALUATION OF ADVANCED MATERIALS

fications of the radiator subcontractor are to vacuum bag and cure the assembly at 175°C
(350 °F) for 90 min in a 45-psi (310 kPa) autoclave. The T, tests served as a simple simulation
of this hot adhesive bonding process, but they also served as a general indicator of cracking
tendencies with a possible link to cracking during long-term thermal cycling.

The T, specimens were flag-shaped aluminum coupons with a 2 by 2 in. (50 by 50-mm)
body and a 0.25 by 1.5 in. (6 by 38-mm) handle which had been anodized and sealed on both
sides to avoid the large thermal deflections associated with one-sided anodization (as observed
in the bent strip tests). Within two days after anodizing, these coupons were placed in an oven
(with environmental control, as appropriate) in sets of three and heated in 10°C temperature
steps starting at about 100°C. The coupons were held at each temperature for 10 to 15 min and
then removed for a visual inspection to count the number of cracks which formed at each
subsequent heating step. The temperature at which cracks first occurred on a given coupon was
recorded as the cracking temperature, T,. The test was continued to temperatures above T, to
obtain further information about the number of cracks which formed at each subsequent heating
step and to facilitate confirmation of 7. Most T, tests were conducted in ambient (uncontrolled)

. humidities, but a few tests were conducted at controlled dry humidities as low as 5 ppm.

Once cracking initiated, crack density increased with increasing temperature. Sometimes a
single crack developed on one coupon at a relatively low temperature, with no further crack
development until a substantially higher temperature. These single cracks were discounted as
sports, as were cracks which occasionally initiated at coupon corners or visible surface defects.

The average stress in the coating at T, denoted as ¢,,, was estimated for each test according
to Eqs 1 and 2 using the room temperature residual stress and effective modulus values cor-
responding to the nominal test humidity. Results for o,, graphed as a function of coating
thickness, are shown in Fig. 2 for tests at ambient humidity. The lowest ¢, values shown in
Fig. 2 correspond to 7, values on the order of 100°C, while the highest o, values represent
stress estimates at T = 200°C in tests where cracking had not yet initiated at this temperature.
These ‘‘run-out’’ tests were suspended at 200°C due to the development of plastic deformation
in the substrate. For reference purposes, note that the estimated cracking stress o, for 0.5-mil,
20-min seal coatings on 25-mil Al 5657 at a median T, of 130°C is about 296 MPa (43 ksi).
If we assume that the *‘true’’ elastic modulus is given by the low humidity value and define a
mechanical failure strain as o_/E,, resulting values generally range from 0.003 to 0.007 and
greater. These failure strains are similar to those reported [5—-7] for sulfuric and chromic acid
anodic films of comparable thicknesses.

The data show a general decrease in the fracture stress o, with increasing coating thickness.
Similar trends have been reported .in previous work on a variety of anodized coatings [6-10],
including other studies of thermal cracking in similar sulfuric acid coatings [17]. This phenom-
enon is not clearly understood. Since coating fracture may be defect controlled, the lower
strength associated with thicker coatings could be a classical Weibull ‘size effect’’: for a
general population of distributed defect sizes, there is a greater chance of finding a larger defect
in a larger volume of material. The larger defect would lead to a decreased strength. The
observed decreases in strength in our work, however, are larger than can be predicted from
simple calculations of Weibull size effects alone. Another possible explanation follows from
the observed increase in the stress gradient for thicker coatings at elevated temperatures, noted
earlier. The additional increase in tensile stress at the surface of the coating at elevated tem-
peratures for thicker coatings, which is not reflected in these calculations of nominal ¢,,, may
lead to fracture at lower nominal coating stresses.

Within the scatter of the available data, there appears to be no significant effect of substrate
thickness or alloy type (5657 versus 3002) on fracture stress. The primary exceptions to this
trend are some of the tests on 10-mil 5657 coupons in which cracking did not occur at tem-
peratures up to 200°C, which are not yet fully understood. Effects of alloy composition are
discussed further below. Note that the actual value of T, does change with substrate thickness
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FIG. 2—Estimated coating stresses at first appearance of cracks in ambient humidity T, tests.

since thinner substrates allow more stress relaxation in the coating, but the actual cracking
stresses in the coatings are roughly the same.

A limited number of 7, tests conducted in humidities as low as 5 ppm water (not shown in
Fig. 2) suggested that dry environments had no significant effect on the critical cracking tem-
perature. This seems unlikely at first glance, in view of the large effect of low humidity on
residual stresses. Careful studies of weight (water) loss at various temperatures and humidities
[3] have suggested, however, that at typical 7, temperatures (>100°C) the moisture content of
the coating is primarily controlled by the thermal driving force, and the test atmosphere prob-
ably has little effect. Then coatings in both atmospheres will have the same water content at
each temperature and presumably have the same stress. Estimates of ambient o,, which employ
ambient values of room temperature residual stress and “‘effective’” elastic modulus in fact are
similar to ¢, values calculated for dry conditions, possibly because the larger ‘‘effective mod-
ulus’’ incorporates the effects of changing water content.

Since anodized sheet will often be stored for long periods prior to adhesive bonding, the
effect of T. on long-term storage in dry and humid environments was evaluated in another
series of tests [12]. Coupons were stored for about 36 days in either dry, ambient, or humid
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(90% relative humidity) environments. After storage, the coupons were removed from the
chambers and crack tested in ambient air. Storage in the humid atmosphere had a dramatic
effect on cracking tendencies, depressing 7, values and increasing final crack densities signif-
icantly. The coupons stored in ambient atmospheres cracked much less heavily than those in
wet atmospheres, but both 7, and total cracking performance were significantly degraded from
dry coupons. Dry storage coupons performed the same as coupons tested within one day after
anodizing.

Another small test series investigated the effects of composition or material condition on
cracking [/2]. One set of tests evaluated the effect of three different tempers on cracking.
Instead of determining 7., the cracking behavior at a typical bonding temperature of 175°C
was observed. Crack densities were higher in the softer material, although the crack opening
displacement (as described later in the discussion of substrate deformation) decreased signifi-
cantly in the softer material. A brief set of tests exploring the effects of alloy composition found
a lower T. for 20 mil (0.508 mm) Al 1199-H19 and a higher T. for one set of Al 6061-T6"
coupons (in comparison to 25-mil 5657). One set of Al 1100 coupons did not crack at tem-
peratures up to 200°C. Direct metallographic inspections revealed that the density of second
phase intermetallic particles in the coating for all these alloy substrates increased in the same
order as increases in T, although it is not entirely clear how these two observations might be
mechanistically related. Another test series with 4-mil (0.102-mm) Al 1199-O alloy foil also
found no cracking up to 200°C, but this can be explained simply by a large decrease in coating
stresses due to stress relaxation permitted by the extremely thin substrate (large m in Eq 2).

Cracking in T, tests is characterized by considerable scatter, as evidenced by Fig. 2. Although
crack formation is correlated with an average coating stress, o, coating failure may be asso-
ciated with local defects at which the local stress is considerably higher. Coatings contain
distributions of these defects, and the largest defects in a given population would be expected
to control failure. Different defect populations in different specimens, therefore, could lead to
large differences in the nominal failure stress. The properties of the coating and the metal seem
to affect residual stresses, defect populations, and crack behavior, and the interrelationship of
these parameters is not fully understood. Each heating plus inspection step also produces an
exchange of water with the ambient atmosphere, which could lead to small changes in material
properties. And in some tests conducted on nominally identical coupons under nominally iden-
tical conditions, significant differences in 7. were still observed. In short, the *‘simple’” T, test
is not so simple after all. This complexity must be kept in mind when interpreting and applying
the results of T. experiments. Nevertheless, as will be shown later, the T, test seems to have
value as a general indicator of cracking tendencies under both single and multiple thermal
cycles.

Individual coating cracks which formed in the T, tests generally extended all the way across
the width of the test coupon without apparent linking, but occasionally they were interrupted
by intersections with other cracks. In some T, experiments, small cracks formed early in the
test and later rapidly increased in length and extended across the coupon as the temperature
was increased. Crack patterns were random for the most part, but sometimes followed the
rolling direction of the aluminum sheet. Total crack densities were relatively low (generally
less than 30 cracks per 2 by 2-in. (50 by 50-mm) coupon) even when heating was continued
10 to 30°C above T.. '

Multiple Thermal Cycles (Constant Amplitude)

As noted in the introduction, 30 years of exposure to LEO environment includes roughly
175 000 thermal cycles. Simulating this environment and this duration exactly in an experi-
mental program is not practical. In order to develop a basic understanding of thermal fatigue
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behavior in anodized aluminum coatings, a series of simple ‘‘rapid thermal cycle’” (RTC) tests
were conducted at frequencies which were accelerated relative to LEO. Most of these experi-
ments were ‘‘constant amplitude’’ tests in which the minimum and maximum temperatures
were fixed throughout the test. In one final test, discussed below, the maximum temperature
was systematically alternated between two fixed values.

The RTC apparatus was a sealed enclosure in which coupons (like those used in T, tests)
hanging from a circular chain drive moved between a heated chamber and a cooled chamber,
with a small intermediate chamber serving as a thermal buffer. A schematic diagram of the
RTC apparatus is shown in Fig. 3. The T, chamber was heated to maintain a target temperature
between 30 and 95°C within 0.2°C at an air flow rate of 15 to 20 ft*/h (0.42 to 0.57 m*/h). The
T.... chamber was either held at room temperature or cooled to —40°C by a dry ice bath. The
atmosphere was either dry flowing air (nominal 50 to 80 ppm water), dry flowing nitrogen
(nominal 10 to 30 ppm), or ambient. The nominal humidity levels for the dry atmospheres were
achieved over the first 1000 cycles or so, decreasing rapidly at first and then more slowly as
the final moisture content was approached. The cycle period was approximately 10 min (roughly
1000 cycles/week); the longest test ran about 6100 cycles. Test conditions for the five constant
amplitude RTC tests are summarized in Table 1.

As many as six sets of three coupons each were included in each test. Each set of three
coupons was characterized by a particular combination of coating (thickness, seal time) and
substrate (thickness, composition). Most RTC coupons tested were based on nominal 25-mil
(0.64-mm)-thick Al 5657 substrates. One wall of the intermediate chamber was a plexiglas
viewing window, and all coupons received simple visual inspections at desired intervals to
observe and record crack development.

Several key features of typical cracking behavior are illustrated in Fig. 4, based on RTC 4.
Cracking is characterized by the total number of cracks which have formed on all three test
coupons in a given set. The top graph reveals an incubation period before cracking initiates
and a gradual decrease in the rate of formation of new cracks with continued cycling. Within
the limitations of our inspection process, cracks did not appear to grow extensively in length
following the initiation event, although new cracks sometimes apparently grew instantaneously
across the full width of the specimen immediately following their formation (these are hence-
forth denoted as ‘‘long’’ cracks). Most cracks remained ‘‘short’” (length on the order of 5 mm).
Since some crack growth was observed in the T, tests with increasing temperature, crack growth
with increasing temperature or increasing cycles in the RTC tests cannot be ruled out. Our
inspection process was not suitable to make these precise measurements.

The bottom graph in Fig. 4 shows the same data replotted on a semilogarithmic basis. This
representation brings out an apparent ‘‘steady-state’” regime (in this case, beginning around
1000 cycles) characterized by a constant cracking rate with respect to log(cycles). Some crack-
ing initiated at much shorter lives and proceeded at a slower rate before entering the more
strongly linear steady-state regime. In some of the other RTC tests, this early cracking did not
occur, and initial cracking appeared to belong to the steady-state regime. These observations
suggest two ways of characterizing cracking data to develop fatigue models: first, in terms of
the ‘‘initiation life,”” the number of cycles to appearance of the first crack; and, second, in
terms of the steady-state semilogarithmic rate of formation of new cracks.

Initiation of First Crack—Data for the number of cycles to appearance of the first crack
are presented in the framework of a traditional S-N (stress-life) diagram in Fig. 5. Included
here are relevant data from the first five RTC tests, including different maximum and minimum
temperatures and humidities. Also included on the diagram are the ranges of o, data from the
T. tests, which may be thought of as one-cycle fatigue tests. All results shown in Fig. 5 are
based on anodized 25-mil Al 5657 coupons, so potential variations in life due to substrate
composition or thickness have been eliminated. The maximum average coating stresses were
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TABLE 1—RTC test conditions.

Test
Number T e °C T °C Atmosphere Humidity, ppm
1 70 25 Ambient air Ambient
2 70 25 Dry air 65
3 70 —40 N, 15
4 70 25 N, 25
5 80 25 N, 15

estimated from Eqs 1 and 2, selecting room temperature residual stresses and elastic moduli
which correspond to the nominal test humidity. Note that coating thicknesses are denoted by
symbol (filled versus unfilled). Distinctions of seal time have been neglected, since seal time
did not appear to have a significant influence on elastic modulus or on room temperature
residual stress at humidities experienced in the RTC tests. Atrows to the right indicate run-outs
(cracking had not yet initiated when the test was terminated for one reason or another). Arrows
to the left indicate that cracking was observed at the first inspection, which means that cracking
could have initiated at any time between Cycle 1 and the number of cycles indicated by the
symbol.

Several key observations are in order. First, note that as in the T, tests, the thicker 1.0-mil
coatings cracked more quickly than the 0.5-mil coatings. This effect is not explained by trends
in the nominal coating stresses. Second, the nominal humidity had a significant effect on crack-
ing tendencies. Compare RTC Tests 1, 2, and 4, which shared identical temperature histories:
cracking was never observed in the ambient humidity RTC 1, terminated after 2340 cycles;
cracking occurred quickly in the 25 ppm RTC 4; and cracking initiated at slightly larger num-
bers of cycles in the 65 ppm RTC 2 (this test was abandoned following a damaging temperature
spike at 2000 cycles, at which time cracks had not yet initiated in the 0.5 mil/20 min coupons).
The effect of humidity on cracking appears to be explained by the effects of humidity on
maximum stress.

How do temperatures affect cracking? The successful choice of the estimated maximum
stress, rather than the stress range, to correlate crack initiation data suggests that 7, is the

important temperature parameter. What about 7,,,? Compare RTC Tests 3 and 4, which had
nominally identical maximum temperatures and humidities but very different minimum tem-
peratures (+25 versus —40°C). Crack initiation lives were quite similar in these two tests. The
slightly lower initiation lives in the 1.0-mil coupons from RTC 4 (T, = +25°C) may have
been due to a slightly faster approach to the final humidity level, and in any case, a T,,,, effect
(if it existed) would have been expected to cause earlier cracking at lower T, (due to the
increase in Ao). Our tentative conclusion is that 7, has no significant effect on crack initiation
and that ¢, not Ag, is the proper correlating parameter.

A linear least-squares regression of the 0.5-mil coating crack initiation data, including both

RTC and T. results, yielded a stress-life curve (Fig. 5) of the general form
Opax = O, (N) C))

where N, is the number of cycles to initiation of the first crack, and b is the fatigue strength
exponent (the slope of the S-N line in log-log space). In this case, » = —0.119, which (by way
of comparison to other engineering materials) is a reasonable value. The regression intercept
(fatigue strength at one cycle) is 302.7 MPa (43.9 ksi), which is approximately the same as o,
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at the median T, value of 130°C for 0.5-mil coatings on 5657. A similar fit (not shown) for the
1.0-mil data yielded the similar exponent » = —0.100 and a lower intercept.

It is important to note that this best-fit line indicates only the average initiation life at some
value of maximum stress. Actual lives demonstrate considerable scatter around this locus of
mean values, although the scatter observed (up to +3x) is quantitatively typical of high-cycle
fatigue in other engineering materials. This scatter appears to be more extensive for the 1.0-
mil coatings than for the 0.5-mil coatings. The scatter in fatigue initiation life is probably related
to the previously observed scatter in ¢, values, and in fact the joint RTC-T, construction of
Fig. 5 helps to make this point. Variations in strength cause variations in life in proportion to
the slope of the fatigue line. ’

Note how the fatigue life curve helps to explain the absence of observed cracking during
RTC 1, conducted at ambient humidity. Cracking was not observed in this test apparently
because of humidity-dependent changes in residual stresses and effective elastic modulus,
which resulted in a net decrease in the maximum coating stress. If this test had been continued
for several thousand additional cycles, it is expected that cracking would have initiated.

Further Crack Development—The appearance of the first crack only marks the beginning
of the fatigue damage process. Unacceptable degradation of optical properties, if it occurs at
all, will be caused by the formation of multiple cracks rather than the growth of the first crack.
It was also noted above that the development of multiple cracks can be characterized by a
linear increase in the number of cracks with the logarithm of elapsed cycles, which can be
described by the form

p=Clog N (5)

where p is a measure of the crack density, in this case the number of cracks on three test
coupons; and N is the total number of fatigue cycles. The term N¢™ is the ‘effective initiation
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life,”” the intersection of the steady-state crack development line with the p = 0 axis. This is
not the same as the initiation life, N, from Fig. 5, although if all cracking is associated with
the steady-state regime, the two initiation values may be similar. The coefficient C is the slope
of the crack development line (with units of new cracks/decade of cycles) and serves to describe
the rate of new crack formation.

Linear least-squares regressions of the crack development data were carried out to obtain
best estimates of C from Eq 5. Only data which belonged to the linear ‘‘steady-state’’ regime
were included in these regressions. RTC Tests 1 and 2 were not included due to the absence
of data for multiple cracking. Regressions were conducted on each individual data set (each
combination of seal time and coating thickness) for a given RTC test. Seal time was shown to
have no discernible effect on C. The available data indicated no simple systematic effects of
various test parameters on N¢,

The correlation between C and the estimated maximum stress in the coating is shown in Fig.
6. Here the maximum stress criterion appears to explain not only the effects of different humid-
ities and maximum temperatures on cracking, but also the effects of coating thickness. It is not
clear what type of curve should be drawn through the data or if the logarithm of one or both
variables should be considered, but the monotonic and relatively smooth nature of the stress
versus cracking relationship is apparent. Note that here, as for the S-N diagram, o, rather
than Ac appears to be the proper choice (i.e., T,,, does not influence cracking significantly).

A remaining question is how thermal cycling might influence further crack development in
coatings which have already sustained some initial cracking from other sources (e.g., initial
damage due to the hot adhesive bonding step). In order to address this question, a set of 0.5-
mil coupons which had previously been heavily cracked in a T, test (average of 61 cracks/3
coupons) were included in RTC Test 5. These coupons did exhibit further cracking, but the
initiation time (700 cycles) was longer than for the virgin coupons (300 to 400 cycles), and the
total number of new cracks (average of 16 per coupon set) was significantly lower (compare
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FIG. 6—Rate of formation of new fatigue cracks.
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43/set average for the virgin coupons). Apparently many of the damage initiation sites had
been exhausted by the prior crack formation, so that the two damage processes did not superpose
linearly.

Cyclic versus Static Fatigue—The literature is filled with controversy about whether struc-
tural ceramics such as alumina actually exhibit a true ‘‘cyclic fatigue’” effect [13]. Several
authors have argued from available data that failure due to cracking is actually driven by time-
dependent mechanisms and is therefore a function of total time under stress, not total number
of cycles [14]. This so-called ‘‘static fatigue’” effect is identified by comparing time-under-
stress-to-failure data for specimens which are loaded cyclically or statically. The existence of
a true cyclic fatigue effect seems to depend on the particular ceramic under consideration and,
in some cases, on the specific experimental conditions.

Do these anodized aluminum coatings exhibit a true cyclic fatigue effect? In order to answer
this question, identical test coupons were placed in the elevated temperature chamber of the
RTC apparatus for the entire duration of RTC Tests 4 and 5. These coupons, therefore, expe-
rienced a total time-at-maximum-stress (time-at-maximum-temperature) which was roughly
twice that of the coupons which were cycled between maximum and minimum temperatures.
The static coupons could not be inspected until the end of the test, when the chamber was
unsealed, so no information on initiation times was available. But the total number of cracks
at the end of the test could be compared.

These “‘static fatigue’” coupons did exhibit cracking, but the number of cracks per static
coupon at the end of the test was generally only about one third of the number per cycled
coupon (which experienced only one half the time-under-maximum-temperature of the static
coupons). Figure 7 shows available cracking histories for static and cyclic coupons in RTC 5
compared on the basis of time-at-maximum-temperature. We conclude that there is some static
fatigue effect in these anodic coatings, but that there is also a true cyclic fatigue effect which
is significantly more damaging.

Rapid Thermal Cycle Test #5
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FIG. 7—Cracking as a function of time at maximum temperature for static and thermally cycled
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It is interesting to note that nearly all of the cracks on the static coupons were ‘‘long,”’
extending across the width of the specimen, similar to cracks observed in the (noncycling) T,
tests and to some of the earliest RTC cracks in the 1.0-mil coatings. In contrast, most of the
RTC cracks (and all RTC cracks occurring after about 1000 cycles) were ‘‘short.”” So the
physical nature of cracking may be indicative of some distinction between cyclic and static
fatigue mechanisms. It is also tempting, based on Fig. 7, to postulate the final number of static
fatigue cracks as the log-linear extrapolation of the early (prior to 1000 cycles or 100 h) crack
development trends in the cycled coupons, but this may be simply a coincidence. The current
database is insufficient to conduct more substantial analysis.

Multiple Thermal Cycles (Variable Amplitude)

Actual LEO thermal histories will not be constant amplitude. The temperature extremes for-
radiator panels during normal operation are expected to be about —12° to +24°C, but occasional
“‘deep’’ cycles will also occur between about —93° and +49°C during transitions between
operational and nonoperational conditions, with an overall deep cycle frequency around 0.1 to
1%. In order to address the cumulative damage issues associated with more complex thermal
histories, a sixth RTC test was conducted. RTC 6 was designed to simulate a realistic thermal
history characteristic of LEO, but it was not possible to achieve the complete LEO environment
with the RTC apparatus. In particular, the RTC chambers are not capable of achieving negligible
humidity. As noted earlier, humidity has a significant effect on the residual coating stresses,
and so RTC stresses would be significantly different from LEO stresses at the same tempera-
tures. But by understanding the quantitative relationship between humidity and stress, it was
possible to design an RTC test (at higher maximum temperatures relative to LEO) in which
the maximum stresses would be the same as expected in LEO.

The specific history followed in RTC 6 consisted of blocks of approximately 150 automated
‘‘operational’’ cycles with 7,,, = 60°C followed by two manual ‘‘deep’’ cycles with 7, =
90°C. Blocks required approximately one day each to complete and were repeated continuously
except for weekends, when operational cycles continued without the periodic deep cycles. The
T, for both cycle types was kept at 19°C, and the same dry flowing nitrogen atmosphere used
in earlier constant amplitude tests was maintained. This thermal history was followed for
approximately two months or until 8565 operational and 82 deep cycles had been applied.
Similar sets of 25-mil 5657 coupons in triplicate were included in the test, along with sets of
10-mil 5657 coupons which had shown tendencies to higher 7, values and 11-mil 1100 alloy
coupons which had been found to have 7, > 200°C.

Only the 25-mil 5657 coupons with 1-mil coating and 20-min seal developed clearly observ-
able cracks during this test. These coupons did not crack during the first 154 operational cycles,
but did crack extensively after the first deep cycles. No further cracking occurred until about
1100 cycles, at which point the crack density gradually increased at a decreasing rate, as
observed during previous RTC tests. The final crack density was 45 cracks per three coupons,
and all cracks were more than 1 in. (25.4 mm) long. Linear defects, less than 0.1 in. (2.54 mm)
long, were seen on some of the other coupons, but these were not unequivocally identified as
cracks until the end of the test. The final crack densities (per three coupons) ranged from one
to ten cracks for the other 5657 coupons, and the 1100 coupons remained crack free.

RTC 6 provides information for a particular LEO thermal protocol, but other thermal histories
will be encountered in practice. Subsequent predictions of cracking behavior for other histories
must rely on interpretation of the more general constant amplitude fatigue models derived from
RTC 1 through 5. To have confidence in such predictions, it is important to show that these
fatigue models lead to reasonable predictions of RTC 6 results.

The constant amplitude thermal cycling tests do not provide any direct indication of the
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proper way to sum damage from a variable amplitude stress history. A reasonable first choice
for a cumulative damage initiation criterion is Miner’s linear damage rule [/5], which takes
the general form

D=3 ©)

where D is the total damage, », is the total number of cycles at stress level i, and N, is the
fatigue life (in this case, the number of cycles to first crack) at stress level . When cycling
occurs in repeated blocks, the total number of blocks to failure can be easily computed as the
reciprocal of the total damage per block. A similar prediction for subsequent crack development
(multiple crack formation) is not so straightforward due to the nontraditional semilogarithmic
damage growth process. An additional complication is the absence of any constant amplitude
cracking rate data for stresses as high as the deep cycle maximum stress of 165 to 185 MPa
(24 to 27 ksi). We selected a simple linear combination of damage growth due to the different
cycle types acting independently.

Based on these fatigue models, the specific equations or data presented earlier for the constant
amplitude tests, and the specific thermal histories in RTC 6, the predicted number of cycles to
first initiation was approximately 3300 cycles and 2000 cycles for the 0.5-mil and 1.0-mil
coatings, respectively. The predicted rate of multiple crack formation was about 10 cracks per
decade for the 60°C operational cycles and between 50 and 100 cracks per decade for the 90°C
deep cycles (the uncertainty arises because of ambiguities in how to extrapolate from Fig. 6).
Based on the assumption that additional crack formation begins at this rate immediately fol-
lowing formation of the first crack (i.e., N, in Eq 4 is the same as N*" in Eq 5), which is a
slightly conservative assumption, we obtained upper bound estimates for the total number of
cracks expected per three coupons after 8600 total cycles: 25 to 50 cracks for the 0.5-mil 5657
coupons and 35 to 65 cracks for the 1.0-mil 5657 coupons.

How do the predictions and actual test results compare? The 1.0-mil coatings first cracked
significantly earlier than expected, but this is not inconsistent with previous cracking results.
In RTC 5, conducted at a maximum temperature of 80°C, the 1.0-mil coatings had already
cracked by the first inspection around 100 cycles (see again Fig. 5; these coupons were not
included in the initiation model regression because of the unknown incubation life). The pre-
dicted maximum coating stress at 90°C (about 172 MPa or 25 ksi) is not much lower than the
lowest o, values observed in the 1.0-mil 7, tests. The final number of cracks on the 1.0-mil
coupons in RTC 6 was about 45, which compares favorably with our original predictions of
35 to 65 cracks. We do not know exactly when the first cracks appeared on the 0.5-mil coatings,
but the presence of multiple cracks at the end of the test (8600 cycles) suggests that our original
initiation estimate of 3300 cycles was probably reasonable and perhaps slightly conservative.
The upper bound predictions for the total number of cracks at test end (25 to 50) were con-
servative relative to actual observed cracking (up to ten).

The limited cracking information which can be extracted from RTC 6, then, is generally in
agreement with expectations based on the first five RTC tests and the associated fatigue model,
including our postulated cumulative damage relationships. The models appear to be accurate
or a little conservative in predicting the total amount of cracking which occurs in the early
stages of a simulated LEQO thermal history.

After 8600 cycles in RTC 6, it was judged that little further information of value would be
gained from continuing the same cycling protocol. There remained an interest in differentiating
between the fatigue performance of the various alloys included in the test. Therefore, the deep
cycles were stopped, and the maximum temperature of the operational cycles was increased
from 60 to 65°C for an additional 5016 constant amplitude cycles. Following incubation periods
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of differing lengths, additional cracks appeared on all Al 5657 coupons, and some of the small
linear defects on the 0.5 coatings lengthened slightly (but remained shorter than 0.25 in.). The
Al 1100 coupons remained crack free. Finally, the maximum temperature was increased again
to 70°C for an additional 642 cycles. Although all other coatings developed a few more cracks,
the Al 1100 coupons still did not exhibit any cracking. In view of the complex thermal histories
involved, the relatively few data collected during these late stages of RTC 6 were judged
insufficient for further analysis.

Other Physical Characteristics of Damage

Careful scanning electron microscope (SEM) inspection of anodized coatings which cracked
at elevated temperatures revealed substantial plastic deformation of the substrate in the vicinity
of the oxide crack. This deformation is illusirated in Fig. 8 (top), a cross-sectional view which
shows the intersection of the crack with the substrate-coating interface. Copper has been depos-
ited in the crack as an aid to visualization. The substrate deformation is reminiscent of crack
tip blunting observed in the ductile fracture of metals. This severe metal ‘‘groove” extends
along the full length of the crack. Figure 8 (bottom) shows a perspective view of the metal
groove in a specimen from which the coating has been removed. These particular photomicro-
graphs were taken from a 12-mil Al 3002 substrate with a 1-mil coating which had been
subjected to 7, testing up to T,,,, = 175°C. At the opposite surface, a relatively broad, shallow
indentation in the metal also follows the crack line. At that surface the oxide déforms to follow
this indentation, but does not crack.

At first glance, the driving force for this substrate deformation seems unclear, since at ele-
vated temperatures the stresses in the substrate are nominally compressive. In order to inves-
tigate the stress distribution further, a simple two-dimensional finite element (FE) analysis was
conducted for a thermally stressed cracked coating system. The model substrate was 8 mil thick
with 1-mil coatings on both surfaces. Thé upper coating contained a crack, while the lower
coating was uncracked. Eight-noded isoparametric elements were used throughout the mesh.
The small elements near the coating/substrate interface had dimensions of 0.1 mil and 0.05 mil
in the x (axial) and y (in-plane transverse) directions, respectively. The system was loaded
thermally by a uniform temperature increase of 150°C from a stress-free condition. For sim-
plicity, the deformation response was assumed to be purely elastic (no plastic deformation
allowed) and plane strain conditions were also assumed.

The results indicated clearly why severe deformation occurs at the rdot of the crack. The
crack introduces a strong stress singularity which causes severe intensification of the stresses
in the substrate under the crack. Although the nominal (uncracked) stress in the substrate under
the given loading conditions is 86 MPa (12.5 ksi) compressive in the axial direction (parallel
to the interface), the substrate stresses near the crack are tensile in nature and can be very large.
See Fig. 9, which shows contours of axial stress o,, in both substrate and coating near the
crack. At the crack tip itself, the FE analysis estimates o, to be nearly 700 ksi (4830 MPa)
(contours above 80 ksi are too closely spaced together to be shown on the figure). In reality,
of course, the substrate stresses near the crack tip will not be nearly this large, due to plastic
deformation and the resulting stress relaxation, but the elastic FE analysis properly points out
the severe nature of the near-tip stress field. Farther away from the crack, the FE model shows
that the substrate stresses teturn to their nominal levels (o,, = 12.5 ksi or 86 MPa compressive).

The severity of the local deformation can be judged by comparing the calculated local elastic
stresses with the yield strength of the aluminum substrate. At room temperature, o, is around
138 to 172 MPa (20 to 25 ksi). At elevated temperatures typical of T, tests, the yield strength
is unknown, but it is estimated to be 34 to 103 MPa (5 to 15 ksi); the decrease is due to
thermally enhanced dislocation motion. The inability of the local material to support stresses



McCLUNG AND ALWITT ON ANODIZED ALUMINUM COATINGS 173

g

sogi it k.

FIG. 8—SEM micrographs showing severe substrate deformation near coating crack (top) cross
section showing intersection between crack and coating/substrate interface (bottom) aerial view of
metal surface after coating has been stripped off.

which are dramatically higher than the current yield stress causes significant plastic flow. The
elastic FE analysis is not able to emulate the physical ‘‘groove’” formation because this is a
plasticity phenomenon, but it clearly demonstrates the reason for the severe deformation.
Deformation of this type was not observed in some T, coupons which had been heated to
lower temperatures. Grosskreutz [/6] and Edeleanu and Law [/7] found no evidence of sub-
strate deformation or damage beneath oxide cracks formed by mechanical straining at room
temperature. On the other hand, this substrate deformation has been observed to occur in some
RTC coupons which experienced a maximum temperature of only 70°C. In particular, this
severe substrate deformation is associated with the so-called ‘“long”” cracks which form during
some RTC tests. Substrate deformation occurs much less severely beneath the so-called *‘short’’
cracks (length on the order of 5 mm). Note that the ‘‘long’’ and ‘‘short’’ cracks are also
distinguished by their ‘‘crack opening displacement’’ (COD), the separation distance between
the two opposite surfaces of the crack. As observed in Fig. 8, the COD for a long crack is often
on the order of 1 to 2 um. In contrast, the COD for a short crack is typically on the order of
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FIG. 9—Stress distribution in the vicinity of a cracked coating at elevated temperature.

0.2 pm. The relationship between the crack length, COD, and metal deformation is not entirely
clear. It may be that the substrate deformation forces the crack surfaces apart, thereby increasing
the COD, and that this increase in the COD encourages the crack to grow in length (which, in
turn, initiatés more substrate deformation).

The severity of the metal deformation raises the possibility that the groove could serve as
an initiation site for fatigue cracks in the substrate. This is not likely in the space application
under consideration, since nominal substrate stresses are probably not large enough to nucleate
and grow a fatigue crack in the metal. Limited investigations have found no such substrate
cracks in 7. or RTC coupons. The phenomenon could be significant in other applications,
however, if the substrate carried significant mechanical cyclic loads.

Discussion

The fatigue models proposed provide a rational basis to predict LEO fatigue behavior. While
the specific quantitative models derived here apply to this particular materials system (com-
bination of substrate alloy/temper/thickness and coating thickness/seal time), they should pro-
vide the proper framework to evaluate other anodized aluminum systems as well. Considerable
uncertainties also remain as to the specific thermal histories which will be experienced in LEO,
including the maximum temperatures for both operational and deep cycles and the deep cycle
frequency, and so it is difficult to make precise statements about expected LEO performance.
Based on the Al 5657 studies, however, a few general predictions can be advanced. It appears
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that the anodized aluminum panels will experience fatigue cracking in orbit, and that the first
cracks will appear relatively early in life—during the first 1000 to 10 000 cycles, which is
approximately the first 2 to 20 months. Subsequent crack development, however, is expected
to be slow, and those cracks that do form are expected to be extremely small (less than 5 mm).
The operational cycles alone will probably contribute fewer than 20 new cracks on a 12 in.”
(7750 mm?) reference area over the panel lifetime. Estimating multiple crack formation due to
the deep cycles is more difficult, as discussed earlier, but upper bounds of 100 to 200 small
cracks per reference area after 30 years are probably very conservative, especially for thinner
coatings.

The important question, however, is not just whether the coatings will crack, but whether
expected coating cracking will cause any significant degradation in optical properties such as
thermal emittance (o) or solar absorptance (g). The answer appears to be ‘“‘no.”” A set of
unusually heavily cracked coatings obtained during 7, testing of coupons which had been stored
in humid atmospheres (discussed earlier) were sent to NASA/JISC for optical measurements.
The final crack densities on these coupons were as high as 360 cracks per three coupons (12
in.2 (7750 mm?) total reference area), and most cracks were longer than 1 in. (25.4 mm). This
level of cracking produced no measurable changes in o or &€ when compared to control values
from uncracked coupons.

Other anodized coating systems, of course, might experience cracking which is either more
or less severe. The apparent link between 7, results and thermal fatigue lives (as expressed in
the S-N diagram) suggests that T, testing might provide some initial indication of thermal fatigue
resistance and thereby eliminate the need to do comprehensive RTC testing for a new materials
system. Similarly, T, testing might be useful as a part of a quality control system to ensure that
the fatigue resistance of a previously qualified materials system has not degraded unacceptably
due, for example, to loss of quality in the anodization process. The scatter in T, results implies
that the test could only be interpreted as a gross measure of cracking tendencies, but a large
drop in T, (for example, from 160 to 90°C) might still be a valid indicator that fatigue cracking
would significantly increase. The relative performance of 0.5 and 1.0-mil coatings on 5657 and
0.5-mil coatings on 1100 in both 7. and RTC tests would seem to confirm this conclusion.

The possibility of extensive coating cracking occurring during a hot adhesive bonding step
cannot be ruled out and is likely at higher bonding temperatures such as 350°F (177°C). A
lower bonding temperature such as 250°F (121°C) should cause little or no cracking for a
carefully chosen substrate and thinner coating. Unfortunately, a number of complex scale-up
and materials handling issues associated with shop fabrication of full-size panels must be
addressed before confident predictions of cracking behavior in practice can be forwarded. Nev-
ertheless, it is encouraging that the most extensive cracking observed during this limited study
did not cause measurable degradation of optical properties. It is also encouraging that previously
cracked coupons exhibited reduced crack development during subsequent thermal cycling.

Conclusions

1. Coating stresses are strongly dependent on humidity.

2. Cracks first initiate during monotonic heating at temperatures ranging from less than
100°C to greater than 200°C and corresponding estimated coating stresses ranging from under
200 MPa (30 ksi) to over 480 MPa (70 ksi). All of the factors which influence T. (or ) are
not fully understood, and scatter is sometimes large.

3. Anodized aluminum coatings exhibit a true cyclic fatigue effect under thermal cycling.
Fatigue cracking is characterized by the progressive formation of multiple cracks which do not
appear to grow substantially in length following the initiation event, although new cracks
sometimes grow instantaneously across the full width of the specimen.
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4. Fatigue models have been successfully developed. The first-crack initiation model, which
takes the form of a traditional stress-life (S-N) diagram, successfully correlates cracking in both
T, and RTC tests at different humidities and temperatures. The crack development model for
RTC tests describes a linear increase in crack density with log (cycles) as a function of stress.

5. These fatigue models and simple cumulative damage laws were reasonably successful in
predicting cracking during a variable amplitude thermal history representative of LEO
environments.

6. Cracking in both T, and RTC tests occurs more quickly and more severely in thicker
coatings.

7. The formation of cracks in the anodic coating at elevated temperature is accompanied by
severe local plastic deformation of the substrate at the intersection of the crack and the substrate/
coating interface.

8. The fatigue models provide a rational basis to predict the fatigue performance of anodized
aluminum coatings in aerospace applications. In particular, the models indicate that fatigue
cracking during 30 years of LEO exposure will be insufficient to cause significant changes in
thermal emittance and solar absorptance.
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ABSTRACT: Yield, plastic flow, and low-cycle fatigue damage behavior of an orthotropic Al-
6061-T6 plate were investigated. Anisotropic constitutive relations and multiaxial fatigue damage
models of the material were obtained to predict its yield, plastic deformation, and low-cycle
fatigue life under multiaxial loading conditions. Low-cycle fatigue tests were conducted along
three orientations of the plate at room temperature under three loading conditions, uniaxial ten-
sion/compression, torsion, and combined tension/torsion in-phase, to verify the theoretical pre-
dictions. The theoretical yield functions and flow relations under combined tension/torsion load-
ing condition agreed with experimental data reasonably well. Four multiaxial fatigue damage
models were evaluated and used to predict the low-cycle fatigue life along the three orientations
of the plate. A damage model based on the strain vector and an anisotropic shear cracking model
gave better predictions than the effective strain and the plastic work models.

KEYWORDS: cyclic stress-strain responses, anisotropic constitutive relations, multiaxial
fatigue damage models, orthotropic Al-6061-T6 plate

Nomenclature
M,  Anisotropic coefficients in the yield function by Shih and Lee (S-L)
a, o; Constants in the S-L yield function describing the Bauschinger’s effect
k  Parameter in the S-L yield function describing the size of the yield surface
F,G,H,L,M, N Anisotropic coefficients in Hill’s yield function
Tmax Ymax  Maximum shear stress and maximum shear strain amplitudes
€, 0, Tensile strain and stress amplitudes normal to the plane of maximum shear
0,, Mean normal stress amplitude on the plane of maximum shear
n  Material constant
o™*  Maximum normal stress amplitude on the plane of maximum shear
o, Yield stress of a material under monotonic tension
o, Maximum principal stress amplitude
€, Maximum principal strain amplitude
o Transformation angle
Q, Anisotropic coefficients in the yield function in x'y’z’" system
0, ¢  Arbitrary angles in the cross sections of specimens under torsion
o, T Measured normal and shear stress amplitudes
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versity, Boston, MA 02115.

178

Copyright®1994by ASTM International WWW.astm.org



LIN AND NAYEB-HASHEMI ON ORTHOTROPIC MATERIAL 179

D Multiaxial fatigue damage model based on the strain vector
Material constants in the D model
Material constants in the D model in the x'y’z’ coordinate system
E  Young’s modulus of a material
A Ratio of applied strain amplitudes: A = y/e
&, € Effective stress and effective strain
v”, €# Shear and axial strains, plastic parts
Nyo, Number of cycles to failure using the 10% load or torque drop criterion
A, B, Anisotropic material coefficients in the anisotropic shear cracking model:
A(Ymax + Be,)

Advanced engineering materials usually exhibit anisotropy in their mechanical behavior.
Anisotropic materials such as fiber-reinforced composites and cold-worked metals are used
widely in industry for making aerospace, air, ground and sea structures, pressure vessels, power
generators, engines, etc. Understanding and modeling of mechanical behavior of anisotropic
materials are important for design, manufacture, and quality assurance of these engineering
structures. Extensive research has been conducted to model the anisotropic elastic deformation
and fatigue failure of fiber-reinforced composites [/—/0]. But the anisotropic low-cycle fatigue
damage behavior of cold-worked metals under multiaxial loading conditions are rarely inves-
tigated. In this context, the research reported here deals with the anisotropic plastic deformation
and low-cycle fatigue damage behavior of cold-worked 6061-T6 aluminum alloy under biaxial
loadings. High temperature and strain rate effects are not considered in this study.

There are at least two types of plastic anisotropy in metals at room temperature and they
may not be independent of each other. One is due largely to preferred orientation of grains
(texture) and nonrandom distribution of second phase particles or inclusions. These sources
result in initial material anisotropy or texture anisotropy, which gives rise to the dependence
of yield strength and strain-hardening property on material orientation. Another mechanism of
plastic anisotropy is related to the development of back stress or internal residual stress caused
by prior plastic deformation, i.e., the Bauschinger effect. The latter is known as plastic defor-
mation anisotropy or strain-induced anisotropy, which is observed upon load reversal and
depends on loading history. To model plastic deformation behavior of an anisotropic metal
under multiaxial loading conditions, anisotropic constitutive relations are needed which include:
(1) a yield function specifying the stress state at which plastic deformation begins; (2) flow
relations which relate plastic strain increments to stress deviators; and (3) a hardening rule
which describes the variation of the yield surface with plastic deformation. In addition, to
predict fatigue life of an anisotropic metal under multiaxial loading conditions, a multiaxial
fatigue damage model is needed. In this paper, some background information about anisotropic
constitutive relations and multiaxial fatigue damage models are given first. This is followed by
both theoretical and experimental investigations of anisotropic yield, plastic flow, and low-
cycle fatigue damage behavior of an orthotropic Al-6061-T6 plate. More specifically, these
investigations include:

1. The anisotropic constitutive relations of the subject material with respect to its principal
anisotropic axes.

2. Transformation of the constitutive relations to a new coordinate system.

. The development of a strain vector-based multiaxial fatigue damage model.

4. Low-cycle fatigue experiments along three orientations of the plate under axial-torsional
biaxial loadings.

w
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Through these investigations, we intend to illustrate our proposed methodology for investi-
gating multiaxial fatigue damage of an anisotropic material. The methodology consists of the
modeling of constitutive relations of the subject material, detailed investigation on damage
mechanism of the material, and proposing damage controlling parameters to predict fatigue
life. This methodology is applied to model the multiaxial fatigue damage of Al-6061-T6 in this
work, and it will be further applied to model advanced composite materials.

Background
Anisotropic Constitutive Relations

The yield function which describes the limit of the elastic regime plays an important role in
the classical theory of plasticity. It is well established by experimental evidence and theoretical
considerations that yielding of metals does not depend on hydrostatic pressure and that plastic
deformation occurs with no volume change. Moreover, it has been shown that, based on the
stability analysis, the yield surface must be convex, which ensures the uniqueness of the plastic
strain increment for a given stress state. These results have led to some restrictions on the
expressions of yield functions. Since the plastic deformation behavior of a material is nonlinear,
the flow relations are usually defined as relationships between plastic strain increments and
stress deviators. The yield function is usually used as the plastic potential to derive the stress
deviators (associated flow rule), thus the plastic strain increment vector is normal to the yield
surface (normality rule). As a consequence, the exact locations and shapes of initial yield surface
and subsequent yield surfaces are very critical in the prediction of plastic deformation.

Two different approaches have been applied to obtain yield functions for anisotropic metals.
According to the crystallographic approach [11,12], the deformation of a polycrystalline aggre-
gate is accommodated by the activation of slip systems. The crystallographic dependence of
the plastic deformation is directly accounted for by the slip systems of the subject metal. Then,
the necessary transition from a single crystal to polycrystal is carried out on the basis of sta-
tistical distribution of grains and a grain interaction model. In the macroscopic continuum
approach [13-21], no reference is made to the orientations of individual grains. The yield
surface of the polycrystal under consideration is described by an assumed analytical yield
function, the parameters of which are determined experimentally. The anisotropic behavior of
the polycrystal is thus accounted for only through the characteristics of the assumed yield
function, not by means of the crystallographic texture of the material. Although the macroscopic
continuum approach sometimes might not accurately predict some detailed behavior of partic-
ular metals because of its phenomenonlogical nature, it has been successful in describing the
normality of the plastic strain increment vector and the convexity of the initial and all the
subsequent yield surfaces. In addition, they are relatively easy to implement in FEM codes.

Two anisotropic yield functions of macroscopic continuum approach are cited here as exam-
ples. In 1948, Hill proposed a generalization of the von Mises yield function for the state of
anisotropy possessing three orthogonal planes of symmetry. His yield function is expressed as
[13]

2f=F(o, — 0 )+ G(o, — 0 + H(e, — 0, + 2L7}, + 2M12 + 2N72, =1 (D)

where F, G, H, L, M, N are material properties depending on the yield stresses in the three
principal material anisotropic directions. Although for an orthotropic material F # G # H #
L # M # N, the condition of independence of yielding on hydrostatic stress is assumed in this
yielding function. Hill’s yield function and an associated flow rule are the most widely used
formulations for the modeling of constitutive relations of anisotropic materials [14-21].
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Shih and Lee [/5] proposed another anisotropic plasticity theory which extended Hill’s
original theory by introducing some back stress terms. Their yield function was expressed as

=M/, — a)o, —a) — kK = )

where M, describes the variation of the yield stresses with material orientations, and o, and «;
describe the strength difference between the tensile and compressive yield stresses. The size
of the yield surface is given by the parameter, k. Moreover, the independence of yielding on
hydrostatic stress and no volume change during plastic deformation are also assumed in this
theory by imposing constraints on the values of M,,.

Multiaxial Fatigue Damage Models

Multiaxial fatigue has been an engineering concern and a research field for a long time [22—
34]. Many multiaxial fatigue damage models have been proposed following the stress-life and
strain-life approach. Three general concepts are also recognized: effective stress/strain, plastic
work/energy, and critical plane. The effective stress/strain concept was proposed at the early
stage of multiaxial fatigue research and is still being applied continuously [33-35]. According
to this concept, the two- or three-dimensional stress/strain state is reduced to an effective scalar
parameter, usually by using either Tresca or von Mises criterion. An effective parameter-fatigue
life relationship can then be obtained similar to the S-N correlation. The plastic work/energy
concept was proposed in the 1960s [36,37], and the hysteresis energy was used to correlate
fatigue life. Recently, Garud [38] and Ellyin et al. [39—41] continued to use this approach to
predict low-cycle fatigue life.

The critical plane concept is relatively new compared to the other two approaches. It requires
understanding of fatigue cracking behavior of the subject material so that the failure planes can
be identified and the load spectra with respect to those planes can be analyzed. In his early
research on high-cycle fatigue, Findley used maximum shear stress modified with the normal
stress acting on the plane of maximum shear to correlate fatigue life data [42,43]. McDiarmid
also proposed a critical plane model for high-cycle multiaxial fatigue in the early 1970s
[44,45] based on the maximum shear stress and maximum normal stress on the plane of max-
imum shear.

In low-cycle fatigue research, strain parameters instead of stress parameters are usually used
in fatigue life prediction models. Brown and Miller proposed a general function [(y,,,,, €,) to
model both Case A and Case B cracking systems [46]. Recently, stress terms are also introduced
in conjunction with strain terms in multiaxial fatigue damage models to account for the mean
stress effect and the nonproportional hardening effect. Socie et al. [47] proposed a shear crack-
ing model, v,,,, + €, + o,/E, which simplified the T' function by Brown and Miller. In this
model, a mean stress parameter, o,,, was incorporated to account for the mean stress effect.
Fatemi and Socie [48] proposed another shear cracking model: v,,,.(1 + no*/o,) to correlate
the shear cracking fatigue data for both in-phase and out-of-phase loadings. In this model, the
additional hardening caused by out-of-phase loading was taken into account by ¢™* where n
is a material constant, and o, is yield strength of the subject material. Moreover, a tensile
cracking parameter, ¢,€,%, was proposed by Smith et al. during uniaxial fatigue [49] and has
been successfully used by Socie [50] for the correlation of multiaxial fatigue data of tensile
cracking behavior. However, it should be emphasized that all the above models were obtained

eI
max

2 The original notation was o,
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by treating the subject materials as isotropic. The effect of anisotropy has not been included in
any multiaxial fatigue damage model.

The authors are currently conducting investigations on the cyclic deformation and biaxial
fatigue damage behavior of anisotropic Al-6061-T6 [51,52]. We have found that the initial
material anisotropy played an important role in the modeling of multiaxial fatigue damage. In
this work, we will develop general anisotropic constitutive relations and a general multiaxial
fatigue damage model to predict the anisotropic plastic deformation behavior and low-cycle
fatigue life along any material orientation of the Al-6061-T6 plate. Experimental data of three
orientations of the plate under axial-torsional biaxial loadings are compared with theoretical
predictions.

Theory
Yield Function in the Principal Orthotropic Directions

The anisotropic constitutive relations in this study are formulated for orthotropic materials
possessing three mutually orthogonal planes of symmetry. Typical examples of such materials
are fiber-reinforced laminas and cold-rolled metal plates. As shown in Fig. 1, a Cartesian
coordinate system, xyz, is chosen to coincide with the principal orthotropic axes of an ortho-
tropic plate cold-rolled unidirectionally. The x axis is along the transverse direction (TD), the
y axis is along the rolling direction (RD), and the z axis is along the normal direction of the
plate. Following the macroscopic continuum anisotropic plasticity theory proposed by Shih and
Lee [15], the yield function of the plate with respect to the xyz coordinate system can be
expressed as

=Moo, — k=0 3)

gy

It can also be expressed in a matrix form
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FIG. 1—An orthotropic plate with two Cartesian coordinate systems xyz and x'y’z’.

where o, and o, are stress vectors, M, are anisotropic material coefficients representing the
distortion of yield surface, and k is the effective size of the yield surface. In the [M] matrix,
the six diagonal terms, i.e., M,,, M,,, ..., M reflect the anisotropy of yielding stress; three
off-diagonal terms M ,,, M ,,, and M ,, represent the plastic Poisson’s ratio. There are only six
independent anisotropic material coefficients in this formulation because three constraints are
imposed

M, +M,+ M,;=0, M,+ M, + M,, =0, M,+ My, + M;,=0

These constraints ensure the independence of yielding from hydrostatic pressure and that plastic
deformation occurs with no volume change. For isotropic materials, M;; have the following
fixed values, and the yield function reduces to the isotropic von Mises yield condition.

M, =M, =M, =1, My, = Mss = Mg = 3, My, =M, =M,=-05

But for an anisotropic material, M, and k must be determined from experiments. In the original
yielding function by Shih and Lee, Eq 2, the terms o, o; were introduced to locate the center
of initial and subsequent yielding surfaces. In the present study, o, and o; are neglected as we
intend to model the initial material anisotropy or the distortion of yield surface, a subject
receiving relatively rare attention compared to the extensive modeling work about the plastic
deformation anisotropy. In addition, isotropic hardening rule is used in this work; thus, the
initial yield surface centered at origin can only expand isotropically. The shape of the initial
yield surface, however, can be distorted significantly as specified by the anisotropic coefficients
M, Following the Levy-Mises assumption d€?/S;, = constant, one can obtain flow relations as

de? =

N

oW
Q|!|
3

where G is the effective stress, and S, is the generalized stress deviator. They are defined as

* = M00; (8
2
S, == Mo ©

: 3 g~y
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Transformation of the Yield Function to a New Coordinate System

The above constitutive relations in the xyz coordinate system can be transformed to other
coordinate systems to model anisotropic plastic deformation along any material orientation. In
this section, we present a simple transformation as an example which can be used to model the
plastic deformation of any material orientation in the xy plane. Define a new Cartesian coor-
dinate system, x'y’z’, as follows: the x" and y’ axes are st111 in the xy plane but orientated with
an angle o to the x and y axes, respectively, and the z’ axis coincides with the z axis. The
x'y’z’ coordinate system is also shown in Fig. 1.

The stress transformation is given by

[o] = [T1lo”'] (10

where [T7] is the transformation matrix expressed as

m? n 0 —2mn 0 O
n? m 0 2mn 0 O
o 0 1 0 0 o0
(71 = mn ~—mn 0 m*—n* 0 O an
0 0 O 0 m n
0 0 0 0 -n m
where m = cos a and » = sin «. The stress vector in the new coordinate system [o'] is
T,
O'yr
’ —_ O'z’
1= (12)
Ty'z'
T.r

The yield function expressed with respect to the new coordinate system, x’'y’z’, is then
obtained as

3 = [o]'M]lc] — K = [o'TITT"IM][T]le’'] — k¥* =0 (13)
"
3 = [o'TIClle’] — k* = (14)
[Q] = [TT'IMIIT] (15)
Qn OQp Qs G 0 O
Qo @ On & 0 0
01= 108 02 02 ol o o a9

0 0 0 0 Q55 QS(J
0 0 0 0 Qs QO
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where Q, are the anisotropic material coefficients in the new coordinate system. The six diag-
onal terms describe the yield strength dependence on material orientation. Three off-diagonal
terms, @ ,,, @,,, and @ ,,, are the plastic Poisson’s ratios, and the other four off-diagonal terms,
0.4 Qo 014, and Q 5, are the coupling terms because the new coordinate system, x'y'z’, does
not coincide with the principal anisotropic axes of the material. Once M, and transformation
matrix [7'] are determined, Q, can be evaluated from Eq 15 without conducting further tests.
The flow relations in the new coordinate system are

3 der
dep ==, (17)
2 d
Effective stress is defined as
6> = Q0,0 (18)
The stress deviator are defined as
2
Sy =3 Q0 (19)

Yield and Plastic Flow along the 45° Direction

In this section, we focus on the yield and plastic flow of a specific material orientation, i.e.,
45° to the rolling direction in the plate plane (Diagonal Direction DD), to discuss two issues:
(1) the assumptions involved in shear stresses: 1,, = 7, and 7,, = 7,;; (2) the coupling terms
Q14 Q24 @34 and Qs in the [Q] matrix. ‘

In our experimental program, shear stresses are measured from solid cylindrical specimens
under torsional loading. A cross section of a solid cylindrical specimen subjected to torsion is
shown in Fig. 2 where the specimen is along the x axis and the measured shear stress is T,q. 0,
is an arbitrary angle. The relationship between the measured shear stress, 7., and the shear
stresses, T,, and T,_, which are expressed with respect to the xyz coordinate system, is

yz?

T = T,; COS 8 + 7, 8in 0 (20)

Similarly, if the specimen is along the y axis, another relationship between the measured shear
stress, T,,, and the shear stresses in the xyz system can be found

ye?r

T, = T, COS @ + T _sin @ 21)
where ¢ is an arbitrary angle similar to 8. As the plate is of orthogonal orthotropy, the shear
stresses expressed in orthogonal xyz or x'y 'z’ coordinate systems are needed in the formulation
of constitutive relations rather than the measured shear stresses, 7,4 and 7,,.. In order to evaluate
the shear yielding stress and obtain the anisotropic coefficients M 55 and M, we assumed that
T4 = T,. and T,, = 7,_in Ref 51. An obvious question remains unanswered concerning these
assumptions: why assume 7, = 7,_rather than 7., = 7 in Eq 217 Or why assume 1,, = 7,
rather than 1, = 7,, = Eq 20?7

This question may be answered by considering the yield and plastic flow along the 45° DD
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y 2

Txo
: Txz

FIG. 2—Schematic diagram of a cross section of a solid cylindrical specimen under torsion.

direction. Set the x'y'z" coordinate system with & = 7/4. Then both x’ and y' axes are along
the 45° direction and a DD specimen can be along either the x’ axis or the y' axis, which
should result in the same yield function and flow relations.

First, suppose the specimen is along the x’ axis under combined proportional axial-torsional
loading in strain control. Based on the equilibrium equations and the stress boundary conditions,
the stress state on the specimen surface is

Oy = 0, = Ty y'z’

where €, and vy, .. are the applied strains. o and T are the measured normal and shear stresses,
respectively. Note that the applied shear strain has been assumed to be v,.., and the measured
shear stress, T = T,.,, has been assumed to be T,....

The yield function will then be

3f = Q,,0° + Qg1? — k* = (22)
The plastic strain increments are
de’. = (del5)Q,,0,.
de). = (d€6)0,,0..
de?, = (derld)Q;0,. 23)
dyL, = (d&16)Q,0,
Yl = (d&16) Qe .

dyy;... = (d€/G)QseT, .
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Since the DD direction is not a principal orthotropic direction, coupling existed in plastic range
due to the plastic orthotropy of the plate. The above equations show clearly that shear plastic
strain, y%.,. exists due to the normal stress, ., which is an axial-torsional coupling. Moreover,
the shear plastic strain, y7..., also exists due to the shear stress, 7,..., which is the coupling
between torsional terms.

The flow relation expressed in terms of the ratio of applied plastic strains against the ratio
of measured stresses can be obtained from Eq 23

dy? _dvy..,

v _d¥er _ Qw (24)
de’ de’, Q0,0

Now let the specimen be along the y axis under the same combined proportional axial-torsional
loading condition in strain control. Similarly, if the measured shear stress 7,,., is assumed to be
T,..., the following yield function and the flow relation will be obtained

3 = 050" + Q7 — k2 =0 (25)

and

dvpe _dY _ Qs T

26
del. de Q0,0 (26)

It can be shown from Eq 15 that if o« = 45°,

0. = Qs Oss = Qs

Thus the same yield functions, Eqs 22 and 25, as well as the same flow relations, Eqs 24 and
26, are obtained by assuming 7,., = 7,.,- when the specimen is along x’ and assuming 1., =
7,... when the specimen is along y’ axis. This is physically correct because x’ and y’ are actually
along identical 45° directions.

However, if one assumes 7 = 7., = 7,.,., the following yield function and flow relation will
be obtained

¥=0,0"+Q0,17 -k=0 (27)

ayiy _ dy” _ 05,0 + Qa7

28
de’, de 0,0 + 0,7 (28)

Comparing these results with Eqs 22 and 24, one finds that Eq 27 is different from Eq 22
because Q,, ¥ Qg and that Eq 28 is totally different from Eq 24.

A Multiaxial Fatigue Damage Model based on the Strain Vector

In order to predict the fatigue life of the orthotropic plate under multiaxial loading conditions,
we proposed a multiaxial fatigue damage D model based on the strain vector [53]

D? = [e]"Alle] (29)
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where the strain vector, [€], is defined as

ex € 1
€ €
€ €
el=|"|=1. (30)
exy e4
eyz e5
€, €

where [€]” is the transpose matrix of [€] and [A] is a matrix of material coefficients which
describe the variation of low-cycle fatigue resistance of the material with material orientation.
In the xyz coordinate system, the simplest diagonal matrix [A] is chosen for an orthotropic
material

A, 0 0 0 0 0
0 A, 0 0 0 0
{o o a, o o o
A1=19 o 0 4, 0 o G
0 0 0 0 As 0
0 0 0 0 A,

A total of six nonzero material constants exist in this diagonal matrix. For an isotropic material,
A, =A,,=A,;and A, = A;s = A are expected. The above diagonal [A] matrix can be
determined from uniaxial fatigue test results along the principal orthotropic axes of an ortho-
tropic material in conjunction with its constitutive relations [53].

The major advantage of this D model is that it can be transformed to any new coordinate
system to predict low-cycle fatigue life along any new material orientation without conducting
further tests. For example, to obtain the general form of the D model in the x’y 'z’ system, the
following strain transformation is carried out

[e] = [T][€] (32)

where [T] is the transformation matrix given by Eq 11, and [€’] is the strain vector in the
x'y'z’ coordinate system. Therefore, in the new x'y’z’ coordinate system, the fatigue damage
model becomes

D? = [e'T'[TTTANTIIE'] = [€'T[B]l€'] (33)
where [B] is the anisotropic material fatigue property matrix in the new coordinate system.

B, = [B] = [TT[A]IT] (34)

y

Similar to Q;, B;; can be calculated through Eq 34 if [A] and [T] are determined.

i
Experimental Verification
Experimental Procedure

The subject material of this investigation is an Al-6061-T6 plate cold-rolled in one direction.
The 6061 aluminum alloy is a light-weight, medium-strength, corrosion-resistant structural
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TABLE 1—Chemical composition of Al-6061-T6.

Mg Si Cu Cr Fe Mn Zn Ti Al

1.0 0.6 0.25 0.25 0.7 0.15 025 0.15 Balance

material. After the T6 temper treatment, the material retains its texture anisotropy, but the plastic
deformation anisotropy due to the prior plastic work is eliminated [2],5]]. In addition, the
material was found to be rate insensitive at room temperature [54]. The nominal chemical
composition of the material is given in Table 1. The nominal monotonic mechanical properties
are given in Table 2.

The orthotropy of the plate was caused by the elongation of grains and the alignment of
precipitates along the rolling direction [57]. Solid cylindrical specimens 9.5 mm in diameter
in the gage length were prepared from the plate along three directions: rolling direction (RD),
transverse direction (TD), and 45° diagonal direction (DD). The specimen configuration can
be found in Ref 51. The surface of the specimens was polished successively with finer grits to
a mirror-like finish.

Fully reversed controlled-strain low-cycle fatigue tests were performed with the three direc-
tion-oriented specimens at room temperature under three loading conditions: pure axial (A =
vy/e = 0), pure torsional (\ = %), and combined axial-torsional in-phase (A = 0.8, 2). Tests
were performed using a servohydraulic close-looped Instron 1322 biaxial machine with applied
strain rates between 1073 and 107%s~'. Normal and shear strains were controlled with an Instron
biaxial extensometer of gage length 10 mm. Load-elongation and torque-twist data were
recorded by X-Y recorders.

Cyclic Stress Strain Responses

Cyclic stress-strain responses of the three orientations were obtained by using both the con-
stant strain amplitude method and the multiple step test method [55]. Same cyclic stress-strain
responses were obtained from the two different experimental methods for each orientation. The
cyclic stress-strain curves of the three orientations are shown in Figs. 34 and 35. In the elastic
regime, the three orientations show the same stress responses, which implies that the material
is isotropic in the elastic regime. In the plastic regime, however, the cyclic stress responses are
different and thus the material is anisotropic. Under axial loading higher stress responses are
obtained along the TD orientation, but under torsional loading higher stress responses
are obtained from RD orientations. The stress responses of the DD specimens are within those
of RD and TD specimens for both axial and torsional loadings. The cyclic stress-strain curves
of the three orientations are obtained from multiple companion specimens, and the results
shown in Fig. 3 are the average of the multispecimen test results.

TABLE 2—The nominal mechanical properties of Al-6061-T6.

E, (MPa) o,, (MPa) g, (MPa) ¢, (%)
69 000 276 310 12
Note: E = Young’s modulus.

(il

o, = Yield strength.
o, = Ultimate tensile strength.
¢ = Elongation in 50 mm.
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FIG. 3—Cyclic stress-strain curves of the three orientations—TD, RD, DD: (a) under axial load-

ing, (b) under torsional loading.
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The anisotropic coefficients, M, and the effective size of the yield surface, k, were evaluated
from the cyclic stress-strain responses of the three orientations under pure axial and pure tor-

sional loadings with a yielding definition of 0.2% off-set strain, and the results are given below.

10 -0376 -0624 0 0 0
-0376 1127 -0751 0 0 0
-0.624 —0751 1375 0 0 0
M;=1M] = 0 0 0 28 0 0 (35)
0 0 0 0 302 0
0 0 0 0 0 3.13

The effective size of the yield surface is determined as k = 292 MPa. The values of M,,,
M,,, and k are obtained directly from the cyclic stress-strain responses of TD and RD specimens
under pure axial loadings. The values of M., are found by using the method proposed by
Backofen in which two plastic strain ratios, R and P, are measured and the third yield stress
along the normal direction can then be determined [56]. M ;5 and M 4, are determined from the
cyclic stress-strain responses of RD and TD orientations under pure torsional loading. M ,, is
determined through the results of DD specimens because it is impossible to conduct torsional
tests along the normal direction of the plate of 31.25 mm (1.25 in.) thickness. The values of
M,,, M,,, and M ; clearly show the orthotropy of the plate. However, the values of M, M.,
and M . are quite close to the isotropic value, which may be due to the shear stress assumptions
involved when determining them.

The Q,; matrix in the new coordinate system x'y’z’ (x" and y’ are 45° t0 x and y, respectively,
z' coincides with z) is also found through Eq 15, and the results are given below.

1.065 —0.376 —0.688 0.0635 0 0
-0.376 1.065 —0.688 00635 0 0
_ | -0688 —-0688 1375 -0.127 0O 0
Q,=101= 0.0635 0.0635 —0.127 2.88 0 0 (36)
0 0 0 0 3.075 —0.055
0 0 0 0 -0.055 3.075

From the above results of Q,, it is clear that the coupling terms Q,,, Q.., @, and Q. are not
significant. In addition, the values associated with x’ axis are equal to the corresponding values
associated with y’ axis, namely Q,, = Q,, Q3 = Qs Q14 = Qass . - - , etc. This is expected
because the x’ and y’ axes are physically identical when the transformation angle o = 45°

Yielding and Plastic Flow Behavior

Based on the results of M,; and Q,, theoretical yield functions and flow relations for the three
orientations under combined axial-torsional loadings can be obtained as follows.

Yield functions
Along TD: M,, = 1, M, = 3.13, k = 292 MPa, ¢> + 3.13712 = 2922 37
Along RD: M,, = 1.127, M, = 3.02, k = 292 MPa, ¢ + 2.68712 = 2752 (38)

Along DD: Q,, = 1.065, Qs = 3.075, k = 292 MPa, 0 + 2.891> = 283  (39)
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Flow relations

dvyr T

TD: =313 - 40
de” [3 “40)
davy? T

RD: — = 2.68 — 41
der [3 (41
dvyr T

DD: — = 2.89 — 42
der [3 “2)

The material constants, M, and @, in the constitutive relations are obtained based on the
experimental data of pure uniaxial loadings. The predictive capability of the constitutive rela-
tions must be evaluated with the data of more complicated multiaxial loadings. In this work,
tests of combined proportional axial-torsional loadings are carried out to evaluate the predictive
capability of the constitutive relations. Figure 4 shows the comparison between the experimental
yielding points and theoretical yield functions. The experimental data of flow relations is plotted
with the predictions of the theoretical flow relations in Fig. 5. Only the results of DD orientation
are shown in Figs. 4 and 5. Similar figures showing the results of TD and RD orientations can
be found in Ref 51. These figures indicate that the predictions of the constitutive relations agree
with the experimental data reasonably well. More experiments with other loading paths such
as biaxial tension/compression, combined axial-torsional-internal pressure, and nonpropor-
tional loadings are needed to further evaluate the predictive capability of the constitutive
relations.
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L
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0.0 — ; e
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FIG. 4—Comparison of the experimental yielding points with the predictions of the constitutive
relations along DD orientation.
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FIG. 5—Comparison of the experimental flow behavior with the predictions of the constitutive
relations along DD orientation.

Effective Stress-Effective Strain Criteria

Two anisotropic effective stress-effective strain criteria can be evaluated from the constitutive
relations obtained in previous sections. One is the von Mises criterion & — &, and the other is
the Tresca criterion T, ~ Y. Figure 6 shows the correlation of the two criteria with the
experimental cyclic stress-strain responses of the three orientations under the three loading
conditions. Obviously the von Mises criterion gives a better correlation for this material.

Fatigue Life Prediction

Fatigue cracking behavior was observed during the low-cycle fatigue tests of the three direc-
tion-oriented specimens. After the fatigue tests, the tested specimens were inspected using the
liquid penetrant nondestructive testing (NDT) method to reveal cracks and their orientations
on specimen surface. Under torsional loading, cracks initiated and grew along the direction of
specimen axis, i.e., on the planes of maximum shear. However, no cracks were developed along
the circumferencial direction, which is another orientation of the planes of maximum shear.
This type of axis-orientated shear cracks was also observed with other materials by other
researchers [26,27,57]. All the three direction-oriented specimens displayed the same shear
cracking behavior. Cracks initiated early and propagated fast along the specimen axis. A few
cracks linked and became major cracks. The final length of the major cracks were about several
centimetres.

Under axial fatigue loading, all of the three direction-oriented specimens also showed similar
shear cracking behavior. Cracks initiated and grew on the planes 45° to the specimen axis, i.e.,
planes of maximum shear, for the majority of fatigue life. Cracks initiated late and only one
or two cracks were visible on specimen surface at the failure point. Under combined axial-
torsional loading condition, cracks also initiated early and remained on the planes of maximum
shear in all the three directions of specimens. The number of the visible cracks at the failure
point under the combined biaxial loading appeared to be more than those under axial fatigue
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loading but less than those under torsional fatigue loading. Apparently, the fatigue cracking
behavior of the orthotropic plate is shear damage dominated. The material anisotropy seemed
to have negligible effect on the fatigue cracking behavior even though it did affect fatigue life
data, which will be shown in the following. Photographs of the shear cracks and their orien-
tations on specimen surface under the three loading conditions can be found in Refs 5] and
53.

Low-cycle fatigue tests were conducted on the three direction-orientated specimens under
three loading conditions: axial, torsional, and combined axial-torsional in-phase. Fatigue failure
was defined as 10% load/torque drop. The fatigue test data under pure axial loading and pure
torsional loading of the three directions—RD, TD, and DD—are plotted in Fig. 7. The solid
lines in Fig. 7 are obtained from linear regressions of the RD and TD data. Under axial fatigue
loading, shorter fatigue lives are obtained from TD specimens. But under torsional fatigue
loading, RD specimens yield shorter fatigue lives. This observed anisotropy in low-cycle
fatigue life is in good agreement with the observed anisotropy in cyclic stress response: TD
specimens give higher stress responses and also shorter fatigue lives under strain-controlled
axial fatigue; RD specimens give higher stress responses and shorter fatigue lives under strain-
controlled torsional fatigue condition.

From the fatigue life data of the three direction-orientated specimens under pure axial and
pure torsional loading conditions, the material constants, A,, in the D model are obtained [53]

0527 0 0 0 0 0 €
0 0423 0 0 0 0 €,
0 0 0254 0 0 0 €
2 ‘
D? = [e,e€€,€,€,.] 0 0 0 0919 0 0 €, “43)
0 0 0 0 10 O €,
0 0 0 0 0 0632]]e€

’

In the new coordinate system x'y’z’, the D model is defined by the [B] matrix, which is also
determined using Eq 34. The D model is thus obtained for both xyz and x'y’z’ systems and
can be used to predict the fatigue lives of the three direction-orientated specimens under com-
bined multiaxial loadings. We also evaluated three other multiaxial fatigue damage models.
They are: the plastic work model &€& [39], the effective strain model &, and the anisotropic
shear cracking model A(y,.., + B.€,) [51]. Each of these three models represents a different
concept. The fatigue damage controlling parameters in these models such as g, v,,,,, €,, etc. are
evaluated by using the anisotropic constitutive relations of the plate. Material properties, A, and
B,, in the anisotropic shear cracking model are evaluated based on the data of pure uniaxial
fatigue loadings. The results are: along TD A, = 0.8, B, = 2.0; along RD A, = 1.0, B, = 0.2;
and along DD A, = 0.9 and B, = 1.1.

Moreover, four equations relating the four damage models to fatigue lives are obtained from
the baseline data of RD specimens under torsional fatigue loading.

D = 0.441 — 0.3949(log N — 3.2368) (44)
A(Ymax + Bg,) = 0.882 — 0.77(log N — 3.2368) (45)
€ = 093 — 0.4652(log N — 2.5315) (46)

€6 = 1.469 — 1.296(log N — 2.5315) “7)
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LIN AND NAYEB-HASHEMI ON ORTHOTROPIC MATERIAL 197

In these equations, the D parameter, the effective strain parameter €, and the anisotropic shear
parameter A(y,... + B.€,) are expressed in percentage, and the plastic work parameter, €g, is
expressed in MPa. The predicted fatigue lives are calculated with these four equations, and
then they are plotted against the actual fatigue lives in Figs. 8 through 11. As shown in Fig. 8,
the predictions of the D model are in good agreement with the experimental data, with a scatter
factor of 1.5. The plastic work model €’ and the effective strain model € average the biaxial
stress-strain responses of multiple material orientations and planes, and neither can reflect the
shear damage of the material. Both of them give predictions with scatter factors larger than
two, as shown in Figs. 9 and 10. However, both of them can be obtained directly from the
constitutive relations of the plate, which allows us to use them to estimate the fatigue life of a
new material orientation without conducting further fatigue tests along that orientation. The
anisotropic shear cracking model, A, (y,.« + Bg,), corresponds with the cracking behavior of
the plate and it correlates with the data better than the effective strain and the plastic work
models. The predicted lives are within the lines of scatter factor 1.5. The advantage of this
model is that it reflects the actual fatigue cracking behavior and thus provides good life
predictions. However, the material properties, A, and B,, have to be found from the actual
fatigue tests along each material orientation under consideration because the controlling
parameters, Y,.. and €, are scalars. Although the D model does not reflect the actual
fatigue cracking behavior, it offers good fatigue life prediction and it has the convenience of
easy transformation. As a result, we think that the D model is superior to the other three
models.
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FIG. 10—Predicted fatigue life against actual fatigue life using the effective strain model.
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Discussion

Solid cylindrical specimens were used in this investigation. Under pure torsional or combined
axial-torsional loading conditions, there exists a shear stress gradient across the cross section
of the solid cylindrical specimen, while in a thin-wall tube specimen, the most commonly used
specimen configuration in multiaxial fatigue tests, the shear stress is nearly uniform across the

‘thickness. This specimen geometry difference may not have significant effects on fatigue crack-
ing behavior since crack initiation usually occurs on specimen surface on which the stress
response for the same applied strain is the same for both specimen geometries. However, the
specimen geometry difference affects torsional fatigue life. In a solid specimen, the rate of
Mode III crack growth from the specimen surface into the elastic core must be slower than that
in a thin-wall tube with the same applied strain because of the stress gradient that exists in the
solid specimen. Consequently, a longer torsional fatigue life can be obtained from solid spec-
imens. However, this specimen geometry effect on torsional fatigue life strongly depends on
the definition of fatigue failure. If fatigue failure is defined as the final rupture of the specimen,
this effect can be significant. For the 10% torque drop fatigue failure definition used in this
work, this effect is relatively insignificant because cracks are still relatively shallow at the 10%
torque drop point.

Anisotropic material coefficients M,; and A, appear in the constitutive relations and in the
multiaxial fatigue damage D model of the orthotropic material. These material coefficients are
the basic information needed to model the multiaxial plastic deformation and low-cycle fatigue
behavior of an orthotropic material. Theoretically, they can be obtained by conducting strain-
controlled uniaxial fatigue tests along the three principal orthotropic directions of the material.
Then the resulting models can be transformed and used to predict plastic deformation and low-



200 EVALUATION OF ADVANCED MATERIALS

cycle fatigue life of any material orientation under complicated multiaxial loading conditions
without performing further tests. In this work, only combined proportional axial-torsional load-
ings are performed to test the predictive capability of the constitutive relations and the proposed
D model. More experiments with more complicated loading conditions are needed to further
verify the accuracy of the theoretical results obtained in this study. Especially, for materials
showing obvious mean stress effect and nonproportional hardening effect under controlled
strain test conditions, some stress terms may be needed in the D model to take these effects
into account [47,48].

The anisotropic metal tested in this work was found to be isotropic in the elastic range. As
a result, elastic stress-strain relations are used in the calculations without detailed explanation.
For fiber-reinforced composite materials, elastic anisotropy is usually significant, and thus it is
necessary and important to consider the effects of elastic anisotropy and use anisotropic elastic
stress-strain relations to model them.

The plastic deformation of ductile metals that do not contain any voids takes place by dis-
location motion, which produces shear deformation on crystallographically determined slip
planes, and thus the plastic deformation in ductile metals are generally nondilational, whether
‘they are isotropic or anisotropic. This observation also implies that yielding of ductile metals
is independent from the hydrostatic stress. As a result, the conditions of no volume change
during plastic deformation, and independence of yielding from the hydrostatic stress are
assumed in our yielding function Eq 3 as well as in most anisotropic yielding functions for
anisotropic metals [/3-21]. These conditions are valid for our material, which is void free in
its original state and is only subjected to moderate plastic strain, i.e., on the order of 1073, In
fact, the predictions of the theoretical constitutive relations agree with experimental data very
well, as discussed in this paper. However, these assumptions should not be applied to some
,special materials such as: porous materials, polymers which are subjected to structural trans-
formation during plastic straining, or some composite materials in which distributed damage
and microvoids may develop during plastic deformation. In these cases, plastic dilation effects
must be considered in both constitutive relations and fatigue damage models.

Conclusion

1. Anisotropic constitutive relations of an orthotropic Al-6061-T6 plate are obtained by using
the macroscopic continuum approach. In terms of yielding and plastic flow behavior, the pre-
dictions of the theoretical constitutive relations agree with the experimental data along three
orientations of the plate under combined tension/torsion in-phase reasonably well. This indi-
cates that the formulations of the constitutive relations are quite successful. More tests with
more complicated loading conditions are needed to further evaluate the theoretical formulations.

2. The effective strain model and plastic W‘grk model offer similar fatigue life predictions
with a scatter factor of two. Both of them can be obtained directly from constitutive relations
of the subject material and thus can be applied to estimate the fatigue life of any material
orientation without conducting further tests. In this respect, the effective strain and plastic work
concepts are still useful even though neither considers the actual fatigue cracking behavior.

3. The anisotropic shear cracking model reflects the actual observed fatigue cracking behavior
and gives better fatigue life predictions than the effective strain model and the plastic work
model. However, the values of the anisotropic coefficients in this model depend on material
orientations and they have to be determined by testing each orientation under consideration.
This makes the model rather difficult to apply.

4. The D model, which is based on the strain vector, also gives better fatigue life predictions
than the plastic work model and the effective strain model. It has the advantage of easy trans-
formation as well. Once the material constants ifi [A] fiatrix are determinéd, this model can be
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applied to predict fatigue life of any material orientation without conducting further tests.
Considering both the capability of prediction and the possibility of transformation, the D model
seems to be the best among the models evaluated.

5. In this work, we have developed and illustrated a methodology to investigate multiaxial
fatigue damage behavior of an anisotropic solid. It can be summarized as follows: first, the
anisotropic constitutive relations of the material should be obtained, which is the basis for the
evaluation of fatigue damage-controlling parameters; secondly, the fatigue cracking behavior
should be investigated which will help to identify the fatigue damage-controlling parameters;
and finally, a multiaxial fatigue damage model is sought considering both the transformation
issue and the actual fatigue cracking behavior. This methodology is successfully applied to the
orthotropic Al-6061-T6. We believe that it can also be applied to advanced composite materials,
even though the fatigue cracking behavior may be much more complicated.
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ABSTRACT: The cyclic, high-temperature deformation behavior of a wrought cobalt-base
superalloy, Haynes 188, is investigated under combined axial and torsional loads. This is accom-
plished through the examination of hysteresis loops generated from a biaxial fatigue test program.
A high-temperature axial, torsional, and combined axial-torsional fatigue database has been gen-
erated on Haynes 188 at 760°C. Cyclic loading tests have been conducted on uniform gage section
tubular specimens in a servohydraulic axial-torsional test rig. Test control and data acquisition
were accomplished with a minicomputer. The fatigue behavior of Haynes 188 at 760°C under
axial, torsional, and combined axial-torsional loads and the monotonic and cyclic deformation
behaviors under axial and torsional loads have been previously reported. In this paper, the cyclic
hardening characteristics and typical hysteresis loops in the axial stress versus axial strain, shear
stress versus engineering shear strain, axial strain versus engineering shear strain, and axial stress
versus shear stress spaces are presented for cyclic in-phase and out-of-phase axial-torsional tests.
For in-phase tests, three different values of the proportionality constant, A (the ratio of engi-
neering shear strain amplitude to axial strain amplitude, vy /¢,), are examined, viz., 0.86, 1.73,
and 3.46. In the out-of-phase tests, three different values of the phase angle, ¢ (between the axial
and engineering shear strain waveforms), are studied, viz., 30, 60, and 90° with X = 1.73. The
cyclic hardening behaviors of all the tests conducted on Haynes 188 at 760°C are evaluated using
the von Mises equivalent stress-strain and the maximum shear stress-maximum engineering shear
strain (Tresca) curves. Comparisons are also made between the hardening behaviors of cyclic
axial, torsional, and combined in-phase (A = 1.73 and ¢ = 0°) and out-of-phase (A = 1.73 and
¢ = 90°) axial-torsional fatigue tests. These comparisons are accomplished through simple Ram-
berg-Osgood type stress-strain functions for cyclic, axial stress-strain and shear stress-engineer-
ing shear strain curves.

KEYWORDS: axial-torsional loading, multiaxiality, in-phase loading, out-of-phase loading,
cyclic deformation, equivalent stress-strain curve, cobalt-base superalloy, elevated temperature

Nomenclature

N Cycle number
N, Cyclic life
n’  Cyclic axial strain-hardening exponent
n] Cyclic torsional strain-hardening exponent
E,G Young’s and shear moduli

K’ Cyclic axial strength coefficient

K Cyclic torsional strength coefficient

A Denotes range of the variable
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v, ¢ Engineering shear and axial strains
Y. €, Engineering shear and axial strain amplitudes
Yoax Maximum engineering shear strain (Tresca)
€., &, Axial elastic and plastic strains
« von Mises equivalent strain
N Proportionality constant, y /e,
V., V, Elastic and plastic Poisson’s ratios
v Effective Poisson’s ratio
o, 7 Axial and shear stresses
o, T, Axial and shear stress amplitudes
o, VYon Mises equivalent stress
Tmax  Maximum shear stress (Tresca)
¢ Phase angle between axial and engineering shear strain waveforms

Introduction

The imperatives of higher efficiency and improved performance in gas turbines require that
the rotating speeds, power extraction per turbine stage, and operating temperatures all be
increased beyond the current levels. This may mean that the materials used in the hot section
are being pushed up to and beyond their recommended usage limits. It is important that the
deformation behavior of these materials be understood at temperatures and loading conditions
that approximate the service conditions of the component. Design decisions for these materials
are currently being made with material properties and databases that have been extrapolated
from lower-temperature, uniaxial, fatigue and deformation data. These extrapolated data may
imply a behavior that is significantly different from the material’s actual response under service
conditions.

The cyclic deformation behavior of polycrystalline metallic materials under combined axial-
torsional loading conditions has been the subject of several investigations [/-9]. These studies
were conducted on tubular specimens of low-alloy steels [1,3,7], stainless steels [1,2,4-8], and
a superalloy [9] at both room [/-7,9] and elevated [/,8] temperatures. Different types of
waveforms, including sinusoidal [2-9], triangular [/,4,6], and trapezoidal [4-7], were
employed as command inputs for the axial and engineering shear strains. In this study, the
cyclic deformation behavior of a wrought cobalt-base superalloy, Haynes 188, has been inves-
tigated under axial-torsional loading conditions at 760°C. Haynes 188 is currently used in many
aerospace gas turbine and rocket engine applications, e.g., the combustor liner for the T800
turboshaft engine for the RAH-66 Comanche helicopter and the liquid oxygen posts in the main
injector of the space shuttle main engine.

The objective of this paper is to disseminate the cyclic deformation data collected in the
course of performing high-temperature, axial-torsional fatigue tests on Haynes 188 and to relay
some observations about the collected data. Various independent as well as simultaneous com-
binations of axial and torsional loads were imposed on 36 specimens in the test program. The
following axial-torsional deformation results are discussed: (1) the effect of the ratio of the
engineering shear strain amplitude to the axial strain amplitude (proportionality constant, \) on
the in-phase (proportional) deformation behavior, and (2) the effect of phase angle () between
the axial and engineering shear strains (out-of-phase or non-proportional) on the cyclic and
stabilized stress response. The cyclic hardening under different axial-torsional loading condi-
tions is presented through plots of hysteresis loops at several cyclic increments and plots of
stress range versus number of cycles. In addition, the presentation format consists of normalized
plots of stable (near half-life) axial and torsional hysteresis loops as well as normalized plots
of the axial strain versus engineering shear strain and the axial stress versus shear stress for
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the near half-life conditions. Also, results of regressed fits to the Ramberg-Osgood equation
with the stabilized cyclic deformation data under various axial-torsional loading conditions are
reported. The stabilized deformation behaviors of the in- and out-of-phase axial-torsional exper-
iments are compared.

All tests described in this paper were conducted in air at 760°C. This temperature was chosen
because Haynes 188 displays a marked drop in ductility at this temperature [/0]. This ductility
minimum is most likely due to complex interactions between mobile solute atoms and dislo-
cations. Understanding the deformation behavior at this temperature will advance our ability
to assess this material’s usefulness in advanced gas turbine applications.

Experimental Program

The cobalt-base superalloy, Haynes 188, was supplied by a commercial vendor in the form
of hot-rolled, solution-annealed round bars with a nominal diameter of 50.8 mm (manufactured
to Aerospace Material Specification 5772A). The chemical composition of the superalloy in
weight percent is as follows: <0.002 S; 0.002 B; 0.012 P; 0.1 C; 0.4 Si; 0.034 La; 0.75 Mn;
1.24 Fe; 13.95 W; 21.84 Cr; 22.43 Ni, with cobalt making up the balance. The grains in the
supplied material were equiaxed and ranged in size from 45 to 65 pm. The specifications for
machining the specimens were explicitly designed to minimize surface work hardening. No
post machining heat treatment was performed on the tubular specimens.

Thin-walled tubular specimens with a nominal outer diameter of 26 mm, a nominal inner
diameter of 22 mm, and a nominal gage length of 25 mm (Fig. 1) were used in all experiments.
The tubular specimens in the axial-torsional test program were heated to the test temperature
of 760°C using a 10-kHz, 10-kW induction heating system with a three-coil (each of the coils
is independently moveable) fixture. In all tests, the temperature in the gage section was main-
tained to within *7°C of the control temperature. A servohydraulic axial-torsional load frame
capable of =223 kN of axial load and +2.26 kN-m of torque was used in all experiments. A
commercial, water-cooled, axial-torsional extensometer was employed for strain measurement.
Further detail on the testing equipment can be found in Refs /] to 13.

Data acquisition and test control were accomplished with a minicomputer and associated
electronic hardware. Detailed information on the data acquisition and control hardware and
software for the cyclic axial-torsional experiments can be found in Ref /3. Data were acquired
at 500 points per loading cycle to ensure that significant, high-rate deformation phenomenon
and the peak stresses and strains were accurately acquired.

Constant strain-rate (triangular) axial and/or engineering shear strain waveforms were
imposed on all specimens. The frequency of both of the command waveforms was 0.1 Hz for
all tests; therefore, the strain rate from test to test varied depending on the amplitudes of the
strain waveforms. The difference in the strain rates between the smallest and the largest ampli-
tude tests was, at most, a factor of 7. Because the differences in strain rates were relatively
small, little or no strain rate effect on the deformation behavior is expected in the tests per-
formed. The engineering shear strain at the mean radius of the tubular specimen was controlled
in all the experiments that had an imposed engineering shear strain. In calculating the shear
stress at the mean radius of the specimen, the shear stress was assumed to be uniformly dis-
tributed through the thickness of the tubular specimen. In all experiments, the test control
software incorporated a graduated five-cycle load up. This allowed for better test control at the
onset of the serrated yielding behavior that is often displayed by Haynes 188 when large plastic
strains are present. In almost every case this five-cycle load up resulted in some initial plastic
deformation in the specimens; therefore, some initial hardening was introduced before the first
cycle data were collected.

The test matrix of the axial-torsional test program is shown in Table 1. Five different values
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TABLE 1—Axial-torsional test matrix for Haynes 188 at 760°C.

A
] 0 0.86 1.73 3.46 oo
0° 7 2 6 2 7
30° e S 1 . .
60° S Ces 2
90° - ce 9

“Two tests were performed with sinusoidal strain command waveforms,

of the proportionality constant, A, and four phase angles, ¢, have been investigated in the axial-
torsional experiments. The number of tests conducted for each test condition, which is given
by a set of A and ¢ values, is shown in Table 1. In Fig. 2, a simple schematic is presented of
the imposed strains during an in-phase and an out-of-phase axial-torsional fatigue test.

Results

The effect of strain cycling on the shapes of the hysteresis loops is illustrated in Figs. 3 to
6. Axial and torsional loops at 1, 10, 100, and 1000 cycles are plotted for cyclic axial-torsional
experiments performed with phase angles, ¢, of 0, 30, 60, and 90°. In all cases, Haynes 188
exhibited cyclic strain hardening, which is characterized by an increase in the stress range and
an associated reduction in the width of the hysteresis loop.

To facilitate direct comparison of the axial and shear cyclic hardening rates of specimens
that were subjected to in-phase (proportional) strain paths with different ratios of engineering
shear to axial strain amplitudes, the stress ranges were normalized by the first cycle’s (after the
five-cycle load up) stress range. Plots of the normalized axial component of the in-phase cyclic
stresses versus the number of cycles and the normalized shear component of the in-phase cyclic
stresses versus the number of cycles are shown in Figs. 7 and 8. For the axial component of
stress, all the in-phase axial-torsional tests exhibited a similar cyclic hardening rate, which was

—= Axjal Strain, ¢

0.006 4 0.006

- Shear Strain, y

0.004 A 0.004 1

I AN B ;7\
0.002 { / 0.002 \
ANPA 2A\NVAN
0 C 0 \ Vi \

£
£ .
w A ] / \
\ l /‘ \ // - =\ I
-0.002 -0.002 (W
N \WVy o, \0 \
/
-0.004 \ v o004 Phase v \
Angle c
-0.006 — ———— -0.006 . —
0 5 10 15 20 0 5 10 15 20
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FIG. 2—Schematic of loading waveforms for axial-torsional in-phase and out-of-phase tests.
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FIG. 3—Evolution of axial and torsional hysteresis loops, A = 1.73, ¢ = 0°

lower than that observed in the axial test. For the shear component of stress, all the in-phase
tests exhibited a cyclic hardening rate that was similar to the torsional test.

The cyclic hardening rates of specimens subjected to the same nominal axial and engineering
shear strain amplitudes, with phase angles between the axial and torsional command waveforms
of 0, 30, 60, and 90°, are compared in Figs. 9 and 10. In these figures the axial and shear stress
ranges are plotted against the number of cycles. Both the axial and shear stress components
clearly indicate higher first cycle hardening as the phase angle, ¢, increases from 0 to 90°. This
pattern of increased hardening with phase angle is maintained throughout the life of the out-
of-phase tests. In plotting the near half-life hysteresis loops from the out-of-phase tests, the
stress and strain components were normalized with half the range (amplitude) of the corre-
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FIG. 4—Evolution of axial and torsional hysteresis loops, A = 1.73, ¢ = 30°.

sponding variable so that the shapes of the hysteresis loops for different ¢ values could be
compared. By normalizing the variables, the isotropic hardening effects are concealed so that
the kinematic effects can be compared directly. The maximum and minimum values of the
strains and stresses in the near half-life axial and torsional loops are listed in Table 2. Figures
11 through 14 are the near half-life, normalized, axial (o/0, versus &/e,), and torsional (/7
versus y/vy,) hysteresis loops from four specimens, which were subjected to the same nominal
axial and engineering shear strain amplitudes but with four different phase angles (¢) between
the strain waveforms. Also displayed in each figure are the normalized plots of the axial strain
(e/e,) versus the engineering shear strain (y/y,) and the axial stress (0/0,) versus the shear
stress (1/7,). The normalized axial strain-engineering shear strain plots display the strain path
imposed on the specimen. The labels A, B, C, and D in Fig. 2 illustrate where each of the strain
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FIG. 5—Evolution of axial and torsional hysteresis loops, A = 1.73, ¢ = 60°

reversals and zero crossings occur for the axial strain. The labels are repeated at the corre-
sponding points in the normalized figures (Figs. 11-14). The small discontinuities seen in the
normalized axial strain versus engineering shear strain and the normalized axial stress versus
shear stress plots are due to a seal friction problem in the axial actuator of the test rig, which
resisted all attempts of compensation.

For each axial-torsional test conducted, the von Mises equivalent stress, von Mises equivalent
strain, the maximum shear stress, and the maximum engineering shear strain (Tresca stress and
strain) were computed from the near half-life hysteresis loop data. For each of these quantities,
the calculation was performed at each of the 500 collected data points around the cycle to
determine the maximum and minimum values. Performing the equivalent and maximum shear
calculations in this way was not specifically necessary for the case of the in-phase tests, but it
was required for the out-of-phase experiments because the maximum values of the equivalent
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TABLE 2—Maximum and minimum strains and stresses in the near half-life axial and torsional

hysteresis loops, A = 1.73.
Engineering
Axial Strain, g, Axial Stress, Shear Strain, v, Shear Stress,
% o, MPa % T, MPa
) N N, Max Min Max Min Max Min Max Min
0° 3000 6261 0.21 -0.20 287 =279 0.35 -0.34 163 ~168
30° 6000 12136 0.19 -0.20 277 -309 0.35 —0.35 186 -17
60° 6000 11 564 0.19 —0.19 313 -310 0.35 -0.35 188 ~187
90° 8000 16 003 0.19 -0.20 345 —329 0.34 —0.34 211 ~204

or maximum shear stress and strain may not coincide with peak axial or torsional stresses and
strains in the out-of-phase experiments.

An effective Poisson’s ratio (v.) was computed based on the measured axial stresses and
strains. At each point around the hysteresis loop, v, was computed with the following equation

gv, t gy,
Ve ™
e

e, = o/E M

where

and

Values of E = 170.2 GPa, G = 64.4 GPa, and v, = 0.321, determined from the averages of
all measured values of Young's and shear moduli, were used in computing v A value of 0.5
was assumed for v,. For the seven tests performed with A = o (torsional loading only), a value
of 0.5 was assumed for v, For axial-torsional loading, the von Mises equivalent stresses and
strains were determined by

2

Y
= 2 4+ - —
Fea ® 4 (1 + v)? @
O = Vo7 + 377 3)

The maximum shear stress and maximum engineering shear strain (Tresca stresses and strains)
within a given cycle of loading for the axial-torsional tests were determined according to

‘Ymax =V (1 + v(:ff)zg2 + 'Yz (4)
15—
Tmax = E 02 + 4T2 (5)

The maximum and minimum of these calculated values were stored and used to calculate the
range and amplitude of each variable (this was done to prevent any bias due to mean stresses
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FIG. 11—Normalized loops, A = 1.73, ¢ = 0°% axial hysteresis loop, torsional hysteresis loop,

axial strain versus engineering shear strain, and axial stress versus shear stress.
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FIG. 12—Normalized loops, A = 1.73, ¢ = 30°: axial hysteresis loop, torsional hysteresis loop,
axial strain versus engineering shear strain, and axial stress versus shear stress.
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FIG. 13—Normalized loops, A = 1.73, ¢ = 60°: axial hysteresis loop, torsional hysteresis loop,
axial strain versus engineering shear strain, and axial stress versus shear stress.
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FIG. 14—Normalized loops, A = 1.73, ¢ = 90° axial hysteresis loop, torsional hysteresis loop,
axial strain versus engineering shear strain, and axial stress versus shear stress.
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FIG. 15—Equivalent stress-strain (von Mises) data: in-phase experiments.

or strains). The sign (positive or negative) of each of the calculated values was determined by
the sign of quantity that had the larger absolute magnitude. The results of these computations
for the in-phase experiments are shown in Figs. 15 (von Mises) and 16 (Tresca). Out-of-phase
test results are shown in Figs. 17 (von Mises) and 18 (Tresca). In the von Mises equivalent
stress-strain figures, a curve representing the Ramberg-Osgood equation fit to the cyclic axial
data (A = 0) is also plotted. In the maximum shear stress versus maximum engineering shear
strain figures, a curve representing the Ramberg-Osgood equation fit to the cyclic torsional data
(A = o) is shown. In all four plots both the cyclic axial (A = 0) and cyclic torsional (A = o)
data are also displayed. Some axial strain ratchetting® was observed in the torsional experiments
(A = o), but it was not used to compute the von Mises or Tresca strains.

The Ramberg-Osgood stress-strain curve obtained from the cyclic axial data seems to rep-
resent the in-phase axial-torsional data better than the maximum shear stress-maximum engi-
neering shear strain curve obtained from the cyclic torsional data. Both the von Mises equivalent
stress-strain curve and the maximum shear stress-maximum engineering shear strain curve
underestimate the cyclic hardening in the out-of-phase axial-torsional tests where ¢ = 90°.
Two out-of-phase axial-torsional tests with ¢ = 90° were conducted with sinusoidal waveforms
also at a frequency of 0.1 Hz. The cyclic hardening in these tests was similar to the cyclic
hardening in tests conducted with triangular waveforms (Figs. 17 and 18), indicating that the
effect of waveform (or small differences in strain rate) is not significant for Haynes 188 at
760°C.

3 Similar axial strain ratchetting has been observed under torsional loading by several researchers [/4-
17]. In the majority of the torsional tests (\ = o) on Haynes 188 at 760°C, the mean axial ratchetting
strain was positive and increased in magnitude with the number of cycles. However, for all the torsional
experiments, the magnitude of the mean axial ratchetting strain near half-life was relatively small compared
to the amplitude of the imposed engineering shear strain. Therefore, the axial ratchetting strain was not
used in computing the von Mises and Tresca strains for the torsional experiments.
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ments.

Table 3 contains constants for a Ramberg-Osgood type of cyclic stress-strain relation for the
various loading conditions. The forms of these relations are

g g
==+
*FTET K
_T,
V=5t %

or

in
’V~] for the axial stress-strain relation

Wn;
[—] for the shear stress-strain relation

()

These constants were determined in a previous study [/8] by performing linear least squares
fits to the logarithms of the near half-life stress amplitudes versus the logarithms of the near
half-life inelastic strain amplitudes for each of the loading conditions listed in Table 3. The
axial and shear stresses corresponding to the axial and engineering shear strains of 0.5% are

TABLE 3—Ramberg-0sgood constants for axial and shear cyclic stress-strain curves under various
loading conditions; Material: Haynes 188 at 760°C.

Loading
Parameters Ramberg-Osgood Constants? Stress at 0.5% Strain
b A K', MPa n' K}, MPa n, o, MPa T, MPa
0° 0 891 0.113 ces R 450 .
0° o e c 589 0.142 . 232
0° 1.73 1272 0.259 604 0.262 290 131
90° 1.73 257 0.238 1247 0.230 563 256

2 From Ref 18.
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also listed in Table 3. In both the axial and shear cases, cyclic stresses are lower under in-phase
loading (A = 1.73, & = 0°) and higher under out-of-phase loading (A = 1.73, ¢ = 90°) than
the stresses corresponding to the individual axial (A = 0) or torsional (A = ) loading cases.

Discussion

The cycle-dependent hardening rate, as indicated by the normalized stress values for the in-
phase tests (Figs. 7 and 8), seems to be independent of any non-zero proportionality constant,
\. However, the normalized stress range in the axial (A = 0) test exhibited a slightly higher
cycle-dependent hardening rate than the three in-phase tests. Similar behavior was not observed
in the normalized shear stress ranges. The reason for this difference in the axial and torsional
hardening rates of the in-phase tests is not apparent at present. In the out-of-phase tests, both
the axial and shear stress ranges exhibited similar cycle-dependent hardening patterns.

It can be seen in Figs. 11 through 14 that the phase angle, ¢, between the axial and engi-
neering shear strain command waveforms has a substantial effect on the near half-life kinematic
hardening behavior. The widths of both the axial and torsional hysteresis loops decrease mark-
edly with each 30° increment of phase angle. This can also be observed in Figs. 3 to 6 and 9
and 10, which show the decrease in the widths of the hysteresis loops and the corresponding
increase in the axial and shear stress ranges as the phase angle increases from 0 to 90°. Other
researchers have reported similar behavior under out-of-phase axial-torsional loading
[2,4,7,9]. The additional hardening that occurs in the out-of-phase axial-torsional loading is
attributable to crystallographic slip in multiple directions, which is caused by the rotation of
the principal axes that occurs in out-of-phase loading [2,9,19].

The von Mises criterion is a good estimator of the cyclic in-phase deformation behavior of
Haynes 188 at 760°C. As can be seen in Fig. 15, all of the in-phase data fall on or just above
the Ramberg-Osgood fit to the cyclic axial data (A = 0). The torsional (A = ) von Mises
equivalent data show the largest deviation from the Ramberg-Osgood fit with as much as a
10% higher stress amplitude at the same equivalent strain amplitude. The maximum shear
stress-strain, or Tresca approach, however, almost always overestimates the amount of cyclic
hardening in the in-phase and axial experiments (Fig. 16). In the worst instance, the axial
maximum shear stress amplitude is overestimated by 18%.

Both the von Mises and the Tresca approaches fail to adequately account for the extra
hardening observed in the out-of-phase, axial-torsional experiments, especially those with a
phase angle of 90° (Figs. 17 and 18). The 90° out-of-phase experiments exhibit as much as
20% more hardening than the Ramberg-Osgood fit to the cyclic axial data and as much as 15%
more hardening than that estimated by the maximum shear stress-strain or Tresca approach.
Kanazawa et al. [2] accounted for the additional hardening in the sinusoidal waveform, out-
of-phase axial-torsional experiments on 1% Cr-Mo-V steel by using a rotation factor, which is
a ratio of the shear strain range at 45° from the maximum shear plane to the maximum shear
strain range. This factor was an attempt to account for the movement of dislocations within
and across multiple crystallographic slip systems in the material. They were able to correlate
both the in- and out-of-phase cyclic deformation data to within the same scatter band by using
the rotation factor in conjunction with the maximum shear stress-strain (Tresca) approach. For
Haynes 188 at 760°C, the von Mises equivalent stress-strain curve, at least for the in-phase
data, appears to represent the cyclic deformation data better than the maximum shear stress-
strain method. Therefore, a method based on the von Mises approach, with appropriate flow
and hardening rules to account for the phase angle-dependent hardening, might be able to
estimate the additional hardening observed in the out-of-phase tests.
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Conclusions

The cyclic deformation behavior of a wrought cobalt-base superalloy, Haynes 188, has been
investigated at 760°C under various axial-torsional loading conditions. The following conclu-
sions were drawn from the study of hysteresis loops and cyclic hardening behaviors under
different loading conditions.

1. Under in-phase (proportional) loading, the ratio of the imposed engineering shear to axial
strain amplitudes had little or no effect on the relative amounts of cycle-dependent hard-
ening in either the axial or shear directions.

2. In out-of-phase (non-proportional) loading, for a given ratio of engineering shear to axial
strain amplitudes and phase angles ranging from 0 to 90°, similar cycle-dependent hard-
ening trends were observed for the axial and shear stress ranges. However, on an absolute
basis, the largest stresses were observed when the phase angle was 90°, and the smallest
stresses were observed when the phase angle was 0°.

3. The amount of hardening exhibited by Haynes 188 at 760°C and the shapes of the axial
and torsional hysteresis loops under out-of-phase axial-torsional loading were directly
dependent on the phase angle between the axial and engineering shear strain waveforms.

4. The equivalent stress-strain curve (von Mises) adequately estimated the cyclic deforma-
tion behavior of Haynes 188 at 760°C under in-phase (proportional) axial-torsional load-
ing. However, the von Mises equivalent stress-strain criterion was not able to accurately
estimate the extra hardening in the out-of-phase (non-proportional) experiments.

5. The maximum shear stress-strain (Tresca) criteria did not adequately estimate either the
in-phase or the out-of-phase axial-torsional cyclic deformation behavior of Haynes 188
at 760°C.

6. When multiaxial loading conditions exist in a structure, the use of either the Von Mises
or the Tresca Criterion to estimate the cyclic deformation behavior does not always yield
the actual cyclic deformation behavior of the material, especially under out-of-phase
loading.
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ABSTRACT: A method for predicting time-dependent stresses and strains in the case of local-
ized creep has been developed. This method is based on strain energy density considerations and
is an extension of the method previously developed by the authors for localized time-independent
plasticity problems. The solution method has been derived in a general form so that it may be
applied to multiaxial notch tip stress states. This technique has been used to predict creep effects
and the associated stress redistribution at the root of a notched zirconium alloy pipe and in a thin
notched plate made of aluminum, both subjected to thermal creep. The predictions have been
compared with the finite element data and good agreement obtained. The computational time for
calculating the notch tip stresses and strains was much shorter than that required for the finite
element analysis. The method can be particularly useful for the analysis of creep effects in the
case of cyclic loading with hold times where the FEM calculations are very time consuming.
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E  Modulus of elasticity
f(o) Function representing stress dependency of creep law
f(o"™")  Value of f(c) calculated at the time-increment (n — 1)
g(o) Internal state variable
P Applied load
t Time
T, Temperature in Kelvin
Az,  The nth time increment
y(B) Internal state variable
g} Notch tip strain components determined at the nth time increment
g;; Notch tip strain components calculated from a linear elastic analysis
e2¥  Upper bound estimation of notch tip strain components
) Notch tip strain components calculated from a linear elastic analysis for load level
P,
g;  Notch tip strain components at time #
g; Strain component
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€7 Elastic strain components at time ¢
¢/, Time-independent plastic strain components due to the applied load P,
g% Time-dependent plastic strain components at time ¢
&% Rate of time-dependent plastic strain components at the nth time increment
&7 Rate of the elastic strain components at time ¢
v Poisson’s ratio
o, Stress components
&; Rate of stress components
o, Hydrostatic stress
G, Rate of hydrostatic stress
a Equivalent stress
Upper bound estimation of notch tip stress components
o', Notch tip stress components at time ¢

o} Notch tip strain components calculated from a linear elastic analysis for load level
P,
0%’  Upper bound estimate of notch tip stress components

o%  Notch tip stress components calculated from a linear elastic analysis
0% Notch tip stress components determined at the nth time increment
Q  Total strain energy density

Introduction

Advanced technology with its resulting liabilities and economic considerations requires
implementation of finite life design methods to ensure safe and reliable operation of engineering
structures and components. Most engineering structures are designed with elasto-plastic mate-
rial containing geometrical or material discontinuities. When such components are loaded, local
nonuniform triaxial stress fields occur with the highest stress concentration near the disconti-
nuities. In order to minimize cost and weight, localized plastic deformation of the material near
the discontinuities is often allowed. However, under repeated loads, cyclic deformation within
the localized plastic zone usually controls the life of such components.

Stresses and strains within the local plastic zone are dependent on the applied load level and
response of the material to the load over time (i.e., creep). Most engineering materials do not
display significant time-dependent deformation at room temperature. In such situations, local-
ized plastic deformation is virtually time-dependent. However, in an elevated temperature envi-
ronment, after instantaneous deformation due to loading has occurred, materials may continue
to deform in a time-dependent manner. The former is referred to as localized time-independent
plasticity and the latter as localized time-dependent plasticity.

The understanding and description of the localized time-independent and the localized time-
dependent deformation in terms of all stress and strain components are key factors in life
prediction methodology of notched components subjected to cyclic loading. The visco-plastic
finite element programs are expensive and time consuming, particularly when simulating cyclic
loading with more than a few reversals.

To date, no simplified method capable of predicting the localized time-dependent multiaxial
stresses and strains has been developed. Only a few authors have tried to extend the approximate
solutions developed for localized time-independent plasticity problems to predict time-depen-
dent stresses and strains in simple two-dimensional notched components. Two of the methods
extended include Neuber’s rule [/] and the equivalent strain energy method [2].

Sakane and Ohnami [3] studied the hold-time effect on the fatigue life of cylindrical notched
specimens made of SUS 316 (S31600) stainless steel at 600°C in air. They employed a modified
form of Neuber’s rule presented in the ASME Boiler and Pressure Vessel Code Case N-47 to
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simulate the notch root time-dependent behavior. They have demonstrated that the modified
Neuber’s rule yielded nonconservative fatigue life predictions for the notched specimens sub-
jected to cyclic loading with a hold time in comparison with the experimental results.

Kurath [4] investigated the possibility of extending the fatigue life prediction method based
on the local strain approach to include time-dependent deformation. He also employed a mod-
ified form of Neuber’s rule to simulate the notch root stress-strain time-dependent behavior in
members made of titanium alloy, Ti-6Al-4V, at room temperature, and acceptable fatigue life
predictions were obtained in comparison with the experimental values.

Both studies estimated the notch root time-dependent stress and strain using the modified
forms of Neuber’s rule, but none of the predicted results were compared directly to the measured
notch tip strains. All comparisons were made only in terms of fatigue life. Since errors in
damage models influence the predicted fatigue life, it is difficult to assess the accuracy of these
methods in terms of the predicted time-dependent notch tip stresses and strains.

Kubo and Ohji [5] have developed a simple solution for predicting notch tip time-dependent
stresses and strains in plane stress and plane strain notched specimens. Their work is essentially
an extension of the equivalent strain energy method proposed by Molski and Glinka [2]. It is
known, however, that the equivalent strain energy method underestimates notch tip inelastic
stresses and strains [6] depending on notch geometry, stress level, and state of stress. Therefore
Kubo and Ohji have proposed an experimental correction factor of about 1.20 and obtained
acceptable results for a few specific cases. Unfortunately, the degree of underestimation result-
ing from the application of the equivalent strain energy method differs from one case to another.
Thus the constant correction factor of 1.20 limits the applicability of the method to the few
specific cases analyzed by Kubo and Ohji [5], and therefore it cannot be generalized.

All the simplified solutions discussed above are applicable only to cases in which the state
of stress at the notch tip is uniaxial. This limitation is due to the fact that all of them have been
derived from simplified formulae applicable to plane stress and plane strain cases.

Because of the similarities between time-independent and time-dependent localized plasticity
phenomena, extension of the methods developed for multiaxial time-independent plasticity
seems to be justified for localized creep applications. However, a major deficiency is the absence
of a generalized approach to localized time-independent plasticity problems.

Moftakhar and Glinka [7] have recently developed a lower bound and an upper bound
solution for estimating local notch tip stresses and strains in the case of time-independent
multiaxial localized plasticity. In contrast to Neuber’s rule and the equivalent strain energy
density equation, the solution method has been derived in a generalized form which is applicable
to uniaxial and multiaxial stress states. Extension of the upper bound solution method [7] to
the localized creep problems is the subject of this study.

The Notch Tip Stress-Strain Upper Bound Relationship

The relationship for predicting the upper bound values of the notch tip stress and strain
components in the case of localized time-independent plasticity has been given in Ref 7. The
refationship has been derived in terms of a scalar parameter known as total strain energy density

Ol,

Q=¢g0,= J; deo, + J; g do; (1)

It has been shown [7] that, after initiation of plasticity at the notch tip, the total strain energy
density calculated at the notch tip of an elasto-plastic body, Q)°, becomes smaller than the
analogous value, (), calculated from a linear elastic stress field. It has also been proven that
the total strain energy density in the notch tip, }°, remains smaller than the hypothetical elastic
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FIG. 1—Variation of the total strain energy density at the notch tip as a function of the applied
load.

one, ), as long as the plastic deformation is a local event restricted to a zone near the notch
tip. A typical variation of the two parameters, Q“ and ()°, is schematically shown in Fig. 1.
After some mathematical manipulations, the following relationship for the upper bound notch
tip stress and strain components has been derived.
U

gilos’ = g50% 2)
Localized plasticity was the essential assumption made for the derivation of Eq 2. An extension
of Eq 2 for the analysis of localized creep problems is discussed below.

Extension of the Upper Bound Relationship for the Localized Creep Problems

Consider a notched body loaded to a certain load level, P, and then held under this load for
a prolonged period of time. In the case of creeping materials, the notched body will continue
to deform in a time-dependent manner after the instantaneous deformation due to the fact that
the applied load, P,, has occurred. However, due to the high local stress at the notch tip and
also the power-law dependency of the ereep strain rate on the stress, the creep of the material
may be restricted to a zone near the riotch tip. In such a case, the stresses and strains within
the notch tip zone change with time due to the creep without any significant change of the far-
field stress and strain. Since the stresses and strains on the right-hand side of Eq 2 are calculated
on the basis of the theory of linear elasticity, they are linearly dependent on the applied load,
P, In other words they change only when the far-field stress and strain change. Therefore,
during the hold time period in which the applied load is held constant, the right-hand side
stresses and strains in Eq 2 do not change and remain constant as long as creep deformation is
localized. The constant value is equal to that evaluated at time t = Q. However, the stress and



234 EVALUATION OF ADVANCED MATERIALS

strain components on the left-hand side of Eq 2 change with time. It follows that in the case
of localized creep during the hold time period, Eq 2 takes the form of Eq 3.

g0, = &)y 3)
The equality in the form of Eq 3 states that the notch tip total strain energy density remains
constant during the hold time period as long as the creep deformation is restricted only to a
zone near the notch tip.

The strain components on the left-hand side of Eq 3 can be decomposed into three parts,

e, =& + & + & 4)

Substitution of Eq 4 into Eq 3 results in
g)00 = gjjoy + eloy; + &0y Q)
The mechanically induced plastic strains, &7, are nonrecoverable when small unloading occurs.
In other words, during the hold time period, only a tradeoff between elastic unloading and
time-dependent deformation takes place.
According to most contemporary creep laws, the creep strain rate, 67/, is related to the current
stress, o}, and a set of internal variables. Therefore, the rate form of Eq 5 may be adopted.

Differentiating Eq 5 with respect to time, ¢, yields
0.0 = &jo, + &0y + efgl, + &oy; + elloy ©)

The elastic strain rate, &7, can be expressed in terms of time-dependent stress rate such that

&Y = — 0ud, ™

Subsequent substitution of Eq 7 into Eq 6 results in

0.0 = '—1+v.' ¥t 4 1+v 4 v ¢ ot ot APt 1 et
0= z ST g Oud; | o + % F oud; | 64 + &ioy + &foy + &0y
®

Using the time-integration method, Eq 8 can be written: in a form suitable for the numerical
solution. The time axis is divided into a succession of time steps, At;, i = 1, 2, .. ., beginning
at time, t,. Then instead of seeking for a solution to stresses, o}, over the entire hold time
period, ¢, an approximate solution consisting of discrete values of o; at the end of each time
step can be found, i.e., o), at time ¢,, o7 at time ,, etc., starting from the known initial value
of o9 at time ¢ = 0. The time derivatives can be approximated by a backward difference over

the time step, At,

At

n

do,\" _ o}~ oj
(m) = ©)

where At, = t, — t,_,.

n
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Further substitution of Eq 9 into Eq 8 yields

1+ v
00 = ( @ = o = e cz;')> %

1 + v n v n n n—1 n n—1
+ B o — 7 ond, ) (@ — o} + (o) — op7Y)

i

+ At (807 + (o7 — ot ) Z} At (&) (10)

The mechanically induced plastic strain components, &7, are known from the time-independent
elasto-plastic analysis. The plastic time-dependent strain rate components, &7, are given by
creep law of material in terms of state of stress and a set of internal state variables such that

&r = f(o)g(a)y(PB) (11)

Using Eq 11, the plastic time-dependent strain rate, &', over the nth time-step, Az,, can be
approximated as

& = flo" g (a)y(P) (12)

Therefore, in the view of Eq 12, unknown parameters in Eq 10 are reduced only to the com-

ponents of notch tip stress tensor, o7, at the nth time interval.

Calculation of Time-Dependent Stresses and Strains at the Notch Tip

For a notch with a traction free surface (Fig. 2), the stress tensor at the notch tip has in
general only three independent nonzero components, i.e.

0 0 0
0, = [0 0p 0y (13)
0 05 03

Having known the material constitutive law, the creep law of the material and the mechanically
induced plastic strain components, &7, a general solution to the stress field problem at the notch
tip requires definition of three unknowns. The unknown parameters in Eq 10 are the three
nonzero stress components given in Eq 13. It follows that two more relationships are needed
for a complete solution. However, there are several specific cases in which the number of
nonzero components of the notch tip stress tensor is reduced to only one element, and as a
consequence, Eq 10 alone is sufficient for predicting the time-dependent notch tip stress and
strain components.

In notched bodies under a plane stress state, the number of independent nonzero components
of the notch tip stress tensor is reduced to only one component, o.,.

0 0 0
o,=10 o, 0 (14)
0 0 0
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FIG. 2—State of stress on the traction-free surface at the notch tip.

Consequently, Eq 10 is reduced to the following form
1+v v 1
0.0 = <T (05 — 03, ") — E 85(0%, — 0251)> 03 + <E 0;2> (03 — o3
+ eh(oh — o%) + AL (ER)YoL + (0% — 0% X ARy (15)
=1
The creep law, Eq 11, and Eq 15 can be used to solve for the unknown stress component,

0%,, at the nth time interval.
In the case of plane strain, the notch tip stress tensor has only two nonzero components.

0 0 O
0,=10 o0, O 16)
0 0 o

Having known the creep law of the material and the mechanically induced plastic strain com-
ponents, &7, a solution to the stress field problem at the notch tip requires definition of two
unknowns. The unknown parameters in Eq 10 are the two nonzero stress components shown
in Eq 16. It follows that one more relationship is needed. The additional relationship can be
formulated using the plane strain definition, i.e.

00 = &, = &35 + o, + o, a7

Using the elastic constitutive law of the material, Eq 17 at time increment ‘‘»>* can also be
written as

1+ -
0.0 = < 5 v ol — %%ﬂ'k) + g + ZT Az (&Y 18)
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The creep law, Eq 11, Eq 18, and Eq 10 can be used to solve for the unknown stress components,
0%, and 0%, at the nth time interval. The time integration continues until the following condition
is satisfied

2 At, = g (19)
=1

A similar set of equations can also be formulated for any multiaxial stress state. In a general
multiaxial stress state, the number of unknown stress components at the traction free notch tip
is less than or equal to three (Eq 13). It follows that, in addition to Eq 10, two more relationships
are needed in such a case. Fortunately it has been found that, as long as the creep deformation
of the notched body is localized, the following parameters remain approximately constant
during the loading and the hold time period.

0 0
00 _ £30x
ER . B, (20)

1 ef 0,0
€0 £,0;

£53033 £5,0%
vl = gt =B @1

! !
€0 £)05

£530753 £3:0%
Sl 28 22

tet | o020
0% £J09

The constancy of parameters, w, (3, and vy, is thought to be attributed to the far-field constraint
imposed on the notch tip deformation.

Any two of Eqs 20 through 22 provides the two additional independent relationships required
for a complete formulation of the notch tip stress and strain problem in a general multiaxial
stress state. Subsequently, Eq 10 together with the material creep law, Eq 11, and Eq 20 and
Eq 21 form a set of three independent equations necessary for a general solution to the notch
tip stress field at time ¢. The complete set of equations is also given in the Appendix.

Assessment of the Proposed Method
Semi-Ellipsoidal Notch in a Pressure Pipe

Numerical calculations using finite element method were carried out to assess the prediction
capability of the proposed solution method. Finite element results were generated by both the
ANSYS [8] and ABAQUS [9] programs to establish confidence in the FEM solutions. The
geometry of the Zr-2.5%Nb alloy pressure tube with an internal semi-ellipsoidal axial notch is
shown in Figs. 3 and 4. The tube was subjected to a multiaxial load composed of an internal
pressure of 10 MPa and a longitudinal stress of 125 MPa at temperature 250°C. The mechanical
properties for Zr-2.5%Nb material used in this study were

E = 94 400.0 MPa v=04

Creep strains were predicted using the isotropic thermal creep law [/0] given in the following
form

7000
&7 = (13834 X 1077 03217°% + 6.3388 X 10~ exp(0.015 0,,)) X exp (— T ) (23)
K
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FIG. 3—Schematic representation of the notched pressure tube used in the analysis, all dimensions
in millimetres.
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FIG. 4—Detailed geometry of the semi-ecliptic notch in the pressure tube, all dimensions in
millimetres.
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The notch tip stress components at time, ¢ = 0, obtained from the linear elastic FEM analysis
were

Hoop stress = o9, 670.0 MPa; Axial stress = ¢, = 347.0 MPa;

Radial stress = o9, = 0.0; oy = o3 = 0.0

The comparison between the time variation of the notch tip stress and strain components
obtained by the present method and the FEM results is given in Figs. 5 and 6. It is apparent
that the predicted stresses and strains agree well with the FEM results. It is also interesting to
note that after 100 000 h of creep the predicted stresses and strains were slightly underestimated
in comparison with the FEM data. This is attributed to the fact that, after 100 000 h, the creep
deformation was not localized, and the far-field stresses and strains started to change with time
as well.

Semi-Circular Double Edge Notches in a Thin Plate

A set of data for time-dependent notch tip stress and strain, calculated for a double edge
notch specimen (Fig. 7) with the theoretical stress concentration of K, = 2, was borrowed from
Ref 11. The specimen was made of pure aluminum with the stress-strain relationship given in
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FIG. 5—Time variations of the notch tip stress components at the notch tip of the pressure tube.
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FIG. 6—Time variation of the notch tip strain components in the pressure tube.
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FIG. 7—Geometry and dimensions of the double edge notch specimen, all dimensions in
millimetres.
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FIG. 8—The stabilized stress/strain curve of the pure aluminum material.

Fig. 8. The model was subjected to a nominal tensile stress of 29.7 MPa at temperature of 437
K. The creep law was approximated by the relationship given [11] below.

e” = F{l — exp[—Rt]} + Gt (24)
where

(-J.I

3.0
; = . * — 19,
29'3> ; G = exp[0.306 & 9.6]

F = exp[0.136 o' — 12.9]; R=175 (

The notch tip stresses and strains were computed by the finite element method and compared
with the strain measured by high-temperature resistance strain gages to establish the reliability
of the FEM solutions. In contrast to the notched pressure tube, the applied load was high enough
to induce time-independent plasticity at the notch tip prior to the creep-induced deformation.
The time-dependent inelastic notch tip stress and strain were calculated first using the method
described in Ref 12. Then the notch tip stress and strain variations during the hold time period
were determined by the present method. It is worth noting that due to the high nominal stress
the far-field region started creeping after approximately 30 min, and as a consequence the
localization of creep was not strictly preserved and therefore the effects of the far-field creep
[13] were also included into the analysis. The calculated stresses and strains were compared
with those obtained by Umeda et al. [11], and good agreement was achieved as shown in Fig.
9.
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FIG. 9—Comparison of calculated notch tip stress and strain.

Conclusions

A simple method for predicting time-dependent stress and strain components in notches has
been developed. The method is based on strain energy considerations. Localized creep defor-
mation is the essential assumption made for derivation of the solution method. It has been
shown that, in the case of localized creep, the rate of change of total strain energy density at
the notch tip is zero. The solution method has been derived in a general form and may be
applied to uniaxial as well as multiaxial stress states. The predictions of the method agreed
well with the results of FEM analysis as long as the creep deformation was localized. The
computational time for calculating the time-dependent notch tip stresses and strains, in each
time interval, is limited to that needed for the solution of a set of three nonlinear equations.
The method is much less time-consuming and expensive than the available visco-plastic FEM
programs. The method can be particularly useful for the analysis of creep effects in the case
of cyclic loading with hold times where the FEM calculations are very time-consuming,.

APPENDIX

Equations Required for a Complete Solution of Time-Dependent Notch Tip Stress and
Strain Components

Rate of change of the total strain energy density at the notch tip

0.0 = &fo, + ejo), + ehgy + &joy + &gy )]
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Creep law

&r = f(o)g(a)y(B) 2

Elastic constitutive law

- 04O, 3)

Decomposition of the total strain components

e, = &7 + & + ¢&ff 4)

Contribution of each pair of coaxial stresses and strains to the total strain energy density

0 0
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ABSTRACT: The objective of this paper is to illustrate the application of a recently developed
inelastic failure analysis method to frames under proportional cyclic loading. The method takes
into account the effect of bending moment and axial force interaction in the formation of plastic
hinges during the loading-unloading cycles. For structures where the axial forces are predomi-
nant, this interaction is important. The frame is loaded with a system of concentrated loads that
are increased incrementally close to collapse and then unloaded. If, during the loading process,
sections of the structure develop moments M, and axial force P, such that the points (M,, P,) are
outside the yield curve, a redistribution takes place that brings these points onto the curve. After
several load cycles, if the loading is not excessive, the structure adjusts to the loading and the
response becomes stable (shakedown). In the process of redistribution, if other sections produce
points outside the yield curve, the redistribution is repeated until no points (M, P) lie outside.
As a first approximation, the moment-axial interaction (yield) curve was assumed to be a straight
line. To improve the accuracy of the analysis, a nonlinear yield curve was derived that depends
on the material properties of the section. Comparison of analytical results with those of other
researchers indicate that the developed method can handle the issue of moment-axial interaction
with accuracy.

KEYWORDS: elasto-plastic, axial-bending interaction, frame, cyclic loading, yielding, arch

Nomenclature

M; Bending moment during an iteration of section i

P, Axial force during an iteration of section i
M, Plastic bending moment capacity of section i

P, Plastic axial force capacity of section i
M, Balanced bending moment of section i

P,;, Balanced axial force of section i

a; Axial force at i due to the given unit moment at j
AM,  Amount of moment needed to bring the point back on to the yield curve
AP, Amount of axial force needed to bring the point back on to the yield curve

N Number of sections outside the interaction diagram during an iteration
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Introduction

For many years, engineers have based the analysis and design of structures on linear elastic
theory. The results have been satisfactory; the buildings and bridges have withstood the test of
time. However, the design methods that are based on linear elasticity neglect the ability of
some materials and structures to carry stress beyond the linear elastic limits. More importantly,
ductility in redundant structures permits a redistribution of stress beyond the elastic limit and
these redistributed stresses can often carry considerable additional loads.

The concept of taking into account bending moment and axial force has been studied in the
past. Onat and Prager [/] described the mechanical behavior of beams made of an elastic-
plastic material in terms of bending moment and the angle of flexure per unit length. An
extensive study of the analysis of elasto-plastic arches under loads increasing up to collapse
was conducted by Cohn and Abdel-Rohman [2] in which both linearized and nonlinear yield
curves are assumed in the analysis. Numerical results of this study illustrate the effect of bending
moments, axial forces, and deformation on the inelastic behavior of arches.

The connection between mathematical programming and structural plasticity was first iden-
tified by Charnes and Greenberg in 1951 [3]. Their study was carried further using linear
programming with plastic limit analysis by Dorn and Greenberg [4]. Recently, Loi and Wong
[5.6] have proposed mathematical programming formulations, based on the plastic hinge con-
cept, similar to the formulations pioneered by Maier et al. [7,8], then by Ueda and Yao [9],
Orbison et al. [10], and Franchi and Cohn [11]. Typically, nonlinear yield surfaces are used,
thereby making it necessary to resort to, for example, multistep iterative techniques [10] or
enclosed yield surfaces approximation by Bozzo and Gambarotta [/2], deformation analysis at
plastic collapse by Maier et al. [8], and combined elastoplastic and limit analysis by Maier et
al. [7] in order to satisfy both the yield condition and the equilibrium requirement.

An incremental analysis method was proposed by Oliveto and Cuomo [13] in which material
nonlinearities are accounted for by inserting infinitesimal rigid-plastic elements between elastic
members. Only elastic-perfectly plastic and linearly hardening models were considered.

Elasto-Plastic Analysis

When a structure is loaded outside the linear elastic limits, some sections enter the ‘‘plastic
state,”’ thus allowing the structure to ‘‘adapt’’ to the loading. A section under bending moment
(M) and axial force (P) is said to be in a ‘‘plastic state’’ if the point (M, P) lies on the yield
curve M = f(P). If it lies inside the area defined by the yielding curves, it is in an elastic state.
Points outside this area are not allowed. A yield curve (or interaction diagram) on the M-P
space of the form M = f(P) that depends on the material properties of the section and can
simulate with acceptable accuracy the behavior of reinforced concrete columns has been
recently developed [/5]. If the loading dnes not exceed the capacity of the structure, a redis-
tribution of bending moment and axial force takes place and the sections with (M, P) outside
the yield curve are brought back onto the yield curve. The developed algorithm carries out this
redistribution and brings all outside points back onto the yield curve for each loading increment.
This feature makes the method numerically efficient. In the process of redistribution, if other
sections produce points outside the yield curve, the redistribution is repeated until no points
(M,, P,) lie outside the yield curve. The redistribution process converges rapidly, usually within
two to three iterations. If the loading exceeds the capacity of the structure, then the iteration
process diverges rapidly.

The frame is first analyzed for the given system of loads by the linear elastic method. Load
is increased incrementally, and each section is checked after each increment to determine which
joints develop a bending moment and axial force outside the yield curve. A hinge is inserted
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in all such sections, a unit moment couple is applied (one hinge at a time), and the axial forces
and bending moments, due to each couple, are calculated. The axial force at each of these
hinges is called the axial force coefficient, a;;. If the equation of the yield curve for section i is
assumed linear for both compressive and tensile members, then the M-P relationship is written
as

M=|1-—|m, (1)

pi

where M, and P, are plastic moment and axial capacities of section i, respectively. If, during
an iteration, the bending moment M, and axial force P; of section i produce a point outside the
yield curve, a moment AM, and an axial force AP, is employed to bring the point back onto
the curve. The stress in section i is thus adjusted from M,, P,) to (M, + AM,, P, + AP)) so that
Eq 1 is then satisfied

P, + AP,
B R

pé

M+ AM =1 )

If the structure is not loaded beyond its capacity, a redistribution will take place, and the
adjustment in M; and P; will be automatic. This adjustment can be seen as change in P at
Section i due to change in M at all sections j that have entered the plastic state. Therefore, the
axial force adjustment AP, can be written in terms of the axial force coefficients and moment
increments AM,

AP, = 3 a,AM, 3)

Substituting Eq 3 into Eq 2, one obtains the set of N linear simultaneous equations

ad P, P,
AM, + 5 ,=P,— 2 M - P, i=1... 4
2 oMM, + S AM, = Py, = M, = PG ) )

If the equation of the yield curve for section i is assumed parabolic, then the M-P relationship
can be written as

P
M=\|1-—|M,+aP*+ bP (5a)
P,
where
Pbi
M,—-|1- F; M,
a= (5b)

[Pbi(Pbi - Ppi)]

b= —aP, (5¢)

pi
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By proper choice of the parameters, this curve can be made to simulate with acceptable accuracy
the M-P relationship of relatively brittle sections like reinforced concrete or ductile sections
like steel subjected to axial compressive force and bending moment.

As mentioned previously, if the stress (M,, P,) of a section lies outside the curve, an adjust-
ment AM, and AP, is needed to bring it back on the curve. Therefore (M, + AM)) and (P, +
AP,) must satisfy Eq 5a

_ (P, + AP)

M+ AM =11
i i P

M, + a(P; + AP) + b(P, + AP) O
Substituting Eq 3 into Eq 6, one then obtains the set of N nonlinear simultaneous equations

N 2 N
a <E a,-jAMj> + <E aUAMj> 2aP + b — }"@ ~AM, + A, =0 (7a)

J=1 Jj=1 pi

where

M .
Aj=aP}+ b= ZE P+ M, — M, (7b)

pi

By solving this set of simultaneous equations, the moment adjustments AM, (i = 1, 2, . ..
N) are calculated. Then, using Eq 3 AP, are calculated. All members are checked again to see
if, as a result of the redistribution that took place, any sections developed stress (M, P) outside
the plastic state. If so, the same procedure will be repeated until all points lie on the yield
surface.

Numerical Example

The method described previously will be used to analyze the fixed circular arch shown in
Fig. 1 with the data required for the analysis. The circular arch is discretized into 20 members
with equal capacities. Only half of the structure is considered due to symmetry. It is apparent
that all members are subjected to a large axial force, and bending moments and the interaction
effects cannot be neglected.

Using linear yield curves, the elastic limit of the structure was found to be W, = 8996 kN.
Beyond this load the structure behaves nonlinearly. It achieves a load W > W, by plastic hinges
and redistribution of axial force and bending moments. Initially, the load was increased by
1000 kN increments. If the load could not be sustained by the structure at a particular increment,
then the load increment was reduced to half, and so on. Only near the ultimate load were 1-
kN increments used. This method has given an ultimate load of W, = 11 920 kN. At this load
the method converges, whereas at the next load increment it does not converge. For W, =
11 920 kN, the bending moments and axial forces of all sections before redistribution are given
in Table 1. These are the bending moments and axial forces produced by a linear elastic analysis.
At ultimate load, bending moment and axial force of Joint 11 (Member 10) give a point outside
the yield curve, whereas all other sections remain inside the interaction diagram. Note that in
this example all sections have the same linear yield curve. To bring Joint 11 back on to the
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A=610x305 mm

E=2x108 kIN/m?

Mp=7030 kN-m, P,=46120 kN 20 1
1 Mp=6700 kN-m, P,=10000 kN 21

' 2.667m

A

12.930m
FIG. 1—Discretized fixed circular arch.

yielding curve, a hinge is introduced and unit moment is applied. The bending moments and
axial forces of each section due to the unit moment are shown in Table 2, which will be used
in the redistribution process of bending moments and axial forces. After the redistribution
according to the developed method, the new bending moments and axial forces for all sections
are calculated and given in Table 3. At this point, no section produces a point outside the
interaction diagram and no further redistribution is necessary. Selected sections are shown in
Fig. 2, which gives a pictoral view of the redistribution process.

The same arch was subjected to cyclic loading. The analysis for cyclic loading process will
be explained using Fig. 3. For a loading (— W), Joint 11 develops a bending moment M ,, and
an axial force P,, such that the point (M,,, P,,) is outside the yield curve (Fig. 3a, Point 1).
The change in M,, and P,, (AM,, and AP,)) is calculated as described previously. These
changes have an effect on the bending moments and axial forces of all members as is seen in
Figs. 3b, 3¢, and 3d for Members 5, 1, and 3, respectively. This is the effect due to permanent
plastic deformation of Section 11, and it is permanently built into the structure.

Upon unloading (by applying a load + W), the bending moment and axial force of Section
11 do not become zero, as would be the case in elastic behavior (Fig. 3a, Point 3). Similarly,
Sections 6, 1, and 3 of Figs. 3b, 3c, and 3d develop nonzero bending moment and axial forces

TABLE 1—Moments and axial due to W = 11 920 kN (elastic analysis).

Joint P M l/0¢ Joint P M /6
1 —13878.3 —2739.9 1 2 —13 854.1 —991.2 1
3 —13979.9 884.8 1 4 -14 0334 1996.9 1
5 —-140334 2599.8 1 6 ~13895.3 3202.7 1
7 —13924.0 1768.5 1 8 —13749.0 461.7 1
9 —13492.8 —1481.6 1 10 —13130.0 —4061.5 1
11 —13130.0 -7316.2 o

NOTE—ALII units are in kilonewtons and meters.

e P = axial.

» M = moment.

<] = inside interaction diagram and O = outside interaction curve.



TABLE 2—Moment and axial distribution coefficients (couple at Joint 11).

Joint P M° Joint P M Joint P. M
1 0.490 0.581 2 0.487 0.321 3 0.508 0.054
4 0.521 -0.178 5 0.535 —0.385 6 0.559 —-0.569
7 0.566 —0.705 8 0.578 -0.824 9 0.586 -0.913
10 0.591 -0.972 it 0.591 —1.000 ... o

NOTE—AII units are in kilonewtons and meters.
e P = axial.
* M = moment.

TABLE 3—Moments and axial due to W, = 11 920 kN (after first iteration).

Joint pe M o Joint P M /0
1 —-15111.3 —4201.0 1 2 —-15078.2 —1796.1 1
3 —-15257.0 751.0 1 4 —15344.9 24447 1
5 —153223 3569.6 1 6 —15326.2 4694.5 1
7 —15348.8 : 35437 1 8 —-15201.8 2535.1 1
9 —14 966.6 815.5 1 10 —14617.5 —1615.3 1
11 —14 617.5 —4799.9 1

NoTe—All units are in kilonewtons and meters.

e P = axial.

M = moment.

< I = inside interaction diagram and O = outside interaction curve.

MOMENT-AXIAL INTERACTION DIAGRAM

5272.

-5272.5 -3545 -47 3515

PLASTIC AXIAL CAPACITY (kN)

PLASTIC MOMENT CAPACITY (kN-m)
FIG. 2—M-P interaction diagram after final redistribution (W, = 11 920 kN).
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TABLE 4—Moments and axial due to W, = 15 553 kN (elastic analysis).

Joint pe M O Joint P M /0
1 —18 144.8 —3579.5 1 2 —18112.9 —1278.2 1
3 —18278.7 1189.6 I 4 ~-18349.5 2658.0 I
5 ~18380.9 3460.3 1 6 —18299.0 3596.2 1
7 —18210.2 2399.7 1 8 —-17982.6 703.6 1
9 —17 649.0 1825.4 1 10 —17 176.1 -5187.2 1
11 —17 176.1 —9431.8 0 ..

NoTE—All units are in kilonewtons and meters.

4 P = axial.

# M = moment.

¢ I = inside interaction diagram and O = outside interaction curve.

due to the permanent deformations of the first loading —W (Point 3 in Figs. 3b, 3¢, and 3d).
Note that these sections have always remained within the elastic range.

The response stabilizes after one cycle and repeats itself at all subsequent cycles. Section 11
is subjected to reversals of plastic deformations of equal magnitude, whereas Sections 6, 1, and
3 remain elastic, moving on the same loop (11-5-8-2-11) of Fig. 3.

The fixed circular arch shown in Fig. 1 was analyzed again using nonlinear yield curves to
get a better approximation. The elastic limit of the structure was found equal to W, = 10 815
kN. Using nonlinear yield curves, this method has given an ultimate load of 15 553 kN. At
ultimate load, the bending moments and axial forces at each section of the ten elements of the
half-arch are shown in Table 4. The bending moment and axial force of Section 11 (Member
10) give a point outside the yield curve. To bring Section 11 back onto the yielding curve, a
hinge is introduced and unit moment is applied. The bending moments and axial forces of each
section due to this couple are shown in Table 2. After the redistribution, the new bending
moments and axial forces for all sections are calculated and given in Table 5. At the ultimate
load, the behavior of some selected sections before and after redistribution is shown in Figs.
4a and 4b. At this ultimate load the method converges, whereas at the next load increment it
does not converge. For load W > W,, in the process of redistribution of axial forces and bending
moments, the structure collapses by forming a hinge at Joint 6. At ultimate load, Eqs 3 and 7
gave AM, = —3635.51 kN-m and AP, = —2150.10 kN, respectively. This is the amount of
bending moment and axial force needed to bring Joint 11 back on to the yield curve.

TABLE 5—Moments and axial due to W, = 15 553 kN (after redistribution).

Joint P M )/{04 Joint P M 1/{9]
1 -19927.0 —5693.3 1 2 —19882.3 —2443.6 1
3 —20124.6 994.3 I 4 —202452 3303.5 I
5 —20324.8 4860.2 1 6 —20330.1 5664.5 I
7 —20269.7 4963.8 1 8 —20082.6 3698.8 1
9 —-19779.4 1493.2 1 10 -19326.2 —1652.9 1
11 —19326.2 —5796.3 1 . N

NoTe—All units are in kilonewtons and meters.

« P = axial.

# M = moment.

<[ = inside interaction diagram and O = outside interaction curve.
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FIG. 4—M-P interaction diagram (W, = 15 553 kN).
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TABLE 6—Comparison of arch example results.

Authors Assumption Ultimate Load, kN
Fafitis/Jayamaha [/4] Nonlinear yield curve, Eq 5 15533
Loi/Wang [6] 5 Hyperplanes/quadrant 13 360
Cohn/Rohman [2] 2 Hyperplanes/quadrant 12 760
Fafitis/Jayamaha [/5 ] 1 Hyperplane/quadrant, Eq 1 11920
Cohn/Rohman [2] 1 Hyperplane/quadrant 10 870
Conclusion

An iterative method developed for elasto-plastic analysis of plane frames taking into account
the interaction of axial force and bending moment in yielding has been successfully used for
analysis of arches. The fixed circular arch of the example has been previously studied by other
investigators [2—5]. The results obtained by those authors using different methods of analysis
are presented in Table 6. Wang and Loi [6] have assumed an elliptic yield curve (N/N,) + (M/
M,)* = 1 with five hyperplanes per quadrant. Hyperplanes are linear segments that are approx-
imations of the yield curve. It is noted that Eq 5 gives a very good approximation to the yield
curve assumed in Ref 6. For one hyperplane, Cohn and Rohman [2] have reported an ultimate
load that is about 9% less than what was obtained in Ref /5. Numerical results obtained for
the fixed circular arch example in this paper demonstrate the significant role of the yield curve
assumed and the major influence of axial force on the ultimate load. Also, it is noted that
ultimate load is sensitive to the size of the elements of the discritized arch. Originally, yield
curves were assumed to be linear. Finally, nonlinear yield curves were used for the compression
members. This has considerably improved the results. The results compare favorably with
results obtained by other investigators. Under proportional cyclic loading, the structure adjusts
to the loading and the response becomes stable after a few cycles, as shown in Fig. 3.
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ABSTRACT: The static and dynamic response of fiber-reinforced composite coupons with var-
ious levels of fiber surface treatments was investigated using the classical approach of strain
measurement (stiffness degradation using an extensometer), as well as a dynamic phase and
dynamic gain (dynamic compliance) response measurement method proposed by Elahi et al.
[1]. From the experimental results, the property data are shown to correlate with the classical
method of damage monitoring and demonstrate the advantages of the phase and gain response
analysis. The proposed approach makes it possible to monitor continuously the fatigue damage
evolution in any material system in real time without the use of an extensometer or strain gages,
making it an ideal candidate for studying damage under high temperature or extremely corrosive
environments where the usage of extensometers is either not practical or not possible.

KEYWORDS: fatigue, composite, frequency response, phase lag, stiffness, interface

Fatigue failure can occur if the residual strength of a material degrades to the level of applied
load [2—4]. This degradation can be caused by matrix cracking [5], delamination [6], fiber
fracture [7], and interfacial debonding [8]. Any combination of these may be responsible for
fatigue damage, which may result in reduced fatigue strength and stiffness [2-8]. Material
properties, specimen geometry, stacking sequence, waveform type, loading, waveform fre-
quency, loading mode, loading rate, time, and temperature are also critical variables in any
fatigue study or service environment [9—/3]. Variation in any of these variables could result
in different damage evolution mechanisms and processes.

The interfacial region formed between fibers and matrix plays an important role in engi-
neering and mechanical properties of composites. Fiber surface treatment [ /4] and fiber sizing
[15] are often used to produce different interphase regions. Madhukar and Drzal [16-18] have
studied, in great detail, the influence of fiber-matrix adhesion on the longitudinal compressive
properties, in-plane and interlaminar shear behavior, tensile, and flexural behavior of graphite/
epoxy composites. Curtis and Morton [/9] discussed the effect of fiber surface treatment on
the compressive strength of CFRP laminates. Most of the work presented in the literature is
concerned with the influence of fiber-matrix bonding strength on the static properties of lam-
inates. To the authors’ knowledge, studies of the influence of the interface on the fatigue
response of fibrous composites are very limited and are mainly concerned with flexural fatigue
behavior. Vincent et al. {20] studied the role of interfaces on the flexural fatigue behavior of
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unidirectional glass/epoxy composites. Shih and Ebert [27] presented results on the influence
of adhesion strength (resulting from the presence of Silane coupling treatment) on performance
of unidirectional fiber glass composites under four-point flexural fatigue.

An attempt is made to investigate the role of the fiber-matrix interface on the dynamic
mechanical properties of carbon fiber-reinforced composites. Several investigators have utilized
dynamic stress-strain signals in order to characterize the fatigue damage development by mon-
itoring phase and stiffness. This procedure requires use of an extensometer or an attached strain
gage to measure strain. In high-temperature or high-frequency fatigue tests, there is always the
possibility of extensometer slippage, and it is difficult to attach any strain measurement device
to a specimen inside a furnace. Another shortcoming of an extensometer procedure is associated
with the fatigue testing of unidirectional materials. Such tests may cause a great deal of matrix
splitting on the specimen surface which, in turn, limits the use of an extensometer by disrupting
the position of the extensometer contact points.

The technique developed by the authors [/] uses the load and stroke signals from a servo-
hydraulic test frame to measure parameters such as phase lag and gain to obtain the damping
and dynamic modulus quantities, respectively. Specimens representing different levels of fiber
surface treatment were subjected to longitudinal fatigue loading. By continuous real time mon-
itoring of dynamical mechanical properties of these specimens, the influence of fiber-matrix
interface was investigated. The results indicate a good correlation between the dynamic mod-
ulus obtained using load-strain signals and the dynamic modulus using the load-stroke signals.

In its most basic form, the present dynamic mechanical signal analysis scheme resembles a
macroscopic dynamic mechanical analyzer (DMA) instrument, enabling the operator to monitor
dynamic phase lag and dynamic compliance.

Several researchers [22-24] have reported success in being able to infer interface bonding
by performing small-scale dynamic mechanical analysis (DMA) test. Others [25] have used
the DMA to detect changes in the thermomechanical properties of laminates that have been
damaged by fatigue loading. The present test technique combines the analyses of the DMA
without the need to ‘‘scale down’’ the specimen size or loading conditions. Thus, typical fatigue
testing benefits from the ability to analyze the specimen as a dynamic component in a forced
vibration problem. The present method is also unique in that load and stroke signals from the
control circuit of the test machine are used, eliminating the need for strain gages, extensometers,
or other contact with the specimen. This is especially important for high-temperature testing in
a furnace where the use of such devices is very difficult.

Experimental Procedure

Three material systems representing three different levels of fiber surface treatments—20%,
50%, and 100% surface treatment (fiber manufacturer proprietary information)—were fatigue
cycled (tension-compression, R = —1) under load-control using a 100-kN servohydraulic test-
ing machine at a frequency of 10 Hz under a sinusoidal waveform. Center notch specimens
made of intermediate modulus carbon fibers (Courtauld’s 32-550, where fibers possess a 220-
GPa tensile modulus and a 3.8-GPa tensile strength with a nominal diameter of 7 pm) and
toughened epoxy matrix (Hysol’s HC 9106-3) [26], with a stacking sequence of [0/90],, were
used. These specimens had an average length of 152.4 mm, width of 25.4 mm, and a thickness
of 4.2 mm. Using a diamond core drill, a 6.35-mm-diameter center hole was placed in the
geometric center of the coupons.

Based on the tensile and compressive strength of these materials, the specimens were fatigue
cycled at 75% of their ultimate compressive strength with R = —1. A grip pressure of 8.27
MPa was used. A 25.4-mm gage length extensometer was used to measure the strain across
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the hole, and the notch temperature was measured using a thermocouple placed at the surface
close to the longitudinal tangent to the hole.

The dynamic data acquisition was performed using the new experimental technique devel-
oped by the authors. This method utilizes the frequency response measurement of load/stroke
signals to characterize the fatigue damage in terms of parameters such as phase lag and gain
(compliance). The frequency response, H(f), is calculated as the ratio of the cross spectrum,

G, to the load signal power spectrum, G,,, where
G, =FF}
where
F* = stroke signal liner spectrum’s complex conjugate,
F_ = load signal linear spectrum, and
G, = F.F¥.

The experimental setup for this technique is shown in Fig. 1. This technique employs a software
routine for real time data acquisition. The details of the approach are explained elsewhere [/].

Results and Discussion

Swain [26] conducted numerous experiments to investigate the role of the interface in the
static strength of the same materials used in this research. From the transverse flexure testing
of 20, 50, and 100% fiber surface-treated specimens, average strength values of 120.7, 120.0,
and 136.0 MPa, average failure strain values of 1.93, 2.08, and 2.05%, and average bending
stiffness values of 6.83, 6.48, and 7.10 GPa were reported, respectively.

Tensile and compressive strengths of these material systems were used to determine the
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FIG. 1—Schematic of the experimental setup.
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applied fatigue load levels. The average notched tensile strength values (5.39, 5.40, and 5.36
GPa) as well as compressive strength values (3.93, 3.92, and 3.65 GPa) are basically unchanged
by the degree of surface treatment. The same holds true for the average tensile modulus values
(46.88, 51.02, and 48.95 GPa) and compressive modulus values (44.82, 45.51, 46.19 GPa).
The preceding values are based on averages of five data points where the coefficient of variation
never exceeded 6%. Lack of any significant variation in the static mechanical properties of
these materials as a function of various levels of surface treatments indicates that the fiber
surface treatment does not necessarily influence the quasi-static response of materials, at least
for this particular material system.

Using the dynamical mechanical analysis proposed by the authors [/], the following results
were obtained utilizing mainly load and stroke signals. Operating at applied stress levels of
291.66, 291.66, and 270.97 MPa, average fatigue lives of 100, 135, and 200 k cycles were
obtained for the 20, 50, and 100% fiber surface-treated material systems, respectively. Operating
in load control, the maximum actuator displacement (i.e., the stroke signal) was recorded for
each specimen, continuously, and plotted as a function of normalized life (Fig. 2). The notch
temperature (at the highest stressed area corresponding to the area near the longitudinal tangent
to the hole) was recorded for each specimen (Fig. 3). An average equilibrium temperature of
81, 85, and 77°C was recorded, respectively. Application of the dynamic signal analyzer fre-
quency response measurement, where the frequency response is calculated as the ratio of the
stroke signal (output) cross spectrum to load signal (input) power spectrum [27], resulted in
measurements of phase lag and gain (a measure of dynamic compliance, volt/volt) correspond-
ing to load and stroke signals at the excitation frequency.

The phase lag response relating to load and stroke signals was used to plot Fig. 4, corre-
sponding to the tangent of the phase lag for 20, 50, and 100% fiber surface-treated specimens.
This may be a good indicator of damage rate; the large values at the beginning and end are
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also shown by stiffness degradation curves, AE. Figure 4 indicates that the phase response
corresponding to 100% surface treatment stands apart from the responses of the other two
treatments. Using the gain values and the appropriate conversion factors, the dynamic modulus
(magnitude of the complex modulus, E = (E'? + E"™)'?) [28] as a function of life was also
plotted (Fig. 5). An unsupported gage length of 50.8 mm was used in these measurements.
Again the 100% surface-treatment material system behaved differently from the other systems.
After obtaining the dynamic modulus and phase lag (using load-stroke signals), the storage
modulus (energy storing part, in-phase component) and the loss modulus (energy dissipating
part, out-phase component) could easily be calculated. Considering the whole axial cyclic
fatigue as a problem of forced longitudinal vibration (with one end fixed and other end free to
move upon application of load), the unsupported length is found to have a significant influence
on the dynamic response of these materials (as expected). By reducing the unsupported length
from 50.8 to 25.4 mm, the specimen response was altered, as shown in Fig. 6.

For comparison purposes, dynamic modulus based on load-strain measurement was also
recorded during the life of each specimen (Figs. 7 and 8). Dynamic modulus values obtained
from the load-stroke signals having an unsupported length of 50.8 mm were found to be twice
the dynamic modulus values obtained from the load-strain measurement using an extensometer
(Figs. 5 and 7). This is suspected to be due to the effective gage length and its role in the
formulation of the dynamic modulus. Changing the effective gage length to 25.4 mm from the
original 50.8 mm resulted in a closer correlation between the two measurements. The remaining
discrepancy is believed to be due to uncertainties in the exact effective unsupported length and
the nonuniformity of the strain field. The extensometer is attached directly over the center hole
and measures strains along a strip near the center of the width of the specimen, while the
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displacement measured for the dynamic measurements are average values for the entire width
and length of the specimens.

Conclusion

The present results indicate that the dynamic load and stroke signals from the controllers of
standard servo-hydraulic test frames can be interpreted with a waveform analysis device during
the cyclic loading of composite materials in a manner that provides information about dynamic
modulus and phase lag directly related to the damage development processes in those materials.
It is further shown that the measured parameters can provide quantitative information about
the level of damage and the rate of damage development during such tests (see Figs. 4 and 5),
a particularly valuable result since the quantitative measurement of damage rate during testing
is otherwise very difficult.

Although static mechanical properties are found to be insensitive to any composite property
differences caused by the three different fiber surface treatments studied, differences were
clearly shown by the present dynamic mechanical approach. Large behavior differences
between the materials with different surface treatments could be identified from the phase lag
and gain response of the specimens monitored in real time throughout the life of each specimen.
The dynamic mechanical response of these materials under cyclic loading indicates damage
and damage rate for 20 and 50% fiber surface-treated specimens are almost the same, whereas
for 100% fiber surface-treated specimens damage is much more extensive and occurs at a faster
rate than the other two.

If this dynamic mechanical approach, as shown repeatedly, is found to be characteristic for
certain conditions, then such things as health monitoring of structures using such a methodology
may be possible.
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ABSTRACT: A fatigue model for fiber-reinforced polymeric matrix composites is proposed.
This model uses a substructuring approach to predict the behavior of composite laminates based
on an integration of simpler composite elements. These simpler composite elements are known
as ‘‘elemental blocks’’ and are two-layer laminates such as [0/90] or [0/45]. These laminates are
chosen in order to capture the influence of the constraint between laminae on the fatigue perfor-
mance. Tension-tension fatigue tests were conducted on a number of elemental block geometries,
and the modulus degradation for each of the geometries was measured and described using simple
functions. The results showed that the damage accumulation and concomitant reduction in stiff-
ness varied systematically from geometry to geometry. Using these results, a simple fatigue
model is proposed to predict the behavior of more complex composites by combining the deg-
radation functions for the individual elemental blocks. This model is based on classical lamination
theory and uses the measured stiffness reduction for each elemental block, as a function of the
number of cycles, to predict the overall composite stiffness matrix. In order to test the model
predictions, fatigue tests were conducted on more complex composites consisting of a number
of elemental blocks, and the accumulation of damage was measured again using compliance and
strain gages attached to the specimen surface. These results were compared with model predic-
tions and reasonable agreement was obtained between the measured and predicted stiffness
degradation.

KEYWORDS: composite materials, fatigue, graphite epoxy, life prediction, modulus
degradation

Although composite materials have demonstrated long life in service, there is at present no
generic fatigue life prediction methodology available similar to the approaches used for metals.
For example, fatigue in metals can be modeled by assuming self-similar crack growth, where
a single crack can be monitored, detected, and described by linear elastic fracture mechanics.
The fatigue behavior of composites cannot be described in this way since damage develops as
a result of a collection of competing or interacting failure modes, and the engineering properties,
at any instant, cannot be inferred from a micromechanics-type analysis. For composite mate-
rials, damage is often distributed and micromechanical models require large computational
effort in order to achieve meaningful descriptions of the stress fields associated with a given
damage state.

One approach to obtaining the fatigue life of composites structures is to ignore the micro-
mechanical details of fatigue failure and to use an empirical relationship such as the stress/B-
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basis life approach [/], where the applied stress is related to the number of cycles to failure
through a curve established from fatigue test data. For metals, this approach works well because
of the isotropic material properties and the ability in many cases to scale the results. For
composites, use of the stress-life curve approach requires conducting tests on large numbers of
specimens in order to account for additional variables such as fiber orientation and methods of
construction and fabrication.

Other approaches have defined the fatigue life of composites by assuming that the fatigue
failure of a structural laminate is governed by the failure of a critical element [2—4]. For
example, for fiber-dominated laminates undér tension-tension fatigue loading, the critical ele-
ment is the 0° layer, but alternative representation of the critical element, such as fibers, plies,
or portions of laminates, may be needed to model failure under different loading and geometric
conditions. This critical element concept can be used in concert with the so-called residual
strength degradation [5-7] or stiffness degradation models [8]. For the residual strength
approach, the instantaneous strength degradation is related to the cyclic loading by a determin-
istic equation that is normally determined from fatigue tests. Stiffness degradation models relate
the reduction in the modulus to the cyclic loading. These strength and moduli distributions can
then be used to define the loading on the critical element. Examples of these strength degra-
dation models are given in Ref 9, where the static strength, is multiplied by fatigue functions
in order to extend the static failure criterion to the fatigue domain. The fatigue functions are
determined experimentally for single lamina and are a function of the mean stress level, the
temperature, and the frequency of loading. These functions are then used to predict the behavior
of more complex composites.

A similar approach is used in this paper to describe the fatigue failure of composite plates.
Stiffness degradation is used to define damage accumulation. A- substructuring approach is used
to predict the fatigue behavior of composite laminates based on the integration of simpler
composite elements. These simpler composites are known here as ‘‘elemental blocks’” and are
simple laminates such as [0/90] or [0/45]. A key difference between this approach and the
stiffness degradation methods described above is the use of two layers to define the elemental
blocks. The choice of two-layer laminates as the basic building block recognizes the influence
of the constraint imposed between lamina on the fatigue failure since experimental observations
have shown that the development of matrix cracking, interfacial debonding, delamination, and
ultimate failure is strongly dependent on the details of the layer to layer interactions [10].

This approach is also compatible with the continuum damage theories for composite struc-
tures where the relationships governing the behavior of the composite are assumed to depend
on internal state variables, which act to modify the stiffness matrix for an undamaged material
[11-15]. For example, in Refs /4 and 15, damage is modeled using a representative volume
element (RVE) of material chosen in order to reflect the size and distribution of subcritical
damage. For matrix cracking, the analysis is based on a very small element incorporating a
single crack, whereas, for delamination, the analysis is based on a sublaminate composed of
the ply directly above and below the delaminated interface. All of these damage modes are
then incorporated into a damage-dependent lamination equation. In the approach used here, a
damage-dependent lamination equation is also derived; but in this case, the damage function
is obtained empirically from fatigue tests conducted on each of the elemental blocks. Conse-
quently, this approach does not consider the development of matrix cracking and delamination
separately in the analysis, but models these through the measured stiffness changes in an ele-
mental block as a function of the number of cycles. This modeling philosophy dictates the
selection of two-layer laminates as the basic building block since delaminations normally occur
at the interface between two layers. A further consideration in the choice of the two-layer
elements is the need to ensure that the properties of the building block are measurable on an
engineering scale. For example, use of this approach could spur the development of a fail-safe
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philosophy for composites where damage accumulation, expressed in terms of modulus reduc-
tion, would be prevented from becoming catastrophic by nondestructive evaluation (NDE) and
preventive maintenance.

For each elemental block, fatigue tests were performed, and the modulus reduction was
measured using compliance and strain gages attached to the specimen. These data are used to
describe a functional relationship between the modulus reduction and the number of cycles to
failure. These functional relationships for each elemental block are incorporated into a model
based on classical lamination theory to describe the behavior of more complex composites.
Finally, fatigue tests were performed in order to test the validity of the proposed approach.

Experimental Tests on Elemental Blocks

An extensive experimental program was conducted in order to obtain the stiffness data for
each elemental block and also to test the proposed approach. Static tension and tension-tension
fatigue tests were conducted on specimens consisting of the basic elemental blocks and the
more complex composites. In all, a total of six specimen types were fabricated, with the spec-
imen geometries given in Table 1. The first four specimen types in Table 1 consist of multiples
of the four basic elemental block geometries, [0/45], [45/—45], [45/90], and [0/90]. The ele-
mental block geometries were not tested directly since they are not balanced or symmetric. The
two last specimen types in Table 1 (B5 and B6) consist of a combination of the basic elemental
blocks and are termed here multiclement laminates. These specimens were tested in order to
correlate the behavior with predictions based on the analysis presented here. The specimens
were fabricated from AS-4-3501 graphite epoxy prepreg. As shown in Table 1, the number of
layers for each of the specimens varied between 8 and 16. The overall average fiber volume
fraction was 65%, and the void content for all specimens was less than 1%. The specimens
were 18 mm wide and 205 mm long and were prepared in accordance with ASTM Test Method
for Tensile Properties of Fiber-Resin Composites (D 3039-76).

Each of the specimens given in Table 1 was subjected to tension tests to determine the tensile
strength, elastic modulus, and fracture strain, and the results are given in Table 2. The values
of the static tensile strengths were used to select the maximum stresses imposed during cyclic
loading.

For the fatigue tests, an automated closed-loop servo-hydraulic system was used to control
and monitor the tests. This system is shown in Fig. 1 and uses a PC-compatible computer for
automatic signal generation and data analysis. A clip gage and a strain gage was attached to
the specimen surface, the output of which was input to an analog to digital card on the computer.
The clip and strain gage data were converted on a real time, cycle-by-cycle basis to the elastic
modulus using software on the PC. This software compared the cyclic strain to the load output
data for the up and down portions of the cyclic curve in order to obtain the secant modulus.

TABLE 1—Geometry of specimens tested.

Elemental Block

Specimen Specimen Geometry Geometry
B1 [0/45,/0,/ —45,/0], [0/45]
B2 [45/—45,/45,/—45,/45], [45/—45]
B3 [90/-45,/90,/45,/90], [90/45]
B4 [0/90,/0,/90,/0], [0/40]
BS [0/90/45/—45], i

B6 [0/45,/—45,/90],
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TABLE 2—Mean tensile properties of specimens tested.

Tensile Strength, E,, Elastic Modulus, Fracture Strain,
Specimen MPa GPa %

[0/45,/0,/—45,/0], 1021 84 1.18
[45/—45,/45,/—45,/45], 145 19 1.73
[90/—45,/90,/45,/90], 138 23 0.93
[0/90,/0,/90,/0], 966 77 1.25
[0/90/45/—45];, 580 54 1.08
[0/45,/—45,/90], 366 43 1.25

The offset strain was not recorded. The clip gage was used to measure the modulus parallel to
the loading direction, termed here E,,, and the strain gage was used to measure the modulus
perpendicular to the loading direction, termed here E . All of the specimens given in Table 1
were tested under tension-tension loading at an R ratio of 0.1. The tests were conducted under
load control at a frequency between 1 and 5 Hz.

For the elemental block geometries (Specimens B1 to B4 in Table 1), the E,, and E,, moduli
were obtained as a function of the number of cycles. Figure 2 shows a plot of the normalized
E,, moduli as a function of the number of cycles for all four of the elemental blocks tested.
The E,, moduli exhibited little or no change during the fatigue tests for each of the elemental
blocks tested. Although it is expected that E,, should exhibit small changes as damage accu-
mulates, the strains and stresses in the y direction are much smaller than those in the x direction
and, consequently, have only a very small influence on the overall response of the elemental
blocks tested.

The E,, moduli curves shown in Fig. 2 are characteristic of the elemental block tested. As
an example for the [0/90] case (Specimen B4 in Fig. 2), the E_. modulus increased in the early
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X /

- | }——p A/D
/’ Pre Amp Converter p—
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<—— Servo Hydraulic ) —
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FIG. 1—Schematic diagram of experimental setup used to conduct the fatigue tests on the com-
posite specimens.
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portion of the fatigue life. This result, although unexpected, was characteristic of all the [0/90]
specimens tested. This increase in the modulus is probably a result of a slight misalignment in
the 0° layers, which are free to align themselves in the direction of the load as the 90° layers
fail. For the [90/45] case (Specimen B3 in Fig. 2), failure is primarily matrix dominated with
a steady decrease in the modulus with increasing cycles.

The results given in Fig. 2 are characteristic of the individual elemental blocks, but are given
for only one load level. Tests were also conducted at different load levels, and the results
showed that the form of the curves varied systematically with load level. Figure 3 shows a plot
of the moduli variations at three load levels for the [0/90] case (Specimen B4 in Table 1).
Figure 3 shows that the form of the moduli curves is similar for the three load levels tested,
with an initial increase in the moduli with the number of cycles. This increase in the moduli
occurs as the 90° layers fail, which was consistent with observations of the specimens during
testing, where damage to the 90° layers was evident early in the life, whereas the 0° layers
remained intact. The results shown in Fig. 3 indicate that the moduli curves can be conveniently
divided into two regimes, the first characterized by failure of the 90° layers, termed here before-
transition, and the second by failure of the 0° layers, termed here after-transition. Furthermore,
it is evident from Fig. 3 that the total fatigue life expended in each of these two regimes is
dependent on the applied load level. For example, for the 80% ultimate tensile strength (UTS)
case, the 90° layers begin to fail in the first few cycles, and the remaining life is dominated by
the 0° layers. At lower stress levels, given by the 60% UTS case in Fig. 3, the number of cycles
before transition increases. The limiting case is reached for the 40% UTS case, which was a
runout. For this situation, failure of the 90° layers occurred early in the life, and although the
remaining load was carried by the 0° layers, it was not sufficient to cause failure after 3 X 10°
cycles. Figure 3 also shows that there is some variation in the final values of the moduli and
in particular the lower moduli values for the 40% UTS case. This is due to the fact that at these
low load levels, failure occurs as a result of delaminations that grow from the specimen edges,
resulting in lower measured moduli than for the other two cases.

It is clear from the above discussion that for an elemental block consisting of a weaker and
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a stronger phase, such as the [0/90] case cited above, there is a transition in the modulus
reduction curve, from failure of the weaker phase to failure of the stronger phase. This trend
was also evident from the tests conducted on the [0/45] specimens and is consistent with
Reifsnider’s [/] use of the critical and subcritical element approach. For the [45/90] and [90/
45] cases, this type of transition was again evident, but the demarcation between the regimes
was not as well defined. This is due to the fact that, for these two cases, failure is primarily
matrix dominated.

This transition from failure of the weaker phase to failure of the stronger phase enables the
modulus degradation results to be normalized. This normalization is performed for each of the
two regimes. For example, the data given in Fig. 3 were divided into the moduli before and
after transition. For each of these regimes the data were normalized with respect to the number
of cycles to transition and the number of cycles from transition to failure, respectively. Figure
4 shows the modulus data for the [0/90] case before transition, normalized with respect to the
number of cycles to transition, for the three different loading cases given in Fig. 3. Figure 4
shows that this normalization reduces the modulus-reduction curves obtained at different load
levels to one curve that is independent of the load level tested. This same normalization was
applied to the other elemental block geometries that exhibited a transition-type behavior. Using
this approach, simple linear functions are used to describe the normalized modulus (E,,,) at
any number of cycles, N, and these are given as

E.n= 10+ ANIN D

for the period before transition (N;). After transition the modulus degradation is given by
E.» = (1.0 + A)J1.0 + B(N — NpIN,] 2
The constants A and B for each of the four elemental block geometries tested in Table 1 are

given in Table 3. It can be seen from Table 3 that, for the [90/45] elemental block, there was
no clear demarcation between the two regimes, and for this situation the transition life N, was
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set equal to the total life N, and the constant B was set equal to zero. The modulus in the y
direction, E, , was set to the E,, modulus at zero cycles. The shear modulus, E,, was not
measured but was also assumed to be independent of N, giving
Eny = Eyy’ ExyN = EXy €)
In order to use the functions given by Eqs 1 and 2 and Table 3, it is necessary to define the
number of cycles to transition, N,, and the number of cycles to failure, N, as a function of the
applied stress range. Figure 5 shows these data expressed in the form of S-N curves for the
number of cycles to failure, N,. For the [90/45] elemental block geometry, the transition life
is taken as the total life. The constants in the S-N curve for the number of cycles to transition
and the number of cycles to failure are given in Table 4. Equations 1, 2, and 3, together with
the S-N data given in Table 4, are now incorporated into the fatigue model described below in
order to predict the fatigue behavior of more complex multielement laminates.

Fatigue Model for the Elemental Block Approach

The model proposed here is based on classical lamination theory. The relationship between
stress and strain can be formulated in terms of the well-known stiffness matrix for orthotropic
materials, which requires four elastic constants, namely the longitudinal elastic modulus, E,,

TABLE 3—Constants used in modulus functions.

Elemental Block Geometry A B
[0/45] —0.075 —0.100
[45/—45] —0.021 —0.147

[90/45] —0.180 0.0

[0/90] 0.18 —0.034
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the transverse elastic modulus, E;, the Poisson’s ratio, v,;, and the in-plane shear modulus,
G, For complete modeling of the stiffness degradation in composite materials, it is necessary
to consider all four material properties. Talreja [/6] showed that, for testing of a unidirectional
glass fiber composite, E, exhibited little or no change up to final failure, whereas the shear
modulus and the Poisson’s ratio exhibited large variations. These changes were attributed to
the matrix cracking and are consistent with the results shown in Fig. 3 for the regime where
the 0° layers dominate, which shows little change in E,_, up to final failure. These results
suggest that for unidirectional composites tested in tension, all four material property terms are
needed in the modulus reduction. However, from the results obtained here, it is evident that
measurements of changes in E,, and E,, correlate well with damage observed during the fatigue
tests. Furthermore, the measurement of the other material properties is time consuming and
difficult, requiring shear tests, which would seriously hamper the practicality of the approach
proposed here.

The basis of the proposed approach is that the modulus functions obtained for each elemental
block geometry can be used to predict the behavior of more complex composites. Consider the
case of the [0/45,/—45,/90], composite given in Table 1, which is analogous to following six
elemental blocks: [0/45], [45/—45], [—45/90], [—45/90], [—45/45], and [0/45]. The [0/90/45/

TABLE 4—Constants used in S-N curve approach where N = C
(S/S 7)™ to define transition life Ny, and total life N..

Transition N, Total N
 Geometry C m C m
[0/45] 1.7 —28.5 4.1 —28.8
[45/—45] 29.8 -175 2.12 —-253
[90/45] 0.8 -21.0 0.8 -21.0

[0/90] 0.9 -10.9 1.3 —24.5
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—45], elemental block in Table 1 can be divided as follows: [0/90], [90/45], and [45/—45]
(together with the other three symmetric blocks); but in this case, the shared 90 and 45° layers
in each of the elemental blocks have half the thickness of the layers in the original composite.

The model used here to analyze the composites is based on classical lamination theory, where
a global stiffness matrix is constructed from the stiffness matrices of the each of the layers.
The approach adopted here is similar, except in this case the elemental blocks rather than the
layers are used to construct the global extensional stiffness matrix. The model, as presently
formulated, only applies to symmetric laminates under tension or compression; therefore, the
coupling and bending stiffness matrices are ignored. The global extensional matrix, A,, is
obtained from

Ay = 2 (Ep @)

where n is the total number of elemental blocks, and (E,), is the stiffness matrix for each
elemental block k. The stiffness matrix, (E,),, is obtained from the addition of the two stiffness
matrices, Q,, for each of the individual layers, 1, as follows

[N}

Eij = / (Qy)lhl (5)

!

where h, is the thickness of each layer, I In order to model the influence of the modulus
degradation, the elemental block stiffness values are modified by the modulus degradation
functions given by Eqs 1 and 2. However, these functions are given in terms of the moduli in
the x and y directions, that is, E,, and E,, for each of the elemental block specimens given in
Table 1, whereas we require the individual moduli terms E; in the elemental block stiffness
matrix. This is a form of inverse problem, where the terms of the stiffness matrix, E,, must be
obtained such that the net result satisfies the conditions on E,,, E, v, and E_,, given by Egs 1
to 3. For each of the elemental block specimens the following operations are performed on

each of the entries in the elemental block matrix

(Epn = [A)*17" - EJ(A,)o ©

where (E,) is the elemental block stiffness matrix as a function of the number of cycles, N.
E, is the elemental block stiffness matrix at N = 0 cycles. (4,), is the global stiffness matrix
at N = 0 cycles obtained from Eq 4. (A, )* is the modified global stiffness matrix given by

(Ap* = [(A,)o]™ )]
where
A, = AWE (8)

is substituted into (A,)* after the matrix has been inverted. The A, term is used in Eq 8 since
this term in the matrix corresponds to E,.. E,., in Eq 8 is given by Eqs 1 and 2. Equations 6,
7, and 8 are needed to relate the function E,, E,,. and E,, described by Eqs 1 to 3 to the
changes in the each of the entries, E;;, in the elemental block stiffness matrices.

For the elemental blocks tested in Table 1, the thickness of the two layers was identical. It
is proposed to use the elemental block approach when the thickness of the two layers is not

identical, such as the case for B5 given in Table 1. In this case, the [0/90/45/—45], laminate is
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divided into the following elemental blocks: [0/90], [90/45], [45/—45], [45/—45], [90/45], and
[0/90], where the shared 90 and 45° layers in each of the elemental blocks have half the
thickness of the layers in the original composite. Clearly, as the ratio of the layer’s thickness
diverges from 1, the functions given by Eqs 1 and 2 no longer apply and the situation becomes
analogous to that of a single lamina. For these cases, it is necessary to ensure that the stresses
are applied correctly to each elemental block. This is accomplished by ensuring that the inte-
gration of the total stresses in the x direction on all the elemental blocks is equal to the forces
applied to the multielement laminates. This requires that the stress S, on any elemental block
consisting of two layers of thickness &, and h, with layer stresses of S, and S,,, respectively,
be averaged as follows

Sg = Sk + Sh)/(hy + hy) €))

A similar approach is used to normalize the stress with respect to the UTS values given in
Table 2 when the thickness of the two layers is not identical. This is required since the S-N
data in Fig. 4 are given in terms of the stresses normalized with respect to the UTS. The UTS
in this case has to be adjusted upwards or downwards to reflect the relative dimensional increase
or decrease in the stronger or weaker layer. This adjustment is performed by using the ratios
of the thicknesses such as is used in Eq 9. Clearly this approach is not valid when the ratio of
stronger to weaker layers is very different from unity.

As the elemental blocks accumulate damage, the modulus changes, resulting in a shifting of
stress to other elemental blocks in the laminate. Consequently, each elemental block experiences
a stress history that varies from cycle to cycle, and in order to account for this, a miner’s rule
approach is used to represent the total fatigue life, N, for each elemental block according to

Nr
> Ny =1 (10)
i=1

where N is the fatigue life for an elemental block at stress range, S, obtained from the S-N
curve given in Fig. 5. A similar approach is used in order to obtain the number of cycles to
transition N, By using Eqs 1 to 10, it is possible to construct a model for the fatigue failure
of a composite laminate consisting of a number of elemental blocks, and these predictions are
compared with experimental results in the following section.

Results and Discussion

In order to test the elemental block approach, two composites designated BS and B6 in Table
1 were fatigue tested. These composites were chosen since they consist of a combination of
the elemental block geometries tested above. The material constants used to model these com-
posites were obtained from Mil-HDBK-17 and are given as: E, = 138 GPa, E;, = 9.7 GPa,
G, = 8.6 GPa, and v, = 0.3. When using these constants, good agreement was obtained
between the measured and predicted moduli at zero cycles for all the specimens tested in
Table 1.

A key consideration in the modeling of these composites is the exact definition of failure of
an elemental block. Two approaches were taken in the model. The first assumes that when an
elemental block reaches its fatigue life, N, given by Eq 10, then it is no longer capable of
supporting load and is discounted from the stiffness matrix. The second approach assumes that
the composite is still capable of supporting load, and its modulus is given by the extrapolation
of the modulus degradation curves beyond N,.. Clearly, these two approaches represent approx-
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imations to the true nature of failure of an elemental block, which is constrained by other layers
in the laminate.

Figures 6 and 7 show a comparison between the measured and predicted E,, moduli versus
the number of cycles for the [0/90/45/—45], and the [0/45,/—45,/90], cases, respectively. Fig-
ures 6 and 7 show that the block discount approach, where an elemental block, which has failed
according to Eq 10 and is deemed to have a zero stiffness, results in an underprediction of the
measured moduli. For example, Fig. 6 shows that the modulus exhibits a very sharp decrease
after the first few cycles, which is as a result of failure of the [45/—45] block, followed a few
cycles later by failure of the [90/45] block. This results in the remaining life being dominated
by the [0/90] block, which produces the increase in the modulus similar to that exhibited in
the [0/90] elemental block tests. By using the extrapolated stiffness approach, the agreement
between the model and prediction is somewhat closer but is still less than optimum. This poor
agreement between model and measurement could be a result of the differing layer thicknesses,
where the elemental block approach is no longer strictly valid.

For the [0/45,/—45,/90], laminate, Fig. 7 shows that the agreement between the model and
prediction is improved where the extrapolated modulus approach produces relatively good
agreement with the measured modulus. In contrast, the block discount approach produces a
large underprediction of the measured modulus, which is a consequence of failure with a
concomitant reduction in stiffness of the [45/—45] and the [45/90] blocks early in the fatigue
life.

The above results illustrate that the abrupt loss in stiffness predicted when using the block
discount methods does not accurately reflect the gradual degradation of the modulus that occurs
within the laminate, as evidenced by Figs. 6 and 7. Although the nature of this damage accu-
mulation has been established from the individual elemental block tests through the modulus
degradation functions, the behavior of the laminate when the elemental blocks fail or are close
to failure is unclear. For example, for the two cases considered here, failure of the weaker
elemental blocks is predicted to occur very early in the fatigue life. However, the measured
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FIG. 6—Comparison between measured and predicted modulus, E.,, as a function of number of
cycles for [0/90/45/—45] composite.
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modulus degradation does not reflect this failure of the weaker blocks. To study these anom-
alous effects, detailed micromechanical-type observations are currently underway to experi-
mentally map out the distributions of stresses and strains in a laminate as it accumulates damage
and fails.

Conclusions

The fatigue behavior of graphite-epoxy-laminated composites was analyzed. The approach
used was to substructure the analysis based on simple elemental blocks, which are two layer
laminates such as [0/90] or [45/—45]. By conducting fatigue tests on these elemental blocks it
was possible to fit functions to describe the elemental block moduli at any number of cycles.
These functions were incorporated into a lamination code to predict the fatigue behavior of
multielement composites. The results show that the prediction is very sensitive to the exact
mechanism of load redistribution within a multielement composite, particularly when an ele-
mental block is close to failure. For example, the assumption that an elemental block carries
no load when failure is deemed to have occurred results in substantial underprediction of the
measured modulus. Clearly, more work is needed to define exactly the nature of stress redis-
tribution within complex composites.
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DISCUSSION

O. Buck' (written discussion)—You mentioned that fibers in certain plies fail at the start of
fatigue testing. Why then are those plies put into the composite in the first place?

M. P. Connolly (author’s response}—The tests were performed on composites with many
plies that were off-axis to the direction of load. The results shown here demonstrate that, at
high load levels relative to the material strength, many of these off-axes plies fail very early
in the fatigue life, and the remaining life is expended in the failure of the plies that are parallel
to the direction of loading.

For the specific loading applied here, the optimum design would be unidirectional with the
plies parallel to the direction of load. However, in practice, composites are subject to more
complex loads than those considered here; for example, biaxial or shear loads, and for these
situations, off-axes plies are required. Consequently, these plies must be included in any fatigue
methodology even for the simple tension loading considered here. These off-axes plies will fail
at lower load levels than the unidirectional fibers. For high load levels this failure can occur
very early in the fatigue life. However, at lower loads, which are more typical of service
conditions, these off-axes plies would not be expected to fail so early in the fatigue life.

' Ames Laboratory, lowa State University, Ames, IA 50011.
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ABSTRACT: The fatigue behavior of short glass fiber-reinforced styrene-maleic anhydride (S/
MA) is investigated in this study. Six material configurations were manufactured into tensile
bars by injection molding and tested in tension-tension (R = 0.1) fatigue to evaluate the ways
the interface controls the change in the mechanical properties of the composite. These materials
included unreinforced S/MA as a reference material and composites incorporating fiber rein-
forcement with different average diameters, two volume fractions, the presence or absence of an
interfacial silane coupling agent, and fibers prepared with an acrylonitrile/butadiene latex coating.
These materials have been tested under both “‘wet’” (immersed in water at 25°C) and ‘‘dry”’
(50% relative humidity at 25°C) conditions. Three indicators were monitored during fatigue to
evaluate the damage in the experimental materials: the degradation of the secant and fatigue
moduli, the hysteresis energy per cycle, and the concurrent acoustic emissions produced during
fatigue. This information is presented with S-N curves to show the relationship between these
indicators and the fatigue lives of the materials.

The fatigue performance (life curves and cyclic stress-strain curves) was directly related to
the fiber-matrix interface. Since water weakens the interface, especially in the composites without
a silane coupling agent, composites tested in the aqueous environment exhibited shorter fatigue
lives than the specimens tested in the dry environment. Interfacial coatings that included a silane
couplant were found to reduce the effects of water on the fatigue lives of the composites. This
damage in the composites was reflected in the decrease in the elastic modulus and the increases
in the hysteresis energy and acoustic emissions. These evaluation techniques show that fatigue
damage accumulates in a three-stage process in the material.

KEYWORDS: fatigue, short fiber-reinforced composite, hysteresis energy, secant modulus,
fatigue modulus, acoustic emission

Short glass fiber-reinforced thermoplastic materials offer higher stiffnesses, strengths, and
dimensional stability than unreinforced thermoplastics and can be molded into large and com-
plex shapes using injection molding. These properties make the materials useful for the fabri-
cation of parts such as automobile dashboards, bumpers, and body panels. Despite the increased
popularity of these materials, many aspects of their response to applied loads and aggressive
environments are not clearly understood. Fatigue behavior and exposure to water are particu-
larly important because many of the current and projected applications of short glass fiber-
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reinforced materials involve exposure to repetitive loading in various levels of humidity. By
characterizing and monitoring the fatigue response of these materials, the fiber treatment and
composite processing may be adjusted to afford greater fatigue resistance.

Fatigue failures in composites are generally due to an accumulation of damage due to a
number of mechanisms [/]. These mechanisms include fiber breakage, fiber debonding and
pullout, shear crack formation in matrix along fibers, void formation and coalescence, and
matrix crazing and fracture [2,3]. The role or relative contribution of each of these mechanisms
in the final failure is not completely understood, but the properties and characteristics of the
matrix, the reinforcement, and the interface will influence how the damage is manifested in the
material. For this study, the interfacial properties of the composite have been varied to determine
the effects of the interface on the fatigue life and the degradation of mechanical properties.

Fatigue of Composites

Martin et al. [4] have studied the effects of a silane coupling agent on reaction injection
molded glass fiber-reinforced Nylon 6. They found that for fatigue tests in a dry environment,
the silane couplant, which forms strong bonds between the fiber and the matrix, had very little
effect on the fatigue behavior of the composites. However, Peterson et al. [5] have shown that
for tension tests on glass fiber-reinforced S/MA, the composites were stronger and stiffer when
the fibers were coated with a silane couplant than when the fibers were coated with either a
ductile latex coating or a coating that did not contain a couplant. They also found that moisture
caused the interfacial bond to degrade. When the specimens were soaked in water prior to
testing, all of the fiber-reinforced materials suffered some loss in strength and stiffness. The
strength losses were much lower in the materials with a protective silane coating on the fibers.
Other studies [6,7] have shown that exposure to water reduces the fatigue life of glass fiber-
reinforced composites. However, these studies did not evaluate how different interfacial coat-
ings might affect the fatigue life.

Effects of Fatigue Damage on Material Properties

During fatigue, damage is incurred that affects both the elastic and inelastic properties. It is
important to understand how these mechanical properties are altered by fatigue in order to
predict how the response of the materials will change with use. The modification of these
properties can also be used to evaluate the damage [8]. In the fatigue of composite laminates,
Reifsnider et al. [9,70] have shown that degradation of the elastic modulus was directly related
to the amount of cracking in the laminates. They showed that the development of this damage
~ is a three-stage process. In the first stage, constituting about the first 10% of the fatigue life,
" most of the damage is manifested as matrix cracks. Also during this first stage, the elastic
modulus tends to decrease rapidly as the generation of cracks weakens the composite. As the
characteristic damage state is reached at the beginning of the second stage, the rate of damage
growth decreases and the elastic modulus and the amount of cracking remain nearly invariant.
The third stage of the fatigue process begins at about 80 to 90% of the fatigue life. In this
stage, the amount of damage in the composite increases rapidly. This damage is often localized
around the site of impending failure and can consist of delamination, fiber fracture, and matrix
cracking. The elastic modulus tends to decrease rapidly in this final stage [9,10]. Models for
fatigue failure prediction [/1,12], based on the reduction of elastic properties, have been devel-
oped for different types of composite materials. These models require that the reduction of
elastic properties can be used to establish a suitable failure criterion for the material.
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Secant and Fatigue Moduli

Several studies [13,/4] have also shown that after damage has occurred in a composite
material, a knee can form in the tensile hysteresis loop. The elastic modulus, which represents
the behavior of the material below the knee point, cannot fully describe this nonlinear response.
To evaluate the properties of the material at stresses less than and greater than the knee point,
Hahn and Tsai [/4] introduced the secant modulus, which is defined as the slope between two
points on a material’s stress-strain curve. Since the secant modulus can include both the elastic
and inelastic deformation of the material, it is generally lower than the elastic modulus, which
is often denoted as the tangent modulus. Hahn and Kim [/5] studied the degradation of the
secant modulus during the fatigue of glass/epoxy laminates. They found that the secant modulus
could be used as a measure of the extent of damage, and that just prior to failure the secant
modulus in fatigue decreases to within the scatter of the secant modulus at static failure. The
secant modulus at static failure is the slope of a line drawn from the origin to the fracture stress
and strain for a tension proof test.

Hwang and Han [/6] introduced the fatigue modulus for the evaluation of composite mate-
rials. The fatigue modulus is the slope of a line drawn from the point of zero stress and strain
to the point of maximum stress and strain on each fatigue cycle. Figure 1 shows the secant
modulus and the fatigue modulus for a hysteresis curve from a sample of glass fiber-reinforced
S/MA. The secant modulus is defined as the slope of a line between the point of highest stress
and strain and the point of lowest stress and strain during each fatigue cycle. The fatigue
modulus is the slope of the line from the point of highest stress and strain on each cycle to the
origin (see Fig. 1). The secant modulus represents the material’s compliance. The fatigue mod-
ulus represents the compliance as well as the inelastic deformation in the material. Therefore,
the fatigue modulus should equal the secant modulus on the first cycle of loading; however,
once inelastic deformation occurs, the fatigue modulus will always be lower. The authors
proposed that failure occurred when the fatigue modulus equaled the applied stress divided by
the failure strain of the composite during a proof test [/6].

409 Fatigue Modulus < < ‘

Steess (MPa)

A Secant Modulus
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FIG. 1—Hlysteresis curve from the fatigue of Cl material under load control shows the secant
and fatigue moduli. The secant modulus is the slope of a line from the point of minimum stress and
strain to the point of maximum stress and strain, and the fatigue modulus is the slope of a line from
the point of maximum stress and strain to the origin.
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Hysteresis Energy

Another method for evaluating damage during the fatigue process is measuring the hysteresis
energy. Part of this energy represents the work stored in the material as damage. However, a
much larger portion (99% in some metals [/7]) of the hysteresis energy per cycle is dissipated
through mechanisms such as heat, vibration, and acoustic emission.

Acoustic Emission

Acoustic emissions (AE) are stress waves that emanate from the material due to the formation
and growth of defects. On the specimen surface, the acoustic waves can be detected by a
piezoelectric transducer, then electronically processed and recorded [18,19]. There are several
methods of analyzing acoustic emission data. In this study, the data will be analyzed in terms
of the number of hits produced by the testing and the corresponding energy of the signals. The
number of AE hits generated during testing is proportional to the number of discrete damage
or failure-related events that occur. The energy of each acoustic signal is proportional to the
energy released by the individual failure event and thus an indication of the severity of the
event. For instance, fiber fracture will emit a larger amount of elastically stored energy, accom-
panied by an AE signal of larger energy, than will mechanisms such as fiber/matrix debonding
and matrix cracking [/8,20].

In a previous study on acoustic emission produced during the fatigue of these materials
[21], it was shown that the life curves for the composites are comprised of three stages. The
first stage is characterized by a large amount of new damage, with acoustic emissions occurring
throughout the hysteresis loop. In the second stage, the acoustic emissions are very low in
energy, and they tend to occur at the peak load in the fatigue cycle. In the third and final stage,
the acoustic emissions start to occur at the lower strains associated with each cycle, and there
are more high-energy signals than in the previous stages.

Experimental
Testing Materials

The matrix material for the specimens is styrene-maleic anhydride (S/MA), which is a rubber-
modified block terpolymer made by Monsanto Corporation under the brand name Cadon. The
properties of S/MA are similar to those of acrylonitrile-butadiene-styrene (ABS). The glass
transition for this material is about 110°C [22]. Short glass fibers were added to the polymer
to increase the strength, stiffness, and dimensional stability. For this study, five variations of
the fiber-reinforced material and the unreinforced matrix were tested. These materials are
described in Table 1.

TABLE |—Material composition.

Fiber Fiber
Designation Material Composition Volume, % Diameter, pm Fiber Surface Treatment
S/MA Unreinforced S'MA 0 .. ce
co S/MA and glass fibers 10 10 Polyurethane and a silane coupler
Cl1 S/MA and glass fibers 10 13 Polyurethane and a silane coupler
C2 S/MA and glass fibers 5 13 Polyurethane and a silane coupler
C3 S/MA and glass fibers 10 13 Polyurethane and acrylonitrile/

butadiene latex
C4 S/MA and glass fibers 10 13 Polyurethane and no coupler
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The short fibers were mixed and extruded with the matrix material, which was then chopped
into ~5-mm pellets. To minimize the potential for material variability as a result of processing
conditions, all of the tension specimens conforming to ASTM Standard Test Method for Tensile
Properties of Plastics (D 638-87b) were injection molded from the compounded and unrein-
forced S/MA pellets under constant fabrication temperatures, times, and pressures [5]. The
gage sections of the tensile bars were 100 mm in length, 12.65 mm in width, and 3.1 mm in
thickness.

Testing Equipment

Fatigue testing of the composite materials was conducted on a Model 1350 servohydraulic
Instron testing machine. A Hewlett Packard computer with a high-speed data acquisition board
was used to periodically sample the stress-strain hysteresis loop at a rate of 30 samples per
second. The strain in the specimen was monitored with an extensometer that had a 25.4-mm
gage length. The tests were carried out in tension-tension (R = 0.1) fatigue under load control
at frequencies between 1 and 2 Hz. “Dry’’ tests were conducted at standard atmospheric
conditions (temperature of 25°C and 50% relative humidity). For the ‘‘wet’” tests, the specimens
were submerged in a bath of distilled water at 50°C for 48 h, then cooled to room temperature
in distilled water for 30 min prior to testing. The specimens in the ‘‘wet’” tests were submerged
in room temperature water throughout the fatigue cycling.

Acoustic Emission Testing

A Physical Acoustics Corporation (PAC) model Locan AT acoustic emission testing system
was employed to monitor the fatigue-induced emissions. This system is capable of monitoring
hits, counts, amplitudes, energies, rise times, and durations of acoustic emissions. A PAC Pico
wide band (100 to 1.2 MHz) transducer was used to monitor the AE signals generated by the
specimen. The signal received by the transducer was amplified by 40 dB using a PAC model
1220A preamplifier and by 20 dB at the Locan AT. At the Locan AT, the AE threshold was
set at 45 dB.

Results
Tensile Properties

All of the materials were proof tested to failure in tehsion at a strain rate of 0.01 mm/mm/s
under both wet and dry conditions. Two specimens of each material were tested under wet and
dry conditions, and the average strengths, strains to failure, elastic moduli, and absorbed ener-
gies are presented in Table 2. The tensile properties of these materials at various strain rates
were evaluated extensively in a previous study [5]. The results presented in Table 2 are in
agreement with those results.

S-N Curves

S-N curves were generated for each of the materials under both wet and dry conditions, as
shown in Figs. 2a through 2f. Each set of data was fit with a power law curve fit

SN® = A ¢}

where S is the maximum applied stress, N is the number of cycles to failure, and A and B are
constants. The power law curves are shown as straight lines on each of the log stress versus
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TABLE 2—Tensile and fatigue properties.

Constants for S-N curves,

Tensile Properties at 0.01 mm/mm/s SNE =A
Strain-to- Elastic Absorbed Correlation
Strength, Failure, Modulus, Energy. Coefficient,
Material MPa % GPa MJ/m? A, MPa B R?

S/MA dry 47.5 2.00 2.966 65.87 67.13 0.1181 0.779
S/IMA wet 452 2.01 2.978 67.97 72.90 0.1274 0.799
CO dry 95.5 2.09 6.857 124.08 152.90 0.1173 0.961
CO wet 90.3 2.08 6.629 107.85 131.46 0.1127 0.956
Cl dry 93.8 2.03 6.707 117.25 125.98 0.0986 0.941
C1 wet 88.8 2.00 6.652 110.87 112.20 0.0991 0.902
C2 dry 63.5 221 4.664 95.03 98.58 0.1099 0.990
C2 wet 62.1 2.30 4.540 100.25 96.89 0.1201 0.998
C3 dry 76.0 1.64 5.377 74.02 118.22 0.1101 0.987
C3 wet 599 1.81 5.213 169.00 74.56 0.0913 0.959
C4 dry 85.9 1.90 6.498 119.43 139.48 0.1185 0.924
C4 wet 68.0 1.88 5.763 93.34 90.70 0.0996 0.933

log cycles to failure curves in Fig. 2. The constants A and B for each of these curves are given
in Table 2 along with the correlation coefficient (R?) for each curve.

The S-N curves reveal several important trends in the data. First, the aqueous environment
has very little effect on the fatigue life of the unreinforced S/MA. For the fiber-reinforced
materials, the fatigue lives are always much lower for the specimens tested in the wet environ-
ment. This is most apparent for the materials without the silane coupling agent (the C3 and C4
materials). The effect of moisture on the fatigue lives of the fiber reinforced materials indicates
that the water has a deleterious effect on the interface and/or the fibers in the composites.
Although the silane coating does not completely prevent these effects, it does reduce the impact
of the water compared to the other coatings used in this study.

In general, the materials with the greater tensile strengths had longer fatigue lives. This is
known as the “‘strength-life equal rank assumption’’ and has been shown to hold true for a
wide variety of composite materials in other studies [23,24].

Fractography

The fracture surfaces of the specimens were examined after testing in the scanning electron
microscope (SEM). Figure 3 shows a photograph of the fracture surface from the unreinforced
S/MA. This shows some crack branching occurring in the plane of the fracture surface, but,
overall, the fracture surface tended to be very flat, typical of a Mode I fracture. The fracture
surfaces of the matrix material did not appear any different when tested in the wet versus dry
conditions.

A fracture surface from a composite specimen (shown in Fig. 4) reveals a more tortuous
pattern of crack growth. The surface is very uneven, as the reinforcing fibers have caused the
crack to deviate from its original path. In the failures of the composite specimens, the fibers
generally pulled out of the matrix cleanly, with little or no matrix adhering to them. The holes
created by the fiber pullout were usually round and about the same diameter as the fibers, and
there was no evidence of fiber fracture on the surfaces. The combination of matrix cracking
and fiber pullout was observed on the fracture surfaces of all of the composite materials under
both wet and dry conditions.
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FIG. 2—S-N curves for the experimental materials. On all graphs, the closed diamonds indicate
dry tests and the open diamonds indicate wet tests.
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100pm

FIG. 3—Fracture surface of a specimen of unreinforced S/MA.

Degradation of Fatigue and Secant Moduli

Figures 5a through 5f shows how the secant and fatigue moduli change with cumulative
cycles for the various materials at different stress levels and under both wet and dry conditions.
The graphs in Fig. 5 show that, in the fiber-reinforced materials (Figs. 5a through 5e), the
secant and fatigue moduli decay in similar ways. During the first 10 to 20% of the fatigue life,
both moduli decrease rapidly. The fatigue moduli tend to decrease faster than the secant, indi-
cating that the material undergoes significant inelastic deformation up to this point. After this
initial stage, the material tends to reach a ‘‘steady-state’” condition and the two moduli decrease
at fairly constant rates. After 95% of the fatigue life has been expended, the moduli in some
of the tests begin to decrease at a higher rate prior to failure. This final drop in moduli may be
due to localized damage associated with impending failure. It was disclosed in only some of
the life curves because the localized damage may have not been revealed by the extensometer,

100pm
FIG. 4—Fracture surface of a specimen of C4 material.
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which measured the stain over a large range (25.4 mm). The three stages of damage growth
shown in these life curves are very similar to the stages of damage growth reported by Reifsni-
der et al. [9,10].

The rate of degradation of the moduli also varied with the applied stress amplitude and the
test condition (wet or dry). In general, the moduli decayed at a higher rate and decreased to
lower levels when the material was cycled at higher stress and when the material was tested in
a wet as opposed to a dry environment.

The life curves for the unreinforced material (shown in Fig. 5f) reveal that the moduli have
more scatter and do not decrease neatly as much over the life as do those for the composites
(Figs. 5a through 5e). Thus, the loss in stiffness of the composites during the life is clearly a
result of reduced reinforcement efficiency, probably due to interfacial damage.

Moduli at Failure

For the fiber-reinforced materials, the values of the moduli at failure varied a great deal
among the materials depending on the fatigue stress and the test conditions. This contradicts
earlier work that suggests that the secant modulus [75] and the fatigue modulus {I6] reach
values at failure that are independent of the applied stress. Figures 6a and 65 show the secant
and fatigue moduli at failure plotted against the normalized stress amplitude for each of the
materials.

Figures 6a and 6b show that for a given material and test condition, the secant and fatigue
moduli at failure tend to be lower for higher normalized stress amplitudes. The moduli at failure
also tend to be lower for materials with low values of tensile secant moduli (see Table 2).
Notice that the results from the materials with 10% fibers (all data except for the S/MA and
C2 specimens) all fall within the same bounds. These plots imply that for a given cyclic stress,
the moduli at failure could be estimated.

S/MA Dry
CO Dry
CO Wet
C1 Dry
C1 Wet
C2 Dry
C2 Wet
C4 Dry
C4 Wet

> > ® 0 ¢ om D+

Secant Modulus (GPa)

2 T T —Y
0.4 0.5 0.6 0.7 0.8

Normalized Stress

FIG. 6a—The secant moduli at failure for the materials versus the normalized stress amplitude
(maximum stress/static tensile strength). The lines outlining the data from the composites with 10
and 5% fibers were added by the authors.
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S/MA Dry
CODry
COWet
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» > 60 e om0 +

Fatigue Modulus (GPa)

0.4 0.5 0.6 0.7 0.8
Normalized Stress

FIG. 6b—The fatigue moduli at failure for the materials versus the normalized stress amplitude
(maximum stress/static tensile strength). The lines outlining the data were added by the authors.

Hysteresis Energy

The areas of the hysteresis curves were measured periodically during the fatigue tests on the
experimental material. Figures 7a through 7f show how the measured hysteresis energy changed
during the lives of each of the specimens. The curves display a trend toward increasing energy
per cycle for increasing applied stress amplitude. Also, specimens tested in wet conditions
produced a larger amount of energy per cycle than those tested in a dry environment. The
unreinforced S/MA specimens had the lowest amount of hysteresis energy per cycle, and these
specimens showed the most scatter in the plots of energy versus accumulated cycles.

In the composite materials, the hysteresis energy per cycle increased throughout the fatigue
test. In general, this increase in energy followed the same trend as the decrease in moduli: the
energy per cycle increased rapidly during the beginning of the fatigue life, then increased at a
lower, steady-state rate, and then increased at a high rate again prior to failure.

Figure 8a shows the amount of energy on the last cycle recorded prior to failure versus the
number of cycles to failure for each test. Notice that, for each material, specimens that had
longer fatigue lives tended to have a lower amount of energy per cycle. The integrated hysteresis
energy over the fatigue life is shown in Fig. 85. This graph shows that the amount of hysteresis
energy absorbed prior to failure increases almost linearly with the number of cycles to failure,
even though the shorter fatigue tests absorbed a larger amount of energy per cycle (Fig. 8a).

Acoustic Emission

Acoustic emission was used as a form of NDE to complement the two methods of monitoring
the material properties. During testing, the AE test parameters (the amount of amplification
and the types of transducers and filters) were varied to optimize the amount of AE being
recorded (the maximum amount of information without overloading the AE recording system).
AE data were collected with several different systems; however, only data collected with the
test parameters described in the experimental section are shown in this study. Because of this,
the amount of AE data is limited compared to the results presented in the other sections of this
study.
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FIG. 8a—Hysteresis energy at last cycle versus cycles to failure.

Figure 9a shows a typical plot of the cumulative number of acoustic hits versus time during
fatigue tests of two unreinforced S/MA specimens. Very few acoustic emissions were received
during the tests. Since the materials underwent a large amount of plastic strain prior to failure,
it is probable that the record of acoustic emissions is not representative of all of the damage in
the material. The two main deformation mechanisms in this type of material (crazing and shear
yielding [25]) may have produced acoustic emissions outside of the range that could be mon-
itored with the experimental system.

Figure 9b shows the cumulative number of hits versus the normalized fatigue life for several
samples of the composite material. Figure 9¢ shows the cumulative energy versus normalized
life for the same specimens. The graphs show that in the beginning of the fatigue life (the first
10%) the events and energy are produced at a high rate. During the second stage, the rate of
acoustic emissions is a generally lower, constant rate. Prior to failure, the rate at which emis-
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FIG. 8b—Total hysteresis energy versus number of cycles to failure.
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FIG. 9a—Acoustic hits versus normalized cylces.

1.0

sions are produced begins to increase markedly. During this third stage, the energy life curve
tends to increase at a higher rate than the hit curve, indicating that the hits during this stage
are generally higher in energy than those in the previous stages. At failure, a large number of
hits and events are produced during the final fracture of the specimen.

Discussion

The fatigue behavior of the composites as manifested by the fatigue life curves showed much
less scatter than the behavior of the unreinforced matrix material. The correlation coefficients
for the S-N curves (given in Table 2) for the composites are all greater than 0.9, but, for the S/
MA, the coefficients are less than 0.8 in both wet and dry conditions. The graphs of the moduli
versus fatigue cycles (Fig. 5) and the hysteresis energy versus cycles (Fig. 7) also show more
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FIG. 9b—Acoustic hits versus normalized cycles for composite specimens.



296 EVALUATION OF ADVANCED MATERIALS

4000

5

Acoustic Energy

Cl WetSSMPa\ -
2000 | /—’—'—‘—"—’_’_’_/
1~ )

C! Dry 55 MPa \
1000 1

C2 Dry 40 MPa

0.0 0.2 04 0.6 0.8 1.0
Cycles / Cycles to Failure

FIG. 9¢c—Acoustic energy versus normalized cycles.

scatter in the unreinforced material. Figures 5f and 7f demonstrate that there is very little change
in the moduli or the hysteresis energy during the fatigue life. These results indicate that fatigue
damage develops in a different manner in the composites than the unreinforced material. In the
composites, the damage may initiate and grow from the regularly distributed fibers which serve
as sites of stress concentration. This would cause the damage to grow more uniformly in the
composites and cause macroscopic changes in the mechanical properties. The S/MA, which is
a more homogeneous medium, does not contain the same regular array of stress concentration
sources. Thus, the unreinforced material does not have the same pattern of distributed crack
initiation and growth.

Comparison of Damage Evaluation Techniques

All three techniques of damage evaluation that have been used—change in moduli, hysteresis
energy, and acoustic emission—show that damage develops in a three-stage process during
fatigue. During the first stage, the moduli decrease at a high rate, the hysteresis energy per
cycle increases rapidly, and acoustic emissions are generated throughout the fatigue cycle at a
high rate. These trends indicate that a large amount of damage is occurring during this stage.
All three of the evaluation techniques change at a much slower rate during the second stage
when the damage appears to grow at a ‘‘steady-state’’ rate. In this final stage, the damage
increases rapidly in the local area around the site of final failure. Since this third stage is highly
localized, the three methods of evaluation do not show the rapid increase in damage to the
same extent. The changes in moduli and hysteresis energy are found by measuring the stress
applied to the specimen and the induced strain as measured with a 25.4-mm gage length exten-
someter. Thus, these methods of damage evaluation may not be sensitive enough to completely
describe the local changes in the material properties. The acoustic emissions are much more
sensitive to the local damage.

Figures 10a and 10b show the reduction in the secant and fatigue moduli of the materials
(the values of the secant and fatigue moduli on the last recorded cycle divided by the value of
the moduli on the first cycle) versus the total amount of hysteresis energy during each test.
These graphs show that the materials that absorbed the lowest total amount of hysteresis energy
had the highest degradation in moduli. The total hysteresis energy appears to be more a function
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FIG. 10a—Degradation of the secant modulus versus the total hysteresis energy during the fatigue
tests.

of the length of the fatigue test, while the degradation in moduli shows accumulated damage
in the materials. During long tests, a large amount of hysteresis energy may be absorbed and
dissipated through heat. However, during the long tests, the lower stresses do not cause as much
degradation of the moduli as the high stresses during low-cycle fatigue.

In Figure 11, the total acoustic energy from each fatigue test is compared to the total hys-
teresis energy for each test. From this limited data, it is not possible to develop any direct
correlation between these two parameters. However, there is a tendency for tests that produce
larger amounts of hysteresis energy to also produce larger amounts of acoustic emission energy.
More testing is needed to evaluate this trend.
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FIG. 10b—Degradation of the fatigue modulus versus the total hysteresis energy during the fatigue
tests.
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Conclusions

1. §-N curves for unreinforced S/MA indicate that moisture has very little effect on the
fatigue life. However, water conditions significantly influence the fatigue life of fiber-reinforced
S/MA, with the materials conditioned and tested in water displaying much shorter lifetimes
than those conditioned and tested in a dry environment.

2. Coupling agents and other coatings applied to the glass fibers in the composites have a
pronounced effect on the fatigue lives of the composite materials. Materials reinforced with
fibers treated with a silane coating and a polyurethane sizing show the greatest strength retention
in an aqueous environment. Materials for which the fibers received only a polyurethane sizing
without silane or were coated with a butadiene-acrylonitrile (B/AN) latex to enhance ductility
show much shorter fatigue lives when tested in water.

3. The degradation of secant and fatigue moduli, the increase in hysteresis energy, and
acoustic emission have all been used to monitor damage growth in these materials. These
methods reveal that the damage accumulates in a three-stage process similar to the behavior
reported by Reifsnider et al. [9,/0] for other composite materials.

4. The fatigue and secant moduli decay at higher rates and to lower values for materials
tested in water; the hysteresis energies increase at higher rates and to higher values under wet
conditions.

5. The secant and fatigue moduli at failure are not independent of the cyclic stress amplitude
as proposed in other studies [/5,16]. Rather, they tend to be progressively lower as the stress
amplitude is increased, suggesting that more degradation in the mechanical properties is
incurred at higher cyclic stresses prior to failure. The total hysteresis energy for each test
increases proportionally to the number of cycles for each test.

6. At failure the total hysteresis energy absorbed by the materials is generally inversely
proportional to the decrease in secant and fatigue moduli. A correlation between the AE data
and the other damage parameters was not developed due to limited experimental data.

7. Further investigations should help to explain how fatigue damage develops in this material
and provide more background on how these methods of nondestructive evaluation can be used
to monitor cumulative damage and provide an acoustic warning of impending failure.



HOPPEL AND PANGBORN ON FATIGUE DAMAGE 299

Acknowledgments

Funding for Christopher P. R. Hoppel’s work was provided by a National Defense Science
and Engineering Graduate Fellowship through DARPA. Monsanto Chemical Company, Inc.
and PPG Fiberglass Industries, Inc. supplied the materials and fabricated the specimens
employed in this study.

References

[7] Rotem, A., “‘Acoustic Emission Signature of Failure Modes,”” Proceedings, Second International
Symposium on Acoustic Emission From Reinforced Composites, The Society of the Plastics Indus-
try, Inc., Reinforced Plastics/Composites Institute, Montreal, Canada, 1986, pp. 112-116.

[2] Lang, R. W., Manson, J. A., and Hertzberg, R. W., ‘‘Mechanisms of Fatigue Fracture in Short Glass
Fiber-Reinforced Polymers,”” Journal of Materials Science, Vol. 22, 1987, pp. 4015—4030.

[3] Jinen, E., “‘Accumulated Strain in Low Cycle Fatigue of Short Carbon-Fiber Reinforced Nylon 6,
Journal of Materials Science, Vol. 21, No. 2, 1986, pp. 435-443.

{4] Martin, D. C., Novak, G. E., and Wyzgoski, M. G., ‘‘Fatigue Fracture of Reaction Injection Molded

(RIM) Nylon Composites,”” Journal of Polymer Science, Vol. 37, 1989, pp. 3029--3056.

Peterson, B. L., Pangborn, R. N., and Pantano, C. G., ‘‘Mechanical Behavior of Chopped Fiber

Reinforced ABS at High Strain Rates,”’ ISTFA '89 Proceedings of the International Symposium for

Testing and Failure Analysis, 1989, pp. 419-427.

[6] Hofer, K. E., Skaper, G. N., Bennett, L. C., and Rao, N., ‘‘Effect of Moisture on Fatigue and Residual
Strength Losses for Various Composites,”” Journal of Reinforced Plastics and Composites, Vol. 6,
1987, pp. 53-65.

[7] Lou, A. Y. and Murtha, T. P., “‘Environmental Effects on Glass Fiber-Reinforced PPS Stampable
Composites,”” Journal of Composite Materials, Vol. 21, 1987, pp. 910-924.

[8] O’Brien, T. K., ““Stiffness Change as a Nondestructive Damage Measurement,’’” Mechanics of Non-

destructive Testing, W. W. Stinchcomb, Ed., Plenum Press, New York, 1980, pp. 101-121.

Reifsnider, K. L., Shulte, K., and Duke, J. C., ‘‘Long-Term Fatigue Behavior of Composite Mate-

rials,”” Long-Term Behavior of Composites, ASTM STP 813, T. K. O’Brien, Ed., American Society

for Testing and Materials, Philadelphia, 1983, pp. 136-159.

[10] Stinchcomb, W. W. and Reifsnider, K. L.,“The Life-Limiting Process in Composite Laminate,”’
Basic Questions in Fatigue: Volume II, ASTM STP 924, R. P. Wei and R. P. Gangloff, Eds., American
Society for Testing and Materials, Philadelphia, 1988, pp. 294-303.

[11] Plumtree, A. and Shen, G., ‘‘Fatigue Damage Evolution and Life Prediction,”” Composites—Design,
Manufacture, Use, and Application, Proceedings, Eighth International Conference on Composite
Materials, Honolulu, 1991.

[12] Lee,L.J., Yang,J. N, and Sheu, D. Y., ‘‘Prediction of Fatigue Life for Matrix Dominate Composite
Laminates,”” Composites—Design, Manufacture, Use, and Application, Proceedings, Eighth Inter-
national Conference on Composite Materials, Honolulu, 1991.

[13] Echtermeyer, A. T., Buene, L., Engh, B., and Sund, O. E., “‘Significance of Damage Caused by
Fatigue on Mechanical Properties of Composite Laminates,”’ Composites—Design, Manufacture,
Use, and Application, Proceedings, Eighth International Conference on Composite Materials, Hon-
olulu, 1991. }

[74] Hahn, H. T. and Tsai, S. W.,*‘On theé Behavior of Composite Laminates After Initial Failures,”
Journal of Composite Materials, Vol. 8, 1974, pp. 288-305.

[15] Hahn, H. T. and Kim, R. Y., “‘Fatigue Behavior of Composite Laminate,”’ Journal of Composite
Materials, Vol. 10, 1976, pp. 156-180.

[16] Hwang, W. and Han, K. S., “‘Fatigue of Composites-Fatigue Modulus Concept and Life Prediction,”’
Journal of Composite Materials, Vol. 20, No. 2, 1986, pp. 154-165.

[17] Xiao-Yan, T., De-Jun, W., and Hao, X_, ‘‘Investigation of Cyclic Hysteresis Energy in Fatigue Failure
Process,”’ International Journal of Fatigue, Vol. 11, No. 5, 1989, pp. 353-359.

[18] Williams, R. S. and Reifsnider, K. L., ‘‘Investigation of Acoustic Emission During Fatigue Loading
of Composite Specimen,”’ Journal of Composite Materials, Vol. 8, 1974, pp. 340--355.

[79] Ishine, K., Nonaka, K., Hatsukano, K., and Shimamura, S., ‘A Contribution to Nondestructive
Inspection of Fibrous Plastic Composites with an Emphasis on Application of AE Techniques,”
Progress in Science and Engineering Composites, Tokyo, 1982, pp. 1535-1542.

[20] Wolters, J., ‘‘Acoustic Emission Monitoring of Fracture Mechanisms in Short Fiber Reinforced

[5

—_—

[9

—_—



300 EVALUATION OF ADVANCED MATERIALS

Thermoplastics: Basic Studies on Model Compounds,’” Proceedings, Second International Sympo-
sium on Acoustic Emission From Reinforced Composites, The Society of Plastics Institute, Montreal,
Canada, 1986, pp. 29-36.

[21] Hoppel, C. P., Pangborn, R. N., and Tittmann, B. R., ‘“The Use of Acoustic Emission to Monitor
Fatigue Damage in Short Fiber Reinforced Thermoplastics,”” Proceedings, AECM-4, Fourth Inter-
national Symposium on Acoustic Emission From Composite Materials, The American Society for
Nondestructive Testing, Inc., 1992, pp. 79-88.

[22] Hall, W.]., Kruise, R. L., Mendelson, R. A., and Trementozzi, Q. A., ‘‘New Styrene-Maleic Anhy-
dride Terpolymer Blends,”’ Proceedings, 184th ACS National Meeting, American Chemical Society
Division of Organic and Plastics Chemistry, 1982.

[23] Hwang, W. and Han, K. S., ‘‘Cumulative Damage Models and Multi-Stress Fatigue Life Prediction,”’
Journal of Composite Materials, Vol. 20, No. 2, 1986, pp. 125-153.

[24] Chou, P. C. and Croman, R., ‘‘Residual Strength in Fatigue Based on the Strength-Life Equal Rank
Assamption,”” Journal of Composite Materials, Vol. 12, 1978, pp. 177-194.

[25] Bucknall, C. B. and Marchetti, A., ‘‘A Novel Hysteresis Test for Studying Crazing and Shear Yield-
ing in Rubber Toughened Polymers,”” Polymer, Engineering and Science, Vol. 24, No. 8, 1984, pp.
535-540.



R. Prasad Donti,' James G. Vaughan,' and P. Raju Mantena'

Effect of Pultrusion Process Variables on
Cyclic Loading Damage of Graphite-Epoxy
Composites

REFERENCE: Donti, R. P., Vaughan, J. G., and Mantena, P. R., “‘Effect of Pultrusion Process
Variables on Cyclic Loading Damage of Graphite-Epoxy Composites,”” Cyclic Deformation,
Fracture, and Nondestructive Evaluation of Advanced Materials: Second Volume, ASTM STP
1184, M. R. Mitchell and O. Buck, Eds., American Society for Testing and Materials, Philadel-
phia, 1994, pp. 301-314.

ABSTRACT: Recent advances in pultruding composite materials have resulted in a high-per-
formance, cost-effective manufacturing process. However, most research on pultruded products
has centered on a specific application; a systematic study of the effects of various process vari-
ables on fatigue damage has not been conducted. The present study uses a fractional factorial
statistical design to characterize the effects of pultrusion process variables and their interactions
on the fatigue damage of pultruded graphite-epoxy. The composite material produced under the
varying process conditions was subjected to tensile fatigue. The start and progress of damage
mechanisms due to the loading and influenced by the processing conditions of the material are
reflected by discernible changes in the loss factor (a measure of damping). The loss factor and
modulus of the material were computed in real-time using computer methods. The changes shown
by the loss factor are used to characterize the effects of the processing variables on the cyclic
damage.

KEYWORDS: pultrusion, graphite-epoxy, fatigue, loss factor, modulus, regression, response
volume

Pultrusion is one of the more cost-effective methods for producing composite materials such
as graphite-epoxy. Pultruded composite materials have consistent mechanical properties, close
dimensional tolerances, and excellent surface finish. They are used in a variety of engineering
applications in which dynamic performance of the material (e.g., fatigue) is critical. Published
literature on pultrusion provides information on the fatigue properties of composite material
for a specified process condition. There has not been a systematic effort relating the effects of
pultrusion process variables to the fatigue performance of the pultruded composite material.
This paper reports the experimentally determined effects of the pultrusion process variables on
fatigue damage in graphite-epoxy.

Pultrusion Process

The pultrusion of thermoset resins pulls fibers/mats from a creel system through a resin
impregnation station and into a heated steel die that has been machined to the desired geometry.
Heat initiates a chemical reaction in the thermoset resin and the reaction progresses under the
influence of pressure within the die. Before the material exits the die, it usually achieves a high
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degree of resin cure and fiber-matrix bonding. The composite material is continuously pulled
by a mechanism that clamps and pulls. Though the process is simple by definition, the numerous
process variables and their interactions influence the quality of the pultruded material and make
it difficult to describe analytically.

Continuous reinforcements in the form of axial filaments and continuous-strand mat are used
for producing pultruded materials. These fiber reinforcements have a strong influence on the
mechanical properties of the material. However, due to their method of manufacture, the fiber
properties are somewhat variable. The fibers are usually held in place in the composite material
by resinous materials. The resin affects the chemical resistance of the composite material and
provides a channel for the distribution of load between the fibers. The importance of the resin
properties in an application such as fatigue loading cannot be overemphasized. Composite
materials are commonly addressed as though they contain only fibers and a matrix in perfect
union. It should be noted that there is an interface between them. The characteristics of the
interface influence the mechanical properties of the composite material. However, the exact
effect of the interface quality on fatigue properties is not completely understood [1].

The temperature profile of the pultrusion die and the process pull speed affects the properties
of the pultruded composite materials. The resin-impregnated fiber reinforcement enters a heated
die. Thermal energy is provided to the die by cartridge heaters. The pultrusion machine used
for the current study has three heat zones with separate temperature control for the top and
bottom part of the die. The three zone temperatures and the heat transfer conditions for the die
yield a temperature die profile. A gradually increasing temperature profile is preferred to a
constant die temperature in order to raise the temperature of the material to a temperature
slightly less than the cure temperature and allow only a narrow temperature gradient from the
surface to the interior of the material. The exotherm, due to the chemical reaction in the resin,
brings the entire cross section of the material to the curing temperature after initiation of the
curing on the outer surface and causes the material temperature to exceed the die temperature.
The latter portion of the die receives the heat from the material to reduce the product temper-
ature and thus minimize the thermal shock to the material as it exits the die. Under a proper
set of process conditions, the resin achieves a high degree of cure. Curing of the composite
with a higher degree of conversion improves the mechanical properties.

It is required that the fibers be pulled through the resin bath for impregnation of the resin
and through the die for curing of the composite material in the desired geometry. The pull
speed can be varied as required. However, the speed at which the material is pulled influences
the location of the gelation point in the die. This directly affects the extent of cure in the
composite material and thereby indirectly influences the mechanical properties of the pultruded
composite material.

The above discussion on pultrusion process is presented to indicate that the pultrusion process
variables affect the quality and the properties of the composite material when placed in fatigue
applications. Fatigue is the cause of most failures in structural components and has attracted
the attention of many researchers. These studies have resulted in a wealth of knowledge about
failure by fatigue in metals; this is not the case for composite materials. Fracture mechanic
failure theories can be used to explain most fatigue failures in metals by the initiation and
propagation of a number of cracks into a single principal crack. However, there is no similar
proven fracture mechanics failure theory to explain how early damage in composites leads to
final failure.

Fatigue Damage

Damage in materials can be defined as the development of irreversible changes such as matrix
cracking, fiber debonding, etc. These changes can occur due to a variety of reasons, including
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thermal, chemical, radiation, and mechanical loads. The loading condition, tensile or compres-
sive, and the loading direction with respect to the direction of fibers in the material influence
the type of damage mechanisms in fatigue of composite materials. The damage mechanisms in
tensile fatigue of unidirectional composites can be broadly classified [2] into: (1) fiber breakage,
(2) fiber/matrix debonding, (3) matrix cracking, and (4) interfacial shear failure.

For the present study, the start and progress of damage in fatigue of pultruded composite
materials was experimentally monitored using a damage index, a damping technique, and tape
replication methods. The first two damage monitoring techniques require the measurement of
load and strain. The load is measured using a load cell, while strain is usually monitored using
strain gages for high precision. If the strain level is close to 3000 w strain, dynamic strain
gages are available for 10° test cycles. A reduced strain level allows the use of dynamic strain
gages for test periods in excess of 10° test cycles. Fatigue testing of pultruded graphite-epoxy
from 883 MPa (128 ksi) to 54.6 MPa (8 ksi) gave a maximum strain in the range of 6500 .
This high strain level over hundreds of thousands of cycles for each test ruled out the use of
strain gages for the strain measurement. Exploration of alternatives led to an extensometer
recommended for dynamic applications. After a few trials, it was decided to use springs to
mount the extensometer for reliable test results.

The effects of the process variables on the fatigue damage of pultruded graphite-epoxy were
determined using modern statistical methods. These methods were employed in preference to
the traditional one-factor-at-a-time method since the current study involves: (1) the interacting
effects of numerous process variables, (2) the statistical nature of the fatigue properties, and
(3) the development of complex damage state in the composite material.

Experimental Design

A basic statistical design may require the consideration of numerous variables for a detailed
understanding about how a property of the material is affected [3]. However, time constraints
and process economics usually limit the variables to only a significant few. Based on previous
experience with pultrusion, the factors considered significant for the fatigue properties and
included for this study were: (1) volume percent of graphite fibers, (2) process pull speed, (3)
Zone 1 die temperature, (4) Zone 2 die temperature, and (5) Zone 3 die temperature.

The consideration of two levels for each of the five process variables over their permissible
operating range allows the formulation of a linear mathematical model for a response. A level
is a numerical value or set-point for a pultrusion experiment. Even at two different levels for
each variable, a basic statistical design (e.g., a complete factorial design) requires 32 experi-
ments for the five-variable study. However, a half fraction of a factorial design requires half
as many experiments and can estimate principal factor effects and low-order interactions. How-
ever, fractional factorial designs confound a few factor interaction effects. Factor interactions
exist when the effect of one factor on the response variable depends on the levels of the other
factors.

Experimental runs for producing the material are randomized separately to limit systematic
errors. The random sequence is noted in Table 1. The average values of a material property
are subjected to regression analysis using SAS software routines [4]. Since the present analysis
includes multiple independent variables, a multiple regression analysis technique is used to
formulate a simple regression model

y=by + bx; + o+ bpxx, + oo (D

where b,, b,, b,, etc., in the model are estimates of unknown parameters. The least square
estimates of the parameters are determined in the regression analysis.
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TABLE 1—Fractional factorial design test pattern.

Test Random Test Variables
Plan Plan
Number Number 1 2 3 4 5
1 17 -1 -1 -1 -1 1
2 1 1 -1 -1 -1 -1
3 11 -1 1 -1 -1 -1
4 5 1 1 -1 -1 1
5 18 -1 -1 1 -1 -1
6 4 1 -1 1 -1 1
7 12 -1 1 1 -1 1
8 19 1 1 1 -1 -1
9 10 -1 -1 -1 1 -1
10 2 1 -1 -1 1 1
11 7 -1 1 -1 1 1
12 9 1 1 -1 1 -1
13 6 -1 -1 1 1 1
14 14 1 -1 1 1 -1
15 16 -1 1 1 1 -1
16 13 1 1 1 1 1
Key -1 +1
X1 Graphite, % 60.9 63.3
X2 Pull speed, cmy/s (in./min.) 0.42 (10) 0.59 (14)

X3 Zone 1 temperature, °C (°F) 165.6 (330) 176.7 (350)
X4 Zone 2 temperature, °C (°F) 182.2 (360) 193.3 (380)
X5 Zone 3 temperature, °C (°F) 182.2 (360) 193.3 (380)

In general, only selected terms are included in the model for simplicity and ease of graphical
representation. However, the selection of the terms should not be arbitrary. Basic criteria fol-
lowed in the selection of a parameter estimate are: (1) the *‘p*’ value associated with the
parameter should be reasonably low, (2) addition of the parameter in the model should reduce
unexplained variation without changing total variation, and (3) the addition of the parameter
should increase adjusted R? [5]. A statistic such as adjusted R? decreases when the addition of
a term doesn’t improve the fit of the model; this is not the case, however, with R? [4]. It is
cautioned against interpreting a large R* for the model as indicating that the application is very
well defined [5]. The predictions by the model should be verified to determine if they offer
sensible explanations for the application. A regression model such as Eq 1 can be graphically
presented using response volume techniques. These techniques are helpful in showing regions
of interest and obtaining optimum conditions.

Experimental Procedure

Graphite (Hercules’ AS4-W-12K)-epoxy (Shell’s EPONF 9310/9360/537) composite mate-
rial was produced under carefully monitored pultrusion process conditions as indicated in Table
1. Specimens were cut from the pultruded material and kept under a vacuum less than 1.33 Pa
(1072 torr). The specimens were randomly separated into three batches such that each batch
consisted of one specimen from each set of process conditions. The average width and average
thickness of the specimens were 0.0254 m (1 in.) and 0.0032 m (¥ in.) and thus, differ from
those recommended by ASTM Standard Test Method for Tensile Properties of Fiber-Resin



DONTI ET AL. ON PULTRUSION PROCESS VARIABLES 305

Composites (D 3039) for fatigue testing of 0° graphite fiber-reinforced composite material
specimens. A specimen was removed from the vacuum chamber just before it was subjected
to a fatigue test (a maximum load of 71.2 kN, a minimum load of 4.4 kN, and a test frequency
of 4 Hz). Surfalloy-coated wedges, used in the present work, have allowed the fatigue test to
be conducted without the use of tabs to the specimen [6]. A minimum of three specimens (one
from each batch) were tested for each set of process conditions to determine an average
response.

Outline of Testing

During each fatigue test, hysteresis loops were recorded at regular intervals. The loss factor
(a measure of damping) was determined in real-time using a numerical integration routine, and
the tensile modulus was computed from the loading and unloading stress-strain relationship.
The maximum and minimum of the load, displacement (measured by a LVDT), the strain
(measured by an extensometer), ambient temperature, and humidity were also recorded at reg-
ular intervals. The monitoring of extremes in the test variables was done to help explain any
unusual developments in the damage measurements. Unless the specimen fractured, the test
was continued for only 600 000 cycles due to time constraints. After one batch of specimens
was subjected to fatigue, the next batch of samples was tested. The last sample for each set of
process conditions was used for tape replicate observations. These observations are used to
rationalize the changes noted in damage index and the measure of damping.

Damage Measurement Methods

Damping Method—Polymeric matrix composite materials are viscoelastic at temperatures
even close to room temperature. This behavior causes a phase shift between load and strain
and forms a hysteresis loop in a stress-strain diagram. A hysteresis loop approach, a dynamic
mechanical property test method for metals and composite materials, is used to measure the
loss factor [7]. Variations in the loss factor were used to monitor the energy dissipative mech-
anisms in composite materials such as short glass fiber-reinforced thermoplastics and sheet
molding compounding material (SMC) [8].

The loss factor is determined as the ratio of dissipated energy to the energy stored at max-
imum displacement (shown in Fig. 1a) [9]

D

= omU 2)

n

where n = loss factor, D = dissipated energy per cycle, and U = energy stored at maximum
displacement. The loss factor was determined in real-time using the data acquired after a sta-
bilizing period; fatigue test variables stabilized after a few hundred cycles from the start of the
test. A computer method (developed in-house) determined the dissipated energy (area of the
loop bounded by the loading and unloading segments) by numerically integrating the data
samples of load and strain acquired for a loop [10]. Also, the computer method determined the
maximum and minimum of the load and strain for any test cycle from which the energy stored
at maximum displacement was computed. The ratio of these two energy terms provided the
loss factor.

Damage Index—The microscopic damage developed in fatigue loading can lead to the
decrease in modulus in fiber-reinforced composite materials. If the unloading modulus of the
composite material degrades to a preset fraction of the initial modulus, the specimen is deemed
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FIG. la—Sketch of an exaggerated hysteresis loop.

to have failed. The degradation of modulus in composite materials is usually monitored in terms
of damage index (D) which is defined as

D—1—§ 3
= 7 3

where E is the modulus of elasticity of the material in an undamaged state, and £ is the
unloading elastic modulus of the material.

The data acquired for the loops during fatigue tests were post processed to determine the
initial modulus after the stabilizing period and unloading modulus for any subsequent fatigue
cycle. For mathematical simplicity, the initial modulus was determined as the slope of the
center portion of the loading segment of a fatigue cycle

Lmax - Lmin
< — < “

7 A = Sou)
where E = extensional modulus, A = specimen cross-sectional area, L,,,, = maximum load,
L., = minimum load, S,,, = maximum strain, and S,;, = minimum strain. This modulus
value was not significantly different from the modulus based on the slope of the first part of
the loading segment of the fatigue cycle. This indicates the highly linear relationship between
load and strain of the pultruded graphite-epoxy. Even the unloading segment was highly linear.
The unloading modulus also was determined as the slope of the center portion of the unloading
segment of a fatigue cycle. This was not significantly different from the modulus based on
either end point of a hysteresis loop as the modulus measured from the first part or any part of
the unloading segment was almost identical. Modulus change was computed as the difference
between the initial modulus and the unloading modulus of the last cycle.

Replication Technique—Surface replication by cellulose tape is a standard technique used
to follow the initiation and progression of damage [//]. The surface replication method was
used to monitor the surface damage. The replicate tape can be observed under the scanning



DONTI ET AL. ON PULTRUSION PROCESS VARIABLES 307

electron microscope or an optical microscope [12]. Before the start of a test, the surface record
of a test sample was obtained using replication cellulose acetate tape. Also, a surface record of
the sample under load was obtained using the tape at the conclusion of its fatigue test. The two
replicas were observed under a stereo microscope with an aluminum background for an
increased contrast and were compared for any microstructural differences. Only qualitative
observations were made, and thus, a statistical analysis was not conducted for the observed
surface damage. Multiple surface replicas of unloaded test samples taken over an extended
time frame showed no observable changes.

Results and Discussion

Fatigue testing of all the samples took several months of machine time. Two of the properties
examined for further analysis are: (1) change in modulus due to fatigue testing, and (2) the
trend and magnitude of change in loss factor during the fatigue test of the graphite-epoxy. The
regression models developed for a property are graphically represented in a control volume
plot. Three of the principal variables in the model are represented on three different axes. The
origin of the control volume corresponds to a code value of —1 (lower limit) of a variable, and
the other end of each axis corresponds to a code value +1 (upper limit) of the variable. Two
separate plots are provided for a property to show upper and lower ends of its spectrum of
values.

In the following sections of discussion, test samples are identified by sample numbers. The
first two digits of the sample number indicate the random experiment number, and the last two
digits of the sample number indicate the piece number of the 1.52-m (5-ft.) section in the
overall length of the pultruded product for that set of process conditions. Every specimen was
to have a test duration of 600 000 fatigue cycles. A few specimens fractured or developed a
large grip-induced delamination that caused an early termination of their tests. The grip-induced
delamination moved the extensometer attachment springs, causing extremely large spikes in
the strain readings. These strain spikes were not included in the analyzed data sets.

Modulus Degradation

Modulus degradation is defined as the difference in the end modulus from the initial modulus
for each specimen. The end modulus is the slope of the center portion of the unloading segment
of the last cycle. The average difference in the modulus can be found in Table 2. In most cases,
the change in modulus is less than 0.5% of the initial modulus. Calibration sheets on the load
cell and the extensometer report that there is an error of 0.165% in the load cell and about
0.15% error in the operating range of the extensometer. The combined error could reduce the
modulus by about 0.27% and increase the modulus by about 0.37%. If data transmission errors
are also counted into error analysis, the change in modulus in all the cases is not significant.
Since the change in modulus was not significant for most of the cases, statistical analysis was
not conducted on these values.

Change in Loss Factor of Graphite-Epoxy

The pultruded graphite-epoxy specimens exhibited narrow hysteresis loops. Figure 15 shows
a hysteresis loop with a relatively large opening for the graphite-epoxy (a loss factor of 6.4 X
1073). It shows the loading segment as a solid line and the unloading segment as a broken line
to identify the two segments. It can be noted that it would be difficult to manually measure the
loop characteristics accurately. This difficulty prompted the use of the computer-based methods
to determine the loss factor in real-time during the course of a fatigue test at regular intervals.
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TABLE 2—Fatigue test results of graphite-epoxy.

Test
Plan Initial Modulus, Change in Modulus, Area
Number GPa (10° psi) GPa (10° psi) Units
1 136.00 (19.72) 0.34 (0.049) 1449.6
2 141.20 (20.48) —0.46 (—0.066) 1694.9
3 135.38 (19.63) 0.41 (0.060) 675.6
4 138.97 (20.15) —-1.01 (—0.147) 1264.2
5 137.93 (20.00) 0.48 (0.069) 803.3
7 138.28 (20.05) —0.66 (—0.095) 1286.3
8 141.24 (20.48) —0.46 (—0.067) 1279.5
9 137.93 (20.05) —0.80 (-0.116) 1129.8
10 143.52 (20.81) 0.57 (0.083) 1057.5
11 137.52 (19.94) -0.17 (—0.025) 982.4
12 138.69 (20.11) -0.77 (—0.112) 1512.4
13 137.24 (19.90) —1.43 (—0.208) 1142.4
14 141.03 (20.45) 0.71 (0.103) 1235.6
15 139.52 (20.23) —-0.29 (—0.042) 1507.3
16 143.24  (20.77) 0.10 (0.015) 1563.7

The loss factor showed different trends for the test samples. However, the trends in loss
factor were broadly divided into three different types: (1) a gradual increase in loss factor until
a maximum value, then fairly unchanged to the end of the test (Fig. 2); (2) a gradual increase,
then a gradual decrease to a minimum value and then without a significant trend till the end of
the test (Fig. 3); and (3) a fairly unchanging loss factor trend (Fig. 4).

To rationalize the changes in loss factor, the surface features (using the tape replication
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FIG. 1b—A hysteresis loop of pultruded graphite-epoxy.
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FIG. 4—Loss factor trend for sample No. 0604,

technique) of specimens taken before the start and at the end of the fatigue test were closely
examined under a stereo microscope. Figure 5a is a photomicrograph of the replica taken before
the start of the experiment for sample No. 0604. No unusual microstructural features can be
noted in Fig. 5. The micrograph shows the continuous fibers and their distribution on the surface
of the material. Almost all the samples showed identical microstructural features. However,
changes were noted for different samples in the replicas taken at the end of their fatigue tests.
Figure 6 is a photomicrograph of the replica (inclined for an increased contrast) taken at the
end of the fatigue test for sample No. 1305. Numerous surface crazes can be noted in the
direction of fibers in Fig. 6. A few surface crazes are identified by arrows in Fig. 6. The samples
that displayed the loss factor trend as shown in Fig. 2 showed microstructural features as in
Fig. 6 or a minor variation of Fig. 6.

Figure 5b is a photomicrograph of the replica taken at the end of the fatigue test for sample
No. 0604. Comparison of this micrograph with Figure 5a reveals no significant variations in
the microstructural features. This offers a possible explanation for a negligible change in loss
factor as observed in Fig. 4. However, it should be mentioned that the replica showed a very
small amount of surface crazing in the direction of fibers at a few other locations.

Loss factor trends as depicted in Fig. 3 can be explained based on the discussion of similar
loss factor trends reported in the literature. The rising portion of the trend was attributed to the
formation of new microcracks, and the falling portion of the trend was attributed to smoothing
of crack surfaces and the cessation of the crack formation [8,13,14]. It is possible that the
features of the surface crazes became smoother during the course of the fatigue test or fine
cracks reached a saturation limit. Since the surface features were obtained only at the start and
at the end of a test, it would be difficult to offer a more complete explanation about what
happened during the course of the test.
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FIG. 5a—Photomicrograph of replica of sample No. 0604 before its fatigue test ( X34).

Statistical Analysis—The change in loss factor is continuous in nature. Since the responses
subjected to the statistical analysis are usually discrete in nature, continuous data must be
reduced to a meaningful data form before the statistical analysis is conducted. After careful
consideration, it was decided to determine the area between a loss factor curve and a reference
base line with a A of 2 X 10~? from its initial loss factor. The area determined thus would
quantify only the trend and the magnitude in the change in loss factor without the influence of
initial loss factor (since the initial loss factor was also affected by the pultrusion process vari-
ables [15]). This procedure was used to compute areas for all loss factor curves. Computation
of the average of the areas for the samples pertaining to the same set of process conditions
with the same test duration was straightforward. When the samples pertaining to the same set

FIG. 5b-——Photomicrograph of replica of sample No. 0604 after it

s fatigue test (X34).
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FIG. 6—Photomicrograph of replica of sample No. 1305 after its fatigue test ( X34).

of process conditions didn’t have the same test duration (due to a fracture or a large delami-
nation), a logical procedure that noted the differences in the test duration was employed to
compute the average of the areas. The following example explains the procedure used. If the
test durations of the three samples (e.g., T, T,, T,) are such that T, = T, > T, then the areas
under all three curves up to time T, were determined and averaged as Al. From interval T, to
T, (=T5), only the areas under curves of Samples 1 and 3 were determined. These two areas
were averaged as A2. Summation of Al and A2 provided the overall process condition average.

When the specimens corresponding to the same set of process conditions showed identical
features in change in loss factor, area values were reasonably close in magnitude. When the
specimens corresponding to the same set of process conditions showed a few different features
in the change in loss factor, the area values in those cases were not close in magnitude. Table
2 provides the average areas.

The average areas were subjected to regression analysis. The variables that estimated best
the actual values were included for the regression model. The variables included are fiber
volume (X1), its interaction with Zone 2 die temperature (X14), interaction of pull speed with
Zone 1 die temperature (X23) and with Zone 2 die temperature (X24), and interaction between
Zone 1 and Zone 2 die temperatures (X34). Addition of other process variables did not improve
the model. Pull speed (X2) affects the residence time of the fibers and resin in the die including
the Zone 1 region. Zone 1 die temperature affects the viscosity of the resin before gelation of
the material and indirectly influences the mobility of the fibers. The residence time and the
mobility of the fibers (due to the interaction of X2 and X3) affect the fiber distribution in the
material. Zone 2 die temperature and its interaction with the pull speed affect the nature of the
interface between resin and the fibers. A high-fiber volume contributes to tighter packing of
fibers and reduces the average fiber spacing. Under load, the uneven fiber distributions and
reduced fiber spacing cause stress concentration and probably affect fiber/matrix bonding and
start fine cracks in the material [16].

The regression model obtained using the average areas is graphically presented in Fig. 7.
Figure 7a is a response volume plot holding fiber volume at its worst point for high damage.
This region is located in two opposite corners of the control volume. Low Zone 2 die temper-
ature and low Zone 1 temperatures, when pull speed is low, provide similar fiber distribution
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Optimization Response Plot

Aeduced Damage Psrameter from Change in Loss Factor for Graphite-Epoxy
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FIG. 7—(a) Response volume plot for high damage in graphite-epoxy, and (b) response volume
plot for low damage in graphite-epoxy.

and resin/matrix interface as settings of high Zone 2 die temperature and high Zone 1 temper-
ature at high pull speeds. When pull speed and die Zone 2 temperatures are low, the fiber/
matrix interface would not be very strong. The increased mobility of the fibers due to high
Zone 1 temperature, and the reduction in residence time of the fibers and resin by higher pull
speeds compete with each other and may not allow a highly uniform fiber distribution. Inter-
mediate interface strength, less uniform fiber distributions, and reduced fiber spacing very likely
contribute to more changes in the microstructural features due to fatigue loading.

Figure 7b is a response volume plot holding fiber volume at its optimum point for low
damage. It is noted that the optimum region for low damage is located in the region of high
pull speeds and low die Zone 2 temperature over the complete range of die Zone 1 temperature.
However, the optimum region changes to higher Zone 1 temperatures at lower pull speeds. The
increased mobility of the fibers due to high Zone 1 temperatures and increased residence time
of the fibers and resin at lower pull speeds produce more even fiber distributions in the micro-
structural features. Low Zone 2 temperatures at high pull speeds possibly help in forming a
more flexible interface between fiber and matrix, and high die Zone 2 at low pull speed probably
aids in forming a stronger interface between the fiber and matrix. Either a flexible or a stronger
interface with less uneven distributions and incredsed fiber spacing would cause fewer changes
in the microstructural features.
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Conclusions

A thoughtful fatigue test methodology was employed for conducting extensive tests on pul-
truded graphite-epoxy. The use of computer methods offered enormous time savings in the
analysis of fatigue results. Test results show that the processing conditions affect the quality
and mechanical properties of the pultruded end product. Statistical methods have been used in
characterizing these effects of process variables on fatigue damage in graphite-epoxy. A mate-
rial damping measurement technique showed a higher sensitivity than a damage index method
in monitoring the fatigue damage in unidirectional graphite-epoxy. Replication observations
were used in rationalizing the damage parameters.
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ABSTRACT: Titanium matrix composites containing manufacturing abnormalities were exam-
ined using ultrasonic and X-ray nondestructive evaluation techniques. The [0/90], and [0/90],,
SCS-6/B21-S specimens were subjected to 650°C tension or thermomechanical fatigue tests to
assess any degradation in strength or fatigue life due to the abnormalities. The usefulness of
ultrasonic nondestructive evaluation to assess the integrity of the composites containing manu-
facturing abnormalities was shown through the correlation of the ultrasonic data with ultimate
tensile strength and thermomechanical fatigue life. Additionally, the use of X-ray radiographic
nondestructive evaluation appears to complement the ultrasonic data and is useful for analyzing
fiber displacement, orientation, and nonparallelism. A simple damage parameter was developed
to help quantify the ultrasonic NDE data from manufacturing abnormalities within the material.
The test results on the specimens containing manufacturing abnormalities are presented with
analysis of the degree of correlation between the NDE results and tensile strength and/or ther-
momechanical fatigue life.

KEYWORDS: metal matrix composites, nondestructive evaluation, ultrasonics, X-ray, ther-
momechanical fatigue, manufacturing defects

Nondestructive evaluation (NDE) techniques have historically been used to detect processing
flaws, inherent defects, and damage such as cracks in metallic materials and more recently for
manufacturing and service-induced defects in organic matrix composites. Techniques fre-
quently used are visual, ultrasonic C-scan, X-ray, eddy current, dye penetrants, acoustic emis-
sion, and magnetic particle inspection. Applying any of these techniques to metal matrix com-
posites (MMCs) poses several challenges. Differences in mechanical properties of the matrix
and fiber constituents, such as density and modulus, complicate interpretation of ultrasonic
NDE results. Second, the fiber diameters can be on the order of the ultrasonic wavelength
which increases the ultrasonic scattering. Third, the damage mechanisms generally cause more
subtle defects such as matrix cracking, fiber-matrix interface separation, and individual fiber
cracking rather than ply delaminations or groups of broken fibers commonly found as defects
in polymeric composites. To date, only visual inspection of MMC panels is performed routinely
by researchers interested in the mechanical properties of these materials.
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Advances in the processing of metal matrix composites (MMCs) have resulted in the ability
to produce flat panels from which dozens of mechanical specimens can be machined. Specimens
are typically 150 to 500 mm?, where panel dimensions can be as large as a square metre. Visual
examination of a panel prior to cutting specimens out of it occasionally results in an area being
avoided due to observed abnormalities such as wrinkles, exposed fibers, cracking, and *‘fiber
swimming.”” Fiber swimming is a term used to refer to a location where several fibers have
noticeably deviated from the desired orientation. In these instances there is generally agreement
on the ‘‘good”” and ‘‘bad’’ regions of an MMC panel; researchers can see the abnormality and
are comfortable with using only specimens machined from areas passing visual inspection.

The introduction of additional nondestructive techniques having the capacity to gather infor-
mation on the internal structure of the MMC:s initially complicates the screening process. Areas
of the panel designated as ‘‘good’” through the visual inspection process may contain abnor-
malities detected by the additional NDE techniques. Presently, NDE techniques such as ultra-
sonics and X-ray yield only qualitative information on the integrity of material. There exists
almost no information equating NDE results to property changes in MMCs. Without knowledge
of the correlation between NDE results and material properties, the researcher often takes a
conservative approach and chooses not to use material having NDE-detected abnormalities.
However, often there is not the luxury of choosing between completely ‘‘good’’ material and
material containing NDE-detected abnormalities due to the limited supply and excessive cost
of advanced MMCs. The work described in this paper represents initial efforts to evaluate the
correlation between NDE data and specific tensile and fatigue properties in a titanium matrix
composite. The ultimate goal is to use the NDE techniques to quantitatively assess the integrity
of MMCs.

Material

The titanium matrix composite used for this study consisted of silicon carbide (SCS-6) fibers
in a Ti-15Mo-2.6Nb-3A1-0.2Si matrix (designated B21-S). The fiber diameter is nominally
0.142 mm. The matrix alloy was developed for its improved oxidation resistance and processing
capability compared with other titanium MMCs. The composites were made by the method of
foil-fiber-foil layups with subsequent hot isostatic processing. There is considerable information
published about this composite and its constituents as well as the processing method; Refs /
and 2 contain many articles for additional information. The specimens used in this study con-
tained a cross-ptied layup. Five specimens were cut from a [0/90], panel and eight were from
a [0/90],, panel. The specimens were cut to be approximately 110 mm long and 12 mm wide.
The typical thickness of the [0/90], specimens was 0.82 mm, while the thickness of the [0/90],,
specimens was 1.86 mm. The [0/90],, speciméns were manufactured with a molybdenum cross-
weave. The cross-weave maintains appropriate fiber spacing and alignment in the production
of the fiber mats. The [0/90], specimens were constructed with a titanium-niobium cross-weave.
All specimens were fabricated using the foil-fiber-foil technique and hot isostatic processing.
None of the specimens had any type of coating.

Figure la shows a photograph of the surface of the [0/90],, specimens arranged in their
relative position to the others before cutting. Several surface wrinkles are evident in this pho-
tograph. A photomicrograph of a specimen edge at a wrinkle location is shown in Fig. 15. The
depth of the wrinkles ranged from 0.05 to 0.20 mm with widths nominally | mm. Frequently
in the photomicrographs of a specimen edge, the 0° fibers were observed to be fractured in the
region of a wrinkle.

Figure 2a shows photographs of the surface of the [0/90], specimens. These specimens
contained very subtle wrinkles or waves running across the width of the specimens. The wrin-
kles were visible only if seen under proper lighting conditions. Casual visible inspection often
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FIG. 1a—This photograph is of [0/90],, specimens cut from a portion of one plate. Manufacturing
abnormalities in the form of “‘wrinkles’’ are evident.

did not reveal any abnormalities in these specimens. A photomicrograph of the edge of a [0/
90], specimen at a wrinkle shows these wrinkles were much shallower than those found in the
[0/90],, specimens with depths typically less than 0.05 mm, Fig. 2b. In contrast to the [0/90],,
specimens, the photomicrographs of the edges at the wrinkle sites did not reveal broken 0°
fibers.

The specimens were separated into four categories. Depending on the location and orientation
of the observed wrinkles, the categories were: no abnormalities, transverse wrinkles, longitu-
dinal wrinkles, and mixed wrinkles. The designation ‘‘transverse’” refers to a wrinkle perpen-
dicular to the loading axis of the specimen, while ‘‘longitudinal’’ refers to a wrinkle oriented
along the length of the specimen. ‘‘Mixed’’ wrinkles either contained both longitudinal and
transverse wrinkles or the wrinkle topography was not well defined.

The photomicrographs of the edges of the specimens shown in Figs. 1 and 2 reveal variations
in the spacing of the 90° fibers. This was always found when looking at the edges of the
specimens at the locations of the transverse wrinkles, This will be discussed in more detail later
in this paper. Additionally, the work reported in this paper addresses only the tests conducted
on specimens containing no abnormalities and transverse wrinkles.

Nondestructive Evaluation Tests

Two NDE methods, ultrasonics and X-ray radiography, were used to detect and characterize
the manufacturing abnormalities in the specimens prior to tension or thermomechanical fatigue
testing. Both methods can yield data on the internal conditions of the material, and ultrasonic
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FIG. 1b—This photomicrograph of an edge of a specimen before testing shows the cross-sectional
shape of a wrinkle, displaced 90° fibers, and a broken 0° fiber.
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FIG. 2a—Subtle wrinkles or ‘‘waves’’ are barely evident in this photograph of [0/90], specimens.

and X-ray NDE methods often complement each other. It was anticipated that ultrasonic eval-
uations ‘would be sensitive to abnormalities in the matrix, such as lack of consolidation between
foils, delamination, cracking within a ply, and other planar-type defects. The ultrasonic tech-
niques are sensitive to modulus and/or density variations. Other research [3] has shown that
ultrasonic methods also can be sensitive to fiber breakagé. The X-ray radiography was selected

FIG. 2b—Displaced 90° fibers are evident at the edge of the specimen. The wrinkle at the surface
of this specimen was very subtle.
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FIG. 3—Schematic of the ultrasonic reflector plate method.

for its capability to image fiber alignment and material abnormalities oriented perpendicular to
the material surface. The X-ray technique potentially can detect cracks oriented parallel to the
X-ray beam.

Ultrasonic Inspection Technique

A modified through-transmission technique, reflection plate inspection, was selected to
inspect visually observed abnormalities. Figure 3 illustrates the reflection plate inspection
method. One ultrasonic transducer is used to send ultrasound into and through the specimen.
The ultrasound transmitted through the specimen reflects off a glass reflector plate and travels
back through the MMC specimen. Ultrasonic energy reflected back through the specimen is
received by the transducer and detected by the ultrasonic instrument. The transducer is scanned
in a raster pattern acquiring ultrasound data at regularly spaced X, Y locations. The resulting
image, of transmitted ultrasonic amplitude plotted as a function of X and Y locations, is called
a C-scan. This technique is very sensitive to any change in material acoustic impedance, Z,

where:
= . E . —(1 _ V)
ZTrye Va v)(1 — 2v) M

where

E = Young’s modulus,
p = material density, and
v = Poisson’s ratio.
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Thus, a refiector plate C-scan produces a map of variations in material integrity. Consequently,
areas of reduced transmission should have some correlation with damage in the composite.

The reflector plate technique was chosen for several reasons. Because the amplitude data
that are recorded come from ultrasound that has passed through the material twice, the technique
is very sensitive to changes in acoustic impedance. Of practical importance is the need for
using only one transducer. Addition of a second transducer for standard through-transmission
inspections requires additional fixturing and alignment and adds the second transducer’s inde-
pendent receiver response to the signal. Additionally, in the immersion tank the specimens can
be laid flat for reflector plate scanning while vertical fixturing is usually required for through-
transmission scanning using two transducers.

The ultrasonic data acquisition and imaging system consisted of a five-axis mechanical scan-
ning system with 0.025-mm resolution, broadband ultrasonic spike pulser/receiver, and a 200-
MHz, 8-bit signal digitizer. Data acquisition and imaging were controlled by a digital computer
with custom software. The ultrasonic transducer was broadband with a 10-MHz center fre-
quency, 12.7 mm diameter, and spherically focused at 75 mm. The theoretical —6 dB focal
spot size was 0.9 mm. Typical step sizes (distance between adjacent X, Y data acquisition
locations) were 0.25 to 0.5 mm. The reflector plate was a 6-mm-thick glass plate.

X-ray Inspection Technique

The X-ray radiographs were taken using a standard film-based X-ray system. Typical ener-
gies were 60 to 80 KeV with 5 mA current. Exposure times varied from 30 to 60 s, and high-
resolution film was used. The system was set up to give a 1:1 specimen-size-to-image-size
exposure. This technique was sufficient to image individual SCS-6 fibers and the molybdenum
and titanium-niobium cross-weaves. Changes in material thickness at the wrinkle sites were
also detectable with this technique. Differentiation of same-direction plies was not possible
with this technique alone, although individual fibers in all plies were resolved.

Thermomechanical Fatigue Tests
Mechanical Fatigue Equipment

A horizontal fatigue test frame incorporating a pneumatic ram was used for applying cyclic
loads to the specimens. A 20-kN load cell was used, and loads were controlled to within 0.1
kN (typically 1 MPa for these specimens). Specimens were positioned horizontally in precisely
aligned, hydraulically actuated, rigid grips (see Fig. 4 and Ref 4 for further details). Gripping
pressure was 60 MPa. The applied load cycle was controlled by a PC using control software
developed by the University of Dayton [5]. Strain data were acquired using high temperature
extensometers with 110-mm-long quartz rods. Typical displacement resolutions were 0.0004
mm.

Thermal Fatigue Equipment

The specimens were heated using radiant energy quartz lamp heaters. Two heating units
were used, each containing four tungsten filament quartz lamps, with one heater placed above
the top surface of the specimen and the other placed below (see Fig. 4). Each lamp was paired
with another to form four controllable heating zones; this maintained a uniform temperature
profile along a 25-mm length of the specimen. A low-velocity, low-volume stream of air was
directed at the center of the specimen (from one edge) to help achieve the thermal cycle profile
and to prevent a buildup of heat in the center of the specimen. The quartz lamp outputs were
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FIG. 4-—Precisely aligned gripping mechanism with quartz lamp heating.

controlled by a commercial four-zone digital temperature controller. Temperature sensing was
accomplished via four, 36-gage, type-K thermocouples welded to the top and bottom surfaces
on the specimen. Additional information about the quartz lamp heating system can be found
in Ref 4. This heating system produced a temperature profile along the specimen’s loading axis
as shown in Fig. 5.

TMF Test Profile

A manufacturing abnormality may or may not manifest itself in a test because the type of
test may not cause the abnormality to produce noticeable damage or premature specimen failure.
For example, a room temperature tension test may not produce a lower ultimate tensile strength
in a specimen with matrix cracks since the tensile strength is dominated by the strength of the
fibers. In the specimens used for this study it was thought that many different types of defects
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FIG. 5—Temperature profile along the length of the specimen.
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could be present including fiber breakage, lack of matrix consolidation, matrix cracking, and
degraded fiber/matrix interfaces. Recent results suggest that in-phase TMF test results are sen-
sitive to degradation in fiber properties while out-of-phase TMF test results are affected by
matrix integrity [6]. Due to the limited number of specimens it was desired to compare results
of tests potentially affected by both fiber and matrix damage mechanisms.

A TMF test was developed that combined both in-phase and out-of-phase TMF tests into
one compound cycle [7]. The cycle is shown in Fig. 6. The total cycle time was 360 s for the
specimens tested. In actual testing the temperature was ramped from 150 to 638°C in the first
90 s of the cycle. During the second 90 s the temperature was ramped to the maximum tem-
perature of 650°C. Ramping the temperature set points during the second 90 s resulted in the
““isothermal’’ portion of the cycle where the actual specimen temperature was maintained
between 640 and 650°C and assisted in maintaining a proper phase relationship with the load
profile.

The maximum applied stress was 160 MPa with a stress ratio of 0.1. Previous TMF testing
of SCS-6/B21-S [0/90],, showed that the S-N curves for in-phase and out-of-phase TMF results
experience a crossover at 340 MPa maximum stress [§]. However, due to the abnormalities
present in these specimens, a lower maximum stress was necessary. This was determined from
a series of tension tests conducted on specimens with similar abnormalities. The [0/90], spec-

----- Stress
—— Temperature

700 4
638C 650C . ; —+— Max.
650 | . 2 '

600 |

550 T

ssalg

500 -

Temperature C

450 |

400 +

350 |
300 |
250 +

200 |

150 | ; 1x
0 /' ~—_150C Min,

il { i | |
T li T T T

Time (s)
FIG. 6—Load and temperature profiles during the thermomechanical fatigue tests.
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FIG. 7a—Load versus temperature resulting from application of the profiles shown in Fig. 6.

imens were tested at a maximum stress of 340 MPa as the ultrasonic data indicated the abnor-
malities were much less severe than in the {0/90],, specimens.

For the TMF tests the maximum temperature was 650°C and the minimum temperature was
150°C. During the constant temperature portions of the cycle the temperatures were held con-
stant to within +10°C. This test profile produced load-temperature and stress-strain profiles as
shown in Figs. 7a and 7b. The test parameters for all of the specimens are summarized in
Table 1.
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FIG. 7b—Typical stress versus strain results during the TMF loading/heating profile as shown in
Figs. 6 and 7a.
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TABLE 1—Test parameters for all specimens.

Stress T Temperature
Specimen Ply Test T raxs Cycle T e s Cycle Time,
Number Configuration Type MPa R Time °C °C S
91-361 [0/90],5 Tension N/A N/A 5 MPa/s 650 N/A N/A
91-366 [0/90],5 Tension N/A  N/A  5MPa/s 650 N/A N/A
91-367 [0/90],5 Tension  N/A N/A 5 MPals 650 N/A N/A
91-379 [0/90],5 Tension N/A  N/A 5 MPa/s 650 N/A N/A
91-358 [0/90],5 TMF 160 0.1 180 s 650 150 360
91-360 [0/90],5 TMF 160 0.1 180 s 650 150 360
91-368 [0/90],5 TMF 160 0.1 180 s 650 150 360
91-380 [0/90],5 TMF 160 0.1 180 s 650 150 360
92-098 [0/90]¢ TMF 340 0.1 180 s 650 150 360
92-099 [0/90]¢ TMF 340 0.1 180 s 650 150 360
92-100 [0/90]5 TMF 340 0.1 180 s 650 150 360
92-126 [0/90]¢ TMF 340 0.1 180 s 650 150 360
92-127 [0/90]¢ TMF 340 0.1 180 s 650 150 360
Results

Ultrasonic Data

Reflector plate C-scans of all of the specimens are shown in Figs. 8, 9, and 10. The color
coding of the ultrasonic transmission amplitude is interpreted as follows. Full-scale amplitudes
(white in these C-scans) are equivalent to the level of ultrasonic transmission in an equivalent-
thickness specimen of Ti-6-4. Amplitude values within 6 dB of the maximum are within the
range of amplitudes found in ‘‘good’’ or defect-free specimens of SCS-6/821-S. Amplitude
values less than 6 dB of the maximum may be indicative of damage within the composite and
are classified as an abnormality. Areas within the composite that would produce ultrasonic
amplitudes less than 10% full scale would indicate almost no transmission of the ultrasound
(the transmission loss would be more than 20 dB relative to the transmission through Ti-6-4).
Low ultrasonic transmission could result from voids, delaminations, or fractured fiber groups
sufficient to scatter ultrasound. ‘

Figure 8 contains the C-scans of the specimens used in the 650°C tension tests to determine
the effect of the abnormalities on the tensile load-carrying ability of the specimens. To the right
of each specimen C-scan is the normalized ultimate tensile strength of the specimen (an ultimate
tensile strength of 635 MPa was used as the reference value for undamaged material). The
specimen failure location is shown by the arrow on each specimen. The temperature distribution
map that typically was present on the specimens is also shown at the bottom of Fig. 8. The
ultimate tensile strength values combined with the ultrasonic data were used to determine the
maximum stress value for the TMF tests.

Figure 9 contains the C-scans of the [0/90],, specimens tested under TMF conditions. An
arrow shows the failure location for each specimen. To the right of each C-scan is the percent
cyclic life of the specimen relative to the TMF life of a specimen that was judged to have no
abnormalities (a value of 3000 cycles was obtained in an identical test for a specimen from the
same composite panel).

Figure 10 contains the C-scans of the [0/90], specimens. An arrow shows the failure location
for each specimen, and the percent values to the right of each C-scan shows the relative cyclic
life of the specimen compared to the life of a specimen judged to be “‘good’” (900 cycles).
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FIG. 8—C-scans of [0/90],, specimens before tension testing at 650°C. The darker regions rep-
resent higher attenuation of the ultrasound. The arrows indicate the location of failure. The per-
centages to the right indicate percent ultimate tensile strength as compared to a specimen without
abnormalities. The graph at the bottom shows the temperature profile along the length of the spec-
imens. Failure always occurred in the heated zone.
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FIG. 9—C-scans of the [0/90],, specimens before TMF testing. The arrows indicate the location
of failure. The percentages to the right indicate the resulting fatigue life as compared to a specimen
without abnormalities.

X-ray Radiography Data

Figure 11 contains radiographs of the specimens. The images of the [0/90],, specimens are
slightly darker than those from the [0/90], as expected due to the additional number of plies.
The location of the specimen failure is marked with an arrow. The molybdenum cross-weave
is evident in the [0/90],, specimens but the titanium-niobium cross-weave was not detected in
the [0/90], specimens. The molybdenum cross-weave appears as the regularly spaced dark lines
running across the width of the specimens. In these radiographs, attenuation of the X-rays is
seen as dark areas and relatively less attenuation is shown as lighter areas.

Individual fibers can be identified in the radiographs in Fig. 11, and 0 versus 90° fibers can
be distinguished. However, it is not possible to differentiate the fibers in one 0° ply from the
other 0° ply and similarly for the 90° plies. Fiber swimming and regions of low fiber density
are easily detected.

Mechanical Properties Data

A summary of the mechanical test data is listed in Table 2. The room temperature modulus
was obtained by loading the specimen to a low stress level (approximately 100 MPa) before
performing the tension or TMF test.

Discussion of Results

The primary goal of this study was to learn if there was a correlation between the data
generated by X-ray and ultrasonic NDE tests and the thermomechanical fatigue life of MMC
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FIG. 10—C-scans of the [0/90], specimens before TMF testing. The arrows indicate the location
of failure. The percentages to the right indicate the resulting fatigue life as compared to a specimen
without abnormalities.

specimens containing manufacturing abnormalities. To conduct an assessment of the amount
of correlation it was desirable to have quantitative data from both the NDE and TMF tests.
Historically, NDE data has been interpreted qualitatively; C-scans are coded by color schemes
and X-ray radiographs are judged by viewing changes in contrast. The capability of the human
brain to associate contrast and/or color changes with spatially distributed patterns is very good.
However, determining the degree of correlation imposes a quantitative requirement that taxes
the usual human pattern recognition capability.

With the motivation to quantify the NDE results, a simple ‘‘damage assessment’” parameter
was constructed to quantify the ultrasonic data. Intuition and some idea of the physics of
ultrasonic propagation predict that the greater the amount of ultrasonic attenuation the greater
the degree of disorder within the specimen. Additionally, it seems reasonable to assume that
the larger the extent of the disorder, especially in the direction perpendicular to the axis of
mechanical loading, the more degraded the strength and/or fatigue lives will be. Finally, since
the cyclic stress on the fibers is highest in the region of highest temperature, where oxidation
and cracking of the matrix are more likely to occur, the abnormalities within the heated portion
of the specimen should dominate failure. Thus only the NDE indications from the heated region,
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FIG. 11-—X-ray radiographs of the [0/90],, specimens before testing. The arrows indicate the
failure location. White indicates lower density, dark indicates higher density. Notice that individual
fibers can be resolved, thus providing information about fiber displacement and alignment.
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TABLE 2—Summary of the mechanical test data.

Specimen UTS or Cycles-
Number Ply Orientation ~ RT Modulus to-Failure
91-361 [0/90],5 130 248 MPa
91-366 [0/901,s 123 254 MPa
91-367 [0/90],5 136 85 MPa
91-379 [0/90],5 138 468 MPa
91-358 [0/90],5 R 792 cycles
91-360 [0/90],¢ 128 483 cycles
91-368 [0/90],5 134 969 cycles
91-380 [0/90],¢ 130 2402 cycles
92-098 [0/90] 151 900 cycles
92-099 [0/90] 137 823 cycles
91-100 [0/90] 151 800 cycles
92-126 [0/9015 e 447 cycles
92-127 [0/90]5 cee 503 cycles

+15 mm from the center, were analyzed. A simple damage parameter was developed

DL
DP = UTA * W 2)

where

DP = damage parameter,
UTA = ultrasonic attenuation,
DL = defect length (see Fig. 3), and
W = specimen width.

Applying this algorithm to the ultrasonically detected abnormalities in the heated portion of
the specimens produced the data shown in Table 3. The percent UTS or percent life is plotted

TABLE 3—Uiltrasonically detected abnormalities.”

Ultrasonic UT-Detected
Specimen Ply Test Attenuation, Defect Length, Damage % UTS or
Number Configuration Type dB 1/width Parameter % Life
91-379 [0/90],5 Tension 8.5/7 0.1/0.9, 72 73%
91-366 [0/90],s Tension 6/12/18 0.3/0.2/0.5 132 40%
91-361 [0/90], Tension 8.5/14 0.25/0.65 11.1 39%
91-367 [0/90],5 Tension 20 1 20 13%
91-380 [0/901,¢ TMF 18/12 0.2/0.2 6 80%
91-368 [0/90],s TMF 18/12 0.17/0.17 5.1 32%
91-358 [0/90],5 TMF 8.5 0.55 4.6 26%
91-360 [0/90],s TMF 9.5/13.6 0.5/0.5 11.6 16%
92-098 [0/90] TMF 0 0 0 100%
92-099 [0/90] TMF 2.5 0.25 0.6 91%
92-100 [0/90] TMF 33 1 33 89%
92-126 [0/901 TMF 7 1 7 45%
92-127 [0/90] TMF 716 0.35/0.65 6.4 50%

< If abnormality had multiple areas of attenuation: Damage parameter = (attenuation value 1) - (defect
length/specimen width 1) + (attenuation value 2) - (defect length/specimen width 2) + .. ..
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FIG. 12—The normalized ultimate failure strengths and normalized fatigue lives are plotted as a
function of a simple damage parameter derived from the ultrasonic results as described in the text.
Correlation between the damage parameter and the strength or life of the specimens is observed.

as a function of the damage parameter in Fig. 12. The line is simply the range of attenuation
values (16 grey-scale levels) from the C-scan plotted linearly against the percent mechanical
property. This line provides a good fit to the tension data and [0/90], TMF data. However, three
of the four [0/90],, specimens tested under TMF conditions failed at considerably lower cyclic
lives than predicted by the line. This could result from ultrasonic technique underestimating
the actual amount of damage in the specimen. It also is possible that the higher attenuation in
the C-scans indicate regions of small defects which act as preferred crack initiation sites under
thermomechanical fatigue conditions. .

One specimen that was sorted into the group of ‘‘good’’ specimens actually contained an
abnormality near the end of the specimen (see the C-scan in Fig. 13). The middle section of
this specimen was judged free of abnormalities. The test matrix called for this specimen to
undergo an isothermal fatigue test at 150°C and a maximum stress of 500 MPa. The region

25 mm

FIG. 13—C-scan of a specimen with an abnormality near one end. This specimen failed at the
location of higher ultrasonic attenuation when it was inadvertently gripped short of this location.
Analysis of the ultrasonic data predicted a failure strength very close to the actual ultimate tensile
strength.
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FIG. 14a—Photomicrograph of the edge of a specimen containing a severe wrinkle. The 90° fibers
in the row directly underneath the top 0° fiber are displaced. Both 0° fibers visible are broken.

containing the detected abnormality was to be within the grips of the test frame; however, the
wrinkle was not quite contained within the grips. Analysis of the abnormality yields a damage
parameter of 12 (approximately 12 dB attenuation across the entire width of the specimen).
Referring to the graph in Fig. 12 shows that a damage parameter of 12 could result in a
degradation in ultimate tensile strength of approximately 40% of good material. The specimen
failed on its initial loading at a stress of 476 MPa or about 48% of the ultimate tensile strength
of defect-free material at 150°C.

The type of abnormality found in these specimens, when viewed at the specimen’s edge,
consisted of a gap or variation in spacing of the 90° fibers accompanied by bending and/or
breakage of the adjacent 0° fibers. Figure 14a shows a photomicrograph from the edge of a [0/
90],, specimen containing a severe wrinkle. The outer two 0° fibers are fractured and a gap in
the spacing of the 90° fibers is evident. The inner two 0° fibers are not visible. Figure 14b
shows a photomicrograph of the edge of a [0/90], specimen clearly showing displaced 90°
fibers. In this photomicrograph, the 0° fibers are shown bending but fiber fracture is not

FIG. 14b—Photomicrograph of the edge of a [0/90], specimen showing considerable displacement
of the 90° fibers.
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observed. This was generally the case for specimens with this layup. Gaps in the 90° layers,
corresponding to 10 to 15 fibers, were observed at the edges of some specimens.

It is hypothesized that the combinations of surface curvature due to the wrinkle and broken
fibers contribute to the attenuation of the ultrasound that occurs in these regions. Additionally,
regions in the specimen where the fibers have moved closer together may also increase the
ultrasonic attenuation. Figure 15 shows a C-scan of Specimen 92-127 and a photomicrograph
of the edge of the specimen in the region marked on the C-scan. The correspondence of higher
ultrasonic attenuation with gaps in the spacing of the 90° fibers was consistent throughout the
specimens tested; however, it is not yet clear as to the exact nature of the interaction of the
ultrasound with the composite constituents that causes the ultrasonic attenuation.

Examination of the X-ray radiographs consistently shows evidence of displaced 90° fibers
(lighter shades) in the regions of specimen failure. In the [0/90],, specimens the four 90° fiber
layers make it difficult to distinguish individual displaced fibers but groups of displaced fibers
are observed. Additionally, under magnification, breakage and displacement of the cross-weave
for the 90° fibers at the location of failure is apparent. In contrast, the displacement of the 90°
fibers in the [0/90], specimens is easily seen in the radiographs at the eventual failure location.
Displacement or swimming of the 90° fibers creates gaps of up to 1 mm across the specimen
width. These gaps show some degree of spatial correlation with the regions of higher attenuation
in the ultrasonic C-scans (see Fig. 16). This suggests that X-ray radiography can be used to
complement the ultrasonic data, although no quantitative predictor has been developed for the
X-ray data.

Conclusion

The usefulness of ultrasonic nondestructive evaluation to assess the integrity of [0/90], and
[0/90],, SCS-6/B21-S composites containing manufacturing abnormalities has been shown

FIG. 15—The photomicrograph at the bottom shows displaced 90° fibers in the region of higher
attenuation (dark regions) indicated in the C-scan at the top of the figure. This correlation was
present in all of the specimens.
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25 mm

FIG. 16—The X-ray radiograph at the top of the figure shows several regions of displacement,
or bunching, of the 90° fibers (running perpendicular to the length of the specimen). These regions
correspond to the regions of higher attenuation (dark grey or black) in the C-scan of the same
specimen at the bottom of the figure.

through the correlation of the ultrasonic data with ultimate tensile strength and thermomechan-
ical fatigue life. Additionally, the use of X-ray radiographic nondestructive evaluation appears
to complement the ultrasonic data and is useful for analyzing fiber displacement, orientation,
and fiber swimming. A simple damage parameter was developed to help quantify the ultrasonic
NDE data from manufacturing abnormalities within the material. These techniques, properly
calibrated, seem to provide a useful tool for screening advanced metal matrix composites, thus
preventing the use of defective material in mechanical property evaluations. Additionally, mate-
rial that has been judged to be unfit for testing (through visual inspections) can be evaluated
with these NDE techniques and used if the degree of damage is determined to be low.
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ABSTRACT: Reliable applications of adhesively bonded joints require an effective nondestruc-
tive evaluation technique for their bond strength prediction. To properly evaluate factors affecting
bond strength, effects of defects such as voids and disbonds on stress distribution in the overlap
region must be understood. At the same time, in order to use the acousto-ulirasonic technique to
evaluate bond quality, the effect of these defects on the dynamic response of single lap joints
must be clear.

The stress_distribution in a single lap joint with and without defects (void or disbond) is
analyzed. A 6 parameter that contains adherend and adhesive thickness and properties is intro-
duced. It is shown for bonded joints with 8 = 10 that a symmetric void or disbond in the middle
of overlap up to 70% of overlap length has a negligible effect on bond strength. In contrast,
frequency response analyses by a finite element technique showed that dynamic response is
affected significantly by the presence of voids or disbonds. These results have direct implication
in the interpretation of acousto-ultrasonic results.

Through-transmission attenuation and a number of acousto-ultrasonic parameters for various
specimens with and without defects are evaluated. It is found that, although void and disbond
have similar effects on bond strength (stress distribution), they have completely different effects
on wave propagation characteristics. For steel-adhesive-steel specimens with voids, attenuation
changes are related to the bond strength. However, the attenuation changes for specimens with
disbond are fairly constant over a disbond range. In order to incorporate the location of defects
in acousto-ultrasonic parameters, a weighting function is introduced. Using an immersion system
with focused transducers, a number of acousto-ultrasonic parameters are evaluated. It is found
that, by incorporating weighting functions in these parameters, better sensitivities (acousto-ultra-
sonic parameters versus bond strength) are achieved. _

Acoustic emission activities of steel-adhesive-steel specimens with 8§ = 3.4 are monitored.
Two different formats of energy versus time have resulted, each corresponding to the perfect
specimens or the specimens with void or disbond. The relative acoustic energy and number of
events at failure are found to be a means of predicting bond strength.

KEYWORDS: nondestructive evaluation, adhesively bonded joints, stress distribution, attenu-
ation, stress wave factor, composite dynamic response

Nomenclature
AUP  Acousto-ultrasonic parameter
C Damping matrix
E, v Elastic modulus and Poisson’s ratio
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F (), F,(0w) Impedence mismatch between transducers and specimen
G Shear modulus
ho, h,h, Adhesive, adherend thickness, respectively
M Mass matrix
p.(x), p(x) Resultant forces per unit width in the x direction
SWF  Stress wave factor

o, Adherend’s thermal expansion coefficient
o, Adhesive’s thermal expansion coefficient

Aa(w) Longitudinal attenuation change

8, R U Nondimensional parameters

o Normal stress in the adherend

T  Shear stress at the adhesive/adherend interface
u  Displacement

€ Normal strain

Introduction

Over the past decade, much research has been expended and numerous test instruments
developed in seeking a solution to the problem of nondestructively inspecting adhesively
bonded joints [/-8]. Several NDT methods are recommended for the inspection of adhesively
bonded joints in addition to the well-established methods for detecting localized flaws, voids,
or delaminations. However, neither of these approaches nor more sophisticated ultrasonic meth-
ods (using frequency and time domain information) has been shown capable of absolutely
assessing joint strength. This is due, in part, to the fact that no single ultrasonic measurement
is a unique function of a single bond property; each ultrasonic measurement is sensitive to
changes in several bond properties. However, the strength of the bond may or may not depend
on these properties. A multi-disciplinary approach is required that combines NDE, adhesive
technology, and solid mechanics analyses to form a basis for a comprehensive quality assurance
solution.

Many attempts have been made to advance the state of the art in flaw classification analysis
by using techniques and concepts from pattern recognition. The underlying premise is built
upon linear system analysis, which assumes that the ultrasonic input energy, as it varies with
time, is modified by the bond structure. The theory then asserts that if one has the system input
and output (echo), then the modifying mechanism can be found and characterized. Rose et al.
[6], using this concept, evaluated adhesively bonded aluminum-to-aluminum specimens by
defining an ‘‘a’’ parameter as the ratio of received signal to the transmitted signal in immersion
scanning experiments. The feature ‘‘a’” was defined and was of known value for bond quality
discrimination [9-10]. A low value of ‘o’ indicates good transmission of the stress wave
energy, while the hlgh value of “‘a’’ indicates most of the energy is reflected at the interface.
The values of ‘“‘a’’ at several locatlons of the bond area were evaluated, and the feature *‘B’’
based on the surface integration of the ‘‘a’’ parameter was defined as

4h2 J J a(x, y)ydxdy = E wa,(x, y) + R 1)

where £ is the distance between scan points (square bond area), and w, are the weighting factors.
The surface integral values and log weighting function [6] from the center of each coupon
were used to construct the feature data. These were related to the bond strength. The above
equation and features can be modified by considering which area of adhesive is more respon-
sible for the bond strength and by proposing a weighting function which brings this factor into
consideration.
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The initial signature techniques were based on the analysis of ultrasonic signals in the time
domain and by making use of the arrival time and amplitudes. Gericke in 1963 [1]] suggested
that a source of additional discriminating characteristics might be found in the frequency spec-
trum of the returned echo. He indicated that if a short pulse, rich in spectral content, were used,
the size, nature, and shape of flaws could be more readily determined from the frequency
domain. He also proposed a method involving the use of two widely separated frequencies for
inspection. The change of the returned pulse shape from one frequency range to the other could
possibly yield information concerning the defect size, shape, and orientation characteristics.
Henneke et al. [12-17] introduced several moments of the frequency spectrum as a means of
damage evaluation in composite materials. A variety of additional signature techniques for
ultrasonic examination both in time and frequency domains are introduced [/8-23]. However,
these parameters may not be effective when used in interrogation of the bond quality without
understanding the effects of defects on both the received ultrasonic signature and bond strength.

The higher order crossing (HOC) method for signal analysis, often called the zero-crossing
or level-crossing method, has been recently developed and applied in bond quality assessments
[4-51]. Ultrasonic echo signals were obtained from several specimens representing various adhe-
sive or cohesive bond properties. HOC features were calculated from these signals and used to
characterize the various conditions of the sample joints. However, no correlation between HOC
parameters and bond strength was presented.

Acoustic emission is another nondestructive evaluation technique which has been projected
to have the potential of predicting structural integrity. Acoustic emission (AE) is a term describ-
ing a class of phenomena whereby transient elastic waves are generated by the rapid release
of energy from localized sources within a material [24]. AE has developed rapidly over the
last two decades as a nondestructive evaluation technique and as a tool for materials research.

Acoustic emission signals can take many forms depending upon the material and the failure
mechanism in the material. AE signals from defects in composites and geological materials
generally contain information at low frequencies of 0.5 to 100 kHz since attenuation is relatively
high due to the complexity of these materials. Signals of significance in metals and brittle
materials contain information between 100 kHz and 2 MHz. In this range, a good compromise
is found for most testing applications because ambient noise is low. A number of techniques
are employed to isolate valid signals from noise in the time domain. Times of arrival can be
used to permit geometric elimination of obvious noise through gating and acceptance of only
those signals which arrive from a particular region of the structure. At the present time, one
can find many presentations of acoustic emission data in the literature. In time domain, these
include: ringdown counts, rms voltage, number of events, energy rate, rise time, event duration,
amplitude distribution, and numerous others.

It is also possible to analyze the frequency content of both burst and continuous types of
acoustic emission. Relating such measurements to the source mechanism is an extremely com-
plex problem not only because of the specimen and transducer resonances and frequency-
dependent absorption effects, but also because of effects caused by the methods of analysis
employed. Indeed, some investigators would argue that the information required to distinguish
between different acoustic emission sources, or to describe the nature of operation of particular
sources, is simply not available in the frequency content of the acoustic emission signals,
particularly using piezoelectric transducers. Other investigators believe that spectral analysis
can be of great value and that, with the proper methods of averaging and smoothing data,
spectral analysis can be used to identify and discriminate acoustic emission sources [25-26].

As pointed out above, the nondestructive evaluation of adhesively bonded joints requires
comprehensive studies of the effects of defects, sizes, and their locations on the stress distri-
bution and dynamic response of bonded joints. These analyses provide bases for more effective
interpretation of various acousto-ultrasonic data. The purpose of this paper is to present our
efforts toward understanding factors affecting (1) the bond strength and dynamic response of
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adhesively bonded joints, and (2) bond strength prediction by conducting various acousto-
ultrasonic experiments. Acoustic-emission activities of steel-adhesive-steel and graphite epoxy
composite-adhesive-graphite epoxy composite specimens with various defects were also mon-
itored during destructive tension tests. The results of these investigations are presented in the
following sections.

Theoretical Investigation of Stress Distribution in the Bonded Joints

There are various bonded joint configurations. Most of the joint configurations are designed
to transfer load in shear. Of all the various joints, the single lap joint is most commonly used
in design. Also, theoretical and experimental investigations of the bond strength are less com-
plicated with the single lap joirit. For this reason, in this paper the effects of processing variables
(voids, disbond region, poor cohesive strength, and poor adhesive strength) on the strength of
the single lap joints are studied both experimentally and theoretically.

The strength of a given type of joint depends on the shear and peel stress distributions in
the bonded area. These stresses depend on adhesive and adherend properties and geometries.
Assuming the adhesive layer to be homogenous and free of defects, Volkersen {27] derived
the shear stress distribution in single lap joints using shear lag model assumptions. Goland and
Reissner [28] modified Volkersen’s analysis by considering the bending moment and peel
stresses in the theoretical analysis. Other researchers have also obtained the shear and peel
stresses in the bond joints by finite element analyses [29-34]. There have been very limited
theoretical investigations on the effects of defects on the stress distribution and bond strength
in single lap joints. Since the bond strength may or may not depend on the defects, the stress
distribution in a single lap joint with a void is derived in this section using shear lag model
assumptions. The details of the analyses can be found in Refs 35 and 36. Here, some aspects
of these analyses are briefly described and important conclusions elaborated.

The two-dimensional model consists of a simple lap joint as shown in Fig. 1 made of two
plates bonded by a layer of adhesive. The problem is formulated under the following assump-
tions:

1. The thicknesses A, &, h,, H are small compared to the other dimensions of the structure
so that individual layers may be under generalized plane stress (i.e., o, = o,, = 0).

2. The thickness variation of the stresses in the plates will be neglected under the usual
assumption that the surface shear stress transmitted, through the adhesive layer acts as a
body force.

3. In the z direction (i.e., transverse direction), plane strain conditions will prevail such that
€, =€, = ¢, = 0.

Referring to Fig. 1, let p,(x) and p ,(x) be the resultant forces per unit width in the x-direction
in Plates 1 and 2, respectively, and u,(x) and u,(x) be the displacements in the x direction. The
elastic properties of isotropic Material 1 are donated by £, v,, and «,, and those for isotropic
Material 2 are E,, v,, and «,. The shear modulus of the adhesive is given by G. The joint is
divided into three regions.

The following variables are defined as:

x, = beginning of each region (x, = 0, x, = a,, x; = a, in Region 1, 2, 3, respectively).

Region 1: 0= x = q,
Region 2: a, = x < 4, (void)
Region3:a, =x =L
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The shear stress distribution in the lap joint can be obtained by writing the equilibrium
equation of an incremental element in Plate 2 (see Fig. 1) as

. _ oy =
2= 1) = 0 @)

where 7(x) is the shear stress. Assuming that the displacements of the top and bottom of the
adhesive layer are u,(x) and u,(x) and using strain-displacement relations of

du, du,
€, = EX_ and €, = 2)6_
Eq 2 can be written in the form of
d’p G
dx22 - ;‘; (€2, — €9 =0 €)

Because of the assumptions (¢,, = 0,, = 0), the stress-strain relations in the adherends are

1 -2

€ = Eh, [Py — P(X)] + o, AT €3
1 -3
€ = g PN + AT ®)

Substituting Eqs 4 and 5 into Eq 3, and presenting it in a nondimensionalized form, results in

&P, -9
—_— — +
ag vp, 1+R v ©)
X
h =
where & I N
1
(P, P) = —(p py) )]
Po
1 — v3 Eh,
R = — 9
1 —viEh, ©)
— L G
0% = — ({1 -1 + R 10
nh E, ( viX( ) (10)
- LG
Y= (a, = a)AT (1)
Poho

Equation 6 holds for Region 1 and 3; in the void region 7 = 0, so

a’P,
dg

0 (12)
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The solution of Eqs 6 and 12 along with proper boundary conditions and continuity conditions
between regions yields the normal and interfacial shear stress distribution in the adherends
[35,36]).

Theoretical Results on the Effects of Voids on Shear Stress Distribution in a Single Lap
Joint

The geometric configuration of the step lap joint is given in Fig. 1, and the three parameters,
R, 0, and s, which appear in the governing Eq 6 and which influence the stress distribution,
are given by Eqs 9, 10, and 11. The close observation of the aforementioned equations reveals
that a change in 6 involves a change in geometry and material properties of both the adherends
and the adhesive. An increase in ® may be due to any number of possibilities, such as an
increase in the length of the joint and/or an increase in the shear modulus of the adhesive, a
decrease in the thicknesses of Adherend 1 and/or thickness of the adhesive layer, a decrease
of Young’s modulus of Plate 1, and finally an increase in R.

The parameter, R, itself represents only the geometric and material properties of the adher-
ends. The decrease of R involves the decrease of Young’s modulus and thickness of Plate 1 or
the increase of the properties mentioned but applied to Plate 2. For similar adherends, it is
equal to unity.

The parameter, {5, can be seen as a thermal parameter. It involves the temperature difference
between the two plates and their respective thermal coefficients of expansion. The parameter,
U5, increases if the thermal mismatch increases where the two plates have a large difference in
coefficient of thermal expansion. It also-increases when the joint length and shear modulus of
the adhesive increases. Finally, Js is inversely proportional to the thickness of the adhesive layer
and the axial load.

The effect of © on shear stress S(§) = (I/p,) 7 distribution is shown in Fig. 2. For an
adhesively bonded joint with the same adherend materials (R = 1), the results show that the
higher 6 value causes very uniform (almost zero) stress over the bonded area with the peak
shear stresses confined to the small region near the edge. Figure 3 shows the effect of a sym-

10 v T v T T T T T

N =0 W
e

[ofolfoJO]
[oNe]

Normalized Shear Stress S(£)

0.0 0.2 0.4 0.6 0.8 1.0

Normalized Overlap Length ¢

FIG. 2—Normalized shear stress S(&) versus normalized overlap length & for adhesive joints with
identical adherends (R = 1) for several values of 0.
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FIG. 3—Normalized shear stress S(€) versus normalized overlap length & for adhesive joints with
identical adherends (R = 1) and a center void for several values of 6.

metric void on the shear stress distribution for different values of 8. Here, again, the peak stress
distribution is confined to the edge of the bonded joint.

To evaluate the degree of stress variation as it is affected by a void and 6, a shear stress
factor, SSF, has been defined as the ratio of peak stress over the average stress. The SSF has
been computed for a set of increasing symmetric void sizes. Figure 4 shows that the SSF is
constant over most of the void size range (up to 70% of the overlap length) for the higher
values of 0. So it is expected that the failure load would be independent of a void for this range
of void size. Effects of thermal mismatch between adherends are reported in detail in Ref 37.
The stress distribution is significantly changed for adherends with a large difference in the
thermal expansion coefficient. The effect of a disbond on the shear stress distribution is also
investigated. Here, again, disbonds up to 70% of the overlap length were found to have a
negligible effect on the peak shear stress for 8 = 10.

Theoretical Study of the Effects of Voids on Dynamic Response of Single Lap Joints

In order to understand the effects of voids on the dynamic response of lap joints, a study
has been carried out on the linear frequency response of an adhesive joint with a void with
particular attention given to the overlap region. This will be useful in effectively interpreting
ultrasonic data for the bond quality evaluation.

In the analysis, a finite element model is used to represent a simple adhesive lap joint. A
harmonic force excitation is applied at one end of the joint near the overlap region, and a
displacement response at several output points is calculated over a frequency range. The modal
analysis and frequency response calculation is performed for a joint with and without a void
in the adhesive to determine changes in frequency response patterns caused by the void. The
results indicate clear differences in the response patterns over a frequency range which covers
all natural frequencies of the finite element model. The results presented here focus on the
higher frequencies.

Beam elements are used for the adherends, and lateral stiffness elements are used for the
adhesive. Voids are created by removal of lateral stiffness elements. The model is simple and
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identical adherends and a center void for several values of 6.

will indicate the important features to be expected. The NASTRAN code has been used. Mate-
rial properties are for similar aluminum alloy adherends (E = 69 GPa with adherend thickness
of 3.17 mm) and Hysol EA9689 adhesive with E = 2.2 GPa and thickness of 0.13 mm. The
overlap was 25.4 by 25.4 mm, and symmetric and unsymmetric voids were introduced in the
overlap and dynamic responses for identical input harmonic force were evaluated.

The system equations formed for frequency response analysis include mass, damping, and
stiffness matrices and the system load vector. The equations may be written in matrix notations
as follows

MU + CU(f) + KU(f) = F(f) (13)
where f is the discrete frequency value.
The harmonic excitation is frequency dependent and the solution is obtained for the desired

discrete frequencies. Since all nodal motion is assumed to be steady state, the velocities and
accelerations are related to the displacements by

U= —QufU, U= iQuHU (14)
The frequency response equation then becomes
[—Qmf)*M + i2wf)C + KJU() = F() (15)

Equation 15 represents a system of equations, and the solution for U(f) can be found for every
frequency point. Proportional damping is used so that

C=cK+ M (16)
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In the present study ¢, = 0, and ¢, is given very small values (of the order of 0.001). The
frequency response is calculated for the two configurations indicated in Figs. 5 and 6. Typical
frequency response curves are given in Figs. 5 and 6. For a given frequency, the ratio of the
displacement with a void to the displacement without a void is plotted against void size in Figs.
7 and 8. It should be borne in mind that for different void sizes, the structural configuration
changes and the natural or resonant frequencies will change so that for a fixed frequency these
curves need not be monotonic.

The results of this analysis indicate that although there was little change in the peak shear
stress in adhesively bonded joints with voids up to 70% of the overlap length (6 = 10), the
dynamic response may be significantly affected by the presence of voids. These results have
direct implication in nondestructive evaluation of the adhesively bonded joints.

Experimental Investigations

Adhesively bonded joint specimens were prepared by using 1018 cold-rolled steel, unidi-
rectional graphite epoxy composite material, and aluminum 6061-T6 as adherends. Identical
adherends were joined together in a single lap joint configuration using Hysol EA9689 epoxy
film of 0.13 mm thickness. For joints with steel as adherends, the adherend surfaces were
prepared according to ASTM Guide for Preparation of Metal Surfaces for Adhesive Bonding
(D 2651-90). For joints with aluminum as adherends, the adherend surfaces were either sanded
and cleaned with acetone or were just cleaned with acetone prior to bonding. The composite
adherends were slightly sanded in their overlap areas in order to remove the residual mold
release prior to their bonding. For metal adherends, the overlap area was 25.4 by 25.4 mm and
the adherend thickness was 3.17 mm. Joints with graphite epoxy composite as adherend had
overlap dimensions of 50.8 by 25.4 mm, and the thickness of the composite adherend was 1.07
mm. Various defects such as voids and disbonds were introduced in the overlap area in order
to change the bond strength. Voids of different sizes were introduced by cutting the adhesive
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FIG. 5—Finite element model and frequency responses at Node 12 for aluminum-adhesive-alu-
minum specimens with no void and a 6.35-mm void. Void starts at 3.18 mm from left end of 25.4-
mm overlap.
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FIG. 6—Finite element model and frequency responses at Node 10 for aluminum-adhesive-alu-
minum specimens with a 5.08-mm and 10.16-mm void. Void starts at 2.54 mm from left end of
overlap.

film from the desired region of the overlap and removing it from the overlap region prior to
manufacturing specimens. Disbonds were created by spraying mold release agent on the sec-
tions of the overlap region. However, adhesive film was left on these regions. Thus, one may
assume disbond is a zero volume void.

Various ultrasonic setups and methodologies were used to measure longitudinal pulse-echo
attenuation, through transmission longitudinal and shear waves attenuation, using both direct
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FIG. 7—Ratio of displacements at Nodes 8 and 12 for specimens with and without void (A/A,)
versus void size at frequency of 0.39 MHz. Void starts at 3.17 mm from left end of overlap, and void
size is given as percent of overlap length of 25.4 mm.
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FIG. 8—Ratio of displacements at several locations for specimens with and without void (A/A,)

versus void size at frequency of 0.49 MHz. Void starts at 2.5 mm from left end of the overlap, and
size is given as percent of overlap length of 25.4 mm.

contact and immersion techniques and acousto-ultrasonic parameters. In the attenuation exper-
iments, narrow band Panametric transducers with center frequencies of 1 and 2 MHz were used
both as transmitting and receiving transducers. Both narrow band signal (pulse oscillator) and
broad band pulse were used in these experiments. In the acousto-ultrasonic experiments, a
narrow band Panametric transducer with a center frequency of 1 MHz and a FC-500 AET
transducer with a flat sensitivity in the frequency range of 100 kHz to 2 MHz were used as
transmitting and receiving transducers, respectively. The experiments were conducted by using
a broad band pulse with a center frequency of 1 MHz. The received signals were digitized in
an Niclolet digital oscilloscope and stored in a PC computer and later analyzed in a SUN work
station (Fig. 9). The signals were analyzed in both time and frequency domains.

In the time domain, attenuation, stress wave factor, SWF, and acousto-ultrasonic parameter
AUP were measured for each specimen. Assuming that the impedance between transmitting
and receiving transducers and adherends is F,(») and F(w), the amplitude or peak amplitude
of the received signal from a perfect and a defective specimens for an input pulse oscillator or
pulse can be expressed as

(Ar), = F(w)F(w)A e’ a7

(Ar); = Fi(@)Fy(w)Ae*" (18)
where A, is the transmitted signal amplitude, o, and o, are the attenuation in perfect and
defective specimens,  is the bond thickness, and (Ar), and (Ar), are the amplitude of the
received signals from perfect and defective specimens at frequency . The change in attenuation
can be obtained from Eqs 17 and 18 as

a,— o, = Aa =In [Eﬁ:;:]/t (19)
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Stress wave propagation efficiency was evaluated by evaluating stress wave factor values
[19,21] at several threshold levels. The stress wave factor is defined as the number of times a
signal passes a threshold level. Acousto-ultrasonic parameters were also measured for all spec-
imens. This is defined as

n

AUP = >, (A, — Th) (20)

=1

where A, is the amplitude of the signal passing threshold level of Th, and # is equal to the
SWF.

Upon completion of acousto-ultrasonic experiments, specimens were broken in an Instron
Machine by applying tensile load at the rate of 22 N/s. Acoustic emission activities of steel-
adhesive-steel and graphite epoxy composite-adhesive-graphite epoxy composite were moni-
tored. Here the results of acoustic emission activities of the steel-adhesive-steel specimens will
be discussed. Since the failure load in these specimens was much less than the load required
for yielding adherends, all received activities were related to the bond failure. However, for
graphite epoxy composite-adhesive-graphite epoxy composite specimens, bond failures were
sometimes accompanied by fiber fracture and delamination. For this reason the correlation of
these data with the bond strength was not clear.

For steel-adhesive-steel specimens, two AE transducers—each with a center frequency of
175 kHz (AC 175L)—were utilized to detect the events emitted from the specimen at a distance
of 7.6 cm (3 in.) apart. Each sensor was coupled with the work piece through a B-type Pana-
metrics couplant and held in position with the aid of four stiff springs as shown in Fig. 10. The
data were gathered and analyzed using an AET 5500 system. The data collection was focused
on the lap joint portion only, and all of the other AE activities were thus discarded. For the lap
joint, AE event locations were established using the difference in the arrival times of the signals
received by the two sensors. Some of the parameters measured during the tension tests were
as follows: peak amplitude in decibels, event duration and rise time in w seconds, ring down
counts, slope, and acoustic energy. Here, slope has been defined as peak amplitude/rise time,
while acoustic energy was defined as 10*log (event duration) + peak amplitude. It is notable
that RMS amplitudes of events has also been used as an indicator of the relative amount of
acoustic energy by some researchers. Pencil lead fracture method was used in order to calibrate
the system prior to the actual run. Calibration eliminated the need to obtain the velocity of
emitted waves. The detected signals were initially preamplified 60 dB to a total system gain of
80 dB. A floating threshold of 0.5 V was chosen to eliminate the background noise.

Experimental Results and Discussion

For the steel-bonded joint specimens, the value of 6 from Eq 9 is found to be 3.4. For this
value of 6 the peak shear stress is affected by introduction of void and disbond in the overlap.
It was suspected that the through transmission attenuation would be also affected in a similar
way by the presence of void or disbond. Using both Panametric longitudinal and shear trans-
ducers with a nominal element size of 19 mm, the attenuation changes for the entire overlap
length (25.4 by 25.4 mm) were evaluated at frequencies of 2 and 1 MHz. Transducers were
coupled to the specimens by using either low- or high-viscosity Panametric couplants (low-
viscosity couplant when using the longitudinal transducers and high-viscosity couplant when
using the shear transducers). A load of 90 N was applied to each transducer by using a spring
fixture device. Figures 11 and 12 show the changes in longitudinal and shear wave attenuations
versus bond strength. At first glance the data suggest no correlation between bond strength and
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FIG. 11—Changes of longitudinal wave attenuation versus bond strength for a pulse oscillator
with the center frequency of 2 MHz propagating through the lap thickness in steel-adhesive-steel
specimens with symmetric void and disbond in the middle of overlap.
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center frequency of 1 MHz propagating through the lap thickness in steel-adhesive-steel specimens
with symmetric void and disbond in the middle of overlap.
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attenuation change. However, closer examination of the data shows that although disbonds and
voids have a similar effect on the bond strength, they have completely different effects on wave
propagation characteristics. For specimens with a void, the transmitted wave is reflected sig-
nificantly at the adherend void interface. A larger void results in more reflection and thus higher
attenuation. However, the disbond is a weak bond between adherend and adhesive. The trans-
mitted wave is not significantly affected by the presence of this region in the overlap. Further-
more, the attenuation change may not be very sensitive to the disbond length. Separating the
data for specimens with voids and specimens with disbonds and plotting attenuation change
versus bond strength results in an excellent correlation between attenuation change and bond
strength for specimens with voids (Figs. 13 and 14). Figure 15 shows that there is no correlation
between attenuation change and bond strength for specimens with disbond, and the attenuation
change is fairly constant over the disbond of (3 to 19 mm) range. The correlations between the
stress wave factor, SWF, and the acousto-ultrasonic parameter, AUP, and the bond strength for
these specimens were not clear. This may be explained by considering the dynamic response
of the systems for an input wave at one edge and received wave at the other edge (Figs. 7 and
8). Here, again, the peak amplitude of the signal is not an increasing function of disbond and
void size. In contrast, bond strength is an increasing function of the void and disbond sizes.
In the acoustic emission experiments, we expected to find a good correlation between acous-
tic emission parameters and bond strength for all types of specimens with different defects
(steel-adhesive-steel specimens, with 8 = 3.4). This is due to the nature of failure location and
mechanism and energy released during failure. Since for symmetric voids and disbonds in the
center of the overlap, stress distribution is almost identical, the bond strength and energy
released can be assumed to be the same for a specimen with identical void or disbond size.
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FIG. 13—Changes of longitudinal wave attenuation versus bond strength for a pulse oscillator
with a center frequency of 2 MHz propagating through the lap thickness in steel-adhesive-steel
specimens with a symmetric void in the middle of the overlap.
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FIG. 14—Changes of shear wave attenuation versus bond strength for a pulse oscillator with a
center frequency of 1 MHz propagating through the lap thickness in steel-adhesive-steel specimens
with a symmetric void in the middle of the overlap.

Furthermore, all detected released energy is associated with the high-stress areas, which are
the two edges of the overlap, which also control the bond strength. Figure 16 is a plot of a
typical load-time curve of an adhesively bonded joint specimen along with its corresponding
mean ring down counts (number of threshold crossing) versus time. There are three prominent
peaks, the last of which corresponds to the time of failure. Having a lower amplitude, the first
two peaks can be associated with crack initiation and preliminary crack growth. The source of
these prominent peaks, recorded in real-time, was found to be near the end of the lap joint
where the failure originated. Furthermore, most of the acoustic emission activities were confined
to the edges of the overlap (Fig. 17).

Plots of energy versus time compiled every 4 s during the period in which the specimens
reached their ultimate strength exhibit two principal formats as shown in Fig. 18. The specimens
with a distinguished peak at failure normally depict specimens with artificial voids or disbonds,
Fig. 18a. These specimens can be categorized as having failed in a brittle manner due to their
short energy released durations. For these specimens, the energy released was relatively high
at the peak compared to the perfect ones. Pollock [38], in his study of solids, showed that
brittle materials exhibited higher peak energy and short emission duration after the maximum
load than ductile materials. This may be due to the fast fracture behavior in brittle materials
and crack tip blunting (crack arrest) in ductile materials. For perfect specimens, fast fracture
may have been prevented by having effective adhesive in the entire overlap. This is not true
for specimens with void or disbond. Figure 185 depicts energy released for perfect specimens.
Energy emission and the number of threshold crossings were sustained at a low level for some
period after the time of the maximum peak of energy. This can be due to the crack or damage
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FIG. 17—Plots of the number of events along the lap joint for two typical specimens.

growth period in perfect specimens, which is generally greater for the perfect specimens than
specimens with a defect. Figures 19 and 20 show that total energy released and number of
events at and after maximum peak energy can be related to the bond strength for all types of
specimens. Analysis of the acoustic emission data further showed that the events with lower
rise time were associated with the crack initiation, while the one with higher rise time was
associated with the crack (damage) propagation. B

For the graphite epoxy composite-adhesive-graphite epoxy composite, 6 was found to be =
10. For this value of 8 it was expected that symmetric vojd or disbond up to 70% of the overlap
length would have a negligible effect on bond strength. Figure 21 shows that indeed there is
little change in the bond strength for specimens with void up to 70% of the overlap length in
the central region of the bonded joint. The peak amplitude of the received signal in a stress
wave factor set-up experiment (Fig. 22) was found not to be very sensitive to the bond strength,
and showed a trend similar to the one exhibited by dynamic analyses (Fig. 8). Other acousto-
ultrasonic factors also failed to show any sensitivity to the bond strength.

To address more effectively the effects of disbond, improper adherend surface preparation,
over-cured and under-cured adhesive, and deficient pressure during manufacturing of these
specimens on bond strength, we set up an immersion experiment (Fig. 23). As described above,
through transmission experiments utilizing a contact transducer resulted in little change in
attenuation data for specimens with disbonds. Furthermore, disbonds or voids may not result
in any change in bond strength as shown for composites. A disbond right at the edge and a
disbond in the middle of the bond have completely different effects on the bond strength.
However, using contact transducers may not be a sensitive means of evaluating any changes



NAYEB-HASHEMI AND ROSSETTOS ON BONDED JOINTS 355

5000 ———————+———————
- i
% 4000 | .
5 ! ]
S 3000 | -
L I J
» 2000 | =
p |
3 X
£ 1000 | -
N T I N
0 200 400 600
Time, sec
2000 F ;" "
>
ol
]
C
W
o 1000 t+
v
o ]
(o}
Q
<
0 e 1 | [
0 200 400 600

Time, sec

FIG. 18—Typical plot of acoustic energy versus time for (a) specimens with void or disbonds, and
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in attenuation. To incorporate the location into attenuation, peak amplitude, SWF, and AUP
measurements, a weighting function w(x) = €% which simulates the stress distribution, was
introduced. Here, x is from the center of overlap. Using focus transducers with a center fre-
quency of 2 MHz and adjusting transducer specimen distance such that the focal point lies on
the adhesive adherend interface, the peak amplitude, SWF, and AUP at several locations of the
over lap were measured using a pulse with a center frequency of 2 MHz. New ultrasonic
parameters were introduced as

J

Peak* = Y, ¢™ Peak(x,) (1)
i=1
j -

SWF* = > P SWF(x,) (22)

J
AUP* = Y, ™ AUP(x) (23)
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These parameters were also evaluated by considering the weighting function to be equal to
unity. These parameters were either evaluated for the entire overlap, or the overlap was divided
in half and these parameters were evaluated for each half. The bond strength was assumed to
be controlled by the section with a lower specific parameter value. For a variety of aluminum-
adhesive-aluminum specimens with many surface defects, minimum AUP* produced an excel-
lent correlation with bond strength (Fig. 24). However, the correlation of the same data with
the bond strength without incorporating weighting function (minimum of or total of X AUP(x,)
versus bond strength) was not good (Fig. 25). The results presented in this paper clearly show
that the quest for an effective procedure for nondestructive evaluation of the adhesively bonded
joint requires a multi-disciplinary approach. We believe that the immersion technique using
focus transducers and incorporating the proper weighting function is the most effective method
for bond quality interrogation. This procedure may be applied by using echo transducers. Fur-
ther research must be performed to substantiate the new parameters.

Conclusions

Defects such as voids, disbonds, and improper adherends surface preparation and manufac-
turing procedures may affect the bond strength of adhesive joints. In order to develop a proper
acousto-ultrasonic method for bond quality interrogation, effects of defects such as void and
disbond on (1) the stress distribution over the overlap, (2) the dynamic response, and (3)
ultrasonic wave propagation must be understood.

The stress distribution in a single lap joint with and without voids is analyzed. For identical
adherends, the stress distribution depends on a nondimensionalized parameter 8. This parameter
incorporates adherend and adhesive thicknesses and properties. The analyses show that for
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FIG. 24—Bond strength versus minimum of X (weighted acousto-ultrasonic parameter) for alu-
minum-adhesive-aluminum specimens with various defects (mostly due to improper surface prepa-
ration and disbond).
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disbond).

joints with 6 = 10 the maximum shear stress is not affected by the presence of symmetric voids
or disbond in the middle of overlap (void < 70% of overlap length). In contrast, a finite element
analysis shows that the dynamic response of a bonded joint is significantly affected by the
presence of voids or disbonds in the overlap region. These results show that the measured
ultrasonic parameters are affected by the defects. However, these measured values may or may
not be related to the bond strength.

Through-transmission longitudinal and shear wave attenuation changes in steel-adhesive-
steel specimens (6 = 3.4) with and without defects (symmetric voids and disbonds in the middle
of overlap region) were measured using pulse oscillators with the center frequency of 1 and 2
MHz. The experimental results showed that the specimens with a larger void exhibited higher
attenuation. These specimens also had lower bond strength. In contrast, specimens with dis-
bonds in the same range size as voids exhibited little variation in the measured attenuation
change. However, their strength was affected in a similar way as those with voids. Various
other acousto-ultrasonic parameters also failed to show good sensitivities to the bond strength.

Since the location of defects has an important effect on the shear stress distribution and
subsequent bond strength, a weighting factor w(x;) = Exp(6x;) was suggested. Using an immer-
sion system with focused transducers, many acousto-ultrasonic parameters were evaluated. New
ultrasonic parameters based on measured values and weighting function were proposed. It was
shown that some of the new parameters produced a good sensitivity for bond quality prediction.
However, the sensitivity of the same parameters without weighting function was somewhat
poor.

Acoustic emission activities during the tensile tests were monitored, and several time-domain
variables were gathered for steel-adhesive-steel specimens. Two different formats of energy
versus time were observed. The specimens with a perfect bond showed an abrupt energy release
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at failure followed by a short period of continuous acoustic emission activities. However,
specimens with voids or disbonds also showed abrupt energy release, but followed with no
additional activities. This behavior was related to the crack initiation and propagation. Acousto
emission parameters were found to be a means for bond quality prediction.
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ABSTRACT: A real-time acousto-ultrasonic (AU) nondestructive evaluation (NDE) technique
was developed to study the damage mechanisms of unidirectional and cross-ply SiC/CAS ceramic
composites. Real-time AU was found to be very sensitive in detecting the stress levels at which
the onset of matrix cracking occurs and the stress level for saturation of matrix cracking. Real-
time AU as developed and presented in this paper can continuously monitor damage under cyclic
loads and hence enhance our understanding of damage mechanisms in ceramic composites.
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Future materials used in fuel-efficient engines and certain space power applications must be
able to withstand higher operating temperatures. Furthermore, such materials should offer the
distinct advantages of higher strength-to-weight ratio and higher stiffness-to-weight ratio and
be more damage tolerant. Ceramic composites possess all of these properties.

Presently, the processing of reliable ceramic composites is a cause for major concern in
composite manufacturing industries. Processing and manufacturing of ceramic composite com-
ponents can introduce defects that will affect the overall integrity of the resultant composite
structure. Interest in NDE (nondestructive evaluation) as a tool or means of determining defec-
tive components during the processing stage and for in-service quality monitoring has grown.
Present NDE techniques cannot detect all types of defects with reliability. To ascertain the
quality of composite materials, a NDE technique is necessary to detect certain critical and sub-
critical flaws.

There is a need to develop NDE techniques that can assess and quantify the damage present
in ceramic composites and relate a quantifiable parameter directly to strength or long-time
serviceability of the component. Damage accumulation and residual strength needs to be eval-
uated at different stages of life. The present challenge in the field of NDE is to assess initial
integrity and also damage accumulation and residual strength during service.

! Graduate assistant (currently research associate) and ?professor and department head, Engineering
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Real-Time A cousto-Ultrasonic

The acousto-ultrasonic (AU) NDE technique is a hybrid of the acoustic emission (AE) and
ultrasonic methods. The AU technique excites a repeated series of ultrasonic pulses in the
specimen by a broad band transducer through a couplant medium. Each pulse simulates acoustic
emission in the specimen. The propagating stress wave interacts with the material micro-struc-
ture and the damage present between the sender and a receiver transducer.

A conceptual configuration of an AU setup is shown in Fig. 1. An alternative approach for
analyzing the received AU signal has been developed in our laboratory {/-8]. This approach
converts the digitized time-voltage signal from the data acquisition system into an amplitude-
frequency spectrum by means of a Hartley’s transform algorithm [9-10]. Various statistical
moments of the frequency spectrum are then calculated and defined as various stress wave
factors (SWF). The zeroth moment of the frequency spectrum of the received AU signal is the
area under the spectral density distribution and is indicative of the total energy content of the
received signal. The SWF(M,) value is a measure of stress wave energy transmission. The
SWF(M,) values provide a way to “‘rate’’ the efficiency with which dynamic strain energy
transfer takes place in the material between the two AU transducers. Studies have shown that
these moments are affected by damage/flaws present in the structure in a particular manner
such that they can be located and characterized. Stiffler et al. [1]] have shown that a decrease
in SWF values calculated by the moments method correlates well with the reduction of stiffness
of graphite-epoxy composite specimens subjected to fatigue tests. Tiwari et al. [8] have used
the moments method for assuring adhesive bond quality.

Researchers [1-19] have shown acousto-ultrasonic (AU) parameters to be more sensitive
than stiffness measurements as a means of tracking damage. Although the physical interpre-
tation of the effect of damage on wave propagation and on the AU signal is not yet understood
completely, researchers have suggested that the local stress state or displacement field is mod-
ified by the damage present. By recording information on stress wave propagation character-
istics, one can hope to obtain information about the value of stress concentration or impending
failure modes. Research conducted by Kiernan [5] shows that damage has a tendency to grow
in the direction of higher AU values. The moments analysis of the received signal in the
frequency domain produces a stress wave factor (SWF) that can be correlated to residual
strength/stiffness of the specimen with additional experimental measurements.

Real-time monitoring of damage progression in ceramic composites by an NDE technique
can provide better insight into failure mechanisms under loading. Monitoring damage accu-
mulation in real-time under dynamic loads could indicate the sequence of the occurrence of
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FIG. 1—Conceptual configuration of acousto-ultrasonic setup.
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each damage mode and help us understand and model the failure mechanisms of the material.
Researchers [/9] have shown that SWF values from AU analysis are a measure of damage
present. Continuous monitoring of damage accumulation by the real-time AU technique could
also play an important role in assessing residual strength. Hemann et al. [16] studied the effect
of increasing stress level on AU signals on unidirectional graphite/epoxy composite material.
This is considered to be a first step towards developing real-time AU as a tool for monitoring
damage under dynamic loads. The real-time acousto-ultrasonic (AU) NDE monitoring during
material testing described in this paper is the first step towards understanding of the failure
mechanisms of SiC/CAS (silicon carbide fiber and calcium aluminum silicate matrix) ceramic
composites. This is also the first major attempt in the development and application of real-time
AU for continuously monitoring damage accumulation during fatigue. Real-time AU developed
by the authors monitored damage accumulation continuously under cyclic loading. The received
AU signals are averaged over a load cycle and are representative of the damage state of the
specimen at that point of its fatigue life.

Experimental Setup

Unidirectional and cross-ply (SiC/CAS) ceramic composites were made by Corning, Inc.,
with approximately 40% fiber content and less than 1% porosity. Dimensions of a typical
specimen were 152.4 by 12.7 by 2.92 mm. End tabs of glass-epoxy (12.7 by 2.92 mm) were
glued to the specimen using FM-300 adhesive cured at 300°F (149°C). End tabs were attached
to prevent crushing when held in the grips of the testing machine. Samples U2 and US are
unidirectional [0],, and Samples C3, C4, and C5 are cross-ply [0/90],,. Samples U2, U5, and
C5 were quasi-statically ramp loaded in tension to failure in load control mode at the rate of
90.72 kg (200 1b)/min. Damage accumulation was monitored continuously by the real-time AU
NDE technique. The strain was monitored by a 25.4-mm (1-in.) extensometer. In-situ obser-
vations on the edge for U2 were video recorded through an optical microscope to complement
and verify AU results, Samples C3 and C4 were fatigued at 66.66 and 75% of ultimate strength,
respectively, and residual stiffness measurements were taken at different stages in their fatigue
life. Edge replicas of the damaged specimen were also taken to corroborate and complement
AU results.

Ultrasonic pulses were introduced into the mechanically loaded specimen through a broad-
band transducer, Panametrics model V133RM (2.25 MHz/6.35 mm). The couplant used was
Sonotrace-30. A Panametrics Model 5052-AU pulser/receiver was used to generate and receive
the ultrasonic signal. The receiving transducer was the same type as the transmitter.

A transducer holder was designed and fabricated to keep the AU transducers 38.1 mm (1.5
in.) apart on the opposite side of the specimen from the extensometer. A constant pressure was
maintained at the center of the transducer holder throughout the experiments. The received
signal was pre-amplified and sent to the amplifier with gains being set for each individual
sample. After a group of signals was saved, they were input to a Fortran program developed
at Virginia Tech [7] to calculate the frequency spectrum and its various moments. The AU
data were normalized with respect to the initial value and plotted against stress level. The zeroth
moment was found to be the most sensitive parameter of the ones studied for detection of
matrix cracks and is referred to as AU stress wave factor (SWF)..

Results and Discussion
Sample U2

Sample U2 was unidirectional SiC/CAS with 16 plies. Sample U2 was quasi-statically ramp
loaded in tension until failure at a constant loading rate of 90.72 kg (200 Ib)/min. Figure 2
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FIG. 2—Graph of normalized SWF values versus stress of Sample U2.

o

shows the normalized real-time SWF values versus stress levels. The AU data are recorded
every second, thus providing near real-time NDE monitoring. Onset of large-scale matrix cracks
takes place at 180 MPa, as indicated by the start of the local increase in SWF values. The AU
transducer also acts as an AE transducer, receiving additional stress waves caused by the matrix
cracking. The start of the nonlinear zone at 180 MPa and video recordings of first matrix cracks
through the in-situ optical microscope were used to verify and complement AU results. Satu-
ration of matrix cracks (all the cracks are fully developed) takes place at 260 MPa as indicated
by the flat curve of SWF following the monotonic decrease and is verified by the start of the
second linear zone in the stress strain curve.

Sample U5

Sample U5 was quasi-statically ramp loaded in tension to 340 MPa at a constant loading
rate of 90.72 kg (200 Ib)/min. Almost all matrix cracking has taken place at this stress level.
The specimen was unloaded and reloaded to failure in displacement control mode at a constant
displacement rate of 0.254 mm/min. The specimen was loaded in displacement control mode
instead of load control so as to closely monitor the damage taking place near failure over an
extended period of time.

Figure 3 shows the normalized SWF values of Sample U5 plotted with increasing stress
levels in load control mode of Sample US. The local increase of SWF values occurs at 180
MPa, indicating the onset of large scale matrix cracks. Saturation of matrix cracks occurs at
270 MPa, indicated by the start of the flat portion of the SWF curve. Sharp peaks of SWF
values occurred at 240 and 265 MPa, respectively. These peaks may be caused by a damage
mode other than matrix cracking. These ‘‘jumps’’ in real-time SWF values are caused by
damaged-induced acoustic emission stress waves that are detected and analyzed by the AU
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FIG. 3—Graph of normalized SWF values versus stress of Sample US5.

system. The sharp increase with a very high peak indicates stress waves generated by this
damage mode have short duration and high energy content. We have some reason to believe
that this second damage mode might be fiber breakage. Real-time radiography could give
further proof of this. Figure 4 shows the stress-strain curve of Sample U5 loaded in load control
mode to complement the results of the AU test.

Real-time SWF values are plotted with crosshead displacements of Sample U5 loaded in
displacement control mode at 0.254 mm/min in Fig. 5. Extensive acoustic emission (AE) gen-
erated by the occurrence of damage between 0.508 mm (0.02 in.) and 0.762 mm (0.03 in.)
displacement of the crosshead is being received by the AU transducer. Corresponding stress
levels for these displacements are 350 and 425 MPa, as shown in Fig. 6. Several of the peaks
in this region are high and sharp, indicating again the possible occurrence of fiber breaks. The
smaller peaks, which are twice the order of magnitude of the input signal in terms of energy
content, may indicate the occurrence of damage modes other than matrix cracking and fiber
breaks. However, this possibility must be studied further. The sharp peaks close to 0.762 mm
(425 MPa) indicate large-scale fiber breaks during the catastrophic failure of the specimen.

Sample C5

Sample C5 was cross-ply SiC/CAS with 16 plies. Figure 7 shows normalized real-time SWF
values versus stress levels. A sharp drop of SWF values with increasing stress level is observed
at 70 MPa, indicating the onset of matrix cracking in the 90° plies. The stress strain graph
shown in Fig. 8 of Sample C5 indicates the start of nonlinearity at 70 MPa. The recorded SWF
values remain fairly constant at about 95 MPa (as seen under enlarged scale), followed by the
another sharp decrease in their values. This decrease is attributed to the matrix cracking in (°
plies followed by the saturation of matrix cracks at 150 MPa, as indicated by the fairly constant
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SWEF values following the sharp decline. The major share of the load is being carried by the
0° plies after large-scale matrix cracking of 90° plies has taken place prior to the onset (95
MPa) of 0° plies matrix cracking. The actual stress level for 8 plies of 0° is 190 MPa and is
close to the stress level for the onset of large-scale matrix cracking in Sample U5. The stress
strain graph after 150 MPa is linear, indicating saturation of matrix cracks in all plies and that
the load is being carried by the. fibers in the 0° plies.

Samples C3 and C4

Samples C3 and C4 were cross-ply SiC/CAS with 16 plies and were cyclically loaded (R =
0.1) at 66.66 and 75% of ultimate tensile strength, respectively. The ultimate nominal tensile
strength obtained from static tests was 185 MPa. Stiffness measurements were taken at different
points of fatigue life by loading the specimen in tension to 181.44 kg (400 1b). Edge replicas
of the damaged edge were taken to qualitatively compare the damage progression at different
points of the fatigue life. The AU parameter selected to monitor fatigue damage progression
was M,. Figure 9 shows the normalized real-time SWF and normalized stiffness values plotted
with corresponding number of cycles of Sample C3. Similar trends in terms of damage accu-
mulation with increasing number of cycles is followed by similar reductions in stiffness and
SWF values. Specimen C3 failed near the gage section at 41 966 cycles. The failure surface
indicated extensive fiber pullout. Maximum damage in Sample C3 took place between 0 to 50
cycles. After 150 cycles, the SWF values remain fairly constant, indicating no additional major
damage occurring until catastrophic failure. Figure 10 shows the edge replica taken at the gage
length of Sample C3, indicating progressive damage at different points of the fatigue life.

Figure 11 shows the normalized SWF and normalized stiffness values plotted with corre-
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FIG. 9—Graph of normalized SWF values and stiffness versus cycles of Sample C3.

sponding number of cycles of Sample C4. Stiffness measurements and real-time SWF values
follow the same trends, indicating damage accumulation with the increasing number of cycles.
The majority of damage takes place before 25 cycles. Edge replicas shown in Fig. 12 comple-
ment the results of the AU.

Summary

A feasibility study of the real-time acousto-ultrasonic (AU) nondestructive evaluation (NDE)
technique to monitor damage in SiC/CAS ceramic composites was accomplished successfully.
AU data were recorded every second for real-time NDE monitoring. Results to date show that
real-time AU is potentially a useful NDE tool to assess and monitor damage growth. Real-time
AU was found to detect the stress levels at which the onset of matrix cracks occurred and the
stress level for saturation of matrix cracks. A feasibility study for assessing damage under
cyclic loads by real-time AU monitoring also has been accomplished. This is the first major
attempt at real-time monitoring of fatigue damage development in composites by the AU NDE
technique as far as we are aware. Data from real-time AU for fatigue tests show the same trend
as reduction in stiffness at different points of the fatigue life. Normally, fatigue loading tests
have to be stopped to evaluate damage by present NDE techniques. The real-time AU technique
has the advantage of removing this requirement. Continuous monitoring of damage by the real-
time AU NDE technique could enhance our understanding of damage mechanisms in ceramic
composites.
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Conclusions

1. Real-time AU can monitor damage progression in ceramic composites subjected to quasi-
static ramp loading in tension to failure.
A. Real-time AU detects the onset of matrix cracks.
B. Real-time AU detects the stress level at which saturation of matrix cracking takes
place.
2. Real-time AU results were corroborated by in-situ optical microscope video recordings.
3. Real-time AU can monitor damage progression during fatigue.
4. Reduction in stiffness correlates with the change in AU parameter at different stages of
fatigue life, and these results were complemented and verified by edge replica photographs.

Future Work

1. Develop an understanding of and model the damage process in SiC/CAS ceramic com-
posites with the help of real-time AU NDE technique.
2. Study and design real-time AU tests at high temperature with the help of laser-based

generation and detection of stress waves.
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ABSTRACT: Due to increasing use of composites as structural materials, defect characterization
in composites has attracted wide attention in recent years. Several undesirable effects in com-
posites include: fiber breakage, inclusions, voids, improper resin distribution, delaminations, and
misalignment of fibers. Acoustic methods of nondestructive evaluation (NDE) are proven can-
didates in identifying these defects to varying levels of success. Prominence has been given to
acoustic emission (AE) and ultrasonic inspection techniques in the evaluation of composites;
however, the acoustic impact technique (AIT), derived from the coin-tap test, has not been
explored in depth. The coin-tap test involves tapping a specific location on a structure with a
“‘coin” or ‘‘penny’’ and judging the quality of the materia] based on the sound emanated from
the localized region. In principle, a ‘‘good’’ region results in an intense sound as compared to a
‘‘defective’’ one. Although coin tapping has been used in this fashion for several years, the most
significant drawback has been its operator dependency. AIT attempts to overcome this shortcom-
ing. In AIT, the use of sophisticated electronic instrumentation provides a reliable estimate of
the quality of the material. The foundation of AIT lies in sensing and analyzing localized vibra-
tions and disturbances generated by a low-magnitude mechanical pulse input to the structure
under test. In this paper, the current status of AIT is reviewed, and new developments are dis-
cussed. Results are presented relating to the application of this technique for NDE of graphite/
epoxy and graphite/phenolic composites.

KEYWORDS: acoustic impact technique, NDE, graphite fiber composite, acoustic emission,
defect characterization

Defect characterization in composites has attracted much attention in the recent past due to
increasing use of composites as structural materials {/~17]. The reliable utilization of com-
ponents and structures made of composites is possible only through successful NDE methods.
The search for new NDE methods and the modification of existing ones is inevitable due to
varying needs in practical situations. In composites, for instance, the focus has shifted during
the last decade from conventional laminated materials towards more complex architectures in
the form of woven, braided, and stitched reinforcements. NDE methods such as X-ray radi-
ography, resonant frequency technique, and ultrasonics, though well established, are time con-
suming and expensive, restraining their usage in the field on a routine basis.

Acoustic emission, acousto-ultrasonics, acoustic imaging, acoustic holography, and acoustic
impact fall into the category of viable acoustic methods for materials testing. Due to their high
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sensitivity to different defects, the development of these techniques is a matter of continued
interest. This article is on acoustic impact technique (AIT). Previous research, drawbacks of
existing methodology, and current modifications/developments are discussed. The motivation
for choosing AIT as a focus of our study is its excellent potential as a technique for production
testing and field maintenance of structures through quick scanning procedures.

Sonic NDE Techniques

A separate class of sonic NDE techniques comprise the following: coin tapping [5-8], wheel
tapping [6], impedance method [9,/0], membrane resonance [//], and acoustic impact [//-
14]. Coin tapping is probably the oldest NDE method used intuitively by laymen for inspection
of defects. This is done by tapping the structure at various locations and listening to the sound
emanated from the structure. The coin-tap test involves tapping a specific location on a structure
using a ‘‘coin”” or a ‘‘penny’’ and, based on the sound emanated from the localized region,
one makes a judgment on the quality of the material. This is because a defective region sounds
“‘dull’” as compared to a ‘‘good’” region. In the aerospace industry, skilled and trained operators
utilize coin tapping on a regular basis to identify defects in wing components and aerofoil
sections. The coin-tap test should not be confused with the wheel-tap test commonly used in
the railroad industry to identify cracks in wheels. The major difference is that the coin-tap test
is highly localized, and individual points on the component/structure are tested. In contrast, the
wheel-tap test is a global one wherein a tap at a single location is sufficient to investigate the
complete component/structure. A tap in a good region ‘‘sounds different’” from a tap in a
defective one. The difference essentially lies in the frequency content of the sound produced
by the tap. A major drawback of the coin-tap test is its operator dependency and largely sub-
jective nature of evaluation.

AIT attempts to overcome this shortcoming. Coin tapping may be considered as a rudimen-
tary version of AIT and involves the use of electronic instrumentation for obtaining a reliable
estimate of the quality of the material under test. AIT is based on sensing and analyzing
localized vibrations and pressure disturbances in the material, which are generated by providing
a low-amplitude mechanical pulse input to the structure under test [/1,12]. The underlying
principles of this technique are that a defect or flaw changes the local stiffness of the structure
or part under test, thereby influencing the vibrational and acoustic response of that area.

Literature Review

A number of revisions of the coin-tap method have been developed in past years. In all these
studies, to a certain extent, the basic feature of instrumentation associated with AIT has been
the same. The use of a device to provide vibrations (spikes, blows, or sharp impacts) of low
magnitude is a prime feature of any AIT setup. The difference essentially lies in the nature of
sensing, analysis, and data interpretation.

Schroeer [I] and his colleagues used AIT for detection of concealed cracks in jet engine
components and in honeycomb and laminated structures. A mechanical pulse was applied to
the specimen, and the resulting vibrations were sensed with an accelerometer. The signals were
interpreted by measuring the ‘‘time-to-damp’’ of these vibrations. This gave an indication of
the presence of anomalies. Their method was based on the concept that an anomaly changes
the mechanical impedance of the structure or part and influences the vibrational response of
that area. Reynolds [2] in an extensive review on NDE of fiber-reinforced composite materials
indicated the importance of the tapping analysis and automated inspection of a large number
of nominally identical items. Hagamaier and Fassbender [3] found that the coin-tap test could
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detect more types of defects in honeycomb constructions than any other techniques except
neutron radiography.

A significant amount of work on low-frequency acoustic methods of NDE originated from
the Soviet Union in the late 1970s by Lange [4] and his colleagues. They developed the
impedance method, amplitude method, acoustic topographic method, velocimetric method, and
acoustic spectral method. While each of these methods utilized pulse and/or continuous-wave
excitation, the difference was in the application for various geometries of the component/
structure, nature of sensing, analysis, frequency ranges, and interpretation of the acquired sig-
nals. The acoustic spectral method described by these authors bears resemblance to AIT. The
instrumentation in the acoustic spectral method consisted of an electrodynamic vibrator for
excitation and an electrodynamic detector in the form of an accelerometer or a microphone
connected to headphone. This setup was utilized to detect faults related to uncemented areas
of airplane wings. The decaying elastic vibrations were detected and converted to electric
signals, which were analyzed on a spectrum analyzer. The authors concluded that crack-
like flaws produced high-frequency components as compared to good regions of the speci-
mens.

Significant experimental work and some theoretical predictions related to instrumented coin-
tap testing have been performed by Cawley and Adams [5-9]. Their working hypothesis was
that difference in the sounds produced when good and defective areas are tapped must be due
to a change in the force input to the test structure. Hence, if the input force was measured at
various points on the specimen, it would yield a qualitative indication of the material quality.
Their test configuration involved the use of a spherical-tipped striker comprising a solenoid
core with a force gage attached to its lower end. The motion of the striker was monitored by
an accelerometer attached to the top of the solenoid core, and the whole impact unit was placed
on the specimen and moved from one testing location to another. Testing was performed on
laminated beams with slots and honeycomb panels with carbon fiber-reinforced plastic skins
containing embedded defects. Their data analysis included comparison of the pulse width, pulse
duration, and the corresponding spectrum of the force-time history of the input force at specific
locations. In general they concluded that a defective region resulted in lower values of amplitude
and larger pulse widths due to the long contact time between the striker and the specimen. An
important conclusion of their work was that the coin-tap technique was more sensitive to the
“‘contact stiffness’’ between the striker and the specimen and hence effective primarily for
detecting subsurface flaws such as disbonds between the skin and the core in honeycomb
composites or gross defects in laminated composites. The technique, they concluded, had severe
limitations with regard to detecting minor defects and through-the-thickness flaws.

Murthy and Vaidya [/1,12] provided a new approach to AIT for NDE of laminated com-
posites. In their studies on defect-induced glass fiber-reinforced composites (GFRC), they uti-
lized AIT in conjunction with acoustic emission (AE) to increase the defect detectability of
AIT. The defects included fiber breakage, delaminations, resin-rich and resin-starved areas, and
inclusions. The device they utilized consisted of an impacting unit resting on the specimen.
The impacting unit comprised an electronically actuated solenoid coil with a shaft acting as
the striker. This provided a low-magnitude mechanical pulse input to the specimen. Data acqui-
sition was performed using a 30-kHz AE sensor placed at a fixed distance from the striker. The
experimental setup is shown in Fig. 1. Both time and frequency domain analyses were per-
formed. The authors identified a peak frequency range from 4.0 to 4.75 kHz for the good
regions in the specimen, and a peak frequency range from 1.3 to 2.5 kHz for the defective
regions for the given specimen geometry and thickness. Sample results are shown in Figs. 2
and 3. They compared their results with X-ray radiography and resonant frequency methods.
The important significance of this work was that sensitivity of AIT was enhanced with the use
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FIG. 1—Experimental setup for acoustic impact testing [11,12].

of an AE sensor. In addition to gross defects such as delaminations, embedded flaws such as
fiber breakage and inclusions were also identified.

Murthy and co-workers [13] further developed an 8086 microprocessor-based instrumenta-
tion with the 8087 NDP used for fast fourier transform (FFT) analysis for AIT. They incor-
porated a data acquisition, memory organization, data processing, and a display unit in a single
portable unit. Their emphasis was on portability and involved sensing the localized vibrational
response by the AE sensor after the tap, conversion of time domain AE signals to frequency
domain, identification of the maximum amplitude and the corresponding frequency in the ampli-
tude spectrum, and storing information. With subsequent taps, comparison of the results with
the previously stored values were performed and a go-nogo condition was established for
detecting the presence of defects.
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FIG. 2—Frequency distribution of region without defect [11].
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FIG. 3—Frequency distribution of region with delamination [11].

Drawbacks of Existing Testing Configurations

Cawley and Adams [5] pointed out that the sensitivity of the instrumented coin-tap testing
was based on the *“‘contact stiffness’’ between the striker and the specimen. Hence, comparison
of force-time histories was found to be useful primarily for detecting surface defects in hon-
eycomb composites or gross defects in laminated materials. When the defect is embedded in
the material, as is often the case, the sensitivity of the test is limited. In studies utilizing
accelerometers as sensing devices [/,3,5-9], the interpretation of the test data is limited to shifts
in frequencies and amplitudes and to changes in the values of the material damping. Moreover,
due to their construction, accelerometers are more sensitive to the direction of motion in which
mounted, and the defect will not be detected until it grows sufficiently to cause significant
variations. For minor defects, the shifts in frequencies will not always be clearly discernible,
and the defect detectability is reduced when accelerometers are used.

Complexities associated with instrumentation, test configurations, and material geometries
(holes, cutouts, intricate shapes, etc.) has led to setbacks in further developments of AIT. In
previous studies, the impacting unit that provides the low-magnitude pulse input has been
placed on the surface of the structure under test. Under such configuration, it is oftentimes
difficult to investigate the quality of the material at the edges of the specimen due to problems
associated with maneuvering and placing the impacting unit around the edges. Mass loading
of the structure, especially for composites due to their low weights, is another problem that is
often not accounted for. Depending upon the location of the impacting unit on the structure,
there may be shifts in frequencies that could be mistakenly attributed to the presence of defects.
In the present study, we have taken these drawbacks into account and initiated a program to
investigate in-depth, various possible test conditions and their respective advantages and
drawbacks.

Current Modifications

In the present study the experimental configurations shown in Fig. 4 provide a means of
overcoming the limitations imposed in previous versions of AIT testing [/4-16]. Application
of conventional AIT (force-time history measurements) in conjunction with AE is an important
feature of the current experimental configuration. The technique thus enables testing in two
modes: (1) measurement of force-time history at the location of the tap using the impacting
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unit alone (striker with force transducer), and (2) use of AIT in conjunction with AE wherein
the AE sensor is placed in the vicinity of the striker.

This helps in two ways: (1) if there exists a gross defect such as a delamination, it will be
detected by the changes in pulse width and amplitude of the force-time history; and (2) provided
the defects are embedded, such as due to misaligned fibers, fiber breakage, variations in inter-
laminar strengths, etc., the detectability of these will be greater due to stress wave interaction
with the material’s microstructure in the vicinity of the tap. The material modulates and filters
the stress wave. The information that reaches the sensor is a complex mixture of vibrational
modes, surface waves, lamb waves, and through-the-thickness transverse resonances of the
specimen. Moreover, this response is highly localized due to the low magnitude of the impact
and provides an ideal means to assess material quality in a regionwise manner.

Experimental Setup

Figure 4 illustrates the schematic of the experimental setup used for AIT in this study. A
variable sinusoidal excitation was fed to a mini-shaker through a power amplifier from a dual
channel analyzer. The force gage was attached to the head of the mini-shaker to measure the
force input. The configuration adopted for mounting the shaker guaranteed consistent repro-
duction of the input force and easy control of the frequency of tapping. Several specimens
(both metal and composites) were tested at several locations for their force-time histories after
subjecting them to the low-magnitude impact. For a given region, the force-time histories were
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well repeatable regardless of the time of operation, switching the instruments on/off, and for
testing between several time schedules. In the present study, the frequency of tapping adopted
was 3 taps/s, which was controlled by a setting on the analyzer. The placing of the mini-shaker
in an inverted manner avoided the effect of mass loading, generating a sharp strike of short
duration on the specimen. An electrically actuated solenoid may be used for the identical
purpose [11-13]. Two configurations were adopted in testing: (1) measurements of input force
(designated as Configuration 1), and (2) use of a broadband AE sensor for sensing of the stress
waves generated due to the impact (designated as Configuration 2). The AE sensor was of 0.7
in. in diameter, 0.65 in. high, 8 g in weight, and had a sensitivity of 55 V per m/s. The sensor
was coupled to the specimen using a thin layer of water-based lubricant. The lubricant left no
trace on the specimen after it was cleaned. The AE sensor was mounted in the immediate
vicinity of the striker. The center-to-center distance between the sensor and the force gage was
maintained at 2.5 cm (0.025 m). The height between the force transducer and specimen was
kept at 2.5 mm (0.0025 m). From this configuration, we obtained a velocity of 0.22 m/s for the
striker.

The output from the AE sensor was sent to a preamplifier with a filter bandwidth of 100 to
1000 kHz. The gain on the preamplifier was set at 40 dB. The output from the preamplifier
was fed to a four-channel AE system. In this case only one channel was used. Data acquisition
yielded AE parameters such as peak amplitude, count, rise, energy, and time. The signals
obtained from the force gage and the acoustic emission sensor were in the time domain and
stored through a digital storage oscilloscope. The waveforms were then digitized using an
interface with a computer system to yield ASCII data files of the observed time domain signals.
A program was developed to obtain the FFT of the force-time history and the AE signal. This
data reduction yielded frequency domain information.

Experimental Procedure

The specimens were demarcated into specific regions prior to testing. The details of this are
shown in Figs. 5 and 6. The striker impacted the specimen at the center of each of these regions
with a frequency of 3 taps/s. As indicated earlier, two configurations were adopted, referred to
as Configuration 1 and Configuration 2, respectively. Configuration 1 was adopted to avoid the
effects of applying a couplant to the specimen which would affect the damping at the region
of tap. In Configuration 2, the distance between the AE sensor and striker was maintained at
2.5 cm. Two constant-force spring clamps 5 cm apart held the specimen to a plexiglass base.
The unit (striker/sensor and clamps) was moved as a*whole from region to region. The two
configurations chosen yielded information in two ways: Configuration 1 furnished the response
of the specimen to the input force pulse at a ‘“specific point’’ while Configuration 2 enabled
interaction of the stress wave generated by the tap with the material in the vicinity of the point
under test.

Specimens and Defect Types
Graphite/Epoxy Specimens

The specimen contained twelve plies of unidirectional graphite/epoxy (Gr/Ep) prepregs. The
plies were oriented [0/90],, and cured by a bag molding process in an autoclave for 60 min at
150°C and 450 Pa pressure. The specimen used was delaminated between the fifth and sixth
plies, i.e., at a 0/90 interface for half its length. The delamination was introduced by wedging
the specimen with a surgical knife. The delaminated end was glued by a commercially available
resin/hardener system. The resulting specimen had two regions, one half being a ‘‘good’” region
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FIG. 5—Demarcated regions for the graphite/epoxy specimen.
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and the other half a delaminated region. Visual inspection after this process gave no indication
of the delamination.

Graphite/Phenolic Specimens

Six layers of graphite fabric were impregnated with phenolic resin using the hand layup
technique. The wet layup was cured by compression molding at 150°C and 450 Pa pressure
for 70 min. Three different specimen types were studied using the same fabric/matrix system.
These included nondefective and defective specimens. Defects included fiber breakage and
misaligned fibers, which were introduced at the wet layup stage. In the specimen with misa-
ligned fibers, the orientation of the fabric in Layers 2 through 5 was altered, with the first and
sixth layers being *‘good.”’
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Results and Discussions
Graphite/Epoxy Composite

For a typical Gr/Ep composite with a delamination, the values obtained from the force time
histories via tapping the specimen at specific regions are summarized in Table 1. The force-
time plots in the time domain for Regions 2 (delaminated) and 10 (‘‘good’’) are shown in Fig.
7. These two regions were selected for representation purposes. Regions 6 through 10, which
were the nondefective (*‘good’’) regions in the specimen, indicated an amplitude in the range
of 6.6 to 8.6 V, while the delaminated Regions 1 through 5 exhibited amplitudes in the range
of 6.4 to 7.2 V. More significant was the change in the duration of the pulse; the pulse width
of the signal from the ‘‘good’’ regions was 0.56 to 0.688 ms, while in the delaminated zone a
width in the range from 0.813 to 0.875 ms was observed.

These results indicate that the width of the input force pulse increases considerably in the
presence of a gross area defect such as a delamination as expected and also as indicated by
Cawley and Adams [5]. Amplitude of the force-time history is a parameter to be observed;
however, this may not yield absolute information about the presence of a defect, especially if
the delaminated zone is not well defined. For all regions tested in the specimen, the duration
of the pulse obtained on the ‘‘good’’ regions was shorter as compared to regions with delam-
ination. The duration of the pulse was smaller as the impact on a ‘‘good’’ region was more
intense for a shorter duration, resulting in faster recovery of the striker. The duration of the
input pulse at the delaminated region was consistently longer than that in a “‘good’’ region by
an average of 2 ms regardless of the position of the tap.

Graphite/Phenolic Composites

Configuration 1—In this category three types of specimens were tested, including: (1) a
“‘good”’ specimen, (2) a specimen with misaligned fibers (MIS), and (3) a specimen with fiber
breakage (FB). Figure 8 illustrates representative force-time plots obtained for ‘‘good,”” MIS,
and FB specimens. The test was conducted using Configuration 1, described earlier. The force-
time histories were repeatable regardless of the region under test for the ‘‘good’’ specimen.
Only slight variations in amplitudes were observed, while the duration of the pulse was almost
identical, approximately 0.87 ms in all regions tested.

TABLE 1—Values of force and time in the force-time histories
for the graphite/epoxy composite (also refer to Fig. 5).

Region Force, V Time, ms
Delaminated
1 6.6 0.875
2 7.2 0.844
3 6.6 0.875
4 6.8 0.875
5 6.4 0.813
Good
6 6.6 0.688
7 7.4 0.625
8 7.0 0.625
9 8.4 0.600
10 8.6 0.563
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FIG. 7—Force-time histories for the graphite/epoxy composite at Regions 2 and 10. (Note: Region
10 is the *'good’’ region and Region 2 is the delaminated region.)

The representative plot for Region 14 of a MIS specimen (see Fig. 6 for region number)
indicates that the last three peaks are of smaller amplitude and longer time duration as compared
to the **good”” specimens shown in the figure. Also, the duration of the pulse for the peaks
was longer (~0.87 ms) for the MIS specimen-as compared to the ‘‘good”’ specimen. There

was no noticeable change in both the pulse width and amplitude in the case of the first two
peaks in the force-time plots for the ‘‘good”’

specimen as compared to the MIS and the FB
specimens. Table 2 gives the values of force and time obtained when tested at different regions
for the Gr/Ph specimens.

For the FB specimen, Regions 1 to 9 do not have defects, whereas Regions 10 to 14 had
fiber breaks. Regions 1 through 9, which were away from the area of fiber breakage in the
specimen, show longer duration of the input pulse =0.85 ms, and Regions 10, 11, and 14 show
the width of the pulse to be in the range of 0.688 to 1.0 ms. Regions 10, 11, and 14 encompasss
the fiber breakage and hence exhibit reduced stiffness in the vicinity of the fiber break and a
longer pulse width.

In comparing the force-time histories between the ‘‘good’” and the MIS specimen, the
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TABLE 2—Values of force and time in the Jorce-time histories for the graphite/phenolic composites
(also refer to Fig. 6).

Specimen with Misaligned Specimen with Fiber
Good Specimen Fibers Breakage
Region Force, V. Time, ms Region Force, V. Time, ms Region Force, V Time, ms
1 6.800 0.857 1 6.600 0.813 1 4.500 1.250
2 6.500 0.750 2 6.500 0.813 2 6.600 0.813
3 7.000 0.750 3 6.600 0.875 3 7.400 0.688
4 7.000 0.750 4 7.500 0.750 4 7.200 0.750
5 7.200 0.750 5 6.500 0.750 5 6.900 0.688
6 6.800 0.750 6 6.700 0.750 6 6.500 0.875
7 7.200 0,750 7 7.200 0.813 7 7.100 0.813
8 7.200 0.750 8 6.300 0.813 8 7.400 0.750
9 5.800 1.000 9 6.000 0.875 9 5.800 1.000
10 6.700 0.875 10 5.900 0.875 10 6.900 0.750
11 7.200 0.750 11 5.500 1.000 11 6.600 0.688
12 6.500 0.750 12 6.500 0.875 12 8.600 0.625
13 8.400 0.625 13 7.100 0.875 13 9.400 0.563

14 6.600 0.750 14 7.200 0.875 14 5.800 1.000
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changes in force-time histories are not significantly different. This is believed to be due to the
low sensitivity to changes in contact stiffness at the point of impact of the striker even though
the fibers are misaligned. In such a case, the use of Configuration 2 is immediately justified
where the AE sensor is used in the vicinity of the striker.

Configuration 2—Figure 9 represents the time versus amplitude plot of signals arriving at
the AE sensor obtained through measurement on a ‘‘good’’ specimen. Region 6 of the ‘‘good”’
specimen was used as a representative region to show the plot. The time signal contained a
dominant amplitude in the wavefront, followed by a trailing decay. A similar pattern was
observed in the other regions of the specimen.

Figure 10 represents the waveform for a FB specimen. A delayed rise time in the case of
the AE signal from the region of the fiber break (Region 13) was observed. This could possibly
be due to the interruption of the path of wave propagation due to the fiber break. The amplitude
of the signal reduced slightly due to this process. A similar trend was observed in other regions
of the specimen with fiber break (Regions 10 and 12).

Gr/Ph Plain Specimen
Tap Region 6

3.0

o
o

Ampiitude (V)

1.0

0.0
0.0000 0.0020 0.0040 0.0060

Time (s)

FIG. 9—Acoustic emission waveform for Region 6 of the graphite/phenolic composite without
defects.
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FIG. 10—Acoustic emission waveform for Region 13 of the graphite/phenolic composite with fiber
breakage. (Note: Region 13 contained the fiber breakage.)

The MIS specimen exhibited distinctly different time versus amplitude plot as compared to
the “‘good’’ and FB specimens (see Fig. 11). Many distinct wavepackets were observed in the
signal as opposed to a dominant high-amplitude wavefront followed by a trailing decay as seen
in a ‘‘good’’ specimen. These wavepackets were well separated in the time domain and were
of smaller amplitude as compared to either the ‘‘good’’ or the FB specimens. This was observed
in all the regions of the MIS specimen. As discussed earlier, the MIS specimen had misaligned
fibers in Layers 2, 3, 4, and 5 out of the six layers of the Gr/Ep composite specimen. This
difference in the time signal in the case of the MIS specimen suggests that the wave propagation
modes are altered considerably due to the misalignment of fibers. Comparing the propagation
modes in ‘‘good,”” FB, and MIS specimens, it can be observed that the wave packets in the
MIS specimen are subjected to multiple reflections, increased scattering, and attenuation. The
additional modes produced by a combination of these effects reach the receiver at different
arrival times.
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FIG. 11—Acoustic emission waveform for Region 13 of the graphite/phenolic composite with
misaligned fibers.

Conclusion

An extensive literature search revealed five existing versions of coin-tap, instrumented coin-
tap, and acoustic impact testing. Modification of existing versions of AIT into a single integrated
test system incorporating conventional force-time history measurements and an AE sensor
system enhanced the sensitivity of the test in graphite fiber-based composite materials. While
gross delaminations in these composites were identified using conventional force-time history
measurements, embedded flaws such as misaligned fibers and fiber breakage have been suc-
cessfully identified by using AIT in conjunction with AE. Mass loading effects of placing the
impact unit on the test structure have been eliminated. Efforts are underway to make the current
modified version into a simple, portable, and automated unit.
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