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Foreword

This publication, Constraint Effects in Fracture, contains papers presented at the sympo-
sium of the same name held in Indianapolis, Indiana on 8-9 May 1991. The symposium was
sponsored by ASTM Committee E-24 on Fracture Testing in cooperation with the European
Structural Integrity Society (ESIS), a multinational group that oversees the development of
new fracture standards for the European community. Edwin M. Hackett, U.S. Nuclear Reg-
ulatory Commission, was chairman of the symposium. Karl-Heinz Schwalbe, GKSS Research
Center, Federal Republic of Germany, and Robert H. Dodds, Jr., University of Illinois, acted
as co-chairmen,
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Overview

The science of fracture mechanics has experienced rapid advancement during the past dec-
ade with significant contributions in the areas of experimental mechanics, numerical model-
ing, applications, and micro-mechanical effects. This rapid advancement comes at a time
when economic considerations in government and industry have necessitated extension of the
“service lives” of engineering structures. A consequence of service life extension has been an
increased use of fracture mechanics to defer repairs or retirement of structures or components.
Application of fracture mechanics in such instances is hindered by the inability of small spec-
imen testing, coupled with structural analysis, to accurately describe the fracture behavior of
large-scale structures containing flaws. In fracture mechanics terms, this is generally regarded
as a consequence of improperly accounting for crack tip and/or structural ““constraint.”

The purpose of the symposium was to provide a forum for an exchange of ideas on con-
straint effects in fracture, and to provide a focus for future work in this area. This volume
includes a collection of papers that serve as a state-of-the-art review of the technical area. The
volume will be useful to researchers in fracture mechanics and to engineers applying fracture
mechanics in design, failure analysis, and life extension. Work presented in this volume pro-
vides a framework for quantifying constraint effects in terms of both continuum mechanics
and micro-mechanical modeling approaches. Such a framework is useful in establishing accu-
rate predictions of the fracture behavior of large structures (e.g., pressure vessels, pipelines,
offshore platforms) subjected to complex loading.

The chairmen would like to acknowledge the assistance of Dorothy Savini of ASTM in the
planning and smooth execution of the symposium, and Monica Siperko and Rita Hippensteel
of ASTM for their guidance and assistance during the review process. We are grateful to M.
T. Kirk of DTRC, Annapolis, Maryland and J. A. Joyce of the U.S. Naval Academy, Annap-
olis, Maryland for assistance in organizing the symposium and for technical review of the
program.

The chairmen also thank the authors for their presentations and for submitting the papers
which comprise this publication. The outstanding presentations and lively discussions by the
authors and attendees created a very stimulating atmosphere during the symposium. We
would especially like to thank the reviewers for their critiques of the papers submitted for this
volume. Their careful reviews helped ensure the quality and professionalism of this special
technical publication.

E. M. Hackett

U.S. Nuclear Regulatory Commission, Washing-
ton, DC; symposium chairman and co-editor

K.-H. Schwalbe

GKSS Research Center, Federal Republic of Ger-
many; symposium co-chairman and co-editor

R. H. Dodds, Jr.

University of Illinois, Urbana, IL; symposium co-
chairman and co-editor
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C. Fong Shih,' Noel P. O’Dowd," and Mark T. Kirk?

A Framework for Quantifying Crack Tip
Constraint

REFERENCE: Shih, C. F., O’'Dowd, N. P., and Kirk, M. T, “A Framework for Quantifying
Crack Tip Constraint,” Constraint Effects in Fracture, ASTM STP 1171, E. M. Hackett, K.-H.
Schwalbe, and R. H. Dodds, Eds., American Society for Testing and Materials, Philadelphia,
1993, pp. 2-20.

ABSTRACT: The terms high and low constraint have been loosely used to distinguish different
levels of near tip stress triaxiality in different crack geometries. In this paper, a precise measure
of crack tip constraint is provided through a stress triaxiality parameter Q. It is shown that the J-
integral and Q are sufficient to characterize the full range of near-tip fracture states. Within this
framework J and Q have distinct roles: J sets the size scale over which large stresses and strains
develop, while Q scales the near-tip stress distribution relative to a reference high triaxiality state.
Specifically, negative (positive) Q values mean that the hydrostatic stress ahead of the crack is
reduced (increased) by Qoo from the plane strain reference distribution.

The evolution of near-tip constraint as plastic flow progresses from small-scale yielding to fully
yielded conditions is examined. It is shown that the Q parameter adequately characterizes the
full range of near-tip constraint states in several crack geometries. Through-thickness deforma-
tion and stress conditions affect near-tip triaxiality. Stress triaxiality near a three-dimensional
crack front is measured by pointwise values of Q.

The J-Q theory provides a framework that allows the toughness locus to be measured and
utilized in engineering applications. A method for evaluating Q in fully yielded crack geometries
and a scheme to interpolate for Q over the entire range of yielding are presented. Extension of
the J-Q theory to creep crack growth is discussed in the concluding section.

KEY WORDS.: fracture, elastic-plastic fracture, fracture toughness, crack tip fields, constraint,
stress triaxiality, small-scale yielding, large-scale yielding, finite element method

The 1dea underlying a one-parameter fracture mechanics approach is that a crack tip sin-
gularity dominates over microstructurally significant size scales and that the amplitude of this
singularity serves to correlate crack initiation and growth. In elastic-plastic fracture mechanics
this 1s the notion of J-dominance, whereby J alone sets the stress level as well as the size scale
of the zone of high stresses and strains that encompasses the process zone. There is now general
agreement that the applicability of the J-approach is limited to so-called high constraint crack
geometries. A framework to address fracture covering a broad range of loading and crack
geometries is discussed in this article. Within this framework J scales the zone of large stresses
and strains (or process zone) while a second parameter Q scales the near-tip stress distribution
relative to a reference high triaxiality stress state.

The existence of a Q-family of self-similar fields can be shown by dimensional analysis. This
family of fields has been constructed by using a modified boundary layer analysis. More impor-
tantly, the full range of near-tip states associated with different fully yielded crack geometries

) ' Professor of engineering and graduate student, respectively, Division of Engineering, Brown Univer-
sity, Providence, RI1 02912.

)l Z I\gechanical engineer, Fatigue and Fracture Branch, David Taylor Research Center, Annapolis, MD
02.
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SHIH ET AL. ON CRACK TiP CONSTRAINT 3

has been identified with members of the Q-family of solutions [1,2]. The J-Q theory is dis-
cussed in this paper. Contact is made with related approaches as well as procedures involving
the T-stress [3-9].

The plan of this paper is as follows. In the next section, the Q-family of fields is introduced.
Near-tip constraint or stress triaxiality is defined in terms of the Q parameter. Under small-
scale yielding there is a one-to-one relationship between Q and T-stress in the Williams’ eigen-
function expansion. This is discussed in the section on small-scale yielding results. Then, the
evolution of near-tip constraint in finite width crack geometries loaded to fully yielded con-
ditions is examined, followed by a section concerned with methods for evaluating Q over a
wide range of loading conditions. Cleavage toughness data for A515 steels from differently
sized specimens are ordered into a J-Q toughness locus. An outline of constraint notions for
three-dimensional crack geometries and creep crack growth concludes this paper.

J-Q Theory

Fracture mechanics provides a framework to correlate fracture data from small specimens
and to use such data to predict failure of typically larger-sized flawed structural components.
To accomplish this, elastic-plastic solutions are used to interpret the test data, which in turn
are used in conjunction with elastic-plastic solutions or elasticity solutions (when small-scale
yielding conditions are appropriate) to predict failure of the structure. Because of this, fracture
mechanics necessarily involves quantifying near-tip fracture states over conditions ranging
from small- to large-scale yielding. Thus, a small-scale yielding analysis is a natural starting
point for our discussion.

Q-Family of Fields

The Q-family of fields can be constructed from a modified boundary layer formulation in
which the remote tractions are given by the first two terms of the small-displacement-gradient
linear elastic solution (Williams [9])

\/—fu(o) + 76,0y 2.n

Here o is the Kronecker delta and r and  are polar coordinates centered at the crack tip with
8 = 0 corresponding to a line ahead of the crack. Cartesian coordinates, x and y with the x-
axis running directly ahead of the crack, are used when it is convenient.

Let o, be the yield stress of the material. Different near-tip fields are obtained by applying
different combinations of the loading parameters, K, and 7. Now observe that T has the
dimension of stress. Therefore K/s, or equivalently J/a,, where J is Rice’s J-integral [12], is
the only length scale in the modified boundary layer formulation. Consequently, displace-
ments and quantities with dimensions of length must scale with J/¢,. Furthermore, the fields
can depend on distance only through r/(J/a,), that is, the fields are of the form

oy = aoﬁj( , 8, T/ao) 2.2)

T-stress effects on the near-tip field have been investigated by Betegon and Hancock [5], Bilby
et al. [6], and Harlin and Willis [7]. However, the representation in Eq 2.2 is not suited for
applications to full-yielded crack geometries because 7-stress has no relevance under fully
yielded conditions.
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Looking ahead to applications to fully yielded crack geometries, it is helpful to identify
members of the above family by a parameter  that arises naturally in the plasticity analysis.
O’Dowd and Shih [/, 2], hereafter referred to as OS, write

r J

[ 7
0 = 0Ooj km , 0, Q> ) €; = € (— , 0, Q) P U = — h: 0; Q) (23)

y
J/aq 4 (W;o '

where the additional dependence of f;, g; and /; on dimensionless combinations of material
parameters is understood. The form in Eq 2.3 constitutes a one-parameter family of self-sim-
ilar solutions or, in short, a Q-family of solutions. Indeed, one member of the Q-family has
received much attention. This is the self-similar solution of McMeeking [8].

It can be argued that near-tip fields of finite width crack bodies must also obey the form of
Eq 2.3 provided that the characteristic crack dimension L is much larger than J/o,. This argu-
ment relies on the material possessing sufficient strain-hardening capacity so that the govern-
ing equations rermnain elliptic as the plastic deformation spreads across the body.

The form in Eq 2.3 is also applicable to generalized plane strain and three-dimensional ten-
sile mode crack tip states. This assertion can be rationalized by considering a neighborhood of
the crack front, which is sufficiently far away from its intersection with the external surface of
the body. As r — 0, the three-dimensional fields approach the two-dimensional fields given by
Eq 2.3 so that the Q-family of solutions still applies. We should add that the Q-fields exist
within small strain as well as finite strain treatment of near-tip behavior.

Asymptotic Expansion Under Small-Strain Assumption

Consider the following asymptotic expansion for power law hardening materials within a
small-displacement gradient formulation

q

1/{n+1)
J .
= ( ) oi(6;n) + Q (;ﬁ—) (6, n) + higher order terms 2.4)
0

aeyool,r

%y

4]

The material constants in Eq 2.4 pertain to the Ramberg-Osgood stress-strain relation where
oo 1s the yield stress, ¢, the reference strain (¢, = o,/E, E is the Young’s modulus), » the strain-
hardening exponent, and « a material constant. The first term in the above expansion is the
Hutchinson-Rice-Rosengren (HRR) singularity (Hutchinson [ /0], Rice and Rosengren [1/],
which is scaled by J(Rice [ 12]). J-dominance implies that the first term in Eq 2.4 sets the stress
level and the size scale of the high stress and strain zone (McMeeking and Parks [ /3], Shih and
German [ /4], and Hutchinson [15]).

The second order term in Eq 2.4 was obtained by Li and Wang [3] and Sharma and Aravas
[4] as a solution to a linear eigenvalue problem arising from a perturbation analysis in which
the HRR field served as the leading order solution. Q, an arbitrary dimensionless parameter
scaling the second order term, can be determined by matching Eq 2.4 with small-scale yielding
solutions to the modified boundary layer problem (Eq 2.1) or full-field solutions for finite-
width crack geometries. These investigators have established that the second order stress term
in Eq 2.4 is nonsingular and weakly dependent on the radial distance r, thatis, 0 < g < 1 for
n > 4. Liand Wang have proposed to characterize the full range of near-tip states by using the
two-term expansion in Eq 2.4. Careful numerical studies by Sharma and Aravas indicate that
in general the region of dominance of the two-term expansion is larger than that of the leading
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term. However, their results also suggest that more than two terms in the expansion (Eq 2.4)
are required to represent accurately the stresses in the angular sector || << 60° ahead of
the crack. Thus the advantage that is gained by using the two-term expansion in Eq 2.4 is
unclear.

Difference Field and Near-Tip Constraint

OS took a different approach for characterizing the full range of near-tip environment. They
obtained small-scale yielding solutions to the modified boundary layer problem (Eq 2.1) and
considered these as exact solutions. The solutions were obtained by finite element analysis, the
details of which are outlined in Refs 7 and 2. They then systematically investigated the differ-
ence between these exact solutions and the HRR field in an annular region J/a << r < 5J/a,.
These fields are referred to as difference fields in the ensuing discussion.

The approach advocated by OS differs from that proposed by Li and Wang { 3] in one impor-
tant respect. This can be understood in the context of the modified boundary layer formula-
tion described earlier. The sum of the second order solution and the HRR field in Eq 2.4 only
provides a two-term approximation to the modified boundary layer problem. In contrast, the
sum of the difference field and the HRR field provides the exact solution to the modified
boundary layer problem. Stated another way, the difference field can be regarded as equivalent
to the sum of second and higher order terms in Eq 2.4.

Remarkably, the difference field determined in the manner described above is effectively
independent of distance r. Taking note of this behavior, OS writes

g = (Uij)HRR + Q"oaij(e) (2-5)

where the first term is the HRR field. The difference field is parameterized by Q. The definition
of Qin Eq 2.5 is the one used in Ref / and 2 and is different from the one given in Eq. 2.4. It
is convenient to normalize the angular functions ¢, by requiring a,(6 = 0) to equal unity.
Additionally, OS noticed that within the forward section |#] << 7/2, the angular functions
exhibit these features: ,, = 64 = constant and |a,,| < |64| (see Figs. 3, 4, and 5 in Ref /).
We note that the form in Eq 2.5 is consistent with a four-term asymptotic expansion recently
obtained by Xia et al. [33].

In summary, the difference field within the forward sector || << 7/2 possesses a surprisingly
simple structure. It effectively corresponds to a uniform hydrostatic stress in that sector. There-
fore, Q defined by

0 o — (aurs at 0=0,r= 2o, (2.6)

(4]

I

is a natural measure of near-tip triaxiality relative to a reference stress state. For definiteness,
Qs evaluated at r|(J/s,) = 2; however, we point out that Q is effectively independent of dis-
tance. Stated in words, Q represents the difference between the actual hoop stress evaluated
outside the finite strain zone and the corresponding HRR stress component evaluated at the
same location normalized by g,.

To fix ideas, hydrostatic stress distributions identified by different Q-values are shown in Fig.
1. The Q = Odistribution is indicated by the solid line in Figs. 1@ and 1b. These distributions
support the interpretation of Q as a hydrostatic stress parameter.
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FIG. | —Hydrostatic stress distributions for a range of Q: (a) and (b) n = 10, (c) and (d) n = 5. These
results were generated by a finite deformation analysis where the Kirchhoff stress is the convenient stress
measure. For metals the Kirchhoff stress, v, and Cauchy stress, o, are approximately equal.

Simplified Forms of the Q-Family of Fields

Two simplified forms for the Q-family of fields have been proposed by OS. The first form
uses the plane strain HRR field as the reference distribution

oy = (Uij)HRR + Qdoaij for 0] < =/2 2.7
The second form uses the standard small-scale yielding distribution as the reference solution
gy = (Uij)ssv + Qlfoaij for 0] <w/2 (2.8)

where the (o;)ssy distribution is the small-scale yielding solution driven by K alone (with 7" =
0). The physical interpretation of the form in Eqs 2.7 and 2.8 is this: negative (positive) Q val-
ues mean that the hydrostatic stress is reduced (increased) by Qa, from the J-dominant state,
or Q = 0 state.

By virtue of its definition in Eq 2.6, member fields of Eqs 2.7 and 2.8 with the same Q value
have the same stress triaxiality at r/(J/o;) = 2. At other distances, however, the stresses given
by Eq 2.7 can differ slightly from those of Eq 2.8. Our numerical studies indicate that Eq 2.8
provides a more accurate representation of the Q-family of fields.

The approximate representations Eqs 2.7 and 2.8 were introduced to simplify the calcula-
tion of Q in finite width crack geometries and its interpretation as a hydrostatic stress param-
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FIG. 2—Plastic zones from modified boundary layer analysis for negative T-stresses.

eter. The approximate nature of these explicit forms does not deny the existence of the Q-
fields, which can be deduced from dimensional grounds.

Reference Field: Small Strain Versus Finite Strain

A reference distribution determined from a small-displacement-gradient formulation is
adequate for most applications. However, some applications require accurate quantification
of the field near and within the zone of finite strains, for example, quantitative studies on the
micromechanisms of ductile failure and cleavage fracture. For such applications the reference
distribution could be established by a finite deformation analysis. By using the finite strain
distribution as the reference solution, the region of dominance of Eq 2.8 is extended for some
distance inside the finite strain zone (this can be seen from the distributions given in Refs 1,2).
In any case we should point out that the difference between finite strain and small strain ref-
erence distributions is negligible at radial distances greater than about 2J/o, (see Fig. 2 in Ref
1). The annular zone over which Egs 2.7 or 2.8 accurately quantify the actual field is called
the J-Q annulus.

Small-Scale Yielding Results
Plastic Zone Size

The plastic zones for positive 7 values are shown in Fig. 2, while those for negative T values
are shown in Fig. 3. The distances are normalized by (K;/o¢)’. It can be seen that at large neg-
ative T values, the plastic zones can be as much as ten times larger than that for 7 = 0. These
features have also been reported by Larsson and Carlsson [/6] and Rice [17]. The effect of
positive 7-stresses is less dramatic. We note that solutions for | 7/a,| > 1 cannot be generated
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FIG. 3—Plastic zones from modified boundary layer analysis for positive T-stresses.

by the present boundary layer formulation since in this case the plastic zone extends to the
remote boundary. The spatial extent of the plastic zone can be written in the form

2
K
r, = A(T/ay) (—‘) 3.1)
)
A plot of A versus T/g,is shown in Fig. 4 for an n = 10 material. Note that A increases rapidly
for large negative T/a,. ASTM standards for a valid K¢ test require the plastic zone size at
fracture to be less than a fraction of the relevant crack dimension. 7, is estimated by Eq 3.1

with A = 0.16. This A value is nonconservative for large negative 75 since A > 0.3 for T/o,
< —0.5.

Q-T Relation
Within the modified boundary layer formulation (2.1), J and K are related by

1_ 2
J = E”K} (3.2)

Using a dimensional argument Q can be shown to depend only on T'[1,2], that is
Q = F(T/og, n) (3.3)
Solutions to the modified boundary layer formulation (Eq. 2.1) for an admissible range of 7-

values show that F is a monotonically increasing function of T/g,. Strain hardening » and
other dimensionless combinations of material parameters affect F weakly.
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Figure 5 shows the range of Q values for n = 5 and 10 materials (E/s, = 300 and Poisson’s
ratio v = 0.3) for | T/a,| =< 1 [2]. It can be seen that the stress triaxiality can be significantly
lower than the HRR value, or the Q = 0 distribution, but cannot be much above it. The weak
dependence of Q on the hardening exponent is also noted. Using a least square fit, the curves
in Fig, 5 can be approximated closely by

3

oafZ)old] +of

Og 0o 0o

Forn = 10,a, = 0.76, a4, = —0.52,and a; = 0,and forn = 5,a, = —0.1,a, = 0.76, a, =
—0.32,and a; = —0.01. Betegdn and Hancock [5] have provided a relation between the near-
tip hoop stress and T which is consistent with Eq 3.4. We must emphasize that both relation-
ships are based on small-scale yielding.

_15'....1.. N B |
-1.0 -05 0.0 05 10

T,
FIG. 5—Q-T relation from the modified boundary layer analysis forn = 5 and 10.
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Finite Width Crack Geometries

The geometries are shown in Fig. 6. The center-cracked panel is loaded in biaxial tension.
Stress biaxiality is given by the ratio ¢%/05. The edge-cracked bend bar geometry is loaded by
remote moment. Shallow and deep crack geometries are investigated. A crack is considered
shallow if the crack length is the relevant dimension. It is considered as deeply cracked if the
ligament is the relevant dimension.

The evolution of near-tip constraint with increasing plastic flow in the two crack geometries
is shown in Fig. 7. These solutions were obtained by finite element analysis as described in Ref
1 and 2; J is evaluated using the domain integral method described in Ref 32. For shallow
cracks the extent of plastic yielding is measured by J/(aa,) while J/(ba,) is used for deep cracks.
Results for center-cracked panels with /W = 0.1 and 0.7 and several biaxiality ratios are plot-
ted in Figs. 7a and 7b. The rapid loss of constraint with increasing plastic flow under zero
biaxiality contrasts sharply with the slight elevation of constraint for the highest biaxiality
ratios.

Figures 7¢ and 7d show the Q values for the bend bar for a/W = 0.1, 0.3, and 0.5; Q is
evaluated at r/(J/o,) = | and 2. In the case of /W = 0.5, it can be seen that Q values at fully
yielded conditions are somewhat sensitive to the choice of distance. Though not shown, a sim-
ilar trend was observed for ¢/ W = 0.7. The sensitivity of Q to the choice of distance can be
explained by the high gradient of the hoop stress across the ligament. The hoop stress is com-
pressive at the free surface and increases rapidly to a tensile state as the crack tip is approached.
Thus the Q term, which represents a state of uniform hydrostatic stress in the forward sector,
has a small region of dominance. Loss of constraint becomes rapid when the global bending
stress distribution impinges on the near-tip region r = 2J/ao. This occurs in deeply cracked
geometries for J/(bay) > 0.04.

The reduction of the hydrostatic stresses as plastic flow spreads across the ligaments of the
center-cracked panels loaded under zero stress biaxiality is shown in Figs. 8a and 8b. These
angular distributions for the short and deep crack geometries at r/(J/a,) = 2 correspond to the

R —
. )
T —

(2) (b)

. FIG. 6—Geometries investigated: (a) biaxially loaded center-cracked panel and (b) edge-cracked bend
ar.
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FIG. 7—Evolution of Q with deformation as measured by J: (a) and (b) center-cracked panel for three

biaxiality ratios, (c) and (d) edge-cracked bend bar.

range of ) values in Figs. 7 and 7b and are representative of Jow triaxiality fields. Hydrostatic
stress distributions for shallow and deep crack bend bars are displayed in Figs. 8¢ and 8d. The
stress distributionsin Fig. 8 strongly resemble the angular distributions in Figs. 15 and 14, thus
providing support for the existence of the Q-fields in these two crack geometries.

Methods for Evaluating Q
Q Estimates Under Contained Yielding

The one-to-one correspondence between Q and T was discussed earlier, Here we make
advantageous use of this result and the known connection between T and the applied load to
provide estimates of Q. For example, Leevers and Radon [ /8] and Sham [ /9] have calibrated
the T-stress for a number of crack geometries in the following way

T = —=— Z(geometry) (5.1)
wa

=



12 CONSTRAINT EFFECTS IN FRACTURE

2.5
(b) t/Ufo,)=2 Q
— -0.368
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FIG. 8—Angular distribution of hvdrostatic stress for several Q values: (a) and (b) center-cracked panel,
(¢) and (d) edge-cracked bend bar.

The dimensionless shape factor © depends only on dimensionless groups of geometric param-
eters. A more convenient representation is

T = o*h{geometry) (5.2)

where ¢” is a representative stress magnitude and the dimensionless function 4, depends only
on dimensionless groups of geometric parameters. We combine Eqs 5.2 with 3.3 to get

Ossv = F (07 /gy, geometry, h) (5.3)

F, depends on the normalized load, geometry, n, and combinations of material parameters,
though the dependence on the latter is expected to be weak.

It must be emphasized that the - T relation (Eq 3.3) and the J-¢™ relation (Eq 5.3) are exact
under small-scale yielding conditions. This has also been noted by Betegdn and Hancock
[5]. Both they and OS have demonstrated that Eq 3.3, or Eq 5.3, accurately predicts the evo-
lution of constraint in edge-cracked bend bars and center-cracked panels under contained
yielding conditions. These aspects are discussed in greater detail in Ref 2. In addition, Betegon
and Hancock have proposed to quantify crack tip constraint in fully yielded crack geometries
in terms of 7, though T is not defined under such conditions. Reliable methods which can
provide accurate estimates of near-tip triaxiality over a broad range of loading and crack geom-
etries is taken up in the next section.
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Q Estimates Under Fully Yielded Conditions

Under fully plastic conditions Q can be determined from fully plastic crack solutions used
in simplified engineering fracture analysis (Kumar, German, and Shih [20]). Consider a crack
geometry of characteristic dimension L. The crack isloaded by ™, a representative stress mag-
nitude. The material obeys a pure power-law stress-strain relation. It then follows that the hoop
stress ahead of the crack has the form [20]

I _ 7 Ty (% ; geometry, n) (5.4)

[} 0o

where Gy 1s a dimensionless function of normalized spatial position and depends only on
geometry and strain-hardening exponent A.
The stress at the point x = 2.J/4, is given by

® 2J
L Tus (—— ; geometry, n) (5.5)
ool

Since J/{(aoL) o (6%/a,)"*" for a pure power-law material, we can combine ¢/, with the first
argument in o, in Eq 5.5 and use this form in Eq 2.6 to get the “fully plastic” Q

Q= Hy (—Jz ; geometry, n) (5.6)

0o

The dimensionless function H, depends on the load J/a,L, dimensionless groups of geometric
parameters, and . If the fully plastic fields within the zone r < 2J/s, converge onto a single
distribution, then Q is given by its steady-state value, that is

Qss = hy(geometry, n) (5.7)

The steady-state constraint does not depend on the load level, that is, it is a property of the
crack geometry.

Appropnately normalized J results have been catalogued in a fracture handbook [20].
These J results were extracted from full-field solutions for pure power-law crack problems. In
asimilar way Qr»also can be extracted from these full-field solutions and catalogued in a hand-
book. An efficient numerical method for generating fully plastic crack solutions is described
by Shih and Needleman [217]. Slip-line field solutions can be used to provide estimates of Q¢
and Qg for materials exhibiting little strain hardening (n > 10). This is discussed in Ref 2.

Interpolating Between Qsgy and Qg

Let £ denote the generalized load and £, the load at fully yielded conditions. Small-scale
yielding will prevail as long as £ is sufficiently small compared to .L,, that is, the result in Eq
5.3 will be valid. At the other extreme, when £ is equal to or greater than .£,, the fully plastic
solution (Eq 5.6) can be expected to be a good approximation. A scheme to interpolate over
the entire range of yielding is outlined.

The dependence of Qg on L is known from Eq 5.3, and so the slope dQssy/d.L can be
determined. Moreover, the relationship between J and £ is also known for small-scale yield-
ing: J o K} o« L7 (see Eq 3.2). Therefore, dQsqy/d(J/a,L) is available as well.

Under fully plastic conditions, Q is in general given by Eq 5.6 and the slope dQgr/d(J/aoL)
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can be evaluated from dependence of H, on the first argument. Since J/(o,L) o (L) Lo)"*?,

we can also determine dQp,/d.L.
isgiven by Eq 5.7 and dQ/d(J/

If the crack geometry is one with a steady-state constraint, @
aol) is zero.

Using the above procedures we can determine Qgsy, dQssy/d.L and Qpp, dQrp/d L, that is,
the Q values and slopes at both ends of load states are known. The Q values for intermediate
load states can be obtained by interpolation. Alternatively we regard Q as a function of ./ and
interpolate for Q using Qsgy, dQssy/d(J/ooL) and Qrp, dQrp/d(J/s,L). Both approaches are

under investigation.

Fracture Toughness Data

Kirk et al. [ 23] have obtained cleavage toughness data for A515 steels at room temperature.
They tested edge-cracked bend bars with thicknesses B = 10, 25.4, and 50.8 mm and various
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FIG. 9—Fracture toughness versus Q for ASTM A515 Grade 70 steels at 20°C from edge-cracked bend
bar for three thicknesses (Kirk et al. [23]).
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crack length-to-width ratios. They have shown plots of J at cleavage versus Q and T/g,. Their
data are displayed in a more revealing form in Figs. 9 and 10. Figure 9 shows that for the B =
10 and 25.5-mm geometries, J at cleavage decreases monotonically as near-tip constraint
increases. A similar trend is also observed for the thickest geometry, B = 50.8 mm, though
the scatter is greater. The same data are plotted against T/g, in Fig. 10. The trends are similar
to those observed in Fig. 9 though the scatter appears somewhat larger.

One may be led to conclude on the basis of the data in Figs. 9 and 10 that J-Q and J-T
toughness loci depend on specimen thickness. We should point out that the experimental data
for both the thick and thin specimens were interpreted using J and Q solutions obtained from
plane strain analysis, It is uncertain to what extent plane strain conditions apply to the near
tip region in the thinner specimens. Plane strain solutions for J and Q are very different from
plane stress solutions especially when large-scale yielding conditions prevail. Moreover,
deLorenzi and Shih [ 24] have shown that J(Fig. 12 in Ref 24) and Q (estimated from the hoop

350
300t
250+
200+
150t
100p

B = 10 mm

J at cleavage (kPa m)

J at cleavage (kPa m)

FIG. 10—Fracture toughness versus T for ASTM A515 Grade 70 steels at 20° C from edge-cracked bend
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stress in Fig. 15 in Ref 24) can vary considerably along a crack front in fully yielded compact
specimens. A proper accounting of thickness effects could yield Jand Q values at the midplane
of the specimen (presumably the critical location for cleavage fracture), which are different
from values provided by plane strain analysis. This can in part explain the measured fracture
toughness dependence on thickness shown in Fig. 9.

For the purpose of demonstrating constraint effect on fracture toughness we adopt a fracture
criterion based on the attainment of a critical normal stress, 65, = o, at a critical distance, r
= r.(Ritchie et al. [ 25]). Within the J-Q annulus, the normal stress ahead of the crack is given
by Eq 2.7 or more accurately by Eq 2.8. For simplicity we work with the closed form repre-
sentation in Eq 2.7. Assume that r, is within the J-Q annulus. Applying the Ritchie-Knott-
Rice (RKR) [25] fracture criterion to Eq 2.7 we get

tin+1)

%= (—Jf——) G0 =0)+ Q (6.1)

() (160(701,,"[
Therefore we can solve for J. as a function of Q for specified values of 5. and r,. Taking the

toughness value for Q = 0 as J,, we rearrange Eq 6.1 and arrive at

n+1

Jo = Jo(l - %) 6.2)

o,

The variation of J. with Q for ¢, = 3.5¢, J, = 40 kPa-m, and n = 5 is shown in Fig. 11
(strain hardening of A515 steel is about 5). The trend of the toughness data is captured.

Extension of J-Q Approach
Three-Dimensional Tensile Mode States

We provide heuristic arguments that the J-Q field (Eq 2.3) exists near a three-dimensional
crack front. Consider a planar crack front with a continuously turning tangent and focus on a
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™ 1000 | “», ° a
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FI1G. 11—Comparison of predicted J-Q locus with fracture data for ASTM A515 Grade 70 steels at 20°C
from edge-cracked bend bar for three thicknesses; + for B = 10 mm, O for B = 25.4 mm, & for B = 50.8
mm (Kirk et al. [23]).
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y (PERPENDICULAR TO PLANE
OF CRACK)

x (NORMAL
TO CRACK

g FRONT)

z (TANGENT TO
CRACK FRONT)

CRACK
FRONT

FIG. 12—Plane strain J-Q field is defined with respect to local orthogonal Cartesian coordinates at the
point s on a planar crack front. The crack plane is the x-z plane.

neighborhood of the crack front which is sufficiently far away from its intersection with the
external surface of the body. Let r and 6 be the polar coordinates in the x-y plane as indicated
in Fig. 12. As r — 0, plane strain conditions prevail so that the three-dimensional fields
approach the plane strain J-Q field given by Eq 2.3. Therefore, the Q = 0 distribution can be
used as the reference constraint state for three-dimensional crack geometries. In this case, the
Q value at each point on the crack front, designated by Q(s), measures the departure from the
plane strain reference distribution. Thus the tensile mode crack tip state at s is completely
described by the pair J(s) and Q(s).

Following the definition for an average J, we introduce a measure of average constraint for
a segment of the crack fronts, < s < s,

1
Sh - Su

Sh Sh
Oue = : ! . J owsyds,  Jn. = J J(s)ds (7.1
NMhp T Ay Sy Sy

The overall constraint for thick test geometries, Q,,., will be nearly identical to Q evaluated by
plane strain analysis; Q,,. for thin specimens will be smaller than Q for plane strain.
The elastic 7-terms that can arise in three-dimensional crack problems are (Rice [17]);

Parks [26])
S Z}= & ; ; f\+ 7(; g 7(; (7.2)
oo oy o) VIOLLL) A\ TL0 T
Under small-scale yielding
0(s) = F(T(s)/ao, T\(5)/ 00, T-(5)/ 00} 1) (7.3)

The above generalizes the plane strain resultin Eq 3.3 basedon 7. = Oand 7.. = »T,..

The relation in Eq 7.3 can be determined by generalized plane strain analysis using remote
boundary conditions given by Eq 7.2 and by full-field three-dimensional analysis of fimte-
thickness crack geometries. We expect Q to depend strongly on T, and less strongly on 7.
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and T... Wang {27] has shown through a generalized plane strain analysis that near-tip con-
straint is only weakly affected by e../¢,. Similar conclusions were reached by Schwartz { 28] for
axisymmetric crack geometries, Thus, Q will not vary much along the crack front of a typical
specimen when small-scale yielding conditions prevail. In contrast, we expect Q to vary con-
siderably along the crack front of a fully yielded fracture specimen (as evident from the through
thickness variation of the hoop stress shown in Fig. 15 in Ref 24). Under such conditions, full-
field three-dimensional solutions are required to discriminate thickness effects on fracture
toughness data.

Creep Crack Growth

The J-Q approach can be extended to creep crack growth. Various aspects of C(¢) and C*
approach to creep crack growth are reviewed in a volume by Riedel { 29} and articles by Saxena
{30] and Bassani and Hawk [3/]. Consider an elastic-nonlinear viscous solid for which the
total uniaxial strain rate is given by

+ & (i‘—> (7.4)

Here n is the creep exponent and ¢, the reference creep strain rate at the reference stress g,. The
J-Q field that governs the near-tip deformation has the form

r

9y _ ( @)
C(t)/ &00

éoo'()],,r

1An+1) q
) a;(6; n) + Q) ( ) a,(6; n) (7.5)

0]

where ¢ 1s the time elapsed since load application. Within the modified boundary layer for-
mulation (Eq 2.1), Q depends on the T-stress and ¢

Q) = F(T/aq, t/eo; n) (7.6)

LetC* = !LIE C(?) be the steady state value of C(¢). At steady state creep, the near tip field

has the form
p

%= (es)

o €gool,r C*/eg00

. njin+1y q (n=tn+1)
2:( Ck) Z,-j(e;n)+Q*( 4 )( Ck) €;(0; n)

éoo'ol,,r C‘*/éod’o éoo'ol,,r

1(n+1)

a,(8; n) + O* ( ) ai(0; n)

(7.7)

where Q% = !1}2 Qo).

The steady-state relation in Eq 7.7 corresponds to the pure power-law relation in Eq 2.4 so
that Q* corresponds to Qrp. In addition, features that pertain to the field in Eq 2.4 also apply
to the field in Eq 7.7. Therefore the stress field at steady state can be written in the form (see
Eq2.7)

05 = (a:)cs + Q*ood; for 6] < /2 (7.8)

Q* can be determined by fully plastic analysis since @* = !1}2 Q1) = Qp[20,21]. The above
discussion suggests that the crack growth rates under steady state conditions can be correlated



SHIH ET AL. ON CRACK TIP CONSTRAINT 19

by C* and O*. The latter quantifies crack tip constraint under extensive creep. Further inves-
tigations are required.

Concluding Remarks

Our investigations suggest that ./ and Q will suffice to characterize the full range of near-tip
fracture states. Specifically, the zone of large stresses and strains (or process zone) is scaled by
J while the near-tip stress triaxiality is scaled by Q. Stress triaxiality near a three-dimensional
crack front can be quantified by pointwise values of Q. The J-Q methodology has a sound,
theoretical basis. A correlation between cleavage fracture toughness and constraint for A515
steels can be seen in Fig. 11. The trend of the experimental toughness data is also captured by
the toughness locus predicted by the .J-Q theory.

In this paper results have been presented for the center-cracked panel and three point bend
bar for selected a/W ratios and two hardening exponents. Solutions for a broad range of n
values (n = 3,5, 10, 20) and the full range of a/ W ratios (0.05 < a/W < 0.9) for the center-
cracked panel, three point bend bar, and double-edge-cracked panel are presented in a more
recent study {22].

Methods for evaluating Q for fully yielded crack geometries are under investigation. Fully
plastic O solutions can be catalogued in a handbook much like the fully plastic J solutions that
are catalogued in the Electric Power Research Institute (EPRI) fracture handbook [ 20}. Simple
procedures for estimating Q over the entire range of yielding are being investigated as well. In
this way, detailed numerical calculations are not required to determine Q.
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DISCUSSION

R. E. Johnson' (written discussion)—What physical significance do you ascribe to the ratio
T/a, greater than unity? I note that on one of your graphs data were plotted for T/o, greater
than unity.

C. F. Shih, N. P. O’'Dowd, and M. T. Kirk (author’s closure)—The T-stress is only defined
under small-scale yielding conditions. When these conditions apply, 7°1s linearly related to the
applied load as given by Eq 5.2 in the Methods for Evaluating Q section of the paper. This
relationship is used by Hancock and coworkers as an operational definition of T for the pur-
pose of evaluating crack tip constraint in fully yielded crack geometries. Since 7" is undefined
under fully yielded conditions, we attach no significance to the ratio T/o, greater than unity.

' U.S. Nuclear Regulatory Commission, Washington, DC.
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ABSTRACT: A series of cracked specimen configurations have been tested to correlate the
geometry dependence of crack tip constraint and fracture toughness in full plasticity. Specimens
with through cracks included a range of edge-cracked bend bars, compact tension specimens,
and center-cracked panels. Surface-cracked panels were tested in tension to produce resistance
curves.

The geometry dependence of ductile crack extension in plane strain has been correlated with
crack tip constraint as parameterized by the T stress, which indicates the nature of the develop-
ment of higher order terms in the nonlinear asymptotic crack tip expansion.

KEY WORDS: T stress, toughness, constraint

Fracture mechanics attempts to ensure structural integrity by applying toughness measure-
ments obtained from laboratory specimens to real defects. Current design and inspection
methods are based on the application of geometry-independent data. Nevertheless, crack tip
deformation and fracture toughness are only geometry independent within a limited range of
loading and geometric conditions, which ensures similar crack tip constraint. The restrictive
nature of these size and geometry requirements is a major limitation on the application of
plane strain elastic-plastic fracture mechanics. The present work describes developments
intended to relax these limitations by characterizing fracture toughness as a function of con-
straint and thus allow the application of fracture mechanics to a wider and less restrictive range
of configurations.

The approach has its foundation in the nature of Mode I elastic crack tip fields, where the
local stress field can be expressed as an asymptotic series [1] in cylindrical coordinates (7,6)
centered at the crack tip

o5 = A P+ B+ Crt'P + L 1)

Within small-scale yielding, the assumption that fracture processes occurring close to the
crack tip are dominated by the leading term to the neglect of the higher order terms has enabled
the use of the stress intensity factor K as the single fracture characterizing parameter

K
oy = ———f(8 2
@nr) r)f() (2)
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The application of linear elastic fracture mechanics is subject to severe size limitations [2]
intended to ensure that plasticity is restricted to a local perturbation of the elastic field. These
restrictions are relaxed by nonlinear elastic-plastic fracture mechanics. As in the case of linear
elastic deformation, the crack tip field can be expressed as an asymptotic series. Interest has,
until recently, been restricted to the first term, which was identified by Hutchinson {3] and
Rice and Rosengren [4] (henceforth HRR) as

J Jm
a; = 0o [aeodolnr] 01)(07 n) (3)
J
L= g. 4
€y = ag, [aewo[nr] £,(0, n) 4)

In these equations, 7, and ¢,(f, n), and &,(0, ) are tabulated functions of the strain-hardening
exponent » and (Where appropriate) the angular coordinate 6. The strength of the singular field
is characterized by the J integral, introduced by Rice [5], which provides the most general
single parameter characterization of crack tip deformation.

However, McClintock {6] has noted that in the absence of strain hardening, single param-
eter characterization is limited by the lack of uniqueness of the fully plastic flow fields. Both
the kinematics of flow in plane strain and the associated crack tip constraint depend on loading
and geometry. As an illustration, the plane strain slip line field of a center-cracked panel sub-
ject to uniaxial tension is shown in Fig. 1a. In contrast, the deeply cracked bend bar shown by
the solid lines in Fig. 15 exhibits a fully constrained flow field in which plasticity is confined
to the ligament.

A dimensional argument demonstrates that the constraint of deeply cracked flow fields and
associated single parameter characterization by J can be maintained under conditions which
depend on the size of a critical dimension, ¢, such as the ligament or crack length, and the yield
stress ay.

c=" (5)

FIG. la—The plane strain slip line field for a center-cracked panel in tension.
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FIG. 16—The plane strain slip line field for a deeply cracked bend bar is indicated by the solid lines,
while the broken lines indicate the extension to the slip line field for short cracks proposed by Ewing [10].

When plasticity is restricted to the ligament (and it becomes the controlling dimension),
McMeeking and Parks [7] and Shih and German [8] suggested that single-parameter char-
acterization was maintained within the requirements

c=(W—-a)= Qin bending
7 (6)

o gy = 200

4]

in tension

However, when a/W is less than 0.3 in bending or 0.55 in tension, Al-Ani and Hancock [9]
have demonstrated that plasticity develops initially to the cracked face in accord with Ewing’s
[10] extension to the deeply cracked bending field indicated by the broken lines in Fig. 15. In
this case the crack length becomes the controlling dimension, and single parameter character-
ization is lost before

200J

0o

c=a=

%

Here the underlying concept is that lack of uniqueness arises from the the nonunique form
of the fully plastic flow field discussed by McClintock [6]. Although the fully plastic flow fields
are clearly not unique, Hancock and co-workers[9,11,12] have argued that the lack of unique-
ness is not associated with the sudden development of the fully plastic flow field but rather
evolves initially from small-scale yielding and the geometry dependent nonsingular stresses
associated with the elastic field. Loss of constraint originating from the contained yielding field
is now accepted to lead to markedly more severe single parameter characterization criteria for
ligaments in tension and crack lengths in both tension and bending [/ ] than given by Eqs 6
and 7.

The first evidence that the loss of constraint has its origin in the small-scale yielding field
can be inferred from the work of Larsson and Carlsson [13], which showed systematic changes
in the shape and size of the plastic zone within the ASTM [2] limits for linear elastic fracture
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mechanics (LEFM). These results were rationalized following a suggestion of Rice [/4] that
the differences could be attributed to the second term in the Williams expansion which Rice
denoted the T stress. This term corresponds to a uniform stress parallel to the crack flanks.

K
0 = F-/rrfij(ﬂ) + T4, ®

In addition to modifying the shape of the plastic zone, T affects crack tip deformation. Crack
tip plasticity can be modelled by boundary layer formulations which model small-scale yield-
ing by applying the asymptotic elastic field as remote loadings to a local region containing a
crack tip, thus avoiding the need to represent a complete cracked body. Within such formu-
lations, deformation may be represented by numerical frameworks which take account of the
finite geometry changes associated with crack blunting, or by small strain solutions, as exem-
plified by the HRR field.

Such solutions are illustrated in Figs. 2 and 3 for a Ramberg-Osgood material with a power-
hardening exponent of 13. Comparison between the fields has been made in terms of the ratio
of the mean stress, o,, = 0,,/3 to the Mises stress 7. This parameter has been chosen both as a
widely used measure of constraint and on the basis of its physical relevance to ductile fracture
processes in the steel used in the associated experimental work, where (0.,/7) controls the rate
of void growth as discussed by Rice and Tracey [15] and Hancock and Mackenzie [16].

The triaxiality parameter, ¢,,/3, is also of interest because in the HRR field it is independent
of r and can therefore be used as one measure of the size of the HRR annulus. Numerical
solutions for low-hardening materials, such as those shown in Fig. 2, clearly indicate that it is

3.0 'ﬁbﬂ o HRR

BBB o ﬂ
[Gm] y ° o* oe
— 1 oe o e
GJ L oK
2.0 1 *
L ]
L ]
L ]
1.0'{ °
: @ Small geometry change solution
4 * lLarge geometry change solution
0.0 —
0 1 2 3 4 5 6 7

[I‘G oJ
J
FIG. 2—A4 comparison of the triaxiality ahead of a crack as given by small and large geometry change

boundary layer formulations. The triaxiality of the HRR field is independent of t and is indicated by the
horizontal straight line.
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a function of rat all finite distances from the tip. The HRR field, as an asymptotic small geom-
etry change solution, is recovered at the crack tip, but at low-hardening rates the triaxiality
associated with the HRR field is lost within the large geometry change blunting zone. This is
consistent with the anti-plane shear solutions of Rice [ /7], which indicate that the size of the
region dominated by the leading singularity decreases with declining strain-hardening rate and
finally becomes vanishingly small for perfect plasticity.

Close to the crack tip, large geometry change solutions have been used to elucidate the local
crack tip blunting process. In this context the large geometry change solutions of Bilby et al.
[18] have shown that compressive T stresses substantially reduce triaxial stress levels. The
present large geometry change modified boundary layer formulations are given in Fig. 3. These

. . . 4 .
can be used to index the constraint as measured by the maximum value of | -~ | asa function
ag

of the T stress, as given in Fig, 4.

The large strain region close to the blunting tip is contained in an outer field which can be
examined within the framework of small deformation theory. In this region Betegon and Han-
cock [ /1] found that tensile T stresses produced only modest elevations of the stress level inde-
pendent of the nondimensional distance (ra,/J). However, compressive T stresses were dem-
onstrated to produce a marked decrease in the stress level and associated crack tip constraint
independent of (re,/J). This was interpreted as corresponding to the introduction of a second
term in the asymptotic crack tip expansions. Single parameter characterization then simply
corresponds to situations when T is positive and the higher order terms of the series are insig-
nificant, leaving the HRR field as the dominant term. Higher order terms in nonlinear fields

3
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FIG. 3—The triaxiality, o /5, ahead of plane strain blunting cracks obtained from modified boundary
layer formulations,n = 13.
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FIG. 4—The peak triaxiality ahead of a plane strain blunting crack as a function of the nondimension-
alized T stress.

have been examined initially by Li and Wang [19] and systematically by Sharma and Aravas
[20]. In the nonhardening limit the nature of the second term is capable of a particularly sim-
ple interpretation, as discussed by Du and Hancock [12], who showed that within the plastic
zone, the T stress simply changes the hydrostatic stress or the constraint at the crack tip by a
term that is a function of 7. O’Dowd and Shih [21] also identified the second order term as
having a largely hydrostatic component, which they identify by subtracting the HRR field
from full field solutions.

The ability of modified boundary layer formulations to describe contained yielding fields is
not surprising; however, remarkably, Betegdn and Hancock [/2] and Al-Ani and Hancock [9]
were able to correlate modified boundary layer formulations with full field solutions of a wide
range of geometries into full plasticity. Although the T stress is an elastic parameter, the cor-
relation was made by identifying T with the applied load or the elastic component of J. On
this basis it was possible to correlate crack tip deformation for edge-cracked bars in tension
and bending from (a/ W) 0.03 to 0.9, as well as center-cracked panels and double edge cracked
bars.

The ability of an elastic parameter to correlate fully plastic flow fields of such a diverse range
of geometries can be explained qualitatively. At infinitesimally small loads, plasticity is only a
minor local perturbation of the leading term of the elastic field, allowing crack tip deformation
to be represented by single parameter characterization in a boundary layer formulation with
the K field displacements imposed on the boundaries. As the load increases within contained
yielding, the outer elastic field can be characterized by K and T, both of which are rigorously
defined. Within the plastic zone the crack tip field now evolves in a way that is correctly rep-
resented by a modified boundary layer formulation with both K and T as boundary conditions.
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The initial evolution of the crack tip field is thus rigorously determined by 7. Geometries with
negative T stresses start to lose crack tip constraint, while those which have positive T stresses
maintain the character of the small-scale yielding field. For simplicity it is appropriate to
restrict discussion to small geometry change perfect plasticity when the appropriately nondi-
mensionalized crack tip field reaches a steady state, independent of deformation. At limit load,
the value of T calculated from the applied load, or equivalently the elastic component of J,
also remains constant. When T, as calculated from the limit load, is used to make contact with
the modified boundary layer formulations, the predicted stress field also reaches a steady state.

The justification for using T to correlate modified boundary layer formulations with full
elastic-plastic full fields solutions is that within small-scale yielding it gives rigorously correct
solutions which start to evolve in the correct manner towards full plasticity. In full plasticity
the method produces fields which reach steady state and moreover have been shown to match
full field solutions for a very wide range of geometries. The method provides a good practical
method of predicting the nature of the higher order term in full field solutions, whereas other
work has concentrated on deducing the second term by subtracting the HRR field from full
field solutions and has no predictive power as a practical engineering method.

Plane strain analyses have been extended into three-dimensional deformation by Wang [ 22]

and Al-Ani [23]. For modest departure from plane strain conditions, the crack tip deforma-

tion was successfully correlated by J and T without the need to introduce the out-of-plane
effects. The analysis of wide plates containing semi-elliptical defects has been addressed by
Parks and Wang [24] and Wang [22]. Within the framework of small deformation theory the
stress fields at various positions around semi-elliptical cracks were compared with modified
plane strain boundary layer formulations based on J and 7. Wang [22] has shown that the
major features of the modified boundary layer formulation based on J and T captures the
essential features of the deviations from one parameter characterization along the crack fronts
of semi-elliptical cracks in both tension and bending.

As the crack fields for both through and semi-elliptical cracks can now be characterized by
Jand T over a wide range of constraint, it is natural to introduce an associated failure criterion.
This takes the form of failure locus in which J, is given as a function of constraint as para-
meterized by 7. Interpretations of experimental data in this form have been presented by Bete-
gon [25], Betegdn and Hancock [26], and Sumpter and Hancock [27].

Materials and Experimental Methods

Specimens were fabricated from an as-rolled grade ASTM 710 Grade A steel of yield stress
470 MN/m’ and ultimate tensile strength of 636 MN/m?. The chemical composition of the
steel is given in Table 1. Tension test data on this steel has been given by Reuter and Lloyd
[28] and can be described by a Ramberg-Osgood relationship with a strain-hardening expo-
nent close to 10.

A range of precracked geometries, without side grooves, were tested at 20°C. These included
edge-cracked bars oriented in the 7-L direction with a/W ratios 0.1, 0.2, 0.3, 0.5, and 0.64
which were tested in three-point bending. The specimens were 12.7 mm thick, and the bend
bars had a ligament width, W — g, of 12.7 mm. Additional data for bend bars with an a/ W

TABLE 1—Chemical composition of A710 steel, in weight %.

C Mn P S Si Cr Ni Mo Cu Ti Fe

0.05 0.47 0.01 0.04 0.25 0.74 0.85 0.21 1.2 0.038 bal
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FIG. 5—The crack tip opening 5 as a function of crack extension for a range of bend bars with different
(a/W) ratios: (a) three-point bend bar (a/W) = 0.1, (b) three-point bend bar (a/W} = 0.2; (c) three-point
bend bar {a/W) = 0.3;(d) three-point bend bars, (a/W) = 0.5 and 0.64; (€) compact tension specimens, B
= ]12.7and 15.9 mm.
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FIG. 5—continued.

ratio of 0.5 and a thickness of 15.9 mm were also incorporated. J was calculated from the
applied load and the mouth opening clip gauge displacement, following the method proposed
by Sumpter and Turner [29] and Sumpter [30]. As usual, J is decomposed into elastic and
plastic components J, and J,. In all the tests the plastic component was the important term
and was determined from relations of the form

=
T B(W — a) ©)
Here U, is a plastic work term, B is the specimen thickness, and 7 is a factor given by Sumpter
[30] as a function of the a/ W ratio. The plastic work term, U,, was calculated from the mouth-
opening displacement on the basis that deformation can be described by a rotation about a
plastic hinge whose location is a function of the a/ W ratio, as discussed in detail by Sumpter
[30]. The results are shown in Figs. 5a to Se and Figs. 10a to 10£
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The T stress was calculated from the applied load using the tabulated data of Sham [37],
who gives the ratio of 7 to a nominal applied stress as a simple stress concentration factor.

Compact tension specimens with the same orientation with respect to the rolled plate,
shown in Fig. Se and Fig. 10f, was obtained, and thicknesses of 12.7 mm and 15.9 mm and a
ligament (¥ — a) of 14.3 mm were tested. J was obtained from load point displacement rec-
ords obtained from a clip gauge mounted on the specimen directly below the loading pins. T
was calculated from the applied load using the data given by Leevers and Radon [32].

Center-cracked panels with crack lengths 2a of 6.7, 12.5, and 25 mm in a plate of thickness
6.4 mm and width 101 mm were tested in tension, as described in detail by Reuter, Graham,
Lloyd, and Williamson [33]. T was calculated from the applied load using the data of Kfouri
[34].

Surface-cracked panels were also tested in tension, as described in detail by Reuter and
Lloyd [28]. These specimens had a crack depth to plate thickness ratio (a/¢) of 0.59 and crack
depth to surface length ratios (a/2¢) of 0.1 and 0.5. The T stress at the deepest point of these
cracks was calculated by an extension of the line spring analysis of Rice and Levy [35] as
extended and implemented by Parks [36] in ABAQUS [37].

In line spring analysis, a plate is idealized as a two-dimensional continuum in which the
part-through surface crack is represented by a one-dimensional discontinuity. The force and
the bending moment transmitted by each section of the crack are related to discontinuities in
normal displacement of the plate’s mid-surface and relative rotation by a local compliance
which can be regarded as the response of a generalized spring whose compliance is matched
with that of a plane strain edge-cracked bar. Line spring analysis is usually motivated towards
determining the stress intensity factors by adding the stress intensity of edge-cracked bars sub-
Jject to the appropriate levels of bending and tension. In the present context the 7 stress can be
similarly calculated by superimposing the 7 stresses for the tension and bending components
of edge-cracked bars as discussed by Parks and Wang [24] and Al-Ani [23]. On this basis the
T stress at the deepest point of the surface-cracked panel with (a/2¢ = 0.12) was estimated as
—0.6050mina, a0d T = —0.656,9mina, fOr (@/2¢) = 0.5.

In all cases multiple specimens were tested and sectioned metallographically to measure the
extent of ductile tearing, Aa, from the blunt crack tip and the crack tip opening displacement
(CTOD). This enabled the construction of CTOD-Aa plots for all the geometries, as given in
Figs. 5 through 9. For each geometry the data were described by a straight line fitted on a least
squares basis. The CTOD-Aa data for the bend and CTS geometries are unified in Fig. 6.
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3PB (a/W) = 0.2
3PB (&/W) = 0.3
3PB (a/W) = 0.5

3PB (a/W) = 0.64
CTS (/W) = 0.5
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FIG. 6—The combined crack tip opening data for the bend and CTS geometries.
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FIG. 7—The crack tip opening, §, as a function of crack extension Aa, for the center-cracked panels,
a/W = 0.066, 0.124, and 0.248.
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FIG. 8—The crack tip opening, 8, as a function of crack extension, Aa, for a surface-cracked panel,
a/2c = 0.1 andast = 0.59.
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FIG. 9—Crack tip opening, 8, as a function of crack extension Aa, for a surface-cracked panel, a/2c =
0.5 and a/t = 0.59.
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FIG. 10— as a function of crack extension, Aa, for a range of bend bars with different (a/W) ratios: (a)
three-point bend bar (a/W) = 0.1; (b) three-point bend bar (a/W) = 0.2; (c) three-point bend bar (a/W)
= 0.3, (d) three-point bend bars witha/W = 0.5, (€) three-point bend bars witha/W = 0.64; (f) compact
tension specimens, B = 12.7 and 15.9 mm.
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Data for the center-cracked panels are given in Fig, 7, while the CTOD at the deepest point
of the semi-elliptical cracks is shown in Figs. 8 and 9.

Established procedures, such as those discussed by Sumpter [30] and Sumper and Turner
[29], allow J to be calculated directly from the load displacement records of the bend bars and
compact tension specimens as given in Fig. 10 and Fig. 11. In contrast, there is no standard
method for calculating J for semi-elliptical cracks, although such specimens have been ana-
lyzed by White, Ritchie, and Parks [38] and Parks and Wang [39]. In the present work J has
been determined from the crack tip opening displacement, §, through the relation

J = 8oo/d, (10)

Here d, was taken as %, which is consistent with the geometries for which experimental com-
parisons of J and & allowed d, to be estimated. For example for the shallow edge-cracked bar
[3PB (a/W) = 0.11d, = 0.48 * 0.13, while for the deeply edge-cracked bar [3PB (a/ W) =
0.63)] d, = 0.48 £ 0.07. These values are consistent with those given by Shih [40] for power
hardening exponents n = 10. The crack tip opening displacement was measured on all the
specimens by sectioning to the center line and examining polished unioaded metallographic
sections. The CTOD comprises a plastic and an elastic component in which the elastic com-
ponent is recovered on unloading. The effect of unloading was estimated by calculating the
elastic component of the CTOD using the elastic component of J. On this basis the elastic
component of the CTOD was shown to be very small in comparison to the plastic component
and was thus neglected. The CTOD was measured on the original blunted crack tip, using the
construction suggested by Shih [40]. Crack extension was similarly measured on unloaded
metallographic specimens. In a macroscopic sense, crack extension occurred in a direction
broadly coplanar with the original fatigue crack, allowing the extension Aa to be measured
from the original blunted tip.

For all the specimen geometries, crack extension initiated in full plasticity. The deeply
cracked bend and CTS specimens just satisfied the 25.J/0, criterion for the ligament and were
thus capable of single parameter characterization. In contrast, measurements on the center
and surface-cracked panels tested in tension severely violated the requirement that the liga-
ment should exceed 200.J/g,. Single parameter characterization for such specimens would
require that the ligament should exceed approximately 100 mm, which is impracticable for
both specimens and, more importantly, for engineering structures. However, this difficulty is
overcome by the ability of two-parameter fracture mechanics to characterize such specimens.
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FIG. 11—J-Aa resistance curves for the three-point bend and compact tension specimens.
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In the same way, the short-cracked bend specimens violated the crack length criterion for sin-
gle parameter characterization, which would also require crack lengths in excess of 100 mm.
The proposed two-parameter methodology is capable of overcoming the crack length lmita-
tion, but the authors would have preferred the ligaments of the bend specimens to have been
larger, as this has led to a modest overestimate of crack tip constraint.

Discussion

The geometries tested demonstrate fracture behaviour across a broad range of crack tip con-
straint. The discussion of the results is couched in terms of the initiation of crack extension
and the subsequent resistance to tearing.

In tough materials the start of crack tip extension is capable of a number of rather arbitrary
definitions. Firstly, it is possible to extrapolate resistance curves back to the point of zero crack
extension. Alternatively, it is possible to define a critical value of J or CTOD at a small amount
of extension. For example, the current ASTM standard for J, testing {41] gives .J at the inter-
section of a resistance curve with a blunting line with an offset of 200 pm. Finally the standard
for the determination of J-R curves allows crack extension measurements without offsets for
crack blunting [42]. The draft British standards, currently under development, allow a range
of measurements.

From a physical point of view, crack extension is usually regarded as a discrete process in
which voids formed at second phase particles grow and coalesce with the crack tip. From this
viewpoint it is problematic to think of crack extension over arbitrarily small microstructural
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FIG. 12—The CTOD as a function of the T stress at crack extensions of 0, 200, and 400 um.
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distances, and indeed such measurements are rather subjective. There is, of course, a sense in
which the random distribution of particles along the crack front allows crack extension at sec-
tions in which the nearest void happens to be statistically closer to the tip than average; how-
ever, crack extension is rarely measured in the corresponding statistical manner. In the present
context it seems less than practical to pursue a statistical definition of initiation as a toughness
at Aa = 0. These arguments tend to detract from the interpretation of resistance curves at
points of zero extension. Nevertheless, it is clearly a practical procedural definition of initia-
tion and as such has been shown in Figs. 12 and 13. The salient point is that on this definition
of initiation A710 shows little effect of crack tip constraint on toughness. Indeed, paradoxically
the toughness of the unconstrained center-cracked panel and SCP (a/2c) = 0.5 is significantly
lower than that of the fully constrained deeply cracked bend bars and CTS specimens. This
may arise from the rather subjective nature of crack extension measurements over small dis-
tances in geometries with very low constraint and from the choice of a linear curve fitting pro-
cedure. However, it is to be noted as the crack extension distance approaches zero, or some
small fraction of ¢, the triaxiality approaches 0.577 independent of geometry and indicates a
geometry-independent failure criterion.

A simpler and preferable procedure is to define toughness at a small but significant amount
of crack extension, such as 200 um, as given in Figs. 12 and 13. In this case the results show a
significant effect of constraint on toughness for crack extension. Thus the Jand CTOD values
for center-cracked panels are approximately four times greater than that of the highly con-
strained deeply cracked bend bars and CTS specimens. The effect is even more marked if

3..
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FIG. 13—1J as a function of the T stress at crack extensions of 0, 200, and 400 um.
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extension is compared at Aa = 400 um as shown in Figs. 12 and 13; however, caution must
be exercised as tearing now starts to alter the geometry and associated constraint, particularly
for short cracks. The reason for the strong effect of the amount of crack extension on the con-
straint sensitivity of toughness is due to the effect of constraint on the slope of the resistance
curves, as illustrated in Figs. 14 and 15. For example, the slope of the 8-Aa plot of the center-
cracked panels is so high that it exceeds that of the usual blunting line construction and pre-
vents its use as a practical definition of initiation, in contrast to the behaviour of the deeply
cracked bend bars and CTS specimens. Once more the T stress correctly orders the resistance
to crack tip tearing. Geometries with negative T stresses show an enhanced resistance to tear-
ing which is correctly parameterized by T. As a simple specific illustration, it is appropriate to
compare the behaviour of a surface-cracked panel (a/2¢ = 0.5) tested in tension and the edge-
cracked bar (a/W = 0.1) tested in three-point bending, as shown in Fig. 12. Both configura-
tions have similar T stresses and exhibit closely similar behaviour in terms of initiation and
toughness. It would be difficult to have made such a connection without the use of the current
methodology. Indeed, the size limitations for ligaments in tension would have completely pro-
hibited the analysis and characterization of center and surface-cracked tension panels. The
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FIG. 14—The initial slope of the CTOD-Aa resistance curve as a function of T.
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FIG. 15—The initial slope of the J-Aa resistance curve as a function of T.

work has thus relaxed the limitations of single parameter fracture mechanics by using T to
characterize fracture toughness as a function of constraint and enabled the application of frac-
ture mechanics to a wider and less restrictive range of configurations.

Conclusion

T has been validated as an appropriate parameter to characterize crack tip constraint in a
wide range of fully plastic configurations. Geometries which show positive T stresses exhibit
geometry-independent toughness. An enhanced geometry-dependent toughness and resist-
ance to tearing geometry is associated with negative T stresses. The T stress correctly orders
the toughness and resistance to tearing of a wide range of through and surface-cracked config-
urations in bending and tension. This allows the use of a practical two-parameter failure cri-
terion in the form of a J-T'locus. The appropriate toughness for real structural defects can now
be matched against that of specimens with similar constraint through the use of a J-T fracture
locus, allowing the conservatism associated with the use of deeply cracked geometries to pre-
dict the behaviour of unconstrained geometries to be removed.
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Effect of Stress State on the Ductile Fracture
Behavior of Large-Scale Specimens

REFERENCE: Roos, E., Eisele, U., and Silcher, H., “Effect of Stress State on the Ductile Frac-
ture Behavior of Large-Scale Specimens,” Constraint Effects in Fracture, ASTM STP 1171, E.
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ABSTRACT: It is well-known from experimental investigations that at specific test conditions
and specimen dimensions a sudden fracture, that is, a fracture without or after very confined
plastic deformation, can occur even for materials that are characterized by small-specimen
results as “tough materials.” This effect usually is defined as a constraint effect without further
explanation as to how to describe constraint.

Different constraint definitions were considered originating from theoretical investigations of
well-known stress and deformation states of idealized nondamaged structures. As a result of these
considerations, the quotient of multiaxiality g is used to analyze the constraint effects on large-
scale specimens made of steels of different toughness.

It is possible to define a critical g-value as a local fracture criterion. From the location of this
q.-value in the ligament of the specimen and from the variation of the g-values in the ligament,
it is also possible to assess whether stable crack growth will occur or not.

KEY WORDS: constraint, quotient of multiaxiality, g-factor, cleavage fracture strength, Sandel
fracture theory, stress redistribution, stable crack extension

Specimens and components that are made of ductile materials with rather pronounced plas-
tic deformation and that contain cracks should be assessed in accordance with the methods of
ductile fracture mechanics. In the elastic-plastic stress range, the crack tip or notch tip is very
strongly plastically deformed because of the stress concentration in this region. On reaching a
material-dependent deformation limit, the crack begins to extend further. This crack growth
phase is designated stable crack extension since, in order to drive the crack forward, a mono-
tonic increase of loading is necessary. This process is dealt with on the basis of the two ductile
fracture mechanics parameters, the J-integral [ /] and the crack opening displacement (COD)
[2] 1n the form of crack resistance curves. The crack resistance curves are determined on com-
pact tension [CT, C(T)] or three-point bending specimens [TPB, SE(B)] in accordance with
prescribed test methods [3-3]. The J-integral can be interpreted as the change in strain energy
relative to the crack growth and is therefore relatively easily determined from integral defor-
mation magnitudes. By contrast, the crack opening displacement is only independent of spec-
imen geometry and size at the crack tip. The determination of the crack tip opening displace-
ment (CTOD) thus occasions great demands on measurement technology [6,7].

There is, however, no difference in outcome whether the crack resistance curve is deter-
mined from the J-integral or the CTOD. Therefore the following statements are derived from
crack resistance curves based on the J-integral, the so-called Jx curves.

! Energie-Versorgung Schwaben (EVS), Stuttgart, FRG.
? Staatliche Materialpruefungsanstalt, 7000 Stuttgart 80, FRG.
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Experimental Findings

In a large research program [8] conducted at Staatliche Materialpriifungsanstalt (MPA)
Stuttgart, the behavior of small- and large-scale specimens of different geometries, Fig. |, made
from steels of different properties was investigated. The most important material properties
are given in Fig. 2 [9].

Experimentally determined Jz-curves, which were determined on proportionally enlarged
CT specimens of thickness B = 10 to 100 mm made of a material based on the fine-grained

TPB (SECH) >
B

/

CT-500 ¢(1), B =500 mm

1117 W/
*f? N AW i :;/»

(200) (200) F (200)

F

SENT ccr DENT
SECT

B (2W) up to 1600 mm

FIG. | —Investigated large-scale specimens.
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steel 22 NiMoCr 3 7 (similar to A533 Class 2) with an upper shelf notch toughness of 90 J
(ISO-V-transverse specimens) at 65°C (Material C, Fig. 2) are reproduced in Fig. 3. The J-
values for these CT specimens are determined by the J,, method introduced by Ernst [ 10]. The
specimens, which are 20% side-grooved, show a distinct size effect on the path of the crack
resistance curves up to a value of B = 50 mm. On the contrary, the effective crack initiation
value J; is independent of size [11,12]. J; can be determined from the stretched zone as mea-
sured in a scanning electron microscope. It signifies the beginning of the actual crack extension
over the whole crack front.

This statement may be further generalized if the independence of the J;-value on the spec-
imen or component geometry is also proven. To this end relationships were derived at MPA
Stuttgart [ /3] based on a proposal of Sumpter and Turner [/4]. This method yields J values,
which for CT and TPB specimens are very close to those obtained by the J,, formuia from Ref
10. It is incorporated into a program system [ /5] with which through easily measured integral
openings (for example, loading line extension) the J-integral can be calculated online.

By way of example, the Jg-curves determined on a number of large specimens of thickness
B of 300 mm and width W or 2W of 200 mm are given in Figs. 4 to 6. From these results a
strong effect of the geometry on the crack resistance behavior becomes evident. In this it is
especially striking that the Jz-curves of the CT specimens do not form the lower boundary of
the crack resistance curves, that is, it cannot be assumed that the tearing resistance from CT
specimens will cover all components conservatively, that is, safely [ /6].

crack extension A a / mm

400.0
B=100 mm

L exp. blunting lines B=25 mm M
3000 ,/

p 0 /
/\8250 mm

&
o

200.0

J — integral / N/mm

|
KS0T (22NiMoCr37)
T=65°C,C,=90J
20% s. g

100.0

R
3.0 5.0 7.0 9.0

crack extension Aa / mm

FIG. 3—Crack resistance curves based on the J-integral determined on CT specimens of thicknesses
fromB = 10mm toB = 100 mm (all specimens 20% side grooved, Material C}.
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FIG. 4—Crack resistance curves based on the J-integral of large SENT and DENT specimens compared
with a crack resistance curve from a CT 25 specimen (20% side grooved, Material C), notch root radius p
~ 0.1 mm.
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FIG. 5—Jg-curves determined on large-scale specimens of various geometries compared with a crack
resistance curve from a CT25 specimen (20% side grooved).
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200.0
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FIG. 6—Jg curves of large DENT-specimens with different notch depths (a/W ratio}, notch root radius
p~ 0.1 mm.

In considering the same type of specimen, for example, double edge notch tension (DENT)
specimens in Fig. 6, it becomes obvious that by enlargement of the initial crack depth, the
contribution of stable crack extension becomes smaller (determined up to maximum load). In
the limiting case, spontaneous failure of the specimen occurs through fracture perpendicular
to the external loading direction when the imposed J-integral value reaches the effective ini-
tiation value J,, as in the case of the DENT specimen with a/W = 0.8 (Fig. 6). The investi-
gation of the fracture surface by means of a scanning electron microscope showed greater areas
of cleavage, Fig. 7; shear lips did not exist.

In all the investigations it could be shown that within the compass of material scatter, the
effective crack initiation value J; is independent of the specimen size and geometry, as is stated
in Fig. 8 for Material C as an example (see also Refs 11,12,15).

Comparing specimens of identical geometry, size, and loading type, one finds increasing
slopes of the Jz-curves with increasing material toughness, Fig. 9.

These experimental results show, in addition to other studies, an influence of the constraint
situation on the fracture behavior that depends on specimen shape and dimensions as well as
on material toughness. Under certain circumstances this can lead to sudden fracture after
reaching the initiation value, as in the case of the deeply notched tension specimen in Figs. 6
and 7. Since in components such situations have to be avoided, it is necessary to have another
parameter describing the constraint situation, especially in cases where a transition from duc-
tile-to-brittle fracture has to be expected.

Strength Hypotheses

For ductile materials the maximum shear stress (¢; — ¢,)/2 and the quadratic invariant J;
of the deviator of the stress tensor have proved themselves above all others as equivalence cri-
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FIG. 7—Fracture surface of the DENT specimen (a/W = 0.8, made of Material B).
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FIG. 8—Dependence of the effective J;-value on specimen thickness and geometry, Material C.
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teria in the generation of ¢,. Plastic flow commences when the equivalent stress reaches the
yield stress R, of the material as measured from the uniaxial tension test.
Assuming for three-dimensional stress states

0, = 07 = 03

the first named criterion leads to the yield condition
g, =0, — o3 = R, (1)

This is known as the Tresca or Mohr-Guest theory [17]. The second named J;-criterion
originates from von Mises [ /8] and leads to a yield condition in the form

oy = \/% [(o) — 02)2 + (o, — 03)2 + (o3 — (71)2] =R, 2

Both the Mohr and the von Mises theories contain the principal shear stresses as the char-
acterizing quantities: Eq 1 the largest and Eq 2 all three. One is therefore justified in speaking
of the principal shear stress theories, of which the von Mises represents the generalized form.

Equation 2 is also referred to as the distortion energy or shear strain energy theory because,
with the aid of the distortion energy associated with the deviator, it may be derived as an equiv-
alence criterion. This derivation assumes the validity of Hooke’s law, a limitation that is not
necessary as the use of the J; criterion by von Mises shows.

If one transforms the tensor {¢;} into its principal axis system, and in this system the stress
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state on the faces of an octahedron whose face normals form equal angles with the principal
axes is considered, then one obtains as the octahedral normal stress

O = Aoy + 02 + 03) = 0 3

and as the octahedral shear stress

Toa = % V(o) — 02 + (0; — o3 + (03 — o) 4)

In Ref 19 Nadai has treated the relationship between 7., and ¢, from von Mises in the follow-
ing manner

Toa = 0,V2/3 (5)

Yield commences when
o, = R, (see Eq | and Eq 2) (6)

or
Tow = V2/3 R, = 0.47 R, (N
Using the invariants

Ji=a +a+o 8
S, = 005 + 0203 + 030, 9)

of the stress tensor, after some algebraic operation, one finds the reduced shear stress 7,
= (Ji — 3L)/3 (10)

as von Mises actually proposed. As the equivalent stress one now obtains not a uniaxial tensile
stress but the biaxial shear stress condition. Slip processes depend on shear and hence on the
action of shear stresses. Accordingly, the onset of yield is also described in a characteristic man-
ner by 7, = 7. A simple relationship

R, =1:V3 an

exists between the yield stress in the tension test R, and the torsional yield stress 7, in the tor-
sion test.

All shear stress-free stress states can make no contribution to yield because slip processes are
excluded. Accordingly, under the effect of o, cleavage fracture must be considered as the failure
mode.

The combination of the failure threshold onset of yield with that of the cleavage fracture in
a component obviously comes down to a relationship (7,, a;) = f(o,, 73, 0;) for the character-
ization of multiaxial stress states. Such a relationship was dealt with by Hencky by use of a
representation 7, (0,) [20]. Each stress state can be characterized by ¢, and ,; this forms a
radius vector on the (o, 7,) diagram, which in the case of yield is limited by the value 7, = 7,
Fig. 10. Since 7 is independent of ,, 7 lies parallel to the abscissa o,. When failure occurs by
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FIG. 10—Sandel’s fracture criterion in Hencky’s representation. The lines q = constant represent spe-
cial stress states.

fracture, the cleavage fracture limit reaches the position of the yield point. The cleavage frac-
ture limit is dependent on ¢,. This dependence should be treated as a closed function and
should be confirmed experimentally.
On the basis of a fracture condition formulated by Sandel [ 2], the cleavage fracture depen-
dence may be represented in the form
F(o,, 60, 7,) = 0 (12)

The resulting strain of a multiaxial strain state serves as a criterion that is related to that of
the uniaxial equivalent stress state, thus

Vel + e+ € =&, V1 + 24 (13)
Using Hooke’s law and the abbreviation
n=2u(2 — u)/(1 + 24%), u = Poisson’s ratio (14)
together with the invariants (J,, J,) from Egs 8 and 9, one obtains from Eq 13
o, = Ee, = VI — 2+ n)J,, withn<1 (15)
Forn =1

o, = VJi — 3/, (16)
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The Sandel theory therefore includes the von Mises theory as a special case for n = 1. Thus,
a powerful tool for the uniform description of fracture and yield processes is obtained.
Equation 15 may also be expressed in the following form

alao, 7) = V3(1 — n)el + (2 + n)r? (17)
This elliptical equation is normalized by means of
o, = o V31 — n) (18)

and thus expressed

) ’ 24+ n (7, ’
Zo — = ) =1 19
(rzﬂ-) M n><n_fc> (19

where o represents the microscopic cleavage strength for the case that ¢, = ¢, = 0, and con-
sequently 7, = 0, Fig. 10.

Although up to now ¢, has not been successfully determined by experiment, the physical
reality of the quantity is indisputable. It characterizes the resistance of the material to unstable
crack extension without being influenced in any way by assumed plastic deformation pro-
cesses. Yielding is suppressed by the equal universal tension stress state. In Fig. 10, in addition
to the yield condition r, = 7, the cleavage fracture curve r,(s,) in accordance with Eq 19 is
plotted. The attainment of the cleavage fracture strength is in general very localized, and the
component tears in this region. The surrounding areas can, however, exhibit completely plas-
tic deformation. This condition, observed from fracture-element (FE) analysis, does not con-
flict with Eq 19 as unstable fracture is only postulated for the region as oy 1s attained. Unstable
fracture of the component occurs, however, if, because of the stress state, regions of large cross-
section draw near to the sections of the curve, which indicate fracture as represented in Fig.
10.

Characteristic Quantities of Multiaxiality

By multiaxiality or three dimensionality of a stress state is meant a triplet of values (o}, o,
a3) as compared with (s,, 0, 0), in which it is customarily assumed that s, > 0. If one wishes
to determine the influence of multiaxiality on material properties and hence draw conclusions
as to the differences between uniaxially loaded specimens and multiaxially loaded compo-
nents, then a description by means of

F(o), 02, 05) = 0 (20)

will not suffice. One must undertake a reduction to a quantity R(s,, 6,5, 03) that experiences
characteristic changes according to how a stress state of a varying degree of multiaxiality affects
the impediment or facilitation of slip or cleavage processes in the material. The reduction with
the aid of (g, 7,) presents itself immediately in accordance with the exposition in the previous
section and a connection in the form of a multiaxiality quotient [22,23]

q= 7'r/UO (21)

that takes into account the mutual relationship of both the pure shear and the universal ten-
sion, which in the ideal case triggers slip deformation or cleavage fracture mechanisms in the
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material. Clearly g describes the slope of straight lines through the origin in the (g5, 7,) coor-
dinate system, Fig. 10. Since in the (g,, 7,) coordinate system the shear yield and cleavage frac-
ture strength limits can be indicated in a simple manner—Eqs 11 and 19—the following dis-
tinctions may be arrived at: radial lines of stress states whose ¢ is so large that they intersect
the shear yield limit before reaching the Sandel limit curve indicate degrees of multiaxiality
that make yield possible. If the radial line having a low g hits the limit curve for fracture
directly, then a degree of multiaxiality is present that excludes yield. The critical degree of mul-
tiaxiality g, is characterized by the point of intersection of the shear yield limit 7 and the San-
del limit curve for fracture. For this the following relationship holds [24]

3(1 — n)
= 1500 = (740 2 22
% = 7r/o0 = (refo) ﬁ— n) — @ + A)rea) 22

Equation 22 signifies that multiaxial stress states for which

q(UOs Tr) = qr(l‘s TFs Uft) (23)

must lead to cleavage fracture without prior yielding. Hence a material-dependent minimum
condition for q is established.
A further minimum condition for g results from the stress states produced by form closure.
From the condition F(oy, 6,, ;) = 0 these stress states may be expressed by

sz=0:2—y(1+2)=0 24)
o, o,
and
e3=0:5—,‘(1+2)=0 (25)
251 ]
For
82=Oand83—0———=;¢/(1—;1) (26)
o, o,

From this dependence of the stress state produced by form closure, this minimum condi-
tion, which depends on g but not on 7,/s,. [25], follows

V3 (1 -2

5 W+ )’ u <05 27)

q:

This condition is valid if plastic flow, that is, 4 = 0.5, is ruled out by constraint. Fore; = 0
and u = 0.3, this is for the case of plain strain for linear elastic fracture mechanics (LEFM), g
= 0.266 [25].

Other means of expressing ¢ result from the relationships between (o, 7,) and the fracture
and yield conditions based on (J,, J;). The following identities may be quoted
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g V3 V3 28)

where 0y = 04
Instead of ¢, various other characteristic quantities for the characterization of the degree of
multiaxiality exist. They may be summarized as follows

from Refs 26-28 T =oo, =1—«x (29)
from Refs 29,30 h = op/o, (30)
from Ref 31 R=V3-— q (31)
from Ref 32 ¢ = o4/0, (32)

Obviously g represents a combination of = and ¢. The expressions for 4 and R differ from ¢
only in their formal constitution without going beyond g in the statement; = and c at any given
time do not take into account the effect of o, or ,. Most crucially, the equivalence of the triplet
of values (o, 0,, 03) is estimated differently with respect to its degree of accommodation from
the quantities g, =, and ¢ [22,23). Moreover, 4 displays a singularity {# = ©0) in the case of
the hydrostatic stress state: for this important limit, case / therefore becomes unusable as a
characteristic quantity. The singularity ¢ = o for the case where o; = —¢, with o, = 0 is of
no importance because, in connection with critical multiaxiality and danger of cleavage frac-
ture, only tensile stress states are of interest.

Whether one decides upon g or R as the characteristic quantity is a question of the preferred
numerical order and interval spread in specified ranges of values.

All things considered, a comparison of the alternative characteristic quantities gives an indi-
cation that the use of the quotient g for the description of the degree of multiaxiality of the
stress states offers advantages over the others owing to the rigor of its underlying assumptions
and 1s to be preferred, as has been done for the subsequent studies on constraint behavior.

Quantification of Constraint in Fracture Mechanics Specimens

To quantify the constraint in specimens and components it is necessary, as stated above, to
have knowledge of the stress distribution in the ligament. For these reasons, the behavior of
all the experimentally investigated specimens described in the experimental findings section
was calculated using elastic plastic finite element methods. Results and details on the methods
used are reported in Refs 8 and 25; the most important results are given in the following.

Determination of Cleavage Fracture Strength

In Fig. 11 results of a finite element computation of a large DENT specimen (B = 300 mm,
2W = 200 mm, a/W = 0,5) are plotted. The calculation was performed for Material B (Fig.
2)and a temperature of 80°C, that is, the beginning of the upper shelf level of the notch impact
energy curve. Experimental results for this specimen expressed in terms of J versus Ag are
given in Fig. 6.

In Fig. 11 the plastic zone sizes for different net section stresses o, up to the experimentally
determined maximum load (=~¢, = 520 MPa) are given as well as the stress o.. and the result-
ing g-values.
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As can be seen, the stress distribution was rearranged with increasing nominal stress, though
only in the crack tip region; here g changed from 0.28 to 0.34 over the range of loading inves-
tigated. Some noteworthy conclusions may be established from these results.

If no stress redistribution occurs as a result of local plastic deformation, then a minimum ¢
of 0.28 near the notch tip must be reckoned with.

In general, FE-calculations are not successful in determining the stress patterns and quan-
titative stress values reliably, if very large gradients exist, as is the case in the specimens con-
sidered. Because of the very fine mesh employed in the region of the crack tip and the fact that
the minimum ¢, value occurs in a region in front of the notch tip in which the high gradients
are already diminished together with the nature of the multiaxiality quotient g as a stress rela-
tionship, it may be taken that the g,-values so determined do justice to the actual
relationship.

If one applies Eq 22 just to the determination of ¢, 7, is known from Eq 11, and g, is taken
as 0.28 as the minimum g¢-value from Fig. 11, one obtains

1(1 2+ n

. = R, e e N
% 3\ T30 =0

) ~2.57 - R, (33)
with n from Eq 14.

This result is not incompatible with those of earlier investigations [ 33,34]. By way of exam-
ple, the micrograph of a large DENT specimen of a high toughness fine-grained steel 20
MnMoNi 5 5 (Material D, Fig. 2) confirms that local material severances occur in the speci-
men interior in the region where ¢ ~ ¢, = 0.31, Fig. 12, which leads to a o,-value of ~2.4 -
R.. Also a g.-value of 0.31 could be confirmed by analytical considerations [25].

On the Necessity of Fracture Mechanics Assessments

The highest degree of multiaxiality of the stress state is attained immediately in front of the
crack or notch tip, see Figs. 1 1 and 12. In thisregion, which generally coincides with the highest
stressing and multiaxiality, the first material separation begins to occur, Fig. 12.

This, however, only applies to cracks and sharp notches. With decreasing notch acuity, that
1s, increasing notch root radius p, this region of maximum stressing is displaced from the areas
close to the surface of the specimen or component center. In this case, failure begins by local
separation processes in the interior of the component; this means that evaluation by fracture
mechanics methods is no longer reliable. To show this effect, specimens with various notch
root radii from a material similar to Material C, Fig. 2, were investigated [35].

From these results, conclusions can be drawn which indicate that with the aid of the mul-
tiaxiality quotient g the limits of applicability of fracture mechanics methods can be estimated,
Fig. 13. If the location of the g,,, values is close to the notch tip in relation to the ligament
length, the application of fracture mechanics methods is necessary in contrast to cases where
the gni,-location is remote from the notch tip (cited from Fig. 13) and the failure process starts
in the center of the specimen.

Even if quantitative data concerning the value of y, are presently lacking, one may roughly
estimate the maximum permissible distance y, of the point of ¢,,, from the notch tip for frac-
ture mechanics analysis still to be able to be applied.

Estimation of Stable Crack Growth Subsequent to Initiation

In Fig. 14, the calculated ¢,,;,-value from the individual loading steps are plotted against the
related J-integral for the single edge cracked tension specimens shown in Fig. 9. From this it
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FIG. 12—Distribution of q in the ligament of a large DENT specimen at maximum load and micro-
graphic section through plane of the specimen after test.

is clear that the diverse crack growth behavior cannot be classified by means of g, as one
might expect; the ¢,,,-values in the region immediately in front of the crack tip are practically
the same and independent of the specimen form [36]. The same also applies for the other
specimens from Figs. 3 to 6.

An evaluation of the stable crack extension capacity can be made if the pattern of the ¢-
value in the ligament is taken into consideration. In principle the different crack resistance
behavior of the single edge cracked tension (SECT) specimens in Fig. 9 can be explained in
this way. As expected, in the linear-elastic stressing range the pattern of ¢ in the ligament is the
same for all specimens independent of the toughness level. With increasing loading and
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FIG. 14—Minimum value Q.;, ahead of the crack tip as a function of the J-integral of the SECT speci-
mens from Fig. 9.

because of the higher toughness of Material A, the stresses are redistributed as a result of wide-
spread plastic flow, the degree of multiaxiality of the stress state being thereby reduced, which
manifests itself in the displacement of the path of the multiaxiality quotient g to higher g val-
ues, Fig. 15. '

In the specimen of the low toughness Material B, only narrowly limited plastic flow in the
crack tip region occurs so that the g pattern only deviates from that of the linear elastic con-
dition in this region, Fig. 15. Correspondingly, the derivative of g across the ligament in the
latter specimen is practically independent of the loading and lies in the region of zero, while
in the specimen of Material A the slope of dg/dyis a function of the loading and with increasing
plastification diverges more sharply from zero.

Looking at the specimen geometry and size as the varying parameters, the vanations of g
are determined, Fig. 16, for both of the specimens that form the upper (CCT) and lower
(DECT) bounds of the band of Jg-curves in Fig. 5. For the CCT specimen a rapid rise of g
results in values greater than 0.6 at a distance of 50 mm from the crack tip and more than ¢
= 1.0 for greater distances. In the DECT specimen the g value remains low in the whole lig-
ament, that is, a high multiaxial stress state acts. Accordingly, both the stable crack growth and
the tearing resistance are significantly less in the DECT specimen than in the CCT specimen.
This also shows itself in the derivative of the g-factor dg/dy across the ligament. For the DECT
specimen the value of dqg/dy across the ligament is closer to zero compared to the CCT
specimen.

From these first exemplary analyses it may be deduced that for small multiaxiality quotients
in the ligament (g ~ 0.3) and the derivative dg/dy ~ 0, only very little or no stable crack
extension can be expected, that is, if g( ) and dg/dy are not functions of the loading. This can
be explained by another example of the DENT specimen with a/ W = 0.8 from Fig. 6, which
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FIG. 15—Distribution of q and dq/dy across the ligament of the SECT specimens from Fig. 9.

failed without stable crack growth. The g-values of this specimen remain constant at g, ==
0.29 and dg/dy = 0 over large parts of the ligament, especially close to the specimen center,
Fig. 17.

Increasing stable crack growth appears if the above-mentioned conditions are not observed,
that is, if a marked load dependence of the quantities g( v) and dg/dy are evident. In this case
the multiaxiality of the stress state is reduced by stress redistribution as a consequence of plastic
flow.

If in the linear-elastic condition dg/dy # 0, that is, the value of g increases across the liga-
ment, pronounced stable crack growth is to be expected, even if ¢ # f(loading).

Conclusions

From the test results of large-scale specimens, it is a well-known fact that fracture may occur
after smaller plastification than expected from small-scale specimen test results,

Occasionally, very high states of multiaxiality may arise in components in the case of suf-
ficiently sharp transitions in geometry or in the presence of cracks because, despite excellent
deformation capability of the material, deformationless fracture is practically inevitable.
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FIG. 16—Distribution of q across the ligament of the DECT and CCT specimens from Fig. 5. The deriv-
ative of q, dq/dy, across to the ligament for both specimens is also shown.

If one generates from the principal normal stresses (o, 0,, o), the multiaxiality quotient ¢,
which represents a characteristic quantity for the degree of multiaxiality of the stress state, the
effect of the stress states on the strength and deformation behaviour of a component can be
estimated. In so doing, stress redistributions as a consequence of plastic flow processes are also
determined.

With the aid of the Sandel fracture theory, which includes the von Mises yield theory as a
special case, the critical g-value g, that characterizes the stress conditions leading to low defor-
mation fractures, if ¢ << g, can be calculated. Where g > g,, ductile fractures are to be expected
accordingly. This value was confirmed by finite element calculations on sharply notched large
specimens. Using the g.~value it was possible to estimate the microscopically observed cleavage
fracture strength. Furthermore, by the determination of the variation of g over the notch cross
section, it is possible to pronounce whether fracture mechanics methods may be applied for
calculation of the failure loading,

The investigations have shown that the multiaxiality quotient g that characterizes the degree
of multiaxiality of the stress state represents a characteristic quantity with which, in combi-
nation with fracture mechanics methods, the failure behavior of components, even with
respect to stable crack extension, may be estimated more accurately.
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ABSTRACT: The quantities describing constraint and triaxiality and their relation with each
other are discussed for various loading conditions and specimen geometries by comparing
numerical simulations of crack growth based on the J-integral concept and on micromechanical
damage models with the corresponding experiments.

It is shown that the “geometry dependence” of Jz-curves is a natural feature due to different
patterns of plastic flow and micromechanical processes depending on the local stress state.
Hence, this dependence cannot and should not be overcome by manipulating the definition of
J. A pragmatic definition of a local triaxiality parameter is given that gives reliable and repro-
ducible results. A linear relationship is found between the triaxiality and the tearing modulus of
various specimens of the same material.

KEY WORDS: constraint, triaxiality, ductile fracture, tearing resistance, micromechanical
models, J-integral, J-resistance curve, geometry effects

The influence of crack tip constraint and stress triaxiality on ductile fracture has been
emphasized recently in explaining the geometry-dependent resistance of specimens and struc-
tures to ductile tearing. As this is of major importance for the assessment of structural integrity
by means of fracture mechanics concepts, it seems worthwhile to discuss the underlying idea
and physical significance of constraint.

Constraint is a structural feature that inhibits plastic flow and causes a higher triaxiality of
stresses. It therefore may promote fracture because the input of external work, for example,
measured by J, will to a lesser part be dissipated by plastic deformation but be available to
enhance material degradation and damage. However, an engineering application of this con-
cept requires a unique description of the quantities constraint, triaxiality, damage, and so on,
allowing the quantitative evaluation of the involved parameters, for example, by finite element
analyses. Although there is no doubt that the resistance against ductile tearing depends on the
constraint or triaxiality of stresses, the problem still to be solved is how to define and quantify
this parameter in a significant, reliable, and reproducible manner. Different definitions and
measures are in use and impede a comparison of various approaches to account for constraint.

On the micromechanical level, stress triaxiality influences void growth and thus the devel-
opment of damage in the process zone. Constitutive equations that account for damage ase.g.
Gurson’s model, are hence able to describe the physical effect of constraint on the tearing
resistance as well. Both approaches will be used to describe the “geometry” effect on Je-curves.
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FIG. 1—True stress strain curves of investigated steels from tension tests.

Three different steels, i.e. the German standard steels StE 460 and 20 Mn Mo Ni 5 5 and the
American A710, two having significantly different mechanical properties (Fig. 1) and fracture
toughnesses, are investigated. Various specimen geometries under bending and tension have
been tested and analyzed by finite element (FE) calculations. The results, which have been
obtained independently at two different research institutes, BAM Berlin and FhIWM Frei-
burg, show that the correlations between the tearing modulus and the stress triaxiality are reli-
able and reproducible. As the tested specimens were side grooved and plane strain conditions
were assumed for all calculations, only the effects of in-plane constraint are covered by the
present investigations.

The Ductile Failure Process

An extensive survey of microstructural aspects of crack initiation and crack propagation
may be found [/]. Introducing substantial simplifications, the fracture process for most of the
structural steels may take place by either:

1. By the formation of microcracks and their coalescence, usually in an unstable manner.
2. By the formation, growth, and coalescence of (micro)voids, usually in a stable manner.

In the first case of brittle or cleavage fracture, only little plastic deformation is involved. The
energy dissipation is low, and the appearance of the fracture surfaces is bright. The fast-prop-
agating unstable crack may pass through or around grains. The introduction of a critical cleav-
age stress made the quantitative description of these processes possible.

In the second case of ductile fracture, significant amounts of plastic deformation are
involved. Void formation takes place by decohesion of the particle-matrix interface, usually
at nonmetallic inclusions. With increasing stresses and strains, the voids grow larger until they
reach a critical size when they coalesce, mainly by localized shear failure of the matrix between
voids. The fracture surfaces show dimples and appear like honeycomb. In view of the plastic
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deformations involved, a critical failure strain was used by many authors (for example, Ref 2)
to describe the onset of failure.

The growth of voids was investigated by McClintock [3], Rice and Tracey [4], and by Budi-
ansky et al. [5], all of whom found an exponential dependence of the growth rate on the stress
triaxiality that 1s well in agreement with experimental observations. The size and shape of
voids calculated at the experimental failure load came out much smaller than expected. The
coalescence process can, therefore, not be explained by the failure of the matrix in a homo-
geneous strain field. Instead, localized (for example, shear) deformation modes between voids
must be considered in the final phase.

In terms of continuum mechanics, cracks represent singularities of the strain and/or stress
fields. A measure of the singularities in the case of a nonlinear elastic material is the J integral.
In combination with suitable material parameters, it may be used to describe the criticality of
a crack.

The consideration of conservation laws within the theory of elasticity lead to the observation
by Eshelby [6] that the generalized (material) force on a defect in an elastic solid could be
expressed as a surface integral of the energy momentum tensor. Cherepanov [7] and, inde-
pendently, Rice [8] introduced path-independent integrals for the evaluation of two-dimen-
sional crack problems. Rice’s work especially gave a significant impulse towards the applica-
tion of the J integral in cases beyond the limits of linear elastic fracture mechanics (LEFM)
based on the K concept.

The starting point of Rice’s considerations was the assumption of elastic (linear or nonlin-
ear) material behavior. This implies that the stresses can be derived from a potential, the strain
energy density, which is a unique function of stresses or strains. On that basis it was not only
shown that J is path independent but also that J is equivalent to the energy release rate. This
latter interpretation established the correlation with the K concept of LEFM via the energy
release rate G and, therefore, the potential of J as a fracture parameter became evident.

Begley and Landes [9,10] used J as a fracture criterion parameter and proposed a multi-
specimen procedure to measure the material fracture toughness J,.. To avoid principal difh-
culties arising from a multispecimen technique, Rice et al. [1/] proposed estimation tech-
niques for J from a single load-displacement record. The acceptance of the J-integral concept
was promoted by the fact that J is easily determined by both experimental and numerical
analyses.

By plotting J from their original results versus crack length change, Aa, Begley and Landes
[12] derived the J integral resistance curve as a characterization of the material resistance
against ductile tearing after initiation. The application of J-resistance curves to the evaluation
of crack stability under ductile conditions was established by Paris et al. [/3] and Hutchinson
and Paris [ /4], who introduced a tearing instability theory.

A major concern regarding the application of J to materials described by an incremental or
flow theory of plasticity (as is the case for most of the structural materials like e.g. steels or
aluminium alloys) came from the fact that the theoretical basis of J was within a deformation
theory of plasticity. The Jintegral evaluated on the basis of deformation theory was considered
a valid fracture parameter, provided that J uniquely defines the stress and strain field in the
vicinity of the crack. For plane situations and for certain approximations to the stress-strain
curve, asymptotic solutions for the stress and strain field in the vicinity of a crack, the so-called
HRR field, have been derived by Hutchinson [ /5] and Rice and Rosengren [/6]. Much atten-
tion has, therefore, been paid to investigate under which conditions and to what extent the real
stresses approach the HRR plane strain solution [77-19], which is supposed to be the most
severe stress state.

In the case of crack extension, the assumption of proportional loading is not valid, but the
possible error was considered tolerable if the relative amount of crack extension stayed within
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certain limits and if it was ensured that the nonproportional loading zones (elastic unloading
and nonproportional plastic loading) at the crack tip was surrounded by a much larger zone
of nearly proportional loading controlled by the HRR field [ 14].

J represents the force on a defect and is in the linear elastic case equivalent to the crack-
driving force or energy release rate G in the Griffith sense. Griffith [20] proposed a fracture
criterion in which the reduction in strain energy of a material containing a crack, when the
crack extends, could be equated to the increase in surface energy due to the increase in surface
area. The term “energy”” means elastic energy that is recoverable by the system and may be
used to drive the crack. The only dissipative term is the surface energy of the newly formed
crack surfaces during crack extension.

The fact that for many materials a significant part of the work performed on the specimen
or component is used to build up a plastic zone and is therefore no longer available to drive
the crack has been the reason for additional concern. Especially the fact that significantly dif-
ferent J resistance curves were measured from different specimen geometries has led to the
introduction of modifications to the original J integral (for example, Miyamoto et al. [2]] and
Ernst [22]).

Crack Tip Constraint and Triaxiality of Stresses

The effects of crack tip constraint are well known, qualitatively, but still no reliable defini-
tions exist to quantify these effects. After the discussion of different definitions of constraint
and triaxiality, a few results will be presented in the following which have been obtained by
two-dimensional elastic-plastic finite element (FE) analyses. Plane strain condition was
assumed as an appropriate model for side-grooved specimens. The elastic-plastic analyses use
an incremental theory of plasticity by von Mises, Prandtl, and Reuss in an updated Lagrangian
formulation. Some of the analyses simulated crack growth by a combined node shift/node
release technique [23]. The utilization of a local damage model for the numerical analysis of
ductile rupture [24] will be explained in the next section.

A global measure of constraint is the plastic constraint factor

L="=>1 (1)

defined by the ratio of the actual collapse load, F,, of a flawed structure over the ideal plastic
limit load, F,, of an unflawed body of the same net section, thus quantifying the restraint of
plastic flow due to the presence of a flaw. This factor allows the setting up of a rank correlation
between different specimen geometries (see Table 1 and Ref 25) but is not suited to charac-
terize the local variation of crack tip constraint in a structure.

TABLE 1—Constraint and triaxiality parameters of various
specimens: results from finite element calculations (plane strain),
material 20 Mn Mo Ni 5 5.

W,

Specimen mm a/W L d,' K., ho
CT 50 0.5 1.69 2.35 4.1 2.8
DECT 125 0.8 1.70 2.01 3.8 2.5
CCT 125 0.8 1. 1.68 3.3 1.7
CCT 125 0.1 1.16 1.70 34 1.8

For J = 150 N/mm, Aa = 0.
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The local constraint at the crack tip may be measured by the ratio of the load parameter, J,
over the resulting characteristic deformation, crack tip opening displacement (CTOD), nor-
malized by the yield stress, og, since less CTOD at a given J means more crack tip constraint
[26]. The linear relationship between J and §,

2

can be derived from the two-dimensional HRR theory. In a three-dimensional structure the
ratio d; ' may vary along the crack front.

The tensile stress criterion relies on the maximum principal stress. Thus, the plastic stress
concentration factor, defined for Mode I loading by

3

A0
Kg,,(z) = max <0)J(r’ ’Z)>
r 8#=0

O

is relevant for cleavage fracture phenomena. It establishes the same hierarchy of specimen
geometries as L and d, ' (see Table 1). However, as normal stresses in FE calculations are sub-
ject to numerical oscillations near the crack front, its reliability is limited.

A physically significant definition of the triaxiality of the stress state resulting from crack tip
constraint is given by the ratio, 4, of the hydrostatic stress, o,, or first invariant of the stress
tensor, which does not cause any plastic deformation, over the von Mises effective stress, o,,
(which is the square root of the second invariant of the deviatoric stresses) being responsible
for plastic flow.

oh(raeaz) — \/5 Ok
0(’(r70’z) 3 \/§ % 0;10;[

This idea dates back to Hencky’s diagram [27] of effective shear stress, 7, = o,/ V3, versus
hydrostatic stress. The physical meaning of this ratio was substantiated by the investigations
of McClintock [3] and Rice and Tracey [4], who found that the growth rate of cavities in per-
fectly plastic matenals is proportional to exp (30%/20,), where 0™ and o, are the remote mean
or hydrostatic stress and the yield stress, respectively. For a hardening material the yield stress
equals the actual von Mises effective stress, o,, under fully plastic conditions. Apart from the
multiplying coefficient, the exponential is equal to 4. Figures 2a and b show the variation of
0,/0,1n the ligament ahead of the crack tip for a compact specimen (CT) and a center-cracked
panel (CCT) of two different materials, the German standard steel St E 460 and the American
A710. The FE calculations performed at BAM and FhiWM, respectively, used two different
constitutive models, the incremental theory of plasticity by von Mises and a damage model
described in the next section. Despite these basic differences in material properties and con-
stitutive modeling, the results for the respective specimen geometries agree quite well and show
significantly different triaxiality between the two geometries, CT and CCT.

At this point it is not possible to decide which of the parameters defined above is to be pre-
ferred. Different specimen geometries can be put in an order of constraint by any of these
quantities (see [25] and Table 1). Generally, bend specimens like CT and single edge cracked
bending (SECB) have a higher constraint than tension specimens like CCT and single edge
cracked tension (SECT); thickness and/or side grooving raise the constraint. Advantages and
drawbacks exist for each of the parameters.

h(rd,z) = 4)
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1. The global plastic constraint factor can be determined rather easily and reliably, even in
experiments, but it is not suited to characterize the local variation of crack tip constraint
in a structure.

2. The local ratio d, ' is strongly dependent on the hardening exponent, #, for high hard-
ening, which may even outweigh the discrimination between plane strain and plane
stress. The definition of CTOD, §,, is normally restricted to a stationary crack and would
have to be extended for a growing crack.

3. The range of values the ratio # may take between the limiting cases of plane strain and
plane stress is much wider than that of d; ', giving it a much better quantitative signifi-
cance. But as the evaluation of 4 requires nonlinear FE calculations in any case, it will
depend on the FE mesh and the solution strategy more than CTOD and J do. In addition,
the underlying stresses are usually subject to numerical oscillations along the crack front
in three-dimensional problems.

Despite the fact that various authors [25,28-31] use the ratio & = o¢,/0, or its reciprocal as
an appropriate measure of stress triaxiality, there are still some unsolved problems. Unlike §,,
the ratio / is a local field quantity that varies not only with the crack front coordinate, z, but
also with the distance to the crack front, r, and the ligament angle, 6. Hence, an additional
assumption has to be made in order to decide which value is to be taken. This assumption is
not only necessary to obtain reproducible numbers but will also be a question of physical
importance. It may require the introduction of another material parameter, for example, some
critical length, L, over which 4 is measured.

A few proposals how to determine the stress triaxiality exist. HRR theory and finite element
(FE) analyses show that for Mode I problems o0,/0, has its maximum in the ligament, 8 = 0.
Kordisch et al. [28] extrapolated /(r) to the crack tip, r — 0, from a small strain analysis
whereas Brocks et al. [25,30] used the maximum value ahead of the crack tip obtained from
a geometrically nonlinear updated Lagrangian formulation. In a recent paper, Clausmeyer,
Kussmaul, and Roos [37] took the slope d(h~')/dx to account for the shape of the curve in the
ligament. Further studies are necessary before a widely accepted definition of constraint or
stress triaxiality seems possible.

If incremental theory of plasticity is employed and if crack tip blunting i1s modelled, the ratio
of triaxiality, A, has its maximum a small distance away from the crack tip followed by a rather
linear decrease of the curve up to several millimeters. However, whether this maximum is
picked up accurately enough depends on details of the finite element mesh. It is, therefore, not
suited to define a characterizing and reproducible measure of the traxiality. Therefore, in the
present paper the ratio of triaxiality, &,, has been calculated by a linear extrapolation to the
crack tip, (x-Aa) — 0, from the approximately linear branch of the #(x-Aa)-curve (see Fig. 3).

The Physical Effect of Constraint on Ductile Crack Growth

Figure 4a shows the fundamental dependence of Jk-curves on the specimen geometry for
the steel StE 460 [32]: The tensile-loaded center-cracked panel (CCT) apparently has a higher
tearing resistance than the bending-loaded compact specimen (CT), that is, more external
work 1s needed for the CCT specimen to drive the crack by a given amount Ag as more energy
1s consumed by plastic dissipation. Besides the type of loading, bending, or tension, the spec-
imen size, thickness, width, and side grooving of the specimen influences this balance of
mechanical work and, hence the Jz-curves obtained. Figure 45 gives a few examples. This
“geometry effect” is unquestionable with respect to the slopes of the Jz-curves, d.J/da. Whether
or not the initiation value, J, is affected by the specimen geometry, too, is not yet clear. As the
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point of physical initiation is difficult to identify experimentally, little evidence exists. Com-
monly, J; is supposed to be a material constant, but there is some indication contrary to this
assumption (see Ref 33). The present paper is restricted to the correlation of the slopes of the
R-curves or tearing moduli

== (5)

with the triaxiality of the stress state as defined by Eq 4 and Fig. 3. Table 2 gives the results for
the two tested and analyzed specimens, CT and CCT, at initiation. The tearing modulus was
determined from a quadratic curve fit of all the experimental data obtained in single specimen
technique tests (see Fig. 4a).

The dependence of J resistance curves on the stress state is not only due to the fact that J as
a loading parameter measures plastic work performed on the cracked specimen and that the
amount of plastic work depends on the slip line pattern that develops out of the crack front
and reaches the opposite free surface of the specimens when tested into the plastic collapse
regime. Even the micromechanical process of ductile tearing, namely void nucleation, growth,
and coalescence, depends strongly on the state of stress in the process zone.

Recently, a series of micromechanical models based on the concepts of continuum damage
mechanics have been established to find alternatives. One of the new methods for ductile frac-
ture analysis based on a yield condition by Gurson [34] has been developed and modified by
Needleman, Tvergaard, and others [35-39]. In this material model the plastic flow is influ-
enced by microscopic voids which are represented by a single parameter, the void volume frac-
tion. This model had been used to predict J resistance curves from the behavior of notched
and smooth tension bars [24,40]. Here this model will be applied to different specimen and
loading situations in order to investigate the correlation of crack tip constraint with the slopes
of the resistance curves.

The basis for the modified Gurson model is a plastic potential ¢ applicable to porous solids
given by

3oi0

¢=—2ﬁ+2qfcosh(%i>—[l +(gf)]1=0 (6)

Here, 0, and o/, are the stress tensor and its deviator, respectively, o,, is the flow stress of the
material, fis a function of the volume fraction of voids representing the accumulated damage,

TABLE 2— Tearing modulus and triaxiality at initiation, plane strain analysis for side-grooved
specimens of various materials.

W, Constitutive

Specimen mm a/Ww Material Model T; hy

CT 50 0.5 StE 460 von Mises 160 261
CCT 50 0.5 oo = 460 MPa 425 1.12
CT 50 0.5 20MnMoN:i55 von Mises 141 2.80

a9 = 460 MPa

CT 50 0.6 A 710 Gurson 277 2.76
SENB 50 0.6 oo = 619 MPa 398 2.45
CCT 100 0.6 781 1.40
SENT-C 50 0.6 687 1.69
SENT-P 50 0.6 296 2.60

SENT-S 50 0.t 715 1.59
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and the parameter g was introduced by Tvergaard [38] to improve the prediction of the Gur-
son model at small fvalues. If freaches the limit 1/g, the material loses its load-carrying capac-
ity because all stress components have to vanish in order to satisfy Eq 6. A detailed description
of the evaluation of fis given in [ 24,40]. Because for small fthe von Mises equivalent stress o,
isequal to the flow stress o,,, it is evident that ¢ is strongly dependent on the ratio of the hydro-
static stress over the von Mises equivalent stress, 0,,/30,.

The constitutive equations of damage ailow simulation of the ductile tearing behavior of
cracked specimens and structures without the use of any kind of resistance curve. Instead of
this, the damage parameters of a specific material have to be determined, which can be done
by tension tests and quantitative optical microscopy. In addition, for cracked specimens, a
characteristic material length, /., has to be introduced. This /. is, most likely, correlated with
microstructural features, for example, the inclusion spacing. It can be determined from
cracked specimens [24,40]. Jr-curves of different specimen geometries can thus be generated
by finite element calculations. After implementing the modified Gurson model into the finite
element program ADINA, these analyses have been executed for the steel ASTM A710. Figure
5a shows a remarkable agreement between the calculated J versus Aa curve of a compact spec-
imen and the measured R-curve of a side-grooved specimen. It also shows that the analysis of
a CCT specimen yields a Jz-curve that is much steeper than that of the CT specimen as was
found in experiments (see Fig. 4a). Although the toughness of the steel A710 is significantly
higher than that of StE 460, the calculated variations of the stress triaxiality, A, in the ligament
are quite similar as was shown in Figs. 2a,b. This confirms that /4 primarily characterizes load-
ing and structural features.

Additionally, single-edge cracked specimens under bending (B) and tension (T) have been
investigated by the same model. Their Jz-curves in Fig. 5b reproduce the well-known geometry
effects though corresponding test data are not yet available. The tearing modulus, Eq 5, and
the triaxiality A, according to Fig. 3 are evaluated at initiation for all these specimens and listed
in Table 2 together with the results for the steel StE 460.

All data from Table 2 that refer to crack initiation only in different specimen geometries and
for different materials are plotted together in one diagram in Fig. 6. In addition, the results of
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FIG. 6—Triaxiality and tearing modulus, various materials and specimens.
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a J-controlled elastic-plastic crack growth analysis of a CCT specimen made of StE 460 [30]
are included up to a crack growth of Aa = 1.5 mm. In Fig. 4 the experimental J(Aa) data and
the polynomial curve fit used for calculating 7(Aa) are shown. The corresponding /4,- values
are taken from Fig. 5b. The T versus h, diagram shows a linear dependence between the tearing
modulus and the triaxiality. This holds not at initiation (Table 2) but, at least for the CCT-
specimen, also for a small amount of stable crack growth, that is, 7(Aa) decreases when hy(Aa)
increases. This correlation does not work for steady state crack growth as A, approaches a sat-
uration value (see Fig. 5b).

Conclusions

The influence of the state of stress in the process zone ahead of a crack front on initiation
and ductile crack extension has been demonstrated for two different steels utilizing different
experimental and numerical techniques including micromechanical damage models.

The appropriate quantitative assessment of constraint is possible by nonlinear finite element
analyses but depends on details of the numerical models. In order to make findings from dif-
ferent studies comparable, a pragmatical extrapolation scheme has been proposed to define a
constraint parameter A,.

With increasing stress triaxiality /,, the slopes of the resistance curves decrease within each
material obviously in a self-similar way.

The dependence of the slope of the resistance curve on constraint and therefore on geometry
and size of the specimen or structure is an inherent feature of the ductile failure process. It is
in particular supported by all available micromechanical failure models. This fact should,
therefore, not be overruled by modifications of the J-integral.

The trends and correlations found in several studies will facilitate the transferability of
toughness values and resistance curves from laboratory specimens to real structures by taking
into account the constraint in the specimen and in the structure.

It would be important to verify the results reported here by experiments with other mate-
rials, specimens, and structures. Especially the problem of ductile crack initiation in different
specimen types needs further experimental investigations.
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ABSTRACT: This study examines the feasibility of predicting the fracture toughness for struc-
turally relevant situations (shallow cracks in thick plates) based on toughness values measured
with experimentally convenient specimen geometries (deep cracks in small specimens). The
cleavage fracture toughness, J,, of ASTM A515 Grade 70 steel plate was measured using single
edge notch bend specimens. Specimen size and initial crack depth were varied to obtain J, values
over a range of constraint conditions. The results of these experiments indicate that crack depth
and thickness cannot be traded off against each other to achieve the same constraint and thereby
the same fracture toughness. The absence of this simple trade-off is due to the greater effect of
crack depth than of specimen size on J, and to the scatter in fracture toughness data characteristic
of temperatures in the transition range. Alternative techniques for determining structurally rel-
evant toughness measures from specimens based on recently proposed constraint parameters
were therefore examined. These various parameters divide into two categories: those which index
constraint and those which correct for constraint. Application of these constraint parameters to
the AS515 data indicate that all of the currently proposed techniques can account for the con-
straint-induced changes in cleavage fracture toughness. However, the feasibility of applying these
techniques during a structural fracture safety assessment depends upon the experimental com-
plexity and cost associated with fracture toughness determination and the ease with which the
constraint parameter can be calculated for a structure.

KEY WORDS: constraint, fracture toughness, cleavage, size effects, T-stress, Q-stress,
micromechanics

Standardized fracture toughness testing procedures require both sufficient specimen thick-
ness to ensure predominantly plane strain conditions at the crack tip and a crack depth of at
least half the specimen width. Within certain limits on load level and crack growth, these
restrictions ensure the existence of very severe conditions for fracture as described by the
Hutchinson-Rice-Rosengren (HRR) field equations [1,2]. These conditions generally make
the applied driving force needed to initiate fracture in a laboratory specimen lower than that
needed to initiate fracture in common civil and marine structures where such geometric
restrictions are usually not met. This difference between specimens and structures indicates
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that structures can often carry greater loads without failure than predicted using fracture
toughness values measured using standardized procedures.

Work by Sumpter [3] and by Kirk and Dodds [ 4] indicates that matching both the thickness
ana the crack depth of the specimen to the structure produces good agreement between J, val-
ues for single edge notched bend [SE(B)] specimens and structures containing part-through
semi-elliptical surface cracks. Finite element studies of simple specimen geometries with suf-
ficient mesh refinement to fully resolve the near tip fields show that variations of specimen
crack depth, geometry, and loading mode significantly alter the magnitude of opening mode
stresses in front of the crack tip over microstructurally relevant distances for cleavage fracture
[5-7]. These results suggest that matching thickness and crack depth between specimen and
structure may force approximate agreement of opening stress magnitudes. This rationale for
the observed similarity of J, values between different specimen and crack geometries implies
that the micromechanistic requirement for cleavage fracture, achievement of a critical stress
over a sufficient distance in front of the crack tip [8], can be reached in different geometries at
the same applied J.

These results suggest that fracture toughness values determined using shallow cracked SE(B)
specimens of structural thickness provide useful data for structural integrity assessments.
However, complexities associated with preparation {9] and testing [/0] of these specimens,
the high load capacity required, and the large volume of material needed for each specimen
make such experiments difficult to perform. The testing of smaller, easier to prepare specimens
that give J, values similar to that of a structure would be highly desirable. Considerable exper-
imental and theoretical evidence indicates that increasing the crack depth from that which
matches the structure increases constraint and thus reduces J, [7,11]. However, reducing spec-
imen thickness from that of the structure has the opposite effect [ /2]. Thus, it may be possible
to achieve constraint similar to a structure, and thus a relevant fracture toughness, by testing
a specimen that is thinner and more deeply cracked than the structure. The aim of this study
is to experimentally investigate this possibility. Further, recently proposed constraint param-
eters are evaluated for their ability to predict the fracture toughness of structurally relevant
situations based on toughness values measured with experimentally convenient specimen
geometries.

Approach

To determine if crack depth constraint can be traded off against thickness constraint to
achieve the same fracture toughness, SE(B) specimens removed from a 127-mm (5-in.)-thick
plate of ASTM A515 Grade 70 steel (hereafter AS15) and notched in the 7-S orientation were
tested. Table 1 details the measured strength properties for this alloy. The notched surface of

TABLE 1—Tensile properties of ASTM A515 Grade 70 steel at 20°C.

Elongation over

0.2% Offset Yield Ultimate Tensile Reduction in 25.4-mm Gage
Strength, MPa Strength, MPa Area, % Length, %
287 543 52 34
314 547 51 36
297 536 51 32

NOTE: Properties were measured using round bar specimens having an initial diameter of 7.95 mm
and an initial gage length of 25.4 mm. Each line above gives the results for a single specimen.
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all specimens was between 3 and 6 mm from the original plate surface. Various crack depths
(a/W from 0.1 to 0.5) and thicknesses were used. Specimen thicknesses included those typical
of structures (50.8 and 25.4 mm) as well as a smaller specimen (10 mm) whose overall dimen-
sions match those of a standard Charpy V-notch specimen. All specimens were tested at
+20°C where A515 fails predominantly by cleavage.

Constraint Corrections and Indexing Parameters

The notion of correcting fracture toughness data for constraint loss or of indexing laboratory
specimens and structures using a constraint parameter is not new. In 1960 Irwin [ /3] proposed
the empirical 3, correction to estimate K. results from experiments in which fracture does not
occur under fully plane strain conditions. More recently, Dodds and Anderson [5,/4] devel-
oped micromechanics-based scaling rules that quantify the magnitude of deformation-
induced geometry effects on the cleavage fracture toughness (J.) of SE(B) specimens. Alter-
natively, researchers at the Welding Institute have long advocated the use of the ratio of crack
depth to plate thickness to index the constraint of specimens relative to structures [ /5]. Other
proposed indexing parameters include the J/crack tip opening displacement (CTOD) ratio
[16], the amplitude of the constant stress parallel to the crack ( 7-stress) in the linear elastic
crack tip solution [/7], and the amplitude of the second term (Q ) of an asymptotic solution
for the deformation fields around a crack tip in a power law hardening material [6,/8]. In this
study, the recently proposed constraint correction due to Dodds and Anderson, the 7-stress,
and the Q-stress are considered. These parameters and the relations needed to estimate them
from experimental data are detailed in this section.

Dodds/Anderson Correction

Dodds and Anderson reported plane strain finite element analyses of SE(B) specimens for
a wide range of a/ W ratios and strain-hardening coefficients [ 5]. These analyses had sufficient
mesh refinement to resolve accurately the deformation fields over microstructurally significant
distances from the crack tip (two to ten times the CTOD for cleavage fracture [/9]). Their
results show that both high loads and shallow cracks reduce the opening mode stress in an
SE(B) specimen below that of an infinite body loaded to the same J (or CTOD). As attainment
of a critical stress over a microstructurally significant volume is an appropriate condition for
transgranular cleavage fracture [8], these findings indicate that equivalence of applied J (or
CTOD) does not imply equal risk of cleavage fracture for different geometries because the
magnitude of the opening mode stress does not scale with .J alone. This explains the specimen-
size dependence found in experimental data [/1]. These authors also found that the near tip
stress distributions in an SE(B) specimen is a simple scalar multiple of the full infinite body,
or small-scale yield (SSY) solution, between 2 and 10 CTODs from the crack tip. This indicates
that the ratio of J in the infinite body to J in the finite size SE(B) specimen (Jgy/Jps) needed
to achieve the same crack tip stress field could serve as the second parameter needed to fully
describe the near tip stresses. Further, because the infinite and finite body stress distributions
are self-similar, the Jsy/J55 ratio can be determined unambiguously without needing to know
the critical microstructural conditions (that is, the critical maximum stress and the size of the
critically stressed volume) required for cleavage fracture. Thus, Dodds and Anderson pre-
sented constraint correction curves relating Jssy t0 Jys for SE(B) specimens, as illustrated in
Fig. 1. These curves are useful for predicting the variation of apparent (or structural) cleavage
fracture toughness with crack depth based on toughness data from one specimen geometry or
for determining the true specimen size-independent fracture toughness, Jssy, from any speci-
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FIG. 1—Curves for scaling cleavage fracture toughness (J.) measured with SE(B) specimens forn = 10

[5].

men that fails by cleavage. Dodds and Anderson demonstrated the accuracy of these tech-
niques using data for A36 steel. Curves of this type for A515 steel are presented in a later
section.

T-Stress Indexing Parameter

Hancock and coworkers [ 7,17] suggest that the amplitude of the constant stress (or 7-stress)
in the linear elastic crack tip solution may be an effective constraint indexing parameter. In
the linear elastic crack tip stress distribution, the 7-stress only alters the stress parallel to the
crack. However, Larsson and Carlsson [20] found that the sign of 7 significantly alters the
shape of the crack tip plastic zone from that corresponding to 7 = 0. Thus, the effect of a
remote elastic 7-stress on the elastic-plastic crack tip stress field might not be a simple inten-
sification or reduction of g,,. Detailed finite element analyses by Hancock and coworkers con-
firm that a negative 7-stress reduces the opening mode stress relative to that of an infinite body.
Further, they report that a negative 7-stress is associated with low constraint geometries, while
a zero or positive 7-stress corresponds to high constraint geometries. To successfully para-
meterize constraint effects, a correspondence between the near tip stress fields and the 7-stress
is needed, even after the 7-stress cannot be calculated due to unconfined yielding around the
crack tip. Parks showed that predicted reductions in near tip opening mode stress based on 7-
stress are within 10% of those determined by elastic-plastic finite element analyses for all T/o,
values above —0.9 for shallow edge cracks loaded in either tension or bending [2/].

To assess the data developed in this study in terms of 7-stress, the results of Al-Ani and
Hancock [7] were used. These investigators report a biaxiality parameter, 3

_ TV=ma

X (1

B
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for SE(B) specimens as a function of a/W. A fit to their data (Fig. 2) gives the relation

a

a ’ a
W) + 247 (ﬁ/) for0.025 = - =090 ()

Bla/W) = —0.462 + 0.461 (

Combining Egs 1 and 2 and the K solution for an SE(B) specimen with a span-to-width ratio
of 4:1 [22] gives the following relation between T-stress and applied load

2
a a a a
——{1-— —393 -+ 27|
. ps 1.99 W(l Wﬂz.ls 3.93 5+ 7<W” 3
T= 1.5 55 Ba/W) E 3)

el

The value of T-stress reported for an experiment corresponds to the value of Eq 3 evaluated
using the load at cleavage failure.

Q Indexing Parameter

O’Dowd and Shih propose that the amplitude of the second term of the asymptotic expan-
sion for the deformation fields around a crack tip in a power law hardening material may serve
as an effective constraint indexing parameter [6,/8]. Beyond the finite strain region, this
expansion is

o J n+1) ’ q
4= 6,00, n) + (——) 6,(8; n 4
Ty (aeoaol,,r> 0,0 m) + O J/o, (8 m) “)
3 T T T | T —1 T
S 2F -
g )
- _ a a J
S - = -0.462 + 0.461 W + 2.47( W)
S i
&
E L J
3
Q Of n
L .
_] 1 L 1 1 ] 1 3 i 1
00 01 02 03 04 05 06 0.7 08 09 10

alW
FIG. 2—Relation between biaxiality parameter 8 and a/W for SE(B) specimens [7].
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The first term is the HRR singularity [7,2], which has an amplitude characterized by the J-
integral [23]. O’'Dowd and Shih found that: (1) the power on the radial coefficient in the second
term (g) i1s approximately zero; (2) for |6| < 90° the second order normal stresses (&, and §,,)
are approximately equal; and (3) the second order shear stress (5,,) is approximately zero.
Thus, Q is the amplitude of a hydrostatic, or triaxiality, term. Based on these observations, Eq
4 simplifies in Cartesian coordinates to

O = 0.(r|HRR + QOO (5a)
0,y = Oy lure + Q0 (5b)
0/\'}' = O\yIHRR (5C)

This definition is only appropriate for |#| < 90° and outside of the finite strain region, for
which » = J/o, serves as the outer boundary. An alternative definition of Q replaces the ref-
erence solution (the HRR solution in Eq 5) with a full field solution determined by finite ele-
ment analysis. In this case, Eq 5 becomes

0.\'.\' = orle =0 + QOO (6a)
0)1\' = o_r,\'lQ =0 + QOO (6b)
ox,r = 0,\'}"0 =0 (6C)

again for |6| = 90°. O’'Dowd and Shih indicate that either finite strain or small strain finite
element formulations can be used to determine the reference (Q = 0) solution for Eq 6. On
this basis, these authors developed relations between Q and applied loading for SE(B) speci-
mens with a strain hardening coefficient of 10, as shown in Fig. 3. The value of Q at cleavage
failure can be determined for experimental fracture toughness data using these curves by enter-
ing the x-axis with an experimentally measured toughness value and reading Q off of the y-
axis. Curves of this type for A515 steel are presented in the section on results.
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FIG. 3—Variation of Q for SE(B) specimens (n = 10) with applied Y and a/W [18].
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Summary

In the preceding sections, both constraint corrections and constraint indexing parameters
were summarized. As implied by the labels, corrections versus indexing parameters, these rep-
resent two fundamentally different approaches to accounting for toughness differences
between different specimen geometries, or by extension, between specimens and structures.

The correction approach attempts to predict the toughness of some configuration different
from that for which toughness data are available using the micromechanistic requirements for
crack initiation to establish the conditions for fracture. Numerical estimates of the stress and
strain fields near the crack tip serve as input to a micromechanics model, allowing the effects
of finite structural size on critical fracture toughness to be quantified. The only correction cur-
rently available is that developed by Dodds et al. for cleavage fracture. The self-similarity of
the stress fields in the crack tip region between infinite and finite bodies, combined with the
unique dependence of cleavage fracture initiation on stressed volume, makes this correction
equally applicable to all materials that fail by transgranular cleavage.

Constraint indexing parameters offer a systematic means to order the interrelated effects of
geometry, loading mode, and thickness on critical fracture toughness. However, as no micro-
mechanical failure criteria is introduced, the functional relationship between constraint index-
ing parameters and critical fracture toughness is unknown. Consequently, fracture toughness
values measured using both high and low constraint specimens are needed to establish this
relationship [24]. An indexing parameter cannot be used to predict toughness differences
between different specimens or between specimens and structures without having first per-
formed these experiments.

Procedures
Experimental

Equation 7 indicates that the measurement of load and load line displacement for an SE(B)
specimen allows estimation of applied J [ 25]

J = K(1 =) —u) npszdAm 7

where K is the linear elastic stress intensity factor, 7, is the plastic eta factor, b is the initial
remaining ligament, P is the load, and A, is the plastic component of load line displacement.
Sumpter suggested the following equation for 7,,

2 3
a a a
=032+ 12 W 49.5 (W) + 99.8 <—VT/> for a/W < 0.282

®)
my = 2.0 fora/W = 0282

Thus, every test was instrumented for load and load line displacement. The load was measured
using a calibrated 267-kN load cell. The load line displacement was measured using a flex bar
transducer instrumented with a full bridge array of strain gages [26]. This transducer, cali-
brated under the same deflection experienced during testing, was mounted on the specimen
so that it deflected with the specimen but did not offer significant resistance to bending. Three
different specimen sizes were tested, each size having a range of different initial crack depths.
Several variations of the test procedure were required to accommodate this variety of speci-
mens, Prior to testing, each specimen was cyclically reverse bent to improve fatigue precrack
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front straightness [9]. After cyclic reverse bending for 5400 cycles, the specimens were pre-
cracked as per the requirements of ASTM Test Method for J,, a Measure of Fracture Tough-
ness (E 813-89) at AK = 22 MPa\/m to the prescribed a/ W ratio. All tests were conducted in
a screw-driven test machine under a constant, quasistatic displacement rate of approximately
25.4 X 10~ mys.

As AS515 steel is in lower transition at +20°C, the fracture parameter of interest was the
applied J at cleavage, J.. As explained previously, only load and load line displacement are
required to obtain J.. For the 10-mm specimens, use of a flex bar for load line displacement
was difficult due to the small specimen size. Therefore, one specimen of each crack depth was
tested while the displacements were monitored with a flex bar and a crosshead transducer. An
eddy current gage was used to measure crosshead displacement by mounting it on the loading
tup. By keeping this transducer near the specimen, the overall effect of machine compliance
on the correlation between load line and crosshead displacement was minimized. A least
squares fit of the displacements measured by the eddy current transducer and the flex bar was
used to relate these two displacement measurements. As this correlation varied slightly with
crack depth, a crack depth dependent correlation was necessary to properly relate load line
and cross head displacement. Due to the larger size of the 25.4- and 50.8-mm specimens, a
flex bar was easily mounted, so load line displacement was measured directly.

All data was taken digitally on a personal computer over an IEEE-488 interface. A digital
multimeter/scanner was used for analog-to-digital conversion with a resolution of 0.0002 V/
count. This corresponds to a minimum resolvable load change of 0.053 kN over a 267-kN
range and a minimum resolvable displacement change of 25.4 X 107® mm over a 1.27-mm
range.

Finjte Element

Two-dimensional plane strain finite element analyses of SE(B) specimens were performed
using conventional small strain theory and a material model appropriate to A515 steel. These
analyses allowed estimation of both Q and Jssy/Jas for A515 steel. Four different models were
constructed with crack depth to specimen width ratios of 0.05, 0.15, 0.25, and 0.50. These
analyses were conducted using the POLO-FINITE finite element analysis software [27] on an
engineering workstation.

Uniaxial stress strain behavior was described using the Ramberg-Osgood model

n

£=3+a(2) ©)

& O O

where 0, is the reference (yield) stress, ¢, = o,/E is the reference (yield) strain, « is a dimen-
sionless parameter, and # is the strain hardening coefficient. A value of n = 4 was used to
match closely the uniaxial constitutive behavior of the AS15 steel tested in the experimental
investigation. A value of 6, = 414 MPa was used; correspondence of this value to that of A515
steel is not important as the solution scales with o,, The multi-axial material model is described
by J2 deformation plasticity theory, which in reality is nonlinear elasticity. Total strains and
total stresses were related by

n—1
| L+w | 3ag (o, 1 — 2» _ /3
€ = |V E + 200 (Oo) :! Sij + 3E Okkéij 0, = \/ 251151/ (10)

where s, is the stress deviator, o, is the Mises equivalent tensile stress, ,, is the trace of the
stress tensor, and 6, is the Kronecker delta.
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Different finite element models were constructed for each of the four a/W ratios investi-
gated. Standard proportions for SE(B) specimens recommended by ASTM E 813 were mod-
elled, so the span between support points was four times the specimen width. Symmetry of
geometry and loading permitted use of a half-symmetric model. These models each contained
approximately 350 elements and 1200 nodes. Figure 4 illustrates the model for a/W = 0.25;
the mesh has been reflected about the symmetry axis for clarity. Eight-noded plane strain iso-
parametric quadrilateral elements were used throughout. Reduced (2 by 2) Gaussian integra-
tion was used to eliminate locking of arbitrarily shaped elements. A half-circular core of ele-
ments surrounding the crack tip was common to all models. This core consisted of eight
equally sized wedges, 22.5° each, of elements in the 8 direction. Each wedge contained 30 quad-
rilateral elements whose radial dimension decreased geometrically with decreasing element
distance to the crack tip. The eight elements at the crack tip were collapsed into wedges with
the initially coincident nodes left unconstrained to permit development of crack tip blunting
deformations. The side nodes of these elements were retained at the midpoint position. This
modelling produces a 1/r strain singularity appropriate in the limit of perfect plasticity. Crack
tip element size ranged from 0.2 to 0.02% of the crack depth for the different crack depths
modelled.

Load was uniformly distributed over two small elements and applied at the center of the
compression face of the specimen to eliminate the local singularity effects caused by a concen-
trated nodal load. Between 30 and 50 variably sized load steps were taken to deform the spec-
imen well into the elastic-plastic regime. Strict convergence criteria at each step ensured con-
vergence of calculated stresses and strains to the third significant figure. Two to three full
Newton iterations at each load step were generally required to satisfy this criteria. As defor-
mation plasticity is strain path independent, converged solutions are load step size invariant.

The J-integral was estimated at each load step using a domain integral method {28,29]. J
values calculated over domains adjacent to and remote from the crack tip were within 1% of
each other, as expected for deformation plasticity. CTOD was estimated from the blunted
shape of the crack flanks using the Rice 45° intercept procedure. Load line displacement was
taken as the displacement in the loading direction of a node on the symmetry plane located at
approximately 0.45 in front of the crack tip to avoid the spuriously high displacements in the
vicinity of the load point.

Stresses calculated at the Gauss points were extrapolated to the nodes and arithmetically
averaged. Values of these average nodal stresses acting perpendicular to the crack plane were
extracted from the finite element results along the remaining ligament over a distance of 2 to

FIG. 4—Plane strain finite element model for a/W = (.25 SE(B) specimen. Model is reflected about
symmetry line for clarity.
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10 CTOD:s to facilitate calculation of both Jyy/Jgs and Q. Jssy/Jgs Was calculated by compar-
ing these stresses to those determined for an # = 4 material from a small strain boundary layer
analysis. Dodds et al. [5] defined Jssv/Jgs at a given applied J in the SE(B) as that ratio needed
to bring the stresses between 2 and 10 CTODs on the SE(B) ligament into agreement with the
stresses over this same length scale in the boundary layer analysis.” The same procedure was
used here. Q was defined using Eq 6 as

Oy lse — Oyl ssy
Q= vy [ SE(B) ¥y (11)
0o

where 0,, | s, 1S the opening mode stresses along the unbroken ligament of an SE(B) specimen
determined from small strain finite element analyses, and o,, | ssy 1s the opening mode stresses
ahead of the crack from a small strain theory boundary layer analysis. This equation indicates
that Q is the difference between the opening mode stresses acting on the net ligament calcu-
lated from the finite element SE(B) solutions and the stresses from a small strain theory bound-
ary layer solution. This difference was calculated at r/(J/o,) = 2 as suggested by O’Dowd and
Shih [/8]. It should be noted that small strain theory, used for both the boundary layer and
the SE(B) solutions, is not accurate within the zone of finite strains, r/(J/0,) < 2. However, it
1s not expected that this inaccuracy will result in Q values inapplicable to the A515 fracture
toughness data because the events that lead to cleavage fracture occur beyond this zone.

Results and Discussion
Fracture Toughness Variation with Thickness and Crack Depth

Figure 5 shows the effect of specimen size and initial crack depth on the cleavage fracture
toughness of the A515 steel tested at +20°C. The scatter in these J, data, characteristic of steels
tested in transition, can make identification of trends difficult. For this reason, attention is
initially focused on the 25.4-mm specimens (Fig. 5b) for which the largest number of speci-
mens were tested at each a/W ratio. The trend of increasing J, with decreasing initial crack
length is apparent, with five to six specimens tested at each crack length. It is difficult to draw
any conclusions about the variation of J. with crack depth for either the 10- or the 50.8-mm
specimens because a limited number of these specimens were tested. However, the work of
both Sorem [30] and Sumpter [ 3] on SE(B) specimens of different sizes showed a variation of
J. with crack depth similar to that of the 25.4-mm specimens reported herein. Thus, a similar
variation of J, should be seen for the 10.0- and 50.8-mm specimens once a larger number of
specimens are tested at each crack depth.

In contrast to the effect of initial crack depth on cleavage fracture toughness, the data of Fig.
5 indicate that specimen size has a much more modest influence, if any at all. While firm con-
clusions cannot be drawn from these data, the trends noted qualitatively agree with expecta-
tions based on the effect of crack depth and specimen size on the opening mode stresses which
initiate cleavage. Dodds et al. showed that changing a/ W from 0.5 to 0.15 at the same applied
J (or CTOD) causes a 30% drop of the opening mode stress [ 5]. Conversely, Sorem showed by
three-dimensional finite element analyses of square cross-section SE(B) specimens that reduc-
ing specimen width and thickness from 31.8 to 12.7 mm at the same applied J (or CTOD) only
causes a 5% drop of the opening mode stress [30]. Sorem reported similar findings for both a/

3 Exact agreement was forced at r/CTOD = 4; however, calculated Jssy/Js ratios depend only slightly
on the exact location at which agreement is forced due to the self-similarity of crack tip region stresses
between finite and infinite bodies.
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FIG. 5—Variation of cleavage fracture toughness (J.) with a/W and specimen size for ASTM A515
Grade 70 steel at +20°C (a) for 10-mm SE(B) specimens, (b) for 25.4-mm SE(B) specimens, (c) for 50.8-
mm SE(B) specimens.
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W = 0.5 and a/W = 0.15 specimens. As cleavage fracture is stress controlled, these finite
element results indicate that crack depth should have a stronger effect on cleavage fracture
toughness than does specimen size. The slight trend of reducing toughness with increasing
specimen size that can be expected for stress-controlled fracture is obscured in Fig. 5 by both
scatter and by the limited number of specimens tested.

In summary, these data for A515 steel indicate that crack depth and thickness cannot be
reliably traded off against each other to achieve the same constraint and thereby the same frac-
ture toughness with two specimens of greatly different geometry. The absence of this simple
trade-off can be attributed to both the modest effect of specimen size relative to crack depth
on cleavage fracture toughness and to the scatter in fracture toughness data characteristic of
temperatures in the transition range.

Finite Element Results Needed to Calculate Constraint Corrections and Parameters for
ASTM A515 Grade 70 Steel

Information reported in the literature to date are inadequate to permit calculation of either
the Dodds/Anderson correction or the Q parameter for a material with a strain-hardening coef-
ficient of 4, such as the A515 steel investigated. Thus, plane strain small geometry change finite
element analyses were conducted, as detailed earlier, to determine the required relationships.
Figure 6 shows the variation of Jssy/Jss and of Q with applied loading for a range of a/ W ratios
determined by these analyses.

The curves in Fig. 6 should only be used to correct (or index) toughness data for which no
slow stable crack growth precedes cleavage failure because the finite element analyses did not
model crack growth. This restriction limits the range of temperatures over which these correc-
tions and parameters can be applied to those very near the lower shelf. However, it may be
possible to permit some small amount of crack extension and still use the constraint correc-
tions and parameters presented in Fig. 6. To determine what errors are thereby incurred, crack
growth can be viewed as consisting of two separable processes not considered by a stationary
crack analysis: (1) a geometry change, and (2) a history effect on the deformation fields around
the crack tip. Taken alone, the geometry change (increased crack length) increases constraint
above that associated with the original crack length, which increases both Jss,/Jss and Q above
their stationary crack values. Conversely, the stress singularity for a growing crack, In(1/r), is
weaker than that of a stationary crack, 1/r [31]. This should reduce both Jgy/Jss and Q relative
to their stationary crack values. Thus, the two errors introduced by not considering crack
growth may be self-compensating. Of the two, the effect of geometry change alone can be
assessed dirzctly from the available stationary crack results. However, an analyses which
explicitly models crack growth is needed to quantify errors associated with history effects. This
in itself is an arduous task, and the topic of considerable current computational research. In
this investigation, geometry change will be accounted for to establish a positive error bound.
History effects needed to establish a negative error bound will be ignored. As these errors are
of a different sense, it is not unreasonable to expect that they may approximately counteract
each other, at least for small amounts of crack growth.

The effect of increased crack length on Jgy/Jss and @ can be determined directly from Fig.
6 by determining the variation of Jssv/Jes and Q with a/ W at various fixed deformation levels
(vertical lines on these graphs). Figure 7 shows this variation at four different deformation lev-
els. The construction lines on this graph indicate that, if some small error can be tolerated in
the value of Jssv/Jgs or Q calculated for a particular experiment, then some small amount of
crack growth prior to cleavage failure can be allowed. Figure 8 shows the variation of allowable
crack growth with initial a/W and deformation level at fracture permitted by accepting 5%
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conventional small strain finite element analyses forn = 4. Yssv/V g is the instantaneous slope of the curves
iné6a.

errors in Jgy/Jas or Q. These curves, combined with those of Fig. 6, provide the necessary
information to estimate both Jssy/Jss and Q for a material with a strain-hardening coefficient
of 4 that fails by cleavage following some small amount of ductile crack growth. Figure 9 sum-
marizes the A515 fracture toughness data from Fig. 5 having less than this allowable amount
of crack growth.*

¢ While the allowable crack growth for Q, Fig. 85, is somewhat less than for Jssy/Jss, Fig. 84, the same
fracture toughness data set (Fig. 9) is used in all subsequent analyses to permit comparison of the various
constraint parameters on an equivalent basis.
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FIG. 7—Variation of (a) Jssv/J gz and of (b) Q with a/W at several discrete applied ] levels forn = 4.

Use of Constraint Parameters with ASTM A515 Grade 70 Fracture Toughness Data

The fracture toughness data for A515 steel presented above indicate that specimen size can-
not reliably be traded off against crack depth to achieve two specimens of different geometry
that fail by cleavage at the same applied J. Alternative approaches to developing a relationship
between the toughness of different-sized specimens and structures involve the use of various
constraint corrections and indexing parameters. These possibilities are now considered.
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(2) Jssy/J gg or of (b) Q is permissible. Forn = 4.

Figure 10 shows the variation of Jgsy with a/ W and specimen size for the AS1S steel. This
graph was constructed using the fracture toughness data of Fig. 9 and the scaling relationship
shown in Fig. 6a. The preponderance of these data indicate that the micromechanics-based
constraint correction proposed by Dodds and Anderson accounts for the effect of a/ W on the
measured fracture toughness, with Jg, representing the true driving force for cleavage fracture
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FIG. 9—Variation of cleavage fracture toughness (I.) with a/W and specimen size for ASTM A515
Gradle 70 steel at +20°C. Only specimens having less than the allowable crack growth shown in Fig. 8(a)
are plotted.

independent of finite geometry effects. However, these data do not test the ability of this con-
straint correction to properly account for specimen size variations because the effect of spec-
imen size on toughness in the original data set (Fig. 9) cannot be distinguished from scatter.
Figure 11 shows the variation of cleavage fracture toughness, J,, with the constraint indexing
parameters 7 and Q. The 7-stress effectively indexes constraint, ordering the data into a sys-
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FIG. 10—Variation of Jssy with a/W and specimen size for ASTM A515 Grade 70 steel at + 20°C.
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tematic trend of decreasing fracture toughness with increasing 7, albeit with some scatter. Q
does not exhibit such a clear trend; however, this may be because Q expands the low constraint
region while 7 compresses it. Although Fig. 115 suggests that Q may be a thickness-dependent
constraint index, the A515 fracture toughness data do not provide clear evidence of this. How-
ever, Fig. 12 shows that the variation of (1 — Q) with ¢/ W and specimen size exhibits similar
characteristics to the variation of the microstructurally based constraint correction Jgg/Jssy
with a/ W and specimen size. In specific, Fig. 12 shows that Jgp/Jssy and (1 — Q ) both:

1. Approach unity for large, deeply cracked specimens.
2. Increase with reducing a/ W and, to a lesser extent, with reductions in thickness.
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3. Exhibit “scatter” in much the same way as a plot of J, versus a/ W and specimen size does
(Fig. 9).

Noting that the geometry-independent fracture toughness Jiy is formed as the ratio of the
measured fracture toughness (J,) to the constraint correction (Jas/Jssy)

J.
Jssy = ‘
ST Tenl Jssy

(12)
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it is apparent that the ratio Js3/Jssy must have the characteristics listed above for Jsy to be
geometry independent. Figure 12b shows that (1 — Q) has these characteristics, suggesting a
candidate geometry independent toughness parameter

Jo = T%‘é (13)

Figure 13 shows that J, does in fact provide some form of geometry independent toughness
measure for these data. The value ““1” is used in the denominator of J, to enforce a correction
of unity, that is, no correction, when fracture occurs under small-scale yielding conditions,

Application of Constraint Corrections and Indices to Assessment of Structural Fracture
Integrity against Cleavage

Ultimately, none of these constraint corrections and indices have any engineering utility
unless they improve the accuracy with which structural fracture integrity can be assessed. To
be most helpful, a constraint correction or index would alleviate the need to conduct experi-
ments with multiple specimen configurations (for example, shallow crack, deep crack, bending
loading, tension loading) by providing a reliable means to scale toughness between different
geometries. Further, calculation of the correction or indexing parameter cannot be so arduous
as to preclude application to a reasonably complex structure. None of the corrections/indices
examined in this study fully satisfy both of these criteria.

As the functional relationship between J. with T is unknown, specimens of different geom-
etries, and thereby different 3 values, must be tested to define this relationship. Thus, the con-
straint index 7'is unsuccessful at simplifying experimental determination of the “appropriate”
fracture toughness for use in a structural fracture integrity assessment. However, definition of
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FIG. 13—Variation of Jq and with a/W and specimen size for ASTM A515 Grade 70 steel at +20°C.
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T only requires a linear elastic analysis of the cracked structure. This makes calculation of T
less costly than calculation of any of the proposed constraint correction parameters, all of
which require an elastic-plastic analysis.

One advantage that correction approaches hold over indexing is that, since all employ a
geometry independent toughness value, only one specimen geometry need be tested to deter-
mine J.. Thus, the reliability of these approaches rests on whether or not the proposed tough-
ness measures are truly geometry independent. Of the proposed corrections, Jgsy offers the best
assurance of geometry independence as it was derived from the micromechanistic require-
ments for cleavage fracture. The geometry independence of J, seems likely because the defi-
nition of () (Eq 11)is based on near tip stresses, which are known to controi cleavage fracture.
The A515 data for Jsy and for J,, indicate that both toughness values are geometry indepen-
dent over the range of conditions considered.

A disadvantage of the correction approaches relative to the 7-stress indexing approach is the
difficulty of computing the correction parameters. The considerable computational and post-
processing effort needed to determine these parameters for even simple geometries [for exam-
ple, SE(B) specimens] makes these approaches inappropriate for routine application to struc-
tures at the current time. Thus, the (relative) ease with which T can be calculated makes it
more attractive from an applications perspective than either of the constraint corrections.
However, application of T in an actual structural fracture safety analysis depends upon the
feasibility of conducting a sufficient quantity and variety of fracture experiments to define the
variation of the critical fracture toughness, J., with 7.

Summary and Conclusions

This study examined the feasibility of predicting the fracture toughness in structurally rel-
evant situations (shallow cracks in thick plates) based on toughness values measured with
experimentally convenient specimen geometries (deep cracks in small specimens). The cleav-
age fracture toughness, J,, of ASTM A515 Grade 70 steel plate was measured using SE(B) spec-
imens. Specimen size and initial crack depth were varied to obtain J, values over a range of
constraint conditions. As fracture occurred by cleavage, the following conclusions apply only
to this fracture mode.

1. Crack depth and thickness cannot be traded off against each other to achieve the same
constraint and thereby the same fracture toughness. The absence of this simple trade-off
is due to the greater effect of crack depth than of specimen size on J, and to the scatter in
fracture toughness data characteristic of temperatures in the transition range.

2. The various techniques proposed to account for constraint effects on fracture toughness
fall into two categories: indexing parameters and correction parameters. Indexing
parameters offer a systematic means to order the interrelated effects of geometry, loading
mode, and thickness on critical fracture toughness. Conversely, the correction approach
attempts to predict the toughness of some configuration different from that for which
toughness data are available.

3. The T-stress constraint index was successful at indexing the different J. values obtained
by varying the thickness and crack depth in SE(B) specimens of the A515 steel. O does
not exhibit such a clear trend; however, available data suggest that Q may be a thickness-
dependent constraint index. Additionally, Q was found to have the characteristics of a
constraint correction.

4. The geometry independence of the toughness parameters Jss, and Jo, determined using
constraint corrections Jssv/Jsy and Q, respectively, was demonstrated using the A515
steel fracture toughness data.
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DISCUSSION

W. E. Pennell' (written discussion)—You have used the relative crack depth a/W as the
correlation parameter in your study of the effects of crack depth on fracture toughness. I think
a strong case can be made for the absolute crack depth a as a more appropriate correlation
parameter. What was your rationale for selecting a/ W rather than a as your correlation param-
eter? What would be the effect on your results and conclusions if a were substituted in place
of a/ W?

M. T. Kirk, K. C. Koppenhoefer, and C. F. Shih (authors’ closure)—Plane strain finite ele-
ment analyses of three SE(B) specimens were performed to gain insight into the effects of both
absolute crack depth (a) and relative crack depth (a/W) on cleavage fracture toughness, J..
The situations detailed in Table 2 were modelled (a Ramberg-Osgood strain-hardening coef-
ficient of 4 was used in all analyses).

Figure 14 shows the variation of opening mode stress with distance from the crack tip along
the crack line in each specimen at an applied J of 350 kPa - m. These data indicate that at a
fixed a/W (0.5), the severity of conditions for cleavage fracture’ increases with increasing a.
However, Fig. | also shows that at a fixed a (25.4 mm), increasing a/ W increases the opening
mode stress and thereby the severity of conditions for cleavage fracture. Thus, neither simi-

' Oak Ridge National Laboratory, P.O. Box 2009, Oak Ridge, TN 37831-8056.
% Achieving a critically stressed volume of material in front of the crack tip triggers cleavage fracture
[8]. Thus, the stress elevation ahead of the crack controls the severity of conditions for cleavage fracture.
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TABLE 2—Plane-strain finite element analyses of three single

edge bending specimens.

a/Ww W, mm a, mm
0.5 50.8 254
0.5 254.0 127.0
0.1 254.0 254

larity of a or of a/W ensures similarity of opening mode stress between SE(B) specimens of
different overall size. The cause of these effects can be explained based on global deformation
patterns. Figure 15 illustrates the plastic zones for the three SE(B) specimens analyzed with
each specimen loaded to an applied J of 350 kPa - m. At an equivalent @/ W {(0.5), higher crack
tip stresses occur ahead of the deeper crack (¢ = 127.0 mm) because yielding in this specimen
is well confined within an elastic field. Conversely, the smaller specimen (@ = 25.4 mm) has
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FIG. 16—(a) Effect of absolute crack depth on the cleavage fracture toughness of A36 steel at —49°C.
(b) Effect of relative crack depth on the cleavage fracture toughness of A515 Grade 70 steel at +20°C.
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formed a plastic hinge, thereby relaxing the stress elevation caused by the crack. At an equiv-
alent a (25.4 mm), lower crack tip stresses occur ahead of the shallower crack (a/W = 0.1)
because the stress concentration at the crack tip is relieved by the impingement of a global
plastic zone characteristic of an uncracked beam in bending on the crack tip plastic zone. In
the a/W = 0.5 specimen, the crack tip plastic zone is the only dominant feature.

In summary, these observations concerning opening mode stresses imply the following
effects of a and a/W on cleavage fracture toughness (J.):

1. Ata fixed a/W, J, should increase with reductions in a.
2. Atafixed a, J, should increase with reductions in af W.

Figure 16 provides experimental data, drawn from both this study and the work of Sorem on
A36 steel [30], which substantiate these expectations. Thus, the combined numerical and
experimental evidence indicates that neither similarity of a/W or of a ensures similarity of
toughness between specimens of different overall size. However, as discussed in this paper, the
micromechanics-based constraint correction proposed by Dodds and Anderson [5,14] for
cleavage fracture accounts for both effects. As shown by the scaling relationships of Fig. 6a, a/
W is accounted for by the different curves on the diagram, whereas a is accounted for by the
presence of the remaining ligament (b = W — a) term in the axes normalization. These rela-
tions can be used to determine a specimen size independent cleavage fracture toughness, Jsy,
from any size specimen that fails by cleavage (Fig. 10). Alternatively, an appropriate cleavage
fracture toughness for a specimen or structure could be estimated using these scaling relation-
ships even if the specimen/structure has a relative and/or absolute crack depth different than
that of available J, data.
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ABSTRACT: The Heavy Section Steel Technology Program (HSST) at Oak Ridge National
Laboratory (ORNL) is investigating the influence of flaw depth on the fracture toughness of reac-
tor pressure vessel (RPV) steel. Recently, it has been shown that, in notched beam testing, shal-
low cracks tend to exhibit an elevated toughness as a result of a loss of constraint at the crack tip.
The loss of constraint takes place when interaction occurs between the elastic-plastic crack-tip
stress field and the specimen surface nearest the crack tip. An increased shallow-crack fracture
toughness is of interest to the nuclear industry because probabilistic fracture-mechanics evalu-
ations show that shallow flaws play a dominant role in the probability of vessel failure during
postulated pressurized-thermal-shock (PTS) events.

Tests have been performed on beam specimens loaded in three-point bending using unirra-
diated RPV material (A533 B). Testing has been conducted using specimens with a constant
beam depth (W = 94 mm) and within the lower-transition region of the toughness curve for
A533 B. Primarily two crack depths have been considered: a = 50 and 9 mm (a/W = 0.5 and
0.1). Three specimen thicknesses (B = 50, 100, and 150 mm) have been used to examine the
influence of different out-of-plane constraint conditions on the test results. All tests resulted in
cleavage failures. Test results indicate a significantly higher fracture toughness associated with
the shallow flaw specimens compared to the fracture toughness determined using deep-crack (a/
W = 0.5) specimens. The toughness increase is comparable with the toughness increase found
at the University of Kansas using steels whose stress-strain properties bound those of A533 B.
Test data also show little influence of thickness on the fracture toughness for the current test
temperature (—60°C). The Irwin g, correction has been modified to account for shallow flaws
and was used to estimate the shailow-flaw toughness based on the resuits from the deep-crack
specimens.

KEY WORDS: elastic-plastic fracture mechanics, constraint, shallow-crack fracture toughness,
crack tip opening displacement (CTOD) testing, J-integral, reactor pressure vessel analysis, Irwin
B, correction

Nomenclature

a Crack depth
B Specimen thickness

CMOD Crack-mouth opening displacement

CTOD Crack-tip opening displacement
E Elastic modulus

IPTS Integrated-pressurized-thermal-shock

J. J-integral fracture toughness at unstable fracture
J,, Elastic component of J-integral

! Engineers, Oak Ridge National Laboratory, P.O. Box 2009, MS-8056, Oak Ridge, TN 37831-8056.
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Ju Plastic component of J-integral
K, Critical stress intensity factor, plane-strain fracture toughness
K, Fracture toughness not meeting plane-strain requirements
LLD Load-line displacement
m Constraint parameter
RPV Reactor pressure vessel
PWR Pressurized water reactor
PTS Pressurized-thermal-shock
RT\pr Reference nil-ductility transition temperature
SENB Single-edge-notch bend
RF Rotation factor
T Temperature
U, Plastic energy or area under load versus load-line displacement curve
W Specimen depth
o, Yield strength
o, Flow stress
v Poisson’s ratio
8. Plastic-zone size parameter
B Plane-strain plastic-zone size parameter
6. Critical cleavage CTOD toughness
nx ‘Geometry dependent constant linking plastic J to plastic energy

Introduction

Recent investigations into the influence of crack depth on fracture toughness at the Uni-
versity of Kansas and elsewhere have shown a significant increase in toughness of steel speci-
mens containing shallow flaws [ /,2]. Similar experimental research is being jointly carried out
by the Edison Welding Institute in the United States and the Welding Institute in the United
Kingdom (Kirk et al. [3], and Sumpter [4]). The phenomenon of elevated shallow-crack frac-
ture toughness appears to be caused by the relaxation of crack-tip constraint due to the prox-
imity of a free surface. The elevated shallow-crack fracture toughness occurs in the lower tran-
sition range where cleavage fracture takes place but at temperatures above the lower shelf.
Significant increases (factor of 2.5 to 4.0) in CTOD caused by shallow cracks were found for
both A36 and A517 steel at the University of Kansas. A36 steel is a low-strength, high-strain-
hardening material, while A517 is a high-strength, low-strain-hardening material. The
strength and strain-hardening properties of reactor pressure vessel (RPV) material (A533 B)
are between those of A36 and AS17. It was anticipated, therefore, that a significant increase in
the toughness of shallow flaws in A533 B would also take place [5].

Current reactor pressure vessel life assessments are strongly dependent on the ability of the
vessel material to withstand load in the presence of a flaw (that is, sufficient fracture tough-
ness). An accurate determination of the fracture toughness of an RPV is particularly important
for pressurized-thermal-shock (PTS) loading. The fracture toughness used in RPV life assess-
ments is a function of 7-RTxpr and to date has been determined using deep-notch specimens
to provide conservative results. Probabilistic fracture mechanics evaluations of operating
nuclear facilities in integrated pressurized thermal shock (IPTS) studies have shown that shal-
low, surface flaws rather than deep cracks in the reactor vessel contribute predominantly to
the calculated probability of vessel failure [6-8]. The dominance of shallow rather than deep
flaws in the probabilistic fracture mechanics evaluations is due in part to the higher density of
shallow flaws assumed to exist in the vessel wall, the increased radiation damage near the inside
surface, and the severity of the thermal shock on the vessel surface. IPTS studies indicate that
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roughly 95% of all the flaws that are predicted to initiate during the dominant transients for
the three vessel models considered were 25 mm (1-in.) deep or less [6-8]. Moreover, the major-
ity of these initiations took place at temperatures below R7ypr. The temperatures of interest
roughly correspond with the lower transition region of the toughness curve for A533 B mate-
rial. In other words, a large number of the initiation events for an RPV in PTS analyses orig-
inate from shallow flaws and occur within the lower transition region where the shallow-flaw
increase in fracture toughness has been shown to take place.

Preliminary estimates of the shallow-crack toughness for A533 B were made based on the
results for A36 and A517, and these estimates were used to determine the impact of a shallow-
flaw elevated toughness in PTS analyses. These analyses revealed that PTS analyses could
potentially be significantly impacted by considering the shallow-crack toughness in RPV
material [9]. The Heavy Section Steel Technology Program (HSST) is, therefore, investigating
the influence of flaw depth on the fracture toughness of RPV steel [5,10].

The ultimate goal of the shallow-crack investigation is the generation of a limited database
of elastic-plastic fracture toughness values appropriate for shallow flaws in a reactor pressure
vessel and the application of these data to reactor vessel life assessments. To meet these objec-
tives, the HSST experimental shallow-crack work is divided into two phases: a development
phase and a production phase. Complementary analytical investigations are also in progress.
During the experimental development phase, the laboratory techniques necessary for shallow-
crack testing will be established and verified through several development beam tests. Once
the testing capabilities are confirmed, the toughness of shallow cracks will be compared with
the toughness measured using deep-crack specimens as a part of the production phase of the
project. The test results reported in this paper are a part of the developmental phase. While the
results to date have been encouraging, they should still be considered preliminary.

Specimens

The specimen configuration chosen for testing shatllow cracks in the HSST shallow-crack
project is the single-edge-notch-bend (SENB) specimen with a through-thickness crack (as
opposed to surface crack). The bend specimen was considered to simulate the varying stress
field in a reactor wall under PTS conditions. In addition, previous shallow-crack work has
utilized SENB specimens [/,2]. The straight-through notch simulates an infinitely long, axi-
ally oriented crack in an RPV. To better simulate the conditions of a shallow flaw in the wall
of a reactor vessel, the specimen depth 1 and thickness B should be as large as practicable.
PWR vessel walls are nominally 200 to 280 mm thick (8 to 11 in.). A = 100-mm-deep (4-in.)
beamn has been selected for use in the HSST shallow-crack project. The stress gradient pro-
duced in beams of this size when loaded in three-point bending is similar to the stress gradient
produced in a flawed reactor vessel under PTS loading [6]. Tc maintain consistency with
ASTM standards, the beams are being tested in three-point bending. All testing is being con-
ducted on reactor material (A533 Grade B, Class 1) [//] with the cracks oriented in the L-S
orientation to maintain consistency with the conditions of an RPV.

Pretest Analysis

A preliminary numerical study was conducted to help determine instrumentation require-
ments, to provide pretest analytical predictions of the global beam behavior, and to define the
crack depth(s) that would be expected to exhibit an elevated shallow crack toughness. Crack
depth to beam depth ratios (a/ W) of 0.05,0.10, 0.15, 0.20, and 0.50 were analyzed. The beam
depth was held constant at 100 mm (4 in.); the span was set at 4 W. The ADINA-87 [ /2] finite-
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element code was used to perform plane strain, elastic-plastic (von Mises, isotropic hardening)
analyses of the beams loaded in three-point bending (to the plane strain limit load). A multi-
linear stress-strain representation of A533 B material tensile properties at 7 = —60°C
(—76°F) was utilized.

Eight-noded isoparametric quadrilateral elements with reduced 2 by 2 integration order
were employed throughout the modeling. Special collapsed quadrilaterals, that is, wedge ele-
ments, were used at the crack tip in order to simulate blunting and to provide a 1/r singularity
at the crack tip. A total of 412 elements and 1335 nodes were used in the modeling for each of
the five crack depths. A crack tip region that always had the same mesh structure was obtained
by simply translating the block through the depth and renumbering the surrounding nodes
and elements; hence, each model had roughly the same finite-element discretization.

Refinement of the finite element mesh in the crack tip region was insufficient for rigorous
quantification of near-tip stresses and displacements; however, results of the numerical study
indicated a fundamental difference in the nonlinear stresses surrounding the crack tip between
the shallow and deep-crack geometries [/3,/4]. The elevated fracture toughness associated
with shallow flaws is due to a loss of constraint, which is indicated by the nonlinear stresses
surrounding the crack tip being influenced by the tension surface of the specimen [/]. The
finite-element analyses indicated that because of the proximity of the tension surface at equiv-
alent levels of CTOD toughness, the maximum opening stress decreases as the crack depth
decreases. Also, examination of the plastic zone surrounding the crack tip at predicted failure
load shows uncontained yielding for the crack depths of 5 and 10 mm {(0.2 and 0.4 in.) or a/
W = 0.05 and 0.10]. Uncontained yielding is evidence of loss of constraint, and an elevation
in the toughness would be expected. The plastic zone at predicted failure load surrounding the
15-mm (0.6-in.) crack was larger than the deep-crack case (a/W = 0.5), while the plastic zone
surrounding the 20-mm (0.8-in.) crack depth was essentially identical to the deep-crack case.
Based on the finite-element results, an elevated toughness was expected for the 5- and 10-mm
(0.2- and 0.4-in.) crack depths in a 100-mm (4-in.) deep beam. An elevated toughness would
not have been expected from the 20-mm (0.8-in.) deep crack, and no conclusion could be
drawn about the extent of the toughness elevation for the 15-mm (0.6-in.) deep crack in a 100-
mm (4-in.) beam.

Test Matrix

Two crack depths (one shallow and one deep) were tested during the development phase of
the project. The nominal crack depth chosen was a = 9 mm (a = 0.4 in.), which is prototypic
of the flaw depths that resulted in initiation in the IPTS studies [6-8] and would be expected
to exhibit an elevated toughness. One specimen was tested with a flaw depth of 14 mm (0.55
in.) for comparison. Currently, the relative influence of absolute crack depth, a4, or normalized
crack depth, a/W, is not fully understood and will be further examined later in this study.

To transfer shallow-crack fracture toughness data to the RPV properly, the effect of out-of-
plane constraint on the toughness must be well understood. To investigate the effects of out-
of-plane constraint in the beams, the beam thickness was varied. Three thicknesses were used:
B =50, 100,and 150 mm (2, 4, and 6 in.) At least one deep-crack specimen and two shallow-
crack specimens were tested using beams of each thickness. The span for the 50-mm-thick
beam is 4 or 406 mm (16 in.). The spans for the 100- and 150-mm beams were increased to
864 mm (34 in.) to assure failure without exceeding the load capacity of the beam fixture.

The temperature for all developmental testing work is within the lower transition region for
A533 B steel. RTwpr for this material is —35°C (— 30°F) [17]. The testing temperature for all
the tests except one was approximately —60°C (—76°F). T-RTyor was, therefore, —25°C
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TABLE 1—Test matrix for Heavy Section Steel Technology
Program (HSST) development beams.*

Crack Depths, a/W

Thicknesses 0.50 0.15 0.10 Total

50 mm 3 beams 1 beam 4 beams 8 beams

100 mm 1 beam 2 beams 3 beams
150 mm 1 beam S 2 beams 3 beams
Total S beams 1 beam 8 beams 14 beams

“ All beams were tested at 7 = —60°C (—7°F) except one of
the 50 mm, a/W = 0.10 beams, which was tested at 7=~ — 35°C
(—30°F). The nominal beam depth was 94 mm (3.7 in.).

(—46°F). One test was run at RTpr. Table 1 gives a summary of the development phase test
matrix, showing the number of tests performed at each condition. A total of 14 specimens have
been tested in this phase.

Test Technique

Instrumentation is attached to the specimens to make possible J-integral and CTOD mea-
surement of fracture toughness. The J-integral is determined from the load-line displacement
(LLD) using the reference bar technigue. CTOD is being determined from crack-mouth-open-
ing displacement (CMOD) using clip gages mounted on the crack mouth of the specimen.
Toughness data are primarily being expressed in terms of CTOD according to ASTM Test
Method for Crack-Tip Opening Displacement (CTOD) Fracture Toughness Measurement (E
1290-89).

The plastic component of CTOD is determined experimentally from the plastic component
of CMOD and the rotation factor, The plastic displacement of the crack flanks is assumed to
vary linearly with distance from the plastic center of rotation. In this way, the plastic CMOD
can be related to the plastic CTOD. The plastic center of rotation is located ahead of the crack
tip a distance equal to the rotation factor (RF) multiplied by the remaining ligament ( W-a)
[Z]. Numerous experimental and analytical techniques have been used to determine the RF
[1,2,15-19], although no single technique seems to be universally accepted and the various
experimental and analytical determinations sometimes appear contradictory [4], especially
for shallow-crack specimens. The rotation factor in ASTM E 1290 is given as 0.4, but it is a
function of specimen geometry and material.

In this study, two experimental methods were used to determine the RF. The first method
was the use of dual clip gages located at different distances from the crack mouth. Clip gages
were mounted directly on the mouth of crack and elevated 8.89 mm (0.35 in.) above the crack
mouth. The second technique was to locate the neutral axis of the beam ahead of the crack tip
using strain gages, assuming that the plastic center of rotation was located at the neutral axis
of the beam. The RF relates the plastic component of CMOD to the plastic component of
CTOD:; therefore, only plastic strains were used to determine the RF. The dual clip gage tech-
nique produced values of the RF that varied significantly from 0.4 and were not constant as a
function of load. However, the RFs determined the strain gage technique were close to 0.4 and
were relatively insensitive to load once plastic strains became nontrivial. The RFs from strain
gages were averaged for the deep and shallow-crack geometries and were used in the CTOD
calculations. The average RF varied from 0.46 for the deep-crack specimens to 0.50 for the
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TABLE 2—Rotation factor data.

HSST Beam Number® alW Strain Gages Dual Clip Gages
3 0.10 0.48 0.64
4 0.52 N/A N/A
5 0.52 N/A N/A
6 0.52 N/A N/A
7 0.11 N/A N/A
8 0.10 0.53 0.64
9 0.10 0.47 N/A

10 0.15 N/A 4.07
11 0.089 0.50 9.64
12 0.53 0.40 0.00
13 0.094 N/A 0.73
14 0.094 0.48 N/A
15 0.092 0.52 N/A
16 0.53 0.52 2.35

Average deep 0.46

Average shallow 0.50

4 HSST = Heavy Section Steel Technology Program.

shallow-crack specimens. Individual values of the RF using both techniques are shown in
Table 2.

Initial notches were inserted into the specimens using electron discharge machining (EDM).
The notches were then fatigue precracked to produce sharpened initial flaws. Fatigue precrack-
ing was performed according to the guidelines detailed in ASTM Test Method for Plane-Strain
Fracture Toughness of Metallic Materials (E 399-90). Crack growth was monitored by means
of the change of crack mouth opening compliance, using the clip gage data and the equations
for crack length in ASTM J, A Measure of Fracture Toughness (E 813-89). The equations in
ASTM E 813 relating crack length to compliance are invalid for shallow-crack specimens.
However, a change in compliance of 10 to 15% generally gave sufficient crack growth. In a few
cases the fatigue growth did not exceed 1.3 mm (0.050 in.). Examination of the results from
these cases revealed no noticeable variation in the toughness values. After fracture, fatigue
crack growth was visually measured according to the nine-point method as outlined in ASTM
E 813 or E 1290. The greatest difference between any two crack growth measurements for all
the tests was less than 1.8 mm (0.070 in.). The average maximum difference in crack growth
measurements was about 0.9 mm (0.035 in.). Crack growth met all remaining requirements
in ASTM E 813 or E 1290 for crack profile and orientation.

Test Results

Load versus CMOD curves were generated and examined for each beam tested. In order to
normalize the load between beams of different spans, thicknesses, and slightly different beam
depths, the applied stress (rather than applied load) which would exist in an uncracked beam
was plotted versus CMOD. The applied stresses for the test and analyses results were calculated
from the applied loads and the beam geometries according to elastic strength of materials
equations. The stress versus CMOD curves for the a/W = 0.50 and 0.10 tests are illustrated
in Fig. | for beams tested at T = —60°C (— 76°F) and are compared with the analytical stress
versus CMOD curve. The stress versus CMOD test data are consistent with each other and
agree well with the analytical data providing additional confidence in the test data. The ana-
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FIG. 1—Applied stress versus CMOD for a/W = 0.50 and a/W = 0.10 beams.

lytical stress versus CMOD curves were generated using a plane-strain elastic-plastic finite-
element ADINA [/2] model. The analytical results represent the behavior of a single specimen
with idealized geometry and material properties. Small differences between test and analytical
resultsin Fig. | are attributed to differences in geometry and material properties that inevitably
occur. The test data represent beams of three different thicknesses. The consistency of the test
data and the agreement with the plane-strain analytical data indicates little loss of out-of-plane
constraint due to insufficient specimen thickness in the test data.

The toughness data expressed in terms of critical CTOD, §,, and temperature in Table 3 are
shown in Fig. 2 along with the mean material characterization curve [ /] determined in an
earlier testing program. Data from three crack depths (a/W = 0.50, 0.15, and 0.10) and three
thicknesses (B = 50, 100, 150 mm) are presented. The deep-crack toughness values are slightly
higher than the material characterization curve and are consistent with previous compact-ten-
sion specimen data [20] from the same heat of material tested prior to this program. The trend
of the results in Fig. 2 indicates a significant increase in the measured fracture toughness for
shallow-crack specimens in the lower transition region, The a/W = 0.15 datum also appears
to exhibit a shallow-crack toughness elevation. The ratio of the mean shallow-crack toughness
to deep-crack toughness is 4.2 for the beams tested at —60°C (—76°F). The ratio of the shal-
low-to-deep lower-bound toughness is 2.9, which is consistent with the shallow-crack elevated
toughness for A36 and A517 steel determined at the University of Kansas [/,2]. As indicated
in Refs / and 2, the shallow- and deep-crack toughness for A533 B is expected to converge on
the lower shelf,

If it is assumed that the shallow-crack toughness curve has the same shape as the deep-crack
toughness curve, the shallow-crack toughness increase can be expressed as a temperature shift.
Previous A36 data supports this assumption [/]. The lower bound shallow-crack test results
at T = —60°C (—76°F) and the single test results at T = —35°C (—30°F) are shifted 46 to
48°C (83 to 87°F) from the characterization curve, respectively. The lower bound deep-crack



THEISS AND BRYSON ON CRACK DEPTH 111

TABLE 3—HSST development beam data with CTOD toughness.

Measured Measured

HSST Elastic Failure Failure Toughness

Beam Temper- S, B, w, a, Compliance, Load, CMOD, CTOD,

No. ature,"C mm mm mm mm a/W mm/kN kN mm mm
3 —356 406 50.6 99.7 100 0.101 309 X 10™* 600 0.808 0.59
4 —60.6 406 507 995 51.8 0520 338x107° 128 0.461 0.048
5 —553 406 506 99.1 512 0517 3.14 X107 140 0.442 0.049
6 —59.2 406 50.6 99.5 519 0.522 352X 107 185 0.758 0.12
7 —594 406 50.7 942 102 0.108 327 X 107* 483 0.250 0.14
8 —59.5 406 508 942 9.63 0.102 3.12 X 107* 657 0.652 0.48
9 —62.3 406 509 94.0 9.52 0.101 3.09 X 107* 552 0.508 0.35
10 —60.2 406 509 943 140 0.149 477 X 107* 489 0.434 0.24
11 —56.7 864 102 939 836 0.0890 3.08 X 107* 472 0.312 0.20
12 —56.7 864 102 947 498 0.526 444 X 1073 117 0.574 0.061
13 —59.6 864 102 940 881 0.0938 3.29 X 107* 502 0514 0.36
14 —57.4 864 152 925 8.69 00939 225X 107* 723 0.504 0.35
15 —58.5 864 153 945 866 0.0917 2.14 X 107* 684 0.257 0.15
16 —57.8 864 153 940 500 0532 281X 1073 170 0.530 0.060
Notes:

1. Rotation factors given in Table 2.
2. Yield Stress =

estimated from room temperature values and adjusted for the lower temperatures.
3. E = 206 850 MPa, » = 0.3.

476 MPa at T = —60°C and 448 MPa at T = —35°C. The yield stress was

TEMPERATURE (°C)
FIG. 2—HSST test data with material characterization curve and previous compact tension data.
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datum is shifted about 16°C (28°F) from the characterization, which indicates a temperature
shift for the shallow-crack specimens of 30°C (55°F).

Beams 50, 100, and 150-mm (2, 4, and 6-in.) thick were tested to investigate the influence
of differing out-of-plane constraint levels on the toughness of shallow and deep-crack speci-
mens. Toughness data are plotted as a function of beam thickness for all of the tests conducted
at T = —60°C (—76°F) in Fig. 3. As shown in Figs. 2 and 3, the toughness values for the
shallow- and deep-crack specimens from the 100 and 150-mm (4 and 6-in.)-thick beams are
generally consistent with the 50-mm (2-in.)-thick data. However, there appears to be slightly
more data scatter associated with the 50-mm (2-in.)-thick beams than with the 100 and 150-
mm (4 and 6-in.)-thick beams because more 50-mm (2-in.) specimens were tested. It is inter-
esting to note that the lowest shallow and deep-crack toughness values were both from beams
with the least thickness (B = 50 mm). Beams of three thicknesses were tested to select the
appropriate beam size for the production phase testing. The testing temperature is expected to
be greater for many of the beams tested in the production phase of the program. As the tem-
perature increases, additional loss of out-of-plane constraint is anticipated. Therefore, even
though the 50-mm beam thickness might be sufficient at lower temperatures, the 100-mm
beam thickness was chosen for future testing because the greater thickness might be required
at the higher temperatures.

Fracture toughness was determined for each beam in terms of the J-integral. Little or no
crack growth took place in these tests, so ASTM E 813 is not strictly applicable. However, the
critical J-integral toughness was determined according to Ref 4

Jo=Ja+ J, (0))]
where
Jo = K1 — W/E @
0.5 — ety -
A Shallow-crack specimens are closed symbols
Deep-crack specimens are open symbols
Symbols are defined in Fig. 2 b
Temperanre = —-60°C 1
0.4
A L4 ™ :
- 1
E 0.3
&
2 3
=) .
S
0.2 t (]
L N ]
0-1 N A +
: o o 1
4 1
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BEAM THICKNESS (mm)
FIG. 3—HSST test data at three thicknesses tested at —60°C.
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and
Jpl = npiUpi/[B(W - a)] (3)

Sumpter’s formulation for n, was used [4]. J-integral toughness values are given in Table 4.
Examination of the data in Table 4 shows that J, toughness values are consistent with the 8,
calculations. The J, ratio of the mean shallow-crack toughness to deep-crack toughness is 2.8
for the beams tested at —60°C (—76°F). The ratio of the shallow-to-deep lower-bound tough-
ness is 2.0 which is consistent with the shallow-crack elevated toughness expressed in terms of
CTOD.

Since J, and 6. are related according to J, = m - o, - §.{21], comparison of J, and é_allows
m, the constraint parameter, to be determined as a function of crack depth. Plots of J versus
CTOD show a linear relationship does exist between the two toughness expressions. The con-
straint parameter, m, for each test was determined using the critical toughness (J, and é.) and
the estimated flow stress, 0. Use of the critical toughness is in keeping with Sumpter’s conten-
tion that 7, is valid only for a perfectly plastic material after limit load {4]. Table 4 shows the
constraint values calculated for each test. The average constraint parameter was 1.6 for deep-
crack specimens and 1.1 for shallow-crack specimens.

Although the J-integral and CTOD toughness expressions are generally consistent with each
other, the CTOD toughness was considered more reliable than the J-integral because the
experimental load versus CMOD records were more consistent and repeatable than the load
versus LLD records. For this reason, K, was calculated from CTOD using the following rela-
tion [21]

K.={m-o- E -8} 4)
where
m = 1.6and E’' = E/(1 — ) for deep crack specimens, and
m = 1.1 and E’ = E for shallow crack specimens.
TABLE 4—1J-Integral toughness and constant parameter, m, determination.

HSST Beam Number Plastic Energy, kKN-mm ne J., MPa-mm on, MPa m
3 752 1.13 260 525 0.87

4 4.6 2.00 42 558 1.6

5 4.1 2.00 48 550 1.8

6 26.5 2.00 100 556 1.6

7 114 1.16 92 556 1.2

8 673 1.14 280 556 1.1
9 372 1.13 170 561 0.89

10 187 1.34 140 557 1.1
11 376 1.07 100 552 0.97

12 16.9 2.00 50 552 1.5

13 1134 1.09 210 556 1.1

14 1876 1.09 230 552 1.2

15 400 1.08 85 552 1.1

16 10.7 2.00 46 556 1.4

m (deep) = 1.6

e {shallow) = 1.1

“HSST = Heavy Section Steel Technology Program.
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TABLE 5—Actual and “predicted” toughness values using modified Irwin 8. correction.”

HSST Beam Number” K, Actual, MPaVm Kic, MPaVm K. predicted, MPaVm
4 99 81 127
5 99 81 129
6 153 102 127
12 111 98 103
16 110 103 98
Average Deep-Flaw 114 93 117
7 131 74 235
8 244 93 246
9 211 88 245
10 172 91 181
11 156 75 282
13 212 86 265
14 208 85 271
15 135 103 271
Average Shallow-Flaw 184 87 250

“ Average of deep-crack adjusted values was used to “predict” toughness for shallow-flaw specimens.
Only tests conducted at T = —60°C included.
?HSST = Heavy Section Steel Technology Program.

The plane-strain value of £ was used for the deep-crack specimens in spite of not meeting the
validity requirements of ASTM E 399 because the experimental data in this program indicate
little or no influence of beam thickness on the data. Table 5 gives the toughness of each beam
in terms of K.. The ratio of shallow-to-deep toughness in terms of K, is equal to the square root
of the ratio in terms of CTOD. The lower-bound shallow-crack toughness is =70% greater
than the lower-bound deep-crack toughness at —60°C. The spread of the data is also reduced
expressing the toughness in terms of K.

For comparison, K, was calculated using the J-integral values in Table 4 and Eq 2 in addition
to using CTOD and Eq 4. The two methods of determining K, were very consistent. The max-
imum difference between K, using the two techniques was 12%, the average difference was
<5%.

Modified Irwin Correction

The goal of the shallow-crack program is to investigate toughness as a function of crack
depth and apply the results to a reactor pressure vessel, which is a highly constrained appli-
cation. The deep crack test results therefore should maintain plane-strain constraint or be
adjusted to estimate the plane-strain toughness. Because specimens required to maintain
plane-strain constraint are prohibitively large, the data taken from the deep-crack specimens
have been adjusted for loss of out-of-plane constraint via Irwin’s 8, correction [22]. The Irwin
8, correction is first applied by calculating 8. from the experimental data and then solving the
following equation for 8.

L4Gi + B = B. (5a)

where

B. = (K./0,)'/B (5b)
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and
Bi = (Ki/o,)'/P (5¢)
The adjusted, plane-strain toughness is then calculated according to
Kie = K. V(Be/B) (6)

Application of the Irwin 8, correction reduces the average deep-crack critical toughness from
114 MPaVm (104 ksi \/H) to a corrected plane-strain value of 93 MPaVm (85 ksi \/;;1—.) as
shown in Table 5. The magnitude of the reduction is relatively minor {22]. The small mag-
nitude of the correction and the consistency between the data of different thicknesses indicate
that little loss of out-of-plane constraint is present in the deep-crack data in spite of the fact
that the ASTM E 399 validity requirements have not been met.

Relaxation of crack-tip constraint in either direction (in-plane or out-of-plane) has the effect
of elevating the critical toughness. The Irwin 8, correction successfully accounts for loss of out-
of-plane constraint, and therefore a modification (of the 8, correction) proposed by Merkle
[23] to account for the loss of in-plane constraint associated with shallow flaws was applied.
This modification is based on the assumption that the critical dimension in the constraint of
a beam is the distance from the point of greatest constraint to the nearest free surface, not
including the crack surface. In deep-crack beams, this distance is half the beam thickness; in
shallow-crack specimens, the critical dimension is the crack depth. By using the appropriate
critical dimension, the Irwin 8, correction can be modified to account for both loss of out-of-
plane constraint (insufficient thickness) or loss of in-plane constraint (shallow-crack effect)
[23]. As shown in Table S and Fig. 4, the modified Irwin correction applied to the HSST data
adjusts both deep and shallow-crack toughness data to approximately the same value.

Since the shallow and deep-crack toughness data can be adjusted to the same value, the
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FIG. 4—Application to modified Irwin 8. correction to deep and shallow-crack toughness data.
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modified correction could potentially be used to “predict” the shallow-crack fracture-tough-
ness from deep-crack toughness data. Although the shallow-crack toughness data were avail-
able, the modified Irwin correction was applied to the data to see if “predictions” could be
made of the shallow-crack toughness using only deep-crack data. The “predicted” shallow-
crack toughness was determined using only the adjusted plane-strain, deep-crack toughness
according to Ref 23

K. = K- [l + 146)" N
B = (Ki/0,)’/2a 8
where
K. = 93 MPa\/m (85 ksi V/in.)

The agreement between the “predicted” shallow-crack toughness estimated using the modi-
fied Irwin correction and the actual toughness from the shallow-crack specimens is reasonably
good. The average “predicted” shallow-crack toughness using the deep-crack data with the
modified Irwin 8, correction is 250 MPa\/m (228 ksi\/i_n.); the average actual shallow-crack
toughness is 184 MPa\/m (167 ksi V/in.). A plot of the actual versus “predicted” toughness for
each shallow-crack test (Fig. 5) shows reasonable agreement between the individual “pre-
dicted” and actual shallow-crack toughness values. The modified Irwin 8, correction tends to
overestimate the actual shallow crack toughness. It should be noted that the modified Irwin
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correction “predicted” the shallow-crack toughness for crack depths ranging between a = 8.36
to 14.0 mm (0.329 to 0.553 in.). The “predicted shallow-crack toughness shows little scatter
since the individual values only vary with the crack depth. The ability of the modified Irwin
8. correction to predict the elevated shallow-crack toughness from deep-crack data depends
on similar out-of-plane constraint being present in the data of different thicknesses.

Future Work

The application of the shallow-crack fracture toughness data to reactor vessel analyses
remains the final goal of the program. To reach that goal, more specimens should be tested
with multiple crack depths and at several temperatures within the transition region. The results
generated to date are encouraging but not conclusive as to how to apply the data to an RPV.
Prior experimental work within the HSST program has included tests on thick-walled vessels
which have contained relatively shallow flaws [24]. These tests offer a means to validate the
technology of applying shallow-flaw toughness data to an RPV.

In addition, numerical analyses of the test specimen and the application (that is, an axially-
oriented flaw in an RPV) need to be performed and interpreted. These analyses will provide a
means for checking transferability of the test results to an RPV. The modified Irwin correction
is being further evaluated and refined and is being considered as a relationship to account for
flaw-depth in the fracture-toughness of reactor pressure vessel steels. The conditions under
which the modified Irwin correction can be used in reactor vessel analyses need to be
established.

Conclusions

Although the test results presented in this paper are preliminary, the data are encouraging
and the following interim conclusions can be drawn.

1. Specimens tested with a shallow crack depth (¢ = 9 mm, in this case) exhibit a toughness
that is significantly higher than the deep-notch toughness at temperatures in the lower
transition region. The shallow-crack fracture toughness data determined for A533 B are
consistent with the toughness elevation observed by others for shallow cracks in A36 and
AS517 steels.

2. The single specimen tested with a crack depth of 14 mm (0.6 in.) also appears to show a
toughness elevation.

3. The shallow-crack toughness elevation from the 100 and 150-mm (4 and 6-in.)-thick
beams is generally consistent with the 50-mm (2-in.)-thick data. The influence of out-of-
plane constraint appears minimal in the test results.

4. TheIrwin 3. correction, modified to account for loss of in-plane constraint, has been used
to estimate the elevated shallow-crack fracture toughness from the deep-crack toughness
data. The agreement between the estimated shallow-crack toughness estimated using the
modified Irwin correction and the actual toughness from the shallow-crack specimens is
reasonably good.
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ABSTRACT: Plane-strain elastic-plastic crack-tip fields at a constant J and various elastic 7-
stress levels were obtained in a modified boundary layer (MBL) formulation similar to that of
Betegbn and Hancock but with a slightly different power law hardening stress-strain law. The
analyses were based upon small geometry change formulation and deformation theory plasticity.
To verify the two-parameter characterization of elastic-plastic crack-tip fields, three-dimensional
(3-D)elastic-plastic finite element (FE) analyses were performed on plates with deep (a/t = 0.60)
and shallow (a/t = 0.15) semielliptical surface cracks under both remote tension and bending.
Here ¢ is the plate thickness and a is the maximum penetration of the crack through the plate
thickness. In topological planes perpendicular to the semielliptical crack fronts, the crack-open-
ing stress fields, normalized by the local J, were compared with the plane-strain MBL predictions
based upon the local /and T. In all four cases studied, better than 94% agreement between the
3-D FE solutions and the plane-strain solutions was obtained for loads up to general yielding.
This remarkable agreement held throughout all crack-front locations where the stress fields could
be resolved accurately. Given the vastly different distributions of J, 7, and crack-opening stress
profiles along the collective set of respective crack fronts, the elastic 7-stress appears to be a trac-
table, predictive parameter in quantifying elastic-plastic crack-front stress constraint.

KEY WORDS: crack-tip constraint, T-stress, two-parameter characterization, J-dominance,
surface-cracked plates, three-dimensional finite element analysis

K-based linear elastic fracture mechanics (LEFM) assumes that the near crack-tip stress and
deformation fields of an elastic-plastic material are characterized by the stress intensity factor,
K, provided that certain conditions are satisifed [e.g., the ASTM Test Method for Plane-Strain
Fracture Toughness of Metallic Materials (E 399-90)]. It is understood that if the crack-tip
plastic zone is much smaller than any relevant specimen dimension, the stress state outside the
plastic zone, but well away from the specimen boundary, can be characterized by the first sin-
gular term of the Williams [ /] eigen-expansion

K,
oy = \/?ﬂfa(a) (N

where r and 4 are polar coordinates centered at the crack tip, and the functions f; describe the

angular variations of the respective stress components. The plane-strain elastic-plastic finite
element (FE) analysis of Larsson and Carlsson [2] revealed that the plastic zone sizes of some
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actual two-dimensional (2-D) specimens were substantially different from that of the bound-
ary layer (BL) solution at the same K; even within the ASTM limit. The BL solution was
obtained by applying the traction boundary conditions corresponding to Eq 1 at large r (where
r was much larger than the plastic zone size). In an attempt to resolve the difference, the trac-
tion boundary conditions corresponding to the stress fields of the first two terms in the Wil-
liams [ /] eigen-expansion of near-tip elastic field

[a a] __k [f\-_\-(ﬂ) ﬁ..(a)} + [T 0] @
Uy.\' Uyy vV 21rr f;\(a) .fl\(a) 0 0

were applied in a modified boundary layer (MBL) formulation. In Eq 2, the elastic T-stress is
a tensile/compressive stress acting parallel to the cracked plane. Like K, the T-stress is a func-
tion of geometry and loading conditions, proportional to load amplitude. The crack-tip plastic
zones of the MBL solutions with appropriate T were much closer to those of the corresponding
actual specimens. Bilby et al. [3] also showed that the two-parameter (K and T) remote load-
ing approach (Eq 2) characterizes the very near-tip elastic-plastic fields of a nonhardening
blunted crack better than does K, alone. More recently, Betegon and Hancock [4] applied the
remote displacements dictated by K, and 7 on the outer boundary of a semicircular domain
simulating a crack-tip region. The ratios of K; and T were chosen to match the biaxiality
parameter B of certain 2-D specimens that were analyzed in full-field plane-strain FE solu-
tions. The biaxiality parameter B is a dimensionless constant representing the ratio of T'to K|,
nondimensionalized by an appropriate geometric parameter, e.g., the crack depth a. Since K,
and T are functions of geometry and loading conditions, so is B. The dependence of the crack-
opening stress at a suitable normalized distance on the T-stress of the actual specimens closely
matched that of the MBL prediction.

The dominance of J-based [5] HRR singularity fields [6, 7] in a near crack-tip zone depends
upon specimen geometry and loading conditions (e.g., Refs 8-11). The varied ability of attain-
ing HRR dominance at crack tips of different specimens is attributed to the difference in crack-
tip “constraint.” One of the most widely used constraint parameter is the stress triaxiality,
which is defined by the ratio of hydrostatic stress, o,, = %0y, to the Mises equivalent tensile
stress, o, [12,13]. High constraint is associated with high values of #,,/o.. High crack-tip con-
straint is often found in specimens with sufficiently deep cracks under predominantly bending
load and contained yielding. Low constraint is often associated with specimens of relatively
shallow cracks under predominantly tensile loading. Low constraint generally manifests itself
in high crack-tip ductility and high macroscopic toughness. Du and Hancock [ /4] found that
positive T-stress causes the crack-tip region in a nonhardening material to exhibit the Prandtl
stress field, which is the limiting case of the HRR stress field for nonhardening material. Neg-
ative T-stress reduces the hydrostatic stress, which in turn results in lower crack opening stress.
Al-Ani and Hancock [15] analyzed plane-strain crack opening stress in edge-cracked speci-
mens of various crack depths. Remote tension or bending loads, ranging from small-scale
yielding (SSY) to large-scale yielding, were applied to simulate different levels of crack-tip con-
straint. The crack-opening stresses were in excellent agreement with the MBL prediction using
the calculated elastic-plastic J of the specimen and elastically scaled T-stress. Similar agree-
ment has been obtained by a number of other researchers [4] in a variety of plane-strain spec-
imens. This indicates that the elastic T-stress can not only parameterize crack-tip constraint,
but can also quantitatively predict the deviation of crack-tip fields from small-scale yielding
solution.

We have built upon the above observations and extended them to more complicated 3-D
crack geometries. First, elastic-plastic crack-tip fields in plane strain were analyzed using a
slightly different material model from that of Ref 4. Three-dimensional elastic-plastic FE anal-
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yses were then carried out on plates having a variety of crack geometries and remote loading
conditions using the same material model. These different crack geometries and loadings
result in a wide range of continuously varying J and T distributions along the crack fronts of
the surfaced-cracked plates (SCP). The local crack-front stress fields were then compared with
the plane-strain MBL predictions using the calculated local J and elastically scaled T.

The 7-Stress Effect, Plane-Strain Solutions
Formulation

Based upon a Ramberg-Osgood power law hardening material model and flow theory of
plasticity, Betegon and Hancock [4] studied the T-stress effect using plane-strain MBL for-
mulation by applying displacement boundary conditions dictated by K, and T on a semicir-
cular domain similar to that shown in Fig. 1. The crack-tip J was calculated by the domain
integral method [ /6,17], which is an extension of the virtual crack extension method [/8]. The
calculated J was found to differ from the remote J™, where J® = (1 — v))K{/E (E is the
Young’s modulus, » is the Poisson’s ratio), even when the plastic zone was much smaller than
the simulated domain. Our independent calculation based upon the same material hardening
law and deformation theory plasticity revealed that the calculated J was significantly different
from the applied J* when || (where 7 = T/q,) was greater than 0.6, even though the calcu-
lated J was essentially path-independent (varying within 0.5%) in the entire domain.

Parks [ /9] suggested that the discrepancy between the calculated J and J fr at large |7 is
likely due to the nonlinear stress-strain relation in the Ramberg-Osgood material model when
deformation theory plasticity is used. We use the same stress-strain relation as that of Ref 7
which, in one dimension (1-D), exhibits following relations

4
— for ¢ < oy
€ oy
- = " (3)
[} o
- for ¢ > oy
0o

Here o, is the tensile yield stress, ¢, = oo/E, and n(»n > 1) is a material constant. The power
law stress-strain relation of Eq 3 (¢ > o) can be tensorially generalized using J, deformation
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X

- FIG. 1—Schematic of the generalized plane mesh. Note that the actual number of fans in the circum-
ferential direction is twice the number shown here.
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theory plasticity. Together with the tensorially generalized elastic stress-strain relation, Eq 3
can be expressed in a tensorial form as

1 -2
(1 + »)s; + gy”kk o for o, =< oy

-

where ¢; is the total strain (elastic plus plastic), s is the stress deviator, o, = V 3s5;5,/2 is the
Mises equivalent tensile stress, and 6, is the Kronecker delta. Equation 4 was incorporated into
the ABAQUS [20] FE program through a user-defined material subroutine (UMAT). The dis-
continuous tangent modulus at ¢ posed a problem in convergence. This was overcome by an
introduction of a small circular arc near the transitional point, e = ¢, which tangentially inter-
cepted the linear and power law part of the stress-strain curve. The two intercepting points
were set at: oypear = B 0p aNd 0500 = [1 + (1 — B)/n] - 0,, Where oy, Was the intercepting
point on the linear part of the curve, o,,... Was on the power law part of the curve, and 8 was
aparameter close to 1 that could be setin the UMAT (8 was set to 0.95 for the present analysis).
The strain energy density, which was used in calculating the J-integral, was reformulated
accordingly. Using this material model, the calculated J was fully path-independent and con-
sistent with the remote applied J up to the highest values of | 7| calculated (| 7| n = 0.9). A
set of material constants representing a low strain hardening material was chosen, namely, o,
=1,¢ = 0.0025,n = 10,and v = 0.3.

Ee; = 4)

1
1 -2
— 1} s; + (1 + v)s,,-+(\3y)okk6,j for g, > 0,

Mesh and Boundary Conditions

The crack tip was modelled by a semicircular domain shown in Fig. 1 with symmetry
boundary condition imposed on the plane y = 0. There were 30 fans of elements circumfer-
entially and 40 rings radially. The ratio of the outer boundary to the radius of the first ring
elements was on the order of 10”. Generalized plane strain, ten-node, reduced integration ele-
ments (ABAQUS element type GPE10R) were used. The two nodes added to the generalized
plane strain elements with respect to conventional plane strain elements introduced three
more degrees of freedom. Those degrees of freedom allowed the bounding planes of an element
in the thickness direction to translate and rotate with respect to each other. The reason for
using the generalized plane-strain elements will become clear later. For the moment, the ele-
ments can be considered as conventional plane-strain elements since the bounding planes were
restricted from both translation and rotation for the present analysis.

In-plane displacement boundary conditions

K T
U, = —E \/;.fi(asy) + Ergi(osy) (5)

were applied on the outer boundary of the domain shown in Fig. 1. Here f{(8,v) are the angular
variations of the Cartesian displacement components of the elastic singular field, and g(6,v)
are the angular variations of the displacements due to the (plane-strain) 7-term. Insofar as the
two-parameter characterization is valid, the crack-tip fields of the MBL solution far from the
outer boundary and outside the crack-tip blunting zone should represent those of any crack
with the same values of K; and T. Elastic-plastic crack-tip fields were obtained by systemati-
cally varying = while keeping K; constant. The maximum radius of plastic zone from the crack
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tip (at 7 = —0.9) was about 0.028R, where R is the radius of the outer boundary. This ensured
that the elastic-plastic crack-tip fields were surrounded by a large elastic domain.

Results

Figure 2 shows the variation of normalized crack-opening stress o,, (§ = 0) versus normal-
ized distance at various values of 7. Note that J/a, can be taken as the only relevant length
scale on the order of the crack-tip opening displacement (CTOD). The thick solid line at 7 =
0 is the stress profile at SSY. The stresses marked by the big circles are the HRR singularity
fields with the same material constants. At any point outside the crack-tip blunting zone (r >
~J/oy), the stress variations in terms of = at any fixed normalized distance are essentially the
same, which is consistent with the observation of Ref 4. Substantial stress reduction is seen at
negative 7. Moderate stress elevation is observed at positive =, while the stresses seem to
approach an asymptote at high positive 7. Similar stress profiles with r normalized by the
remote applied J® = (1 — »*)K}/E, using the Ramberg-Osgood material model and defor-
mation theory plasticity, would show a greater 7-effect at both negative and positive 7.

Based upon the observation of Ref 4, the plane-strain stress variation with respect to 7 as
shown in Fig. 2, at any normalized distance in the range ~1 < r/(J/ao) < ~6, was fitted in
the following three-parameter form

M1/ o0)ir) _ oS/ an)

Og 4}

+ A7+ B+ Cr? (6)

where A4,, B,, and C, are constants dependent upon the strain-hardening exponent »n. The orig-
inal two-parameter form of Eq 6 [4] fitted the low to middle range (| 7| < 0.6) well. However,
it was found that it could not match the asymptotic trend at high positive 7. Since this expres-
sion is purely a curve fit, the addition of one more parameter did not seem to be disadvanta-
geous. The choice of normalized distance had little effect on the fitted constants as long as it
was in the range ~1 << r/(J/ao) < ~6 [4]. However, since we subsequently intended to com-
pare the stress at r/(J/o,) = 2, the stresses at this distance were chosen. The resulting fitted
parameters were 4, = 0.6168, B, = —0.5646, and C, = 0.1231 for n = 10.

Figure 3 is the normalized equivalent plastic strain (¢”) at r = 1.22J/a,. The thick solid line
is the SSY solution (r = 0). Negative r is associated with a large increase of peak ¢’ and a shift
of the peak to the forward section (§ << 90°). A slight decrease of peak ¢ is observed at low

5 ——r————r——1———————

gradient of 7 : 0.1

Uyy/UO

7=—0.1 to -0.9

e i 1 L A ) " 1 e
0 1 2 3 4 5 6
r/(J/ o)
FIG. 2—Normalized crack-opening stress distribution in plane strain at various values of 1 = T/ay. The
stresses marked with big circles are HRR singularity fields with same material constants.
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FIG. 3—Circumferential normalized equivalent plastic strain distributions at r = 1.22¥/a, in plane
strain for various values of 7.

values of positive 7, and a moderate increase of peak ¢” is seen at higher values of positive 7.
The strain distribution is consistent with Shih and German’s observation [9] that the equiv-
alent plastic strain peak shifted to the forward sector (# < 90°) in the center-cracked panel
(CCP), which has a negative T-stress under tensile loading (for example, Refs 2,3). The change
of the equivalent plastic strain distribution at various values of = could have significant effects
on ductile fracture process. However, we will focus on the 7 effect on stress fields in the follow-
ing sections.

Crack-Front Fields in Surface-Cracked Plates
Geometries and Meshes

Figure 4 is a schematic view of a plate with a part-through crack (only one quarter of the
plate is shown because of the symmetry). The plate has a total length of 24, total width of 25,
and a thickness of ¢. The semielliptical crack in the center of the plate has a surface length of
2c and maximum penetration of a. Note that two coordinate systems, the global coordinate
system (X — Y — Z), and the local coordinate system (x — y — z) are used to locate a point
in the plate. In the local coordinate system, the plane (x — ) is perpendicular to the crack
front, and the z-axis is tangent to the crack front. The local polar coordinates (r — ) are in
the plane of (x — y), and # = 0 when y = 0 and x > 0. The parametric angle ¢, with ¢ =
cos”'(Z/a)and ¢ = Oat X = 0, is used to locate position along the semielliptical crack-front
locus (X/c)* + (Z/a)* = 1. The overall plate geometry was set to 4/t = 16 and b/t = 8. Two
crack geometries were analyzed, namely, (a/c,a/t) = (0.24,0.60) and (0.24,0.15).

Since an extremely fine mesh is required to resolve the detailed stress fields in the crack tip,
the 3-D elastic-plastic FE analyses were performed through a two-stage, two-mesh analysis.
The global mesh, with a moderately fine mesh along the crack front, modeled the entire one
quarter of the plate. The solution from the global mesh was used to drive the fine mesh, which
consists of the “tubular” region surrounding the crack front. The details of the meshes are
explained below.

The global meshes were generated with an automatic FE mesh generator [2]]. Reduced inte-
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FIG. 4—Schematic of one fourth of a surface-cracked plate. The inset at left shows the local Cartesian
coordinate system (x-y-z system) with respect to global coordinate system (X-Y-Z system) and description
of crack-front location parameter . Note that the drawing is not to scale.

gration (2 X 2 X 2 Gaussian) 20-node isoparametric brick elements were used. Focused onto
each of twelve segments (equal increments in ¢) of the crack front were eight degenerate
wedge-shaped elements. In the topological element “plane” locally normal to the crack front
(plane x — ), there were six rings of elements in the radial direction with eight elements each
in the circumferential direction. The wedge-shaped elements of the first ring had independent
nodes located at the same point on the crack front. The global mesh had from 912 to 1152
elements, or about 12 000 to 15 000 degrees of freedom, depending upon the particular crack
geometry and loading type. The radial extent of the first ring elements was of the order 107%.
For details of the mesh generation, see Ref 2/,

The fine mesh consisted of the tubular regions surrounding the crack front. The exterior of
the fine mesh coincided with the interelement boundary between the third and fourth rings of
focused elements in the respective coarse meshes. The region inside the boundary was refined
radially with eight to twelve rings of elements, instead of three rings in the global mesh. The
fine mesh had from 768 (8 X 8 X 12)to 1152 (8 X 12 X 12) elements. The radial extent of
the first ring of elements around the crack tip was of order 10~*¢. The loading of the fine mesh
was accomplished by applying the nodal displacements obtained from the nodes between the
third and fourth rings of the coarse mesh. The procedure has proven effective and accurate in
an earlier application [//]. Each iteration of the 912-element coarse mesh took about 20 min
on a single processor of an Alliant FX-8; the 1152-element fine mesh run took about 90 min
per iteration.

Boundary Conditions and Loading

Symmetry boundary conditions were applied on the planes X = 0 and Y = 0. Out-of-plane
displacement (U, ) of a single node was restrained to eliminate rigid body translation. In apply-
ing a remote tensile loading, uniform displacement U, on the remote plane Y = /s was
imposed. The total remote tensile load was obtained by summing the Y-direction nodal forces
on every node in the plane Y = 4. The remote load level was defined as the ratio of the remote
load to the remote limit load based upon the uncracked cross section, i.e., 2% = ¢*/0,, where
the remote stress ¢ = P/bt with P being the total tensile force applied on the plane ¥ = / at
X=0.



WANG ON SURFACE-CRACKED PLATES 127

In applying a remote bending moment, kinematic constraints were imposed on the nodes
in the plane Y = A so that the plane remained plane during loading. This was the only restric-
tion applied; the plane was free to move in any other fashion. Two concentrated forces with
the same magnitude and opposite signs were applied on two nodes, one on the top of the plate
(X=0,Y = h,and Z = 1) and another on the bottom of the plate (X = 0, Y = h,and Z =
0). The loads were actually applied throughout the remote plane because of the kinematic con-
straints. The total moment on the remote plane was simply M™ = P - ¢, where P was the
magnitude of the concentrated load applied on the single node. The measure of the remote
load level was defined as the ratio of remote moment to the remote limit moment, or Z%° =
MM, where M. = o,br*/4, i.e., the moment at gross section yielding,.

Data Reduction

In topological planes perpendicular to the crack front (plane x — yin Fig. 4) where interfaces
of elements exist, the nodal stresses of fine mesh were obtained from extrapolations of stresses
at integration points of the surrounding elements. The extremely refined mesh ensured the
accuracy of the extrapolated stresses. The radial distance, r, of each node from the local crack
tip was calculated from the fine mesh nodal coordinates. Local J(¢) at each crack-front loca-
tion was calculated using the domain integral method [ /6, 7] in the entire domain of the fine
meshes, which ranged from eight contours to twelve contours. Except for the first contour,
which was inherently less accurate, the J-integral varied within 3%.

Crack-opening stress (o, in the local coordinate system shown in Fig. 4) was plotted versus
r/(J(¢)/o,) at various crack-front locations for each crack geometry and loading type. Stresses
inside the blunting zone (r << J/a,) and outside the region of interest (r > 6J/a,) were deleted
for a better curve fitting. The stress profiles were then fitted to a form, o,,/00 = Yo + L(r/(J/
ay)Y, where Y, L, and p are fitted constants depending upon crack-front location, crack geom-
etry, and loading type. The fitted forms were then used to calculate stresses at any other nor-
malized distance in the range. Sufficient data points and smooth variation of the stress profiles
provided good fits. Eventually, stresses at r/(J/g,) = 2 were obtained from each fitted form to
compare with the plane-strain MBL predictions.

The MBL solution was obtained from Eq 6. Following the notation of Parks [22], the nor-
malized T-stress r(¢) = T(¢)/ oo = T(¢)/a™ - 0%/ay = I(¢) - =, where /() is dependent upon
crack geometry, loading type, and ». Thus the T-stress at any point along the crack front is
proportional to the remote load level Z%. Recall that =% = 4M/a,bt* = (4M/bt?)/q, for plates
under remote bending, so we have £(¢) = T(¢)/(4M]br?).

Using the line-spring model, Wang and Parks [23] have obtained (¢) distribution in a vari-
ety of SCPs under remote tension and bending. These results were in excellent agreement with
1(¢) estimates from extremely detailed 3-D elastic FE solutions. Similar results were obtained
using a special domain integral method [24]. The (¢) distributions under remote bending
were directly calculated from a fitted parametric form as a function of crack geometry and
crack-front location [23]. Note that #(¢) = T(¢)/(6M/bt?) for plates under remote bending in
Ref 23, a factor of 1.5 in the value of /(¢) should be realized in accordance with the present
definition. Under remote tension, slightly different values of #(¢) were obtained at crack-front
locations 45° << ¢ << 60° using the different methods mentioned above. Based upon the best
gstimates of the three methods, three data points at ¢ = 0, 45, and 67.5° were chosen to fit the
1(¢) distribution into a quadratic polynomial, /(¢) = a, + a,¢ + a,¢?, where a,, a,, and a,
were fitted constants dependent upon crack geometry. The resulting 7(¢) distributions under
remote tension and bending are shown in Fig. 5. The results are not available at ¢ > 67.5°
because the line-spring method is not accurate in these locations. More discussion on the lim-
itation of the line-spring method is given in [23].
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FIG. 5—T-stress calibration factor 1(¢) = T/a™ of surface crack plates under remote tension and bend-
ing. Note that ¢® = 4M/bt’ in bending.

Comparison with the Plane-Strain Solutions

A number of comparisons can be made to verify the applicability of J — T characterized
MBL solution in predicting the 3-D. crack-front stress fields. For instance, various stress and
strain components at different ¢, r, and 6, as well as plastic zone size and shape can be exam-
ined. However, the most important and obvious comparison is the stress directly ahead of the
cracked plane (# = 0), both because of its relevance to the driving force of fracture processes
and because of easy comparison with previous results [§-71].

Figure 6 shows the center plane (¢ = 0) crack opening stress normalized by HRR, SSY, and
MBL solutions, respectively, plotted versus remote load level Z* at normalized distance r/(J/

1.1 —r T g T T T T T T

.I'/(J/Uo)zz (]5:00

a/c=.24 T~ o
a/t=.60
tension

FE S

1.0

1

5
Il
qQ
]
Ve

0.9

O-yy/ T porm

O norm™= THRR
0.8

LI B B B IR B R S S R S St S {

RS SR W [ RS DS S

0.7 P R I R T 1 P SR
0.0 0.2 0.4 0.6 0.8 1.0 1.2
s

FIG. 6—Center plane (¢ = 0°).crack opening stress at t = 2)/a), normalized variously by the HRR,
SSY, and MBL solutions at the same normalized distance for the deep-cracked plate under remote tension.
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6y) = 2 for the deep-cracked plate under remote tension. The radial distance from crack tip is
about four CTODs, or r = 2J/a, = 2/d,(¢,n) - d,(e0,n)]/ 50 = 2/d{e;,n) - CTOD = 4 CTOD,
where d, = 0.51 under plane strain for ¢, = 0.0025 and # = 10 [25]. The HRR and SSY
solutions are invariants at r = 2.J/a, Or oygg = 3.520,and ossy = 3.340, for the present mate-
rial. The MBL stress, omp, was obtained from Eq 6 using the local calculated elastic-plastic
J(¢ = 0) and the elastically-calculated T = #(¢ = 0) - ==, where /(¢ = 0) was taken from
curves shown in Fig. 5. Stresses normalized by oygz and ogy show a steady deviation from
unity as load level increases. If the curve normalized by oy was extrapolated back to £ =
0, it would intercept the ordinate at unity, as it should. If similar extrapolation was made for
the curve normalized by oygg, it intercepts the ordinate at ~0.95, which reflects the limit of
the ratio of SSY solution to the HRR solution at r = 2J/0,, or 0.95 = ogsy/oure = 3.340,/
3.520,. The MBL solution is in better than 97% agreement with the 3-D FE results at load
levels £ << ~0.92. Even at a remote load close to limit load, better than 94% agreement is
obtained. At the same load, the 3-D result is about 76% of the SSY solution while the difference
between the 3-D result and HRR solution is even greater. Given the elastic nature of the T
calibration, the simple J — T characterized MBL is remarkably accurate.

Figure 7 is the crack-opening stresses at r = 2.J/4,, normalized by MBL solutions at the same
normalized distance along the crack front for remote loads ranging from SSY to limit load.
Data at ¢ > 67.5° are not included because both the 3-D FE solutions failed to produce suf-
ficiently accurate stress at r = 2.J/a,, nor was the elastic 7 calibration factor #(¢) available at
these locations. In any case, however, the crack front included in 67.5° < ¢ < 90° is very small
because of the low aspect ratio (a/c = 0.24). The 3-D FE stresses are normalized by oy using
the local J and T at each crack-front location. It is seen that better than 98% agreement is
obtained along (almost) the entire crack front for ©* < 0.925. Even at = = 0.980, the MBL
prediction is still within 94% of the 3-D FE solution at all crack-front locations.

Figures 8 and 9 are similar to Figs. 6 and 7, respectively, except these are for the shallow-
cracked plate under remote tension. The MBL solutions are in better than 97% agreement with
the 3-D FE solutions at all crack-front locations for remote loads up to limit load. However,
one should be cautious in making direct comparison between Figs. 9 and 7. The remote load
parameter = is measured in terms of the remote load normalized by the limit load of the
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FIG. 7—Crack-opening stress, normalized by the MBL solution, along the crack front of the deep-
cracked plate under remote tension at various load levels.
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F1G. 8—Center plane (¢ = 0°) crack opening stress at v = 230, normalized variously by the HRR,
SSY, and MBL solutions at the same normalized distance for the shallow-cracked plate under remote
tension.

uncracked cross section. The cracked area of the shallow-cracked plate is much smaller than
that of the deep-cracked plate. Indeed, if the limit loads were based up the uncracked ligament
area of the respective plates, the load level corresponding to £ = 1.022 of the shallow-cracked
plate would be =7, = 1.031, while =%, = 1.149 at == = 0.980 for the deep-cracked plate.
Thus, the load level of deep-cracked plate at the highest load level calculated here is actually
greater than that of the shallow-cracked plate in terms of net-section yielding.

Figure 10 is the crack-opening stress at r = 2J/q,, normalized by HRR, SSY, and MBL
solutions at the same normalized distance, respectively, plotted versus the remote load level
for the shallow-cracked plate under remote bending. The stress normalized by o,z and osgy
shows a nonlinear, gradual deviation from unity as load increases. The MBL solution agrees
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FIG. 9—Crack-opening stress, normalized by the MBL solution, along the crack front of the shallow-
cracked plate under remote tension at various load levels.
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FIG. 10—Center plane (¢ = 0°) crack-opening stress at t = 2J/oy, normalized variously by the HRR,
SSY, and MBL solutions at the same normalized distance for the shallow cracked plate under remote
bending.

within 95% with the 3-D FE results at loads slightly over limit load. In Fig. 11, comparison is
made along the crack front between the 3-D solutions and the MBL predictions for remote
loads up to/over limit load. Referring to Fig. 5, the #(¢) distribution of the shallow-cracked
plate under remote bending shows a different trend from those plates under remote tension.
Under remote bending, tA(d>) decreases with increasing ¢. Nevertheless, the MBL solution pre-
diction still has better than 95% accuracy at all crack-front locations for bending loads up to/
over the limit load.

The ({¢) distribution of the deep-cracked plate under remote bending, as shown in Fig. 5, 1s
most interesting. The tA(d>) varies continuously from positive at ¢ = 0° to negativeat ¢ = 67.5°.
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FIG. 1 1—Crack-opening stress, normalized by the MBL solution, along the crack front of the shallow-
cracked plate under remote bending. The normalized load level varies from 0.4 to 1.04 with a constant
interval 0.08.
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The qualitative prediction of Eq 6 suggests that, at appropriate load levels, the stresses at ¢ =
0° would be greater than the SSY result, while the stresses at ¢ = 67.5° would be less than the
SSY result. This is indeed observed in Figs. 12 and 13, where the 3-D FE solutions at ¢ = 0°
and ¢ = 67.5°, normalized by the HRR, SSY, and MBL solutions, respectively, are plotted
versus remote load level. Later, it will be shown that the J at ¢ = 67.5° is greater than J at ¢
= (° at same load. Nevertheless, normalized stressat ¢ = 67.5° is lower because of the negative
. Qualitatively, the curve normalized by MBL solution at ¢ = 0° falls below that normalized
by SSY solution, because ayg is greater than ossy at positive 7, whereas at ¢ = 67.5° (Fig. 13),
the relative positions of the two curves are reversed. From Fig. 12, it appears that the SSY
solution is a good prediction of the 3-D result, even at load up to the limit load. A similar
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FIG. 13—Crack-opening stress atr = 2)jog and ¢ = 67.5°, normalized variously by the HRR, SSY,
and MBL solutions, for the deep-cracked plate under remote bending.
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conclusion was made elsewhere [4]. In any case, the MBL solution was within 94% of the
3-Dresultat both ¢ = 0°and ¢ = 67.5°.

Figure 14 compares the MBL solution with the 3-D FE result along the crack front of the
deep-cracked plate under remote bending. At loads up to =* << 0.88, the agreement is better
than 96%. At a higher load, £ = 0.96, an appreciable drop of agreement is seen. Careful
analysis of the crack opening stress profile, i.e., o,, versus r/(J/o,), revealed that the global com-
pressive stress on the ligament became a major contributing factor to the local crack-tip stress
fields. Referring to Fig. 4, the neutral axis on the plane of ¥ = 0 is somewhere above the crack
front, or Z,.,.. > a. Asload increased to a point near general yielding, J increases substan-
tially. Since the radial distance at which the stress was compared is proportional to J, the stress
at r = 2J/o, was sampled at a distance sufficiently far away from ihe crack tip that the global
negative stress gradient made the the stress lower than the MBL prediction. Similar features
were noticed in Ref /5.

Figure 15 shows the normalized J distribution along the crack front of a deep-cracked plate
under remote bending. At = = 0.96, J/e,00t=* = ~0.68 inside 50° < ¢ < 60°, or J/o5t =
~0.02. Within the range 50° < ¢ < 60°, crack depth a(¢) is about 0.5¢. Thus, a/(J/s,) = (a/
0/(J/ost) = 0.5/0.02 = 25. Recalling that J/s, is about two CTODs, one realizes that the
CTOD is about % of the crack depth. The CTOD is so great that it probably approaches the
inherent fracture mechanics limit.

Concluding Remarks

To summarize the 3-D FE results, the crack opening stresses at r = 2.J/s, from ¢ = 0° to ¢
= 67.5° of four cases studied, shallow/deep, tension/bending, were plotted versus 7, as shown
in Fig. 16. The thick solid line is the MBL prediction, or Eq 6, at r/(J/s,) = 2. The dashed line
is a crack-opening stress level 5% below the MBL prediction. Almost all the 3-D results fall
into the narrow band of the MBL prediction. The only stresses that fall outside of the 5% band
are those from the deep-cracked plate under remote bending (marked with big diamonds) for
the reasons explained before. In comparing these results, we ought to remember that the limit
loads were based upon the remote uncracked sections. In fact, the cracked area of the deep-
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FIG. 14—Crack-opening stress, normalized the MBL solution, along the crack front of the deep-cracked
plate under remote bending. The normalized load level varies from 0.4 to 1.04 with a constant interval 0.08.
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cracked plate is (0.60/0.15)* = 16 times that of the shallow-cracked plate, or 14.7% of the gross
section, compared with only 0.9% in the shallow-cracked plate. Figure 17 shows the value
£0o/J, which can be interpreted as the ratio of relevant crack geometry scale £ to the CTOD,
decreases rapidly as the remote load approaches limit load. Here £ is taken as the crack depth
at ¢ = 0° for shallow cracks (¢/t = 0.15), and remaining ligament at ¢ = 0° for deep cracks
(¢/t = 0.4). The inherent fracture mechanics limit, £ > CTOD, should always remain in effect
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FIG. 16—Comparison of various 3-D FE solutions with the MBL predictions at t = 2/, The solid
line is the MBL solution, and the dashed line is 95% of the MBL solution. The 3-D FE results, marked by
the open circles, include all four cases studied, shallow/deep cracks and tension/bending loads. The load
levels are from SSY to the maximum values indicated on the figure. Data marked with large diamonds are
those of the deep-crack plate under remote bending at T = 0.96.
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FIG. 17—Center plane (¢ = 0°) normalized J versus the normalized load level for various crack geom-
etries and loading types.

[26]. Therefore, one may not expect the two-parameter characterization to be good at load
levels much greater than the limit load.

Returning to Fig. 16, the reason that the 3-D FE results are almost always below the MBL
prediction can be partially explained here. Recall that the MBL solutions were obtained under
plane-strain conditions. In a real 3-D SCP, the out-of-plane (local zz direction in Fig. 4) strain
is generally negative along most of the crack front. For instance, our detailed 3-D elastic FE
analysis [27] revealed that the out-of-plane strain at ¢ = 0° for deep-cracked plate under
remote tension was about e.. = —0.55¢5,, where €3y is the remote strain near ¥ = £ in the
tensile loading direction. Parks [22] suggested a generalized form of Eq 2 to express the linear
elastic stress distribution in the vicinity of a crack front

UX.\' U.\'_\' U.\‘: K] .f;\”(a) ﬂl(a ) .f;: (0 ) T\’.\’ 0 T\':
U}z\' U)'y U}': = \/—' f;r(a) f;‘(o) ﬁ:(a) + O 0 0 (7)
o Ouy O 27| £(8) fu0) (6 T. 0 T,

where T; represent constant tractions applied on a point around the crack front, and T, is the
T-stress in Eq 2. The plane strain MBL formulation corresponds to a special case of T, = T,
= 0and T, = »T,,. We analyzed another special case, where T,. = T, = 0 and 7. is finite,
by varying the out-of-plane strain ¢, at the same value of 7. The stress state simulated here is
close to that at/near a symmetry plane such as at ¢ = 0° in SCP. Figure 18 shows the nor-
malized crack opening stress at various values of ¢../¢, with a constant value of 7 = 0. Similar
stress profiles were obtained at other values of . The relative variations in terms of «,./¢, at
various values of 7 showed very little difference. Overall, the effect of out-of-plane strain on
the crack opening stress is much smaller than that of the T-stress. At positive e,., the ., effect
is negligible. For r = 0 and ¢.,/e, = —0.9, the stress at r = 2.J/a, is below its plane strain stress
by about 0.140,. A rough estimate for the deep-cracked plate under remote tension gives e,./
€ = €/eTy - €yv/eg= —0.55 -1 = —0.55at ¢ = 0.980, where ¢5/¢, = 1 atthisload. Assum-
ing linear variation of crack opening stress between e,./e, = 0 and e../e; = —0.9 at r = 2.J/a,,
the stress drop caused by e., would be 0.55/0.90 X 0.14¢, = 0.0854,. This seems to be an
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FIG. 18—Normalized crack opening stress profiles in generalized plane strain at + = 0 and various
values of e,/ €.

exceedingly small value until one considers that a 5% deviation from the plane-strain SSY
solution (r = 0) at r = 2J/g, is only about 0.160,. In other words, the stress drop induced by
the negative out-of-plane strain could account for up to half of the 5% deviation. It is evident
that the MBL predication is indeed accurate for loads up to limit load for the crack geometries
studied here. Considering that the T parameter as used here is only an elastically scaled param-
eter, the accuracy of the MBL approach is indeed striking.

Having demonstrated the ability of the / — T two-parameter approach in characterizing the
elastic-plastic near crack-tip fields up to large-scale yielding, it should be emphasized that the
elastic nature of the T-stress does pose some conceptual difficulties in understanding its use-
fulness in large-scale yielding. However, we feel that T-stress should not be looked at differ-
ently from other fracture parameters, such as the stress intensity factor K, and the J-integral.
The K, (or J) based one-parameter characterization is rigorous under SSY; so isthe J — T'two-
parameter characterization. The key is to establish the parametric limits of the J — T two-
parameter characterization, much like the parametric limit of HRR-dominance was once
examined [&8,9]. We have used the remote load level as our primary indicator of the extent of
plastic deformation. This may be useful in engineering applications. However, other param-
eters, such as the ratio of the ligament/crack-depth to the CTOD, may be more relevant to the
characterization of near crack-tip fields. Therefore, relations similar to those shown in Fig. 17
are very useful in defining the parametric limits of / — T two-parameter characterization. The
J-integral distributions along the crack fronts of SCPs studied here are given in [27] for load
levels from SSY to general yielding.

Recently, O’Dowd and Shih [28,29] proposed a family of plane-strain elastic-plastic stress
fields in a two-term form

% _ (% R Y
o (a(,)m +Q (r/(J/ao)> 7(6) @

where Q is the measure of the second term, and ,(6) is the angular variation of the respective
stress components. Physically, the second term is the difference between the complete stress
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fields and the HRR fields. O’'Dowd and Shih found that the angular variation of the stress
components in the forward sector (§ < 90°) was very small, or ¢,(8) == é,. Comparing with Eq
6 and neglecting the small difference between the HRR solution and the SSY solution at a
point just outside the crack blunting zone, Q and 7 can be related as

Q~Ar+B7+C7 9)

O’Dowd and Shih were able to show that the Q-family of stress fields represented the stress
states of blunted cracks with a large range of crack-tip constraint. However, it appears that Q
cannot be evaluated as easily as the 7-stress. Other closely related approaches [30,31] seem-
ingly have the same drawback. In contrast, an alternative characterizing parameter 7 can be
readily evaluated from a moderately refined FE analysis. The recently developed interaction
integral method [24] is capable of evaluating 7 as a function of crack geometry and loading
type in general 3-D cracked geometries using standard domain integral techniques. The J —
T characterization appears to be a tractable, predictive methodology that provides both excel-
lent qualitative and quantitative predictions of elastic-plastic crack-tip fields with variety of
constraints.
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ABSTRACT: Lower-bound initiation toughness of A533-B (UNS #K 12539) reactor grade steel
was determined Over the temperature range from 0 to 57°C by using a modified-Charpy speci-
men. The lower-bound measurements were attained by utilizing the following procedures: (1)
dynamicloading, (2) modification of the geometry of the specimen, and (3) axial precompression
of the notch. The paper describes in detail the key features of the modified geometry, the method
of precompressing the specimens, and the strain gage procedure. The dynamic initiation tough-
ness K4, which correlates with the lower-bound toughness, was determined by analyzing strain-
time records from the specimen. The results from a fractographic analysis were correlated with
those from the strain-time analysis. An empirical correlation was developed relating K, to the
energy absorbed (£.,,) during the fracture of the specimen. Finally, the lower-bound toughness
from this study compared favorably with K|, and K, measurements from the same material,
established in other programs.

KEY WORDS: Charpy specimen testing, fracture, fracture toughness (lower bound), impact
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Introduction

Lower-bound fracture toughness is an estimate of the lowest fracture toughness exhibited
by a material when subjected to the most severe loading conditions at a specified temperature.
The lower-bound toughness, designated K1z, is often based on the lowest values of crack-arrest
toughness K, and dynamic initiation toughness K4, to give conservative estimates of fracture
toughness. Prior measurements of K, and K, have used large, plate-type fracture specimens
at least 50-mm thick [/,2]. However, the current understanding of cleavage-fibrous behavior
for nuclear reactor vessel steels suggests that a method of cleavage initiation testing with small
specimens may provide the same lower-bound data with more efficiency.

The behavior that hinders slow-load, small-specimen testing to determine cleavage initia-
tion toughness is the large amount of scatter observed in the test results [3-5]. The degree of
scatter indicates that cleavage initiation along the crack front in a small specimen is a rare
event. Only with a large number of small-specimen tests do the lowest observed values corre-
spond with the toughness determinations from large specimens with long crack fronts. How-
ever, if the likelihood of cleavage initiation is enhanced by notch embrittlement, rapid loading,
and geometric constraint, the scatter in the results is reduced significantly, which allows a good
possibility for lower-bound toughness determinations. Recently; Dally et al. [6] have devel-
oped a testing procedure, utilizing relatively small, notched-round-bar specimens, for deter-
mining the lower-bound initiation toughness of reactor grade steels. This procedure was imple-
mented by Irwin et al. [7] to determine the lower-bound initiation toughness for A533-B
reactor grade steel over a range of temperatures in the ductile-to-brittle transition region. The
results show less scatter than slow-load testing methods and agree quite well with toughness
determinations from larger, plate-type specimens.

This paper presents a new procedure for determining the lower-bound toughness of A533-
B reactor grade steel over a limited range of temperatures in the ductile-to-brittle transition
region. The specimen employed was a modified form of a standard Charpy V-notch specimen.
A critical factor in successful testing for the lower-bound initiation toughness with small spec-
imens is an increase in the severity of the local stress adjacent to the precrack. By increasing
these local stresses, it is possible to match more nearly the probability of cleavage initiation
sites that occur in large specimens or in components with a long crack front.

The idea of using a Charpy-type specimen to determine K4 is not new. Initial efforts to mea-
sure K4 coincided with the development of the instrumented Charpy impact test [8,9]. In this
approach, it is assumed that the response from strain gages on the tup characterizes the load-
time response experienced by the specimen. The method for determining K, from these load-
time traces was described by Radon and Turner [/0] in 1969. This method was implemented
by Server and Tetelman [1/] to determine K, for a reactor grade steel. Both investigations
employed standard-size Charpy specimens, which had been fatigue precracked and side-
grooved. Later efforts [ 2] focused on developing procedures for improving the analysis of the
load-time traces, such as the separation of the initiation energy from the total energy absorbed,
the interpretation of oscillations on the traces, and the dynamic calibration of the tup/load
cell. From the results of these studies, guidelines were developed [ /3] to determine Kj; and J,,.

Very recently, MacGillivray and Cannon [ /4] developed a test method, using standard-size,
precracked Charpy specimens for determining dynamic fracture toughness for metals. Unlike
prior investigations, strain gages were placed on both the striking tup and the specimen. The
strain gages on the specimen were calibrated to give the load imposed on the specimen, and
this load was used to determine K.

It is clear that the standard thickness of the Charpy specimen (10 mm) provides sufficient
constraint to simulate plane-strain conditions only for very low toughness. The use of double-
thickness Charpy specimens to increase constraint was proposed by Hoyt in 1938 [15], but
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further implementation of this proposal apparently did not occur. Another reason for increas-
ing the thickness is to increase the number of potential cleavage initiation sites along the crack
front. Also, studies have shown [4,16] that the signal from the instrumented tup does not
accurately reflect the dynamic load acting on the specimen due to stress wave effects and spec-
imen vibration. A simple solution is to mount strain gages directly on the specimens. This
practice has been widely criticized because of costs and difficulties in implementation. How-
ever, instrumented specimens are preferable until a correspondence between the tup response
and the specimen response is established.

The specimen used in this study is an oversized Charpy V-notch specimen, which has been
modified to provide significant constraint with a large elevation of the flow stress. Impact load-
ing and side-grooving of the specimen serve to further elevate the flow stress. Also, a small
precrack is formed at the base of the V-notch by axial precompression. The axial compression
closes a small segment at the root of the notch to form a pseudocrack, and upon release of the
load, a small natural crack is formed at the tip of this pseudocrack. The precompression pro-
cess also produces residual tensile stresses at the crack tip, which further elevates the local
stresses, increasing severity and enhancing the probability of a lower-bound cleavage
1nitiation.

This paper describes in detail the specimen geometry, the technique for axial precompres-
sion, and the testing procedure. Strain-time traces are included to characterize the response of
the specimen to the impact loading. A data analysis process, using the strain-time traces, is
given for determining K, which corresponds to the lower-bound toughness. An interpretation
of the fracture behavior of the specimen based on the strain-time response is described. Next,
the results of a fractographic analysis are presented and correlated with the fracture behavior
apparent in the interpretation of the strain-time traces. An empirical correlation is presented
between K4 values and the energy absorbed (E,,) during the fracture of the specimen. Finally,
the results for K, from this study are compared to K;, and K, measurements from the same
material by independent evaluation programs.

Modified-Charpy Specimen

The purpose of using a modified-Charpy specimen in a dynamic fracture experiment is to
match in a relatively small specimen the constraint present in a larger, plate-type specimen,
such as a compact-tension specimen of twice the standard thickness. The specimen, defined
in Fig. 1, is 64 mm long, 12.7 mm wide, and 19 mm thick. A 2-mm-deep notch, with a 45°
included angle, was machined across the thickness of the specimen to produce a crack-plane
orientation of L-S. The notch was cut with a tip radius of 0.13 mm. Side grooves 1.9 mm deep
were machined on both faces of the specimen to increase constraint and to suppress multiple-
plane cleavage fracture. Strain gages were mounted at several points on the faces of the spec-
imen to measure the strains imposed during impact loading.

While the specimen is similar in appearance to the standard Charpy V-notch specimen,
there are some marked differences. First, the thickness (19 mm) is approximately double that
of the standard specimen (10 mm). This added thickness increases specimen constraint and
promotes brittle rather than ductile fracture by elevating the flow stress. The inclusion of side
grooves on the modified specimens increases the constraint even further. Finally, the radius at
the notch tip is 0.13 mm as compared to 0.25 mm for the standard specimen. The sharp notch
is employed so that a crack may be formed more easily at the notch tip by axial precom-
pression. Essentially, these modifications transform a standard Charpy V-notch specimen
into a fracture specimen of similar size, which can be used to measure fracture initiation
toughness.
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* side-grooves are V-shaped and 1.3 mm deep
FIG. | —Dimensions of the modified Charpy specimen.

Axial Precompression of Notch

Although the radius of the notch tip is only 0.13 mm, it is not sufficiently sharp to represent
a crack and to initiate reliably a cleavage event in a fracture mechanics test. The notch was
sharpened before testing by applying an axial compressive stress, which exceeded the yield
strength of A533-B steel (482 MPa) by a factor of about 3. Yielding at the center of the speci-
men caused the sides of the notch to move together, as shown in Fig. 2. Note that the notch
closes slightly during deformation, reducing the included angle to about 39°. Also, a short
pseudocrack is formed at the base of the notch due to local yielding and the flow of material
near the notch. Upon unloading, a short natural crack forms at a shallow angle to the pseu-
docrack. This crack is produced by the residual tensile stresses that form when the axial com-
pressive load is removed from the specimen.

The effect of axial precompression on the mechanical properties of this steel is not known.
During the precompression process, the material in the notch section is strained plastically to
levels of 15 to 20%. One would normally expect some degree of work hardening from these
large strains, except for the Bauschinger effect. Since the specimen is preloaded in compression
and tested in tension, the Bauschinger effect should cause a reduction in the tensile yield
strength and softening of the material in the notch section. It is believed these effects are small
since the work hardening of low-carbon steels at these strain levels is not pronounced.

In this method of crack sharpening, it is essential to control both the uniformity and the
extent of deformation. This control was accomplished by using a compression tube fixture
where four specimens were placed back to back (notches facing outward). The amount of
deformation, §, was fixed by the difference between the specimen length and the height of the
compression tube. Different amounts of deformation are imposed by varying the specimen
length. For these experiments, § varied from 1 to 1.5 mm.

Test Procedure

General purpose, bonded-foil resistance strain gages were used to measure the strains at
selected points on the modified-Charpy specimen during impact. The gages employed had an
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FIG. 2— Pseudocrack formed due to axial precompression: (a) line drawing of pseudocrack, (b) polished
section of specimen showing pseudocrack.

active gage length of 1.6 mm and a nominal resistance of 350 €. In preliminary experiments,
six gages were placed on the specimen at locations defined in Fig. 3a and will be referred to as
the inclined gages, the 90° gages, and the midspan gages. The results from the initial experi-
ments showed unexpected features in the strain-time records for the inclined and midspan
gage sets. The strain indicated by both gage sets experienced pronounced oscillations. The
inclined gages were oscillating out of phase, and the midspan gages indicated that the Charpy
specimen was not acting like a simple beam in bending because the strains were not of equal
magnitude and opposite sign.

To better define the stress-state in the modified Charpy specimen, a two-dimensional, static
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FIG. 3—Strain gage positions on the modified Charpy specimen: (a) initial strain gage positions; (b)
final strain gage positions.

photoelastic analysis was conducted. As a result of that analysis, the gage placement was mod-
ified as shown in Fig. 3b. This gage configuration, which incorporates four 90° gages mounted
5 mm from the crack tip, was used in all subsequent experiments. The gages were connected
to a single-active-arm Wheatstone bridge/amplifier unit, capable of 100 kHz, for appropriate
signal conditioning.

A Type J, iron-constantan thermocouple was cemented in the notch to measure the testing
temperature of the specimen. The output from the thermocouple was measured on a digital
thermometer with a resolution of 0.1°C. Twenty-two specimens were tested over a range of
temperatures from 0 to 57°C. Dry ice was used to cool the specimens, and a hot plate was used
to heat the specimens.

The specimens were tested in a standard, Charpy impact testing machine. The only machine
alteration was the installation of larger specimen shields to accommodate the 19-mm-thick
specimens. All of the specimens were tested with a full-height hammer drop with an energy of
406 J and an impact velocity of 5.47 m/s. The strain rate in the specimen, estimated as the
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ratio of the strain at fracture to the loading time to fracture, was about 15 s™". The capacity of
the impact testing machine was sufficient to break all of the specimens over the range of tem-
peratures investigated.

The voltage-time traces from each of the gages were recorded, on a common time base, on
a pair of dual-channel, digital storage oscilloscopes. The analog-to-digital converter on each of
the oscilloscopes was set to sample at a rate of 200 ns/point. After completing the test, the
voltage-time traces were downloaded from the oscilloscope memories to a personal computer
for further data processing.

Photoelastic Analysis

A static, two-dimensional photoelastic test was performed to determine the stress-state in
the modified-Charpy specimen. The scale-model (three times actual size) was cut from a 6-
mm-thick sheet of polycarbonate. The finished model was 191 mm long and 38 mm wide,
with a 45°, 5-mm-deep notch. A 1-mm-deep saw cut was made at the base of the notch to
simulate a crack.

The model, with a span of 120 mm, was placed in a circular polariscope and loaded in three-
point bending. Light-field and dark-field fringe patterns representing the stress distribution are
shown in Fig. 4. The fringe patterns show a complex, two-dimensional state of stress in the
specimen rather than a uniaxial state of stress associated with three-point bending of a beam.
Note in particular the absence of a neutral axis, which would appear as a straight horizontal
fringe of zero order near the centerline of the specimen. The absence of the neutral axis con-
firmed that the specimen could not be characterized with simple beam theory. Since the usual
analysis of the data from the midspan gages is based upon simple beam theory, this approach
was discontinued.

Data from the light-field and dark-field fringe patterns included the fringe order N and the
corresponding locations (x and y positions), relative to the origin at the crack tip, from about
160 data points in a region near the crack tip. Using a mixed-mode form of a series expansion
for the stresses [ /7] and an over-deterministic solution [ /8], the unknown coefficients 4,, B,
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dark-field fringe pattern

light-field fringe pattern

FIG. 4—Isochromatic fringe patterns for the photoelastic model.

C,, etc. were determined. The two coefficients of main interest are 4, and C, because they are
related to the stress-intensity factors K, and K|, by

K] = AO V 21!'
and
K, = CV2r (N

It was observed that K, was negligible compared to K, which confirms that the stress state at
the crack tip was predominantly opening mode. The opening-mode coefficients 4,, B,, and
A, determined from the isochromatic patterns, were used in developing the analysis technique
for determining K from strain-time traces from the 90° gages.

The photoelastic results obtained in this experiment agreed quite well with results by Corren
etal. [/9] that evaluated a standard Charpy V-notch geometry subjected to static and dynamic
loadings. The results indicated differences between the dynamic and static loadings, due
mainly to stress wave effects. Unfortunately, the scope of this investigation did not permit a
dynamic photoelastic study of the modified-Charpy geometry, which is clearly needed to
explain the oscillations occurring in the inclined gages as the stress field develops with time.
Since the oscillatory behavior of these gages could not be explained by a static analysis, the use
of the inclined gages was discontinued. The results obtained from this photoelastic analysis led
to the adoption of the 90°-strain gage placement defined in Fig. 3.
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Initiation Toughness Determinations from Strain Gages

The method used to determine the dynamic initiation toughness K4 from strain-time rec-
ords is based upon a static analysis. The analysis, developed by Dally and Sanford [20], uses
a series representation of the generalized Westergaard equations to describe the strain field in
the vicinity of a crack. The governing equation has the form

2ue,, = Ao~ "*{(k)cos(6/2) + (1/2)sin(f)sin(36/2)} + Bolk — 1} )
+ A,r'* cos(8/2){k — sin*(0/2)} + B,r{k — 1}cos(f)

where k = (1 — »)/(1 + ») and K is given by Eq 1. With » = 0.300 for steel and 8 = 90°, Egs
1 and 2 are combined to give

2pe,, = 0.2929K,r"'* — 0.4615B, + 0.02720A4,r'" (3)
Note that the influence of the B, term has vanished from Eq 3. To a first approximation, the
contributions from the ° and r'”? terms are neglected by setting B, = 4, = 0. Employing this
approximation, and with r = 5 mm, Eq 3 can be rearranged as
K, = 0.4828ue,, 4)
A correction factor for the effect of side grooves is given by the relation
C, = [B/B)"”? = 1.118 (5)
for B = 19 mm and B, = 15.2 mm. Adjusting Eq 4 with C, gives
K, = 0.5397u¢,, (6)
where ¢ = 79.5 GPa and K, has units of MPa\/m. If the strain ¢, is the strain measured at
initiation (e;), then Eq 6 gives the dynamic initiation toughness K.

To develop Eq 6, it was necessary to arbitrarily assume the B, and A4, coefficients were zero.
To test the assumption, values of B, and 4, determined from the photoelastic study were nor-
malized with respect to K, and inserted into Eq 3 to obtain

2ue,, = 0.2929K,r"'? + 0.3842K, + 0.1874K,r'" (7)

For r = 5 mm, Eq 7 simplifies to
2ue,, = 4.142K, + 0.3975K, (8)
The first term in Eq 8 is due to 4,, and the second term represents the error associated with

neglecting the B, and A, coefficients. Rearranging Eq 8 and adjusting for the effect of side
grooves gives

K, = 0.4926u¢,, 9)
where K, has units of MPa\/m. A comparison between Eqs 6 and 9 reveals that the error intro-

duced by neglecting the B, and A4, coeflicients is 9.6%. This result shows that the two-param-
eter solution of Eq 6 (4, and B)) is capable of approximating a four-parameter solution (A4,
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A,, By, and B)), with a relatively small error. Even though Eq 6 overestimated K, this equation
was used for simplicity and to offset partially other effects that were neglected, such as plastic
behavior at the crack tip.

All of the equations were developed for static loading, and the applicability of this approach
for dynamic loading may be questioned. Finite element studies conducted by Nakamura et
al., concerning the determintation of Jy, for both notched-round-bar [2/] and three-point-
bend [22] specimens, indicate that the differences between static and dynamic solutions are
very small for the loading rates present in the modified-Charpy specimens. Similarity in static
and dynamic relations between K| and strain has been verified by several investigations con-
ducted at the University of Maryland [6, 7, 23,24], which employed static equations to predict
K4 successfully. The results of this study appear to agree with previous conclusions.

Strain-Time Records

Twenty-two specimens fabricated from AS533-B steel were tested over a temperature range
from 0 to 57°C. Of this group, 16 specimens failed with extensive quasicleavage and provided
strain-time data suitable for a valid (acceptable) K,y determination. The voltage-time records
from the four gages on each specimen were imported into a commercial spreadsheet program,
and strain-time traces were generated for each gage.

A preliminary observation of the traces indicated the mechanism of failure. Two types of
failures were observed: (1) small amounts of ductile tearing followed by predominantly cleav-
age, or (2) extensive ductile tearing with little or no cleavage. The first mechanism yields data
that permits a valid determination of K, from Eq 6, but the second mechanism does not.

Examples of valid and invalid strain-time traces are shown in Figs. 5 and 6, respectively.
Three traces are shown in each figure: (1) the average of the bottom gages, (2) the average of
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FIG. 5—Strain-time traces for a valid test.
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FIG. 6—Strain-time traces for an invalid test.

the top gages, and (3) the average of all the gages. For the valid test in Fig. 5, a single peak value
of strain marked the initiation of the crack in the specimen. The strain increased monotoni-
cally with time for about 140 us after the gage initially began to respond, with reasonable cor-
respondence between the top and bottom gage sets. The small oscillations superimposed on
the monotonic rise were attributed to stress wave effects and specimen vibration, resulting
from the impact load. The response of all four gages to crack initiation was nearly simulta-
neous, and the strain decreased rapidly after initiation.

For the invalid testin Fig. 6, the strain monotonically increased to a very high value (=4300
re) and remained constant for several hundred microseconds. Again, close correspondence
was noted between the gage sets. An observation of the fracture surface after the test indicated
extensive ductile tearing (that occurs at low velocity) with almost no cleavage. These obser-
vations of the strain-time traces allowed immediate classification of specimens failing by pri-
marily brittle cleavage from those failing due to ductile tearing (hole joining).

The maximum strain from the strain-time traces was used as the failure strain g, for the 16
qualifying tests. Values of K,y were calculated from the average of the peak values of the indi-
vidual strain-time traces. The values of K,y determined in this manner are shown as a function
of temperature in a later section.

Fractographic Analysis

A fractographic analysis was conducted to verify that the values of initiation toughness
determined with a modified-Charpy specimen were lower-bound values. To attain a mini-
mum value of initiation toughness, the fracture surface must consist primarily of cleavage fac-
ets with very little prior ductile tearing (crack extension by microvoid coalescence). The fea-
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tures of the fracture surface were studied by using a scanning electron microscope (SEM). By
analyzing the fractographs from the SEM in conjunction with the strain-time traces from the
strain gages, the validity of the K, measurement was determined.

Common features appeared on all of the fracture surfaces from specimens giving valid K,
results. From a macroscopic analysis, it was evident that the surfaces are generally flat, with
the crack extension remaining in the plane of the side grooves. Microscopically, however, the
typical fractograph (see Fig. 7) showed different mechanisms of fracture. The initial mecha-
nism of failure was by ductile tearing, which appears as a thin, nearly uniform region extending
along the base of the notch and, 1o a lesser extent, along the side grooves. As the fracture front
moved inward from the base of the notch, cleavage was initiated from one or more sites along
the crack front. A predominantly cleavage fracture extended over almost the entire fracture
surface. However, the mode of failure was not pure cleavage because cleavage facets were sur-
rounded by ductile tear ridges. This type of behavior is termed quasicleavage. A third failure
mechanism occurred toward the end of the fracture, after the loss of constraint, and was due
to shear rather than tensile stresses. The boundary between the quasicleavage and the shear
regions 1s clearly seen at the bottom of the figure.

All of the specimens that provided data suitable for determining K4 exhibited the features
described in the previous paragraph. However, the fracture surface features changed with tem-
perature. Representative fractographs, presented in Fig. 8, demonstrate the effect of temper-
ature on the surface features. Fractographs from tests conducted at low (0°C), intermediate
(27°C), and high (49°C) temperatures are included in the figure. It is observed that some char-
acteristic features of the fracture surface changed with temperature. As temperature increased,
the fracture generally became more ductile, as indicated by a widening of the initial tearing
region and the increase in the number and area of tear ridges surrounding the cleavage facets.
Also, the time to failure increased with increasing temperature, ranging from 79 us at 0°C to

FICG Te—Fracture surface foatures for a valid cest.
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147 us at 49°C. It is believed that the increased time to failure is due to the greater amount of
initial ductile tearing, which propagates at a much slower rate than cleavage fracture. This type
of behavior is expected for steels exhibiting a ductile-to-brittle transition region. The gradual
change from cleavage to hole joining, on a microscopic scale, produces an increase in fracture
toughness with temperature.

Finally, a fractograph of a specimen that did not provide an acceptable K, value is shown
in Fig. 9, and the corresponding strain-time traces for this specimen are presented in Fig. 6.
The fracture surface appeared dull and exhibited primarily ductile tearing features {void for-
mation and ductile hole joining) with no significant signs of cleavage. The failure was, there-
fore, classified as ductile rather than cleavage. Even with this ductile failure, the side grooves
suppressed the formulation of appreciable shear lips, which commonly occur on standard
Charpy V-notch specimens. This surface, and the corresponding strain gage records, should
be contrasted with the results from the valid test shown in Figs. 7 and 5.

Discussion

Results for the initiation toughness of A533-B steel over the temperature range from 0 to
57°Care presented in Fig. 10 for both the modified-Charpy specimens and the notched-round-
bar specimens. Included in this figure is additional data for K, and K, due to independent
measurements.” The data from sixteen valid tests agree well with other lower-bound deter-
minations. The line labeled K is the lower limit of fracture toughness, as given by the Amer-
ican Society of Mechanical Engineers (ASME) [25]. The modified-Charpy specimens tested
at low temperatures produced results for K, that were slightly lower than the Kx curve, indi-
cating that the modified-Charpy test method gives a slightly conservative measure of Kj,. As
seen from the figure, the tendency of previous K, and K, determinations was to predict a lower
toughness than the crack-arrest toughness measured by larger, compact-tension (CT) speci-
mens given by the broken line labeled K;,. The modified Charpy test results match this
tendency.

The following two factors were not considered in the analysis of the modified-Charpy data:
(1) thenfluence of the B, and A, terms on the strain field, and (2) an adjustment for the plastic
zone at the crack tip. The main contribution to the difference between Eqs 6 and 9 results from
neglecting the B, coefficient, which is equivalent to neglecting the strain due to a uniform stress
component parallel to the crack tip (commonly denoted o). The effect of considering the B,
term 1n the analysis would have tended to lower the measured K,y values. Conversely, any
plastic-zone adjustment would tend to elevate the K,y determinations. It is believed that the
contributions from these effects tend to partially offest each other, resulting in useful K
determinations.

The use of strain gages on surveillance specimens is a disadvantage due to the time needed
for gage mounting and the instrumentation required for recording the dynamic gage signals.
Other parameters that were easier to measure were sought, from which K4 could be inferred.
The most common parameter is the energy absorbed {E,,), as indicated on the Charpy testing
machine. The relationship between E,, and K, is presented in Fig. 11. Included in the figure
are two of the more common empirical correlations, developed by Barsom [26] and Sailors
and Corten [27] from standard Charpy V-notch specimens. The empirical correlation devel-
oped for the modified-Charpy specimen is given as

1<Id = 13 v Evu (10)

2Note that the temperature in Fig. 10 is relative to the R7npy. For this particular A533-B steel, RTnpr
= —2°C.
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FIG. 10—Comparison of lower-bound toughness determinations for A533-B reactor grade steel.

where K, and E,, have units of MPa\/m and J, respectively. Since the Barsom and Sailors-
Corten equations were only intended for the lower part of the transition range, the equations
are presented as broken lines beyond the limit of applicability (=54 J). A reason for the dis-
crepancies between the Kj, predictions is that the previous correlations were developed for
standard Charpy V-notch specimens, while Eq 10 was determined from modified-Charpy
specimens. Clearly the energies absorbed by Charpy V-notch specimens differ from the ener-
gies absorbed by the modified-Charpy specimens.

The amount of precompression required to minimize ductile tearing is not known. Cur-
rently, the amount of axial precompression imposed on a specimen of a given material is deter-
mined from experience and observation of the degree of tearing observed in invalid tests. In
general, a greater amount of precompression is required as temperature increases (that is, as
the material exhibits higher toughness). Results from notched-round-bar testing indicated that
excessive precompression produced Ky, values which were too low. It is conceivable that the
conservative K,y values from modified-Charpy specimens at low temperatures were due to
excessive precompression for the test temperature. Clearly, a Systematic study of the effect of
the amount of axial precompression on both lower-bound toughness and the extent of crack
extension by hole joining and by cleavage initiation is needed.

Conclusion

The results of this investigation indicate that modified-Charpy specimens can be employed
to determine dynamic initiation toughness of reactor grade steels over an important range of
temperatures (0 to 57°C). The toughness measurements agree with other lower-bound deter-
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minations from both crack-arrest (X,,) testing and rapid-load-initiation (X,) testing. The
advantages of the modified-Charpy specimen are: (1) the small specimen size, which conserves
material and simplifies handling, (2) the relatively low cost for machining the specimens, and
(3) the possibility of automation of test procedures. These factors make the method attractive
for use in a “*hot-cell” environment to determine the properties of steels damaged by radiation.
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DISCUSSION

E. M. Hackett' (written discussion)—The transition time [22] should be calculated for the
modified-Charpy specimen. Based on the presented times to fracture initiation (= 150 us), it
could be that the initiation is occurring in an inertial or kinetic energy dominated timeframe
before the transition time. If such is the case, the fields controlling fracture would not be equiv-
alent to the static case, and inertial considerations would have to be added to the K/J analysis.

Authors’ Closure—Nakamura et al. [22] have presented a formula for the transition time
of a standard ASTM three-point-bend specimen. This relation can be altered for a modified-
Charpy specimen as

tr = 23.3(S*/S)H/c,

where H is the width of the specimen, ¢, is the longitudinal wave speed in the bar, S; is the
shape factor of the standard ASTM specimen, and S* is the shape factor of the modified-
Charpy specimen. Using this equation gives the transition time for the modified-Charpy spec-
imen as 36 s. It is generally assumed that inertial effects can be neglected for times longer than
2ty, or 72 us for the modified-Charpy specimen. Since crack initiations usually occurred
around 150 ps, inertial considerations may be neglected.

The appearance of the strain-time records gives further evidence for employing a static anal-
ysis. As shown in Fig. 5, the strain-time trace exhibits a monotonic rise for about 150 us, with
the superimposed oscillations at 35 and 80 us. These oscillations indicate the presence of iner-
tial effects in the specimen. Note the reduced amplitude of the second oscillation as compared
to the first, which demonstrates that inertial effects in the specimen are decreasing. Clearly all
oscillations have vanished at the time of crack initiation at =150 us. Therefore, the determi-
nation of K\, by a static analysis seems appropriate.

! David Taylor Research Ctr., Code 2814, Annapolis, MD 21402.
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ABSTRACT: The effects of geometry on the Jg-curve for ductile tearing toughness of a titanium
alloy are investigated in a series of notch bend tests taken to large amounts of growth in the fully
plastic regime. For this material there is a remarkably small effect of thickness over a nine-fold
range from 4 to 35 mm, but for thicknesses of 17.5 mm and greater, the R-curves are lower for
wider specimens. The results are then analyzed in terms of energy dissipation rate and crack
opening angle. Both terms fall rapidly just after initiation and pass to a near steady-state regime
after about 10% growth. In steady-state tearing the crack opening angle is substantially constant
with growth, while the steady-state dissipation rate can be split into areal and volumetric
components.

It is concluded that stable ductile tearing of this material at limit load conditions is controlled
by processes of plastic deformation that, if expressed as conventional R-curves, show a definite
dependence on width. However, interpretation by either crack opening angle or dissipation rate
model is sensitive to how the data are analyzed. The dependence of the models on the degree of
plane stress or plane strain is not yet clear so that extrapolation to other sizes of specimens is still
uncertain.

KEY WORDS: toughness, R-curves, stable crack growth, crack opening angle, titanium

The object of fracture mechanics is to separate out at the macro-scale the inherent physical
attributes of fracture from the effects of the geometry of a component. This is typified in linear
elastic fracture mechanics (LEFM) by the concept of the plane-strain fracture toughness. Gy
or K., which in principle gives a measure of the effective surface energy, v + w,, where v is
the true surface energy and w, the very local plastic work that must be done before separation
can occur on a macro-scale [/,2]. The same concept of determining a macro-fracture tough-
ness has been carried over into elastic plastic fracture mechanics (EPFM). Most EPFM tests
are conducted in general or uncontained yield so that meaning is encompassed within the term
EPFM here. In EPFM the difficulty is in separating out the plastic work remote from the frac-
ture from the Irwin-Orowan component, w,, inherent to the fracture.

Two separate aspects of toughness soon emerged in EPFM as indeed they had in LEFM for
other than plane strain, a value related to the initiation of tearing from a preexisting sharp
crack and a subsequent measure of the continued resistance to tearing, a so-called resistance
or R-curve. The measure of toughness used here will at first be J [3].

The object of the present work is to explore the geometry dependence of the Je-curve for
tearing toughness of metals, ductile in the micro-mode, when taken to amounts of growth large
relative to the original ligament. The strong but varied pattern of geometry dependence of
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conventional Je-curves has been pointed out several times [4-7]. Some of these patterns were
brought into a more unified perspective by examining the energy dissipation rate [8]. In this
paper the data used will be from two series of tests on a particular titanium alloy, one at several
thicknesses, another at various widths. The overall view that emerges from this and previous
related studies is that the so-called-J-based R-curve simply reflects the accumulated work done
and that the various different geometric trends seen in the literature are most likely to be
understood in terms of the energy dissipation rate.

The paper is divided into three parts: (a) an overview of the new terms introduced and the
Jr behavior patterns previously seen; (b) the experimental data; (c) models into which the
results might fit.

It is important to note that all results discussed relate to the high in-plane constraint cases
of deep notch bending or compact tension. No implication is made for results in either tension
or shallow notch bending where loss of in-plane constraint is generally recognized. It should
also be noted that the present work is not directly concerned with initiation of tearing for which
Jic is the formalized measure. It is well known that it is difficult to define a precise measure of
the initiation event other than in a practical though arbitrary way, such as ASTM Method for
Ji, @ Measure of Fracture Toughness (E 813-87). Here J; is used to denote toughness “at”
initiation, but a precise definition of J; is not pursued.

An Overview of the Energy Dissipation Rate

As an aid to explaining the present viewpoint, an overview of the new terms introduced, see
Refs 6-12, is offered at this stage, in terms of conventional J notation. There are two steps;
more exact definitions of the new terms are given later.

First, if no distinction is made between the various definitions of J found in the literature,
then dissipation rate is related to (b/n)(dJ/da), where b is ligament size and 7 is the factor that
relates J to work per unit area. But it is the essence of the present argument that the relationship
is more meaningful when stated the other way round, with dissipation as the physical term and
dJ/da as a derived measure. For initiation the present measure of toughness is used, concep-
tually J;, in practice, J.. All the various measures used for J are based on

J = qU/Bb (1a)

where U is the work done (that is, the area of the load-displacement diagram) up to the point
of interest so that J is measured as a quantity of work normalized by 5/Bb. (B is the specimen
thickness.)

The practice over the last decade has been to modify Eq la after initiation to give

Je = J, + ZdJ = J, + Z3dU/Bb + fld(nU/Bb)] (1b)

where the function selected to allow for growth has varied from time to time. It is now argued
that (subject to the second step of the explanation that follows) dU/Bda is the term that is of
more fundamental importance, being both more directly measured by experiment and more
directly accounted for through physical understanding. From Eq 1b, neglecting the third func-
tion, it is seen that

dU/Bda = (b/n)XdJ/da) (2)

so that dJ/da is simply some size-dependent multiple of the work rate.
The second step in the argument is that the work or energy rate used in Eq 2 should have a
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clear physical relationship with the characteristics of real elastic plastic (REP) material. As a
consequence it must be accepted that much of the work input is dissipated in plasticity, which
damages material adjacent to the crack but may or may not contribute directly to fracture.
Some work input is stored as linear elastic strain energy, the later release of which contributes
to the fracture process. Thus the term required, rather than dU/Bda, is more properly written

dUs/Bda = d(U — w,)/Bda (= D, the dissipation rate) (3)

where U is external work as before and w,, is the conventional linear elastic strain energy, w,
= (q.,/2, where Q is load and g,, is the linear elastic component of displacement.

Of course a related Ji-type formulation can be used if desired, by basing dJ/da in Eq 2 on
Eq 3; this was indeed introduced in Ref J0. Its relation to the original J-integral of Ref 3 is so
remote that it might better be called dR/da, where R implies resistance.

dJg/da (or better dR/da) = 7dU,/Bb. 4

This definition uses the current ligament, b., but omits the term f{ } in Eq 2 on the grounds
that because of the discontinuity at initiation, at least on the macro-scale used for U and J, a
term such as dJ should be defined for REP material in the increment, rather than by differ-
entiating a previous quantity, just as is done in the classical theory of incremental plasticity.

An interpretation was made in Ref § of data for D given by Watson & Jollesin Ref 13 (where
it was called dU,,/ Bda but was clearly defined as in Eq 3). No R-curves were shown [/3] nor
final sizes given for shear-lips. The data were for 23-mm-thick HY 130, with three widths of
plain-sided specimens and a side-grooved specimen. From other tests in the literature, includ-
ing Refs /4 and 15, it is nearly certain that for the plain-sided specimens large shear lips would
have developed. For the plain specimens the results for D show no decrease with growth but a
very clear plateau behavior independent of Aa. For the side-grooved case a distinct decrease
with growth was shown, similar to that for A533B shown in Ref 16 for reanalysis of tests orig-
inally reported in Ref 17. In Ref 8 the plateau values of Ref /3 were broken into two terms,
one dependent on area and one on volume

dUy, = yBda + pcic,da = yBda + ps’da (5a,b)

where v is energy dissipation rate per unit area and p is a mean dissipation rate per unit vol-
ume. The term s° implies a plane stress or shear-lip zone of equal dimensions, ¢, = ¢; = s, 1n
the thickness and span-wise directions. Clearly the numerical value assigned to p will depend
on the size of the volume over which the term is averaged, that is, whether s is an absolute or
proportional dimension. The size of s might in general be controlled by an inherent toughness
of material, s,,, or by geometry, s,. The HY 130 data from Ref /4 and Ref 15 are well fitted by
S, = 02b0

The Pattern of Geometry Dependence of Fully Plastic Jg Curves in Bending

It is emphasized that the patterns described here are not peculiar to titanium but have been
found for other metals, both in-house and in the literature. Three main trends of R-curve
behavior have been identified [4-8], although the passage from one to the other shows more
cases and there may perhaps be other behaviors not yet properly perceived. The geometry
dependence of R-curves has also be discussed recently by Atkins [ /8] and Kolednik [/9]. The
three main trends seen in the literature are:
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1. “Wider-lower,” that is, as the original ligament width, b,, is increased at constant thick-
ness the resulting R-curves fall below that for the previous size.

2. “Wider-higher,” that is, as the original ligament width, b, is increased at constant thick-
ness, the resulting R-curves rise above that for the previous size, and

3. “No trend with size,” that is, as the size (both width and thickness) is increased to give
geometrically similar pieces, the resulting R-curves are the same.

The increase in ligament width, b,, may arise either from increasing the overall width W at
constant af W ratio or reducing the a/ W ratio (still within the deep notch range, that is, 0.4 <
a/W =< 0.8) at constant width, W, although some distinction will be made between these two
cases later. An example of what might be called a sub-case is “wider-no trend,” where data
apparently lie between the first and second cases. Another is where some pieces with geometric
similarity follow Trend 3 but then with a further change in absolute size, depart from it. The
reason for these and other sub-trends will become apparent as the main data are discussed.

The scaling of the first wider-lower case to an abscissa of Aa/b, was noted in Refs 4 and 5.
It was also noted [ 7] that the data of Ref 16 followed the wider-lower trend and scaled to an
abscissa of (Aa/b,)(S/b,), where S equals the span for bend specimens, or the moment arm in
compact pieces but as shown [8], that scaling does not extend to the “wider-higher” trend and
of course none is needed for the “no trend with size” case. The basic reason for any scale effects
in uncontained yield was seen [6,8] as an extension of the contained yield arguments for Rice,
Drugan, and Sham [20]; indeed, they speculated that such scale effects would exist for the
uncontained yield case.

The Present Tests; the Background

The starting point of the immediate tests was a series of deep notch bending tests on stable
ductile tearing of a titanium alloy in the fully plastic range, reported [9] in terms of J,,. The
main interest there was in the effect of width on the R-curves, since tests at 35 mm thick
showed the “wider-lower’ pattern of behavior. Tests of geometrically similar specimens from
10 by 10 mm to 40 by 40 mm also showed a “larger-lower” pattern that might at first sight be
interpreted primarily as an effect of thickness. However, test data at constant width but various
thicknesses showed a remarkably small effect of thickness so that the dominant effect again
seemed to be the width. The “wider-lower”’ results were reanalyzed [/0] in terms of D to give
an R-curve that was a function of Aa/b, rather than just Aa; S/b, was constant for all those
tests.

Since parts of the same plate of material were still available, several series of tests are now
being conducted to examine further the size effects noted. Some experimental results for fully
plastic deep notch bending of specimens of a given width, W, at four thicknesses, B, and fur-
ther data from a series of four widths, W, at a given thickness [/2] will be used here. Other
series of tests will be reported on later. In related work [14,15], similar tests and analyses are
being made on HY 130 steel. It is already clear that there are both similarities and differences
in the pattern of behavior of these two high-strength materials. Only the titanium data are
discussed here.

The results will first be presented in terms of conventional Jx curves and then discussed in
terms of the crack opening angle, COA, a, and the energy dissipation rate, D.

The material is a (6-2-1-1) titanium alloy containing 6% aluminium, 2% columbium, 1%
tantalum, and 0.8% molybdenum. The mechanical properties are: Young’s modulus: 123,000
MPa; 0.2% proof stress: 728 MPa; tensile strength: 828 MPa; (o, 778 MPa); elongation:
12%; hardness: 292 + 8 VPN. The fracture parameters in Ref 9 are J; = 0.17 + 0.05 MN/m
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(ord, = J/may = 0.22 + 0.06 mm if m is assumed to be unity) with 25J,/op = 5.5 = 1.5 mm
as a minimum size criterion for conventional J testing.

The Test Results

The present tests are S/W = 4; a/W = 0.55 nominal, W = 35 mm; B = 35, 17.5, 8, and
4 mm, this last thickness being below the minimum size limit just quoted. The cases referred
toin Ref /2 are B = 17.5 mm and W = 25, 30, 35, and 40 mm. Testing was in the T-L
orientation (stress flow transverse, crack growth longitudinal to the rolling direction). The
thinner pieces were cut from layers through the thickness. All were checked for hardness but
the variations noted of + 8 VPN seemed random in relation to position in the thickness sense.

The specimens were prepared in accord with ASTM E 813-87, although the extent of crack
growth 1s much larger than normally accepted so that selection of unloading points was some-
times dictated by individual test requirements rather than the recommendations of the stan-
dard. Since large growth rather than initiation toughness is the point of the present analysis,
tests that were invalid on criteria related only to the specification of a formal J,. value were
not, however, rejected.

For deep notch bend tests of conventional laboratory sizes, such as ligaments up to 50 mm,
this material gives stable ductile tearing with full plasticity of the ligament when tested on the
screw-driven machine used throughout. A typical load-deflection diagram for the unloading
compliance test method is shown in Fig. 1a. This pattern of diagram, with a rather well-defined
maximum load followed by a falling load, concave in shape, has been referred to as the
“pagoda roof” type [/2]. By contrast, an example of another type of diagram called the
“round-house” type, convex in shape and also familiar in the conventional tensile test, is
shown in Fig. 15 though not directly relevant to the present tests.

The R-curves for B = 35, 17.5, 8, and 4 mm with the common width W = 35 mm and a/
W = 0.55 are shown in Fig. 2a. Two curves are shown for B = 8 mm, with slightly different
a/ W values from the fatigue precracking to illustrate the repeatability of the tests. The R-curves
for the 17.5-mm-thick material at four widths, from Ref 12, are shown in Fig. 2b. The use of
Jo (that is, Eq 1b with b taken as the original value, b, and no “correction” term f{ }) may
seem surprising in the light of all the suggestions that have emerged in the past decade, but for
deep notch bending this value is practically identical to that recommended in the current
ASTM standard method. The definition used for J does not affect the trends shown for the
present data nor for any other deep notch bend data of various widths so far examined.

The load, @, and increments in the displacement, g, are the raw data for dU and hence 4J,
Eq 1b,and D, Eq 3. Load is shown as a function of Aq, Fig. 3a,b, in normalized form, L, where

Q = LqBb}/S )

so that at the limit load L would be expected to reach the value of the conventional plastic
constraint factor. Displacements, g, are shown in Fig. 44 for the various thicknesses, with W
= 35 mm, and Fig. 45 for the various widths with B = 17.5 mm. The data for displacement
are later used to estimate the crack opening angle, COA, «, as a function of crack growth. Later
in the paper the energy dissipation rates, D, will be discussed. These are formed from Eq 3
using the increments dU = Qdg together with dw,, which is known from load and change in
elastic displacement from the compliance data. Example curves for U, Uy, and w,, for one of
the present tests are shown in Fig. 5.

It was observed that the size, s, of the shear lips formed was not more than 2 mm in width
and height. A general description of size for these tests is s = 0.15, to within about half a
millimeter.
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Load

Clip-
Dis;'l,liz;z:m
Load b
11.76kN
0.83mm
Clip-gauge
Disptacement

FIG. 1—Typical load-displacement diagrams: (a) “pagoda-roof”’ type, (b) “round-house’’ type.
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Discussion of the Experimental Results

The R-curves of Fig. 2 clearly confirm the observation [9] that there is a very small effect of
thickness in this material from 4 to 35 mm despite fracture being predominantly obligue in
the former but flat in the latter. For this width, the shear lips grew to about 1.5 mm per side in
thickness, leaving about a 1-mm groove between the two shear lips for the 4-mm specimen
while at 35 mm there is about 32 mm of flat fracture.

The R-curves for various widths at 17.5-mm thick, Fig. 25, show a “wider-lower” trend
except for the narrowest specimen, W = 25 mm, which falls within the band of the other
widths. After the results for this series were reported [12], a quite large group of inclusions was
found in the ligament of that specimen, the only such defect so far noted. It is therefore not
clear whether the reversal of trend is a genuine geometric effect or the consequence of the
defect. A repeat test will be made.

The normalized loads or constraint factors, L, Figs. 3a,b, show an immediate rise over the
first millimetre or so of growth to a value close to that expected in plane strain, about
2/7\/3)(1.36), say 1.56, for the limit load of a mildly hardening material. The data are shown
in two groups that do not coincide with the two series of tests; Fig. 3a is for cases » > B and
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hence notionally in plane stress at the limit load, while Fig. 35 is for cases with b < B, notion-
ally in plane strain. Although the thinnest specimen has the lowest value of L at initiation, Fig.
3a, consistent with it being more nearly in plane stress, the rise in value with small growth and
the near linear rise thereafter takes the final values of L well above that expected for near plane
stress behavior of a low-hardening material. The values in Fig. 3b for small growth are slightly
higher, but then remain near constant in value. A rise, such as in Fig. 3a, was noted [21] for
similar tests on HY 130, also in cases with » > B. Finite element computations in Ref 22
showed that it was indeed a hardening effect that occurred only with tearing, that is, the con-
straint factor, L, and the corresponding maximum load for a hardening material became his-
tory dependent, according to whether a crack of certain length was taken to full plasticity at
that length or by tearing it from a shorter length.

For both the COA and energy dissipation rate analyses, d/da rates are required. If rate values
are formed incrementally, they will reflect the random errors in spot data that at some points
are several fold. The extent to which that is due to conventional experimental errors or to irreg-
ularities in the mechanics of crack growth is not clear, but some form of smoothing process
seems necessary if a macro-interpretation is to be found.

After the first millimetre or two of growth, the displacement data of Figs. 4a,b also show a



166 CONSTRAINT EFFECTS IN FRACTURE

6
5 4 a ° .0:‘]
° B - aw
! eu,
- a o - 0.
z 4 o ’n 4 - 0.57
E .E;‘ e B -054
- 3 g e .m:‘ ® 175-057
1 ] . e 35-.057
2+ 4
1
W = 35mm
0 | M ¥ v T R il L LA { v
2 4 6 8 10 12
Aa Crack Extenslon (mm)
5
. b .. 8
41 s %
] Po o ?
2o
T 2] . 398" v
E ou o B 40-0.56
B °
2 < " o ) -0.57
o u.(% ° 35
‘, m 30-055
1 Be ® 25-055
B =175
0 ) T M 1 M 7 v ] v L]
2 4 6 8 10 12
Aa Crack Extension (mm)

FIG. 4—Displacements vs crack growth: (a) various B, W = 35 mm, (b) various W, B = 17.5 mm.

50
E 4
S 404 g B9
o Oe
2 a2 ®
- 30 - B o ¢ B Work done
g’ 1 o a d ® Dissipated Energy
S 20 b a8 L] 8 Elastic Energy
~ 1 EB A4
¥ 1098, ’
o D g [}
; E B g ™
am ]
0 M T T T T I—!"'_‘
0 2 4 6 8 10 12

Aa  Crack Extenslon {mm)

FIG. 5—An example of work done, U, energy dissipated, Uy, and elastic energy stored, wg, forB = §
mm, W = 35 mm.



TURNER AND BRAGA ON ENERGY DISSIPATION RATE 167

1.2 15
1.04

0.8

06 . . B-W-aw

04 Lt = 17-35- 057
] Lo+t + 8-35- 054
oo+ ++% M

4

(dq/da)

0.0 —
0 2 4 6 8 10 12
Aa Crack Extension (mm)

FI1G. 6—An example of rate of change of displacement with crack growth, da/da versus Aa, forB = 17.5
mm, W = 35 mm, from raw data and for B = 8 mm, W = 35 mm from the analysis of Fig. 7a..

near linear trend referred to here as the steady-state regime. There is, however, some upswing
at larger growths, and an example of dg/da versus Aa, formed “by eye,” is of “bathtub’ form,
as shown by the solid points, Fig. 6. A sample case is also plotted, Fig. 74, in terms of g versus
In b,, where b, is the current ligament size, b, — Aa, for the steady-state regime only, that is,
omitting the first few points corresponding to the rapid fall in Fig. 6. The result is satisfactorily
linear so that dg/da is inversely proportional to b.. The corresponding points are plotted as
crosses on Fig. 6. A simple rigid plastic COA model fits the 1/b, behavior very well. For span,
S, using a center of rotation at rb, (where r is often taken as about 0.45 for bending)

dg/da = Sajarb, (7

This simple model neglects any elastic contribution to the COA but, if accepted, supports a
constant COA criterion of growth, «, in the steady-state regime after, say, the first 10% of
growth. The values of « so obtained are 2.1 * 0.2°.

However, in the steady-state regime the data are equally well represented by a second power
law in b,, Fig. 7b, implying

dg/da = A, + Ab. (8)

with 4, found to be negative, from which it seems that COA increases with growth. The values
are closely comparable to those just quoted, but the first interpretation suggests that, subject
to the scatter, COA is constant with growth (even though possibly a function of size, not deter-
mined here), whereas the second suggests that COA increases steadily with growth. In short, it
seems that the present data allow more than one law to be stated for use with comparable sizes
but cannot be used to state a general law sufficiently certain to allow extrapolation.

The energies in Fig. 5 show not only the general trend with growth but also illustrate the
difference between work done and energy dissipated. Curves of the energy dissipation rates,
D, are shown in Fig. 8a,b formed by taking slopes at uniform intervals from a smooth line
drawn by eye through data for Uy, as in Fig. 5. Because close attention has not been given
here to initiation, the detailed shape of the curves in the blunting and first growth regions is
not known. The interpretation starts here with some small growth, nominally 0.2 to 0.5 mm.
There is then a clear regime of reducing values, again followed by a more or less steady state
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after a millimetre or two of growth. However, in Fig. 8a, the steady state seems to come to a
near constant or plateau value, whereas in Fig. 85 it seems to be a linear decrease. This behav-
ior may be compared to data for side-grooved A533B [/6] and mainly plain-sided data for
HY130 in [/3]. The former had a fine resolution and showed a rising regime near initiation,
followed by the falling regime and an approach to a steady state that might not be reaching a
plateau but was independent of ligament width; the latter showed only plateau behavior with
neither rising nor falling regimes but with plateau values strongly width dependent.

Some of the present results were reexamined by taking Uy as a second order function of b,,
omitting the first half millimetre or so of growth. One of the cases studied in detail, B = 8 mm,
W = 35 mm, relates to Fig. 8¢ with an apparent steady-state plateau for D; the second with
B = 17.5 mm, w = 35 mm, relates to Fig. 8/ with an apparent steady-state decline. The exam-
ple shown in Fig. 9 is representative of both and implies that the present data can be described
by

Uss, = Dy + lec + Dzbf )]
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If the fitted curve is then differentiated to form D = 4V, /Bda, it implies
—BD = D, + 2D,b. 10)

A physical meaning to that model is outlined in the appendix. The immediate point is that
it supports a ligament width-dependent trend with growth rather than a constant plateau for
the present data. Nevertheless, if data are used for only the last several millimetres of growth,
in ail the cases examined it appears to follow a constant law rather than a decreasing law.
Although not shown here, these same remarks apply to U as well as Uy,, and to dU/Bda as
well as dUg/Bda. Just as for the COA interpretation, it does not seem possible to come to a
firm conclusion on what law is being followed by the dissipation rate, the apparent law depend-
ing on the selection of data used.

As described by Eq 4, a Jp-curve type presentation of D can be made. The curves corre-
sponding to Fig. 8« are shown in Fig. 104; the curves corresponding to Fig. 8% are given in Fig.
105 from Ref 12. Both can be presented on an abscissa of Aa/b, since S/ b, is constant; in the
former by is also constant, but in the latter it is not. The differences in the initial values of D
in Fig. 8a must translate to a slightly higher R-curve when the initial D value is high, thus
supporting the previous suggestion in connection with Fig. 2 that there is a slight but definite
increase of toughness with reduction in thickness, possibly peaking at about 8 mm thick.

Dissipation Rate and COA Models of Growth

The difference between dU/Bda and dU/Bda, Eq 3, is dw,/Bda. The form of the elastic
contribution can be inferred from Fig. 5, and it is the only physical driving force that can make
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the actual separation of area at fracture. In the present tests the term dw,/ Bda is both nonzero
and not equal to G. A comparison was shown for the series of various widths at B = 17.5 mm
in Ref 12. The lack of equality implies that dg,,/Bda is not quite zero. Reference 16 reports
that dw,/Bda = G. That implies dq./Bda was zero during growth.? In the authors’ opinion,
the case of dq.,/Bda being zero is not a generality of tearing behavior; it is speculated that its
occurrence in Ref 16 may be a consequence of the use of side-grooved specimens and a very
close approach to plane-strain behavior. In Ref 20, a distinction is made between a rigid plastic
case and the case where plasticity dominates over elastic terms. That distinction can now be
seen in terms of dU and dUl,. For rigid plastic behavior w,, is identically zero, and thus dw,is
always zero. So not only must dU and dUj;, be the same, but G is zero. For plastic domination,
even though dw,/Bda may in some case be zero, G will still exist. This distinction is here also
relevant to the COA and the models used, Eq 7. That model is for rigid plastic material in
which there is no elastic component of COA, but the data are for REP material with plastic

2 Following discussion with one of the authors of Ref 16, J. A. Joyce, it is now clear that the experi-
mental value of dg,,/ Bda was not zero but that, by intent, the corresponding change in w,;was not included
in the evaluation of the particular energy rates reported in Ref /6.
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domination, in that reality elasticity causes the final separation and presumably alters the
value of the COA formed. The elastic contribution to COA must exist during the actual pro-
cess of growth, and the dg,, component will not scale directly with b, as does the dominant
component in Eq 7.

The term Q dg/Bda is precisely dU/Bda and, subject to the influence of dw,/da, sets the
trend for D. It is supposed that the difference in the elastic component between this model and
REP material is little more than the scatter of the data here. Using Eq 7 for a dominant plas-
ticity model, DP

D(DP) = (Loyb¥/S)dq/da (11)
so that
D(DP) = (Lay/4r)ab. (12)

Thus, if & becomes constant for steady state tearing, D would be expected to reach a regime
reducing with b,, with slope Lo ya/4r. Conversely, if D reaches a steady state plateau, as in Ref
13 and some of the present interpretations, then ab, would be constant, implying « increases
with growth. That is compatible with the possible trend discussed above, Eq 8, where, if not
constant, « seemed to increase slightly. It is suggested that there is a consistency in the data
despite the uncertainty in the way the d/da rates have been formed, the neglect of the elastic
component of COA, and a genuine effect that the measurements are being taken on material
that has suffered various degrees of damage during its loading history, according to its position
ahead of the initial crack tip. It also seems from the R-curves that, in the sizes tested, this mate-
rial is unusually insensitive to the effect of thickness so that separation of plane stress and plane
strain effects is very uncertain. It is speculated that COA constant with growth and the reducing
trend for D are attributes of plane strain, whereas the plateau behavior of D and an implied
rising trend of COA are attributes of plane stress, but the present data neither completely con-
firm nor deny that inference.

Asa final summary of the dissipation rate arguments, it is a requirement of the conservation
of energy that, within the conventional approximations of engineering mechanics and also the
neglect of internal energy of residual stresses, the dissipation rate must be both meaningful and
identifiable. It is not surprising that the dissipation rate is a function of the remaining ligament
rather than of the previous crack growth. Some history dependence may exist if rather different
loading histories are experienced in different widths and thicknesses. What is more conten-
tious is whether some portion of the dissipation rate, or a term related to it, can be identified
as tearing toughness. The essence of the present analysis is that several candidates exist,
namely:

1. The whole term D (which clearly contains a geometric plasticity component).

2. Theelastic component, dw,/Bda (which may be much less than G\ because plastic dam-
age is preceding separation).

3. The areal and volumetric components of D (which may or may not prove to be geome-
try-dependent, see appendix).

However far removed these terms may be from the concept of toughness, they appear to
offer insight into the process of tearing beyond that obtainable from a conventional R-curve.
The choice between No. 1 and No. 2 was also discussed from a rather different approach in
Ref 23.

It may also be remarked that the so-called regime of J-controlled growth, often taken to
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extend up to Aa/b, < 0.006 [24], is here covered by the uncertainties near initiation and the
region of rapid decrease of both dg/da, Fig. 6, and D, Fig. 8. That region is clearly not steady
state. It is tentatively suggested that the physical basis for J-control, if it exists, is that the
decreasing COA implied by the decrease in dg/da is a consequence of the plastic damage done
by the dissipated energy. Thus, in so far as J is a function of work through Eq 1, J-control
implies damage control. A more logical measure in dominant plasticity would thus seem to be
J, or better, R as in Fig. 105 from Eq 4. But that implies the control is a function not of Aa
but of Aa/b, and would only change to Aa for contained yield [11], when control of the dis-
sipation rate and associated damage passes to a material-dominated zone size [ 20], rather than
the geometry-controlled zone size of uncontained yield.

Conclusions

For the present normal-sized laboratory specimens of 6-2-1-1 titanium alloy, tearing occurs
with full plasticity, expressible as a nondimensional factor, L, of similar value for all cases, that
rises for the first millimetre or so of growth. L then increases by some 20% for the cases b >
B but remains substantially constant for the cases » < B. It is inferred that although L reduces
to the constraint factor for nonhardening limit behavior, for tearing with hardening it becomes
history dependent. The conventional Jk-curves are a function of width but practically inde-
pendent of thickness from 4 to 35 mm thick.

The stable plastic tearing of this material in bending can be expressed in terms of the energy
dissipation rate, D, as a function of the remaining ligament, b,.. D can then be split into areal
and volumetric components. Alternatively the tearing toughness for this material for plastic
bending can be expressed as a constant crack opening angle, COA, of about 2.5° growth
between about 10 and 50% of the ligament. Neither description can, however, be extrapolated
to other sizes with certainty since different treatments of the same data allow the laws to be
expressed in several different ways.

The conclusions are as yet limited strictly to the circumstances described in the paper. No
investigation has been attempted of how the results or the method of analysis might apply to
other configurations, and there is already other evidence to suggest that other regimes of defor-
mation exist for other combinations of size and materials. Nevertheless, the separation of
energy dissipation rate into areal and volumetric components and apparent relations to COA
offers an insight into the interplay of several geometric size effects that merits further study.

Acknowledgment

One of the authors (CET) wishes to thank the Leverhulme Trust, London, United King-
dom, for a fellowship under which his contribution to this paper was made.

APPENDIX

The form of Eq 9 is not entirely empirical. In Ref 8 it was suggested that

dUg = yBda + rs’da (Al)
(modified version of Eq 5 in text)

where v is a flat fracture energy per unit area and r is a mean volumetric energy through the
volume of the shear lips (the symbol p was used in Ref 8 but that now seems more appropriate
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for the term that follows). Equation A1 fitted well the HY 130 data from Ref 13, which at 20
mm thick was taken to have a strong plane stress (shear lip) component with s proportional to
bo. The arguments in the present paper that there sometimes seems to be a component of D
that reduces with b,, consistent with a constant COA, suggests that Eq A1 is incomplete and
should be rewritten as

dUy, = vyBda + rs’da + pBb.da (A2)

to give an extra term that accounts for the plane strain volumetric work all through the thick-
ness B and extending a distance proportional to b, along the span; s is again proportional to
by (at about 0.1 b, in the present tests and about 0.2 b, for HY 130 [16,17]). A term repre-
senting a possible growth of plastic dissipation under rising load is still missing, but the use of
the analysis omits the few points in that region in the present tests.

Thus, integrating Eq A2 up to Aa and writing Aa = b, — b,

Ugs = (vBb, + Tbé + PBbe/2 + Uss) — (vB + Tb(%)bc - PBbZ/2 (A3a)
where Uy, is the dissipative work up to just after initiation
Usisi = JuiBbo/n (Ad)

Clearly the multiplicative constants in Eq A3 can be identified with D,, D,, and D, in Eq 9
so

Ugs = (bODI + b(Z)DZ + Ussd) + Db+ Dzbg (A3)

Thus p can be evaluated from D,, (yB + 7b%) as D, whence Uy, can be found from D, since
the other components of D, are multiples of D, and D,. The present application of the analysis
has been restricted to pieces of constant initial ligament width so that components of D, can
only be separated if it is supposed that v and r are independent of thickness, that is, of the
degree of plane strain. It remains open to question whether v, 7, and p are independent of
geometry. Certainly the shear lip component seems to include a material and geometry depen-
dent size such as s = xb,, where x is about 0.1 in the present work. It is not clear whether v
will depend on the thickness and p will prove to be geometry dependent, even in deep notch
bending, since it is averaged through a poorly defined plastic volume, extending to about 0.45,
for the slip line extent at the start of tearing but thereafter perhaps reducing.

The values obtained here are p = 34.5 MN/m? (yvB + 7b}) = 234 N (for B = 8 mm thick)
and p = 24.9 MN/m’; (vB + 1b%) = 636 N (for B = 17.5 mm thick). Such values neglect the
size factors, x, just mentioned as perhaps 0.1 and 0.4. If included, the more physically realistic
values would be appreciably bigger than those just quoted. The values obtained for J,,; from
U and Eq A4 in the two tests analyzed so far are 0.074 + 0.005 MN/m, in good agreement
with the value given in Ref /2 where the initiation toughness of 0.15 MN/m was broken into
elastic and plastic components of 0.07 + 0.08 MN/m, respectively.
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ABSTRACT: This paper presents the results of an experimental program to study size and geom-
etry effects in CTOD R-curves. The results were obtained from room temperature unloading
compliance R-curve tests on different-sized single-edge-notch-bend (SENB) specimens made
from Ti-3A1-2.5V alloy, HY 100 steel, and nickel-aluminum-bronze (NAB). The crack growth
resistance was measured in terms of conventional CTOD,  (i.¢., as defined in BS 5762), CTOD
corrected for crack growth, 3z, and CTOD derived using a double clip gage arrangement, 8. It
was found that all the CTOD R-curves exhibited upswings after crack extensions corresponding
to approximately 15% of the initial uncracked ligament. Based on the results obtained in this
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6 Conventional crack tip opening displacement (CTOD)
6z CTOD corrected for crack growth
84 CTOD calculated using double clip gauge arrangement
v Poisson’s ratio
p, a,and @ Parameters for specifying the limits of J or CTOD controlled crack growth
oys Yield strength
orrow Flow strength

Subscripts

k, k-1 unloading number
0 initia]
u upper
! lower
e, el elastic
p, pl plastic

When a material exhibits fully ductile behavior, its resistance to crack extension is usually
presented in the form of an elastic-plastic crack growth resistance curve ( R-curve). In essence,
the R-curve is a plot of the variation in crack growth resistance, generally expressed in terms
of CTOD or J, during the process of stable crack extension.

Over the last few years, recommended test procedures have been published [/-5] which
cover the measurement of J and CTOD R-curves using the multiple specimen method or the
single specimen unloading compliance technique. Provided certain restrictions are satisfied,
the resulting R-curves can be regarded as material properties. The purpose of the limitations
is to ensure that J and CTOD remain valid characterizing parameters during the process of
stable crack extension. If these conditions are satisfied, the crack growth process is frequently
referred to as being either J or CTOD controlled, whichever is applicable.

It is generally accepted that the following conditions must be satisfied to ensure J-controlled
crack growth [6-8]

Bb> -2 p > 20-25 for bend specimens (1)
OrLow

Aa =< o(W — ay) a = 0.06-0.1 for bend specimens )

w = g%‘—; w > 2.5-10.0 for bend specimens 3)

where

b, by = current and initial uncracked ligaments,

a, a; = current and initial crack length,
a = crack growth, and
orow = material flow strength.

Work conducted by Hellman and Schwalbe [9] on thin sheet material indicates that similar
limits exist for CTOD, but that the restrictions are less severe than those for J. It should be
stressed, however, that this program was primarily concerned with establishing plane stress R-
curve limits rather than plane strain limits.
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Nevertheless, based on the work by Hellman and Schwalbe, the following restrictions have
been included in the European Group on Fracture (EGF) ductile fracture test procedure [4]
for CTOD controlled crack growth under plane strain conditions

B, b > pé p = 50 for bend and compact specimens 4)
Aa < oW = ay) a = 0.1 for bend and compact specimens (5)

where
6 = CTOD.

This paper presents results from a large experimental program to study geometry and size
effects in elastic-plastic crack growth resistance curves and in particular the limits of CTOD
controlled crack growth. The test program included low, medium, and high toughness mate-
rials. The results obtained from the low toughness (Ti-3Al-2.5V alloy) and nedium toughness
(HY 100 steel) materials have been published previously {10-13]. This paper presents the
results for the high toughness material (nickel-aluminum-bronze) and compares the trends
obtained from all three materials.

The crack growth resistance was measured in terms of the following fracture parameters:

1. Standard CTOD (4,) based on the original crack tip location, i.e., as defined in BS 5762.
2. CTOD corrected for crack growth (8g).
3. CTOD derived from double clip gauge measurements (8,,).

Material

The high toughness material selected for this investigation was nickel-aluminum-bronze to
DGS 8452 specification supplied in the form of a 1 10-mm-diameter bar. This alloy hasa nom-
inal yield strength of 310 N/mm? and a tensile strength of 680 N/mm®. A summary of the
tensile properties (including the Ramberg Osgood stress strain constants) of all three materials
is presented in Table 1. It is evident that the NAB alloy has a much larger work-hardening
capacity than the titanium alloy and HY 100 steel tested previously.

Test Program
General

The test program undertaken on the NAB material consisted of 15 room-temperature
unloading compliance R-curve tests on single-edge-notch-bend (SENB) specimens of different
sizes. Details of the NAB test matrix are presented in Table 2. The SENB specimens were side
grooved by 20% after being fatigue precracked to provide initial crack length to specimen
width ratios (a,/ W) of approximately 0.6. All the SENB specimens were tested with a loading
span to specimen width ratio (S/ W) of 4.0.

Five SENB specimen sizes were studied in this program corresponding to nominal thick-
nesses of 10, 20, 30, 40, and 50 mm. All the specimens had a width equal to twice the thickness
(B X 2B). For each specimen size, three room-temperature unloading compliance tests were
performed.

The fracture toughness test program for the titanium and HY 100 materials was developed
to enable independent studies of size and geometry effects. Details of the overall test matrixes
are given in Tables 3 and 4. In the size effects programs, the specimen geometry was fixed at
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TABLE 1—Comparison of tensile properties.

Property NAB HY 100 Ti-3A1-2.5V
Yield strength, N/mm? 310 816 548
Tensile strength, N/mm? 602 921 648
Young’s modulus, kN/mm? 126 196 95
€9 0.00238 0.004166 0.005914
) 309 817 561
@ 0.688 0.1452 1.285
7 8.72 24 22

TABLE 2—Test matrix for NAB specimens: size effects program.

Specimen Numbers Specimen Thickness, mm Specimen Width, mm a/ W Ratio
1-3 10 20 0.6
4-6 20 40 0.6
7-9 30 60 0.6
10-12 40 80 0.6
13-15 50 106 0.6

NoTE: All specimens sidegrooved by 20%.

TABLE 3a—Test matrix for Ti-3A41-2.5V specimen: size effects program.

Specimen Numbers Specimen Thickness, mm Specimen Width, mm a/ W Ratio
1-3 10 20 0.6
4-6 15 30 0.6
7-9 20 40 0.6
10-12 30 60 0.6
13-15 45 90 0.6

NoTE: All specimens sidegrooved by 20%.

TABLE 3b— Test matrix for Ti-3A41-2.5V specimen: geometry effects program.

Specimen Numbers Specimen Thickness, mm Specimen Width, mm a/W Ratio
16-18 20 10 0.6
19-21 20 20 0.6
7-9 20 40 0.6
22-24 20 60 0.6
25-27 20 80 0.6

NoTE: All specimens sidegrooved by 20%.
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TABLE 4a—Test matrix for HY 100 specimens: size effects program.

Specimen Numbers Specimen Thickness, mm Specimen Width, mm a/ W Ratio
1-3 15 30 0.6
4-6 30 60 0.6
7-9 45 90 0.6
10-12 60 120 0.6
13-15 75 150 0.6

NoTE: All specimens sidegrooved by 20%.

B X 2B, but the specimen thickness was varied. In the geometry effects programs, the speci-
men thickness was fixed and the specimen width varied to give specimen geometries ranging
from B X 1/2Bto B X 4B.

Test Details

The unloading compliance tests were conducted in broad agreement with the EGF R-curve
test procedure [4]. Each test was terminated after the crack had grown by approximately 60%
of the original uncracked ligament. At each unloading, the appropriate values of d;, 3z, and &,
were calculated. All the SENB specimens were fitted with double clip gauge arrangements to
permit the calculation of §,.

Standard CTOD (5,)

The standard formula in BS 5762 [14] for calculating CTOD from an SENB specimen is
given by

5= K1 — %) 0.4(W — a) ©)
2Eays 04W + 06ay+ z ’
where
K = stress intensity factor,
oys = yield strength,
v = Poisson’s ratio,
z = knife edge height,
V' = crack mouth opening displacement, and
V, = plastic component of crack mouth opening displacement (¥ — V) where the elastic
component, V,, is based on the initial slope of the load displacement record.
TABLE 4b—Test matrix for HY 100 specimens: geometry effects program.
Specimen Numbers Specimen Thickness, mm Specimen Width, mm a/ W Ratio
16-18 30 15 0.6
19-21 30 30 0.6
7-9 30 60 0.6
22-24 30 90 0.6
25-27 30 120 0.6

NoTE: All specimens sidegrooved by 20%.
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The first term in Eq 6 represents the small-scale yielding component of CTOD, which is
expressed as a function of the stress intensity factor. As the fracture toughness specimens tested
in this investigation were side grooved, the stress intensity factors were determined using the
following expression.

P

K = (BB")1/2Wu2

Fla/W) (M

where
F(ao/W) = the stress intensity function given in BS 5762.

The second term in Eq 6 is the plastic component of CTOD, which is calculated from the
plastic component of mouth opening displacement (¥,). This calculation assumes that a plas-
tic hinge forms at a point of 0.4 (W — a,) ahead of the initial crack tip. No account, therefore,
is taken of the fact that the center of rotation of the plastic hinge may move as the crack
extends. The general method of determining ¥, involves measuring the slope of the load versus
crack mouth opening displacement test record in the elastic regime, so that the elastic com-
ponent of the crack mouth opening displacement at the point of interest can be subtracted
from the total displacement. Note, since the construction procedure uses the slope of the initial
elastic portion of the test record, which is a function of a,, the calculation of ¥, does not take
crack growth into consideration.

CTOD Corrected for Crack Growth (5z)

The EGF ductile fracture test procedure [4] includes an expression for calculating CTOD
which takes crack growth into account. The formula, which is applicable to both compact and
SENB specimens, was originally proposed by Hellman and Schwalbe [9] and is given by

_K( - [0.6Aa + 0.4(W — ay)]
2Eoys [0.6(a + Aad) + 0.4W + 2] *

Bz 8

where
Aa = ductile crack extension.

Hellman and Schwalbe have shown that this correction for crack growth has to be applied
to ensure agreement with the CTOD measured at the original crack tip. The principle behind
this correction is that the plastic hinge forms 0.4[W — (a, + Aa)] ahead of the actual crack
tip. The above equation, therefore, does not take account of the fact that the plastic hinge posi-
tion changes with increasing crack growth. This problem, however, can be overcome if the
plastic component of i is rewritten in an incremental form. The resulting expression is given
by

K2 1 2
b= iy o ®

where

0.6(a; — ap) + 0.4(W — ag)
0.6a, + 04W + 2

py = Oy + } (VPK - VpK~I)
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dr, = Oz evaluated at crack length g,
d,, = plastic component of 6z evaluated at crack length a,
a, = crack length at kth unloading.

In the above incremental equation, it is assumed that the instantaneous center of rotation
of the plastic hinge is located 40% of the remaining ligament ahead of the current crack. In
addition, the stress intensity factor and the plastic component of mouth opening displacement
are based on the current crack length, i.e., the slope of the unloading line at the kth unloading
is used to evaluate V.

CTOD Derived from Double Clip Gauge (84

The calculation of 6z assumes that the instantaneous plastic hinge is located 40% of the
remaining ligament ahead of the current crack. Previous work on a titanium alloy [//] has
shown that this assumption is not always valid. In the case of the titanium alloy, it was found
that the instantaneous plastic rotational factor increased from approximately 0.3 to 0.7 over
10 mm of crack growth in a 20 by 40 mm SENB specimen.

The problems associated with the assumption of a constant plastic rotational factor can, to
some extent, be avoided by fitting a double clip gauge arrangement to the fracture toughness
specimens. In such cases an estimate of the total CTOD (8,,) can be obtained using the follow-
ing relationship

K1 — )
by = —————+ 6 10
de 2E0'}-; 'pl ( )
where
(V; - Vﬁz) (Zu + aﬂ)}
by = Vi —
o ’ (Zu - ZI)
V', = plastic mouth opening displacement associated with lower clip gauge,

v, = plastic mouth opening displacement associated with upper clip gauge,
z; = lower knife edge height, and
z, = upper knife edge height.

In the above expression, the plastic component of §,. is calculated directly from the mea-
sured V,’s obtained from the two clip gages. The calculation assumes that §,is given by a linear
extrapolation of the upper and lower V,’s as illustrated in Fig. 1.

If necessary, Eq 10 can be reformulated to give the following incremental expression

_KiQ -

b = g, T (1

where

Bpy = bppyy T (VLA' -V

Pk-1

) — {(V;;L— Vi) — (K;’L - V;’k-l) (z + aO)]
(Zu - Z[)
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FIG. 1—Measurement of plastic component of CTOD using double clip gauge arrangement.

Results
General

All the unloading compliance CTOD R-curves (obtained from all three materials) satisfied
the requirement that the difference between the measured and predicted crack growth should
not exceed 10% [/]. Indeed, in the majority of tests the difference was less than 5%.

To give an indication of the variability of the NAB CTOD R-curve data, the §, R-curves
obtained for the 30 by 60 mm SENB specimens are compared in Fig. 2.

The materials tested in this program were selected to provide a range of R-curve behavior
(i.e., high medium and low toughness). The CTOD R-curve behavior produced by the three
materials is compared in Fig. 3. It is evident that the NAB alloy has a much higher toughness
(i.e., steeper R-curve) than either the titanium alloy of the HY 100 steel.

The unloading compliance test data were also analyzed to determine the amount of stable
crack growth that preceded the maximum applied load in each test. The average values of
crack extension up to maximum load, Aa,, are compared with the Aa,, results obtained from
the Ti-3Al1-2.5V and HY 100 materials in Fig. 4. It is evident from Fig. 4 that for each material
the crack extension up to maximum load increases with specimen size in approximately a lin-
ear fashion. Of the three materials studied, the NAB alloy produced the largest crack growth
up to maximum load for a given specimen size.

NAB CTOD R-Curve Results

The CTOD R-curves obtained from the NAB alloy are presented in Figs. 5-7. In each case
the CTOD R-curve presented for each specimen size represents the mean CTOD R-curve
behavior obtained from a set of three specimens.
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FIG. 2—Comparison of NAB 8o R-curves from 30 by 60-mm SENB specimens.
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FIG. 3—Comparison of 5, R-curves for Ti-341-2.5V, HY 100, and NAB.
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FIG. 8—Comparison of Ti-3A41-2.5V ég R-curves (B X 2B SENB).

It is evident from Figs. 5-7 that all three sets of R-curves (8,, 6z, and d,.) exhibit excellent
agreement. In each case the small specimen R-curves remain in excellent agreement with the
large specimen R-curves throughout the crack growth range over which they were tested
(approximately 50% of the initial uncracked ligament). The large specimens (50 by 100 mm)
exhibited approximately 3.0 mm of stable crack growth prior to maximum load in comparison
to approximately 0.5 mm for the small specimens (10 by 20 mm). This confirms that R-curves
obtained from small specimens tested beyond maximum load can still give R-curves which
are representative of much larger specimens (i.e., small specimen R-curves do not necessarily
lose size independence beyond maximum load).

The CTOD R-curve behavior exhibited by the NAB alloy (i.e., excellent agreement through-
out the entire crack growth range) is in marked contrast to the trends obtained from the Ti-
3A1-2.5V alloy and HY 100 steel. In the case of the latter two materials, it was found that
initially the R-curves obtained from the small specimens exhibited nominally identical behav-
ior to the large specimen R-curves, but as crack growth continued the small specimen R-curves
exhibited upswings. Moreover, the points at which the R-curves exhibited. the upswings
appeared to be dependent on specimen size, the smaller specimens displaying upswings at
smaller values of crack extension. This behavior is illustrated in Figs. 8 and 9, which shows the
6z R-curves obtained from the Ti-3Al-2.5V alloy and HY 100 steel size effects programs.

Discussion of Results

At the outset of this project it was hoped that it would be possible to estimate the limits of
CTOD controlled crack growth from the CTOD R-curves by identifying the point at which
the small specimen R-curves separate from the large specimen R-curves and evaluating the
limiting values of p, «, and w using the following expressions
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b ds
=<, — 15
=5 da (15)
where
Aa; = crack growth at separation, and

8, = CTOD at separation.

Note: Since the p criterion is related to both ligament and specimen thickness, the p results
have been further broken down to denote the specimen dimension used in the calculation (i.e.,
p» = p based on current ligament, p,, = p based on initial ligament, etc).

However, as demonstrated from the previous work on the Ti-3Al-2.5V alloy and HY 100
steel, the breakdown of J and CTOD controlled crack growth is a gradual process, and con-
sequently the R-curves do not always exhibit well-defined separation points. Although tenta-
tive values of p, a, and w were proposed for the Ti-3Al-2.5V alloy and HY 100 steel, the CTOD
R-curves obtained from the NAB alloy did not exhibit obvious separation points, and conse-
quently it was not possible to determine values of p, «, and w for this material.

It was found that the limiting values of p, «, and w obtained from the various CTOD R-
curves did not exhibit a consistent trend. This is perhaps indicative of the problems associated
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with identifying the separation points. In order to produce more accurate estimates of the lim-
iting values of p, a, and , fifth order polynomials were fitted to the various CTOD R-curves
by the method of least squares. For each specimen size, three fifth order polynomial fits were
determined corresponding to 8y, 3z and 3, R-curve behavior. In all cases the fifth order poly-
nomial expressions produced excellent fits. The subsequent polynomial expressions were then
differentiated to produce plots of d5/da versus Aa. Plots of d5/da versus Aa are presented in
Figs. 10-12 for the size effects R-curves obtained from the three materials. It is evident that in

- the case of the Ti-3Al-2.5V material the slopes of the R-curves reach a minimum at crack
growths in the range of 12 to 17% of the initial uncracked ligament. Beyond this point the R-
curves exhibit upswings. In the case of the HY 100 material, the slopes of the R-curves reach
a minimum at crack extensions corresponding to 17% of the initial uncracked ligament. The
HY 100 R-curves also exhibit a dramatic increase in slope at crack extensions corresponding
to approximately 45% of the initial uncracked ligament. Finally, in the case of the NAB mate-
rial, the slopes of the R-curves reach a minimum at crack extensions corresponding to approx-
imately 15% of the initial uncracked ligament.

It should be noted that the trends exhibited in Figs. 10-12, including the crack extensions
corresponding to the minimum R-curve slope, were produced by all three CTOD fracture
toughness parameters studied in this project.

Based on the above trends it is postulated that the limiting value of « for Ti-3Al-2.5V alloy,
HY 100 steel and NAB CTOD R-curve data is approximately 0.15. Beyond this limit the
CTOD R-curves exhibit upswings, which in the opinion of the authors is due to loss of crack
tip constraint. Indeed, since a reduction in constraint is likely to result in large amounts of
additional information being required to produce small amounts of crack extension, it is not
unreasonable to expect an upswing in CTOD R-curves. Although a limiting « value of 0.15

0.4

Ti-3A1-2V 45 %90 mm

10 x 20 mm

03

0.2

dSR/da

20 x 40 mm

0.1

0.0 T T T T T
0.0 0.1 02 0.3 04 0.5 0.6

Normalized crack growth (Aa/bo )

FIG. 10—Plots of dér/da versus normalized crack growth (Ti-3A1-2.5V).
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appears to apply to all the CTOD R-curves obtained in this project, it does not necessarily
guarantee size-independent R-curve behavior. Indeed, if the CTOD R-curves obtained in the
HY 100 geometry effects program are compared to the corresponding CTOD R-curves
obtained from the HY 100 size effects program, it is clear that most of the large specimen
CTOD R-curves in the geometry effects program separate from the 75 by 150-mm SENB
CTOD R-curve long before the & = 0.15 limit. This implies that the 30-mm-thick specimens
used in the geometry effects program are not sufficiently thick to produce plane strain condi-
tions beyond CTOD levels of approximately 0.3 mm and crack extensions of 2.5 mm. This
corresponds to a limiting p; value of approximately 100, which is much larger than the limit
specified in the EGF CTOD R-curve procedure, i.e., p > 50. [t should be pointed out that this
trend was not exhibited by the Ti-3Al-2.5V and NAB materials, which suggests that the p cri-
terion was not invalidated for these matertals. The results obtained from the latter materials
indicate that the p limit could be as low as 20. These findings confirm that the limits of CTOD
controlled crack growth are material dependent.

The use of a normalized abscissa in removing size and geometry effects beyond the limit of
J controlled crack growth has been reported by Etemad and Turner [/5,/6]. The normaliza-
tion takes the form Aa/c where c is the parameter which inhibits the plastic work dissipation
such as specimen thickness, ligament length, or material toughness. Throughout the size
effects studies in this project, the specimens were geometrically identical (i.e., all Bby 2B) and
were all precracked to an initial @/ W ratio of 0.6. As a result the ligament should be the limiting
geometric parameter for these specimens. A selection of normalized CTOD R-curves are pre-
sented in Figs. 13-15 for the three materials studied. It is evident that in the case of the HY
100 material the normalization procedure has produced a common curve with the exception
of the R-curve obtained from the 15 by 30 mm specimen. However, in the case of the Ti-3Al-
2.5V and NAB materials, the normalization procedure has not been successful.

0.8
Ti-3Al-2V
15 x 30 mm
0.6
E 30 x 60 mm
< 04
o
02 -
10 x 20 mm
0.0 ¥ 1 T T T

li
0.0 0.1 0.2 03 04 0.5 0.6
Normalized crack growth (. Aa/bo )
FIG. 13—Normalized 5g R-curves (Ti-3A41-2.5V).
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Conclusions

A series of unloading compliance R-curve tests have been performed on SENB specimens
of different sizes made from Ti-3Al-2.5V alloy, HY 100 steel, and nickel-aluminum-bronze
(NAB) to study the CTOD R-curve behavior at large crack extensions. The crack growth resist-
ance was measured in terms of conventional CTOD, 8, (as defined in BS 5762), CTOD cor-
rected for crack growth, 65, and CTOD derived using a double clip gage arrangement, 4. It
was found that:

—

. The limits of CTOD controlled crack growth are material dependent.
. The 4y and 6 R-curves exhibited size and geometry independence over approximately

the same ranges of crack extension.

. Ingeneral, the §, R-curves exhibited size and geometry independence over slightly larger

ranges of crack extension than the corresponding &, and 6, R-curves. For this reason it is
recommended that CTOD R-curves should be based on the 4, parameter. This param-
eter also has the advantage that the calculation procedure does not assume a fixed value
of 0.4 for the plastic rotational factor.

. For specimens of a given thickness increasing the specimen width appears to increase the

crack growth range over which the CTOD R-curves are in agreement. Nevertheless, this
does not guarantee that the subsequent CTOD R-curve behavior exhibited over this
crack growth range is size independent, i.e., it may be dependent on specimen thickness.

. Allthe CTOD R-curves obtained in this study exhibited upswings. The upswings, in gen-

eral, started at crack extensions corresponding to 15% of the initial uncracked ligament.

. Based on the above observations, it is postulated that the crack growth limit for CTOD

controlled crack growth in R-curves is 15% of the initial uncracked ligament. This con-
dition alone, however, is not sufficient to guarantee size/geometry independent results.
It is also necessary to have the same level of specimen constraint. The following values
of p are proposed to ensure plane strain constraint:

pg = 100

py = 50
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Specimen Size Effects on J-R Curves for RPV
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ABSTRACT: This study examined the effect of specimen size on J-R curves for reactor pressure
vessel (RPV) steels. Overall comparisons for monolithic materials (base plate and forging) indi-
cated that no significant size effect is apparent, using standard formulations for the J-integral
within commonly accepted validity bounds. However, materials that are composite in nature,
such as weld materials, or exhibit macro-scale inhomogeneities gave significant differences in J-
R curve trends for different sizes of specimens.

KEY WORDS: fracture toughness, size effect, J-R curve, pressure vessel steel, J-integral

The J-integral proposed by Rice [1] is used as a fracture mechanics parameter for charac-
terizing the elastic-plastic behavior of structural steels. For fully ductile upper shelf fracture
behavior of such materials, the J-resistance curve (J as a function of slow stable crack growth)
1s used to characterize material fracture toughness. The J-R curve then provides a measure of
the tearing resistance of the material under increasing load or displacement. This work exam-
ines the effect of specimen size on J-R curves. Implicit in this evaluation will be an assessment
of the appropriateness of the various formulations of the J-integral available in the literature
[2-4].

The laboratory evaluation of the J-R curve is normally accomplished using ASTM Standard
Test Method for Ji., A Measure of Fracture Toughness (E 813) and Standard Test Method for
J-R Curves (E 1152). For such evaluations, the specimens used are generally in the form of the
compact tension, C(T), or the three-point bend, SE(B), geometries, with the use of C(T) spec-
imens more prevalent in the technical community. If the J-R curve is a material property
much as tensile strength is a material property, then one should be able to use specimens of
different sizes and obtain the same J-R curve performance. In fact, various validity criteria
have been developed to ensure that *“‘J-dominance” occurs in the specimen [5,6].

From the standpoint of structural analysis, J-R curve data for crack growth of 25.4 mm (1
in.) or more is required in many instances to determine if the structure is safe for continued
operation. J-R curve validity requirements for such large crack growth levels require quite
large specimens, which tend to be costly from the standpoints of monetary and material con-
sumption. Therefore, an ability to use smaller specimens, without sacrificing the integrity and
usefulness of the resultant data, would provide a considerable advantage from several
standpoints.

This work is focused on the effect of specimen size on J-R curve trends for several nuclear
grade materials used in reactor pressure vessel (RPV) construction, including base materials

! Materials engineer, United States Nuclear Regulatory Commission, Mail Stop 217C NL/S, Washing-
ton, DC 20555 (formerly with Materials Engineering Associates, Inc., Lanham, MD).
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and welds. Various formulations of the J-integral [ 2-4] are used to determine the appropri-
ateness of each, with an emphasis on their ability to correlate the J-R curve trends from dif-
ferent size specimens to greater increments of crack growth.

Previous work in this area is not too extensive. McCabe and Landes [7] used specimens
ranging in size by a factor of 20. This work led to the development of J,, by Ernst [4]. The
other readily available work [8-10] used single specimen sizes from a planar view (either large
or small), with specimen dimensions such as gross or net thickness and initial crack length
varied in these works. In all cases, regions of correspondence between data from the various
specimen configurations were found, and these regions were in some cases used as the bases
for validity criteria development.

For the base materials in this study, the specimens are monolithic or essentially homoge-
neous, with large and small specimens composed of nominally the same material throughout.
In contrast, for the weld materials, all of the specimens are composite specimens, composed
of both weld and base metal. The crack propagation direction for the weld specimens is along
the weld. The width of the weld region varies from 0.5 to 2 in. (12.7to 51 mm), so that the
small specimens are composed of predominantly weld metal, whereas the large specimens are
predominantly base metal. The deformation characteristics of the weld and the base metals
oftentimes are different, and the effect of these differences on the resultant J-R curves cannot
be generally defined. In this study, the base metals consist of two heats exhibiting a “‘clean”
fracture appearance and one heat exhibiting an extremely fibrous or inhomogeneous appear-
ance. In contrast, the weld metals all exhibit a “clean” fracture appearance.

Test and Data Analysis Procedures
Specimen Designs and Test Procedures

The J-R curve tests were conducted using C(T) specimens ranging in size from 0.5T-to 6T-
C(T). In general, the specimen designs are consistent with recommended proportionalities
used in ASTM Standard Test Method for Plane-Strain Fracture Toughness of Metallic Mate-
rials (E 399), although for the small specimens [0.5T- and 1 T-C(T)] the pinhole spacing was
increased and the pinhole size was reduced for the 0.5T-C(T) specimens. The latter modifi-
cations, in conformance with ASTM E 813 and E 1152, permit measurement of load-line dis-
placements in the standard position (i.e., between the loading pinholes).

Displacements were measured at several locations on the specimens (Fig. 1). In general,
load-line displacement (measured between the pinholes, V,, ) was used for evaluations of crack
length (via specimen compliance measurements) and J. For the 0.5T- and 0.8T-C(T) speci-
mens of the weld metals, the load-line displacements used for J evaluations were measured
external to the pinholes (V,.), as illustrated in Fig. 1. Discussion of the appropriateness of
using V;,, measurements for evaluation of J is given in Ref /7. Crack mouth or front-face
displacement ( V,,) was used for crack-size prediction via compliance evaluation in these cases.

The specimens were precracked in tension using cyclic loading. To facilitate initiation, the
notch was loaded in precompression prior to the cyclic loading.

All specimens were side grooved by 20% of the total specimen thickness (B), 10% per side,
using a Charpy-V (C,) notch cutter (45° included angle and 0.25 mm, 0.0! in., root radius)
after precracking. The resultant net specimen thickness ( By) was then equal to 0.8 B.

The procedures used for these tests are in accordance with ASTM standards E 813 and E
1152. Specifically, the unloading compliance method was used to evaluate crack length during
each test. Appropriate compliance expressions for the V),and V;; measurement positions were
used in each case [12].
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FIG. |—Displacements were measured at several locations on the compact tension specimens during
these tests.

J-Integral Evaluation Procedures

The J-integral values have been evaluated using three different formulations, specifically the
Merkle-Corten form, J,,_[2], the deformation theory form, J, [ 3], and the “modified J”, J,,
[4].

The Jy - formulation was developed to account for the axial force in the C(T) specimen
and results in J values similar to values of  for the case of failure in the linear range of the
load-displacement curve. The J,,_ . formulation was not originally intended for growing
cracks. As used in this paper, the initial crack length is not incremented for crack growth.

To account for crack growth in the evaluation of J, Ernst developed a crack growth correc-
tion procedure which preserves the conditions of a deformation theory of plasticity interpre-
tation of J during crack growth; this formulation is termed here J,, [ 3] and is the form specified
for use in ASTM E 1152. Evaluation of J,-R curves for different sizes of C(T) specimens have
demonstrated a specimen-size dependence as well [4].

For crack extension levels beyond the limit of 10% of W — a,, one negative characteristic
of Jp is a tendency towards a size effect, whereby smaller specimens give lower J-R curve levels
than larger specimens, with negative J-R curve slopes resulting in some cases. To extend J
measurements to greater crack extensions, Ernst introduced a new definition of J that
appeared to satisfy the characteristics of a different type of J that Rice, Drugan, and Sham [ /3]
had proposed was necessary for independence from crack growth, Aa. This new J-like value
wastermed “modified J* or J,, by Ernst [4]. The attributes of J,, cited by Ernst include a better
accounting for the past history effects of deformation and crack growth in arriving at a given
condition of load, displacement, and crack length. J,, allows for a large relaxation of the restric-
tions on the amount of crack extension and/or initial remaining ligament required to produce
geometry-independent R-curves. The specimen size-independent characteristic of J,, was ini-
tially demonstrated in Ref 4 for an A 508 Class 2A steel using data from 0.5T- to 10T-C(T)
specimens.

The J, and J,, equations described above represent ‘“‘total work done” forms of each
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whereby the area under the load-total displacement curve is used to evaluate J. Recent think-
ing indicates that a more appropriate way to evaluate J, and J, is to separate the elastic and
plastic work portions of J, with J,, evaluated from ASTM Test Method for Plain-Strain Frac-
ture Toughness of Metallic Matenials (E 399), and J,, evaluated using the area under the load-
plastic displacement curve

J=J,+Jy (N

All of the data reported here are determined by separate consideration of elastic and plastic J
as set forthin ASTM E 1152-87.

Material Evaluation

An additional comparison which will be used with these tests employs the “key curve” rep-
resentation obtained from the test records (Refs /4 and 15). The key curve for a test record
compares normalized load (P, in units of stress) to normalized displacement, §y. The nor-
malized displacement is dimensionless. For the compact specimen, these quantities are
defined as

PW
= —— 2
P = Bogarm) @
oy = 8,/W = (6 — PC)/W (3)

with g(a/W) = exp[0.522(1 — a/W)], P and § are the measured load and load-line displace-
ment, respectively, and C is the elastic compliance (mm/kN or in./Ib) corresponding to the
current crack length. The key curve tends to have a shape similar to that of a true stress-strain
record, with Py levels continually increasing as 8,/ W increases. The dimensions “a” and “b”
(Eq 2) are updated for the crack growth which occurs during J-R curve testing. Therefore, cor-
rectly knowing the crack length (which is generally inferred from compliance measurements)
permits comparison of the key curves from specimens of different overall size or different crack
length. If the key curves for the different specimens are coincident, then the same deformation
behavior is evident for each specimen. If the key curves do not coincide, then the deformation
characteristics of the material(s) in the specimens being compared are not the same and one
is effectively comparing different material for the different specimens. In contrast, coincident
key curves do not ensure that the materials have the same ductile tearing characteristics (i.e.,
the same J-R curve toughness), since knowledge of the specimen load-displacement trend is
required to completely define the material behavior. Conversely, noncoincident key curves do
not ensure different J-R curves since the load-displacement-crack growth relationship may
compensate for the key-curve differences.

Materials and Test Conditions

The materials used in this analysis are RPV steels, including two base plates, one forging,
and several weld metals. The forging is an ASTM A 508 Class 2 forging (Code FP), whereas
the base plates represent ASTM A 302 Grade B (Code V50) and ASTM AS533 Grade B Class
1 (Code V8)steel plates. The forging and the Code V8 plate are relatively high-toughness mate-
rials exhibiting a clean fracture surface appearance. In contrast, the Code V50 plate is a
much lower toughness material and exhibits an extremely rough, fibrous fracture surface
appearance.
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TABLE 1—Chemical compositions of RPV steels.

199

Chemical Composition, wt%

Description Code Cu Ni P C Mn S Si Cr Mo A
A 533-B Plate V8 4049 0015 0.20 1.23 0.017 0.26 L2052 A
A 502-2

Forging FP 4 0.81 0.013 0.27 0.77 0.014 032 0.44 0.59 L0
A 302-B Plate V50 0.059 023 0010 021 1.46 0.021 024 006 054 0012
Linde 80 Welds

61W 028 063 0020 0090 148 0.014 057 0.16 0.37 0.005
62W  0.210 0.537 0016 0.083 1.51 0007 0.59 0.120 0.377 0.010
63W  0.299 0.685 0.016 0098 1.65 0011 0.630 0.095 0427 0.011
64W  0.350 0.660 0.014 0.085 1.59 0.015 0.520 0.092 0.420 0.007
65W  0.215 0.597 0.015 0.080 1.45 0015 0480 0.088 0.385 0.006
66W 0420 0.595 0018 0.092 1.63 0.009 0.540 0.105 0.400 0.009
67W  0.265 0590 0.011 0.082 144 0.012 0500 0.089 0.390 0.007

“ Not determined.

The welds likewise have low toughness, but exhibit an extremely clean fracture surface
appearance. The welds were made using Linde 80 flux, with a high copper content in each
weld. High copper content causes high sensitivity to irradiation embrittlement, resulting in
51gmﬁcant reductions in toughness after exposure to neutron irradiation [ 16]. The welds were
miade in either ASTM A 508 Class 2 forging or ASTM A 533 Grade B plate. These welds are
coded as 61 W through 67W,

The chemical compositions of these materials are given in Table 1. Pertinent uniaxial
strength data are listed in Table 2. As indicated, the yield strength and ultimate strength levels

TABLE 2—Uniaxial strength data for the RPV steels.

Test 0.2% Offset Ultimate
Temperature Yield Strength Strength
Description Code °F °C ksi MPa ksi MPa
A 533-B Piate V8 200 93 63.3 436 83.3 575
A 508-2 Forging FP 130 54 69.2 477 88.0 607
A 302-B Plate V50 180 82 66.6 459 84.8 584
Linde 80 Welds
Unirradiated 61W 550 288 60.0 418 77.4 533
Irradiated 61W 550 288 79.0 545 95.6 659
Unirradiated 62W 550 288 55.5 383 74.1 511
Irradiated 62W 550 288 75.7 522 91.1 628
Unirradiated 63W 550 288 59.2 408 76.4 527
Irradiated 63W 550 288 77.2 532 91.6 632
Unirradiated 64W 550 288 57.7 398 78.8 543
Irradiated 64W 550 288 75.4 520 93.7 646
Unirradiated 65W 550 288 59.9 413 79.5 548
Irradiated 65W 550 288 71.8 495 90.1 621
Unirradiated 66W 550 288 72.2 498 88.2 608
Irradiated 66W 550 288 83.7 577 98.8 681
Unirradiated 67W 550 288 62.1 428 81.2 560
Irradiated 67TW 550 288 74.8 516 92.8 640
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TABLE 3—Charpy-V data for the RPV steels.

Test
Temperature Energy Level
Description Code °F °C Orientation” ft-1b J
A 533-B Plate V8 200 93 C-L 134.5 182.4
300 149 C-L 139.5 189.1
200 93 L-C 75.0 101.7
A 508-2 Forging FP 130 54 C-L 81.1 110.0
USE? C-L 85.7 116.1
130 54 C-R 83.0 112.5
USE C-R 133.8 181.4
A 302-B Plate V50 180 82 T-L 50.3 68.2
USE T-L 53.6 72.6
Linde 80 Welds
Unirradiated 61W USE N 67.9 92.0
Irradiated 61W USE £ 52.4 71.0
Unirradiated 62W USE .« 79.7 108.0
Irradiated 62W USE £ 59.0 80.0
Unirradiated 63W USE £ 70.8 96.0
Irradiated 63W USE . 50.2 68.0
Unirradiated 64W USE < 73.8 100.0
Irradiated 64W USE < 55.3 75.0
Unirradiated 65W USE £ 79.7 108.0
Irradiated 65W USE .« 53.1 72.0
Unirradiated 66W USE £ 56.1 76.0
Irradiated 66W USE £ 428 58.0
Unirradiated 67TW USE £ 76.0 103.0
Irradiated 67TW USE .« 53.8 73.0

“ Per ASTM standard E 616.
# Average upper shelf energy.
¢ Along the weld.

are quite similar for ail of the materials. Charpy-V (C,) energy levels are summarized in Table
3 for each material. The A 533-B plate and the A 508-2 forging have the highest C, levels,
whereas the A 302-B plate and the weld metals have lower C, levels.

A 508 Class 2 Forging (Code FP)

This material (from a forged cylinder) was tested at 54°C (130°F) to match an intermediate
test vessel (ITV) test conducted at Oak Ridge National Laboratory (ORNL). The test temper-
ature was selected to be at the onset of the C, upper shelf, as confirmed by the results listed in
Table 3. J-R curve tests of this forging were made for the C-L and the C-R orientations (per
ASTM standard E 399) to simulate the crack propagation directions in the ITV test. These
orientations, which exhibit similar energy levels, are the low-toughness orientations for this
forging, as indicated by C, levels below 117 J (86 ft-ib) in contrast to the C, level of 181 J (134
ft-Ib) for the L-C orientation. J-R curves for this forging were evaluated using 0.5T-, 1.6T-, and
4T-C(T) specimens for the C-L orientation and 0.5T- and 1.6T-C(T) specimens for the C-R
orientation. Additional information on this forging is given in Refs /7-19.
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A 533 Grade B Plate (Code V8)

As with the forging, this plate was evaluated at the same test temperature as an ORNL ITV
test. In this case the test temperature was 93°C (200°F), the onset of the C, upper shelf for this
plate. The same orientations and specimens were used as for the forging evaluations. In this
case, the C-L (and presumably the C-R) orientations are the high-toughness orientations (C,
energy of 186 J or 137 ft-1b), in contrast to the L-C orientation (102 J or 75 ft-Ib). Additional
information on this plate is given in Refs /9 to 21.

A 302 Grade B Plate (Code V50)

This plate was fabricated as a 152-mm (6-in.)-thick plate. The heat treatment applied to the
plate was determined from a review of the metallurgical histories of production A 302-B plates
used in early RPV construction in an effort to match the final product used in early construc-
tion. The sulfur content of the ingot used to produce the plate was relatively high at 0.025
(wt%), but within the range of early production plates. In addition, a minimum of cross rolling
was applied to this plate, which is in contrast to modern practices where near 1:1 cross rolling
is generally used. As described later, the sulfur content and possibly the rolling characteristics
of this plate result in 2 nonhomogeneous-appearing fracture surface.

In contrast to the Code V8 plate and the Code FP forging, this plate exhibited an extremely
low C, upper shelf, in this case 73 J (54 ft-1b) for the T-L orientation (per ASTM standard E
399). The J-R curve tests of this plate were evaluated at 82°C (180°F) at the onset of the C,
upper shelf. The specimens used from this plate were 0.5T-, 1T-, 2T-, 4T-, and 6 T-C(T) spec-
imens. Additional information on this plate is given in Refs 22 and 23.

Linde 80 Welds (Codes 61W to 67W)

These seven weld metals exhibit fairly low C, upper shelf energy levels in the unirradiated
condition ranging from 76 to 108 J (56 to 80 ft-1b) and very low C, upper shelf energy levels
of 58 to 80 J (43 to 59 ft-1b) in the irradiated condition. These welds were tested at upper shelf
temperatures ranging from 75 to 288°C (167 to 550°F). Specimen sizes were 0.5T-, 0.8T-,
1.6T-, and 4T-C(T), although not all specimen sizes were used in all cases. Due to the limited
width of the welds (about 25 mm, 1 in.), these specimens are actually duplex specimens of weld
and base metal. The yield strengths of the base metals were not evaluated, but were probably
on the order of 10% less than that of the weld metals. Additional information on these weld
metals is given in Ref 24.

Results

The effect of specimen size for these materials will be evaluated by comparing the J-R curves
from each specimen size. These comparisons will be made using the deformation and modified
forms of the J-integral, J, and J,,, respectively, as well as the Merkle-Corten formulation
{Jr—c). The key curves will also be used to ascertain the relative deformation behavior of the
various specimen sizes.

As described previously, the Code FP forging and the Code V8 plate exhibit relatively high
toughness and a relatively clean fracture appearance. These two materials can be thought of
as “monolithic/clean” materials since the characterization is essentially an accurate working
model for those materials. Hence, one can argue that the theory behind the J-integral and its
various formulations should be quite applicable to these two materials. The logic supporting
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this is that there are no macro-scale inhomogeneities internal to the specimen large enough to
disrupt the stress-strain relationship surrounding the crack tip or to cause unusually large devi-
ations from planar crack growth.

In contrast, the Code V50 plate has lower toughness and an inhomogeneous fracture appear-
ance; this plate will be defined herein as a “monolithic/dirty” material. This plate is charac-
terized by a nearly uniform distribution of macro-scale inhomogeneities which could perturb
the stress-strain field or provide preferential crack growth planes exhibiting lower toughness
than the bulk material of the plate.

The large specimens from the weld metals are composite specimens, with weld metal and
base metal components, but also an intermediate zone or zones consisting of the fusion line
and the heat-affected zone. In general one would expect all of these areas to have different
deformation characteristics, with the stress-strain field (principally the plastic zone) in some
of the larger specimens traversing this mixture of materials. Although these weld metals also
exhibit a “uniform” fracture appearance, with the crack growth plane clearly defined, the J-
integral theory may not be entirely applicable due to the lack of a homogeneous stress-strain
field surrounding the crack tip.

Code FP Forging and Code V8 Plate

A large number of 0.5T-C(T) specimens (twelve from the C-L orientation and six from the
C-R orientation) for each material were used to sample through-thickness variability of the J-
R curves. Overall, the variability tends to be quite small using any of the J formulations. Com-
paring the results for the C-L orientation of each material (Figs. 2 and 3), the J,-R curve results
indicate a “peeling-off”’ trend whereby the slope of the J,-R curve decreases rapidly for the
0.5T-C(T) specimens and the J levels themselves are somewhat reduced at large Aa levels. In
contrast, the J,~R curves indicate much improved correspondence between data for the var-
1ous specimen sizes. However, the curves from the 0.5T-C(T) specimens tend to exhibit an
inflection point, whereby the slope of the J,-R curve increases instead of continuing to
decrease with extensive crack growth. The use of J,,_. results in slightly improved correspon-
dence between data from the small and the large specimens, in terms of the J levels, with no
inflection of the curves at the end of the data for the 0.5T-C(T) specimens. Principally for the
Code FP forging, the Jy;_~R curves for the large specimens appear to come directly out of the
trend band for the 0.5T-C(T) specimen data.

The key curves for these materials are similarly guite well behaved (Fig. 4). As illustrated,
excellent correspondence between the various specimen sizes occurs for each material, attest-
ing to the similar deformation response for the large and the small specimens.

With these clean monolithic materials, the generally good correspondence found between
results for the various specimen sizes at low Ag levels indicates that no inherent size effect
results for the various J formulations within the validity range (Aa < 0.1 by and J < b 5//25).
However, the use of J,, or J,,_cresults in improved correspondence in the curves from different
size specimens for greater levels of Aa.

Code V50 Plate

Six 0.5T-C(T) specimens were tested from this plate to sample through-thickness variability,
which was found to be minimal. Comparison of the Jp-, J,r, and Jy,_~R curves (Fig. 5) from
all of the specimen sizes reveals a severe size effect, whereby increased specimen size results in
significant reductions in toughness, including both Jlevel and J-R curve slope.
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The key curves (Fig. 6) likewise demonstrate a peculiar trend, as they generally tend toward
a maximum value with an oscillatory behavior developing in the subsequent stages of slow-
stable crack growth. The latter trend is most evident with the curves for the larger specimens.
The near upper plateau on the key curve generally occurs at the first attainment of maximum
load for the specimen, with the Aa levels ranging from 4.5 mm (0.177 in.) for the 6T-C(T)
specimen down to near the J,. point for the small specimens. For the specimens larger than
1T in size, the J-R curves exhibit a severe decrease in slope following this point on the key
curve.

The cause for the unusual key curves for (principally) the large specimens is thought to lie
with poor correspondence between the actual crack sizes and those estimated from the unload-
ing compliance method, as evidenced by large differences between the optical-method final
crack length (at test termination) and that from the end-of-test compliance estimates. The
causes for this poor correspondence are thought to center on the unusual fracture appearance
for this material, characterized by a fibrous or “woody” appearance. The nonplanar nature of
the features on these fracture surfaces resulted in contact between facets near the crack front
during the unloading compliance measurements, yielding less measured compliance and
hence reduced estimates of crack growth.
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FIG. 6—Key curves for the Code V50 plate using compliance measurements (top) and the final mea-
sured crack length (bottom).

A blunt-notched 0.5T-C(T) specimen was used to develop an accurate key-curve represen-
tation of the deformation characteristics of this plate. As illustrated in Fig. 6, comparison of
this key curve and the test termination point for the 6T-C(T) data indicates that the 6 T-C(T}
specimen did not have much plastic deformation and instead is dominated by elastic
displacement.

Codes 61 W to 67W Welds

A large number of J-R curves (160) are available for these seven weld metals, with specimen
sizesincluding 0.5T-, 0.8T-, 1.6T-, and 4T-C(T). These data include both the unirradiated and
the irradiated conditions, with results at several test temperatures. Although only a few cases
will be presented here, in virtually every case a size effect was apparent whereby the largest
specimens [4T-C(T)] yielded the highest J-R curves, and the smallest specimens [0.5T-C(T)]
tended to yield the lowest J-R curves. Overall, the . levels tended to increase with specimen
size, with the larger specimens tending to give the highest J-R curves.
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As mentioned previously, the width of these welds typically ranged from 13 to 51 mm (0.5
to 2 in.). The 0.5T-C(T) specimens were typically composed of all weld metal, whereas each
larger specimen size tended to have increasing amounts of base metal, at least on a propor-
tional basis. Therefore, the small specimens are actually consistent with the monolithic mate-
rials exhibiting clean fracture surfaces, as with the Code V8 plate and the Code FP forging.

The materials and conditions presented in these comparisons (Figs. 7 to 13) are:

62W, unirradiated condition at 200°C.
63W, unirradiated condition at 171°C.
67W, unirradiated condition at 288°C.
65W, unirradiated condition at 200°C.
65W, irradiated condition at 200°C.

66W, unirradiated condition at 200°C.

SR WN

Each of the J-R curve comparisons demonstrate a trend whereby the largest specimen size
tends to give the highest curve and the smallest specimen tends to give the lowest J-R curve.

Among the three formulations of the J-integral, the J,-R curves demonstrate a tendancy to
approach a plateau level, with the J level at which a rapid reduction in slope occurs decreasing
with decreasing specimen size. The result is a very strong size dependence. One advantage of
using J), is that the overall curvature and J levels of the J,,-R curves do not demonstrate the
strong size dependence found with J,. However, the J,,-R curves for (principally) the 0.5T-
C(T) specimens typically demonstrate a slight inflection (or “hook-up” tendency) over the last
several data points, resulting in an increasing slope near the end of those curves. In some cases,
the curves for the small specimens cross those for the larger specimens. This inflection behav-
1or probably indicates a breakdown in J,, validity (a limitation currently not quantified from
any theoretical considerations). In contrast, the J,,_ R curves tend to lie between the J,- and
the J,~R curves, with the overall curvature of each data set not affected by either an inflection
or a plateau behavior.

Comparison of the key curves for the specimens from one of these welds (Fig. 13) indicates
only slight differences, as the curves for the 0.5T-C(T) specimens exhibit slightly higher key
curves than those for the other specimens. The J-R curves for this weld are in Fig. 7. This type
ofacomparison is typical of that found with these welds. From the standpoint of interpretation
of the key curves, a higher key curve would generally indicate slightly higher strength for that
specimen, which is generally associated with reduced toughness.

Overall, the larger specimens tend to give the highest J-R curves. Using J,, does appear to
improve the correlation between data from large and small specimens for greater crack growth
levels than does J,, up to the point at which inflection points apparently end the J,, validity.
Overall, the use of J),_tends to give the best comparison for these welds (i.e., the curves do
not exhibit plateau or inflection tendencies).

Microstructural and Fractographic Evaluations

From a macroscopic standpoint, these materials tend to exhibit fairly clean fracture appear-
ances, except for the Code V50 plate. As illustrated in Fig. 14, photographs of the fracture
surfaces for several of these broken specimens reveals the expected dimpled-rupture (micro-
void coalescence) appearance of the Code FP forging, the Code V8 plate, and the welds, in
contrast to the irregular appearance of the Code V50 plate. Further microstructural and frac-
tographic work was then performed on the V50 plate to identify the cause(s) of the differences
in toughness for the different specimen sizes and also the irregular appearance of these fracture
surfaces [22].
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FIG. 9—Comparison of J-R curves for the Code 67W weld, unirradiated condition at 288°C (550°F). Jp
(a), Jm (b), and Jy ¢ (c) are illustrated, with the top graphs representing small crack growth levels and the
bottom graphs representing large crack growth levels.
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FIG. 10—Comparison of J-R curves for the Code 65W weld, unirradiated condition at 200°C (392°F),
Ip (@), Im (b), and Ju_c {(c) are illustrated, with the top graphs representing small crack growth levels and
the bottom graphs representing large crack growth levels.
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FIG. 1 1-—Comparison of J-R curves for the Code 65W weld, irradiated condition at 200°C (3 92°F). Jp
(a), Jm (b), and Ju-c (c) are illustrated, with the top graphs representing small crack growth levels and the
bottom graphs representing large crack growth levels.
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FIG. 12—Comparison of J-R curves for the Code 66 W weld, unirradiated condition at 200°C (392°F).
Jp (a), Im (b), and Iv_c (c) are illustrated, with the top graphs representing small crack growth levels and
the bottom graphs representing large crack growth levels.



HISER ON J-A CURVES FOR RPV STEELS

DELTR a Cin.) b
%] B.8S B.1@ B.15 B.20 B.25 B.30
sea T T T T T T
Linde 8@ Weld (GEW)
Unirradiated, 286°C, 20% SG - 2588
400 - o
o]
© .
o . a Emc:
S 300 J o ° . <
= r J o ‘D 4 \-
= 0® 4.9 - 1500 =
=z f cl o 0. A [
- o D a <
= 208 J &J o A -
r 11000 x
O
g%
[{]']
o - 1.67cT %
I o -- @8.BT-CT
} J 4 --Q@.5T-CT
B i 1 i a
2 2.8 4.8 6.0 9.0
DELTA a (mm}
QELTA a (in.)
2} 9.1p ©.20 ©.30 d.40 0.59 @.60 0.70
gon T T T T T T T
Linde 8@ Weld (BEW)
Unirradiated, 208°C, 28% SG -] 4000
o
608 —
o
| o 1 3m‘¢.
T |1 ; :
2 o o o e
x [ “ o° 5 © 42% 'c
= Q ﬂj o sy
S A s
OO r
| g -
200 &
[ a - a1-C1 - 1eoe
o -~ |.BT-CT
| o -- B.8TCT
4 - @.5T-CT
B 1 1 Il B
a 5.8 10.9 15.8 20.0
DELTA a (mm)

FIG. 12—Continued

231



232

CONSTRAINT EFFECTS IN FRACTURE

QELTR a (in.)
%] 8.85 B.la 8.15 0.20 8.25 8.30
See T T T T T T
Linde 8@ Weld (BbW)
Unirradiated, 280°C, 28% SG - 2500
408 |- o
O
o o o000
o) o
) (o} o,
g [ 6° ., T,
S 0o _© - 4 1500
= o o a
g I éo o =] '
o A
< e | &f Cas
Oo u“‘ - 1000
Q
[ Sa
e | T .
I o -- @.BT-CT
! ] 4 --B.5T-CT
] 1 i i ]
0 2.8 4.9 6.0 8.0
DELTA a (mm)
OELTR a Cin.)
%) 8.1 0.20 0.33 @.49 ©0.50 B.60 0.70
T T T T T T
Linde 80 Weld (GBMW) .J
508 Unirradiated, 288°C, 28% SG g 350
o
o - 3000
o
_ 458 | 5 o - 2500
“ } J o o
S o}
= f } 0% oo i - 2608
£ 08 O3, Dt
[ pOat < 1500
| g
- 1009
158
o -- 1{.BT-CT
| o -—-grcr %
l A —-B.5T-CT
'} 1 1 1 ]
2 S.8 18.9 15.8 298.92
DELTA a (mm)

FIG. 12—Continued

J"c (ln"]b./ln,z)

Inc Gino=tb./in 2)



309

258

208

158

NORMALIZED LOAD (MPa)

5@

FIG. 13—Key curves for the Code 62W weld, unirradiated condition at 200°C (392°F).

8
8

HISER ON J-R CURVES FOR RPV STEELS

T T T L

Linde 89 Weld (652W)
Unirradiated, 200°C, 20% SG

O - 4T-CT

a - |.6T-CT
o - @.8T-CT
— - 8.5TCT

i i i i i
8.820 0.04¢ 0.060 @.080 @.190 4.120

PLASTIC DEFLECTION / W

Linde 80 Welds
(Codes 63W, 64W)

A 508-2 Forging (Code FP)
A 533-B Plate (Code V8)

A 302-B Plate (Code V50)

233

FIG. 14—Comparison of fracture surfaces for several of the 0.5T-C(T specimens from these materials.

Only that from the Code V50 plate exhibils a nonhomogeneous appearance.
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Microstructural samples from one 0.5T-C(T) specimen and one 4T-C(T) specimen of the
Code V50 plate were prepared by grinding and polishing selected surfaces to a 1.3-mm (0.05-
in.) finish. The 0.5T-C(T) specimen was from the plate mid-thickness and yielded the lowest
of the J-R curves from 0.5T-C(T) specimens. For the 4T-C(T) specimens, a piece representing
the plate mid-thickness was used. Comparison of fracture surfaces from the 0.5T- and the 4T-
C(T) specimens indicate no significant differences in characteristics for either specimen size
(Fig. 15). Each of the fracture surfaces exhibit extensive laminated tearing, or splits, oriented
in the direction of crack growth. These splits are the most prevalent feature on the fracture
surfaces, with small amounts of microvoid coalescence found in the areas between the splits.
The width, length, relative number, and relative distribution of the splits are generally the same
for every specimen examined. These splits resulted from either: (a) separation of interfaces
between the material bulk (composed of ferrite and fine pearlite) and the prolific volume of
inclusions, and/or (b) the splitting of a more brittle, alloy-rich banded structure. Figure 16
compares the fracture surface with the inclusion distribution and the banded microstructure.
Clearly, the distribution of splitting correlates with both the alloy-rich bands and the inclu-
sions. Since this plate has a moderate sulfur level and plates of this variety are known to have
an abundance of manganese-sulfide inclusions, these splits are thought to occur along these
inclusions. The role of microstructure in explaining the discrepancy in fracture toughness of

FIG. 15—Fractograph of a high toughness 0.5T-C(T) specimen (top) and a low toughness specimen
(bottom). Specimens were from the plate midihickness. X 30.



HISER ON J-R CURVES FOR RPV STEELS 235

FIG. 16—Visual correlation of the L-LT surface of the V50 plate, showing the inclusion distribution
(top), microstructure with banding (center), and fracture surface with splits (bottom). Crack growth isfrom
bottom to top. X 100.

these specimens is not clear, given in particular the similarities between fracture surfaces from
low [4T-C(T)] and high [0.5T-C(T)] toughness specimens.

Discussion

Overall, the results for the clean/monolithic materials are quite encouraging, as excellent
agreement between data from large and small specimens are apparent for these materials for
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all of the J formulations, in particular within the ASTM validity limits. This good agreement
confirms the potential for current J-integral formulations to give reasonable assessments of
material toughness, albeit in the cases of J, and J,, for a limited amount of crack growth. Like-
wise, the good agreement found with key curves for these materials confirms the lack of a
mechanical type of effect which could serve to induce a size effect simply due to the geometric
differences between the specimen sizes.

The size dependence observed for the A 302-B plate (Code V50) was somewhat unexpected,
in particular given the magnitude of the differences between data from small [0.5T-C(T)] and
large [4T- and 6T-C(T)] specimens. This plate did exhibit an unusual fracture appearance,
with a “woody” or fibrous appearance which was termed “dirty” for the purposes of this work.
Although the microstructural and fractographic evaluation indicated no significant differences
through the plate thickness or between the fracture surfaces for the high [0.5T-C(T)] and low
[4T-C(T)] toughness specimens, the presence of the laminations or splits is undoubtedly the
core cause for the size dependence. In Refs 25 to 27, the deleterious effect of this splitting
behavior on the C, impact toughness of controlled-rolled steels was generally tied to a relative
measure of the splits, such as the number of splits per unit thickness, or a separation index
giving the length of separations per unit area. In these cases, an increase in the lamination
parameter was readily tied to reductions in toughness. Development of such a parameter in
the present work would probably not indicate any significant difference in expected toughness
for the specimens from this A 302-B plate since the splits in this material tend to be fairly
uniformly spaced, and each parameter would probably give the same value for both the large
and the small specimens. Possibly the total number of splits, the total or average length of the
splits, or the depth of the splits and not a relative parameter has the strongest influence on the
specimen-size dependency. The characteristics of the splits (i.¢., the length or the depth) could
help to give lower toughness for the larger specimens in that more material (volumetrically) is
exposed to the high stresses around the crack tip as the splits open. This increase in material
under high stress would allow preferential cracking to occur along lower toughness planes,
resulting in lower overall measured toughness for the large specimens. In contrast, the splits
on the small specimens appear to be not as deep, with the result that cracking is limited to
fewer possible planes, with a decreased probability that low toughness planes are accessed.

For the weld materials, the observed size effect generally results in lower J-R curves for
smaller specimen sizes, with the 0.5T-C(T) specimens typically yielding the lowest J-R curves.
Overall, the J,-R curves demonstrate a “peeling-off™ trend, whereby the curves for the smaller
specimens tend to exhibit reduced slopes and J,, levels at relatively low a levels. In contrast,
Js does result in somewhat improved correspondence in the curves for the different specimen
sizes, although in many cases the J,~R curves exhibit an inflection point, indicating the end
of Jy, validity. The observed specimen size dependence is probably due to the composite nature
of the large specimens, with the interaction of weld and base metals with intermediate fusion
line and heat-affected zones. This hypothesis is reasonable due to the differences in key-curve
trends which were generally found and the general trend of larger specimens to give higher J-
R curve levels.

Conclusions

J-R curves from various sizes of specimens were compared for several steels. The specimen
sizes ranged from 0.5T- to 6 T-C(T), with intermediate sizes also used. For the materials stud-
1ed, three categories were defined based upon the specimen makeup and the macroscopic frac-
ture appearance. The categories include monolithic materials with clean or dirty macroscopic
fracture appearances and composite (weld) metals which exhibit clean macroscopic fracture
appearances.
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Conclusions from this work include:

1. No significant size effect was found within the ASTM validity limits for two monolithic
materials exhibiting homogeneous fracture surfaces.

2. Jp can give curves that tend to demonstrate a plateau behavior, with smaller specimens
giving lower J levels than larger specimens. This behavior may indicate an end to validity
of Jp.

3. Jy helps toimprove correspondence in J-R curves for different sizes of specimens outside
of the ASTM validity limits for the monolithic/clean materials, although curves for the
smaller specimens frequently exhibit an inflection point at large crack growth levels. This
behavior may indicate an end to validity of J,,.

4. Jy.-ctends to give J-R curves intermediate to those using J,, and J, without the adverse
plateau behavior or inflection points. The lack of a change of curvature or excessive slope
decrease results in no simple method for determining the end of validity of J,, .

5. The A 302-B plate (Code V50) under study exhibited a significant size effect, with smaller
specimens giving much higher J-R curve levels than large specimens. However, J,. levels
were similar for all specimen sizes.

6. The high content of manganese-sulfide inclusions and/or the banded regions of the
microstructure are probably the key causes of the reduction in R-curve with specimen
size observed for the A 302-B plate (Code V50). The fracture appearance is similar for
both large (low-toughness) and small (high-toughness) specimens, but the length and
depth of the splits that resulted from these planes of weakness increased with specimen
size.

7. In many cases for the weld metals, a significant size effect was found, whereby larger spec-
imen size tended to give higher J-R curve levels. This size dependency is probably due
to the finite width of the welds, whereby the small specimens tend to be all weld metal
and the larger specimens are a composite of weld and (predominantly) base metal.
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ABSTRACT: This paper describes an experimental program which had the objective of devel-
oping a series of J-R curve data from laboratory specimens of varied constraint. Constraint was
varied by testing specimens with different thicknesses, crack lengths, and mode of loading. Ali
specimens were relatively small and were kept simple in geometry and loading to allow estima-
tion of the applied J integral. Crack iength-to-width ratios were varied dramatically from a/W
= (.10 to a/W = 0.65 and the mode of loading ranges from three-point bending of deeply
cracked edge-notched bars to pure tensile loading of double edge-notched strips. All tests were
conducted on a single material, a high-strength structural steel, at ambient temperature, which
is well up on the ductile upper shelf for this alloy.

Results of these tests have shown that different constraint conditions can dramatically affect
the J;. and the J-R curve for the full range of crack lengths and loading modes studied here, and
these effects can be studied on relatively inexpensive laboratory specimens. Observed trends cor-
respond to generally expected ideas of “increased constraint” or “decreased constraint” condi-
tions, but since no factor is available to satisfactorily quantify constraint, an ability to utilize a
data set such as this to predict the behavior of a material for a particular structural application is
still lacking.

KEY WORDS: high-strength steel, J-R curves, J,., SE(B), SE(T), DE(T), a/ W effects

Objectives

J integral fracture toughness, as measured by ASTM standardized methods [ASTM Test
Method for J,., a Measure of Fracture Toughness (E 813); Test Method for Determining J-R
Curves (E 1152); and Test Method for Crack-Tip Opening Displacement (CTOD) Fracture
Toughness Measurement (E 1290)], utilizes deeply cracked bend-type specimens to assure
lower bound, size-independent fracture toughness measures within the specified criteria.
Application of these measures to real structures is often resisted with the justification that the
real structure has only shallow cracks and thus the ASTM fracture toughness measures do not
apply. A second argument is that the structural elements are predominantly loaded in tension,
not in bending as is the case for the ASTM laboratory specimens.

An important objective is to develop data to address the effect of constraint on elastic-plastic
fracture initiation and ductile crack growth. Several large-scale tests have been conducted
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recently in the United States and in Europe which have shown that the J integral at initiation
and the J-R curve in general are distinctly elevated for predominantly tensile loading in com-
parison with bending laboratory specimen results. Analyses of Betegon and Hancock [ /], Al-
Ani and Hancock [2], and O’'Dowd and Shih [3] have proposed that an additional constraint
parameter is needed, besides the Jintegral, to develop truly size and loading independent mea-
sures of ductile fracture toughness. Dodds and Anderson [4,5] have shown that in the lower
transition range of ferritic steels, where fracture is cleavage dominated and hence stress con-
trolled, a constraint correction can be applied which appears to develop a size-independent
fracture initiation criteria for these conditions. Their methodology cannot be directly applied
to the ductile fracture case since both stress and strain are controlling factors in ductile crack
initiation and metallurgical aspects of fracture are more complex. A data set is required that
covers a range of crack length, specimen sizes, and types of loading, a data set that hence covers
a range of constraint conditions.

In this project a series of both deep and shallow cracked bend specimens have been tested
with the objective of evaluating the difference between the measured fracture toughness of the
shallow cracked geometries and those of standard ASTM configuration specimens. A typical
high-strength structural steel alloy has been used for this experimental comparison. Additional
specimens have been prepared which are predominantly tensile in loading. Standard speci-
mens do not now exist for fracture testing using predominantly tensile loading. This has
required the development of approximate equations for the evaluation of the J integral for
tensile-loaded specimens as well as the development of crack length to compliance relation-
ships that are accurate enough to allow single specimen, unloading compliance R curve eval-
vations. The two tensile geometries evaluated here are a single edge-notch tension specimen
[SE(T)] and a double edge-notch tension specimen [DE(T)].

Experimental Details
Material Description

A high-strength structural steel was used for all tests, using SE(B), SE(T), and DE(T) geom-
etries of various crack length-to-width (a/ W) ratios. The material was originally 9 cm thick.
All specimen crack planes were orientated in the T-L orientation as designated by ASTM Test
Method for Plain-Strain Fracture Toughness of Metallic Materials (E 3990). The material ten-
sile mechanical properties are shown in Table {, and the chemical analysis is shown in Table
2.

Specimen Test Matrix

Table 3 shows a matrix of the specimens tested in this program. The first set of tests consisted
of single edge-notched bend [SE(B)] specimens. These specimens were all 1T plan bend spec-
imens according to ASTM E 813 with W = 2.0 in. (5.08 cm). They had a test thickness of
1.25, 2.5, and 5.0 cm. Samples were tested with and without side grooves; the side grooves,
when present, were of 20% total thickness reduction and cut with a standard Charpy cutter.
Two crack lengths were used, called deep and short in this document, with a/ W ratios of nom-

TABLE 1—Tensile mechanical properties of high-strength steel—material code FYO.

Yield Stress, MPa (ksi)  Ultimate Stress, MPa (ksi) % Elongation, 25 mm % Reduction of Area

747 (109) 877 (128) 16.5 57
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TABLE 2—Chemical composition of high-strength steel (wt%)—material code FYO.

C Mn P S Cu Si Ni Cr Mo Vv Ti

0.164 0.26 0.003 0.009 - 0.19 2.78 1.57 0.42 0.003

inally 0.6 and 0.13, respectively. The second set of tests included predominantly tensilely
loaded specimens. Schematics of these two specimen types are shown in Fig. 1. The single
edge-notched tension specimen [SE(T)] had a cross section of 2.5 in. (6.4 cm) by 1 in. (2.5 cm)
and a length of 12 in. (30.5 cm). This specimen was loaded with a centered pin at a center
distance of 9 in. (22.9 cm). Crack length-to-width ratios of 0.35 to 0.65 were investigated. The
double edge-notched tension specimen [DE(T)] had the same size and shape as the SE(T) spec-
imen, but an additional notch and precrack so that the test section was centered in the load
line. The DE(T) specimens were tested with a/ W ratios between 0.6 and 0.7. Both SE(T) and
DE(T) were tested with side grooves with 20% total thickness reduction.

Specimen Precracking

All specimens tested in this program were precracked in bending using a three-point bend
apparatus. The short cracks were obtained in the SE(B) specimens by starting with W= 7 cm
and precracking until the desired crack length was achieved, then remachining the specimens

TABLE 3—List of specimens.

Specimen 1.D. Type a/W B, mm B, mm W, mm
FYO 1 SE(B) 0.66 50 40 50
FYO?2 SE(B) 0.66 50 50 50
FYO3 SE(B) 0.66 50 40 50
FYO 4 SE(B) 0.63 50 50 50
FYO 5 SE(B) 0.66 50 50 50
FYO 21 SE(B) 0.14 50 40 50
FYO 23 SE(B) 0.13 50 50 50
FYO 25 SE(B) 0.13 25 25 50
FYO 26 SE(B) 0.13 25 20 50
FYO 27 SE(B) 0.14 25 20 50
FYO 150 SE(B) 0.61 25 20 50
FYO 151 SE(B) 0.61 25 20 50
FYO 153 SE(B) 0.61 25 25 50
FYO 154 SE(B) 0.61 25 25 50
FYO 155 SE(B) 0.60 12.5 12,5 50
FYO 157 SE(B) 0.60 12.5 12.5 50
FYO 158 SE(B) 0.60 12.5 10 50
FYO 159 SE(B) 0.62 12.5 10 50
FYO 160 SE(B) 0.11 12.5 10.0 50
FYO 161 SE(B) 0.11 12.5 10.0 50
FYO 162 SE(B) 0.11 12.5 12.5 50
FYO 2SB SE(T) 0.40 25 20 64
FYO 3SB SE(T) 0.47 25 20 64
FYO 4SA SE(T) 0.65 25 20 64
FYO 10SA SE(T) 0.35 25 20 64
FYO 11SB DE(T) 0.68 25 20 32

FYO 125A DE(T) 0.61 25 20 32
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until W = 5 cm for testing. The crack fronts obtained in this fashion for this material were
found to be straight and accurate in all cases. The SE(T) specimens were precracked from ini-
tial machined notches with a/ W = 0.15 without problems and grown by fatigue to a/ W values
of between 0.3 and 0.65 for testing.

The DE(T) specimens were also precracked in bending from initial notches with /W =
0.15. Short notches were used here since a notch was present on both the compression and
tensions sides while these specimens were being precracked. Once a crack was introduced on
one side, the specimen was reversed and a second crack was grown from the other notch. Opti-
cal crack length monitoring was used to obtain approximately equal crack lengths, and then
the specimen compliances were matched to achieve a final crack length agreement between
the two sides of these specimens. Experience was a considerable factor in precracking the
DE(T) specimens. All specimens were side-grooved after precracking.

Test Technique

All tests were conducted using a single specimen, computer interactive, unloading compli-
ance test procedure which allowed monitoring the specimen crack length and the applied J
integral during the course of the test. Equations are presented in later sections for the required
K, n, v factors and for the compliance relationships needed for each of the specimen geome-
tries. In all cases, crack growth corrected J equations were used, similar to what is required by
ASTME 1152. All data were stored on magnetic media for subsequent reanalysis as needed.
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Analysis
J Integral Analysis

The J integral is calculated here by separating it into elastic and plastic components and
calculating the components separately. The elastic J component, J,,, is calculated from

KZ

=— 1
Jel E’ ( )

where K is the elastic stress intensity factor for the specimen, £’ = E/(1 — »), and E and v are
the elastic modulus and Poisson’s ratio, respectively. The plastic ./ component, J,, is calculated
using the standard E 1152 J, equation

i | Ay — At vda: — au-y)
e = Jpi-y + E ': 20 B, 2l ”} [1 - —_—b‘ = )

where

A,; = area under the load versus plastic load line displacement curve to increment i,

By = net specimen thickness at the side groove roots,
7n; = the plastic n factor at crack length a,
b; = the incremental remaining ligament,

W = the specimen width, and

B IR /1.
%—{m ! Wm] 3)

Formulas for the K’s, 4’s, and v’s used for the SE(B), SE(T), and DE(T) specimens are pre-
sented in the next subsections.

SE(B) Analysis

Previous work by Joyce [6] has shown that unloading compliance can be used to evaluate
J-R curves for short crack bend specimens. As the crack becomes very short, the compliance
equation becomes less sensitive to crack length and the specimen limit load also increases,
which increases the length of the allowed elastic unloading, and the total effective crack length
measurement resolution is only slightly degraded. Results obtained by Joyce [6] appeared to
be fully adequate for J,. and J-R curve testing to a/W ratios as small as 0.15. In this work
similar success was found to a/ W ratios as small as 0.1. To test in this a/ W range, a new equa-
tion to estimate crack length from the specimen COD compliance is needed since the equation
available in E 813 and E 1152 does not apply for a/ W ratios below 0.4. Tada [7] supplies an
equation for bend specimen compliance as a function of a/ W that is good for all a/W. This
equation is

, \ 0.66
{0.76 = 228(a/W) + 38T@W) = 204@W) + s | @)

I - 24(a/ W)
P {BWE’}
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where

& = crack mouth opening displacement at the specimen edge,
P = load,

B = specimen thickness,

S = specimen span.

An equation has been proposed by Kapp et al. [8] to give a/ W as a function of 5/P across the
full @/ W range, but it has been found to be too inaccurate (£ 4%) for use for unloading com-
pliance crack length estimates. A reverse fit was obtained by Joyce [6] using a standard fifth
order polynomial by restricting the a/W range to between 0.05 and 0.45 which was accurate
to within 0.06%, which is acceptable for the unloading compliance method. The Joyce rela-
tionship 1is

a/W = [1.01878 — 4.5367u + 9.010117 — 27.3331’ + 74.4u* — 71.489°] (5)

and has been used for the short crack SE(B) specimens presented below. The standard equa-
tion of ASTM E 1152 was used for the deep cracked bend specimens analyzed below.

For the deep cracked SE(B) specimens, the 7 and v factors of ASTM E 1152, namely that 7
= 2.0and v = 1.0 can be used in Eq 2 to evaluate J. For the short crack specimens, however,
these coefficients must be changed to accurately evaluate J. This problem was looked at by
Haigh and Richards [9], Sumpter [/0], and by Joyce [6]. A comparison of various estimates
of 5 is shown in Fig. 2 which includes results of the above authors and results derived by Joyce
[6] from the EPRI Handbook [/1]. The ABAQUS results were obtained by Joyce [6] using a
two-dimensional incremental elastic plastic analysis. In the work that follows, the polynomial
function developed by Sumpter [0] is used for all short-cracked SE(B) specimens with a/W
< 0.282. This polynomial expression is

7 =032+ 12(a/W) — 12(a/ W) + 99.8(a/W)’ (6)

This equation gives n < 2.0 if a/ W < 0.282. Sumpter switches to n = 2.0 when the specimen
exceeds a/ W = 0.282. In this work the short crack specimens were started and completed with
a/W < 0282,

The « factor is calculated from 7 using Eq 3. For the short crack specimens 4 was obtained
by differentiating Eq 7 to give

[—12.22 + 106.7 (a/W) + 362.2(a/W)* — 924.6(a/ W)’
— 1292(a/W)* — 988(a/W)* + 9960(a/W)']
[0.32 + 12(a/W) — 49.5(a/ WY + 99.8(a/ W)’]

Yy =

SE(T) Analysis

For unloading compliance testing of SE(T) specimens, equations are required for K, , and
v as functions of a/ W and for a/ W as a function of the specimen COD compliance. The equa-
tions used for this are presented in the following sections.

SE(T) K Expression

Since the SE(T) specimens tested here had pin loading, the K expressions available in the
Tada Handbook [ 7], developed for fixed end loading, were checked with ABAQUS finite ele-
ment analysis. A total of 14 different SE(T) finite element grids were developed with 0.12 <
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FIG. 2—Predicted plastic n factors for short-cracked three-point bend specimens.

a/W = 0.80. These grids were used to develop both the elastic stress intensity factor K and
also the plastic 5 factor as described below. The stress intensity factor relationship was assumed
to have the form

K= \/———F(a/W) ®)

and F(a/W) was fit with a polynomial to give

Fla/W) = —0.0917 + 22.392(a/W) — 141.96(a/ W
+ 449.72(a/ W) — 645.59(a/ W) + 363.52(a/W)  (9)

This equation fit the ABAQUS results within 2% over the a/W range from 0.12 to 0.80.
A comparison is presented in Fig. 3 with the ABAQUS results and a standard form taken from
the Tada Handbook [7]. Clearly the Tada equation, the polynomial fit, and the ABAQUS
results agree almost exactly in the range of 0.12 < a/W < 0.80. In the experimental work
presented below, the polynomial form for F(a/W) presented in Eq 10 has been used for all
SE(T) specimens.

SE(T) v Factor

Two methods were used here to calculate the plastic n factor for the SE(T) specimen. The
first method uses the ABAQUS finite element analysis described above, except that the loading
was extended into the elastic-plastic regime. The second method used the EPRI Handbook
[11] approach. Additional estimates of » by Shang-Xian Wu et al. [ /2] and Sharobeam et al.
[13] are presented for comparison.
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FIG. 3—Comparison of stress intensity factor relationships for the SE(T) specimen geometry.

The finite element method involved running each of the 14 SE(T) grids with different a/ W
ratios to obtain predicted load, displacement, and J integral information. Plane strain mod-
eling was used with material properties obtained from the stress strain curve of the high-
strength steel described above. Piecewise linear stress strain modeling was used along with
incremental strain theory and the Von Mises yield criterion. The results of each analysis were
used to generate a spreadsheet calculation of the plastic 5 factor as shown for one case in Table
4. The 7 value was taken as the average of the last few load increments. The results of this
process are shown in Fig. 3 for all 14 analyses.

The EPRI Handbook | /1] contains relationships that can be used to develop an analytical
expression for 5 in terms of the tabulated 4 functions given in the handbook. For the SE(T)
specimen geometry the EPRI result is

Jo b’ (n + l):l h,
LA I CCRRLELD N ] 10
M P, W{ ] hy (10)
where
P, = specimen limit load,
g9 = material yield stress,
n = material strain hardening exponent,

h,, ks = EPRI Handbook functions of a/ W, n, and specimen geometry.
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For the plane strain model, the EPRI Handbook takes

[07) 1
o~ _ 11
P, 1.455Bb (1
with
a 2 112 a
= - - = 12
s [1+[bH a (12)
and thus

n=0.687b{n+lJﬁ (13)

,3W n h;

An additional term is added to this model by Shang-Xian Wu et al. { /2] to account for a no-
crack load point displacement component giving a corrected equation as

m = |5 (o
with
(1 -
o = L 1 2650 — oy (19)

These predictions for 5 are shown and compared to the finite element results on Fig. 4. Also
shown on Fig. 4 are results from the EPRI Handbook and a result obtained experimentally by
Sharobeam et al. [/3]. A strain-hardening coefficient of 10 was used for all evaluations where
it was required.

In the experimental work that follows, the dashed bilinear relationship shown in Fig. 4 was
used to evaluate 7, at each crack length a;. This form also allowed calculating v, from Eq 3,
which is also needed to calculate J,, using Eq 2. For the experimental work described below,
the equations used for the SE(T) specimen to evaluate »; and +, are thus

n = S571a/W) 0<a <0417 (16)
7 =238 0417 <a/W=10 (17)
vi=138 0417 <a/W=10 (18)
vi=m— 1 -(b,./W){%J 0 < a/W <0417 (19)

SE(T) Crack Length Estimation

Since the SE(T) specimen is of a rather short length and has the load applied through the
centered pin holes, the compliance equations in standard fracture mechanics handbooks like
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FIG. 4— Predicted plastic n factors for the SE(T) specimen geometry.

the Tada Handbook [7] are not necessarily applicable. The standard forms available assume
uniform stresses at the loading edges, and the SE(T) configuration used here was not initially
thought to be long enough to allow the direct use of equations based on the uniform stress
assumption. The finite element analysis described above was used to determine the suitability
of the standard compliance equation forms to the SE(T) specimen used here. A comparison
of the Tada Handbook compliance equation and the results of the 14 elastic finite element
analyses are shown in Fig. 5. Also shown in Fig. 5 is a polynomial fit to the results of the finite
element analyses which had the form

a/W = 1.012525 — 2.95323u"" + 6.68u"* — 17.1954u" + 25.3571u"* — 12.9747u"

(20)
1

w=—————— @2n

E’'Bs

1 + P
For side-grooved specimens, the thickness B is replaced by B, where

B — B,Y

B,=B— % (22)

where B, is the net specimen thickness at the side groove roots. This substitution is consistent
with ASTME 813 and E 1152.



250 CONSTRAINT EFFECTS IN FRACTURE

1
0.9—
O ABAQUS ANALYSIS HY100
A EPRI HANDBOOK PLANE STRAIN
0.8— V EPRI HANDBOOK PLANE STRESS
X 0 SX-WU MODIFIED EPRI
0.7— © SX-WU LIMIT LOAD ANALYSIS
0.6—
L)
SO
v v
v
0.4— v v
a v
0.3— A 8 é
g & § —¢—o— & o
0.2—
0. 14—
0 ! I ] | ] 1 l I 1
0 0.1 0.2 0.3 0.4 0.5 0.6 0.7 0.8 0.9 1
a/w

FIG. 5—Comparison of ABAQUS and handbook compliance results for the SE(T) specimen geometry.

DE(T) Analysis

For unloading compliance testing of the DE(T) specimens, equations are required for cal-
culation of K, », and v as functions of a/ W and for a/ W as a function of the COD compliance,
4/P. The equations used for this project are presented in the following sections.

DE(T) K Expression

The K equation for the DE(T) specimen with a deeply cracked geometry can be taken
directly from the Tada Handbook. The equation used has the form

P
K= \ra [m] Fa/W) (23)
with
a a |? a |3 a |4
[1.122—0.561 [W} + 0.205 [W} + 0471 [ﬁ/] —0.19 {W} ]
F(a/W) = (24)

V1 —aW

This equation should be accurate to +0.5% for any a/ W, but is limited to @/ W > 0.6 by the
pin hole loading. Three ABAQUS two-dimensional finite element grids were developed, which
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included the specimen dimensions and the pin hole loading and run with ¢/ W = 0.72, 0.84,
and 0.9, and the results were found to agree within * 2% with the prediction of Eq 24. This
agreement is not surprising since the relatively deep notches reduce the effect of the remote
loading differences on the resulting stress intensity factor.

DE(T) n and v Factors

The DE(T) specimen 5 factor was obtained from both elastic-plastic ABAQUS analysis and
from the EPRI Handbook. The 5 factor used here is taken to relate the J integral at each crack
to the toral plastic work applied to the specimen, i.e.

- (25)

where

A,; = plastic area under the specimen load versus plastic load line displacement plot,
b = specimen half remaining ligament,
B = specimen thickness, and
n = plastic y factor.

Analytical work by Shang-Xian Wu et al. [12], based on limit load theory, shows that 5
should be nearly constant for the DE(T) specimen over the a/ W range of interest here. A value
of approximately 0.27, instead of the usual 2.0, is also predicted in Wu et al. {12] with only a
very slight dependence on strain hardening. These predictions are confirmed here by both the
finite element analysis and the EPRI analysis.

The three deeply notched DE(T) finite element grids described above were run using an
ABAQUS ¢lastic-plastic analysis to evaluate the plastic  factors for the g/ W = 0.72,0.84, and
0.9 cases. A typical spreadsheet analysis used to obtain the 5 value is shown in Table 5. The
results are shown in Fig. 6 and compared to the results of Wu et al., and the correspondence
is clearly excellent.

Use of the EPRI Handbook analysis method gives a equation for the plastic n factor for the
DE(T) specimen in the form

n+1 h,} gy
_ ni o 26
! ]: n J Bb [hs Py (26)
For the plane strain case
0 _ (0.72W + 1.82b)B (27)
Py
and
n+ 1] h [ bW ]
_ ml__ oW 28
K [ n ] hy | 0.72 + 1.82b/W (28)

Again the work of Shang-Xian Wu et al. [ /2] adds a small correction term to this to account
for the component of load point displacement of a specimen without a crack, to give
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FIG. 6—Predicted plastic n factors for the DE(T) specimen geomeltry.
. _ n+1H blW H hy } 29
K { n 0.72 + 1.826/W | | hy + h (29)
with
V3
hyp = —=1[0.433(0.72 . 4 3
% b/W[O (0.72 + 1.826/W)] (30)

These results are shown in Fig. 6 and compared to the previous results obtained by finite
elements.

For the experimental work described below, a constant value of # was used for all tests.
DE(T) specimens were restricted to 0.6 < a/W < 0.9, and for all tests n was set equal to 0.27
while v was taken as (n — 1) or —0.73. The negative v did not have a strong effect on these
tests because of the small amount of crack extension investigated using the DE(T) specimen.

DE(T) Crack Length Estimation

The DE(T) specimen is tested with a small remaining ligament, generally in the range 0of 0.6
=< a/W = (0.9. In this range, the Tada Handbook compliance equation would be very accurate
even for the pin-loaded specimen used here. The compliance equation used has the form
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24a Y@/ W)

E =" "B

(31
with

Via/W) = [%J [0.454 sin(u*) — 0.065 sin’(x*) — 0.007 sin’(u*) + cosh™ (sec(#*))]
(32)

where

* = T4 33
wt = (33)

This equation must be inverted to be used for unloading compliance. This inversion can be
performed in a standard fashion to give a polynomial compliance equation of the form

a/W = [0.0955026 — 0.097503v" + 0.245981v"
— 0.115274v”* + 0.0205763v* — 0.0013593v°]  (34)

with

Vo= (35)

Discussion
Accuracy of Crack Extension Estimates

The deeply cracked, side-grooved specimens [SE(B), SE(T), and DE(T)] were accurately
tested using unloading compliance. Table 6 shows a comparison of both the predicted initial
and final crack lengths and the predicted and estimated crack extensions for these specimens.
In the SE(B) case the accuracy is within * 5%, while for the SE(T) and DE(T) specimens the
accuracy is within + 15%. For the shallow-cracked specimens [(SE(B) and SE(T)] nearly the
same accuracy was found for both the initial and final crack lengths and for the resulting crack
extensions.

The application of unloading compliance to the deeply cracked but not side-grooved spec-
imens does not give accurate final crack lengths. This result has been demonstrated by many
authors over the past 15 years. In all cases the unloading compliance method underestimates
the measured nine-point average crack extension on the nonside-grooved specimens resulting
in elevated J-R curves. This effect is more dramatic for the thinner specimens where the degree
of crack tunneling is most pronounced. Figure 7 shows photographically the crack tip tunnel-
ing that occurred in the 1.25, 2.5, and 5.0 cm specimens when they were tested with and with-
out side grooves.

When crack extensions are inaccurate and crack fronts are uneven the resulting J-R curves
are incorrect for two reasons. First the incorrect crack extension estimate causes direct
error on the J-R curve, but also because the two-dimensional J integral calculation obtained
according to Eqs 1 and 2 is incorrect for the highly irregular three-dimensional crack front
geometry.
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»ﬁ'g g |
Short Cracked, Side Grooved Deep Cracked, Side Grooved

Short Cracked, Non Side Grooved Deep Cracked, Non Side Grooved

FIG. 7T—Photographs showing the heat tint zones for short and deep cracked SE(B) specimens.

SE(B) Results

Comparison of y’s for J Calculation— As described above, the short crack SE(B) specimens
require distinctly different » and y factors from the standard values of 2.0 and 1.0 used by the
deep cracked specimens of standard fracture toughness methods like E 813 and E 1152. It was
of interest here to evaluate how large a correction was involved in the use of the short crack 5
and v factors for the short crack SE(B) specimens tested here. Figure 8 shows a comparison of
the standard deep crack J analysis and the Sumpter [ /0] modified analysis for one of the short-
cracked 20% side-grooved specimens. Clearly little effect of the changed » factor analysis is
demonstrated on the resulting J-R curve. This is somewhat surprising initially since the 7 fac-
tor is reduced by about 80%, and the + factor is dramatically changed from 1.0to = —4.5. A
little investigation showed, however, that it is correct. Basically, for the short-cracked speci-
men, the elastic J component is providing the largest part of the J calculation, and this com-
ponent is not affected by the 5 and ~ factors. As the crack grows, the effects of the plastic J
component increase, but the y factor effect is now largely canceled by the crack growth v factor
effect, and little change results on the J-R curve. This same result was previously reported by
Joyce [6] for somewhat longer SE(B) test results of another steel alloy. In all results below, the
Sumpter [ /0] short crack analysis is used for the short crack specimens.

Comparison of Short Crack and Deep Crack SE(B) Results—The data presented in Fig. 9
is taken by the authors as the baseline data for all comparisons made in the following sections.
These data are the deep-cracked, side-grooved results from specimens of thickness from 1.25
to 5.0 cm. As shown in Fig. 9, these data form a tight band of results, and these results will



JOYCE ET AL. ON J-R CURVE BEHAVIOR OF A HIGH-STRENGTH STEEL 257

800,
700 THIS SPECIMEN IS 1T PLAN - 2.5 cm THICK
A FYO 27 a/W = 0.13 SUMPTER ETA ANALYSIS
O FYO 27 a/W = 0.13 DEEP CRACK ETA = 2.0
600— A
20% SIDE GROOVED A o
A o]

500— A O
~ A (@]
<
£ g ©
S 400— 6
= é
- s 8

300— Y

OO
o
(2}
200+ f@
10
| 1 | I 1 I 1 |
0 0.5 1 1.5 2 2.5 3 3.5 4 4.5 5
CRACK EXTENSION mm

FIG. 8—Comparison of an application of the Sumpter 1 analysis and the standard deep crack 3 factor
analysis for a short-cracked three-point bend specimen.
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FIG. 9—Baseline J-R curves for the structural steel alloy obtained from side-grooved, deep-cracked,
single edge-notched, bend specimens.
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generally form the lower bound of short crack SE(B), SE(T), and DE(T) specimen results
that are discussed below. The dashed lines on Fig. 9 will be carried to later figures for com-
parison.

Results for the short crack specimens tested here are shown in Fig. 10 and compared to the
band of baseline data. The bifurcation shown in this data set is not fully understood but is
thought to correspond to a failure of the side grooves in two of these specimens to keep the
crack growing uniformly across the thickness. The two specimens that demonstrate the
increased fracture toughness are two of the thickest specimens, and it appears that the short
crack has acted here to release the side groove effect, allowing uneven crack advance and hence
apparently higher fracture toughnesses in these specimens. Whatever the case, however, no
fracture toughness increase is present in these specimens near crack initiation, and beyond
initiation the fracture toughness increase due to the short cracks is limited at best. Figure 11
shows a comparison of the deep-cracked, nonside-grooved results with the baseline data band.
Here the nonside-grooved data are initially very similar to the side-grooved results, but as the
crack tunneling develops, rather striking deviations from the baseline data set occur. This devi-
ation occurs first for the thin specimens which tunnel most dramatically, though all specimens
are shown to run high compared to the baseline data as crack extension continues. A very
distinct increase in fracture toughness is shown by the short crack, nonside-grooved results of
Fig. 12. As discussed above, some of the apparent fracture toughness elevation is due to inac-
curacy of the unloading compliance crack length estimate, but even at crack initiation the frac-
ture toughness is dramatically increased in these specimens.

800
ALL SPECIMENS ARE SHORT CRACKED AND 20% SIDE GROOVED
700~A FYO 160 1.25cm THICK a/W = 0.11
V FYO 161 1.25cm THICK a/W = 0.11
o0 FYO 26 2.5cm THICK a/W = 0.13 0 0
600—o FYO 27 2.5cm THICK a/W = 0.13 0 e
0 FYO 21 5.0cm THICK a/W = 0.14 a
0 o
~ 0 o v vl;
v 'a
< v A
& Voa -
S R
% v
o~
i)
o —
1 | 1
3.5 4 4.5 5

CRACK EXTENSION mm

FIG. 10—Comparison of the baseline J-R curve data and data from short-cracked, side-grooved speci-
mens of three thicknesses.
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FIG. L1—Comparison of nonside-grooved, deep-cracked bend specimen data to the baseline J-R curve
data.
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FIG. 12—Comparison of nonside-grooved, short-cracked, bend specimen data to the baseline J-R curve
data.
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SE(T) Results

J-R curves from four SE(T) specimens with different crack length ratios are shown in Fig.
13 and compared to the baseline band. These four SE(T) specimens were all 20% side-grooved
and appear to have given reasonably accurate crack length estimates during testing by unload-
ing compliance. The measured crack extensions were somewhat larger than the unloading
compliance estimates as shown in Table 6, but this small error would not greatly modify the
results shown in Fig. 13. Clearly the SE(T) geometry demonstrates an elevated toughness
behavior in comparison with the deep-cracked SE(B) baseline data band at crack initiation
and throughout the ductile crack growth region. This result has been inferred by large-scale
tests of pressurized and thermally shocked cylinders [ /4, 15], but has not previously been dem-
onstrated by simple geometry, laboratory-scale specimens.

A rather surprising result demonstrated by Fig. 13 is that the crack length appears to have
so little effect on the measured J-R curves. It was felt that increasing the a/ W ratio from 0.35
to 0.65 would result in a dramatic drop of the resulting J-R curve toward the baseline SE(B)
results. A small effect is shown by the data, but not the large reduction that was expected as
the loading was changed from predominantly tensile to a mixture of tension and bending. This
isapparently a result of the pin hole loading which allows the specimen halves to rotate so that
the load line is nearly centered over the remaining ligament, providing a predominantly tensile
loading even in the case of the deeply cracked geometry.

DE(T) Results

J-R curves from two DE(T) specimens are shown on Fig. 14 and compared with the baseline
deep crack SE(B) data. These specimens are fully tensile in mode of loading, but have a high
level of constraint, at least if the fully plastic slip line field is considered. The resulting J-R
curves clearly correspond very well to the deep crack SE(B) baseline data. These results are
clearly demonstrating that the mode of loading is not the dominant factor elevating the appar-
ent fracture toughness for the SE(T) specimens of the previous section, but rather some more
complex measure of crack tip “constraint” is truly required.

The maximum net section stress demonstrated by these specimens was approximately 1400
MPa, which is approximately 1.5 times the material’s ultimate strength. This compares with
a factor of about 2.97 predicted by Hill [ /6] from a limit load analysis for fully plastic plane
strain material behavior.

Overall Comparison of Results

Figure 15 shows a comparison of some of the side-grooved SE(B), SE(T), and DE(T) spec-
imen J-R curves developed in this program, Initially the DE(T) specimens compare well with
the SE(B) specimen results, but later they start to become elevated, apparently as the side
grooves start to fail to control the crack front straightness. As discussed above, increasing the
crack lengths of the SE(T) specimens seems ineffective in lowering the resulting J-R curves
toward the SE(B) baseline data; on the other hand, very short-cracked SE(B) specimens do not
become elevated in fracture toughness, i.e., they do not start to act like the SE(T) specimens.

Conclusions
The work described above leads to the following conclusions:

1. Unloading compliance methods can be used to develop J-R curves from nonstandard
specimens of varied constraint. In this study, short crack single edge-notched bend spec-
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FIG. 13—Comparison of SE(T) specimen data of four a/W ratios to the baseline J-R curve data.
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FIG. \5—Comparison of SE(B), SE(T), and DE(T) I-R curves with various crack lengths. All specimens
are 2. 5 cm thick with 20% side grooves.

imens were tested successfully as well as single edge-notched tension specimens and dou-
ble edge-notched tension specimens. Adequate compliance, the stress intensity factor,

and n equations were developed using two-dimensional finite element results or obtained
from the literature.

. When deep and short-cracked SE(B) specimens are side grooved, the apparent fractore

toughness of short-cracked SE(B) (a/ W == 0.12) was only slightly higher than that of stan-
dard deep-cracked specimens.

. The initiation fracture toughness of nonside-grooved SE(B) specimens is not measurably

higher than the initiation fracture toughness of side-grooved specimens for this material
when both sets of specimens are deeply cracked. As the nonside-grooved specimens
develop tunneled crack fronts, the apparent fracture toughness increases, i.e., the J-R
curve becomes elevated in comparison with the side-grooved results.

. Nonside-grooved, short-cracked SE(B) specimens act in a much tougher fashion than

side-grooved deep-cracked specimens, both at crack initiation and throughout the R
curve.

. Single edge cracked, side-grooved, tensilely loaded SE(T) specimens demonstrated dra-

matically increased fracture toughness in comparison with standard deep-crack bend
specimens. This was true at crack initiation and during subsequent crack growth.

Single edge crack, side-grooved, tensile SE(T) specimens were not very sensitive to the
crack length ratic over the range 0.3 < a/ W < 0.65. The deeper cracked specimens were

slightly less tough than the shorter crack specimens, but remained much tougher than
the baseline SE{(B) R curves.
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The side-grooved, single edge-notched tensile SE(T) specimens were consequently much
tougher than the side-grooved short-crack bend specimens.

The side-grooved, double edge-cracked, tensile DE(T) specimens were identical in frac-
ture toughness to the baseline, deeply cracked, side-grooved bend specimens. This
appeared true at both initiation and for some initial crack extension. For larger amounts
of crack growth, i.e., = 1.5 mm the double edge-cracked bar started to demonstrate ele-
vated fracture toughness. This is thought to be due to a failure of the side grooves to con-
trol the crack straightness.

. An important final conclusion is that a variation in constraint can be developed in lab-

oratory scale specimens, and these data should be useful in evaluating newly developed,
analytical, constraint factors.
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ABSTRACT: The effect of specimen thickness, side grooving, large-scale yielding of the liga-
ment, and ductile tearing upon the probability of cleavage fracture initiation is examined within
the framework of a general statistical model for cleavage fracture initiation. First, a derivation of
the statistical model is presented, and then the model is used to explain the effects of different
factors affecting the cleavage fracture probability. As a result, a specimen size requirement for
elastic-plastic cleavage fracture toughness testing with bend-type specimens is obtained. Addi-
tionally, a simple correction function to validate invalid test results with insufficient ligament
size and prior ductile tearing is presented.

KEY WORDS: cleavage fracture initiation, constraint, statistical modelling, fracture toughness
testing, transition region

Fracture toughness testing in the ductile-brittle transition region has been problematic for
a long time. In this temperature region both the K, and J, standards are inapplicable. Only
crack tip opening displacement (CTOD) standards cover the transition region. However, these
do not treat testing in the transition region any differently than in the fully brittle or ductile
regimes.

Earlier, when having to rely on linear-elastic fracture mechanics, testing in the transition
regime was difficult mainly due to plasticity effects. The evolution of the elastic-plastic fracture
mechanics theory made it possible to reduce this problem. Unfortunately, another problem
appeared, that is, it was found that the scatter in the measured fracture toughness grew very
large in the transition region. Often some amount of ductile tearing was found to precede brit-
tle fracture. The amount of the ductile tearing was not constant but showed a similar scatter
as the fracture toughness. The question arose as to why the scatter grew large and what was the
role of ductile tearing in the fracture process.

First, it was attempted to explain the findings based solely on constraint effects. It was pro-
posed that ductile tearing somehow increased the stress levels ahead of the crack, thus causing
the fracture mode to change into cleavage. The scatter would then be due to differences in the
material’s resistance to ductile fracture. Later, an explanation, based on weakest link statistics,
for the behavior of fracture toughness in the transition region was presented. According to this

! Senior advisor, Technical Research Center of Finland (VTT), Metals Laboratory, P.O. Box 26 (Kem-
istintie 3), SF-02151 Espoo, Finland.
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explanation, the effect of ductile tearing would be one of increasing the sampling volume, thus
increasing the fracture probability. In reality, both the statistical effect as well as the constraint
effect are acting simultaneously.

In this paper the effect of constraini on cleavage fracture toughness in the elastic-plastic
regime is examined. The constraint effect is combined with statistical cleavage fracture theory
so that the effect of prior ductile tearing is included. As a result, a specimen size requirement
for elastic-plastic cleavage fracture toughness testing with bend-type specimens is obtained.
Additionally, a simple correction function to validate invalid test results with insufficient lig-
ament size and prior ductile tearing is presented.

Theory

To be able to examine the effect of constraint, first the derivation of the statistical model
must be performed. The model is very general and makes no assumptions regarding what the
cleavage fracture initiators are. The model is derived in the following.

General Statistical Model for Cleavage Fracture Initiation

The basis of the statistical model is as follows [1]. It is assumed that the matenal in front of
the crack contains a distribution of possible cleavage fracture initiation sites, that is, cleavage
initiators. The cumulative probability distribution for a single initiator being critical can be
expressed as P(£ = £,), where { describes the level of severity of the controlling feature of the
initiators and £, is the critical value. P(¢ = £,) is a complex function of the initiator size dis-
tribution, stress, strain, grain size, temperature, stress, strain rate, and so on. The shape and
origin of the initiator distribution is not important in the case of a “sharp” crack. The only
necessary assumption is no global interaction between initiators. This means that interactions
on a local scale are permitted. Thus, a cluster of cleavage initiations may be required for mac-
roscopic initiation. In such a case the cluster forms the critical initiator and can be treated as
a single event. Also, the assumption does not cause any restrictions on whether initiation or
propagation is most critical. All the above factors can be implemented into the initiator dis-
tribution, and they are not significant as long as no attempt is made to determine the shape of
the distribution. Only if an additional, conditional crack arrest criterion is assumed is the treat-
ment affected.

The cumulative failure probability of a volume element, with a uniform stress state, can be
expressed as

Pr=1-[1=-PE=£N"" (N

where N, is the number of initiators in unit volume and V is the volume of the element.
Equation 1 can also be rewritten as

Pr=1 — exp{V - In[l — P( = £)I*) @

In the case of several independent homogeneous volume elements, with size V; having dif-
ferent states of stress, the total cumulative failure probability becomes

Pf =] — exp Z V, . ln[l - P,(E = Eci)]Nu (3)

i=1

where # is the number of volume elements.
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Equation 3 needs one restricting assumption, that is, that the volume elements are homo-
geneous so that the number of initiators in a volume element is defined as: N = N, - V. In
reality the initiators are randomly distributed, which causes N to be not constant but Poisson
distributed [2]. If we mark the mean number of initiators with ©, the probability P, of having
N initiators in a volume element is

py = RN )
The probability of initiation in one volume element becomes
pr= 1—2[1—1’(52&)]”'1’1\/ &)
Performing the summation one obtains
Pr=1—exp{N- [l — Pt = £)]} - exp(—N) Q)
which reduces to
Pr=1—exp{— N- Pt = £)) (7
Thus, the form of Equation 3, when assuming randomly distributed initiators, is
Pr=1~exp Z {(= N, - V.- P(t = £2)) (8)

i=1

where N, is the mean number of initiators per unit volume.

If the probability of an initiator being critical is smaller than 0.1, Eqs 3 and 8 are practically
identical. Because the probability of an initiator being critical is usually much smaller than
0.1, it is arbitrary which form to use. Otherwise, the above expressions contain no
approximations.

For a “sharp” crack in small-scale yielding, the stresses and strains are described by the
Hutchinson-Rice-Rosengren (HRR) field [3,4]. One property of the HRR field is that the
stresses have an angular dependence. Thus, the stress field can be divided into small fan-like
elements with an angle increment A#. In this case the cumulative failure probability becomes

27 Xp
P/=1~epo{Z—]—VU-B-Ax-x-sin(Aﬂ)-P(fzfc)] 9)
=0 Lx=0

where B is the thickness of the element, x is the distance from the crack tip, and x, marks the
extent of the plastic zone in direction #. The volume element, defined by B - Ax - x - sin
[Af], must be clearly larger than the initiator size. The double summation indicates that the
summation is performed over the whole plastic zone.

Due to the properties of the HRR field, it is possible to normalize the distance with the stress
intensity factor

X

U= &yoy

(10)
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When Eq 10 is inserted into Eq 9 the cumulative failure probability becomes

o U,
P=1 —exp[a.sin(Aa)-ﬁ.z(Z N AU-P(EZEC))] (1)

y 8=0 \U=0

The result of the double summation is always negative and independent of K. This enables
us to write

P, =1 — exp[— const. - B - K{] (12)

It is seen that the scatter of fracture toughness is really independent of the cleavage initiator
distribution. The result contains no approximations. The only assumption is that the initiators
are independent on a global scale. In other words, it is assumed that the volume elements are
independent for a constant K;. Only, if it is assumed that a certain fraction of the crack front
must experience critical initiations to cause macroscopic failure, then the result will differ from
Eq 12. In the derivation, the cleavage fracture process zone was assumed to be equal to the
plastic zone. Equation 12 is, however, not sensitive to the definition of the process zone as long
as it is assumed that the process zone size correlates with K;, CTOD, or J. It is interesting to
note that Eq 12 isidentical to the Weibull distribution function with a fixed value for the shape
parameter. The result is not, however, related to Weibull statistics in any way but to assume a
weakest link-type failure mechanism.

Equation 12 would imply that an infinitesimal K; value might lead to a finite failure prob-
ability. This is not true in reality. For very small K, values the demand for Ax to be clearly
larger than the initiator size is violated. Also, for very small K| values the stress gradient
becomes so steep that even if cleavage fracture can initiate it will almost immediately arrest,
thus causing a stable type of fracture. This is an effect often seen with ceramics. Finally, the
prefatiguing process causes a warm prestress effect. All these factors lead to a lower limiting
K. value below which cleavage fracture is impossible. It is not clear which of the factors are
dominant for K ,;,, but for steels in the ductile-to-brittle transition region it seems likely to be
the microscopic crack arrest effect.

The addition of K ,;, into Eq 12 is problematic. At first glance it would seem natural to write
the equation as

P =1 — exp[— const. - B - (K{ — Ktin)] (13)

This form does not, however, describe the true fracture behavior quite correctly. The stress
distributions at different K levels are overlapping, and this will cause the effect of X, to be
more complicated. Actually, it does not seem possible to come up with a simple closed form
exact solution for the effect of K,,;,, but is has been proposed [5] that the effect can well be
approximated by the form

P, =1 — exp[— const. - B - (K, — Kuin)'] (14)

This approximate expression has later also been suggested by Stienstra [6] based on mod-
elling of the microscopic crack arrest effect.

Allowing for K, the equation describing the fracture toughness scatter can thus be written
as

4
K — K,
SN A= ) a
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In Eq 15, B, and K, are normalization constants. The normalization thickness B, can be
made equal to any desired reference thickness. The scale parameter K, corresponds to a 63.2%
fracture probability, for thickness By, and is approximately given by Ky = 1.1 - Kpen.

Determination of K.,

The determination of K, is problematic. Practically the only way to estimate it is based on
statistical analysis of experimental K, data. There exist a number of possible estimation algo-
rithms, for example, maximum likelihood, least squares, moments, and GLUEs (good linear
unbiased estimator). Unfortunately, all the algorithms are to varying degrees biased and have
different accuracies. The two types of algorithms best suited to analyze an expression such as
Eq 15 are maximum likelihood and least squares. Out of these, the estimate based on maxi-
mum likelihood is less scattered but is on the other hand strongly biased to higher values. It is
possible to make a bias correction on the maximum likelihood estimate with the equation

Kein = (N - Ko — ko)/(N— 1) (16)

where K is the estimated value and N is the number of tests. Unfortunately, the bias correction
of the maximum likelihood estimate of K, makes it much more scattered so that it is no
better than least square algorithms.

Linear test square algorithms are the simplest to use, and they are also well-suited for cen-
sored data sets where only part of the data is used in the analysis. In order to use least squares
one must determine the cumulative probabilities that correspond to the rank-ordered fracture
toughness data. There exist several different equations for approximating the median rank
probability, all being of the type

P=(—-CJ)N+1-2-0) (17)

where i is the rank number, N is the total number of tests, and C is a constant in the range 0
= C < 1. The most accurate description of the median rank probability is obtained with C
= 0.3, but unfortunately this value is not ideal for the estimation of K ;,. A better value of a
has been found to be 0.5, which when used with Eq 15 in the linearized form

{—In(l = P)* = (Ko = Ruia)"' - Kic — Roin/(Ko = Kunin) (18)

yields an only slightly biased estimate of K. and practically an unbiased estimate of K,. An
approximate bias correction for K, is of the form

Koo = (Roin — 0.3 - [N — 172 - K)/(1 = 0.3 - [N — 1]7) (19)

It should be pointed out that the least square analysis must be performed in the form

described by Eq 18. If the equation is turned around, the result is unreliable and considerably
biased.

Even the bias corrected estimate of K., is not very accurate. The lower 5% confidence limit
of K., can, for N > 2, be approximated by

Krannhn = Kmm - (KO - Kmin) . 122/ v N-—1 (203.)
and the upper 95% confidence limit, for N > 2, by

Ko = Koin + (Ko — Kin) - 1.05/VN — 1 (20b)
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Equations 20a and b show that even with 50 specimens one can achieve only roughly a 15%
accuracy with respect to K, — K;,. This means that an experimental determination of K, is
possible only when K, is very close to K. This is by no means the case in the ductile-to-brittle
transition region, and therefore an experimental determination of K, in the transition region
is practically impossible. Because of this it is better to assume K.;, to be some constant
value that is likely to be on the conservative side. Based on a large number of analyses,
it has been proposed that a value of K., = 20 MPaV/m might be used for ferritic
steels [5].

Large-Scale Yielding of the Ligament

The above treatment is valid only for small-scale yielding situations where J or K| describe
the stress distribution unconditionally. In cases of large-scale yielding of the ligament, the
treatment becomes more complex [ 7].

Brittle cleavage fracture is a critical stress-controlled local fracture process. The possible
cleavage fracture initiators are randomly distributed, and this causes cleavage fracture to be a
statistical event. A prerequisite for cleavage fracture is local plasticity at the site of fracture
nitiation. Therefore, the process zone for cleavage fracture must be smaller than or equal to
the plastic zone size. Because cleavage fracture is stress controlled and because the HRR field
predicts a stress maximum, the probability of cleavage fracture initiation is largest close to this
stress maximum. Statistical modelling indicates that with a 95% probability, cleavage fracture
will initiate closer to the crack tip than approximately three to five times the distance from the
crack tip to the stress maximum. This can be taken as an effective process zone for cleavage
fracture initiation. Qutside this region, cleavage fracture is still in theory possible within the
plastic zone, but the probability of fracture as compared to the fracture probability closer to
the stress maximum is essentially negligible.

The J-integral or K describes cleavage fracture initiation as long as it describes the stresses
within the process zone with an adequate accuracy. McMeeking and Parks [8] showed with
their FEM calculations that, at increasing J-levels, the stresses start to deviate from the small-
scale yielding calculations. They plotted their results in the form of the normalized distance
x/(J/a,) 10 be able to make the comparison with the small-scale yielding results. With increas-
ing J the stresses deviated from the small-scale yielding results at smaller values of normalized
distance. When the process zone is defined with the normalized distance, it is possible to deter-
mine the ligament size and J-level at which the stresses no longer describe the process zone
correctly. Based on the McMeeking Parks results, Wallin [ 7] has deduced that the size restric-
tion b = « - (J/o;) might be b = 50 - (J/a,). It should be pointed out that the size restriction
for cleavage is not the same as the standard size restriction for ductile fracture (a = 25) because
the fracture process zone for ductile fracture is smaller than for cleavage fracture initiation.
Later, Anderson and Dodds [9] have proposed that & = 200 (based on a similar treatment as
by Wallin of their own FEM calculations). These « values are so far apart that a closer exam-
ination of their meaning is in order.

Wallin { 7] bases his argument on an obtainable upper effective J-level from a cleavage frac-
ture point of view. Above a certain load level the stress distribution saturates and becomes
practically independent of J. This means that beyond a certain critical J-value the effective J
from a cleavage fracture point of view becomes constant. Anderson and Dodds [9] base their
viewpoint on the J-level where the stress distribution starts to deviate from the small-scale
yielding stress distribution. Thus the Anderson and Dodds size restriction 1s much more severe
than the one proposed by Wallin. Thanks to their refined FEM analysis, Anderson and Dodds
were able to determine the relation between the measured J and the effective J (defined by
Anderson and Dodds as J,,,), for several crack lengths and material properties. For an a/W of
0.5 their results can roughly be approximated by
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Jo = I + 14 Jfa - o)} 2]

where ¢, is the yield stress, 4 = 38.1 - In(N/3.14) and B = 1.27 + N/104 for 5 < N < 50.
For comparison, the simplified Wallin relation has been compared with the more refined
Anderson and Dodds relations in Fig. 1. In Fig. 1, Eq 21 has been evaluated in terms of the
flow stress (o) instead of ¢, [9] because Wallin based his relation on ¢ It can be seen from
the figure that especially for the higher strain-hardening material the two relations are actually
quite close. Thus, the big difference in « is more apparent than actual.

The large-scale yielding correction described through Eq 21 is preferable in relation to the
simplified Wallin relation because it is much more accurate in the beginning of large-scale
yielding. An « value of 200 seems, however, too severe a criterion for when to perform the
large-scale yielding correction. Based on Fig. 1, a value closer to « = 100 would seem adequate
to guarantee essentially small-scale yielding behavior. The criterion should not, however, be
used to assess single results but instead the whole data set. If all results fulfill the size criterion
the large-scale yielding correction can be omitted, but if any results exceed the criterion then
the whole data set should be corrected for large-scale yielding.

With the foregoing discussions in mind, the following assumptions regarding the effect of
ligament size on cleavage fracture toughness are proposed:

1. The J-integral (or K) describes the cleavage fracture initiation event as long as b = 100
: (J/Uﬂow)'

2. At higher load levels, the effective load parameter J,,, saturates and is described by Eq 21
for a deep crack.

3. When J,,, saturates, ductile tearing is likely to precede cleavage fracture initiation.

Effect of Ductile Crack Growth

When ductile tearing precedes cleavage fracture initiation, two additional effects have to be
accounted for: first, the statistical sampling effect due to the crack advancement and second,
the possible effect that the crack growth may have on the stress distribution.
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FIG. 1—Comparison of Wallin's |7} simplified LSY relation with Anderson and Dodds (9] FEM
calculations.
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Statistical Ductile Crack Growth Correction (DCG)

The basic assumptions for the DCG correction are presented elsewhere [/0]. The distance
parameter 8 ~ x - of/K? defines the cleavage fracture process zone size. In the derivation it is
assumed that there exists a specific fracture toughness K, corresponding to ductile crack
growth initiation and that the lower limiting fracture toughness K, is zero. The sampling
volume is presented as having a wedge shape with an active angle 6. The value of the angle and
even the exact shape of the sampling volume is arbitrary. It is only used to show that the stress
and strain distributions have an angular dependence. The stress distribution within the wedge
in front of the crack is assumed to be insensitive to the crack growth.

Considering the fact that Eq 12 actually describes a volume, we can rewrite the equation as

P =1—exp {— {%” (22)

The volume increment due to both increase in loading parameter as well as crack growth is,
when written as a function of Aq and neglecting second order terms,

Vv = % {4 - f(Aa) - f/(aa) + 2 - f(Aa) - 6}/B) - 9 Aa (23)

where K| = f(Aa).
Integrating Eq 23 and combining it with Eq 22, the Aa correction becomes

1 f(Aa)"
i—pP K

+ = '”/ ff(Aa) -9 Aa (24)

In

for K; > K.

The ductile crack growth correction presented here is not unique. Another DCG correction
has been presented by Briickner and Munz [11]. They have previously derived an expression
for the ductile crack growth correction based on normal weakest link type Weibull statistics.
When fixing the Weibull slope to be equal to 4, their expression becomes

1 K}

lnl—P,—Fo+ f f(Aa)! - 9 Aa (25)

where W, is a constant, describing the size of the active volume in mm.

Comparing Eq 25 with Eq 24, it is seen that they are rather similar. The difference is that
the expression based on the general model assumes that the effective active volume continues
to grow as a function of (K7)* even after the ductile crack growth begins, whereas Briickner and
Munz assume that the size of the active volume becomes constant when ductile crack growth
starts.

The fitting capability of the two crack growth corrections is practically identical [10], but
here the assumption of the active volume being a function of (K7)* is assumed because it seems
logical to assume the plasticity to grow with increasing loading.

Both Eqs 24 and 25 have a drawback. They require that the crack growth integrals are
solved. This means that the actual R-curve up to cleavage fracture for each specimen must be
known. Because scatter usually exists in the ductile tearing R-curves, the application of Eqs 24
and 25 is either very laborious or demands the use of some mean approximation of the R-
curves. To overcome this difficulty a simplified form of the crack growth correction is required.
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If the ductile crack growth is independent of K| the crack growth correction is much sim-
plified. It can be written as

1/4 i/a

1 K, Z‘AQ‘U%)
1 = — _ 26
(“1—1»,.) Ko<1+ K76 o)

When the crack growth is small = 1 mm or the R-curve is relatively flat or both, Eq 26 can
be used to approximate Eq 24, by insertion of K in place of K. If the relative process zone size
is proportional to the location of the stress maximum, g is more or less proportional to 7. This
enables one to define a parameter Q° = o%/8. Using Q and accounting for specimen thickness
and a lower limiting fracture toughness the approximate correction can be written as

174

1 \* K-k, (B 2 Aa- 2\
1 = min = . £ aa A
( "I Pf> Ko — Koy (3) (‘ NS > @7

Ductile Tearing and Constraint

The effect of ductile tearing on the tensile stress distribution in front of the crack is somewhat
controversial. FEM studies by Sham [ /2] indicate a negligible effect, whereas FEM studies by
Van den Horn et al. [ /3] indicate a clearer effect. According to the Van den Horn results, the
stress distributions are identical outside the stationary crack stress maximum, but the stress
maximum of the growing crack is higher and occurs closer to the crack tip. In both cases it
appears possible to normalize the stress distributions by J or Ki. If the process zone size is
approximately three to five times the distance from the crack tip to the stress maximum of the
stationary crack, the effect of the stress elevation occuring very close to the crack tip may.not
be too severe. The main effect of the stress elevation would be to diminish the cleavage fracture
process zone size, that is, increase the value of Q. In any case, Eq 27 can be used to describe
the effect of ductile tearing on cleavage fracture initiation.

Effect of Specimen Thickness and Side Grooving

Besides causing the statistical effect, specimen thickness also affects the stress triaxiality of
the specimen. As long as the specimen remains in small-scale yielding and the specimen is of
a standard geometry, the effect of the specimen thickness upon the stress state does not seem
important [/4]. Side grooving of the specimen will cause an elevation of the stress state, but
at the same time the specimen net thickness diminishes. These two factors yield effects that
are opposite in nature, and it has been proposed that for moderate amounts of side grooving
(= 20%), the sum effect will be negligible [ /4]. In the large-scale yielding region, the loss of
constraint in a nonside-grooved specimen may become large, thus pronouncing the specimen
thickness effect. It is possible that side grooves on the specimen may inhibit the loss of con-
straint to some degree, but unfortunately there exists at present no quantitative description of
the specimen thickness effect for the large-scale yielding case. To be on the safe side, it seems
advisable to use side-grooved specimens for fracture toughness testing in the ductile-to-brittle
transition region. In such cases Eq 27 should yield sufficient accuracy.

Verification

The experimental verification consisted of 105 K, tests with identical specimens of a single
material. The material used was a 2% Cr 1 Mo steel taken from a 20-year-old hydrogenating
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reactor pressure vessel. The room-temperature 0.2% proof strength and ultimate strength were
R,o> = 300 MPaand R, = 532 MPa. The specimens were 25-mm-thick compact tension (CT)
specimens with 20% side grooves. Details of the test procedure and material are presented else-
where [15]. All specimens were tested at room temperature, and the value of the J-integral at
cleavage fracture initiation as well as the amount of ductile tearing, measured by scanning
electron microscopy (SEM), were recorded. The results are presented as a multispecimen J-R-
curve in Fig. 2 and tabulated in Appendix L. Seven of the specimens failed to initiate cleavage
before the test was terminated. These specimens are included in Fig. 2, but they were omitted
from the statistical analysis so that a censored data set was used.

The analysis was performed by using Eq 27 and by applying K, in place of K, - K, was
calculated from K; by application of an equation like Eq 2 1. Because the a/ W of the specimens
was approximately 0.6, the J was normalized by the ligament (5) and flow stress instead of a
and o,. Because of this it was decided to fit the parameter 4. The parameter B was fixed as 1.32,
corresponding to a strain-hardening exponent of N = 5. A best fit of all the data yields K, =
20 MPa\Vm , K, = 240 MPaVm , 4 = 24.7, and © = 4700 MPa.

The results of the analysis are presented in Fig. 3. In the figure the 5 and 95% confidence
limits of the rank-based probabilities are included [16]. The data are seen to be well described
through the large-scale yielding and crack growth corrections. The standard deviation of the
estimates of rank probabilities is 0.023.

For a strain-hardening exponent of 5, the relation between flow stress and yield stress is
approximately o,~ 1.5 - 5,. When the parameter 4 is corrected to correspond to ¢,, we obtain
A = 16.5. This value is really quite close to the value based on the Anderson and Dodds anal-
ysis (A = 17.7). Thus it appears that for deep cracks with a/W > 0.5, Eq 21 can be applied
directly with the crack length replaced by the ligament size.

Another interesting set of data has been presented by Morland [/7]. He performed fracture
toughness tests at different temperatures with varying specimen thicknesses and amount of
side grooves. Here, his data have been reanalyzed using Eqs 21 and 27. Based on his tension
test results and the expression for N presented by Anderson and Dodds [¢], it would seem

2 174 Cr 1 Mo steel
T

12608 —T T T T
1p08— ©® No Cleavage o : .
860 —
-
E
N
A
-
400 -~
208 -]
8 F 1 1 1 1 )
<] 1 2 3 4 5 6
aa (mn)

FIG. 2—Multispecimen J-R-curve based on ductile crack growth value at cleavage initiation for 105
specimens.
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FIG. 3—Failure probability diagram. K; corrected for ductile crack growth and large-scale yielding.

appropriate to take the work-hardening exponent as N = 10 but this overpredicted the large-
scale yielding effect. The possibility that the overprediction might be the result of assuming a
too low K, value for this material was examined by trying out higher K, values, but the
result remained the same. Instead, a value of N = 5 was used. This value is based on an exper-
imental correlation between yield ratio and strain-hardening exponent [/8]. The reanalyzed
Morland data are presented graphically in Appendix II in the form of failure probability dia-
grams. All the K, values cited in the Appendix refer to an effective specimen thickness of 25
mm. The thickness correction was performed on the nominal thickness and not the net thick-
ness of the specimens. The reason for this was that it was assumed that the side grooving
increases the stress triaxiality so as to compensate for the decrease in crack front length [14].
In addition to the Morland data, Ingham et al. [ /9] have presented three-point bending results
obtained with apparently the same material. Their data included square section specimens
without side grooves with thicknesses in the range 10 to 230 mm. The Ingham data that were
tested at the same temperatures as the Morland data were thus included in the analysis. For
all cases the normalizing fracture toughness K, corresponding to an effective specimen thick-
ness of 25 mm was determined based on a maximum likelihood estimation. At each temper-
ature the mean K, for all cases was determined, and the individual K, values were normalized
with this mean value. The results for the different temperatures are presented in Fig. 4.
Included in Fig,. 4 are also the theoretical 5 and 95% confidence limits for a K, estimate
based on ten specimens. The value of 10 was chosen, as the majority of cases consisted of ten
specimens. It is seen that the scatter in K, estimates is clearly larger than if it was only due to
statistical variation. Furthermore, clear trends can be seen. At higher temperatures (that is,
higher toughness) the small specimens predict a lower toughness than the large specimens.
Actually, if the 25-mm-thick specimens at — 10 and + 10°C and the 10-mm-thick specimens
at —70 and — 50°C are omitted from the analysis, all estimates will lie roughly within the the-
oretical confidence lines. It appears that the large-scale yielding correction becomes overcon-
servative for high loading levels where the large-scale yielding is extensive. This does not
directly impede on the use of Eq 21. It actually verifies that the large-scale yielding correction
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FIG. 4—Effect of specimen geometry on K,.

produces safe estimates of the fracture behavior for quite small specimens. Another point to
be seen from Fig. 4 is that there appears to be no clear effect of side grooving, thus confirming
the methodology of analysis of side-grooved specimens adopted here.

Summary and Conclusions

Based on a statistical treatment of constraint effects on fracture toughness results from lab-
oratory specimens in the ductile-to-brittle transition region, the following can be concluded:

1. The J-integral (or K;) describes the cleavage fracture initiation event as long as » = 100
(S onow)-

2. Large-scale yielding of the ligament, possible ductile tearing, and varying specimen thick-
nesses can successfully be corrected for by the equation

1/4

1a
B 2-Ada- ¢
= . — Ve — . R —— 28
chon‘. Kmm + {Kl Krnm} (B()) (1 + sz ) ( )

where K| has been corrected for large-scale yielding with the approach adopted by Ander-
son and Dodds [9].

3. The large-scale yielding correction has a tendency to become overconservative for high
loading levels where large-scale yielding is extensive.

4. Moderate side grooving of the specimen does not appear to have a significant effect on
fracture toughness as long as B is described with the nominal thickness of the specimen.
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APPENDIX 1
TABLE 1.
Code a, mm Aa mm J¢, kJ/m* Comment
A-4  30.16 0.064 109
A-S 3045 025 290
A-6  30.78 0.28 308
A-7  31.11 0.255 347
A-8 30.53 093 492
A-9  30.87 4.40 945 No Cleavage
A-10  30.90 0.39 300
A-11 3036 0.44 318
A-12 3092 0.625 299
A-13 31.07 0.066 140
A-14 3091 0.027 77
A-15 30.89 1.28 581
A-16 3114 1.2 503
A-17  30.25 1.78 662
A-20  30.64 0.23 171
A-21 30.82 1.70 587
A-22  30.60 0.28 308
A-23  31.00 0.326 290
A-24  30.70 0.08 170
A-25 3085 O 66
A-26  30.17 290 808
A-27  30.77 3.80 886 No Cleavage
A-28 30.87 1.69 581
A-29 3094 495 950 No Cleavage
A-30  30.57 1.95 528
A-31 31.07 0.61 281
A-32 3098 0.185 178
A-33  30.71 0.202 280
A-34 3093 0.40 273
A-35 30.25 0.567 293
A-36  30.44 3.50 886
A-37 30.25 091 492
A-38 30.24 5.50 1030 No Cleavage
A-39 31.04 2.30 703
A-40 30.39 0.082 140
A-41  30.75 0.70 285
A-42 3033 0.0l 88
A-43  30.84 047 350
A-44 3085 0.264 274
A-45 30.84 4.20 858
A-46 30.78 3.00 =800
A-47 31.05 1.77 611
A-48 30.81 3.85 987
A-49 30.27 S5.00 976 No Cleavage
A-50 3092 0.21 265
A-20.1 3095 0.41 331
A-30.1 3090 0.51 346

A-40.1 30.75 5.52 1015 No Cleavage
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TABLE 1.
Code ap mm Aa mm Jg, kJ/m? Comment
A-50.1 30.33 1.85 706
A-51  30.93 0.034 78
A-52 30.11 0.295 249
A-53 3066 3.50 811
A-54  30.60 1.61 474
A-55 30.51 1.44 587
A-56 29.85 195 612
A-57  30.85 049 341
A-58 30.44 1.00 373
A-59  30.51 0.5 134
A-60 30.72 0.22 167
A-61  31.57 0.353 307
A-62  30.79 0.22 175
A-63  30.19 1.29 459
A-64 30.88 0.684 291
A-65 30.88 0.228 188
A-66  30.99 0.642 445
A-67 30.63 O 44
A-68 31.04 2.25 568
A-69 3049 0.50 286
A-70 3099 0.061 130
A-7¢  30.59 0.705 447
A-72  30.28 0.14 179
A-73  30.78 0.036 72
A-74 3099 1.40 479
A-75 30.33 0415 323
A-76  30.69 0.30 224
A-77 3094 0.59 360
A-78 30.05 2.21 583
A-79  31.02 0.068 141
A-80 31.10 4.75 979 No Cleavage
A-81  30.75 0.035 85
A-82  31.17 0.091 176
A-83  30.84 0.045 98
A-84 30.97 0.07 118
A-85 30.86 247 641
A-86 30.77 0.86 371
A-87 3047 1.29 530
A-88 3046 1.35 530
A-89 31.07 024 158
A-90 30.85 2.52 765
A-91 3041 0.526 316
A-92  30.67 0.75 467
A-93 3083 096 407
A-94 3086 0.32 336
A-85  30.73 0.061 78
A-96 3090 0.036 49
A-97 30.62 0455 262
A-98 3096 0.30 229
A-99  31.15 1.35 581
A-100 3045 1.90 626
A-101 3064 O 82
A-60.1 30.56 0.082 107
A-70.1 30.66 2.30 665
A-80.1 31.03 2.70 813
A-90.1 30.55 0.30 245
A-100.1 30.59 0.61 372




278

CONSTRAINT EFFECTS IN FRACTURE

APPENDIX II
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FIG. Al—Fuailure probability diagrams of LSY and DCG corrected Moriand data [17).
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ABSTRACT: Fracture toughness of aluminum-lithium 8090-T§ alloy has been investigated. J-
R and K-R curves tests have been performed on compact tension (CT) samples machined from
a 12-mm-thick plate, both in longitudinal transverse (LT) and transverse longitudinal (TL) direc-
tions. Sample thickness and width varied in order to assess the dependence of constraint on the
geometry. It was found that, owing to delaminations occurring perpendicular to short transverse
direction and local fracture path deviation from Mode I, a relaxation of the degree of thickness
constraint inside the material takes place. Large pop-in phenomena ensue, thus hampering the
J-R curves interpretation. Metallographic structure and fracture surfaces were investigated to
clarify the micromechanisms of fracture and to ascertain the possibility to single out unequivo-
cally the cntical event for Ji. significant determinations. Also, K-R curves have been explained
on the basis of the results of fracture mechanisms and microstructure. The extent to which J;.
and K-R curves are representative and size independent, as well as the inapplicability of ASTM
Test Method for Plane-Strain Fracture Toughness of Metallic Materials (E 399-83), have been
discussed.

KEY WORDS: Al-Li 8090-T8 alloy, delaminations, pop-in, recrystallization, J,., K-R curves,
thickness constraint, fracture surface roughness

Among aluminum-lithium (Al-Li) alloys, Aluminum Alloy (AA) 8090 is particularly attrac-
tive for aeronautical purposes, coupling a 10% reduction in density with an 11% increase in
Young’s modulus. This alloy, classified as having medium strength and low density, will be
deemed indeed successful only if it is applied in the direct replacement of components without
redesign. This is because economical considerations tend to limit its application: costs are from
two to four times higher than those of conventional alloys, and the production of components
as well as scrap recovery need particular processes and plants. Thus, the substitution of con-
ventional alloys by the lighter and more rigid Al-Li alloys is considered possible only if all the
mechanical and other physical properties are equal or better.

For the Alloy 8090, the T8 thermomechanical treatment is the most attractive; it yields quite
high tensile properties so that 8090-T8 can be considered as a substitute for the 2214-T6, 7075-
T7, and 7475-T7 alloys. From the point of view of fracture resistance properties, it has been
shown that 8090 is characterized by LT and TL fracture toughness values (X, of the same
order of the alloys referenced above, namely 30 MPa\/m or slightly higher. However, unlike
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the classical alloys, 8090 possesses particularly low short transverse fracture toughness values
(13 to 15 MPaVm) [1,2].

In spite of these K, values, there are doubts on how to identify on the R-curves the critical
event for significant fracture properties determination, the peculiar thickness effect in this
alloy playing an unusual role. First of all, many researchers have found, during TL and LT
fracture toughness tests, a particular behavior characterized by a great number of delamina-
tions along high-angle grain boundaries parallel to the rolling plane. This gives rise to a local
internal loss of thickness constraint along delaminations, which is reflected in multiple local
plane stress conditions ahead of the crack tip, with at times coupled plane strain zones between
them [/]. Therefore, the crack front is characterized by an alternation of plane stress and plane
strain zones, giving rise to the question of whether the K. value, determined according to the
ASTM Test Method for Plane-Strain Fracture Toughness of Metallic Materials (E 399-83), is
a valid plane strain one [3]. Another and more general question is whether a classical (contin-
uum mechanics) plane strain condition may ever exist at fracture in this kind of alloy.

A certain number of publications deal with the effect of delaminations on long and long
transverse fracture toughness of 2090-T8 and 8090-T8 alloy plates at room and cryogenic tem-
peratures [3-6]. Cryogenic temperature tests have indicated a slight increase of LT fracture
toughness upon decreasing the test temperature below room temperature; S-T fracture tough-
ness, instead, follows the usual path and decreases with the temperature [4,5]. The results indi-
cate that the delaminations relieve through-thickness constraint and stresses in a thick sample,
which is transformed in a laminate-like subsample system, the more marked the lower the
temperature. Furthermore, the critical stress intensity factor is thickness independent at least
down to thicknesses of the order of one tenth or less of those foreseeable on the basis of the
ASTM E 399-83 standard. Considering these results, one can deduce that plane strain condi-
tions are restricted from the full thickness of the plate to the center of each ligament between
delaminations.

The occurrence of pop-ins in Al-Li alloys is rarely mentioned in literature, probably because
they complicate the application of the current standards for J,. determination, which explicitly
exclude, for the sake of validation, events of this kind. Yet, they are clearly visible in the R-
curves and may hide the critical event. Thus, the matter is still open for discussion. As for the
8090-T8 alloy, the pop-in behavior has already been quoted in Ref 6 and more explicitly dis-
cussed by the authors [7].

Another problem, which makes difficult the interpretation of fracture data, is the high
degree of roughness of the fatigue precracked surfaces. This peculiarity has been already
pointed out in many recent works on Al-Li fatigue crack propagation: at intermediate (AK)
values, where the Paris law should be obeyed, a plateau in the da/dN-AK curves is often
observed together with darkened areas on the sample fracture surface (see for instance, Ref 8).
The above-mentioned phenomena have been attributed to roughness-induced crack pinning
and closure, which are able to alter the elastic part of the load-displacement (P-COD) diagram
of a fracture test.

Summarizing, three main problems, namely delaminations, pop-in behavior, and pre-
cracked surface roughness, make difficult a reliable and unequivocal identification of the crit-
ical fracture event both on the J-R and K-R curves. There are additionally two characterizing
aspects of the P-COD records in both TL and LT directions: a pronounced nonlinearity even
at low load levels and the appearance of very small pop-ins well before P,,,, Fig. 1. The dia-
gram nonlinearity was already cited [9] but not explained; yet it contradicts the standard
implicit hypothesis that the nonlinearity caused by plasticity or fracture propagation is con-
fined to high load levels close to the critical event. This assumption is reflected in the require-
ment to determine P, by drawing a 95% offset slope line. In the 8090-T8 alloy case, the stan-
dard requirement shifts the critical event towards very low K values, which is reflected by the
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FIG. 1—A typical example of a P-COD diagram showing nonlinearity and possible locations of the
critical event.

fact that P,,../P, will be mostly greater than 2. As already clarified [3, 7], these values do not
represent the real physical critical event. Moreover, this kind of nonlinearity is not reproduc-
ible and consequently results in a broad scatterband for K, values.

As already reported [ 3], the identification of P, at the first pop-in allows a significant reduc-
tion in the K, values’ scatterband. Nevertheless, the K, values determined at the first pop-in
are still too low, since the real critical event (onset of tearing), as determined by the J analysis
(71, Fig. 1, is located at higher load levels.

In conclusion, in the case of the 8090-T8 alloy, in both TL and LT directions, the ASTM E
399-83 does not yield a meaningful criterion for a valid K, determination. It is necessary to
reexamine more thoroughly the whole problem of the fracture toughness of Al-Li alloys, giving
special consideration to the microstructure of the alloy and its influence on the fracture
micromechanisms.

Experimental Procedures

The material tested was provided by the Pechiney Co. in the form of AA 8090-T851 with a
12-mm thickness, B. The average chemical composition is shown in Table 1:; chemical anal-
yses were checked at four different locations in the plate, namely at the surface, at a distance
of B/6 from it, at B/3, and at the core. The deviation in the chemical composition from the
average was found not significant.

Experimental investigations on the microstructure were effected by metallographic analyses
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TABLE | —Chemical composition of AA 8090 alloy (wt %).

Li Cu Mg Fe Si Zr Al

2.38 1.39 0.74 0.2 0.1 0.12 balance

and X-ray diffraction tests. The former were carried out on the short transverse (ST) and short
longitudinal (SL) planes, which are the fracture planes of specimens tested in the LT and TL
directions, respectively. Optical micrographs were also taken from sections perpendicular to
the fracture surfaces of the fracture toughness samples in order to evaluate the delamination
spacings and, qualitatively, the degree of stress relieving near them. The X-ray analyses were
performed by a Rigaku system, making possible the assessment of the existence of various
kinds of precipitates and the investigation of the degree of recrystallization by texture analysis.

Tension and fracture tests and fractographic analyses were also performed. Both LT and TL
direction CT specimens were machined from the plates. Fracture toughness (K, and J,.) as
well as K-R curves tests were carried out at room temperature, as specified by ASTM E 399-
83; ASTM Test Method for J, a Measure of Fracture Toughness (E 813-88); and ASTM Prac-
tice for R-Curve Determination (E 561-83), using an MTS servohydraulic system under strain
control. The crack growth was determined employing the unloading compliance single spec-
imen technique. Four values of specimen thickness, B = 4, 6, 10, and 12 mm, with two values
of width, W = 50 mm, for specimens with B = 6 mm and B = 10 mm, and W = 26 mm for
the rest, were adopted for J tests, whereas, for K. as well as for K-R curves tests, additional CT
samples with B = 2, 8, and 10 mm and W = 26 mm width were used. Thinner samples (B =
2 and B = 4 mm) were machined from the plate’s outer part. The CT samples fracture surfaces
were observed by an ISI scanning electron microscope.

Experimental Results and Discussion
Microstructure of the 8090-T851 Alloy

The 8090-T8 is a peak-aged Al-Li alloy; the thermomechanical heat treatment consists of
solubilization for 2 h at 535°C, water quenching, 3% stretch, and aging for 16 h at 190°C. The
alloy shows a highly anisotropic, mostly unrecrystallized grain structure at the center of the
plate, with pancake-shaped grains elongated in the rolling direction where the crystals are
coarse, about 1- or 2-mm long, 350 um wide and 20 um thick (Fig. 2a). On the surface, Fig.
2b, an anisotropic recrystallized structure exists; due to the zirconium action, eecrystallization
was possible only during solubilization and was restricted almost entirely to the surface of the
plate, more stretched than the interior during rolling. The intermediate plastic deformation
during the T8 treatment was so limited (3% stretching) that it left the microstructure roughly
unchanged, increasing the dislocation density but not altering the number and the shapes of
the grains,

This fact was confirmed by X-ray analysis; both at the surface and at the center of the plate,
the crystallographic structure is highly textured. The different state of crystallographic orien-
tation between the surface and the core is shown in Table 2, where the diffraction pattern
intensity of some crystallographic planes of the Al lattice is reported. The core, mainly unre-
crystallized, which had undergone a severe amount of deformation before the solubilization,
develops a preferred orientation which gives rise to the strongest diffraction intensity along the
(220) plane instead of the (111) one, the aluminum maximum density plane. On the surface,
the recrystallization of the stretched metal during solubilization produces a preferred orien-
tation different from that existing in the core [ 10]. The recrystallization texture, which has not
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FIG.2—(a) Comparison between unrecrystallized core and (b) recrystallized surface part (etchant: Kell-
er’s reagent).

been modified by the weak stretching during the T8 treatment, gives the strongest diffraction
intensity along the (200) plane.

It is well known from the literature [ /7] that on aging 8090 to a peak strength T8 condition,
one sees the formation of the following precipitates:

L. -(Al;Li) metastable, coherent, ordered, spherical-shaped, strengthening; it nucleates
homogeneously in the Al matrix or heterogeneously on existing 8’ particles.

2. §'-(Al,CuMg) metastable, semicoherent, lathlike-shaped, strengthening; it nucleates het-
erogeneously along the matrix dislocations produced during the T8 stretching, low-angle
grain boundaries, or other structural inhomogeneities.

TABLE 2—Aluminum crystallographic planes diffraction
patterns in the tested Al-Li alloy: comparison between intensity
at the surface and at the core. Annealed aluminum values are
reported for reference.

Plane (111) (200) (220) (311)
(I/Imax)surface 0 100 13 9
(I/Tenax)core 3 6 100 2

(I/Imax)Al 100 47 22 24
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3. T,-(AL,CuLi) equilibrium, lathlike-shaped particle, strengthening; it nucleates heteroge-
neously on dislocations, low-angle grain boundaries and other structural
inhomogeneities.

4. B'-(AliZr) coherent particle, dispersoid, suppressing recrystallization.

5. T,-(Al,CuLis;) equilibrium particle, displaying five-fold icosahedral symmetry; it nucle-
ates mainly on high-angle grain boundaries, with reduction of ductility and fracture
toughness.

6. 6-(AlLi) equilibrium particle, precipitates heterogeneously at grain boundaries after high
temperatures or long aging times.

In the present case, the X-ray diffraction analysis excluded the presence of 4, confirming that
the alloy was not overaged. Also, the presence of T, is excluded, according to the fact that its
presence is possible only in the very thick sections [ /2] where the cooling rates during quench-
ing may be lowin the core, which is not the present case because the plate is only 12-mm thick.
Instead, T, particles were detected, but only in traces, and the same situation holds also for 8’
particles: in fact, these precipitates do not represent the major volumetric fraction. The major
precipitate constituent, apart from &', which is always present, resulted as being .S”.

The precipitation occurs quite uniformly throughout the Al matrix. However, aging pro-
duces a preferential precipitation, mainly of &, at the grain boundaries, with consequent for-
mation of PFZs (precipitate-free zones).

Tensile Properties

The tensile properties of the 8090-T851 alloy are reported in Table 3. The values show
clearly that this is a medium-high-strength alloy, even better than 2214-T651 and 7075-T73,
whose tensile properties are 50 MPalower. Even more, the strength level of 8090-T851 is com-
parable to that of 7475-T7351 plate.

J-R Curves

J-R curves, for both the TL and LT directions (Figs. 3 to 6), show local broad scatterbands,
mainly at low J levels. In these conditions, it is quite impossible to recognize a straight line,
corresponding to the blunting stage. However, a stretched zone was identified by fractography
(Fig. 7), proving that a blunting phenomenon does indeed exist, but it is masked by another
phenomenon already cited in the introduction: the roughness of the fracture surface, produced
by fatigue propagation, which results in an alternate crack closure and opening during the ini-
tial unloading-reloading sequence. Compliance data thus do not reflect actual crack lengths.
This behavior is further complicated by partial delaminations and subsequent formation of
alternate plane strain and plane stress zones. This causes a marked increase of COD at constant
load and hence compliance, its amount being dependent on the total fraction of resisting plane
stress ligaments [7]. When the actual crack front evens out after a certain degree of crack

TABLE 3—Tensile properties of AA 8090-T851.

Crack Plane ays, ars, €5
Orientation Code MPa MPa %
LT 474 547 6.2

TL 482 543 1.5
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FIG. 3—IJ-Aa curve for a 10-mm-thick TL sample, showing the location of the critical event.
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growth and prevailing plane strain conditions are resumed, the compliance reduces somehow,
resulting in an apparent crack healing in the J-Aa diagrams. When further delaminations
appear at higher loads, the phenomenon is repeated up to the time that they are well enough
established to constantly control the fracture process. Both these phenomena {crack roughness
and delaminations) are also present after the critical crack growth event, but now, due to the
higher load levels, the surface roughness plays a minor role, and so the scatterband is narrower.
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FIG. 4—J-Aa curve for a 6-mm-thick LT sample, showing the location of the critical event.
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Even in the presence of these difficulties, and even if the load-COD diagrams show numer-
ous pop-ins, sometimes quite large (see for instance, the figures in Ref 7), which exclude the
applicability of the existing standards on the fracture toughness J;. determination, a critical
event is always recognizable on the J-R curves as the onset of tearing (see arrows in Figs. 3 and

CONSTRAINT EFFECTS IN FRACTURE
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FIG. 5—Complete }-Aa curve for a 6-mm-thick LT sample.

4). The above conflicting statements are further discussed below.
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FIG. 6—Complete J-Aa curve for a 10-mm-thick TL sample.
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FIG. 7—A delamination originating in the fatigue precracking zone (bottom) passing through the
stretched zone.

The inapplicability of existing standards for J,. determination is stated in different terms in
each of them; ASTM E 813-87 specifies that the critical event to be singled out is the “initiation
of slow stable crack growth,” while the new ESIS Recommendations for Determining the Frac-
ture Resistance of Ductile Materials (P 1-90) specifically excludes matenals which exhibit a
pop-in behavior.

On the other hand, taking into account the already given explanation of the pop-in behavior
[7], which linked large pop-ins with the sudden failure of the resisting plane stress ligaments
formed after the delamination occurring, a consistent response of the alloy to increasing stress
concentrations at the crack tip yielding a regular tearing curve is reached only when delami-
nations are stably formed and are propagated well beyond the process zone. Having recognized
that the first portion of what is usually termed “blunting line” ends at too low J-values [7],
which are without engineering significance, it was decided to locate the critical event at the
onset of the tearing portion of the J-R curve, which corresponds to a significant slope variation
(Figs. 3 and 4). Thus, it is possible to determine the critical value of the J-integral, which was
found well reproducible and with no more than +9.4% dispersion for TL and + 5.3% disper-
sion for LT direction around the average value, Table 4.

The fracture toughness J;. was found to be thickness and width independent at least in the
tested ranges. Values of 16.9 kN/m for the LT direction and of 13.8 kN/m for the TL direction
were determined.

K-R Curves

K-R curves were also determined for each thickness, width, and direction (for example, see
Figs. 8 to 10). Due to the already cited roughness and delamination phenomena, these curves
show a certain degree of scatter, too, although to a lesser extent than in the case of J-R curves.
A typical feature of the K-R curves (Fig. 8) is that its first portion does not follow the classical
trend, often showing unpredictable changes in concavity. Moreover, the presence of pop-ins
in the load-COD diagrams, as already signaled, often accompanied by sudden crack propa-
gations, gives rise to singularities in K-R curves and to a peculiar points distribution in groups.

Upon examining Fig. 8, it can be seen that the classical shape of the K-R curve in the blunt-
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TABLE 4—Results of J,. tests.

Specimen Specimen Specimen
Index Width, Thickness, Orientation Jio Ky,
Code mm mm Code kN/m MPaVm
R 27 26.03 3.96 LT 17.0 38.6
R 77 26.07 4.07 LT 17.6 39.3
R 47 50.20 5.96 LT 16.0 374
R 51 50.04 592 LT 17.0 38.6
R 62 49.88 5.98 LT 17.0 38.6
R 71 50.57 10.00 LT 16.2 37.7
R 44 50.00 10.00 LT 17.0 386
R 17 26.04 11.87 LT 17.0 38.6
R 21 26.09 11.85 LT 175 39.2
R 76 26.17 3.97 TL 13.1 333
R 55 50.22 5.98 TL 12.5 32.5
R 79 50.90 5.99 TL 14.5 35.0
R 50 49.96 10.02 TL 14.0 344
R 52 50.17 10.0t TL 15.0 35.6
R 54 50.15 9.99 TL 14,0 344
R 12 26.08 11.62 TL 13.5 338

ing stage is not respected. There are two main factors that affect and modify the shape of the
first part of the K-R curves for the 8090-T8 alloy. The first factor, whose influence is more
pronounced in the lower part, is the surface roughness produced during the fatigue precrack-
ing. It is located in the unrecrystallized zones in the core of the original plate. After fatiguing,
the samples were unloaded and then reloaded during the fracture test. In the first loading
stages, the crack behaves as a shorter one because of the roughness-induced crack closure. As
the applied K approaches the value of K,,, applied in the final fatigue cycles, the crack begins
to open, with the apparent crack length being still smaller than the real one. Owing to the
surface morphology, the crack opening is not continuous, with discrete jumps determined by
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FIG. 8—K 4 — Aagycurve for an 8-mm-thick LT sample. The dashed line represents an approximation
of the real blunting stage.
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sudden unlocking of large surface portions, thus generating a pop-in behavior at low load lev-
els. In these conditions, there is no real correspondence between initial sample compliance and
the true crack length obtained by fatiguing. Calculations performed without taking into con-
sideration this fact yield an initial compliance which indicates an apparent crack length lower

than the real one, thus

Keff (MPavm)

overestimating the effective crack propagation. Referring to Fig. 8, this
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FIG. 10—K s — Aa,gcurve for a 10-mm-thick TL sample, The dashed line represents an approximation

of the real blunting stage.
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phenomenon is represented by the first, low-slope part of the K-R curve, which is consequently
only a virtual one.

In the thinner samples, mainly consisting of recrystallized material, taken from the outer
part of the plate, there is little surface roughness, crack closure is not manifested, and the
apparent K-R curve coincides with the real one (Fig. 9).

The second factor affecting the blunting shape of the K-R curves is the delaminations, which
begin to occur even during fatigue precracking (Fig. 7). Such a phenomenon, producing local
plane-stress states inside the sample, relaxes thickness constraint and gives rise to a local
increase in plastic zone size and consequent increase in the effective crack length. Thus, the
apparent changes in concavity and the sometimes low slopes of the K-R curves before the crit-
ical event may be justified.

A further phenomenon may cause another difficulty in the interpretation of the K-R curves
(Fig. 10). Often, at the end of the first reblunting stage, K. values follow a straight line. This
is related to the fatigue surface morphology, which, in these cases, shows an extremely pro-
nounced elevation in the unrecrystallized material. Thus, the fatigue front does not lie on an
average flat surface, giving rise to a local mixed fracture Mode I, I1, III on the crack tip during
blunting. In these cases, the critical event occurs by pop-in, resulting in a discontinuity of the
K-R curve (Fig. 10). After the critical event, the crack plane flattens and the fracture surface
becomes similar to that observed on the other samples. Sometimes, when crack branching
occurs, the situation is even more complicated. This phenomenon has already been reported
and investigated [/ 3]. Crack branching is always located in the unrecrystallized central part of
the sample, in the fatigue surface (Fig. 11), immediately before or in the stretched zone. Sec-
ondary cracks appear to be shallow and finely dispersed. Severe bifurcation of the crack is usu-
ally seen in underaged Al-Li alloys, where the ordered §’ particle, inducing slip planarity, devi-
ates the propagation along intense shear bands in the plastic zone during the onset of
quasistatic fracture [ /3]. Alloy 8090-T8 is peak-aged, and so the branching that occurs at high
K levels a little before fracture initiation is not related to & particle deviation effect but rather
to the strong crystallographic texture. These secondary cracks influence the blunting stage
because they give rise to energy absorption and diminish the stress concentration at the main
crack tip.

All these particular fracture surface features suggest that the stress-strain state and the degree
of constraint at the crack tip is not strictly reproducible from one sample to another. The loss

FIG. 11—Branching of the crack on the fatigue surface in the plate core unrecrystallized zone. On the
right, fatigue striations are visible.
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. &

FIG. 12—Transition from the fatigue surface (top) 1o the fracture surface (bottom). Arrows indicate the
end of the Jatigue propagation. In the lower part, two delaminations are clearly visible as well as the begin-
ning of the shear lips.

of thickness constraint is reproducible in the material near the surface of the plate (Fig. 12),
where delaminations occur with a regular interspace and with development of shear lips. Since
the crack is located in recrystallized material, the degree of constraint varies independently of
the sample thickness, depending only on the delamination interspace. When the crack is
located in the unrecrystallized material, the delaminations are less pronounced and the spac-
ings are not regular (Fig. 13).

Taking into consideration the criteria that the standards prescribe about the determination
and the validation of K, as K|, and the difficulties during their application and in the identi-
fication of the critical event, it is likely that a unigue K. value (ASTM E 399) does not exist
for Alloy 8090-T8. On the other hand, as already proved [7], in the case of J tests the results
were well reproducible and independent of thickness, leading to K. values equal to 34.2
MPa\/m for TL direction and 38.5 MPa\/m for LT direction.

4]0 Tm S ¥ J

FIG. 13—Stretched zone in the plate core unrecrystallized part. Delaminations are fairly evident; a
change in surface orientation occurs, advancing from the fatigue to the fracture zone.
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On the basis of the previous considerations, the explanation of this independence remains
difficult. Perhaps there exists a kind of compensation between the variable degree of thickness
constraint in different samples and the nonplanarity of the crack surface in the unrecrystallized
material at the onset of the quasistatic fracture. The mainly unrecrystallized material at the
plate core, undergoing mixed mode fracture, is characterized by a lesser degree of Mode I
thickness constraint and is therefore less stressed in the thickness direction: o, will conse-
quently be lower and the same will occur for the tendency to the delamination. This assump-
tion is reinforced by the results of the metallographic analysis. In fact (Fig. 14), it was seen that
the tendency to delaminate depends only on the o. levels and not on the material state (recrys-
tallized or not) because the intergranular decohesion occurs always at the prior high-angle
grain boundaries.

Furthermore, owing to all the previous explained problems, it is possible to show that the
K-R curve, apart from the blunting stage, possesses a good thickness independence. This is
possible if the initial apparent compliance phenomenon, which is crack-closure dependent
and variable from a sample to another, is taken into proper consideration. Since a low slope
in the first part of the K-R curve (Fig. 8) is to be considered virtual, without physical represen-
tativity, it can be ignored by extrapolating to zero the high slope blunting part of the curve.
The extrapolation criteria are surely affected by some degree of arbitrariness, but in this way
it is possible to translate roughly the curve to more physically based Aa values and to elimi-
nate the overestimate in K; caused by the overestimate in Aa.s The results of the normaliza-
tion process of the K-R curves are reported in Figs. 15 and 16 for TL and LT directions, respec-
tively. Only the curves corresponding to thickness values B of 2, 6, and 10 mm are reported
for clarity reasons. As can be seen, there exists a good overlapping of the representative curves
of different thickness values. Except for the mixed mode fracture case, shown in Fig. 15, cor-
responding to thickness B = 10 mm, where the blunting part of the curve is roughly linear
instead of curved, the overlapping is good also in the blunting stage.

Another interesting reproducible feature of these curves is their tendency to reach a plateau,
whose level is roughly located at 40 MPa\/m for TL and 50 MPa\/m for LT directions. These
plateau levels can be interpreted as corresponding to a saturation value and coincide with the
P .. and the zone immediately after on the load-COD diagram. The plastic zone size remains

s ARG
R e T

20.um 20 m

FIG. 14—Delamination along high-angle grain boundaries, on the left for the recrystallized surface, on
the right for the unrecrystallized core. In both cases, the delamination is located at the prior high-angle
grain boundaries.
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constant (does not grow further); the crack propagates physically. At this stage, the physical
crack increase does not alter noticeably the total crack length as compared to the sample geom-
etry, and the propagation is compensated by slight load decrease beyond P,,,,. The examina-
tion of the TL and LT fracture surfaces after the onset of propagation reveals that slant fracture
zones ratio to sample thickness agrees quite well irrespective of the thickness, ranging around
60%. This observation agrees with the hypothesis that plastic zone size remains approximately
constant. Correspondingly, the slope of the J-Aa curve is nearly constant [ /4] as shown in Figs.
5 and 6. A further confirmation results from the particular point distribution in the plateau: it
yields grouped points, spaced by pop-ins. In each points group the crack does not grow, so
giving rise to a new little-pronounced high K level blunting.

Finally, on the basis of the previous considerations, from an engineering point of view, it
can be considered that K. values are material characteristics and thickness independent. The
difference between LT and TL values can be explained by the deeper extent of delaminations
in the former case (Fig. 17). Remembering that the crystal dimensions perpendicular to the
fracture plane are larger in the LT direction as compared to the TL one, a more pronounced
intergranular short transverse fracture means a more complete o. relaxation, leading to larger
plastic zones.

Conclusions

The fracture toughness resistance of AA 8090-T8 rolled plate has been assessed. Ji., K., and
K-R curves for LT and TL directions were determined. Problems related to fatigue surface
roughness, to the loss of thickness constraint due to delaminations, and to a peculiar pop-in
behavior made difficult the application of the current fracture toughness standards. Neverthe-
less, the following was proved.

1. J\ values are well reproducible and size independent.

UL

Tmm
Bt G b

FIG. | 7—>Micrographs of sections perpendicular to the fracture plane: comparison between the depth of
delaminations.
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. K, values are representative of the linear elastic fracture toughness, which cannot be

determined in a straightforward manner via the ASTM E 399 standard.

. Delaminations and mixed mode fracture during blunting enhance the fracture resistance

relaxing thickness constraint.

. K-R curves are thickness independent and overlap well within the entire range of crack

propagation, if misleading information from the initial apparent compliance is
discounted.

. Owing to the described loss of thickness constraint, an intrinsic geometry independence

is always reached.
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ABSTRACT: Fracture toughness data obtained previously from three-point-bend 10-mm, 20-
mm, and 50-mm-thick side-grooved specimens and from 10-mm-thick piain-sided specimens
are reanalyzed with respect to constraint. The test temperatures were low enough for the grade
of steel used to ensure brittle fracture without any initiation of ductile tearing; nevertheless,
extensive crack-tip blunting was observed at the highest temperatures, resulting in a highly non-
linear load-deformation behavior. Fracture toughness was evaluated from the J-integral value at
the onset of brittle fracture, J,. An equivalent stress intensity factor K; was then obtained from
the relation K;2 = E’J,. The elastic stress intensity factor, K, is shown to be equal to K; for spec-
imen thicknesses down to half the size requirements of ASTM E 399. The macroscopic con-
straint, defined from the load-carrying capacity of the specimens, is independent of thickness for
side-grooved specimens over the range of thicknesses studied in this work; however, it decreases
slightly for plain-sided specimens. The results indicate that even when the validity limits for
plane-strain fracture toughness evaluation as specified in ASTM E 399 are largely exceeded, it is
still possible to measure plane-strain toughness of brittle materials using the J-integral. The
results suggest that the validity limits of ASTM E 813 for measurement of cleavage fracture
toughness should be increased by a factor of about two.

KEY WORDS: brittle fracture, constraint, side grooves, thickness effects, ferritic steel, fracture
toughness

Atlow (“lower shelf””) temperatures, cleavage of ferritic steels is initiated on a plane normal
to the principal tensile stress from micro-cracks, often inclusions or particles, when the local
stress exceeds the Griffith stress [ /]. The fracture toughness is low enough to be charactenzed
by the cnitical value of the plane-strain stress intensity factor, K, for practical thicknesses. At
high (“‘upper shelf’) temperatures, plastic flow occurs at stresses well below the fracture stress,
which promotes the formation and growth of cavities leading eventually to ductile tearing. The
fracture toughness may be characterized by the critical value of the J-integral for initiation of
tearing, J\.. There is, therefore, a well-known transition range, where the toughness increases
rapidly with the temperature. For modern clean steels containing few inclusions, cavities are
widely spaced and micro-void coalescence occurs only after extensive deformation. For these
steels, in the lower part of the transition range, cleavage may be preceded by extensive plastic
flow without any ductile tearing. Because there is cleavage, but also extensive plasticity without
tearing, the choice of the appropriate fracture toughness parameter is ambiguous.

Cleavage, which is normally observed only at low values of fracture toughness, is associated
with plane-strain fracture. Plane-strain conditions are obtained with a thick specimen. It is
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more difficult to observe cleavage in a thin specimen where plane-stress conditions prevail
because the value of the principal tensile stress to cause plastic flow is smaller than for the
plane-strain state [2]; the constraint is low, and large shear lips are observed on the fracture
surface. Because the formation of the shear lips by plastic flow absorbs much more energy than
cleavage, this results in the well-known effect of thickness on fracture toughness: the toughness
decreases as the thickness increases. However, there is another valid explanation for the effect
of thickness on brittle fracture toughness, based on “weakest-link” statistics. The probability
of initiating cleavage increases with the thickness because of the increased probability of hav-
ing a “weak spot.”

ASTM standards impose very strict size limitations for the specimens used to measure frac-
ture toughness. The ASTM Standard Test Method for Plane-Strain Fracture Toughness of
Metallic Materials (E 399-90) requires the net thickness, B,, (and the ligament) to be such that:

B]v = 2.5(K[c/ﬂy)2 (l)

which for a steel with a yield strength ¢, = 450 MPa and a toughness of 200 MPa\/m demands
a thickness larger than 500 mm. On the other hand, the ASTM Standard Test Method for J;.,
a Measure of Fracture Toughness (E 813-89) requires only that

By = 25J,/a, (2)
which for the same steel and using the plane-strain relation
J=K¥1 = »W)/E 3)

with the elastic modulus £ = 207 GPa, and Poisson’s ratio » = 0.3 would demand the thick-
ness be larger than 10 mm only, a reasonable specimen size. Therefore, it has become popular
to evaluate fracture toughness from standard E 813 and use Eq 3 to obtain an equivalent stress
intensity factor, usually called K,. Although ASTM E 813 defines an effective yield strength to
be used in Eq 2, which is the average between yield and ultimate tensile strength, only the yield
strength has been used in both Eqs 1 and 2 in this study; for the steel used, the difference is of
the order of 15%.

In addition to considerations of constraint, size limitations arise also from the conditions
required for the fracture mechanics parameters to describe adequately the stress and strain
fields ahead of a sharp crack. In linear elastic fracture mechanics, it is required that the plastic
zone size, which is proportional to (K/s,)’, would be only a small fraction of the specimen
dimensions: the empirical requirements of ASTM E 399, Eq 1, correspond to a thickness
about 50 times larger than the plane-strain plastic zone size. The question then arises: “Is the
size limitation a result of loss of constraint which affects fracture micro-mechanism, or simply
of loss of linear-elastic behavior?”

Based on former results, this paper will try to shed some light on the effect of size on con-
straint and linear elastic behavior for “brittle” steels failing by cleavage.

Experimental Details

All the specimens were cut from one 75-mm-thick steel plate that was partially controlled-
rolled and normalized [3]. The chemical composition is given in Table 1, and the yield
strength values indicated in Table 2 correspond to the strain-rate at the elastic-plastic bound-
ary at the crack tip of a bend specimen at general yield [4].
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TABLE {—Composition of the steel used.

Element Weight % Element Weight %
Carbon 0.12 Chromium 0.17
Silicon 0.28 Copper 0.25
Manganese 1.39 Molybdenum 0.001
Phosphorus 0.017 Nickel 0.15
Sulfur 0.011 Niobium 0.041
Aluminum 0.027 Vanadium 0.053

Fracture toughness tests were carried out on standard, B X 2B, three-point-bend (TPB)
specimens of different thicknesses, B. The specimens were fatigue precracked to a depth, a, of
about 60% of their width, W, and most had V-grooves machined on each side to 10% of B.
Typical fracture surfaces are shown in Fig. 1. The tests were run at low strain rates (crosshead
speed/thickness << 0.005/s) and over a large temperature range.

FIG. 1—Scanning electron micrographs of fracture surfaces showing fatigue precrack, stretch zone, and
cleavage area: (a) 50-mm-thick specimen, Ky = 91 MPa\/m at —100°C: (b) 20 mm, 192 MPa\/m at
—100°C; (¢) 10 mm, 317 MPaN/m at —100°C: (d) 50 mm, 296 MPa/m ar —60°C [4].
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Experimental Results

All experimental fracture toughness values have been reported already in relation to the
yield strength [3-5]. A set of data obtained with plain-sided (PS) specimens [6] is also
included. All specimens failed by cleavage after more or less pronounced blunting (Fig. 1),
depending on the testing conditions. Ductile dimples could be observed only at a few locations
along the stretch zone for the toughest specimens (Figs. 1¢ and 1d).

Fracture toughness was evaluated at the onset of cleavage. In addition to the previously
reported values of K, obtained from the value of J, values of X, calculated from the load at
cleavage and initial crack length according to ASTM E 399, are also included as K, in Table
2. Values of K, do not satisfy the requirements of ASTM E 399, but they are related to the
elastic part of the J-integral through Eq 3. Table 2 indicates also the lower yield strength asso-
ciated with the testing conditions and the initial crack length. It can be easily verified that,
except for the few specimens tested at the lowest temperatures, the validity requirements for
size of ASTM E 399, Eq 1, are not met.

Most of the data have been used to obtain the parameters of a statistical model [/] giving
the fracture toughness at a probability of failure, ®, as [4]

In K = 40.35 + 0.248 In(50/B) — 5.74 In ¢, + 0.248 In In[1/(1-®)] @)

where K is expressed in MPa\/m, B in mm, and the lower yield stress, o,, in MPa. Equation
4 describes the temperature and strain rate dependence of the fracture toughness through the
temperature and strain rate dependence of the lower yield stress. The effect of specimen thick-
ness on the measured fracture toughness is also predicted by the statistical model, as seen in
Fig. 2 [4].

The macroscopic constraint factor, L, is usually defined from the load, P, carried by a bend
specimen as [2]

P = Lo W — a)*By/(4W) (5)

where By is the net section thickness. The normalized load, PW/(W — a)*By, has been plotted
as a function of the load-line-displacement (normalized by the width) in Fig. 3 for a few results.
The normalized load is proportional to the constraint factor; however, to differentiate the
curves at the two temperatures, the load values are not normalized by the yield strength. From
each test result, a value of L was obtained at a value of the plastic crack-mouth-opening dis-
placement of 0.002 I¥. The average values of L measured for the different geometries are given
in Table 3. The constraint factor is independent of temperature. It is also independent of thick-
ness for side-grooved specimens, but it is significantly lower for plane-sided specimens at 10-
mm thickness.

Figure 3 shows that the specimens tested in this work fracture after general yield, although
the micro-mechanism is cleavage. Figure 3 illustrates also that thick specimens fracture at a
smaller deformation than thin ones.

Discussion
Size Effects

Constraint at the microscopic scale is usually characterized by the stress triaxiality, that is,
the ratio of the hydrostatic stress to the equivalent stress, o,,/0.,. Change of triaxiality with
specimen geometry is of concern for the measurement of ductile fracture toughness: J. is influ-
enced by constraint since the crack tip field loses J-dominance at smaller deformation with
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FIG. 2—Comparison of experimental results with the predictions of the statistical model for 10 and 50-
mm-thick SG specimens. The curves have been calculated at 5, 50, and 95% probability of failure [4), and
the short lines correspond to the limits given by Eq 2 (limit of validity by ASTM E 813) for By = 8 and 40
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FIG. 3—Normalized load, PW /(W — a)’By, as a function of load-line-displacement normalized by the
specimen width for SG specimens of various thicknesses at two temperatures. The specimens tested at 25°C

did not fracture.
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TABLE 3—Average value and standard deviation of the constraint factor for various side-grooved (SG)
and plane-sided (PS) specimens of different thickness at a crack-mouth-opening displacement of

0.002 W.
Specimen 50 mm, SG 20 mm, SG 10 mm, SG 10 mm, PS
L 1.60 + 0.03 1.57 £ 0.06 1.57 £ 0.04 1.42 + 0.05

geometries with low constraint than with high constraint [ 7-8]. Cleavage, however, is con-
trolled locally by the principal tensile stress, o, which, especially for deeply-cracked TPB spec-
imens, is close to the value given by the HRR field [9] for plane-strain conditions [7,8].

Three-dimensional finite-element modelling of compact tension specimens [{0-11] and
three-point-bend specimens [/2] have shown that side grooves promote a uniform state of
stress close to plane strain along the crack front. Side grooves introduce additional out-of-
plane constraint, which suppresses the formation of shear lips on the specimen sides indepen-
dently of the specimen size. The results shown in Fig. 3 and Table 3 confirm at the macroscopic
level that there is no loss of constraint for SG bend specimens as the thickness decreases from
50 to 10 mm; but, as indicated in Table 2, the constraint is lower for plain-sided than for SG
specimens.

Size affects the brittle fracture toughness also through the statistical (weakest link) effect. The
results presented here are adequately described (Fig. 2) by the statistical model of Eq 4, as long
as the size requirements of ASTM E 813 are satisfied. This indicates that most of the size effect
in the present work results from statistical sampling. Also, because the statistical model of Eq
4 is based on the J description of the stress field, the present results indicate that the micro-
scopic constraint remains constant for side-grooved specimens when their size stays within the
validity limits of ASTM E 813. The change of constraint with thickness is not significant when
specimens are side grooved, even though the specimens do not meet the size requirements of
ASTME 399.

Thickness Effects

The fracture toughness may be expressed either in terms of K or J through Eq 3. When the
material behavior is no longer linear elastic, as seen in Fig. 3, the crack-tip stress field cannot
be described by K it must be described by J. Hence, because brittle fracture is a stress-con-
trolled phenomenon, the fracture toughness must be determined from the critical value of J
in plastically deformed specimens.

To compare K, and K, their ratio has been plotted as a function of the normalized thickness
in Fig. 4. The normalizing thickness, By, is defined from the ASTM standard E 399 as

By = 2-5(KJ/‘Ty)2

All the points in Fig. 4 fall on the same curve, and K, = K, down to approximately B =
0.5Bg34. This indicates a linear elastic behavior down to a size about half the size requirements
of ASTM E 399 for bend specimens. The ratio K;/K, at a given value of KJ increases as the
thickness decreases in the elastic-plastic range. That is, the amount of plastic deformation in
specimens of similar geometry increases as the thickness of the specimen decreases for a given
Jvalue, even if the constraint remains the same. This is consistent with the behavior shown in
Fig. 3.

Size requirements for J-integral evaluation are much less restrictive than for K;. measure-
ment. According to ASTM standard E 813, the stress field at the crack tip in a bend specimen
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FIG. 4—Ratio K /K as a function of the ratio of the specimen thickness to the minimum thickness of
ASTM E 399.

is described by J as long as Eq 2 is satisfied for the ligament and the thickness. Defining the
minimum thickness, B,;,, from Eq 2, the toughness results of Table 1 are plotted in Fig. 5 as
a function of the ratio of the thickness to B,,;,. The toughness values have been normalized
with the toughness corresponding to a probability of failure ® = 0.5, obtained from Eq 4. This
normalization takes into account the statistical size effect and the temperature dependence.
The lines calculated with Eq 4 at a probability of failure of 1 and 99% are also drawn. Because
the model leading to Eq 4 was based on the HRR stress field obtained from the J-integral, the
toughness values (98% of them) are expected to be scattered between these two lines. It is seen
that this is verified as long as the thickness is larger than about twice the minimum value of
ASTM E 813. When the thickness does not satisfy Eq 2 (B < B,,,), the measured toughness
K; can greatly exceed the values predicted by the model of Eq 4. This may be attributed to a
loss of J dominance, the process zone being too large compared to the specimen size; the
microscopic stress field ahead of the crack tip is no longer described by J, although the curves
in Fig. 3 do not indicate a loss of macroscopic constraint, even at large deformation.

Ligament Effects

Even if there is no loss of macroscopic constraint (change of L value) with the small SG
specimens tested, there seems to be a loss of J/ dominance when the size is below the require-
ments of ASTM E 813: The stress field is no longer described by the J-integral, and the micro-
mechanical model described by Eq 4 fails. This loss of J dominance may be related to a loss
of in-plane constraint because the low thickness specimens have also a small ligament. Ander-
son and Dodds [ /3] have calculated, by finite element method in plane-strain condition, the
maximum principal stress contours ahead of a crack in three-point-bend specimens. The prob-
ability of rupture by cleavage being a function of the volume under stress (micro-mechanical
model), they have shown that the value of J obtained with specimens with short cracks would
be different from J,, the value obtained with specimens satisfying small-scale-yielding con-
ditions. Their results for a work-hardening coefficient # = 10 (which is reasonable for the steel
used in this study, the statistical analysis in Eq 4 yielding a value of 11.5) can be approximated
by the relation
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tion of the ratio of the specimen thickness to the minimum thickness given by ASTM E 813 size
requirements.

I/ = 0.817 + 0.0002a0,/J — 28.4(ac,/J)"" In(a/ W) )

Although these results were obtained for crack lengths only up to 0.5 W, Eq 7 has been used
to obtain J,,, for all the present results even if some crack lengths exceed 0.6 W. The K, values
thus obtained are approximate. Nevertheless, when they are plotted, similarly to Fig. 5, as a
function of B/B ., they all fall within the expected scatter band of the statistical model, with-
out any consideration of size limit (Fig. 6). The corrections obtained from Eq 7 at a crack
length @ = 0.6 W and for twice the size limit of ASTM E 813 for a 10-mm-thick specimen (b
= 50 J/s,) indicate that the value of J obtained with a 50-mm-thick specimen at the same J;,
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FIG. 6—Estimated small-scale-yielding toughness (corrected according to FEM calculations of Ander-
son and Dodds [13)) as a function of the ratio of the specimen thickness to the minimum thickness given
by ASTM E 813 size requirements.
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value would be about 14% lower than the value obtained with a 10-mm-thick specimen. The
difference would be only 4% at four times the size limit of ASTM E 813. The micro-mechanical
model of Eq 4 gives a difference of about 50% for the same size ratio. These observations con-
firm that most of the thickness effect for cleavage for the present results should be attributed
to statistical effect. The micro-mechanical model remains valid for specimen sizes larger than
approximately twice the ASTM E 813 limit.

Conclusions

From experimental results obtained with side-grooved specimens of a low carbon steel, in
the lower part of the transition temperature curve, it may be concluded that:

1. Side grooving promotes a state of plane strain. The macroscopic constraint of SG spec-
imens is independent of the thickness for the steel tested in this work for thickness down
to 10 mm.

2. Forside-grooved specimens, the stress intensity factor K loses its validity when nonlinear
behavior becomes significant (at about half the size limitations of ASTM E 399), not
because of a change of constraint. ASTM E 399 limits are required for this reason,
whether or not there is any change of crack-tip constraint. For small specimens, tough-
ness can be measured by J.

3. For side-grooved deeply-cracked bend specimens, ASTM E 813 size limits for the eval-
uation of J are related to a loss of in-plane constraint. The ASTM E 813 size limit for the
ligament should be increased by a factor of about 2.

4. The effect of thickness on brittle fracture toughness result essentially from the statistical
effect as long as the size satisfies twice the ASTM E 813 minimum requirements.
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ABSTRACT: The strains parallel to the crack front for a circumferential flaw in a pressure vessel
are tensile, as opposed to zero (plane strain) or compressive (plane stress). It is reasonable to
expect that this tensile strain condition may influence the constraint at the tip of the circumfer-
ential flaw. A series of axisymmetric nonlinear finite element analyses have been performed to
investigate the nature of the crack tip stress fields and constraint for the limiting case of a con-
tinuous inner circumferential flaw, with an emphasis on comparing these fields and constraint
levels to those in a plane strain configuration having the same geometric configuration and sub-
Jected to axial loading only. The focus of these investigations is on constraint implications for
cleavage initiation in the lower transition region at realistic pressure vessel load levels; in addi-
tion, the results provide some insight into constraint implications for ductile fracture under
higher load levels. Constraint is quantified using: (a) the extent of the yielded zone, (b) a hydro-
static stress triaxiality factor, (c) the elastic second-order stress term ( T-stress) and the near tip
elastic-plastic second-order stress term ( Q-stress—Q'Dowd and Shih, 1991 [24]). The analysis
results suggest that the cleavage-relevant constraint measures for the circumferential flaw under
combined internal pressure, crack face, and axial loading are comparable in magnitude to those
in the corresponding plane strain condition at low J values; at higher J values, however, the cir-
cumferential flaw under combined loading exhibits significantly lower constraint levels than
those in the plane strain reference condition. The reduction in constraint at higher J values in
the circumferential flaw case is found to be caused principally by the negative in-plane stress
biaxiality induced by the internal vessel pressure loading rather than by the out-of-plane tensile
strain influence.

KEY WORDS: elastic-plastic fracture, cleavage fracture, crack tip stress fields, constraint, cir-
cumferential flaws, pressure vessels

The Mode I crack tip stress and strain conditions for a circumferential flaw in a pressure
vessel differ from those in conventional laboratory fracture specimens in one potentially sig-
nificant aspect: the strains parallel to the crack front are tensile as opposed to zero (plane strain)
or compressive (plane stress). This tensile out-of-plane strain condition might be colloquially
termed “super” plane strain (although it is more correctly termed a case of generalized plane
strain). It is reasonable to hypothesize that this condition may influence the constraint at the
crack tip and, as a consequence, the resistance of the material to crack initiation. The question
to be addressed is then: “Given that fracture toughness in plane strain is lower than in plane
stress, 1s the fracture toughness in the ‘super’ plane strain condition even lower?” The answer
to this question is of some importance to the evaluation of the fracture integrity of welds in
ring forged nuclear reactor pressure vessels, which contain only circumferential welds.

The variation of cleavage fracture toughness with constraint within the range between plane

' Associate professor, University of Maryland, Department of Civil Engineering, College Park, MD
20742.
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stress and plane strain conditions is well known [ 7-3]. Conceptually, constraint is a secondary
characteristic of the crack tip stress and strain fields (the primary characteristic being the sin-
gularity in the fields) that promotes fracture mechanisms within the fracture processzone (e.g.,
increases crack opening stresses) and inhibits energy-absorbing plastic flow within the region
surrounding the fracture process zone. Constraint is usually associated with high triaxiality of
the crack tip stress fields. Under ideal plane strain conditions, this triaxiality develops because
the contraction parallel to the crack front is prevented, producing tensile stresses parallel
to the crack front in addition to the tensile in-plane stresses. In sufficiently thick laboratory
fracture specimens, contraction within the crack tip plastic zone is inhibited by the surround-
ing elastic material, planes normal to the crack front remain essentially plane, and tensile
stresses are induced parallel to the crack front. In a circumferentially flawed pressure vessel,
not only do the radial-axial planes remain plane during deformation (at least for the limiting
case of a continuous circumferential flaw), but the hoop stresses further increase the tensile
strains acting parallel to the crack front.

Loss of constraint is associated with: (a) decreasing specimen thickness; (b) crack length
(very short cracks or very short ligaments); (c) increased load/yield levels; and (d) loading con-
figuration (tension instead of bending). Specimen thickness influences the in-plane crack tip
fields through its effect on the out-of-plane stresses and strains, while the other three factors
influence the in-plane fields more directly. The effects of these factors on constraint underlie
the minimum specimen size requirements in the ASTM specifications Test Method for Plane-
Strain Fracture Toughness of Metallic Materials (E 399) and Test Method for J,., a Measure
of Fracture Toughness (E 813). In fracture configurations possessing “sufficient” constraint,
the plastic crack tip stress and strain fields can be characterized by a single parameter, J [4-
7}. In configurations with insufficient constraint, a multiparameter fracture characterization
may be required.

This paper reports the results of an analytical investigation into the nature of the crack tip
constraint for a circumferential flaw in comparison with that in the corresponding plane strain
condition. The flaw geometry considered here is an idealized continuous inner circumferential
flaw in a cylindrical pressure vessel, which is the limiting case for a finite length circumferential
surface flaw. The primary practical focus of this study is on cleavage initiation in the lower
transition region under realistic pressure vessel load magnitudes. However, the results also pro-
vide some insights into the constraint conditions at higher load levels relevant to ductile frac-
ture propagation.

Analysis Model

In this study, a circumferentially flawed pressure vessel was simulated using two-dimen-
sional nonlinear finite element analyses. The vessel was treated as a cylinder having an internal
radius, r;, of 2171.7 mm (85.5 in.) and a wall thickness, W, of 215.9 mm (8.5 in.); these dimen-
sions are typical for reactor pressure vessels. The circumferential flaw was assumed continuous
around the inner beltline of the vessel with a crack length, a, equal to 53.975 mm in the radial
direction (a/W = 0.25). No crack extension was considered in the analyses.

Three different loading configurations were analyzed: a reference plane strain condition
under axial loading only; axisymmetric conditions under axial loading only; and axisymme-
tric conditions under combined internal pressure, crack face pressure, and axial loading. All
loads were applied incrementally from values corresponding to essentially linear, very small-
scale yielding conditions to levels just beyond general vielding of the vessel wall.

The finite element model of the assumed geometry as generated using the PATRAN [8]
pre-/post-processing system is illustrated in Fig. 1. Only the upper symmetric half of the vessel
was considered. The mesh consisted of 1727 nodes and 536 eight-node reduced (2 by 2) inte-
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FIG. |—Finite element mesh for all analyses: (a) overall mesh; (b)
detail of crack tip region.
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gration isoparametric elements. Eight fans of elements converge on the crack tip (Fig. 15); the
17 initially coincident crack tip nodes are free to deform independently during the analysis.
The discretization is sufficiently fine to permit adequate resolution of the stresses and strains
within distances on the order of ten crack tip opening displacements (CTODs) from the crack
tip; the radial dimension of the elements at the crack tip is approximately 0.02 mm (r/W =
0.000124). All finite element calculations were performed using the ABAQUS analysis code
[9].

The ends of the vessel were not modeled explicitly in the analyses. Instead, the mesh was
truncated above the crack plane at a distance equal to three times the wall thickness, and the
axial loads were applied as uniform normal tractions along this boundary. In the combined
loading case, appropriate normal tractions were also applied to the internal wall of the vessel
and to the crack face. The rotational restraint provided by the vessel ends was approximated
by restricting all rotation of the top of the mesh through displacement constraint equations.
This was felt to be a better representation of the actual restraint provided by the vessel ends
than the opposite extreme of uninhibited rotation. The effect of the rotational restraint on the
crack plane is moderate; for LEFM plane strain conditions, the computed J values for the
bounding cases of no restraint (i.e., a conventional SENT configuration) and full restraint dif-
fered by 19%.

The material stress-strain behavior was modeled using the Ramberg-Osgood constitutive
relation

e/e, = o/o, + ofa/o,) (n
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The following values of the material constants were used in all analyses: elastic modulus E =
o./€, = 300; Poisson’s ratiov = 0.3;6, = 1; & = 1;and #n = 10. A small strain formulation
was employed in all analyses. Although the small strain formulation cannot correctly model
the stress and strain fields and crack tip blunting in the very high strain region immediately
surrounding the crack tip, the stress and strain fields predicted by small strain and large strain
formulations are similar at distances greater than approximately 3 CTODs from the crack tip
under plane strain conditions [10,1]].

J-integral values were computed using the virtual crack extension algorithm as imple-
mented in ABAQUS [9,12]. Ten contours were evaluated to establish path independence for
the J-integral value.

Results

The computed J-integral values and hoop strains ¢, as a function of load level are summa-
rized in Fig. 2 for all three configurations analyzed. Load level is quantified by p./o., in which
Pa 1s the remote axial stress applied at the top of the analysis model. For the axisymmetric/
combined load case, p, is a function of the vessel pressure p; applied normal to the inner surface
of the vessel

Do = —pri/(ri—r}) = —4792p, 2

in which r,and 7, are the inner and outer radii of the vessel. For easy reference in conjunction
with later figures in this paper, Table 1 summarizes the J/(as,) values corresponding to p,/o,
for each output load step in the analyses. General yield of the wall thickness occurred at loads
above approximately p,/o, = 0.8 for the plane strain and axisymmetric/axial load configu-
rations and above approximately p,/o, = 0.4 for the axisymmetric/combined load case. A
value of p,/o, = 0.3 corresponds to the practical upper limit for the loading in a pressure vessel
(axisymmetric/combined load case). As shown in the lower half of Fig. 2, the hoop strain €
varies in an essentially linear fashion with load up to the point of general yield. As expected,
€, 1s compressive in the axisymmetric/axial load case and tensile with a higher magnitude in
the axisymmetric/combined load case.
The extent of the yielded zone is defined by the effective stress contour ¢+ = o, Where

oer = {(1/2)(e), — @) + (02 — 03)* + (05 — a)]}'” 3)

TABLE |—Normalized J (ac,) values corresponding to load levels p,/o, for all three loading
configurations.

J/(a”o)
Load Level, p./o, Plane Strain Axisymmetric/Axial Load Axisymmetric/Combined Load
0.10 1.78E-4 1.68E-4 2.43E-4
0.15 4.02E-4 3.80E-4 5.48E-4
0.20 7.18E-4 6.79E-4 9.78E-4
0.25 1.13E-3 1.07E-3 1.54E-3
0.30 1.64E-3 1.56E-3 2.25E-3
0.35 2.27E-3 2.14E-3 3.18E-3
0.40 3.02E-3 2.86E-3 4.48E-3

0.60 7.91E-3 7.83E-3 4.06E-2
0.80 2.26E-2 2.58E-2 .
1.00 1.01E-1 1.20E-1
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FIG. 2—Normalized J, 1/(ac,). and hoop strain, ¢, as functions of load level, p,/o,, for all three
configurations.

Figure 3 summarizes the extent of the crack tip yielded zones at various load levels for the
plane strain configuration; the corresponding results for the axisymmetric/axial load and axi-
symmetric/combined load configurations are given in Figs. 4 and 5, respectively. The largest
contour in all three figures corresponds to the largest output load step still under contained
yield conditions. The shapes of the yielded zones are qualitatively similar for all three loading
configurations. The maximum extent of the contained yield zone at the last output step prior
to general yield was r/a = 0.2, z/a = (.33 for the plane strain and axisymmetric/axial load
configurations and r/a = 0.1, z/a == 0.2 for the axisymmetric/combined load case, where r
and z are the radial and axial distances from the crack tip. Note that although the contours in
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FIG. 3—Extent of yielded zones for plane strain configuration under axial loading. Contours (from larg-

est to smallest) correspond to load levels p./o, = 0.60, 0.40, 0.35, 0.30, 0.25, 0.20, 0.15, 0.10.
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FIG. 4—Extent of yielded zones for axisymmetric configuration under axial loading only. Contours
(from largest to smallest) correspond to load levels p./o, = 0.60, 0.40, 0.35, 0.30, 0.25, 0.20, 0.15,0.10.



324 CONSTRAINT EFFECTS IN FRACTURE

0.4 — T T
Axisymmetric/Axial Loading

0.3 | B
o
~. 0.2 | -
N

0.1 | B

0.0 i L

-0.1 0.0 0.1 0.2 0.3

r/a
FIG. 5—Extent of yielded zones for axisymmetric configuration under combined loading. Contours
(from largest to smallest) correspond to load levels p,/o, = 0.40, 0.35, 0.30, 0.25, 0.20, 0.15, 0.10.

Figs. 3 through 5 correspond to similar p,/s, values, the corresponding J/(ac,) values differ
among the three loading configurations (see Table 1).

The extent of yielding for all three loading configurations can be compared directly in terms
of the area of the yielded zones. Figure 6 summarizes the normalized yield zone area for con-
tained yield as a function of load level for all three configurations. The yield zone area, A4, is
defined as the area contained within the . = ¢, contour. The normalizing factor for the yield
zone area is a measure of the yield extent under small scale yielding (SSY) conditions, as fol-
lows. Using the Irwin estimate for the extent of the plastic zone r, under SSY conditions

rp X (1<I/‘70)Z (4)
or
r, < JE/a} (5)

An estimate of the yield zone extent under small-scale yielding, 4,ssy, can then be expressed
as

AU.SSY & ri (6)
or
A,ssv < (JE[aY) (N

Thus, the normalizing factor is proportional to the estimate of the yield zone area under SSY,
and a rise of 4,/(JE¢2) with increasing load indicates increasing deviation from SSY condi-
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FIG. 6—Normalized yield zone area, A./(JE/a’)?, versus I /(ac,) for all three loading configurations.

tions. Note that the ordinate intercepts of the curves in Fig. 6 do not (and should not) equal
zero. In the limit of J/(ae,) — 0, A, — A,ssvy and the ordinate intercept therefore represents
the implicit proportionality constant in Eq 7.

Several trends can be observed in the data presented in Fig. 6. At low J values, all three
configurations produce similar yield zone areas. At higher J values and following the argument
outlined above, all three configurations exhibit increasing deviation from SSY yield condi-
tions with increasing load level. Assuming that higher constraint is associated with reduced
yielding at a given J value, then the curves in Fig. 6 at low J values give a very weak indication
of slightly higher constraint in the axisymmetric/combined load configuration and slightly
lower constraint in the axisymmetric/axial load case as compared to the reference plane strain
configuration. At higher J values, however, the differences among the three configurations are
more pronounced. The larger yield zones computed for the axisymmetric/axial load case as
compared to the reference plane strain configuration are consistent with the expected lower
constraint levels for this case. However, the axisymmetric/combined load case produced the
largest yield zones at higher J values, suggesting that it exhibits the lowest constraint level of
all three configurations. This is contrary to what would be expected under the “super” plane
strain argument.

And alternate and common way of quantifying constraint in the crack tip region is through
the hydrostatic stress triaxiality parameter A

h= Um/geﬁ (8)

in which ¢, is the mean or hydrostatic stress. Studies of ductile fracture processes dominated
by cavity growth and coalescence have shown that the cavity growth rate increases sharply with
increasing hydrostatic stress triaxiality [13,14]; h has also been used to quantify the effects of
constraint on J-R curves for ductile crack extension [15]. Although the practical focus of the
present study is on cleavage initiation, computation of the 4 parameter from the analysis
results provides some insights for ductile fracture.

The variation of 4 with radial distance along the crack plane for the plane strain, axisym-
metric/axial load, and axisymmetric/combined load configurations are summarized in Figs.
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FIG. 7—Hydrostatic stress constraint factor, o.w/c 4, versus radial distance along the crack plane for the
plane strain configuration under axial loading. Load levels p,/s, = 0.1, 0.2, 0.3, 0.4, 0.6, 0.8 correspond
to contained yield, and 1.0 corresponds to general yield.
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I_-"IG. 8—Hydrostatic stress constraint factor, 6,,/c.; versus radial distance along the crack plane for the
axisymmetric configuration under axial loading. Load levelsp,/s, = 0.1,0.2,0.3,0.4, 0.6, 0.8 correspond
to contained yield, and 1.0 corresponds to general yield.
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FIG. 9—Hydrostatic stress constraint factor, 6w/ versus radial distance along the crack plane for the
axisymmetric configuration under combined loading. Contained yield conditions obtain at all load levels
shown in the figure.

7, 8, and 9, respectively. Note that the curves in Figs. 7 and 8 for p,/¢, = 1.0 correspond to
general yielding; all other curves in these two figures, plus all of the curvesin Fig. 9, correspond
to contained yield. Radial distance in these figures is normalized by J/s,, which is the only
length scale for a crack in an infinite region [16,17]; although the finite geometry configura-
tions analyzed here do have other length scales, it is still convenient to normalize length in
terms of J/o,. When interpreting the stress distributions in Figs. 7 though 9, recall that the
small strain formulation employed in these analyses gives physically incorrect results for the
stresses and strains within a few CTODs of the blunted crack tip. CTOD can be estimated as

6 = d.J/o, 9

in which §, is the CTOD and d, is a function of the material properties # and o,/E [18). For
the matenal property values in these analyses, d, = 0.5 and

5, = 0.5J/0, (10)

Consequently, the stresses in Figs. 7 though 9 for r/(J/¢,) less than approximately 1.5 are not
accurate representations of the true values under large strain conditions.

The trends in the hydrostatic constraint factor for the plane strain (Fig. 7) and axisymme-
tric/axial load (Fig. 8) configurations are quite similar. The constraint parameter # is only
slightly dependent upon radial distance over the range 2 < r/(J/s,) < 10, and at any given
distance / decreases with increasing load. A close comparison of the two figures shows that the
axisymmetric/axial load case exhibits slightly lower values for 4 and thus less constraint than
in the plane strain configuration at the same distance and J value. The axisymmetric/com-
bined load case (Fig. 9) shows markedly different behavior, however. First, the values for 4 in
the axisymmetric/combined load case are relatively insensitive to load level. More signifi-
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cantly, however, the values for /4 in the axisymmetric/combined load case are substantially
higher than those in the other two loading configurations; this is a direct consequence of the
high tensile hoop stresses in the pressurized cylinder. This result is shown even more dramat-
ically in contour plots of / in the near tip region, which are given in Figs. 10, 11, and 12 for
the plane strain, axisymmetric/axial load, and axisymmetric/combined load configurations,
respectively. The contours for higher values of h—i.e., # greater than about 2—enclose a sub-
stantially larger volume of the crack tip region in the axisymmetric/combined load case as
compared to the other two loading configurations. Consequently, cavity growth may occur at
a higher rate and over a larger volume in the axisymmetric/combined loading case.

On the basis of hydrostatic stress triaxiality, the axisymmetric/combined load case exhibits
constraint levels significantly higher than those under plane strain conditions. Note that this
contradicts the conclusions drawn from consideration of yield zone extents (Fig. 6), suggesting
perhaps that the constraint phenomenon for ductile fracture may be more complex than is
represented by either /4 or yield extent alone. However, for cleavage-dominated fracture in the
lower transition region, which is the practical focus of the present study, it is not triaxiality
itself that is important, but rather the effect that this triaxiality may have on reducing vielding
and, in particular, on increasing the crack opening stresses ahead of the tip that are critical for
cleavage initiation. One approach toward quantifying the effect of constraint on the crack tip
fields under SSY conditions has been based on the two-parameter ** 7-stress” expansion for the
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FIG. 10—Contours of hydrostatic stress constraint factor, o /o, in the crack tip region for the plane
strain configuration under axial loading. Contours correspond to load level p. /o, = 0.25 (contained vield).
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FIG. 11—Contours of hydrostatic stress constraint factor, om/o.g in the crack tip region for the axisym-

metric configuration under axial loading. Contours correspond to load level p./o, = 0.25 (contained yield).

remote elastic stress field (i.e., at distances many times greater than the dimension of the
yielded zone) [19]

o; = (Ki/Qwr)Af(8) + T5,6,, + higher order terms (1D

in which r and 4 are the usual in-plane polar coordinates originating from the crack tip, the
/4(8) functions capture the 8-variation of the stress field, and 7 represents the magnitude of the
remote in-plane stress component acting parallel to the crack plane. The effect of the remote
T-stress term on the details of small-scale yielding has been demonstrated through finite ele-
ment boundary layer solutions by Larsson and Carisson [20] for small strain assumptions in
a nonhardening material; by Bilby et al. [21] for large strain assumptions in a nonhardening
material; and by Betegon and Hancock [22] for small strain assumptions in a power law hard-
ening material.

The original 7-stress approach considers only in-plane constraint influences—i.e., con-
straint influences that can be incorporated into the in-plane 7-stress term. For the circumfer-
ential flaw problem, it is essential to also include the out-of-plane constraint influences.
Although the T-stress expansion can be generalized to include out-of-plane normal and shear
T-stress terms [ 23], multiple constraint parameters must now be quantified. As an alternative
approach, O’Dowd and Shih [24] have extended the two-parameter expansion approach to
the near-tip elastic-plastic stress fields in a power law hardening material.
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FIG. 12—Contours of hydrostatic stress constraint factor, o /6. in the crack tip region for the axisym-
metric configuration under combined loading. Contours correspond to load level p,/o, = 0.25 (contained
yield).

ailos = [J/(ee,0 ] V540) + QUr/(J/a,))'a(0) (12)
+ higher order terms

The first term represents the usual HRR singularity [16,17] with amplitude equal to J. The
second order term has the dimensionless parameter Q as its amplitude; Q captures all con-
straint influences on the near-tip stress fields, regardless of whether these influences are the
results of in-plane or out-of-plane factors. The functions &,(9) and 5,(d) represent the angular
variation of the stress fields and are expected to depend also upon the material hardening; the
a;/(8) functions are normalized such that 6, equals 1 at § = 0. Note that the second order
expansion in Eq 12 assumes a small strain formulation, as it is based upon the HRR solution.
The material parameters «, A, ¢,, and «, have been defined previously (Eq 1), and values for 7,
and ¢,(6) are tabulated graphically in Refs 2 and 16.

The second order stress field for a crack in an infinite region can be extracted by subtracting
the HRR solution from a two-parameter boundary layer numerical solution at the same J
value. The parameters Q, ¢, and a,(6) can then be evaluated. Based on the results of this pro-
cedure, O’Dowd and Shih make the following arguments: (a) the variation of the second order
stress fields with radial distance is very weak, hence |g| << I; (b) the 5,(¥) functions vary
weakly with 0 over |0| =< 7/2; (c) 6,4(8) terms are very small, thus the 5,,(6) and a.(6) terms
correspond to the principal stresses of the second order stress field; and (d)a,,(6)/6.(6) = 1 for
18] =< w/4—i.e., the second order fields closely approximate a state of hydrostatic stress in this
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sector. As a consequence of the above arguments, Eq 12 can be reasonably approximated
within the sector |#| =< w/4 as follows

056y = Jf(ae,o, )" 5 (0) + Q8,646) (13)

The constant Q is in essence a triaxiality parameter, but for the second order fields. O’'Dowd
and Shih also applied this procedure to a variety of finite geometry crack configurations under
different loading conditions, where the second order fields were extracted by subtracting the
HRR solution from full-field numerical solutions. The computed Q values ranged between
approximately -2 and O in all of their analyses. Furthermore, Q decreased as the extent of plas-
tic yielding increased. The Q value reached a steady-state value when fully plastic conditions
were attained, and this steady-state Q value is considered a characteristic of the crack
geometry.

Following O’Dowd and Shih’s approach, the second order crack tip fields along the crack
plane § = 0 have been extracted from the computed stresses for the three loading configura-
tions analyzed in the present study. These stresses are given in Figs. 13 and 14 for the plane
strain configuration, Figs. 15 and 16 for the axisymmetric/axial load case, and Figs. 17 and 18
for the axisymmetric/combined load case; in each pair of figures, the first is for the tangential
or crack opening normal stresses and the second is for the radial normal stresses, and in all
figures (a) summarizes the total computed stresses and () gives the second order component
only. The curves for p,/o, = 1.0 in Figs. 13 through 16 correspond to general yielding; all other
curves in Figs. 13 through 18 correspond to contained yield conditions. The results shown in
these figures are very similar to those found by O’Dowd and Shih. There is a slight variation
of the second order stresses with radial distance—perhaps somewhat more than observed by
O’Dowd and Shih, but still quite small. Q is always negative for the three loading configura-
tions considered here and becomes more negative with increasing load level and consequent
yielding.

It is difficult to compare the different loading configurations directly using Figs. 13 through
18 because the p,/o, levels correspond to different J/(ao,) values in each specimen. Addition-
ally, the radial variation of the second order stresses complicates a direct comparison. How-
ever, if we define

Q" = Olr/(J/s))* (14)

then O* = Qat [r/(J/5,)]* = 1. Note that for the small strain formulation employed in these
analyses, [7/(J/s,)]* = 1 is within the large strain region where the computed stresses are an
inaccurate representation of the actual stresses. For comparison purposes, however, a straight-
forward approach is to simply extrapolate the linear portion of the Q*a,, versus (J/s,)—e.g.,
the region 1.5 < r/(J/s,) < 10—Dback to r/(J/s,) = 1 and use this extrapolated value as an
estimate of Q. The results of this procedure are summarized in Fig. 19 for all three loading
configurations. The Q values for all configurations and load values are always negative, with
smaller—i.e., more negative—values indicating lower constraint. The constraint in the axi-
symmetric/axial load configuration is slightly less than that for the plane strain reference case
at all load levels. This is consistent with the conclusions drawn from consideration of yield
zone extents (Fig. 6) and hydrostatic constraint factor (Figs. 7 and 8). The constraint in the
axisymmetric/combined load case, however, is substantially less than in both of the other two
configurations. Although this is again consistent with the observed yield zone extents, at least
at higher J values (Fig. 6), it contradicts the trends of the hydrostatic constraint factor (Figs. 7
through 9).

If we accept the argument that for cleavage-dominated fracture it is not triaxiality per se that
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FIG. 13—Total and second order tangential normal stresses (i.e., crack opening stresses) along the crack
plane 6 = 0 for the plane strain loading configuration. Contours correspond to load levels p,/o, = 0.1, 0.2,
0.3, 0.4, 0.6, 0.8 (contained yield), and 1.0 (general yield).

is important but rather the effect that triaxiality has on the crack opening stress fields, then the
resultsin Fig. 19 clearly show that the axisymmetric/combined load configuration exhibits less
constraint than the reference plane strain condition at all but the smallest J values. Thisis quite
the opposite of what would be expected under the “super” plane strain argument. However,
other evidence supports the lower constraint in the axisymmetric configuration. Our attention
thus far has focused on the out-of-plane aspects of the axisymmetric configuration. In the axi-
symmetric/combined loading case there are also radial compressive stresses acting parallel to
the crack plane that are not present in either the plane strain or axisymmetric/axial load con-
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FIG. 14—Total and second order radial normal stresses along the crack plane 8 = 0 for the plane strain
loading configuration. Load levels p,/o, = 0.1, 0.2, 0.3, 0.4, 0.6, 0.8 correspond to contained yield, and
1.0 corresponds to general yield.

figurations; these stresses are due to the internal pressure loading of the vessel. In addition,
there are crack face pressures in the axisymmetric/combined loading case that may influence
in-plane constraint—particularly after crack tip blunting, when the crack face pressures at the
blunted tip generate radial compressive stresses (note that this effect cannot be modeled in the
small-strain analyses performed in this study). Compressive radial stresses correspond to lower
or negative T-stresses, which in turn are associated with lower constraint.

To quantify the in-plane constraint influences, the T-stresses can be extracted from the pres-
ent analyses by subtracting the singular LEFM stress distributions from the full field solution
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FIG. 15—Total and second order tangential normal stresses (i.e., crack opening stresses) along the crack
plane 8 = 0 for the axisymmetric/axial load configuration. Load levels p,/a, = 0.1,0.2,0.3,0.4, 0.6, 0.8
correspond to contained yield, and 1.0 corresponds to general yield.

along a contour remote from the crack tip (i.e., at a distance many times the yielded zone
extent). The magnitude of the T-stress can be quantified in terms of a dimensionless biaxiality
parameter B [25]

B = T(ra)"¥/K, (15)

For the plane strain configuration, the computed value for B is —0.33. This value is approx-
imately 20% larger (less negative) than that computed by Leevers and Radon [25] foran SENT
configuration having the same a/W ratio. This discrepancy may be due to the rotational
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FIG. 16—Total and second order radial normal stresses along the crack plane § = 0 for the axisym-
metric/axial load configuration. Load levels p./o, = 0.1, 0.2, 0.3, 0.4, 0.6, 0.8 correspond to contained
vield, and 1.0 corresponds to general yield.

restraint at the top of the finite element model in the plane strain configuration considered
here. The computed B value for the axisymmetric/axial load case is approximately 1% smaller
(more negative) than that for the reference plane strain configuration; this is consistent with
the slightly lower constraint indicated in Fig. 19. The computed B value for the axisymmetric/
combined load configuration is —0.43, or 30% smaller than that for the reference plane strain
case; this is consistent with the significantly lower constraint indicated for this configuration
in Fig. 19.

Other recent work substantiates the conclusion that the out-of-plane strain has only a sec-
ondary influence on crack tip constraint for the circumferential flaw problem. Wang [ 26] per-
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FIG. 17—Total and second order tangential normal stresses (i.e., crack opening stresses) along the crack

plane § = 0 for the axisymmetric/combined load configuration. Contained yield conditions obtain at all
load levels shown.

formed a series of generalized plane strain modified boundary layer solutionsin which the out-
of-plane strain level varied from —90% to +90% of the uniaxial yield strain; his results indi-
cate that the near-tip in-plane stress fields are insensitive to the out-of-plane strain level. Sim-
ilar observations have been made by Parks [23] and by Hancock [27] for out-of-plane strain
levels on the order of the yield strain or less. A remaining unresolved question is whether out-
of-plane strain control (generalized plane strain) produces the same effect on the in-plane stress
fields as does out-of-plane stress control (generalized plane stress); a related question is which
condition (out-of-plane strain versus out-of-plane stress control) is the closer approximation
to the conditions at the crack front for a finite width circumferential surface flaw.
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FIG. 18—Total and second order radial normal stresses along the crack plane 8 = 0 for the axisym-
melric/combined load configuration. Contained yield conditions obtain at all load levels shown.

Conclusions

The analyses in this study have quantified the crack tip constraint for a continuous inner
circumferential flaw in a pressure vessel under a pure axial loading and a combined internal
pressure, crack face pressure, and axial loading as compared to the constraint for a correspond-
ing reference plane strain configuration having the same geometry and subjected to axial load-
ing only. The primary focus of this study is cleavage initiation in the lower transition region
under realistic pressure vessel loading conditions.

For the case of a circumferential flaw under axial loading, the constraint is slightly less than
that under plane strain conditions for all Joad levels and constraint measures considered. On
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FIG. 19—Variation of Q with load level for all three loading configurations under contained yield
conditions.

the basis of yield zone extent and the second order near-tip elastic plastic stresses (Q-stresses),
the constraint for the circumferential flaw under combined loading is at most only comparable
to that in the plane strain condition at low J values, and at higher J values is significantly less
than that in the plane strain condition. However, examination of hydrostatic stress triaxiality
constraint factor # = ¢,/ leads to the opposite conclusion of significantly increased con-
straint for this case; it appears that the high tensile hoop stresses in the combined loading case
affect /4 disproportionately more than they influence yield zone extent or the in-plane crack
tip stress fields.

Of the quantitative constraint measures considered in this study, the Q-stress approach is
the most rigorous and appropriate for cleavage-dominated fracture as it is focused on the
details of the near-tip stress fields, and in particular on the crack tip opening stresses. By this
measure, the constraint at the tip of a shallow circumferential flaw in a pressurized vessel is
always less than that in an equivalent plane strain condition under axial loading only. How-
ever, this difference in constraint is due more to in-plane than out-of-plane effects. Specifically,
it is due to the more negative in-plane stress biaxiality ( 7-stress biaxiality) resulting from the
radial pressure applied to the inner surface of the vessel. This stress biaxiality effect will be
greatest for shallow flaws, whose tips are nearest the inner surface where the radial compressive
stresses are the largest. Thus, shallow flaws in pressure vessels, which already exhibit higher
toughness simply because they are shallow, will exhibit an additional toughness elevation
because of stress biaxiality.

Although cleavage-dominated fracture intiation was the primary focus of this study, the
findings regarding the hydrostatic stress triaxiality factor have significant implications for duc-
tile crack extension. The magnitude and volumetric extent of the high-triaxiality region in the
circumferential flaw/combined loading case suggest that cavity growth may be significantly
accelerated by the tensile hoop stresses.

Additional analyses are required before a definitive answer can be given regarding the pre-
cise nature of the crack tip stress fields and constraint magnitudes for circumferentially flawed
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pressure vessels under all realistic geometry and load conditions. Constraint can be expected
to change with a/ W ratio (e.g., because of the different 7-stresses), hardening and other mate-
rial properties, and the ratio of vessel internal radius to wall thickness (which changes the hoop
stress and strain magnitudes). Finite width surface flaws must also be considered, particularly
under pressurized thermal shock loading conditions and thermal streaming [28].
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ABSTRACT: Small-scale tension specimens taken transversely from similar weldments of 12%
Cr steel as well as small- and large-scale specimens from dissimilar weldments of 12% Cr/1%
CrMoV with 12% Cr deposit were tested to obtain creep rupture data at 550°C. For the similar
weld, the rupture time of the specimens was considerably longer than the rupture time deter-
mined in uniaxial creep tests of the weakest heat-affected zone (HAZ) microstructure. Results of
finite element analyses have shown that this is caused by a constraint imposed on the weakest
HAZ by the surrounding microstructures with higher creep strength. For the dissimilar weld, the
creep rupture strength of large-scale specimens is higher than that of small-scale specimens.
Finite element analyses have shown differences in the stress states developing in small- and large-
scale specimens, which lead to different rupture times.

KEY WORDS: creep, weldments, finite element analysts, HAZ properties, Type IV cracking

Welded joints are among the most important construction elements in fossil power plants;
a number of 40 000 to 50 000 weldments for a 300-MW unit is estimated [ /]. Safe and reliable
service of welds is, therefore, of crucial importance for the performance of power and other
plants. Electricité de France has, for example, reported that approximately 40% of the damage
in boilers that they found in 1987 and 1988 was caused by failure of weldments [2].

With respect to assessing welds, a specific problem for fossil power plants is the behavior of
welds at high temperatures. Creep rupture tests of small-scale specimens taken transversely
from the weld have shown that at high stress levels rupture occurs in the base metal or deposit
for the majority of welded joints made of creep-resistant ferritic steels, whereas at low stress
levels premature failure takes place in the heat-affected zone (HAZ). This type of failure in the
fine-grained HAZ, the so-called Type I'V-cracking, was also observed in components of which
the main loading direction is perpendicular to the weld as for instance in the case of pipes with
longitudinal seams [ 3].

To investigate the creep behavior of welds and to explain the migration of rupture position
observed in tests and service, a series of research projects [4-6] were carried out at Staatliche
Materialpriifungsanstalt (MPA) Stuttgart; some experimental and numerical results there-
from are presented below.

! Director, *head of department, and *research engineer, respectively, Staatliche Materialpriifungsan-
stalt (MPA), Pfaffenwaldring 32, 7000 Stuttgart 80, Germany.
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TABLE 1—/nvestigated welds.*

Heat
Joint Input? Base Metal 1 Base Metal 2
Bl 8 1% CrMoV? 12% Cr°
A 16 12% Cr 12% Cr
B3 24 1% CrMoV 12% Cr

¢ Deposit: 12% Cr

? Cast, German Standard GS-17 CrMoV 5 11.

“ Forging, German Standard X 20 CrMoV 12 1.
41n kJ/cm.

Investigated Welds

The investigations within the above-mentioned research projects concentrated on similar
welds of 12% Cr (German standard X 20 CrMoV 12 1) steel and dissimilar welds between 12%
Crand 1% CrMoV (German standard GS-17 CrMoV 5 11) steel, Table 1, where different weld-
ing procedures and different heat inputs were considered. These welds are representative, for
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FIG. 1—Creep rupture strength of 12% Cr base metal and simulated HAZ.
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example, for circumferential welds in 12% Cr piping, respectively, of the connection between
12% Cr piping and 1% CrMoV turbine casing.

HAZ Properties of 12% Cr Steel

As was already mentioned, in experiment and service a migration of the rupture location
from the base metal or deposit into the fine-grained HAZ is observed with decreasing stress. It
is assumed that this shift is caused by the interaction between adjacent material zones display-
ing different material properties in the HAZ. To quantify these differences, three microstruc-
tures typical for the HAZ were produced by means of weld simulation. With simulation peak
temperatures of 1300, 1100, and 900°C, respectively, these three microstructures approach the
whole variety of microstructures developing in the HAZ. The creep rupture strength of the
simulated HAZ materials is depicted in Fig. 1 and compared with the base metal. Evidently,
the creep rupture strength of HAZ 1 (peak temperature 1300°C) and HAZ 2 (peak temperature
1100°C) hes beyond the creep rupture strength of the base metal at least for times up to 50 000
to 60 000 h, whereas the creep rupture strength of HAZ 3 is clearly below the creep rupture
strength of the base metal even in the case of short times; the distance between these two
increases with increasing creep rupture time.

The minimum creep rate of HAZ, base metal, and deposit as a function of nominal stress
1s given in Fig. 2. The order of ascending minimum creep rate corresponds exactly to the order
of descending creep rupture strength. The results given in Figs. 1 and 2 show a distinct varia-
tion of material properties within the HAZ so that interactions between adjacent zones and
subsequently a considerable influence on the creep and failure behavior must be expected.
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FIG. 2—Minimum creep rate of 12% Cr base metal, simulated HAZ and deposit.
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Experimental Results from Similar Welds of 12% Cr

To determine experimentally the behavior of similar welds of 12% Cr steel, round tension
specimens of Type 3 (sec Fig. 3) were taken from Joint A (see Table 1); specimens of Type 4
were taken from joints Bl and B3. The results of creep rupture tests at different stress levels
are shown in Fig. 4. Tests at nominal stress ¢, = 201 MPa with specimens of Type 4 fall
beyond the scatterband of the base metal. The influence of the laboratory where the tests were
carried out (specimens of Types 3 and 4 were tested at different laboratories) cannot be
excluded; also, inhomogeneities of the material may have caused these results (these will there-
fore not be taken into account in the following discussion).

At a nominal stress of 200 MPa, the tested Type 3 specimen fails in the base metal at a
rupture time that is explicitly longer than is expected from the results of HAZ 3 at the same
nominal stress, At 171 MPa, all specimens failed in the HAZ; the time to rupture was, how-
ever, almost identical to the rupture time expected for the base metal at the same stress and
considerably longer than expected for HAZ 3. A significant decrease in rupture time compared
with the base metal is found for the specimens tested at 141 MPa; the creep rupture strength
is, then, still beyond HAZ 3, but with an obvious tendency towards HAZ 3. For all stress levels,
the results of the specimens from Points B1, A, and B3 are located within a smali scatterband;
for this reason, only results of specimens taken from Joint A are discussed below.

Results of Finite Element Calculations of Specimens taken from Joint A

To evaluate the effects leading to the experimental results, extensive finite element calcu-
lations were conducted. It was assumed that the material behavior is characterized by linear-
elastic and creep behavior, that is, von Mises equivalent stress is always lower than the yield
strength. This assumption was verified by the results of the calculations. The materials’ creep
behavior was described by a Graham-Walles type creep law

e,=A4A-t"+B-t+C-P7"

describing primary, secondary, and tertiary creep
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FIG. 3—Dimensions (mm) of small-scale specimens.
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where
€, = creep strain,
A=a0-exp(a1-a+ .+ a, o),
B = b, exp(b, - ..+ b, "),
C= -exp(c,-a+...+c,,-a"),and

G, = nominal stress.

The coefficients a, b, and ¢ were fitted to the results of uniaxial creep tests carried out on base
metal, weld metal, and the three different HAZ microstructures, respectively.

The uniaxial creep law thus determined was implemented as a user subroutine into the finite
element program ABAQUS [7]. This user subroutine calculates the creep strain increment as
a function of time and strain (that is, it uses a strain-hardening formulation) and delivers it as
an input to the main program ofABAQUS

The finite element mesh is depicted in Fig. 5; material properties of base metal deposit, and
the three zones of the HAZ were taken into account. Figure 6 shows a comparison between
measured and calculated elongation of specimens from Joint A; again, the results of the test
at 201 MPa with a specimen of Type 4 do not fit, whereas for all other results the coincidence
between experimental and numerical results is satisfying.

Assuming that von Mises equivalent stress ¢, or, more generally spoken, the second invar-
iant of the deviatoric stress tensor correlates with the creep rupture time at high stress levels
even for multiaxial stress states, the maximum von Mises equivalent stress for each of the
materials taken into account in the finite element calculation was evaluated. The values nor-
malized by the nominal stress are shown in Fig. 7 for a specimen tested at 200 MPa nominal
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FIG. 5—Finite element mesh for calculation of dissimilar welds.

stress. While the maximum von Mises equivalent stress is approximately identical to the nom-
inal stress for the base metal, the maximum value lies beyond the nominal stress for HAZ 3.
At first glance, this 1s a surprising effect for a smooth round bar under uniform tension. The
effect is, however, understood if the values of radial stress o, axial stress o, and hoop stress a;,
are depicted. This is done for one section of the specimen in HAZ 3, Fig. 8. As can be seen
there, positive radial and hoop stresses emerge, and the increase of ¢, and o, 1s higher than that
of ¢, so that o, falls below the value of the nominal stress over the whole section (Fig. 9). The
multiaxiality of the stress state can be quantified by a simplified multiaxiality quotient A*,
which is defined as

U]+UZ+U3

Oy

p =

where for uniaxial tension #* = | and for the hydrostatic stress state #* — 0. As can be seen

from Fig. 9, a multiaxial stress state develops over the whole section under consideration.
The distribution of o, o,, and 4* at the outside of the specimen is shown in Fig. 10; the

maximum values of ¢, and o, occur in HAZ 1, which does, however, not fail due to its high
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FIG. 6—Comparison of experimental and numerical results for specimens taken from Joint A.

creep rupture strength. The maximum value of #* occurs in HAZ 3. At the border between
two materials, the material with the higher minimum creep rate has a higher value of 4* and
a lower value of ¢,

The decrease of ¢, in HAZ 3 caused by the development of a triaxial stress state is the reason
for rupture in the base metal at a time beyond that expected for HAZ 3 at a nominal stress of
200 MPa.
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The situation changes, however, with decreasing nominal stress. The variation of maximum
axial stress within the materials decreases, whereas the difference in the maximum von Mises
stress in HAZ 3 and base metal increases slightly, Fig. 11. The maximum value of #* is around
the same as for 200 MPa nominal stress in HAZ 3 and decreases for all other materials. Despite
the fact that ¢, in HAZ 3 is even lower in relation to the base metal than it is at a nominal stress
of 141 MPa, failure is predicted in the HAZ since the decrease of the creep rupture strength of
HAZ 3 compared to the base metal becomes more distinct with longer time to rupture. Indeed,
rupture occurred in HAZ 3 in the experiment. As the damage mechanism changes from trans-
granular to intergranular, the rupture location can however only be predicted by application
of g,

Experimental Results from Dissimilar Welds of 12% Cr and 1% CrMoV Steel

Creep rupture tests of round small-scale specimens (Type 3, see Fig. 3) and flat large-
scale specimens, Fig. 12, from a dissimilar weld of 12% Cr and 1% CrMoV steel (Joint B3,
see Table 1) were carried out in order to characterize the influence of specimen size on
creep rupture. Creep curves of small- and large-scale specimens are depicted in Fig. 13. As
can be seen, large-scale specimens exhibit longer times to creep rupture than small-scale
specimens.

A comparison of creep rupture strength of small-scale specimens, large-scale specimens, and
HAZ 3 is shown in Fig. 14. The values for HAZ 3 were determined in Ref &8 for a heat of 1%
CrMoV base metal with a higher creep rupture strength than that of the base metal from Joint
B3. One can, however, assume that differences in the HAZ properties of both base metals
diminish for long-term creep. For stresses higher than 70 MPa, small- and large-scale speci-
mens fail in HAZ 1 near the fusion line. The creep rupture strength of the large-scale specimens
is beyond that of small-scale specimens and HAZ 3.
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Results of Finite Element Calculations of Specimens from a Dissimilar Weld

Finite element calculations taking into account creep properties of base metals, weld metal,
and HAZ were carried out to explain the different rupture time of small- and large-scale spec-
imens. A comparison of measured and calculated elongation of small- and large-scale speci-
mens is given in Figs. 15 and 16, respectively. Again, the coincidence between experimental
and numerical values is good; for large-scale specimens, plain strain calculations give better
results than plain stress calculations.

Normalized values of s, 5,, and 4* for small- and large-scale specimens tested at 200 MPa -
nominal stress are shown in Figs. 17 and 18. The stress concentration for o,in HAZ 1 is higher
than for the similar weld; this is caused by the differences between 12% Cr deposit and 1%
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CrMoV HAZ. This stress concentration is also observed for o,. For the same test duration, the
maximum values of ¢, and o, are higher in the small-scale specimen than in the large-scale
specimen. The reason for this is a slower stress- and strain-redistribution in the large-scale spec-
imen due to the higher constraint, which finally leads to longer rupture times for the large-
scale specimen.

Again, the results of the finite element calculations make possible a prediction of rupture
location and rupture time by taking into account multiaxial stress states originating from
different creep properties of adjacent microstructures in the transition deposit-HAZ-base
metal.

Summary

Small-scale specimens taken transversely from similar weldments of 12% Cr stee} as well as
small- and large-scale specimens taken from dissimilar weldments 12% Cr/1% CrMoV with
12% Cr deposits were tested in creep rupture tests at 550°C. For the similar welds, a migration
of the rupture location from base metal into the fine-grained HAZ was observed with decreas-
ing nominal stress; the creep rupture strength of the welded joint was, however, beyond that
of the weakest HAZ microstructure. This effect is caused by the multiaxial stress state in the
weakest HAZ, which develops due to a constraint imposed by the surrounding microstructures
with lower creep rate and higher creep rupture strength. For dissimilar welds, the large-scale



354

CONSTRAINT EFFECTS IN FRACTURE

Ap T 17
(%) —] Joint B3, 550 °C
80 1l
O T [ R
T OO 1 TTTIT [ I
@ O Small Scale Specimen e, & Rupturet
0, Large Scale Specimen_____ B
20 4 LT T L]
10 —— T
8 [T
. -
T
L L J
|
il 1 ; |
260 MPq H 100 MPa
' J
/ , Ip
L Ay AR
i . : : 11 .
® T pallinie
4 yi
/ gl F’
r A (l >
. LA
AT
Y
!
J 17 I
08 = o [
| . ]
,06 B
04 l/ il
: 110 MPa | vq
il “ /| /
85 MPa | b
02 I I of
. UIII[ #/ i
70 MPa [ 50 MPa
T T
01 | ! |
01 2 5 1 2 s oz s Pz s %z s 102 5 10° t(

FIG. 13—Creep curves of small-scale and large-scale specimens taken from Joint B3.



KUSSMAUL ET AL. ON CREEP RUPTURE 355

=i e
“i O Small Scale Specimen

10"

i
i{D Large Scale Specimen

Creep Rupture Strength o [MPa]

{ Base Metal
I

HAZ 318] ‘ i !
LT i iTerow I \ LE |
as LI DL T T iy
10" 10’ 10’ 10’ 10’ 10" 10°
Time t [h]

FIG. 14—Creep rupture strength of small-scale and large-scale specimens taken from Joint B3.

specimens tested exhibit longer creep rupture times than the small-scale specimens. Results of
finite element calculations show that in large-scale specimens the stress- and strain-redistri-
bution due to creep is slower than in small-scale specimens, which is caused by a higher con-
straint in large-scale specimens.

By means of finite element calculations, it was possible to make safe but not overconser-
vative predictions of the creep rupture time and the rupture location if different creep prop-
erties in the HAZ of similar and dissimilar welds were taken into account.
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ABSTRACT: To help predict the behavior of a nuclear pressure vessel undergoing pressurized
thermal shock, values of the arrest toughness are required. The purpose of the work described
here is to show how toughness values can be calculated from the thickness reduction (TR) of the
tested specimens and then used as “lower-bound” estimates. In the NIST wide-plate crack-arrest
test program, 16 single edge-notched tension specimens were fractured, using the 26.7 MN uni-
versal testing machine. The first series of tests used HSST A533 Grade B Class 1 quenched and
tempered steel, while the second series used a low upper-shelf 2% Cr-1 Mo steel. For each speci-
men the TR was measured on the two halves of the broken specimen and a contour map was
constructed. The thickness reduction, TR, along the crack propagation plane can be related to
the toughness, K, by the relationship K> = E - oy - TR, where E is Young’s modulus and ¢y an
estimate of the tension effective yield strength adjusted for temperature, strain-rate, and con-
straint. The results show good agreement with values of K for arrest and reinitiation computed
from a finite-element generation-mode analysis. Therefore, the indication of plastic work rate
provided by the thickness reduction near the fracture plane is a useful preliminary assessment of
the fracture toughness.

KEY WORDS: crack arrest, dynamic fracture, fracture mechanics, temperature gradient, tough-
ness, wide-plate testing

To predict the behavior of a nuclear pressure vessel undergoing pressurized thermal shock,
certain information on dynamic crack propagation and arrest is required. In particular, it is
desirable to know the crack-arrest toughness values, K,,, as a function of the operating tem-
perature. The purpose of the work described here is to show how the use of thickness reduction
(TR) measurements can assist the interpretations of fracture experiments.

The TR near the fracture plane can serve as an indication of plastic work rate for a crack
traversing a plate. Nearly all of the energy loss rate, G, produces plastic strains in the plastic
zone ahead of the apparent crack front and behind it during separation of Jate-breaking liga-
ments. Therefore a correlation between G and some measure of plastic strain intensity would
be expected and a direct proportionality is plausible.

The idea of relating the TR of a plate-type fracture specimen to the crack-tip opening dis-
placement (CTOD) or the toughness, K, while not new, has received no significant attention
in technical publications. An experimental trial by F. M. Burdekin at the Welding Institute in
Abington, England, circa 1964, indicated a near equality between CTOD values and the TR
measured close to the notch root. He used a single-edge notched bend specimen. The mea-

' Physicist and metallurgist, respectively, Mechanical Properties and Performance, National Institute
of Standards and Technology, Gaithersburg, MD 20899.
2 Professor, Department of Mechanical Engineering, University of Maryland, College Park, MD 20742.
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surements of CTOD and TR were made at a series of loadings prior to significant crack exten-
sion. The specimen was taken from an air-cooled mild steel plate, and the applied loads were
too large for use of linear-elastic analysis.

Subsequently, trials of TR in relation to values of K were made at the Frankford Arsenal by
C. C. Carman. Large center-cracked plates of high-strength 7075-T6 Al alloy were used. The
TR was measured after a small amount of stable crack extension from the sharp root notch.
In place of direct CTOD measurements, the comparison was made to inferred values of CTOD
using the equation K* = EG = E - gy - CTOD, where E is Young’s modulus and ¢y the
uniaxial tension yield strength. Accurate measurements were difficult. A wide-yoke microm-
eter, fitted with rounded contact points, was used. The average result from several measure-
ments supported the idea of a near equality between TR (close to the crack front) and the
inferred CTOD. From current viewpoints oys should be replaced by an estimate of the effective
yield strength (or flow stress), oy, but the effect of this modification would be small for the
aluminum alloy.

Recently, Irwin and Zhang [ /] made comparisons of TR to values of CTOD, inferred from
fracture surface topography, using a side-grooved specimen of A710 steel. The test conditions
caused initiation of cleavage from a fatigue pre-crack after a very small amount of void-joining
separation. A near equality was observed with the topographic estimate of CTOD being about
10% smaller than the TR. It was noted that the TR measurements were not significantly dif-
ferent, using measurements across contact of the side grooves with the fracture, and using TR
across the contacts of side grooves with the specimen surfaces. The side grooves reduced the
net section by 20%.

The above considerations lead to the following significant relationships

K*=E - oy - CTOD @))
CTOD = TR (thickness reduction) 2)

Equation 1, where oy is an estimate of the tension effective yield strength (plastic flow stress),
has often been used to relate CTOD values to values of K. TR in Equation 2 is the thickness
reduction measured across the fracture surface close to the crack plane.

For moderate cleavage crack speeds, the portion of the energy loss rate which can be ascribed
to damping of kinetic energy is not significant. With regard to K-from-TR values for a running
crack, in the 1946-1956 period, a large number of wide-plate fracture tests of 25 and 19-mm-
thick ship steel plates were conducted in connection with brittle fractures of welded cargo
ships. Tests with center-notched wide plates at — 18°C (0°F) produced cleavage crack speeds
in the range of 0.3 to 0.5 of the sound velocity. It was noted that a TR of about 0.5% occurred
near the fracture plane. A value of 331 MPa (48 ksi) can be assumed as an appropriate low
strain rate value of ¢,. However, a factor of 10° increase in loading rate causes about a 207
MPa (30 ksi) increase of the flow stress [2]. Then a TR value of 0.13 mm (0.005 in.) leads to
a K-estimate of 119 MPa\/m (108 ksi\/in.). Figure 6 in Ref 2 shows that this K value lies on
the upper plateau of the crack speed versus K relationship, i.e., it is a reasonable estimate of
the dynamic XK.

Background of Wide-Plate Testing Program

The primary objective of the crack-arrest technology studies under the Heavy-Section Steel
Technology (HSST) Program conducted by the Oak Ridge National Laboratory (ORNL) for
the Nuclear Regulatory Commission (NRC) is to generate data for an understanding of crack-
arrest behavior at temperatures near and above the onset of the Charpy upper-shelf region.
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The program goals include: (1) extending the existing K, data bases to temperatures beyond
those associated with the upper limit in Section XI of the American Society of Mechanical
Engineers (ASME) Boiler and Pressure Vessel Code; (2) clearly establishing that crack-arrest
occurs prior to fracture mode conversion; (3) observing the relationship between arrest data
and machine/specimen compliance behavior; and (4) validating the predictability of crack
arrest, stable tearing, and/or unstable tearing sequences for reactor pressure vessel materials.
Additionally, the tests and analyses provide bases for obtaining and interpreting dynamic-frac-
ture data (with relatively long crack runs) and bases for validation of viscoplastic fracture mod-
els and analysis methods.

Early studies of crack arrest utilized a small specimen method which provided useful results
only at temperatures near or below the NDT temperature. In addition, this test method used
a crack-driving force that decreased with crack extension. Under the HSST program, crack-
arrest data have been generated at ORNL over an expanded temperature range through tests
involving large thermally shocked cylinders, which also provide data under multiaxial tran-
sient and high-restraint loading. The program then undertook the performance of a series of
wide-plate tests as an opportunity to obtain a more significant number of data points at afford-
able costs.

The HSST wide-plate crack-arrest tests were designed to provide fracture-toughness mea-
surements at temperatures approaching or above the onset of the Charpy upper-shelf regime,
in a rising toughness region, and with an increasing driving force. The tests were performed at
the National Institute of Standards and Technology (NIST) [formerly National Bureau of
Standards (NBS)] using the 26.7-MN capacity (in tension) universal testing machine. In total,
four series of tests were planned: (1) WP-1 series (A533 Grade B Class | material), (2) WP-2
series (low upper-shelf base material), (3) WP-3 series (low upper-shelf weld material), and (4)
WP-CE series (A533 Grade B Class | material supplied by Combustion Engineering, Inc.?).
The data and observations concerning high-temperature run/arrest behavior are needed to
further the understanding of potential light-water reactor pressure vessel behavior under cer-
tain thermal-shock scenarios. In addition to providing K, data from finite-element calcula-
tions, the wide-plate tests also provide information on dynamic fracture (run and arrest) pro-
cesses that are being used by researchers at ORNL, Southwest Research Institute, and the
University of Maryland to develop and evaluate improved fracture-analysis methods.

A detailed description of the whole wide-plate test program is given in Refs 3-7. A summary
of the program can be found in Refs [8-10].

Summary of Wide-Plate Testing Program

Over the five-year period from 1984 to 1988, all the tests except for Series WP-3 have been
completed, giving a total of sixteen tests, eight utilizing specimens fabricated from HSST plate
13A of A533 Grade B Class ! steel (WP-1 series), two fabricated from a second heat of A533
Grade B Class 1 steel supplied by Combustion Engineering, Inc. (WP-CE series), and six uti-
lizing specimens fabricated from a low upper-shelf base material (WP-2 series). Table 1 lists
the complete set. With the exception of tests WP-1.7, WP-1.8, WP-2.1, WP-2.2, WP-2.3, and
WP-2.6, which employed a 0.15-m-thick specimen, each test utilized a single-edge notched
(SEN) plate specimen approximately 1 by 1 by 0.1 m. Each specimen was side-grooved by
about 12.5% on each side with an angle of 45 + 5°. The machined notch was precracked by
hydrogen charging an electron-beam (EB) weld located at the base of the notch.

ORNL prepared the specimens and shipped them to NIST, where they were welded to two

* Trademarks and company names are reported only to describe more fully the experimental conditions
and do not imply an endorsement by NIST.



364 CONSTRAINT EFFECTS IN FRACTURE

TABLE 1—Wide-plate testing program.

Test Thickness Date Quality Problem
WP-1.1 101.5 mm 9/27/84 NA Too much out-of-SG
WP-1.2 101.8 mm 1/17/85 Good Substantially out-of-SG
WP-1.3 99.5 mm 5/9/85 Better
WP-14 101.4 mm 7/19/86 Good Moderately out-of-SG
WP-1.5 101.7 mm 10/9/86 Best
WP-1.6 101.8 mm 2/12/86 Better
WP-1.7 152.4 mm 7/23/87 Good Moderately out-of-SG
WP-1.8 152.4 mm 3/29/88 NA Too much out-of-SG
WP-CE-1 101.7 mm 9/14/87 NA Not dynamic, slanted front
WP-CE-2 101.8 mm 5/12/88 Good Substantially out-of-SG
WP-2.1 152.6 mm 9/24/86 Better
WP-2.2 152.2 mm 6/16/88 Best
WP-2.3 152.1 mm 5/28/87 Good Undercutting above 37° C
WP-2.4 101.7 mm 8/22/86 NA Too much out-of-SG
WP-2.5 101.3 mm 1/8/87 Better
WP-2.6 152.4 mm 9/22/88 Better

NA = Not analyzed because the fracture surface conditions deviated too far from the criteria for a
good thickness reduction calculation.

pull-plates making assemblies that were about 10 m long. Figure 1 shows the specific dimen-
sions of WP-1.3, which is typical of each specimen. For the test an attempt was made to estab-
lish a linear thermal gradient across the plate and along the plane of crack propagation, i.e.,
the side-grooved plane. The actual temperature profiles at the approximate time of the crack
initiation and arrest events for the WP-2 series are shown in Fig. 2. The temperature profiles
of the other series lay about 100°C lower; for tests WP-1.1 through WP-1.6 they can be found
in Refs 3 or 8, for WP-1.7 and WP-1.8 in Ref 4, and for WP-CE-1 and WP-CE-2 in Ref 5. The
precracked notch tip was approximately at the 20-cm location. The specimen was then pulled
in tension until a crack started propagating from the notch. After initiation of crack propa-
gation in cleavage, several arrests and reinitiations generally occurred until the crack ran by
ductile tearing through the high-temperature region to the edge of the specimen. During each
test, strain and temperature measurements were made as functions of position and time. Load
and crack mouth opening displacement were also obtained as functions of time.

After each test the thickness of the plate was measured in the vicinity of the crack plane.
Some typical results are shown in Fig. 3. In these figures the dots represent the points at which
the final thickness was measured with a wide-yoke micrometer. From these data the reduction-
in-thickness contour maps were drawn.

Calculation of Fracture Toughness from Thickness Reduction

The purpose of this paper is to calculate the fracture toughness, K, from the thickness reduc-
tion, TR, by Eqs 1 and 2. These equations were used without a constraint correction because
the degree of plane strain constraint was negligible for most of the calculated K values. We
shall illustrate the method of the K-from-TR calculation in detail for test WP-2.6, and then
Just present the results for the other tests. We used the following room temperature value of
Young’s modulus for steel

E = 206.9 GPa (3
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FIG. 1—Overall dimensions of the third wide-plate crack-arrest specimen and pull plates, WP-1.3. All
dimensions are in millimeters + 2 mm.

[
[

Young’s modulus varies only slightly for the temperature ranges investigated here. The tension
effective yield strength, o, was adjusted for the rapid deformation of the material by a modest
increase of 138 MPa (20 ksi) over the static value [2]

oy = oy(static) + 138 MPa 4)

The static value was taken as the average of the 0.2% offset yield strength, oy, and the ultimate
tension strength, o1, as follows

oy(static) = ¥oys + our) ©)
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Temperature Gradient for WP-2 at Fracture
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FIG. 2—Transverse temperature profiles at approximate time of crack initiation-arrest events for test
series WP-2, tests WP-2.1 through WP-2.6.

The values of ovs and o1 had already been determined for the three materials as a function
of temperature [3-7]. The existing data can be represented by the following expressions

oy(static) = 530 — 0.668 T + 0.00291 T° — 0.0000033 T*

for WP-1 in the range ~73°C < T < 315°C (6a)
oy(static) = 506 — 0.753 T + 0.00479 T — 0.000007675 T* (6b)
for WP-CE in the range 24°C < T < 121°C
oy(static) = 473 — 0.951 T + 0.00315 T — 0.00000238 T* 60)

for WP-2 in the range 23°C < T << 300°C

The temperature at any crack length was determined from the temperature profiles, such as
those shown in Fig. 2. The temperature dependence of the fracture properties for different
materials are often compared to each other with respect to a reference nil ductility tempera-
ture, RTypr. For the wide-plate materials these are

RTwnpr = —23°C for WP-1
RTnpr = —34°C for WP-CE @)
RTwpr 60°C for WP-2

I}
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Using these data the values of TR were then obtained as a function of 7 — RTypr from the
thickness measurements, such as those presented in Fig. 3, by a combination of two methods:
(1) from the plotted contours, and (2) from the original measurement points.

K-from-TR Using the Contours

From the intersections of the contours with the crack plane (Fig. 3) an average value of TR
was determined between the top and bottom half of the specimen as a function of position.
The position was then related to the temperature from the temperature profiles (Fig. 2), and
the toughness was calculated from Eqs 1-6. The result for WP-2.6 is plotted in Fig. 4 as a
function of T — RTypr.

K-from-TR Using the Measurement Points

From the measurement points closest to the crack plane (Fig. 3) an average final thickness
was determined between the top and bottom half of the specimen as a function of position.
The TR was obtained by subtracting this final thickness from the original thickness listed in
Table 1. When the TR is small, this is the difference between two large numbers and is there-
fore subject to a large amount of measurement error. To emphasize the uncertainty in the
original thickness, we assumed three different values for it and then calculated the correspond-
ing toughnesses as shown in Fig. 5 for WP-2.6. It is seen that the lower K the larger the uncer-
tainty in its value. In fact, for temperatures where cleavage fracture occurred the measurement
error was larger than the calculated value of the TR, and therefore these points were not used.
These are the temperatures between the cross and the lowest solid symbols in Fig. 5.

Toughness Calculation from Initiation Load

The initial value of K, shown as the cross in Figs. 4 and 5, represents a calculation (see
Appendix) based upon the initiation load, crack size, specimen dimensions, and the 25%
reduction of the crack front due to the side grooves. This point serves as a low-X tie-point for
the TR data. From an inspection of Fig. 5 it was decided that the best choice for the original
thickness was 152.4 mm for specimen WP-2.6.

Smooth K-from-TR Curves

Comparing Figs. 4 and 5 we see that for test WP-2.6 the values of K from the contour plots
agree well with X from the measurement points. Therefore we fitted a smooth curve through
all these data, including the initiation toughness, as shown in Fig. 6.

Wide-Plate Test Quality Assessment

To use the K-from-TR calculations to select best “lower-bound” estimates for crack arrest,
it 1s also important to grade the fracture appearance and conditions of the tests. The criteria
for good results are: that the crack surface be flat, in the side-grooved plane, and that the crack
front be straight. Therefore, before proceeding with the remaining TR calculations we made
a quality assessment of the whole wide-plate testing program by examining the fracture sur-
faces. A summary of our conclusions is given in Table 1. Four tests were disqualified because
they deviated too far from the criteria. The acceptable tests were graded in three categories as
good, better, and best. The good tests generally still had some serious problems, such as the
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WP-2.6 Thickness Reduction from Contour Plots

750 T T T T T T T T T T T l T T T T

. /

250 o i —

Toughness, K (MPaxm”0.5)

T-RTndt (C)
FIG. 4—Fracture toughness, K, deduced from the contour plots, as a function of temperature for WP-

2.0. The circles represent calculations from the TR determined by the contour plots in Fig. 3¢ and the cross
a calculation from the initiation load and crack size given in the Appendix.

WP-2.6 Thickness Reduction from Measurement Points
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FIG. 5—Fracture toughness, K, deduced from measurement points, as a function of temperature for
WP-2.6. The solid symbols represent calculations from the TR determined by the measurement points in
Fig. 3c and the cross a calculation from the initiation load and crack size given in the Appendix. The circles,
squares, and triangles represent calculations based on assuming different original thicknesses.
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WP-2.6 Thickness Reduction Results

750 ) e LA B B B B B S S D NS S L B

© i j
[e]
< — —
=)
*x 500 — —
£
= [ i
v - -
U)— —
& 250 _
c

- 4
'57 (]
=) = i
o
}.—_ — —

0 L1 I S S S AN SRS ST S WO AN SR S SR
0 50 100 150
T-RTndt (C)

FIG. 6—Smooth K-from-TR curves for WP-2.6 using the data from Figs. 4 and 5.

crack surface was rough and curved, it was out of the side-grooved plane, and the crack front
was curved and slanted to one side. The better tests had relatively few of these problems. The
best tests were the closest to the desirable criteria, but no test was perfect, i.e., had a completely
flat surface, lay exactly in the side-grooved plane, and had a straight-edge crack front from one
side to the other.

Smooth K-from-TR curves were calculated for all the acceptable tests, using both the thick-
ness contours and the measurement points (Fig. 3), as explained above.

Comparison with Finite-Element Analyses

ORNL conducted post-test analyses for each wide-plate crack-arrest test, except the first.
Two-dimensional (2-D) elastodynamic generation-mode finite-element analyses were carried
out using the ADINA/VPF dynamic crack analysis code. The results of this analysis is shown
together with the smooth K-from-TR trend for test WP-2.6 in Fig. 7. A summary of al} the
acceptable K-from-TR curves together with the ORNL finite element arrest analyses is given
in Fig. 8. In this figure the good TR data is shown by dotted curves, the better by dashed, and
the best by solid curves. The open symbols represent finite element analyses for which no TR
trend was calculated.

Visual Inspection and Analysis of Each Test

Each test was examined as to the crack surface flatness, whether it was in the plane of the
side grooves, the shape of the crack front, and the behavior during the test (arrest, tearing, etc.).
Based on this assessment, it was possible to judge whether the test met the criteria for analysis.
The more the test deviates from the basic criteria, the higher will be the results of the TR
calculations.
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WP-2.6 Thickness Reduction Results
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FIG. 7—Smooth K-from-TR trend (solid curve) and ORNL finite-element crack reinitiation and arrest
analyses (points) versus temperature for WP-2.6.

WP-1.1—1In this first wide-plate test the cleavage portion of the fracture surface left the side-
grooved plane completely early in the crack run and extended at a significant angle (20 to 30°)
into the full thickness part of the plate. There was also evidence of crack branching. During
the ductile tearing the fracture returned to the side-grooved plane in an extremely jagged way,
and the surface did not approach flatness until the crack had almost reached the edge of the
plate. These conditions did not permit a meaningful calculation to be made.

WP-1.2—For this test the out-of-side groove features are substantial, but better than for
WP-1.1. So the test was considered good, and we made a comparison of the K-from-TR trend
to the estimated K, values, which can be seen in Fig. 84 as the dotted curve and solid circles.
This figure shows that all estimates from this test are moderately too high relative to a “lower-
bound.”

WP-1.3—The fracture surface was rough at initiation. Near crack arrest, the crack plane
was nearly in-plane with the side grooves. The results are better than WP-1.2, and Fig. 8a
shows that the K-from-TR trend and the K, estimates are of interest as close to “lower-bound”
behavior.

WP-1.4—This test used a pillow-jack to apply additional pressure to the notch at crack ini-
tiation. There was moderate out-of-side groove behavior and so K, estimates are of question-
able value, but deserve retention as above “lower-bound” values.

WP-1.5—This test closely meets all the criteria for a good analysis and so was classified as
one of the best tests, Symmetry of the TR between the top and bottom of the specimen (Fig.
3d) indicates relatively little deviation of the crack plane from the side grooves, as observed.
As seen in Fig. 8a this test has the lowest K-from-TR values prior to T — RTypr = 110°C. The
K, estimate at the first arrest (T — RTypr = 79°C) is acceptable and agrees well with the K-
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Comparison of WP-1 TR Results with ORNL Data
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Comparison of WP-2 TR Results with ORNL Data
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FIG. 8—Summary of smooth K-from-TR trends (curves) and ORNL elastodynamic generation-mode
crack-arrest analyses (points) for (a) WP-1 series and (b) WP-2 series. The good TR data are given by the
dotted curves, the better by the dashed, and the best data by the solid curves. The open symbols represent
finite-element data for the tests that were disqualified for TR calculations.



376 CONSTRAINT EFFECTS IN FRACTURE

from-TR trend, whereas the K, estimated at the second arrest (T — RTypr = 95°C) is at the
start of tearing, where the TR for reinitiation may elevate the K-from-TR estimate.

WP-1.6—This test was classified as better. Fibrous tearing began at the first arrest (T —
RTwnpr = 78°C). A high degree of symmetry of the TR between the top and bottom of the
specimen indicated relatively little deviation of the crack plane from the side grooves. The X,
estimates at the first arrest are acceptable. The meaning of the estimates at the second arrest
(T ~ RTypr = 103°C) is uncertain because the cleavage areas do not extend to the side
grooves.

WP-1.7—The results for this first 1 50-mm specimen in the WP-1 series were good. The frac-
ture appearance is uniformly rough and out of the side grooves. Therefore, all K estimates are
of doubtful value. These estimates deserve retention only for comparison purposes.

WP-1.8—The top-to-bottom asymmetry in the contours (Fig. 3a) reflect the fact that the
crack plane was curved and 40 mm above the side-grooved plane. No K estimate data for this
plate is acceptable due to this extreme out-of-side-grooved plane behavior.

WP-CE-1—Deviation of the crack plane from the side grooves was relatively small, but the
crack front led strongly near one face producing a slanted crack front. Furthermore, the crack
did not reinitiate and propagate dynamically after the arrest. Slow reloading resulted in a very
large TR at the crack arrest position. Therefore this test was disqualified from the TR
calculation.

WP-CE-2—Deviations of the crack plane from the side grooves was substantial. The results
of this test were classified as good. The K estimates deserve retention for a “lower-bound”
estimate.

WP-2.1—The arrested crack fronts were somewhat slanted and the fracture surface was
slightly out of the side-grooved plane. Therefore, results of this test represent above “lower-
bound” behavior.

WP-2.2—This test meets all the criteria for a good analysis and is therefore the other best
test. As Fig. 85 shows, it represents “‘lower-bound’ behavior.

WP-2.3—The arrested crack fronts were curved and lagged behind on one side. There was
undercutting of the cleavage in the region beyond 7 — RTxpr = 37°C. This places doubt on
subsequent K estimates. The K-from-TR values are increasingly too high above that temper-
ature (Fig. 8)) and the K, estimates do not follow an expected trend. Retain only the K, esti-
mates at the first crack arrest for “lower-bound’ behavior.

WP-2.4—The fracture surface of this test becomes increasingly out-of-plane with the side
grooves. The arrested crack fronts were curved. More importantly, ORNL reports some K,
values higher than K, at the same position. Until a better understanding of these data is avail-
able, this test cannot be analyzed.

WP-2.5—The fracture plane was tilted with respect to the side-grooved plane and the arrest
crack fronts were slanted and lagged on one side. The results for this 100-mm-thick specimen
in the WP-2 series were classified as better. Interpretation of K, estimatesis difficult since cleav-
age is mixed with fibrous fracture across the arrest locations. The K, estimates seem acceptable.

WP-2.6—The fracture plane was acceptably flat, but the lag at the side grooves is consid-
erable. The results of this test are also classified as better. The K-from-TR values are uniformly
high. All K, estimates correspond to above “lower-bound” behavior.

Summary Comparison

The summary comparison for all test series of the K-from-TR calculations with the ORNL
finite-element arrest analyses is given in Fig. 8. The finite element results generally appear
lower than the TR trends, because the TR results are elevated when the fracture behavior cri-
teria for a good calculation are not met. As seen, there is good support for the elastodynamic
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generation-mode analyses from the K-from-TR trends, especially from those that have been
assessed as best, the solid curves. Within the data scatter of the present experiments there was
also no significant effect of plate thickness either on computed K, or on K-from-TR values. In
addition, the K, values from ORNL high constraint tests agree well with the most acceptable
results from the wide-plate low-constraint tests.

Comparison with Data from the Literature

Figure 9 shows some results from the literature for A533B steel. The curves in this figure
come from the following sources. The present calculations supplied the “Average TR trend”
and the “WP-1.5 TR trend” curves, the latter being the best result for the WP-1 series. The
“ORNL curve” is a temperature-dependent fracture-toughness relation for crack arrest, based
on small-specimen data, given by the expression [8-10]

K, = 49.96 + 16.88 exp[0.029(T — RTyp1)] (8)
where the units for K and 7are MPa\/m and °C, respectively. The “LIMIT-ASME SECTION
XI” curve represents the “lower-bound” test data for SA-533 Grade B Class 1, SA-508 Class

2, and SA-508 steel, provided in Section XI, Article A-4000, of the ASME Code [//]. This
curve is given by

Some Crack-Arrest Data for AB33B Steel
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FIG. 9—Crack-arrest toughness data versus temperature for A533B steel from various sources. Average
TR trend is the high temperature average of all WP-1 series curves from Fig. 8a. WP-1.5 TR trend is the
appropriate curve from Fig. 8a, ORNL curve is a curve-fit to small-specimen crack-arrest data. LIMIT-
ASME SECTION XI is the lower-bound provided by section XI of the ASME code. The solid circles are
Sfromthe Cooperative Test Program, the solid squares from the round robin for the proposed ASTM Method
E1221, the solid triangles pointing down are the ORNL finite element arrest analyses from Fig. 8a, the
triangles pointing up are the thermal-shock and pressurized-thermal-shock experiments from the HSST
program at ORNL.
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K, = 29.44 + 1.344 exp[0.026 (T — RTnpr + 88.89)] )
for T-RTypr < 220°

where the units for K and T are MPa\Vm and °C, respectively.

The sources of the data points are as follows. The “COOQOP Program” was a large Cooperative
Test Program [/2] using a test method employing wedge-loaded compact specimens, con-
ducted during 1977-1979, with 29 participating laboratories, to resolve some differences of
approach. The “Round Robin” [13] was conducted during 1983-1985 with 21 participants
to evaluate the proposed ASTM Method E1221: “Standard Test Method for Determining
Plane-Strain Crack-Arrest Fracture Toughness, Kj,, of Ferritic Steels” [/4]. The “WP-1.5”
data are the ORNL finite-element arrest analyses shown before in Fig. 8a. “ORNL TSE” and
“ORNL PTSE” are the crack-arrest data deduced from thermal-shock and pressurized-ther-
mal-shock experiments conducted with large test vessels as part of the Heavy-Section Steel
Technology Program [/5-17]. Itis seen that most of the data fall between the average TR trend
and the ORNL curve. From previous comparisons of K|, values from large tests at ORNL and
small specimen ASTM E-1221 results, constraint does not have a significant effect on X, val-
ues. This is in agreement with the present results. The 100-mm and 150-mm thicknesses used
in the wide-plate tests furnished a significant degree of plane strain constraint only at the lowest
temperatures.

Conclusion

A wide-plate crack-arrest program with 16 tests was carried out over a five-year period. A
quality assessment was made of the fracture surfaces to choose the acceptable tests, i.e., those
in which the crack remained flat, in the plane of the side grooves, and reasonably straight
across the specimen. Measurements of the thickness reduction (TR) trend near the crack plane
for the acceptable tests were converted to fracture toughness and provide good support for the
generation-mode finite-element analyses conducted by ORNL. Best “lower-bound” estimates
can be obtained by including both the fracture appearance and the TR trend values in the
complete analysis.
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APPENDIX

Initial X Value from Initiation Load

The initiation K value tie-point was estimated from the initiation load, the original crack
size, and the specimen dimensions by linear-elastic fracture mechanics equations from the
handbook. The basic equation for the stress-intensity factor of an edge-notched specimen
under tension is [4/]]
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Kr = 0+(2W tanB)'[0.752 + 2.02(a/W) + 0.37(1 — sinB)’]/cosB (A1)

where

B = (x/2)(a/W) (A2)

and a is the crack size while W is the specimen width. The tension stress, o1, corrected for the
effect of the side grooves, is given by

or = P/[W(BB\)'"] (A3)

where P is the applied load, B is the specimen thickness, and By, (0.75 B) is the net thickness
at the side grooves. These expressions give a first estimate of the initiation fracture toughness.
The required data and the result of the calculation for each wide-plate test are presented in
Table Al.

However, it was felt that a correction was needed to the above results because the temper-
ature gradient that was applied across the specimen caused an initial in-plane thermal bending,
as shown schematically in Fig. A1. When the tension load is applied to this bent specimen, it
will straighten it out and thus create a bending moment which will enhance the stress-intensity
factor. This correction was determined as follows.

The “notch-edge” of the test plate was cooled to a temperature of T, and the “crack-
arrest” edge was heated to a temperature of T,,,,. The extent of this temperature control along
the height of the specimen was maintained over a length defined as H,. We assumed that the
temperature gradient was constant between the two edges of the specimen over this region,
resulting in a uniform thermal strain. Hence, the length of the hot edge increased relative to
the cool edge by

AH = H(T e — Thin)e (A4)

where « is the coefficient of instantaneous thermal expansion. As a result, this region of the
specimen will bend through an angle of

6 = AH/W (AS)

TABLE A1 —First estimate of initiation fracture toughness.

Test a, mm W, mm B, mm By, mm P, MN Kr, MPa \/E
WP-1.1 196.9 997 101.5 76.3 20.1 245
WP-1.2 199 998 101.8 77.5 19.0 231
WP-1.3 197 998 99.5 75.4 11.3 140
WP-14 207.5 1000 101.4 76.9 7.95 101
WP-1.5 200 1000 101.7 76.4 11.03 136
WP-1.6 200 1000 101.8 75.5 14.5 179
WP-1.7 202 1000 152.4 114.3 26.2 217
WP-1.8 198 1000 152.4 115.1 26.5 215
WP-CE-1 200 1000 101.7 76.3 10.14 125
WP-CE-2 201 999.5 101.8 76.2 14.6 180
WP-2.1 202.6 1000 152.55 113.9 11.9 99
WP-2.2 213 1000 152.2 113.9 17.0 148
WP-2.3 200 1000 152.1 113.8 15.3 126
WP-2.4 203 1000 101.7 76.3 7.52 94
WP-2.3 199 999 101.3 76.2 7.53 93

WP-2.6 224 1000 152.4 113.9 19:33 175
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FIG. Al—In-plane bending of wide-plate specimen due to temperature gradient.

The length of the pull-plates from the region of temperature control to the pinhole is defined
as H,. We assumed this part of each pull-plate to be at room temperature and unstrained.
However, these parts were tilted with respect to the vertical by an angle of /2, as shown in the
figure. Therefore the vertical between the two pinholes was offset from the centerline of the
specimen. This offset has a maximum at the notch plane given by

d= H#/8 + H8/2 (A6)
Combining Eqgs A4 to A6 gives
d = (Hl/8 W)(HI + 4H2)(Tmax - Tmin)a (A7)

When the tension load is applied to the specimen resulting in the remote stress, o1 given by Eq
A3, the offset leads to a bending moment with an outer fiber bending stress of

o = (6d/VV)0'T (A8)

on the cold tension edge of the specimen. The stress-intensity factor for an edge-notched spec-
imen under pure bending is [4/]

K; = 03(2Wtanp)}[0.923 + 0.199(1 — sinB)*}/cosB (A9)
The best estimate of the initiation fracture toughness is therefore given by the sum
K =K + Ks (A10)

The second term in this equation gives a correction of about 8 to 10% over the first. The fol-
lowing values were the same for all the tests
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TABLE A2—Initiation fracture toughness corrected for bending.

Test Tonin, °C Tpax, °C H,, mm d, mm Kz MPa Vm K;, MPa Vm
WP-1.1 —1198 213.6 3582 18.8 21 266
WP-1.2 —95 205 3448 16.4 17 249
WP-1.3 —1333 233.3 3417 19.9 13 153
WP-1.4 —1333 233.3 3742 21.4 9 173
WP-1.5 —83.3 183.3 3662 15.3 9 145
WP-1.6 —70 180 3554 14.0 12 191
WP-1.7 —70 180 3026 12.2 12 229
WP-1.8 —83.3 183.3 2971 12.8 13 228
WP-CE-1 —83.3 183.3 3262 13.9 8 133
WP-CE-2 —103.3 2133 2923 15.0 13 193
WP-2.1 6.7 273.3 3141 159 7 106
WP-2.2 -2 281 2951 16.0 10 158
WP-2.3 15 265 3074 14.6 8 134
WP-2.4 —10 290 3575 19.9 8 102
WP-2.5 18.3 251.7 3473 15.1 6 99
WP-2.6 -2 281 2931 15.9 13 188

“ For WP-1.4 a pillow-jack was used to apply additional pressure to the notch. The equivalent tensile
load was 4.991 MN, which implied a notch-pressure contribution to the initiation factor of 63
MPa Vm.

a=11X 107%C
H, = 2440 mm

The values of the other quantities in Eqs A7-A9 and the result of the calculation of X, for each
test are presented in Table A2. The value of K, for WP-2.6 is plotted as the cross in Figs. 4 and
S.
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ABSTRACT: Recent J-R curve testing of A302-B plate has shown significant specimen size
effects. If the J-R curves of a material are dependent on size and the larger the size, the lower the
J-R curve, serious questions as to the usability of J-R curve information from nuclear reactor
pressure vessel surveillance programs could arise. It is important, then, to be able to identify the
existence of this phenomenon from J-R curve test records and either correct the data for size
effects or account for this size effect in failure assessments.

Other studies, such as the HSST irradiation work by ORNL and the EPRI-sponsored work by
Westinghouse, have demonstrated mixed results. From a review of all these test results, it appears
that there are two causes of the observed specimen size effects, one due to loss of constraint in
the small specimen and the second due to metallurgical inhomogeneities. One of the objectives
of this investigation was to develop procedures to identify if either of these conditions exists.

Several evaluation models have been applied to determine their usefulness in identifving these
size effects. The models investigated were:

1. The key curve approach.
2. DPFAD (deformation plasticity failure assessment diagram) approach.
3. Load-displacement prediction based on the EPRI handbook.

The following data were analyzed:

1. HSST Irradiation Tasks II and III weld metal compacts.
2. Westinghouse/EPRI RP 1238-2 A508 0.5T to 10T compacts.
3. A302-B piate tests by MEA.

In order for an evaluation method to be useful, the methodology must be able to identify test
results in which the specimen size influences the J-R curve. By using a number of different eval-
uation schemes on test data where a range of sizes and where size effects have been observed, the
effectiveness of the different methodologies can be assessed.

The results of the key curve, DPFAD, and load-displacement methodology predictions were
compared to the test data. When good agreement is seen in one procedure, good agreement is
seen in all procedures. Likewise, when one prediction/comparison looked bad, all the predictions
were bad. However, the DPFAD approach seemed to better highlight the extent of disagreement
than was shown in the other two procedures.

Any one of the procedures investigated could be used to demonstrate that a size effect is present
in a data set. The DPFAD approach seems to best identify the test results from compact speci-
mens which are not J-controlled and can be used when only one specimen size has been tested.
The lack of J-control may be due to incorrect crack measurements during the test, metallurgical
anomalies, or the loss of specimen constraint. The key curve can be used to identify J-R curve
test results within a set which differs from others in the set. It, however, does not appear useful
in identifying specimen size effects if only one specimen has been tested. The load-displacement

! Technical advisor, senior research engineer, and scientist, respectively, Babcock & Wilcox Co.,
Research and Development Division, Alliance, OH 44601.
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procedure can be useful if a specimen exhibits plane strain behavior, but it is not as sensitive as
a measure of loss of J-control growth as DPFAD.

The second objective of the investigation was the development of remedial actions to correct
J-R curve data in which specimen size effects are evident. The DPFAD approach was used to
demonstrate that the various size effects seen with the A302-B plate material could be corrected.
The assessment points from each compact specimen which deviated from the DPFAD curve
were recalculated by increasing the amount of ductile tearing and adjusting the calculated J-R
point via ASTM E 1152-87 test standard such that these assessment points fall on the DPFAD
curve. This has been shown to be equivalent to J-controlled crack growth up to the limit load of
the specimen for displacement-controlled loading.

Conclusions are that for the A302-B plate material, the 1/27 and | T specimens may not be
large enough to produce usable J-R curves for this material.

KEY WORDS: constraint effects, J-R curve, deformation plasticity failure assessment diagram
(DPFAD), load-displacement predictions, key curve, EPRI elastic-plastic handbook, size effects,
ASTM E 1152-87 test standard, A302B material

Recent J-R curve testing of A302-B plate material [ /] has shown significant size effects. The
larger the specimen thickness, the lower and flatter is its J-R curve. If the J-R curve properties
of a material are dependent of the size of the specimen, and the larger the size the lower the J-
R curve, there would be a serious question as to the usability of the J-R curve information
from the nuclear reactor pressure vessel surveillance programs. It is important to be able to
identify the existence of this phenomenon from J-R curve test records and either correct the
data for size effect or account for the size effect in the structural assessments.

Other studies on the effect of specimen size on the measured J-R curve properties of a mate-
rial have demonstrated mixed results. Some German data produced at MPA Stuttgart[2] have
shown a size effect similar to that observed in the A302-B study. Other studies have been per-
formed which have not shown a size effect or have shown that small specimens produce con-
servative results. These include the ORNL irradiation Task 11 and Task 111 studies [ 3] and the
EPRI studies performed by Westinghouse [4] in which specimens from 0.5 to 10 in. thick were
tested.

From a review of these results, it appeared that there may be two causes of the observed
specimen size effects. One of these is due to the loss of constraint in the small specimen and
the second, a metallurgical effect caused by the delamination of the material due to inclusions
which could lead to a loss of constraint in small specimens as well.

The first objective is to determine if one of these two hypothesized causes of the observed
size effects is present. The second objective is to develop analytical procedures to correct the
data if one of the effects has influenced the R curve developed in an individual or group of
tests.

Technical Approach and Data Collection

The technical approach used to accomplish these objectives is summarized as follows:

1. Collect the raw test results from programs which studied the effect of specimen size.
2. Reanalyze the J-R curves from these tests using a common method.
3. Apply several evaluation models to the data to determine if they are useful in identifying
size effects. These models included:
a. key curve
b. DPFAD (deformation plasticity failure assessment diagram)
c. load-displacement prediction based on EPRI handbook
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4. Evaluation of the above models for usefulness.
5. Recommendations on how to correct the data to eliminate these size effects.

The objective of the first task was to collect available J-R curve test data obtained in the dif-
ferent specimen size studies. These data include the HSST Irradiation Tasks II and III, the
Westinghouse/EPRI RP1238-2 test data on specimens from 1/27 to 107, and the A302-B
data obtained by MEA for the NRC. These data were put into digital form as required to facil-
itate the different analysis tasks.

All the data were reanalyzed using the procedures of ASTM E 1152-87. The methods of
analyzing J-R curve test results have been changing over the years since the concept was first
introduced in the early 1970s. Until the adoption of the ASTM Standard Test Method in 1987,
there were a number of different analysis procedures. For the data described above, each of the
onginal investigators used a different procedure to analyze their results. It was necessary, there-
fore, to eliminate this variable before the results from the different programs could be
compared.

The computer code used in the above J-R curve analysis was modified to calculate the nor-
malized load and the normalized displacement values used in the key curve analysis
procedure.

Data Evaluation Methodologies

In order for an evaluation method to be useful, the methodology must be able to identify
test results in which the specimen size influences the J-R curve when only one specimen size
has been tested in the program. The J-R curves determined by the analysis of the data discussed
above have been used to assess the usefulness of a number of different evaluation methodol-
ogies. By using a number of different evaluation schemes on these data sets (in which a range
of specimen sizes have been tested and where size effects have been observed in some of the
data sets while not in others), the effectiveness of the different methodologies can be assessed.

The methodologies that have been evaluated have been the key curve, DPFAD (deforma-
tion plasticity failure assessment diagram), and a comparison of predicted versus actual load-
displacement diagrams. A description of each of these methodologies is as follows:

Key Curve

The key curve method of analysis originally proposed by Ernst et al. [5] assumes the exis-
tence of a universal key curve which is invariant for a given material and specimen geometry.
Ernst showed that for simple geometries such as compact fracture specimens the load and dis-
placement relationship would have the form

PW/Bb = F(A/W, a/W, H/W, B/W, material properties) (1)

where

= applied load,

= load line displacement,
= crack length,
uncracked ligament,
specimen width, and
specimen height.

RS
o
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Herrera and Landes [6] showed that this relation could be simplified to
Py = PW/[Bb’g(b/W)} = H(V,/W) (2)

where

P = specimen load,
P, = normalized load,
b = specimen thickness,
W = specimen width,
b = uncracked ligament,
g(b/VV) — e[o,szzm/w)],
H(V,/W) = function representing the plastic behavior of the specimen.

A plot of Py versus V, defines graphically the functional form for H and is referred to as the
key curve.

Such a key curve can be obtained from the load and displacement information determined
in a J-R curve experiment using the procedures developed by Herrera and Landes. Since the
key curve should be invariant for a single specimen geometry and material, any changes in the
key curve between specimen sizes means that in some way the material has changed properties
and the J-R curve should therefore also change. This could be caused by changes in the
mechanical properties of the material or perhaps by loss of constraint in the specimen if the
loss of constraint changes the effective mechanical properties of the specimen. The key curve
procedure was applied to all the test records collected. The resulting key curves are presented
and discussed in later sections of this paper.

Load-Displacement Curves

Analytical curves based on plane stress and plane strain solutions for the load and load-line
displacement curves were taken from the EPRI elastic-plastic fracture handbook [ 7] to predict
the load-displacement records of each individual J-R curve. The degree of comparison of the
experimental load-displacement records to the analytically determined load-displacement
curves were used to assess the geometric dependence of the specimen size investigated. The
prediction of the load-displacement behavior of a compact specimen can be obtained directly
by using the J-R curve from the specimen test and the EPRI/GE estimation formulae given
by Egs 4 and 5. Given the J-R curve and the initial crack length a,, the crack length associated
with a point on the R curve during the growth process is a = a, + Aa. When J-controlled
crack growth is applicable, the condition for continued crack growth until instability is

J(aP) = Jla — a) 3

This equation gives the value of applied .J associated with the crack length, a. The values of
Jand a are used in

J = fi(a)P*|E’ + ageecch (afb,n)[P/P]" 4)
which is elastic-plastic estimation formulae for a compact specimen. Equation 4 is needed to
solve the corresponding value of applied load numerically using the successive bisection

method [8]. The values of crack length a and load P obtained are then used in

AL = fy(a)P/E" + aeaha/bn)[P/P]" (3
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to calculate the load-line displacement, A,. Repeating this process for the various Ag values
along the J-R curve, a complete load-displacement curve can be determined.

DPFAD Approach

The deformation plasticity failure assessment diagram approach (DPFAD) has been used
extensively to predict both piping and pressure vessel failures [9, 10]. Additional benefits from
the use of this approach are the assessment of J-R curve, geometric or constraint indepen-
dence, and J-controlled crack growth. DPFAD can be used to compare J-R curves versus Jypied
for the different-sized specimens.

The DPFAD procedure utilizes deformation plasticity solutions for cracked specimens and/
or structures (in the format of the CEGB R-6 two-criteria failure assessment diagram) to graph-
ically solve elastic-plastic fracture mechanics problems through the solution of the nonlinear
equation J,iea = Jmaeral fOr the load corresponding to the current crack length and tearing
resistance. The general DPFAD procedure involves the following steps:

The generation of the DPFAD curve from elastic plastic analysis of a flawed structure using
deformation plasticity solutions for a simple power-law strain-hardening matenal based on the
Ramberg-Osgood stress-strain equation:

¢/ep = afap + afa/ao)" (6)
where
oo = o, and ¢ = o, /FE @)

The J-integral response of the structure is given by J,ies Where

Japplicd _ i
¢ K ®)
or
Kr =V G/Japrplicd = _f(Sr) (9)

where S, is the ratio of applied stress to net section plastic collapse stress and
G = Ki/E' (10)

where G = the elastic strain energy release rate.

Equation 9 defines a curve in the K,— S, plane which is a function of flaw geometry, struc-
tural configuration, and stress-strain behavior of the material defined uniquely by a,7 from Eq
6. Since both K, S, are linear in applied stress, the DPFAD curve is independent of the mag-
nitude of applied loading.

The determination of assessment points are based on the ratio of K| (or the square root of
G) of the structure divided by the relevant material property K (or square root of Jic at ini-
tiation of flaw.growth or for stable flaw growth, square root of Jx(Aa), the tearing resistance of
the material) for the ordinate, K, and the ratio of the applied stress (load) to reference (limit
load) for the abscissa, S.. For initiation of ductile crack growth, a single assessment point is
calculated. For stable crack growth, a locus of assessment points are determined by incre-
menting the crack size “a” by “a + Aag” in the calculation of G. For assessing specimen test
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data, the following is needed: [P, a, + Aa, Jx(Aa)]. The position of the assessment point (.5,
K’) relative to the failure assessment curve determines how close the specimen is to the initi-
ation of ductile tearing, as shown in Fig. 1 by the point L}. Since both S, K} are directly pro-
portional to applied load (L), when the load is increased, point L] moves radially from the
origin of the diagram to point L, which is the initiation point of ductile tearing. After initiation
of ductile tearing, the locus of (S, K)) follows the failure assessment curve between the initia-
tion load (L;) and the maximum load point (L,,). This defines the path of stable crack growth.
For displacement-controlled specimens, the path follows the failure assessment curve up to
the hmit load cutoff. For load-controlled specimens, the path will go outside the assessment
curve after the maximum load point (L,,) has been reached, indicating that the structure has
become unstable. To calculate the locus of points which follows the failure assessment curve,
K, and S, are defined by

Kia, + Aa) = VG(a, + Aa)lJ(Aa) (1
and
Sa, + Aa) = P/[Pya, + Aa)] (12)

where P, is the reference limit load for a compact specimen. J, is the experimentally measured
J-resistance curve plotted as a function of slow stable crack growth, Aa. G is calculated as
before from the elastic stress intensity factor (Eq 10) for the current crack length, a, + Aa. The
condition that the assessment points must follow the failure assessment diagram curve is the
same as given by Eq 3.

The first set of experimental data used for validation of the DPFAD approach was taken
from General Electric’s EPRI contract RP601-2 [11], which included tests on side-grooved
compact specimens. Figure 24 illustrates the failure assessment curves for plane strain com-
pact specimens of a/W = 0.625 and 0.750 along with the (S, K’) points calculated from the
test data of the General Electric/EPRI A533B 4T compact specimens. The test results are plot-
ted from the [P, a, + Aa, Jy(Aa)] data sets. The coordinate points (S, K?) were determined
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using Egs 11 and 12, where the applied load is the experimentally measured value and P, is
the plastic collapse stress for a compact specimen for a crack of length, ao + Aa. The limit load
expression used for S, plotted in Figure 24 is based on an expression developed by Rice [12].

The 47 General Electric specimens show consistent deformation J-controlled crack growth
behavior. However, other validation work under EPRI RP 1237-2 [9] looked at the modified
ferritic steel (22Ni MoCr37) obtained from MPA Stuttgart from J-R curves developed at B&W
Alliance Research Center. Three 27" compact specimens of this material were tested and J-R
curves were determined. The equivalent (.S, K}) points were calculated and plotted on the cor-
responding DPFAD. Figure 25, representing one of the compact specimens, was typical of the
results of the other compact specimens tested. In all three specimens after the maximum load
point, the (S, K}) points dropped below the failure assessment curve. Subsequent examina-
tions after the test when the specimens were broken open showed that the crack surfaces were
irregular and that there were many untorn ligaments, out-of-plane crack growth, and non-
uniform crack growth. Physically the material had many laminations, and the crack seemed
to be trying to propagate perpendicular to these laminations. The unloading compliance
method gave crack growth measurements which were in error by as much as 100%. The (S,
K) points which fell below the failure assessment curve were recalculated by changing the
amount of slow stable crack growth in the calculations such that these resultant recalculated
points fell on the failure assessment curve. The resulting “equilibrium Aa’s” were found to be
consistent with the physically measured crack growth made after the specimens were broken
open. For this material the place where the assessment points deviated from the failure
assessment curve was where the measured J-R curves became invalid. Note that it was only
after the specimens were broken open that physical evidence was obtained. This strongly
suggested that the failure assessment curve approach might be useful in detecting the break-
down of the J-R curve due either to the irregular crack growth due to laminations or other
metallurgical anomalies or a breakdown of the experimentally determined crack growth
measurements.

The key curve evaluation methodology is based on similarity of the load displacement
curves for specimens of the same material. The other two procedures, the DPFAD and the
load-displacement curve prediction methodologies, provide measures of J-controlled crack
growth through the satisfaction of J,,pjed = Jinaterial OF

J(a’P) = JR(a - aO)

for the specimen up to the instability point of load controlled or up to the limit load of the
specimen for displacement controlled. In both these evaluation procedures the experimentally
determined J-R curve (/) is used to check J-controlled crack growth through the utiliza-
tion of the EPRI/GE estimation formulae to predict the response of the specimen in terms of
load versus load-line displacement for the load displacement method and through comparison
of the assessment points (.5, K7) to the failure assessment diagram curve (S, K,).

The measurement of constraint for these two methods is limited to the required assumption
of plane strain versus plane stress, the two extremes of constraint. The actual constraint of a
specimen can only be determined through detailed finite element analysis of three-dimen-
sional cracked compact specimens loaded under elastic-plastic conditions. The significance of
J-controlled crack growth is that the J-R curve obtained from fully yielded specimens will be
the sani€ as the J-R curve from specimens with limited yielding (small-scale yielding). For J-
controlled crack growth, the J-R curve will be independent of thé crack configuration and be
a material property.
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General Results of Data Evaluations

A selected set of the data evaluations are presented in Figs. 3 through 15. The data evalua-
tions presented were selected as being representative of those performed. The results from the
A302-B evaluation are presented in Figs. 3 through 7. In Fig. 3, ten J-R curves obtained from
the analysis of the MEA A302-B data are shown. These curves show the extreme size effect
which initiated the size effect concern. The 6 T results are substantially below the 1/2T and the
1T results. The 27 and the 47 results are spaced between the smaller specimen results and the
6 T results. The data are well ordered with specimen size with the highest J-R curves from the
smallest specimens and the lowest from the largest 67 specimen. The key curves are plotted
in Fig. 4. There is not a single key curve for these data but rather a separate curve for each of
the specimen sizes tested. In Figs. 5 through 7 the DPFAD and the load-displacement curve
evaluations of the A302-B data are presented. For all the specimen sizes the test results do not
fall on the failure assessment curve or on the predicted load-displacement curve.

The results from the analysis of the HSST data are shown in Figs. 8 through 11. Figure 8 is
a presentation of the J-R curves for the specimens, which ranged in size from 1/2 to 4 in. These
J-R curves are quite different from the A302-B curves in that although they are ordered by
specimen size, the smallest specimens have the lowest curves and the largest specimen pro-
duced the highest curve. The key curves which are presented in Fig. 9 show the same curve for
all the specimen sizes with the exception of the 1/27 specimen, which produced a totally dif-
ferent key curve, much higher than that produced by the other specimens. A possible expla-
nation for this is that the 1/27 specimen is made entirely of weld metal and the weld metal is
much stronger than the base metal. Figures 10 and 11 present the DPFAD and the load-dis-
placement predictions. The test results follow very closely the predicted results in both the
DPFAD and the load-displacement predictions.

The results of the analysis of the Westinghouse data are presented in Figs. 12 through 15.
The J-R curves are displayed in Fig. 12. There is no obvious size effect in these J-R curves. It
appears that the 4T experiments may have been conducted to a longer crack extension than
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T

should be considered valid for a deformation J analysis because the J-R curves are starting to
curve down. The key curves in Fig. 13 show a similar effect. All the specimen sizes appear to
have produced the same key curve. The information presented in Figs. 14 and 15 continue the
same trends seen in the other figures. From both the DPFAD and the load-displacement anal-
ysis standpoint there does not appear to be a size dependency in these data.

Discussion of Results

Comparison of the various test results for the three material categories:

1. MEA A302B plate tests.
2. Westinghouse A508 0.5T to 10T compacts.
3. HSST weld metal compacts.

were made through comparisons of the various Jy curves, key curves, DPFADs, and load-dis-
placement curves.

In all of the figures, only J, results are shown. The J,, results are almost identical to the J,
results showing the same trends and effects.

For two of the comparison methodologies, the DPFAD and the predicted load-displace-
ment curves, a knowledge of the true stress-true strain behavior as measured by the Ramberg-
Osgood stress-strain relationship is required. Of the various J-R curve data sets evaluated, only
for the MEA A302B and the Westinghouse A508 materials were the Ramberg-Osgood con-
stants, a,#, obtained directly from a tension test. The a,n constants for the HSST data set were
determined using the Bloom [9] approximation from estimates of the engineering yield and
uitimate strength of the material. This approximation assumes that the plot of true stress ver-
sus true plastic strain on a log-log scale is linear between the true yield strength and true ulti-
mate strength.

For the DPFAD procedure and the predicted load-displacement method, the extremes of
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constraint—plane stress and plane strain—were determined, resulting in two lines on the
plots. The DPFAD curves were relatively insensitive to constraint effects as measured by plane
strain versus plane stress predictions, while the predicted load-displacement plots are
extremely sensitive to the constraint assumptions. These trends occur for all material data sets.
The cutoffs, vertical lines at the maximum value of S,, for the DPFAD curves were conser-
vatively based on the ratio of engineering ultimate and the yield strength. These cutoffs should
have been based on true ultimate strength, resulting in a shift of the cutoff.
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The plane strain predictions of the load-displacement curves in general overpredict the mea-
sured load-displacement. The trends of the assessment points (S, K}) are quite similar for
A302B plate as the MPA material discussed earlier and shown in Fig. 2b. In this earlier work
the condition was due to laminations and inclusions in the material, which resulted in uneven
crack extension and unbroken ligaments on the fracture face. In the A302B material, the
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delaminations could produce a reduction of effective thickness with a resulting loss of con-
straint of the specimen.

The key curves for the A302 data are size dependent. There is a separate key curve for each
of the specimen sizes tested. This is not the case for the other two materials. All of the key
curves for these materials fall in tight groups with the exception of the 1/27 data in the HSST
data set. For this specimen, the key curve was significantly higher than for the other specimens.
The DPFAD and the load-displacement predictions for this specimen were not as good as for
the other specimens in the data set.

When the results of the key curve, DPFAD, and load-displacement predictions methodol-
ogies are compared for the material data sets and when good agreement with the predictions
of one procedure is seen, good agreement is seen in all the procedures. Likewise, when the
prediction looks bad, all the predictions look bad. However, the DPFAD approach seems to
better highlight the extent of disagreement shown in the other two procedures, This is seen best
with the Westinghouse A508 specimens where the 107 specimen is in excellent agreement
with the DPFAD curve, while the agreement between load-displacement prediction and the
measured load-displacement is not as good. The 47 DPFAD curve plot (Fig. 14) suggests that
a plane stress constraint condition may be valid, while the load-displacement plot shows excel-
lent agreement with a plane strain assumption. The 17 again better correlates with theory for
the DPFAD.

Any one of the procedures could be used to demonstrate that a size effect is present in a data
set and perhaps be able to identify if it is due to metallurgical or specimen constraint effects.
The DPFAD is, however, the only procedure evaluated in which the size effect can be identi-
fied when a single specimen is tested. In addition, it appears that the DPFAD can also be used
to identify the observed size effect, which is due to loss of specimen constraint or metallurgical
effects. This can be seen by observing the DPFAD plots presented in Figs. 5 and 11. The size
effect seen in Fig. 5 is due to metallurgical reasons, while that in Fig. 11 is due to loss of
constraint.

The HSST data set represents the type of data to be evaluated in nuclear reactor pressure
vessel surveillance programs. The material in HSST data set is identical to some of the material
in surveillance programs. The surveillance program data do not show the type of size effect
seen in the MEA A302B data. The only size effect observed is that when the specimen gets very
small it produces conservative results. No test information to date has been observed which
would question the usability of the J-R curves obtained in surveillance programs for evalua-
tion of the NRC low-upper shelf toughness issue.

Results of the Application of a Corrective Procedure

The second objective of the investigation was the development of a corrective procedure for
J-R curve data where specimen size effects are evident. The DPFAD approach was used to
demonstrate that the various size effects seen with the A302B plate material could be corrected.
The first step in the corrective procedure is the identification that there is a size effect probiem.
This has been discussed in the preceding sections.

The J-R curves for the uncorrected data are shown in Fig. 16. Note that the smaller the
specimen as measured by thickness (7'), the higher the J-R curves with the 6 T compact lower
bounding the J-R curves, Duplicate specimens for the 1/27, 1T, 2T, and 4T are not shown
for clarity, but the trends are similar to those shown in Fig, 16.

The DPFAD approach first consists of plotting load, Jz, Aa in terms of the K7, S, coordinates
from the test data on a DPFAD curve generated for plane strain compact specimens with cor-
responding a/ W ratio (at crack initiation) using the best fit «,n, material properties found from
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tension tests. Figure 17 through Fig. 21 present the J-R curve data in terms of (K/, S!) data
pointsforthe 67 (V101),47(V102),2T(V108), 1 T(V112),and 1/2T(V113)specimens. Note
that in all cases, the (K], .S)) points eventually deviate from the DPFAD curve (K,,S,). The
points which deviated from the DPFAD curve were recalculated by adjusting Aa and recal-
culating J,, value using the ASTM E1152-87 test standard such that the K7, S’ point now falls
on the DPFAD curve. This is equivalent to J-controlled crack growth through the satisfaction
Of Joppies = Jmareriat OF J(a,P) = Jr(a — a,) up to the instability point for load controlled spec-
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FIG. 17—DPFAD 6T (V101 uncorrected.
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FIG. 18—DPFAD 4T (V102) uncorrected.

imens or up to the limit load of the specimen under displacement control. The limit load of
the specimen is independent of size and only a function of the ratio of flow stress to yield
strength when plotted on a DPFAD plot. The flow stress was taken as the average of the yield
and ultimate strengths. The result is a vertical cut off or limit load line at approximately S, =
1.20 for the A302B plate material. This approach is consistent with recent work by Hu and
Albrecht [13,14]. The corrected DPFAD points are shown replotted in Fig. 22 through Fig.
26 for the 6T, 4T, 2T, 1 T and 1/2T specimens. Note that the (K, S7) points of specimens of
2T, 1T and 1/2T at some point exceed the flow stress defined limit load (S, = 1.2).
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FIG. 19—DPFAD 27T (V108) uncorrected.
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FIG. 20—DPFAD IT (V112) uncorrected.

The points which exceed the flow stress defined limit load of the specimens are hypothesized
as not being relevant to the material toughness of the A302B plate and, therefore, only those
points less than .S, = 1.2 were plotted in the resulting corrected J-R curves shown in Fig. 27.
Note that the corrected J-R curves now all fall on each other almost independent of the spec-
imen thickness (7'). In the case of the 1/27 and 17 specimens, the J-R curves do not extend
beyond the blunting line of the 27, 47, and 6 T specimens.

As a further check on the validity of this approach, the final measured crack length deter-
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FIG. 21—DPFAD 0.5T (V113) uncorrected.
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FIG. 22—DPFAD 6T (V101) corrected.

mined after each specimen was broken open (optical measurement) was compared to the cal-
culated crack growth for “equilibrium” for each specimen {DPFAD value) and the unload-
ing compliance value. Table | presents the results of these comparisons. From the results
given in the table, it can be seen that the agreement between the final measured crack
lengths and the calculated DPFAD values is much better than the unloading compliance
values.
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FIG. 23—DPFAD 4T (V102) corrected.
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Conclusions

Based on the results of the analyses of the four sets of test data, the following conclusions
can be made.

1. The DPFAD methodology seems to best identify the test results from the compact spec-
imens which are not J-controlled. The lack of J-control may be due to incorrect crack
length measurements during the test, metallurgical anomalies, and loss of specimen
constraint.

1.2
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sr
FIG. 25—DPFAD IT (V112) corrected.
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FIG. 26—DPFAD 0.5T (V113) corrected.

2. The key curve methodology can be used to identify J-R curve test results within a set
which differ from the other results in the set. It does not appear useful in identifying spec-
imen size effects if only one specimen size has been tested.

3. The predicted load-displacement curve methodology can be used if a specimen exhibits

plane strain behavior, but it is not as sensitive a measure to loss of J-control as the
DPFAD.

0 20 40 60 80 100
DELTA a (mm)

FIG. 27—Jy curves for 302B plate—corrected.
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TABLE |—Verification of DPFAD methodology for A3028 plate.

Final Crack Size, Aa

Specimen Optical Unloading
Thickness Measurement, in. Compliance, in. % Difference DPFAD, in. % Difference
6T 341 2.96 —-13.2 3.31 +2.9
4T 2.32 2.01 —~13.4 2.39 +3.0
2T 1.12 0.97 —~134 1.21 +8.0
IT 0.51 0.49 -39 L A
0.5T 0.27 0.25 —7.4 L LLE

NoTe: | in. = 2.54 cm. )
“ DPFAD values not given due to the truncation of the Jg curves at limit load for the [T and 0.5T
specimens.

4. J-R curves determined from small specimens fabricated from weld metals of the type
tested in the HSST program appear to produce correct or conservative results.

5. For the specimens of the A302B data set, the 1/27 and 1 T specimens may not be large
enough to produce usable J-R curve for this material. The resulting nearly flat J-R curve
shown in Fig. 27 can be used for the prediction of flaw instability in thick walled reactor
vessels for A302B material.

6. In general, it appears that the DPFAD approach might be useful in correcting J-R curve
data to account for specimen size effects due to metallurgical inhomogeneities.
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ABSTRACT: If the plastic component Jpp of the deformation J integral Jj, for a nongrowing
crack can be related, via a single eta factor, to the plastic work integral, using a single expression
that is valid for all deformation levels, both J, and modified J integral J,, crack growth resistance
curves can be obtained from load, load-point displacement, and crack extension measurements
using a single specimen. A theoretical analysis of a simulation model shows that the compact
tension specimen, where the deformation is predominantly bending, satisfies this condition; it is
not satisfied when there is significant tensile deformation. It is thereby argued that compact ten-
sion specimen Jy, (or Jp) resistance curves provide an ideal basis for assessing the susceptibility
of a material to thickness-induced constraint effects.

KEY WORDS: crack growth resistance, constraint, compact tension, J-integral, thickness and
geometrical effects

When assessing the integrity of a cracked engineering structure, the usual practice is to com-
pare the structure’s crack driving force curve with the material’s crack growth resistance curve
as obtained from small laboratory specimens. The resistance curve is usually expressed in
terms of the deformation J integral J,, though there is a growing tendency in some quarters to
use the modified J integral J,, [1,2] to characterize the resistance curve. A key issue relevant
to such an assessment is the effect of constraint on the crack growth resistance, and especially
the effect of the thickness dimension in the case of a through-thickness crack. In assessing a
material’s susceptibility to thickness effects via laboratory test methods, it is not easy to make
a clear assessment since the underlying methodology upon which the determination of the
crack growth resistance is based often depends on various simplifying assumptions.

It is against this background that this paper’s overall objective is to strive for a procedural
approach that will allow the effect of thickness on a material’s crack growth resistance to be
assessed unequivocally. Thus the paper examines the behavior of a simulation model of the
compact tension specimen where the deformation is primarily bending, and, by analyzing the
two behavioral extremes of small-scale yielding and extensive yield, shows that the compact
tension specimen characteristics are such that both J;, and J,, crack growth resistance curves
can be obtained from load, load-point displacement, and crack extension measurements using
a single specimen, via expressions that are applicable across the complete spectrum of defor-
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mation levels. As demonstrated in the paper, this is not the case when the test procedure
involves significant tensile deformation. This conclusion is used as a basis for arguing the mer-
its of using compact tension Jy, (or Jp) resistance curves to assess the susceptibility of a material
to thickness effects. By so doing, however, we do not imply that the effect of thickness will be
the same with a primarily tensile loading configuration.

Background Theoretical Considerations

There are obvious merits in being able to obtain a material’s crack growth resistance curve
from load, P, load-point displacement, A, and crack extension measurements using a single
laboratory specimen, As a basis, it is necessary to have a reliable expression for the deformation
J integral J, for a nongrowing crack in terms of P, A, and crack size, a. Recognizing that J,
can be separated into an elastic component .J;, which is directly related to the stress intensity
factor X, and a plastic component J,,, while A can also be separated into elastic (Az) and
plastic (A,) components, it is important to have an expression for Jp, for a nongrowing crack
in terms of P, A,, and a. Consequently, there has been extensive discussion, during the last
decade, of the description of J,,, for a nongrowing crack using the energy and complementary
energy integrals and a relation of the form

n 4 Ne fp
J = — — 1
bp J; Pd A, + . A, dP (1)

where B is the thickness of the configuration under consideration, with Mode I plane defor-
mation being assumed. When such a description is used, it is implicitly assumed that it is appli-
cable for all levels of deformation, from small-scale yielding to extensive yield at limit load
conditions, with n and 7. being eta factors having dimensions length ', but are independent of
the thickness B and the level of deformation.

It has been demonstrated elsewhere [ 3,4] that if J,, is to be given by Eq 1, so that a two eta
factor J,, description, that is, 5 # 0, 5, # 0, for a nongrowing crack is appropriate, then 4,
must be expressible in the functional form

Ap = p(a)H{P¥(a)) 2)
where ¢ and ¢ are functions of the crack size a, and any other geometrical parameters of the

configuration, but not of the load P. The eta factors # and 7, are then given [4] by the
expressions

1 d¥
n=3 9.
v
4 3)
_ldy

Most importantly, however, it has been shown [4] that the functional form (Eq 2) is possible
only when the solid’s geometry involves a single length parameter, that is, the ligament width
b or crack size a, apart from the thickness B. The implication is that a two eta factor J,,» descrip-
tion of the form (Eq 1), applicable for all levels of deformation, is strictly accurate only when
the solid has a single length parameter; examples are bending of a small remaining ligament
(width b) when 4 = 2/b, 5. = 0, and tension of a small remaining ligament between two deep
cracks when = 1/b, 5, = —1/b. A Jpp description of the form (Eq 1) is also possible for the
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two separate situations of small-scale yielding and extensive deformation at limit load condi-
tions, though the eta factors are in general different for these two cases.

Ifa two eta factor J,,» description is used for more general situations, that is, for the complete
spectrum of deformation levels and for a configuration with more than one length parameter
other than B, the description must be viewed as giving only an approximate value for J,,.
Notwithstanding, if Eq 1 is used for J,,, for a nongrowing crack, both Zahoor [3] and Ernst [5]
have show that J,, for a crack that grows from a length g, to a length a, is given by the
expression

1 [ 1 rr
JDP—I_?J:) "PdA"+EJ; 7. A, dP @)

a 1 a
+ f Jodn. — n + ) da + Ef nd{m — m)P 4, da
ap ag

with n; = (v — n)/(n — n.) and n, = 7//y., where the primed quantities are total derivatives
with respect to a; Jp, within the integral sign in the third term on the right-hand side of Eq 4
is given by Eq 1. Thus Eq 4 allows J,, (and consequently J, = J; + J,,,) for a growing crack
to be obtained from P, A, (and consequently A = A, + A,), and crack extension measure-
ments using a single specimen, provided that 5 and 7, are known.

As indicated at the beginning of the paper, there is a growing tendency in some quarters to
use the modified J integral J,, [1,2]. A strong argument [/] for using J,, rather than J,, to
characterize crack growth is that it always satisfies the Rice condition that the rate of increase
of the characterizing parameter must not be a function of the rate of increase of crack length.
Furthermore, it has been demonstrated that, in some cases presumably where the material is
not especially sensitive to constraint effects, much of the geometry dependence of a material’s
crack growth resistance curve is removed when the curve is expressed in terms of J,, rather
than Jj,. For example, with the use of J,,, data from proportional compact tension specimens
of A508 steel differing 20 times in size have been successfully correlated [6,7] with crack
growth up to 40% of the initial uncracked ligament (with the smaller specimens). A reduced
geometry dependence of the crack growth behavior has also been observed in more recent
studies [8,9] involving other materials and primarily plane stress loading conditions. If J,, is
separated into its elastic (J;) and plastic (J,,») components, J,,» for a growing crack is given by

the relation [/]
210,
Jur=dw— | [ j] da (5)
4 a |

with the first term on the right-hand side being given by Eq 4 and the J,, within the integral
being given by Eq 1, presuming a two eta factor J,, description to be appropriate. Using Eq 5
as a definition for J,,», Ernst [5] has presented the full details of an analysis that leads to the
following expression for J,,,

J —[lf" Pd A +ifp AdP}—i ’ A(f) d ©6)
=B " I BaompaaApa

Zahoor [3] has also quoted a result for J,,, that is different to that given by Eq 6 in that his J,,»
expression does not contain the last term in Eq 6. However, he does not present the details of
his analysis; one of the authors (E. Smith) has checked the Ernst J,,» analysis very carefully,
and, believing it to be correct, is therefore supportive of the Ernst J,,, formulation rather than
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the Zahoor J,,, formulation. With Eq 6 for Jy,, it is difficult to see how this can be used as a
basis for obtaining J),» from P, A, and crack extension measurements from a single specimen;
this is due to the presence of the function (8P/da) A, within the third term.

In a situation where it is possible to represent J, satisfactorily via a single eta factor with 5,
= 0, that is, J,,, for a nongrowing crack is given by the expression

J "prPdA %
2= B Jo ’

then Eq 4 for J,,, for a growing crack simplifies to

1 Ap a
JDP:*I ﬂPdA,,_f ‘Y.]Dpda (8)
B Jo

ag

where ¥ = 5 — (4/n), with J,, within the integral sign being given by Eq 7. Furthermore, Eq
6 for Jy, for a growing crack simplifies to

L[
=5 | npda, )

or, by using Eq 8, to

a

Jup = Jpp + f vJor da (10)

0

Inspection of Eq 9 shows that, unlike the case where 1, # 0, Jy,» can be obtained from P, A,
and crack extension measurements using a single specimen. There is therefore obvious merit
in being able to represent J,, for a nongrowing crack via a single eta factor, that is, ¢ = 0, for
then both J;, and J,, crack growth resistance curves can be obtained from load, load-point dis-
placement, and crack extension measurements using a single specimen, via expressions that
are applicable across the complete spectrum of deformation levels. It is against this back-
ground that the next section examines a model that simulates the behavior of a compact ten-
sion specimen.

Analysis of a Simulation Model of a Compact Tension Specimen

Ernst, Paris, and Landes [ /0] showed that with the compact tension (CT) specimen geom-
etry, the P-A, records approximately collapse into a single record if the following functional
relation is used for A,

PW

—_— (11)
Bl exp [%ﬁ]

4,
WH

where Bis the thickness, Wis the distance between the loading points and the back free surface,

b = (W — a) is the remaining ligament width, a is the distance between the loading points
and the crack tip, and « is a constant with the value 0.522. By reference to Eq 2, it immediately
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follows that adoption of the functional Eq 11 allows for a two eta factor representation of Jpp
for a nongrowing crack. Comparison with Eq 2 gives

=W

v-—2% (12)
ab

2 ab
Bb exp l W]

whereupon the relations in Eq 3 show that the two eta factors 7 and », are

1dv 1 ab 1 b
n —E%‘=B<2+"W)—B<2+O.Szzw>
(13)
ld(p_

The resulting J,,, expression, in fact a single eta factor description, is the ASTM standard rep-
resentation [ /7] for the compact tension specimen geometry.

The simulation model of a compact tension specimen upon which this section’s consider-
ations are based is shown in Fig. |, where a semi-infinite solid of thickness B in the direction
of the figure normal contains a very deep crack such that the remaining ligament width is b,
the solid being subjected to tensile loads P that are applied at a distance W from the right-hand
free surface (W = b — q). With this model, which has been used by Merkle and Corten [/2]
and also Ernst [ /3], the presence of all surfaces in the CT specimen, other than the back free
surface, are ignored. The model has also been used by the author [7/4] in some preliminary
considerations of the CT specimen characteristics; these considerations provide the spring-

P

<

]
Lo

FIG. | —The simulation model of the compact tension specimen geometry.
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board for the present study. It is worth mentioning that it is not necessary that # should be
greater than b, and consequently the model can be used, with W < b, to examine situations
where the remaining ligament is subjected to tensile deformation.

In addressing, for a nongrowing crack, the extensive deformation situation, let P; be the
limit load corresponding to the behavior of perfectly plastic material; that is, the tensile stress
ahead of the crack tip is ¥ up to the point of stress reversal when the stress becomes compres-
sive with magnitude Y (Fig. 2). Now Jp, can always be expressed as [15]

1 A /ap
Jor =% f (a—b)wmﬂ (14)

simplifying, in the case of very large deformations, to

A, dP;
=& 15
Jor = 5~ (15)
But, again, for very large deformations
Ap
f PdA, = P, Ap (16)
0

whereupon it follows from Eqs 15 and 16, by elimination of Ap, that J,, can be expressed in
the form

LT
JD,,=—Lf Pda, (17)
B Jo

P.

FIG. 2—The extensive deformation situation: stress distribution across ligament.
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with 7,, the eta factor appropriate to the large deformation situation, being given by the
expression

Lap,

= 1
N P, db ( 8)

The limit load P, is readily determined, via a very simple analysis [ /2], by reference to Fig. 2,
with 4 being the distance of the stress reversal point from the back surface. Force and moment
equilibrium conditions are satisfied if

P, = BY(b — 2h)

(19)
PW = %/(b2 — 2/
whereupon elimination of / gives
L. VbH + QW — b)Y} — QW — b) (20)
BY
It then follows by reference to Eq 18 that
1 2
=2 21
3 b + (21)

/(8] +(2-2)

a value that was also obtained by Merkle and Corten [/2] using limit load considerations.
Ernst [13] also used limit load considerations but compromised them in using different liga-
ment deformation assumptions to those used by Merkle and Corten; he consequently obtained
a slightly different #, value to that given by Eq 21.

Now consider the other extreme of small-scale yielding. In this situation, Irwin’s method for
modifying the crack length by accounting for localized plastic deformation shows [ /6] that Ap
is proportional to P°. J,,, can then be expressed in the form

T
=1 22
Jor 3 fo Pd A, (22)

Furthermore, the small-scale yielding analysis [/6], which is applicable to all configurations,
gives 7, in the form

o, v vt d
n=t35wm %) T Tagia

(G (23)
if the stress intensity factor K| is expressed in the form K, = PG, G being a function of the
geometrical parameters of the configuration. For the configuration in Fig. 1, the function G is
given by the expression [17]
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7.044 | W
G = - — 0.368] 24
BVrb [ b (24)

whereupon it follows from Eq 23 that

b
) {1 ~ 0.1237,/]
p=a—— (25)

b b
[1 —0.368 W}

The results for n, (Eq 21) and 7, (Eq 25) are shown in Table 1 for the range of values b/ W
= 0 to /W = 2, and they are compared with the values obtained from the ASTM Test
Method for Determining J-R Curves (E 1152-87) for the CT specimen, that is, Eq 13, remem-
bering that this relation is supposed to be valid for all levels of deformation. The difference
between the 5, and 7, values is less than ~5% up to b/ W = 0.8, and both sets of values are in
close accord with the ASTM 7 value over the same range. These results therefore suggest that
for b/ W << 0.8, a single eta factor representation for Jp, is appropriate for all levels of defor-
mation, and that the ASTM E 1152 eta value is a very accurate description. Furthermore,
inspection of the results in Table 1 shows that with larger values of b/ W, that is, 1.5 and 2.0,
when the remaining ligament is subjected to a predominantly tensile loading, a single eta factor
Jpr representation that is valid for all deformation levels is not possible; such a representation
1s possible only when the deformation is primarily bending.

The preceding considerations for the CT simulation model have been with regard to a non-
growing crack. When J, for a nongrowing crack can be expressed in terms of a single eta factor
(n), general expressions for J,» and Jy, for a growing crack are given by Eqs 8 and 9, respec-
tively; the latter involves only the parameter 7, but the former also involves the parameter y
= n — (4/n), where %’ is the total derivative of n with respect to a. We therefore need to deter-
mine the values of y for the extensive deformation (v, ) and small-scale yielding (v,) situations.
As regards the former, v, is given via Eq 21 as

TABLE 1—n, (extensive deformation) and y (small-scale
vielding) values for a nongrowing crack, together with the ASTM
standard E 1152 n value.

b

w by, b, by, ASTM
0 2.000 2.000 2.000
0.1 2.051 2.051 2.052
0.2 2.104 2.106 2.104
0.3 2.159 2.165 2.157
0.4 2213 2.230 2.209
0.5 2.265 2.300 2.261
0.6 2.313 2.377 2.313
0.7 2.355 2.462 2.365
0.8 2.387 2.556 2.418
0.9 2.407 2.659 2.470
1.0 2414 2.777 2.522
1.5 2.265 3.638 -

20 2.000 5712
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I df]
-1 — ¢+ | — ¢+ =
Yo = 771,+—_db—= N (26)
RN (e
2 2

with ¢ = b/W. As regards the small-scale yielding situation, v, is given via Eq 25 as

1 20 N¢?
— 1 + —_ - T
vl
Ul e i 27)

s [1 _ e Ne J

with A = 0.368. The results for v, (Eq 26) and v, (Eq 27) are shown in Table 2 for the range
of values from b/W = 0 to bW = 2. They are also compared with the value that has been
used [6,7,9] for the CT specimen, this value is based on the ASTM E 1152 expression for 7,
that is, Eq 13, and is obtained by using the relation v = n — ('/n) and taking the first two
terms in the resulting expression, that is

7=1(1 +0.76~b—> (28)
b w

The difference between the v, and v, values is less than ~5% up to b/ W = 0.5, and, over the
same range, both sets of values are in accord with the v value obtained from the ASTME 1152
n value. Thus, for b/W << 0.5, these results, together with the 5 results (Table 1), suggest that
Jppand J,,, for a growing crack can be expressed via Eqs 8 and 9, respectively, using n and vy
values that are applicable for all levels of deformation. Furthermore, inspection of the results
in Table 2 shows that, as is the case with 7, for larger values of b/ W, that is, as the ligament
loading becomes progressively more tensile, it is not possible to have a Jp, expression that

TABLE 2—~ (extensive deformation} and v (small-scale
vielding) values for a growing crack, together with the value
obtained from the ASTM standard E 1152 n value.

b by
w by, by, (ASTM)
0 1.000 1.000 1.000
0.1 1.076 1.078 1.076
0.2 1.156 1.161 1.152
0.3 1.234 1.250 1.228
0.4 1.310 1.350 1.304
0.5 1.378 1.461 1.380
0.6 1.431 1.583 1.456
0.7 1.465 1.717 1.532
0.8 1.476 1.863 1.608
0.9 1.460 2.030 1.684
1.0 1.414 2.218 1.760
[.5 0.931 3.650 e

2.0 0.500 7.180
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retains the same v value for all deformation levels; such a representation is possible only when
the deformation is primarily bending.

Discussion

The paper has argued the merits of being able to relate the plastic component Jp, of the
deformation J integral J,, for a nongrowing crack, via a single eta factor, to the plastic work
integral, through a single relation which is valid for all deformation levels. For then, both J,
and J,, (modified J integral) crack growth resistance curves can be obtained from load, load-
point displacement, and crack extension measurements using a single specimen, irrespective
of the deformation level. In terms of strict accuracy, this behavior pattern is possible only for
the situation where a very small ligament is subjected to bending deformation. However, the
results from this paper’s theoretical analysis of a simulation model suggest that the character-
istics of the compact tension specimen geometry are such that, provided the b/W ratio is
< 0.5, J, for a growing crack can be expressed in terms of » and « factors and J,, in terms of
an 7 factor, with these factors retaining the same values for all deformation levels; such a rep-
resentation is not possible as the ligament deformation becomes progressively more tensile,
that is, as b/ W increases.

The theoretical results therefore underpin the usefulness of the compact tension specimen
geometry, with /W << 0.5, when its use is coupled with a J crack growth methodology,
whether this be based on J, or J,,. If one does accept the view, for the reasons quoted at the
beginning of this paper, that J,, provides a more satisfactory characterization of a material’s
crack growth resistance, then this paper’s results would suggest that a J,, crack growth resist-
ance curve can be obtained from load, load-point displacement, and crack extension mea-
surements using a single compact tension specimen, with the confidence that the underlying
methodology upon which the determination of the crack growth resistance is based is reason-
ably reliable; the same cannot be said for the case where the test procedure involves significant
tensile deformation. Thus compact tension J,, resistance curves can be used to assess a mater-
ial’s susceptibility to thickness-induced constraint effects, and in particular the effect of
increasing thickness B lowering its crack growth resistance. One example is that J,-Aa crack
growth resistance curves are seemingly geometry independent, with proportional compact
tension specimens of A508 steel differing 20 times in size [6,7]; this would suggest that the
microstructure is such that this steel is not particularly susceptible to constraint effects, at least
when the thickness exceeds a certain value. At the other extreme, the Ji~Aa crack growth
resistance curves, as obtained from compact tension specimens with varying dimensions, of a
particular heat of A302-B steel are very geometry dependent [ /8] in that the Jy-Aa curve slope
is progressively reduced as the specimen thickness B increases, until the curve is essentially
flat. This result has been explained [ /9] in terms of the effect of constraint on the “early-stage”
growth of manganese sulfide induced splits oriented in the crack growth direction.

Conclusions

1. The paper has argued the merits of being able to relate the plastic component J, of the
deformation J integral J,, for a nongrowing crack, via a single eta factor, to the plastic
work integral, through a single relation that is valid for all deformation levels.

2. Jp and modified J integral J,, crack growth resistance curves can then be obtained from
load, load-point displacement, and crack extension measurements from a single speci-
men, using geometrical factors ( and ) that are independent of the deformation level.

3. A theoretical analysis of a simulation model shows that the characteristics of the compact
tension specimen, with b/ W < 0.5, follow this behavioral pattern.
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4. These conclusions have been used as a basis for arguing the merits of using compact ten-
sion specimen Jy, (or J,) resistance curves to assess the susceptibility of a material to con-
straint effects.
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Introduction

In order to characterize stable crack extension, the crack growth resistance curve (R-curve)
is usually measured using simple laboratory specimens. Due to the relatively high toughness
of modern materials, R-curve tests have to be conducted under net section yielding conditions,
far beyond the small-scale yielding regime where K is a proper correlation parameter for stable
crack growth.

Various candidates of correlation parameters have been proposed for the elastic plastic and
fully plastic regimes such as the J-integral [1], the crack tip opening displacement (CTOD)
[2,3], and the modified J-integral [4]. However, there is a major problem which restricts the
practical use of R-curves obtained from laboratory specimens: R-curves frequently depend on
the size and geometry of the specimen. This means that R-curves obtained from simple stan-
dard specimens generally do not reflect the behavior of cracks located in real, geometrically
complex structures.

The reasons for size and geometry effects are not fully understood. A physically sound phi-
losophy which allows a comprehensive interpretation of experimentally observed size and
geometry effects is not available. In order to contribute to a better understanding of this prob-
lem, the authors set up an experimental program which was guided by the ideas outlined
below.

Fracture occurs when the driving force equals the material’s resistance against crack growth;
ie.,

Driving force = Resistance 1)

Any effects in fracture studied as a function of any set of parameters should distinguish
between the “applied side” and the “resistance side” of the fracture equations; both sides can
give rise to size effects.

Sources of Size and Geometry Effects
Parameter for Correlating Crack Growth

As a basis of the R-curve approach it is assumed that a single parameter, such as the J-inte-
gral, the modified J-integral (J,,), and the crack tip opening displacement (CTOD), character-
izes the three-dimensional stress-strain field at the crack tip. The stress and strain field causes
fracture (i.e., crack extension) in a material-dependent manner. Therefore discussion of the
possible reasons for a size and geometry dependence on the applied side focuses on the ques-
tion: Under what testing conditions exists a size and geometry independent correlation between
the parameter used for correlating crack growth and the crack field?

It 1s useful to distinguish between the following two items:

® Variation of Constraint—Within the framework of a one-parameter characterization of
the crack field, no such parameter is able to describe uniquely the stress and strain fields
in specimens with different constraint conditions. Hence, if the variation of specimen size
and geometry leads to different constraint conditions, a single parameter is not expected
to be characteristic of the crack fields in specimens of different size and geometry.

The constraint conditions or, in other words, the triaxiality of the crack field, in a given
specimen are an inherent ingredient of the driving force, and a two-parameter description of
the “applied side”” would be more appropriate. Thus the fracture condition:
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Driving force (J, constraint) = Resistance 2)
However, current practice utilizes the one-parameter characterization, so that
Driving force (J or CTOD or J,) = Resistance (constraint) 3)

is what is usually determined, whereby the variable “constraint” on the right-hand side is
mostly not well defined. Thus, if constraint varies from specimen to specimen, identical values
of the crack growth correlation parameter lead to different amounts of crack extension, the
difference depending on the material’s susceptibility to constraint variations.

® Range of Applicability of the Correlation Parameter—Even in cases where the triaxiality
of the stress strain field does not change from specimen to specimen, it is to be expected
that the correlation between the parameter and the crack tip field will lose its size and
geometry independence under the condition of crack growth. This has been investigated
in detail for the J-integral [5]. A set of three criteria emerged:

(1) Maximum crack extension where the far field ceases to be a meaningful parameter:
Al = (W — ) 4)

where W is the specimen width and a, is the pre-crack length.
(2) Allowable gradient of the J-Aa curve:

w=(W—a)lJ (dljda) (5)
(3) The condition for the maximum J characterizing the HRR field must be met:

Jmax = (W_ aO) Uf/P (6)

where o, = 0.5(R2 + R,,). For bending under plane strain conditions, « = 0.06 . .. 0.1 and
p = 25 are widely accepted figures [6-8].

As indicated by these criteria, the amount of stable crack extension which can be character-
ized by J is just a few percent of the initial ligament length, (W — a,). Therefore, in situations
where a long R-curve is needed, very large specimens have to be tested. Thus the application
range as defined by Egs 4 to 6 is not sufficient for many practical situations and other param-
eters having less restrictive application ranges are needed.

The alternative crack growth correlation parameters CTOD and J,, seem to be less restric-
tive [9]. However, their ranges of application are not yet well established. In the case of CTOD,
this may be because there are a variety of definitions of CTOD [10] and it is not fully clear yet
how the CTOD:s are related to each other. Therefore published data can not be directly com-
pared. A promising approach for the CTOD high potential for application has been proposed
by Schwalbe and Hellmann [1]. This specific CTOD definition is called 65, which is the rel-
ative displacement of two points located 2.5 mm on either side of the fatigue pre-crack tip (Fig.
1). These investigations were confined to thin sections under pure plane stress conditions,
which means that the constraint conditions were identical in all tests conducted. As compared
to the J-integral, substantially greater amounts of crack growth could be correlated uniquely.
For bending configurations, such as single edge notched (SENB) and compact tension (CT)
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Vickers
indentation

FIG. 1—Experimental setup for measuring CTOD in terms of 85 (Courtesy of D. Hellmann).

specimens, a was found to be about 0.2 . . . 0.3. Somewhat higher figures were obtained for J,,
as a correlation parameter.

Following the thoughts outlined above, it is obvious that in general the “applied side” (stress
and strain field at the crack tip) can not be characterized uniquely by one single parameter as
is assumed in the simple R-curve approach. One has also to account for changes of the triax-
iality of the stress state. Thus, in order to explore the ability of a specific parameter to correlate
crack growth, experiments (or theoretical work) should be conducted under ““clean” condi-
tions, such as prevailing plane strain, plane stress, or any other constant stress and strain state
in between. Otherwise, size effects would be a mixture of effects of both the applied side (due
to using a correlation parameter beyond its limit of applicability) and the resistance side (due
to the maternal’s response to variation in constraint). Therefore the previous experiments on
65 crack growth resistance curves concentrated on the constant constraint condition plane
stress.

Resistance Against Crack Growth

In order to explain variations of the R-curve one has to consider how variations of the
applied side influence the fracture process. Whereas the applied side organizes the link between
the correlation parameter and the stress and strain field, the material resistance side determines
how the fracture process and therefore the crack extension itself responds. It can be expected
that the susceptibility of the fracture process with respect to a change of the stress and strain
field will depend on the fracture-controlling microstructural constituents of the material and
therefore will vary from material to material. It can also be expected that in the case of mate-
nials for which the fracture mechanisms are highly susceptible to changes in the triaxiality of
the stress and strain field, any size or geometry effect produced on the applied side will lead to
a significant change of the R-curve. On the other hand, there may be materials for which the
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susceptibility of the fracture mechanisms to changes of triaxiality of the stress and strain field
is low. One would expect that for this type of material the R-curves will be similar even in cases
where the applied side shows a strong size and geometry variation.

Aim of the Present Work

Since we believe that we now have a clear picture of J, 6, and J,, as correlation parameters
under plane stress conditions (for bending configurations: & = 0.06 for J, « = 0.25 for é; and
a = 0.25 for J,,), experiments were planned for thicker sections which were assumed to have
a higher constraint than plane stress, up to nominal plane strain conditions. Particular empha-
sis was placed on two questions:

® Can the findings obtained for thin sections be transferred to thick sections (i.e., Do the
parameters é; and J,, again have a wider range of application than J?)?

® As discussed above, in general a second parameter is needed to characterize the applied
side. Measuring thickness reduction (necking) of the specimen was chosen as a simple
experimental approach. Hence the question arises: Can the thickness reduction be used
as a simple way to characterize a change of triaxiality of the stress and strain state?

Experimental Details
Material

In order to investigate how the type of the material influences the results, two different mate-
rials were used. One was a low strain hardening quenched and tempered pressure vessel steel;
the second was a high strain hardening, overaged soft aluminum alloy which is almost identical
to the material used in Ref 1].

The steel was DIN 20MnMoNi55. The specimens were made from slices taken from a
forged and subsequently quenched and tempered block. The heat treatment was conducted
by the supplier of the steel. The size of the block was 300 by 300 by 700 mm. All specimens
had the same orientation.

For the aluminum alloy, a 100 mm thick plate of A12024 T351 was delivered by a supplier.
From this plate all specimens were machined. The orientation of all specimens was L-T. The
T351 version has a yield strength of 316 N/mm?Z, In a pilot investigation it was found that for
this material stable crack extension takes place under contained yielding condition. In order
that the specimens undergo net section yielding during the R-curve tests, all specimens were
heat treated as follows. The specimens were annealed at 520°C for 2 h. Then the specimens
were cooled at a rate of 30°C/h.

The annealed material had a yield strength of 76 N/mm? and a relatively high strain hard-
ening exponent. The tensile properties of both materials including the stress and strain curves
are shown in Table | and Figs. 2a and 25. In order to check whether the 100 mm thick plate
of aluminum has substantial gradients and inhomogeneities of the fracture property, J-R
curves were measured using 5 mm thick CT specimens taken from different positions in the
plate thickness direction. For the heat treated material no gradient in fracture property was
found; all R-curves fall in a narrow scatter band. Therefore it was assumed that no attention
needs to be drawn to variability caused by specimen location.

Specimen Preparation and Instrumentation

The specimens were precracked in accordance with ASTM E 813 [12]. After precracking,
the specimens were side grooved. Each side groove had a depth 10% of the specimen thickness.
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TABLE 1—Tensile properties of materials.

20MnMOoNi55 Al12024 FC
R, N/mm? 450 —
Ry02, N/mm?® — 76
Ry, N/mm? 610 215
E, N/mm? 210 000 71 000
Z, % 66 40

The angle of the side groove was 45°; the radius at the notch root was 0.25 mm. For the deter-
mination of crack extension the d-c potential-drop method was used [/3]. The parameter 65
was measured using a special §; clip gage mounted at the position of the fatigue precrack, on
the plane side surface of the specimen (Fig. 1). For specimens thicker than 50 mm the width
of the side groove is greater than 5 mm. Therefore the §; clip gage could not be mounted at the
specimen’s plane surface. In order to solve this problem a modified side groove design was used
(Fig. 3a). Besides &, the load line displacement v, the load, and the change of the potential
drop were measured continuously during the test. The data were acquired with an on-line HP
computer. The cross-head displacement rate was 0.5 #(mm)/50 mm per minute. In order to
mark the final crack extension at the end of the fracture test, the specimens were subsequently
refatigued. The final crack extension was determined by the nine-point method [/2]. The
accuracy of the d-c potential drop method was checked by comparing the final crack extension
with the crack extension predicted by the potential drop method. Where the prediction of the
potential method deviated more than 10% from the directly measured crack extension the test

400
300

N

o

o
T

2024FC 1

Gtrue, Etech, N/mm?
o
g

1

0,01 01 1

0 0,001

3 true, 2 tech

FIG. 2a—Stress-strain curves obtained from tensile tests for Al 2024 FC (L-T orientation).
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FIG. 2b—Stress-strain curves obtained from tensile tests for 20MnMoNi55 pressure vessel steel.
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FIG. 3a—Side groove design for the R-curve experiments.



436 CONSTRAINT EFFECTS IN FRACTURE

TABLE 2—Matrix of tested specimens; all specimens side
-grooved; B,,/B = 0.8.

20MnMOoNi55

W, mm ag/W B, mm Specimen No.

50 0.56 25 EK4
100 0.55 25 Ul
100 0.60 50 Cl
200 0.56 25 V200

Al2024 FC

50 0.55 5 A9
100 0.50 20 441
100 0.75 20 481
100 0.50 40 461, 471
100 0.75 40 451
100 0.50 50 472
100 0.75 50 462, 451
200 0.50 50 4D
200 0.50 95 15,16

was rejected for this study. The matrix of the specimens used for this study is shown in
Table 2.

Measurement of Thickness Reduction

After refatiguing the specimens, the two halves of the specimens were pulled apart. Then
the thickness reduction, A B, was measured on the specimen’s surface along the edge of the side
groove using a light microscope and a digital table.

In addition to the post-test thickness reduction measurements (PTTR method) as explained
above, it was also investigated how the thickness reduction developed during the test (DTTR
method). A modified side groove design was used for these three tests (Fig. 36). This groove
design allows us to pick up the AB-values close to the crack plane independently of the depth
of the side groove. In order to measure AB, the tests were interrupted at different load levels,
then for each load level thickness reductions were measured at the surface of the specimen,

|
1

~—Q1B—
FIG. 3b—Side groove design for the DTTR method.
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FIG. 4—Location of AB-measurements in the case of the DTTR method.

along a line located 2.5 mm below the crack plane (Fig. 4). The AB-values were picked up
manually using a clip gage.

Data Evaluation

The J-integral was calculated in accordance with ASTM E 813 (including correction for
crack extension) [ /2] using the load-displacement curve and the crack extension values deter-
mined from the d-c potential drop method. For the materials investigated this J-calculation
gives the same results as the J-calculation per ASTM E 1152 [14]. The modified J-integral, J,,,
was evaluated as proposed in Ref 4.

Results and Discussion
Investigation of Necking Behavior

For all specimens, the fracture surfaces were flat and macroscopically perpendicular to the
loading direction. The refatigue markings at the end of the test allow us to obtain information
regarding the shape of the crack front. For the aluminum alloy the crack front was in all cases
straight at the end of the tests. In the case of the steel the final crack front had a slight wave
shape.

The necking was measured by the PTTR method and the DTTR method. The results of
these measurements are shown in Figs. 5 and 6.

The DTTR method allows the determination of the plastic deformation at the crack tip as
a function of the J-integral (or any other correlation parameter). It can be expected that
changes of the triaxiality of the stress state at the crack tip which are caused by changes of the
size and geometry of the specimens influence this function. This is confirmed in Fig. 6. The
correlation between J and AB is similar for the square-sized ligaments, whereas a change of
the ligament shape from square-type to slim-type changes the correlation between J and AB;
it leads to an increase of the AB-values. Because A B-values indicate strains in the thickness
direction, it is obvious that the degree of triaxiality of the stress field reduces when the ligament
size changes from square-type to slim-type.

In contrast to the DTTR method, the PTTR method does not allow the measurement of
the correlation between the J-parameter and AB directly. The AB-values measured by PTTR
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FIG. Sa—Thickness reduction curves measured with the PTTR method for Al 2024 FC.

method indicate how much the material is able to deform before it separates. In Fig. 5 it can
be seen that this depends on the size of the ligament. For example, an increase of the ligament
length leads to larger AB-values. This behavior can be interpreted as follows. The degree of
triaxiality of the stress field reduces with increasing ligament length. This enables the material
to undergo more necking before it fractures. This explanation is in agreement with the widely
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FIG. 5b—Thickness reduction curves measured with the PTTR method for 20MnMOoNi55 pressure ves-
sel steel.

accepted philosophy that the deformation capacity of a material increases with decreasing
degree of triaxiality of the stress state.

Therefore it seems that the AB-values determined by the PTTR method or by the DTTR
method can give information regarding changes of the stress and strain state at the crack tip.
It can not be expected that the AB-values characterize all the complex details of changes in the
three-dimensional stress-strain field. These can only be characterized by comprehensive three-
dimensional finite element calculations. But as an approximation it will be assumed that dif-
ferences between the necking curves measured by the PTTR method shown in Fig. 5 quali-
tatively indicate the differences of the triaxiality of the stress fields.

Interpretation of Size and Geometry Effects

As has been discussed in the Introduction, it will be assumed that two effects can give rise
to size and geometry effects: (a) change of triaxiality of the stress field (change of constraint)
and (b) use of the correlation parameter beyond its application regime. Using the necking
curves as a measure of changes in constraint, it is now possible to distinguish experimentally
between size and geometry effects due to effect () and size effects due to effect (b):

® R-Curves Near Crack Initiation—In Figs. 7 and 8 the J- and é;-R-curves near crack ini-
tiation are presented for the two materials. The blunting-line was calculated as proposed
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20 MnMoNi55

X,mm

FIG. 6— Thickness reduction curves for three different ligament sizes measured with the DTTR method
(J-steps are identical for each ligament size).

in Refs 7and 8. The J- and ;- R-curves exhibit the same trends; there is no difference with
regard to correlating size independent crack growth,

In the case of the steel a split-off of the R-curves occurs when crack extension exceeds
0.5 mm (Fig. 7). Beyond the splitting point the R-curves of the specimens with square-
sized ligaments fall below the R-curves obtained from specimens with slim ligaments.
From Fig. 50 it can be seen that the flat R-curves refer to specimens with very little neck-
ing, whereas the steep R-curves arise from specimens which undergo large necking.

For the aluminum alloy the situation is different (Fig. 8). Compared to R-curves mea-
sured on the steel, the scatterband of the R-curves obtained from the aluminum alloy is
wider. No clear size effect and no clear correlation between the necking-curves and the
R-curves are visible. All J- and 6;-R-curves emerge from one origin and remain in one
scatterband up to more than 1.5 mm crack extension (Fig. 8).

Influence of Specimen Thickness—For the pressure vessel steel a thickness effect is evi-
dent (Fig. 9). Increasing the thickness causes the J-, J,., and és-R-curves to split off. For
all three parameters the split-off occurs approximately at the same amount of crack exten-
sion. Beyond the splitting point, the R-curves of the thick specimen fall below the R-
curves obtained from the thin specimen. As already mentioned, the slopes of the R-curves
of a specimen with small necking are lower than the slopes of R-curves obtained from
specimens with large necking.
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FIG. 8a—J-R-curves for Al 2024 FC near crack initiation.

Figures 10, 11, and 12 show the influence of specimen thickness on the R-curves of the
aluminum. In contrast to the steel, for the aluminum alloy no significant influence of
specimen thickness on the R-curves was found and no influence of the necking curves on
the R-curves can be detected. Independent of a change of the necking-curve the fracture
of the material does occur at almost identical J-, ;- and J,-levels. The results indicate
that the constraint effect is very smalil in this material. Again the general behavior of the
R-curves is the same, regardless of the correlation parameter used: J, J,,, or d;.

Influence of Initial Ligament Length—In Fig. 13 examples for three 25 mm thick steel
specimens having initial ligament lengths of about 22, 45, and 90 mm are shown. The
specimens with the slim ligaments show very similar necking-curves (Fig. 5b). The é5- and
Ja-R-curves obtained from these two specimens do not split off till the end of the test. In
contrast to this behavior the J-R-curves do split off when crack extension exceeds 4.5 mm,
corresponding to « = 0.1 for the specimen with the shorter ligament.

Because the constraint is assumed to be identical for this pair of specimens, a splitting
of the R-curves indicates that in one of the specimens the correlation parameter reaches
its limit of applicability. As indicated by Eqs 4 and 5 this will take place first in the spec-
imen with the shorter ligament. In order to quantify these splitting effects, a-values were
calculated using the Ag-values at which the J-, J,.- and 8;-R-curves of the specimen with
the short initial ligament deviate more than 5% from the J-, J,.- and és-R-curves of the
specimen with the long initial ligament. Since the J,.- and 6;-R-curves do not split off prior
to the termination of the tests, the split-off event, if it occurs, must occur beyond that
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point. Thus the a-values evaluated at the final point of the shorter R-curve are a lower
bound. The a-values of the parameters 65 and .J,, are greater than about 0.25, whereas the
a-value for J is in the neighborhood of 0.1.

The third specimen in the diagrams has a square-sized ligament. In comparison to the
slim ligaments the square-sized ligament shows very little necking (Fig. 5b). Thus the
third specimen has higher constraint. In this case, the splitting behavior of all three param-
etersis identical; i.e., the J-, J,.- and §;-R-curves start to deviate from the R-curves of the
specimens with slim ligaments when crack extension reaches about 0.5 mm. Beyond this
point the J-, J; - and ;- R-curves of the specimen with the square-sized ligament fall below
the curves obtained from specimens with slim ligaments. It does not make sense to eval-
uate « there, because the R-curve divergence is a consequence of constraint variation.

Figures 14, 15, and 16 show the ligament effect for the aluminum alloy for three dif-
ferent thicknesses. As has been discussed above, the constraint effect is very small in this
material. Therefore the splitting of the R-curves in Figs. 14, 15, and 16 is obviously caused
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by effect (b); a splitting point indicates that the correlation parameter in the specimen
with the short ligament reaches the limit of the application regime. The a-values of the J-
R-curves in Figs. 14a, 15a, and 16a vary within the range of 0.7 to 0.39. This large vari-
ation may be due to the fact that the J-R-curve-split occurs gradually (as can be seen in
Figs. 14aand 15a). Therefore small experimental errors in the crack length determination
influence the location of a splitting point relatively strongly. If one takes the average of
the three a-values for each individual correlation parameter, it appears that the parame-
ters §; and J,, have a greater application regime than the J-integral. This confirms the
results obtained on the steel.

® Specimens with Square-Sized Ligaments—In Figs. 17a and 175, the R-curves of two
specimens having square-sized ligaments are shown. The specimens exhibit very similar
necking-curves (Figs. 5 and 6). Therefore the constraint is assumed to be very similar in
the two specimens. That means the split-off must be due to effect (). It can be seen that
for the parameters 6; and J, the R-curve-split occurs after greater amounts of crack exten-
sion as in case of the J-R-curve. The a-values of the parameters 6s and J,, are about 0.24,
whereas « for Jis close t0 0.1.

The a-values of the J-, J,, and és-parameters are summarized in Table 3. From theoretical
work [5] it was concluded that the application regime of the J-integral is defined by the three
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guantities «, w, and p as explained in the Introduction. In order to check whether the experi-
mental results confirm these theoretical results, also the - and p-values at the splitting points
were calculated using Eqs 4, 5, and 6. All w- and p-values are shown in Table 3. They are in
fairly good agreement with the figures derived from the theoretical work.

TABLE 3—a-, w- and p-values at splitting points.

J-Integral Jm ds
Specimen No. « » w « «
441/481 0.39 18 7 0.21 0.21
451, 471/461 0.08 40 6 >(0.25¢ >0.25¢
472/462 0.07 40 8 >(.40¢ >0.23¢
4D/472 0.25 30 2 0.23 0.37
Average 0.20 32 6 >(.28¢ >0.274
EK4/Ct 0.10 21 5 0.23 0.25
Ul1/v200 0.08 21 5 >(.25¢ >(0.25¢

“ No splitting until the end of test.
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Relationship Between the Correlation Parameters 8, J, and J

The experiments indicate that the 65~ and J,,-R-curves behave very similarly because both
types of R-curves exhibit similar g-values and both types of curves show a pronounced up-
swing beyond the splitting points, This impression is confirmed by Fig. 18. There is a specimen
size independent correlation between 6; and J,, for each material. This means that both param-
eters (8; and J,,) have identical quality to characterizing stable crack growth.

This close correlation between §5 and J,, was also found for stable crack growth in thin sec-
tions [ 15]. It was stated there that this unique correlation between §; and J,, can theoretically
be explained on the basis of the crack growth analysis by Rice, Drugan, and Sham [16]. The
analysis is based on plane strain, small-scale yielding, and elastic ideally plastic deformation
behavior of the material. The following equation emerged from the analysis in Ref /4.

55 = BJm/ReI (7)

In Fig. 18 this equation is compared with the experimental results for the two materials
investigated. As proposed in Ref /6, the numerical constant 8 was assumed to be 0.65. It can
be seen that for steel which has low strain hardening the prediction agrees very well with the



HEERENS ET AL. ON COMPACT-TENSION SPECIMENS

447

T T v T T T T T
150} T
[o]
. o x x
Q x
E 100} o ]
> . g CT,2024 FC,20% SG
— « ' [ B W % X%
; ol S0 100 078 462
SOr . e 20 100 077 4817
o + | 40 100 08 4B
o x| 5 50055 A9
ﬁ {mm]
Lo=22 mm
O L L 1 { 1 1 1 1
0 2 IA 6 8
Aa,mm

FIG. 10a—Influence of specimen thickness for Al2024 FC (initial ligament length: 22 mm) using J-R-
curve.

experimental results. For aluminum alloy which has a relatively high strain hardening, the
equation overestimates §; slightly. This may be due to the fact that Eq 7 does not account for
strain hardening, because hardening leads to lower CTODs as compared to the non-hardening
case.

In Fig. 19 the correlation between J and &, is shown for both materials investigated. For each
material there exists a regime of size and geometry independent correlation between the two
parameters. This regime of J-controlled crack growth increases with increasing ligament
length as predicted by Egs 4 and 6. Figures 18 and 19 show clearly that é; and J are much less
correlated in a unique manner than it is the case for é; and J,,

The discussion on the size and geometry effects can be summarized as follows. In cases
where the constraint does not change from specimen to specimen as well as in cases where the
material’s fracture mechanisms are not susceptible to changes of the triaxiality of the stress
state (see 2024FC), the a-values of the correlation parameters &; and .J,, are by a factor of
roughly 2.5 greater than the a-values for the J-integral. This means that 6; and J,, can correlate
2.5 times more stable crack growth than the J-integral (Fig. 20).

The situation of constant constraint in different specimens is also realized in thin sections
which exhibit pure shear fracture. In that case fracture occurs under plane stress conditions.
This was the case for the investigations conducted by Schwalbe and Hellmann [/ /]. Therefore
the findings obtained on thick sections are in very good agreement with the results obtained
on thin sections.

The present investigation has demonstrated that size and geometry effects on crack growth
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resistance have to be carefully looked at, even within one specific class of specimens, here,
compact specimens. [t has been shown that these effects are twofold:

1. Size and geometry variations may lead to constraint variations, and since constraint con-
trols fracture, size and geometry effects occur, provided the material is susceptible to con-
straint variations. This is a frue size and geometry effect.

2. The second effect emerges from exhaustion (approaching the “validity limit™) of a crack
growth correlation parameter; we therefore call it a quasi effect. It is only related to the
ligament length which is the controlling variable for the ability of J, J,,, or 65 to uniquely
correlate crack growth and thus to be a measure of the driving force for crack growth.
The validity limits for these parameters can only be studied if the constraint conditions
of different specimens are constant. Hence, if the correlation parameters are only used
within their validity limits, any size and geometry effects should be due to constraint
effects.

The present situation in this area is not satisfactory; any change of size and geometry param-
eters may give rise to a different R-curve for a given material. Furthermore, as was pointed out
in the introduction of this article, at the present time there is no widely accepted quantitative
measure of constraint. A promising approach is represented by the Q-parameter [17]. How-
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ever, even if we were able to quantify constraint easily and correctly, we will end up with a
family of R-curves for each material, with constraint—maybe measured by Q—as a parame-
ter. A single crack growth resistance curve characterizing the material should be the final goal.
To achieve this, the driving force in Eq 2 must be given by a single parameter P(J,Q ) (or
P(J.,Q )or P(é,,Q)) describing uniquely the stress and strain field at a crack. We are therefore
asking the theoretical mechanists to find a solution to this problem; it would be a major step
forward.
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Conclusions

The influence of specimen size and geometry on J-, J,.- and 8s-R-curves has been investi-
gated for two materials using side-grooved CT specimens. Depending on the size of the liga-
ment all specimens undergo more or less necking during the fracture tests. This thickness
reduction was used as a qualitative measure of constraint and to qualify the influence of con-
straint on the R-curve.

As has been found previously on thin sections, so in thick sections the ability of 8; and J,, to
correlate stable crack growth is significantly better than that of the J-integral.
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The experiments exhibited a size and geometry independent correlation between &; and J,.
This means that both parameters have identical potential to characterize stable crack exten-
sion in laboratory specimens.
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ABSTRACT: A framework for predicting the effect of crack-tip triaxiality on fracture toughness
is outlined. This methodology is a two-parameter approach that considers the micromechanism
of failure. A local damage parameter is used in conjunction with a crack-tip stress analysis to
predict the effect of specimen dimensions on toughness. In the case of cleavage fracture, the local
criterion involves the maximum principal normal stress, ¢;, as well as the volume over which ¢,
acts. The agreement between predictions and experimental data is very good in this case. For
initiation of ductile tearing, we defined a damage parameter based on a modified version of the
Rice and Tracey hole growth model. The analysis indicates that ductile fracture is less sensitive
than cleavage to triaxiality. While this result is broadly consistent with experimental observa-
tions, further work is necessary to develop improved local criteria for ductile fracture.

The micromechanics approach proposed by the authors was compared with two-parameter
fracture mechanics methodologies based on continuum theory, such as the X-7 and J-Q
approaches. These continuum methodologies, which involve two-term expansions of the crack
tip fields, are descriptive rather than predictive. That is, these approaches describe the crack tip
triaxiality, but they do not predict the effect of triaxiality on fracture behavior. The microme-
chanics approach, however, was developed for the purpose of making such predictions. Thus,
the continuum and micromechanics approaches to two-parameter fracture mechanics are
complementary.

KEY WORDS: fracture toughness, cleavage, ductile tearing, micromechanisms, constraint, size
effects, J-integral, finite element analysis

Classical fracture mechanics theory assumes that a single parameter, such as the stress inten-
sity factor or J contour integral, uniquely defines the conditions at the tip of a crack; a critical
value of K or J at fracture is assumed to be a material constant. The single-parameter assump-
tion, however, is rigorously correct only in an infinite body. In a finite body, the single-param-
eter assumption is suspect when the plastic zone size is significant compared to the dimensions
of the body or the crack. The breakdown of single-parameter fracture mechanics is gradual in
highly constrained geometries, such as deeply notched bend specimens, but occurs at relatively
low load levels in notched panels in uniaxial tension.

Several existing ASTM standards for fracture toughness testing include minimum specimen
size requirements that are designed to ensure that the single parameter assumption is approx-
imately valid. For example, the ASTM Test Method for J,., a Measure of Fracture Toughness
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(E 813-87), contains the following size requirement for specimens loaded predominantly in
bending

25J,
B, by = ===k (1)
Oy
where
B = the specimen thickness,
b, = the initial ligament length, and
oy = the flow stress, defined as the average of the yield and tensile strengths (a5 and os,

respectively).

Equation | applies only to the initiation of ductile tearing in metals. Cleavage fracture tough-
ness is more sensitive to losses in crack tip triaxiality, and thus larger specimens are required
to achieve a single-parameter description of failure conditions. The authors [1,2] have pro-
posed size requirements for cleavage fracture toughness that are eight times as stringent as
Eql.

Two-Parameter Fracture Mechanics

In many situations, it is not possible to satisfy the single-parameter assumption of classical
fracture mechanics. Recently, a number of researchers have attempted to extend the limits of
fracture mechanics by introducing a second parameter to characterize crack tip conditions.
Most of these two-parameter approaches are based solely on a continuum analysis, but the
present authors have developed a methodology that considers the micromechanism of
fracture.

Continuum Approaches

The approach that has received the most attention recently involves a two-term asymptotic
expansion of the elastic crack tip fields. For Mode I loading, the stress field ahead of a crack in
an elastic solid is given by

K .
o; = \/T‘_ﬂf,»j(()) + T38,6,; + higher order terms 2)

where the first term is the familiar singular solution, 7 is the amplitude of the second-order
stress field, and §; 1s the Kroneker delta. Equation 2 was first derived by Williams [3]. Subse-
quent researchers [4,5] noted that the second term has a significant effect on the shape of the
plastic zone. More recently, it has been shown that the T stress can influence the stress and
strain fields well inside of the plastic zone [6-8]. Geometries that exhibit a negative T stress
experience a loss in crack tip triaxiality at relatively low load levels. The T stress characterizes
triaxiality under contained yielding conditions, but T is undefined when the body is fully
yielded. ,

To address crack tip triaxiality in bodies subject to large-scale plasticity, several researchers
[9-11] have considered an asymptotic expansion of the near-tip fields in a power law material.
These analyses begin by assuming a Ramberg-Osgood stress-strain relationship, which for uni-
axial deformation is given by
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n
£ [ [
2oy all 3)
€y [} (o2}
where
€ = strain,
o = stress,
o, = a reference stress,
g = oo/E,

and « and n = dimensionless constants.

Near the tip of a crack, well within the plastic zone, the elastic strains are negligible, and the
stress-strain relationship is a simple power law. Following the notation of O’Dowd and Shih
[10,11], the stress fields can be written in the following form

[ J
[} (160(701,,"

where the first term is the Hutchinson-Rice-Rosengren (HRR) singularity [12,13], Q is the
amplitude of the second-order term, and 4, is a dimensionless function that quantifies the
angular variation of the second-order correction to the stress tensor. The numerical values of
0, g, and 4, are undetermined by the asymptotic analysis. Finite element results of O’Dowd
and Shih showed that when the near tip fields are represented by the first two terms in Eq 3,
the exponent g is small, indicating that the second order term does not vary significantly with
r. Moreover, in the forward sector (§ << + /2), 5,, = 0 and 4,, = 64, both ,, and a4 are nearly
independent of ¢ in the forward sector. Thus the stress fields in the forward sector can be
approximated by

I/n+1

q
ai(n6) + Q (%—0> ,(n,0) + higher order terms 4)

o= (U—ﬁ>HRR + 03, (5)

4] 4]

O’Dowd and Shih also showed that the strain field can be represented by a two-term expansion
where the first term corresponds to the small-scale yielding limit.

Note that Q only affects the hydrostatic component of the stress tensor. Thus Q is a measure
of the crack tip triaxiality relative to the small scale yielding limit. In finite geometries, Q is
usually negative. In contained yielding, there is a unique relationship between Q and the T’
stress [11]. Unlike the T stress, however, Q can be evaluated in fully yielded bodies.

Figure 1 shows the varation in Q with loading in an edge-cracked bend specimen and a
center-cracked panel in tension [/1]. In the deeply notched bend specimen, Q is nearly zero
at low and moderate J values, indicating a high level of triaxiality. The triaxiality in the center-
cracked panel decreases rapidly from the small scale yielding limit (Q = 0).

In classical fracture mechanics, a critical J value (J,;) is assumed to be a material constant.
The two-parameter approach, however, introduces an additional degree of freedom.-Conse-
quently, fracture in a given material is defined by a J-Q failure locus

Jcrit = Jcrit(Q ) (6)

For contained yielding, Eq 4 can also be expressed in terms of a J-T or K-T failure locus.
A continuum analysis can characterize the relationship between Q and loading parameters
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FIG. 1—Effect of loading on the crack tip triaxiality in two configurations [11].

(Fig. 1), but cannot predict the functional relationship between J.;, and Q. The precise form
of this function depends on the micromechanism of fracture, as discussed below.

Micromechanics Approach

The present authors [1,2] have developed a framework for quantifying the effect of triaxi-
ality on fracture behavior. This approach involves a local failure criterion that corresponds to
the micromechanism of interest. The failure criterion is used in conjunction with a crack tip
stress analysis to predict effect of specimen size and geometry on fracture toughness.

This micromechanics approach has been very successful in predicting the effect of crack tip
triaxiality on cleavage fracture toughness. These results are described briefly in the present arti-
cle, and in more detail in Refs / and 2. This article also describes recent attempts to charac-
terize the effect of triaxiality on ductile initiation toughness in metals.

Analytical Procedures
Finite Element Analysis

Plane strain elastic-plastic finite element analysis was performed on four configurations with
three strain hardening rates, resulting in a total of twelve cases. The crack tip stress fields for
small-scale yielding were evaluated, as well as for single-edge notched bend [SE(B)] specimens
with a/ W ratios 0f 0.05, 0.15, and 0.50. The material stress-strain behavior was modeled with
a Ramberg-Osgood power law expression (Eq 3). For the present study, o = 1.0, &, = 0.002,
and ¢y = 414 MPa (60 ksi); in this case g, corresponds to the 0.2% offset yield strength, oys.
The strain hardening exponent, », was assigned values of 5, 10, and 50, which correspond to
high, medium, and low work hardening, respectively.

The small-scale yielding solution was obtained by means of a modified boundary layer tech-
nique [/4]. Displacements of the elastic Mode I singular field were imposed at the boundary
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of a circular domain that contained a crack. The applied K was sufficiently low to confine the
plastic zone to well within the domain. This model is designed to simulate a crack in an infinite
body.

The finite element analyses utilized deformation plasticity and small strain theory. In all
cases, the meshes were sufficiently refined to resolve the near-tip stress and strain fields. For
each analysis, the J integral was evaluated by means of the energy domain integral approach
[15]. The crack tip opening displacement (CTOD) was defined as the intersection of the crack
flanks with a 90° vertex emanating from the crack tip.

Additional details of the finite element analysis are given in Refs  and 2.

Cleavage Fracture Criterion

To quantify size effects on fracture toughness, one must assume a local failure criterion.
Cleavage fracture involves a local Griffith instability of a microcrack that forms from a micro-
structural feature such as a carbide or inclusion in the case of ferritic steels; the Griffith energy
balance is satisfied when a critical stress is reached in the vicinity of the microcrack. The size
and location of the critical microstructural feature dictate the fracture toughness; thus, cleav-
age toughness is subject to considerable scatter [ 16,17].

The Griffith instability criterion implies fracture at a critical normal stress near the tip of the
crack; the statistical sampling nature of cleavage initiation (that is, the probability of finding a
critical microstructural feature near the crack tip) suggests that the volume of the process zone
is also important. Thus, the probability of cleavage fracture in a cracked specimen of ferritic
steel can be expressed in the following general form

F = F{W(a)} (7

where F is the failure probability, ¢, is the maximum principle stress at a point, and ¥(q)) is
the cumulative volume sampled where the principal stress is = ¢,. For a specimen subjected
to plane strain conditions, V' = B4, where 4 is cumulative area on the x-y plane. (This article
uses the conventional fracture mechanics coordinate axes, where x is the direction of crack
propagation, y is normal to the crack plane, and z is parallel to the crack front.) For small scale
yielding, dimensional analysis shows that the principal stress ahead of the crack tip can be
written as

I J
U—O—f(gor90> (8)

It can be shown that the HRR singularity is a special case of Eq 8. When J dominance is lost,
there is a relaxation in triaxiality; the principal stress at a fixed r and 6 is less than the small-
scale yielding value.

Equation 5 can be inverted to solve for the radius corresponding to a given stress and angle

1o/ oo, B) = U_lg(a,/ao, 6) 9)
0

Solving for the area inside a specific principal stress contour gives

2

Aloyjo) = —j—éh(a;/ao) (10)
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where

1 id
Mo = 5 f oo, 0) db (11)

Thus for a given stress, the area scales with J? in the case of small-scale yielding. Under large-
scale yielding conditions, the specimen or structure experiences a loss in constraint, and the
area inside a given principal stress contour (at a given J value) is less than predicted from small
scale yielding

JZ
A(o/a0) = 4’;}1(%/00) (12)
0

where ¢ is a constraint factor that is < 1. Let us define an effective J in large-scale yielding that
relates the area inside the principal stress contour to the small-scale yielding case

Alor/ag) = %1 h(01/a0) (13)

where J, is the effective small-scale yielding J, that is, the value of J that would result in the
area 4(a,/0,) if the structure were large relative to the plastic zone. Therefore, the ratio of the
applied J to the effective J is given by

J—

J sy

(14)

S =

The small scale yielding J value (J,,,) can be viewed as the effective driving force for cleavage,
while J is the apparent driving force. Alternatively, J,,, can be viewed as the amplitude of the
o, field ahead of the crack.

The procedure for determining J,,, for cleavage fracture is illustrated schematically in Fig.
2. The dimensionless quantity 4g3/.J? is plotted against o/, for both the small-scale yielding
solution (that is, infinite body) and a finite size specimen. In the latter case, each value of J
gives a different curve, because ¢ varies during deformation; the small-scale yielding curve is
invanant, since ¢ = 1. The ratio J/J,,, is determined for a given J and ¢, value through the
ratio of 4a3/J* values for small- and large-scale yielding, as illustrated in Fig. 2B. The JI s
ratio is insensitive to the o, at which contour areas are evaluated [/]. Thus it is possible to
define a single J/J,, ratio for the specimen and loading of interest.

The J/J,,, ratio quantifies the size dependence of cleavage fracture toughness. Consider, for
example, a finite size specimen that fails at J, = 200 kJ/m? If the J/J,,, ratio were 2.0 in this
case, a very large specimen made from the same material would fail at J, = 100 kJ/m?

Ductile Fracture Criterion

The microscopic events that lead to ductile fracture differ considerably from the microme-
chanism of cleavage. Consequently, different failure criteria are needed for the two fracture
mechanisms. While few would argue with the assumption that cleavage is stress-controlled, a
universally accepted mathematical model for ductile fracture in metals is not yet available.

Ductile fracture involves three stages: void nucleation, void growth, and void coalescence.
Failure occurs after very large local plastic strains. The stress also plays a role in the failure
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FIG. 2—Procedure for determining the effective small-scale yielding J integral, J, for cleavage.

process: void nucleation and growth are aided by the hydrostatic component of the stress ten-
sor. Thus an appropriate failure criterion for ductile fracture in metals must, at a minimum,
incorporate both plastic strain and hydrostatic stress.

Rice and Tracey [/8] developed a model for the growth of an initially spherical void in an
infinite medium. Based on numerical calculations with their model, they developed the fol-
lowing semiempirical equation for void growth

R Epl .
1n(——> - 0.283f” exp(l 5"”) de, (15)
Ro 0 Oys

where R is the nominal void radius, R, is the initial radius, and €, is the equivalent plastic
strain. Although the void is initially spherical, it becomes ellipsoidal with plastic deformation.
The nominal radius corresponds to the average of the radii in the three principal directions. A
number of researchers, including d’Escata and Devaux {19], have modified Eq 15 for strain
hardening by replacing o5 with ¢, the von Mises stress.

The modified Rice and Tracey equation can be used as a ductile fracture criterion by assum-
ing that failure occurs when the nominal void radius reaches a critical value. Let us define a
local damage integral as follows
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€l
® = f” exp(1'56m> de,, (16)
0

2%

Furthermore, let us assume that ductile crack growth occurs when ® = &_ at a critical distance
ahead of the crack tip. For the present study, it was necessary to evaluate & at r greater than
twice the CTOD because the finite element analyses utilized small strain theory.

For purposes of evaluating the effect of crack tip triaxiality on ductile initiation toughness,
it is not necessary to know the absolute value of &, for a given material. It is sufficient merely
to evaluate the distribution of ® ahead of the crack tip and compare this distribution to the
small-scale yielding limit. This procedure is analogous to the approach that was applied to
cleavage fracture, where toughness was scaled by comparing ¢, distributions for finite bodies
with the small-scale yielding limit.

It 1s possible to define an effective J for ductile initiation, as Fig. 3 illustrates. The damage
integral, ®, is plotted against ra,/J (at a fixed ) for both a finite body and the small-scale yield-
ing limit. The J/J,,, ratio for ductile initiation is inferred by scaling the two curves on the hor-
izontal axis. This scaling is performed at a fixed & value; ideally, the J/J, ratio should not
depend on the choice of &.

In this study ® was plotted at § = /4 (45°), which corresponds to the plane on which & is
ata maximum. The J/J,, ratio was evaluated at a fixed $, which was chosen to correspond to
ro,/J ratios ranging from | to 2. The J/J,, ratio was relatively insensitive to the $ at which the
curves were scaled.

Results
Cleavage Fracture Toughness

Figure 44 illustrates the effect of large-scale yielding on nondimensional principal stress
contours for an SE(B) specimen with n = 10 and a/W = 0.5. Although the contours maintain
a constant shape, their size (when normalized by J) decreases with plasticity. (The absolute
size of the contour actually increases with J but at a slower rate than predicted from Eq 9.)
Figure 4B shows that the contours coincide for a constant ¢, when the data are normalized by
the equivalent small-scale yielding J values, J,, for cleavage.

=X2
X

g
Ty X1

S,
a)a 1,
1 Scalq Yiel
din

FIG. 3— Procedure for determining the effective small-scale yielding J integral, J, for ductile tearing.



ANDERSON ET AL. CLEAVAGE AND DUCTILE TEARING 481

n=10, a/W = 0.5

%
7

FIG. 4—Principal stress contours forn = 10 anda/W = 0.5 in an SE(B) specimen. (a) Normalized by
J, and (b) Normalized by I, for cleavage.

Figure 5 illustrates the effect of a/ W and specimen size on the J/J, ratio for an SE(B) spec-
imen with n = 10. Since a critical value of J,,, represents a size-independent cleavage tough-
ness, the J/J,, ratio quantifies the geometry dependence of J/,, the measured fracture tough-
ness. For the deeply notched specimens (¢/W = 0.5), J. approaches the smali-scale yielding
value when the ratio ag,/J is greater than ~200, but the shallow-notched specimens do not
produce small-scale yielding behavior unless the specimen is very large relative to J/ .

The effective driving force for cleavage, J.,,, is plotted against the apparent driving force, J,
in Fig. 6. The dashed line represents the small-scale yielding limit, where J = J. by definition.
Note that the horizontal axis is expanded relative to the vertical axis for clarity. Each of the
curves in Fig. 6 agrees with the small-scale yielding limit at low J values, but deviates as J
increases. The deviation from small-scale yielding occurs more rapidly and at lower J values
in shallow-notched specimens and in low-hardening materials. Under large-scale yielding con-
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FIG. 5—Effect of crack length and a/W on the I/, ratio for cleavage fracture in an SE(B) specimen.

ditions, the effective driving force saturates at a relatively constant value; further increases in
J do not significantly affect J,,.. Once a specimen reaches the saturation value of Jis the like-
lihood of cleavage fracture with further loading decreases considerably. Such a specimen could
cleave only if the crack grew by ductile tearing and sampled a critical microstructural feature.

Figure 7 is a plot of J/J,,, as a function of # and specimen size, which is normalized by flow
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FIG. 6—Comparison of effective and apparent driving force for cleavage fracture in an SE(B) specimen.
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FIG. 7—J /1, for cleavage as a function of strain hardening, J, and flow stress.

stress in order to be consistent with the ASTM E 813 size criteria (Eq 1) and to reduce the effect
of strain hardening on the size dependence. The flow stress for the Ramberg-Osgood materials
was estimated from the following relationship

(,LV_
o 0.002

T3 T ey

N

)

where N = 1/n. Equation 17 was derived by solving for the tensile instability point in Eq 3,
converting true stress to engineering stress, and averaging o, and the estimated tensile strength.
The J/J,, ratio becomes relatively flat and approaches 1.0 when the boy/J ratio exceeds ~200,
although the rate at which each curve approaches the small-scale yielding limit depends on the
hardening exponent.

Figures 5 to 7 provide the capability to correct cleavage fracture toughness for constraint
loss. Given the measured toughness, specimen size, and material hardening characteristics, it
1s possible to estimate the toughness of an infinite specimen.

Fracture toughness data recently published by Sorem [2¢] were used to assess the ability of
these analyses to characterize constraint loss. Sorem performed fracture toughness tests on
SE(B) specimens of A36 (UNS K02600) steel over a range of temperatures. The specimens
were square section (B by B) with the thickness equal to 31.8 mm (1.25 in.). Two aspect ratios
were tested: ¢/ W = 0.50 and a/W = 0.15. Because the material is a mild steel that exhibits a
yield point, the flow behavior does not match the Ramberg-Osgood expression perfectly, but
a shight deviation from the Ramberg-Osgood idealization should not affect the results signifi-
cantly. Based on the o/0ys ratio and Eq 17, we estimated n = 6 for this material in the tem-
perature range of interest.

Figure 8 shows J, data for the A36 steel at two temperatures in the transition region. The
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FIG. 8—Comparison of J. values for cleavage in A 36 steel, with J. corrected for constraint loss. Data
were obtained from Sorem [19].

solid diamonds represent the experimental data, while the crosses indicate predicted small-
scale yielding values. Every specimen but one (the highest J, value for ¢/W = 0.15 at —43°C)
failed by cleavage without significant prior stable crack growth. At both temperatures, the shal-
low-notched specimens have a higher apparent toughness than the deep-notched specimens,
but the corrected values agree reasonably well. Relatively small corrections are needed for
specimens with a/W = 0.50, but the constraint correction has a major effect when a/W =
0.15. The small scale vielding J. are less scattered than the uncorrected data; for a given data
set, the coefficient of variation decreases and the Weibull slope increases when the J, data are
corrected down to their J,, values [1,2].

Initiation of Ductile Tearing

Figures 9 and 10 show the computed J/J,,, values for ductile initiation in materials with n
= 5Sand n = 10. For the high-hardening material (n = 35), higher J/J,, values are predicted
for the shallow-notched specimens, which have experienced a significant loss in crack tip tri-
axiality. The effect is reversed for n = 10 (Fig. 10), however. The curves in Fig. 10 are incon-
sistent with experimental observation; shallow-notched specimens tend to exhibit higher
resistance to ductile crack growth than do deep-notched specimens [21].

Figure 11 illustrates the predicted effect of strain-hardening exponent on the J/J,, ratio for
a/W = 0.5. The analysis predicts that ductile fracture toughness in low-hardening materials
is more sensitive to triaxiality, which is the same trend that was observed for cleavage fracture
(Fig. 7). According to this analysis, a specimen that barely meets the size requirements of
ASTM E 813-87 will exhibit a J, value that is approximately 30% greater than the Jic that
would be measured in an infinite body, provided the specimen is made from a low- or
medium-hardening material.

Cleavage fracture is much more sensitive to specimen dimensions than ductile fracture, as
Fig. 12 illustrates. A slight relaxation in triaxiality has a significant effect on cleavage fracture
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FIG. 9—1/J, ratio for ductile initiation in a high-hardening material.

toughness, but the effect on ductile initiation toughness is minimal. This phenomenon, which
is consistent with experimental observations [20,21], can be explained by considering the
assumed failure criterion for ductile fracture (Eq 16). Note that & depends on both the hydro-
static stress and the equivalent plastic strain. When there is a relaxation in triaxiality, ¢,
decreases (by definition), but the plastic strain at a given J value is greater than it is under fully

FIG. 10— A, ratio for ductile initiation in a medium-hardening material.
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constrained conditions. Thus there are two competing effects that tend to cancel one another,
with the result that ductile fracture toughness increases only slightly when constraint relaxes.

Discussion

The micromechanics approach to two-parameter fracture mechanics provides a framework
for predicting the effect of specimen dimensions on fracture toughness. This methodology
appears to work very well for cleavage fracture toughness, but further work is needed to obtain
reliable predictions of the effect of triaxiality on microvoid nucleation, growth, and
coalescence.

Cleavage Toughness

Cleavage fracture is stress controlled, and therefore cleavage toughness is highly sensitive to
crack tip triaxiality. Specimens must be approximately eight times as large as required by
ASTM E 813-87 in order for critical J values for cleavage to satisfy the single-parameter
assumption. When the single-parameter assumption is violated, it is possible to correct J, val-
ues down to their equivalent small-scale yielding values. Figure 8 shows that this correction
removes the geometry dependence from cleavage fracture toughness data.

The small scale yielding J(J,,) represents the effective driving force for cleavage. A critical
value of J,,, corresponds to the fracture toughness in a very large structure. In thislimiting case,
the structure would be linear elastic and the fracture toughness could also be described by K¢
= VEJ,/(1 — v*). Thus J, values can be converted to equivalent K¢ values that can be
applied to large structures subject to linear elastic loading.

So far, our research has focused primarily on the effect of in-plane dimensions on fracture
toughness; the effect of thickness requires further study. Recent three-dimensional finite ele-
ment results [22] show that specimens can maintain nearly plane strain conditions at mid-
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thickness to relatively high J values, but the size of the plane strain region decreases with plas-
ticity. It should be possible to define an effective thickness, which equals the actual thickness
for small-scale yielding but decreases with J. The effective thickness can then be taken into
account through statistical models for cleavage fracture [16,17].

The effect of prior ductile crack growth also requires further study. The results presented in
this article apply only to stationary cracks. Ductile crack growth affects the cleavage toughness
in at least two ways: (1) the crack tip stress field ahead of a growing crack is undoubtedly dif-
ferent from that of a stationary crack, and (2) the growing crack samples more material than
a stationary crack, increasing the likelihood of finding a critical cleavage trigger.

Ductile Fracture

The predictions of the size dependence of ductile fracture must be regarded as preliminary,
since these results have not been validated experimentally. Some of the predictions contradict
what one might expect to observe through experiment. Figure 10, for example, predicts that
the ductile fracture toughness decreases as triaxiality is relaxed. While such behavior is possible
in principle, the authors are not aware of any experimental data that exhibit this trend.

The ductile fracture analysis could be improved by performing finite element analyses that
incorporate large strain theory. The present analysis, based on small strain theory, precluded
examining stresses and strains where ro,/J << 1. While this restriction did not handicap the
cleavage analysis (since cleavage initiates at a finite distance from the crack tip), the important
microscopic events that lead to ductile crack growth occur very close to the tip [23].

Another shortcoming of the present analysis is the assumed failure criterion. The modified
Rice and Tracey equation considers only the growth of a single void in an infinite medium;
this model does not consider void nucleation, nor does it take account of void interactions that
lead to local instabilities between voids. Moreover, we assumed failure occurs when the nom-
inal radius of an ellipsoidal void reaches a critical value. Since the shape of the void is a func-
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tion of the level of stress triaxiality, it is unlikely that an average or nominal void radius at
failure is a material constant. A better failure criterion for ductile initiation is definitely
needed.

Comparison with Continuum Approaches

The micromechanics approach is a two-parameter methodology, where J and J,,, are nec-
essary to define the fracture behavior. It is possible to relate this methodology to the J-Q
approach described earlier. By assuming that Eq 5 defines the neartip stress field, we can define
J,. for cleavage fracture as follows

J I/n+1 J I/n+1
a Ssy ~
— = (_‘_— a(nd) + Q= (—— a,(n,0) (18)
gy agyo,d,r a€oopd .
Rearranging gives
J n+i
Jx\’y 0 /HRR

Equation 19 defines a J-Q failure locus, that is, an explicit expression for Eq 6. This relation-
ship, however, only applies to fracture mechanisms that are controlled by ¢,. A material whose
fracture behavior is strain-controlled or controlled by a combination of stress and strain would
exhibit a different J-Q failure locus. According to Fig. 10, for example, cleavage is more sen-
sitive to specimen size than is ductile initiation.

The effect of micromechanism on the J-Q failure locus can be understood by performing a
simple parametric study. Consider a local damage parameter of the form

B

@ = ("—) €7 (0=8=<1) (20)

4]

As with the Rice and Tracey criterion for ductile fracture (Eq 16), failure is assumed when &
= &, at a specified distance ahead of the crack tip, where ®. is a material constant. The expo-
nent 3 characterizes the relative influence of stress and plastic strain on local fracture; 8 = 1
corresponds to stress controlled fracture, while 3 = 0 describes a material that fractures at a
critical strain, independent of the hydrostatic stress.

Equation 20 was used in conjunction with finite element results of O’Dowd and Shih
[10,11] to predict the effect of triaxiality on various failure mechanisms. Stresses and strains
were evaluated at § = /4. The critical distance at which ® was evaluated at roy/J = 2,
although the predictions were insensitive to the choice of distance.

Figure 13 is a plot of J-Q failure loci for 8 = 0, 0.25, 0.5, 0.75, and 1.0. The critical J is
normalized by Jj, the critical J at Q = 0. Note that stress-controlled failure is highly sensitive
to triaxiality while strain-controlled failure is relatively insensitive to Q. When 8 << 0.5, the
critical J value actually increases with increasing triaxiality, a behavior that is not normally
observed in real materials.

Equation 20 assumes that fracture is controlled only by the current values of stress and
strain. In some cases, however, prior strain history may influence fracture behavior. Equation
16 is an example of such a failure criterion. Figure 14 shows the predicted failure loci for two
configurations. In this case, & was evaluated at ro,/J = 1. Because the variation in Q with
loading history differs for the two configurations (Fig. 1), the J-Q failure locus is geometry
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FIG. 13—1-Q failure loci for various failure mechanisms, ranging from stress-controlled to strain-con-
trolled fracture (3 = 1 and B = 0, respectively.)

dependent. Thus J and Q may not uniquely characterize fracture in materials whose failure
mechanism depends on deformation history.

The foregoing exercise was intended to demonstrate that two-parameter approaches based
on continuum theory and micromechanics are complementary. The continuum approaches
are descriptive rather than predictive. That is, these methodologies describe the near-tip fields
but they cannot predict fracture. A fracture toughness result from a laboratory specimen can-
not be applied to a structure unless both configurations experience the same level of crack tip
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FIG. 14—1-Q failure loci for fracture controlled by a hole growth mechanism.
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triaxiality. In principle, it is possible to determine a J-Q (or K-T) failure locus by performing
a series of experiments on specimens with varying levels of crack tip constraint. Such an
approach may not be practical, however, because of the enormous testing requirements. The
J-Q failure locus would vary with temperature, material, and micromechanism. The inherent
scatter in fracture toughness data would preclude determining a unique J-Q curve for a given
material and temperature. In addition, the J-Q failure locus may depend on deformation his-
tory in some cases, as Fig. 14 illustrates; it would not be sufficient merely to match the Qor T’
values at failure in the laboratory specimen and the structure.

The micromechanics approach provides an alternative to unruly fracture toughness test
matrices. This methodology predicts the effect of triaxiality on fracture behavior. The predic-
tions can be expressed in terms of J-Q failure locii, as in Figs. 13 and 14, or the effect of spec-
imen dimensions on fracture toughness can be inferred directly from plots such as Figs. 5 to 7
and Figs. 9 to 12.

Conclusions

1. A two-parameter approach that considers the micromechanism of failure provides
framework for predicting the effect of triaxiality on fracture toughness.

2. While the micromechanics approach appears to work very well for cleavage fracture,
improved failure criteria for microvoid coalescence are needed before this methodology
can provide accurate predictions for ductile fracture.

3. Two-parameter approaches based on continuum theory can describe crack tip triaxiality,
but these methods cannot predict the effect of triaxiality on fracture toughness.
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ABSTRACT: Many investigations have identified geometry dependence of J. at initiation of
cleavage fracture and J; at initiation of fibrous tearing. This geometry dependence is predictable
from elastic-plastic finite element analyses, which show that the crack tip stress-strain distribu-
tion is not always uniquely defined by J. This paper investigates the ability of the elastic 7 stress
to explain experimentally observed trends in J, with changes in specimen geometry. Data on
mild steel three-point bend and center-cracked tension specimens are presented.

KEY WORDS: fracture, J, T stress, mild steel, three-point bend specimens, center-cracked ten-
s10n specimen

The limited ability of a single parameter such as J to fully characterize crack tip conditions
irrespective of geometry and load level has been recognized for many years [/,2]. In practical
terms this is evidenced by a tendency for a given material to show variations in the value of .J
at the onset of fracture (J, for cleavage, J, for fibrous tearing) as the loading configuration is
changed. To avoid this geometry dependence, testing standards usually specify size require-
ments the specimen must meet for the measurement of toughness to be considered valid.
Thus, for valid J,c measurement [ASTM Test for Jic, a Measure of Fracture Toughness (E 813-
89)], it is required that

> 25 ¢

g,

b, B (1)

where b is the initial uncracked ligament, B is the thickness of the specimen, and o, is the yield
stress. No testing standards yet exist for measurement of J., but in a recent paper [3] Anderson
and Dodds have suggested

200J.

g,

a, b, B>

@

where « is the initial crack length. It should be noted that Eqs 1 and 2 are specific to deeply
notched specimens loaded predominately in bending. Meeting the same conditions in a ten-
sion specimen, or with a shallow crack, will not necessarily ensure that failure occurs at the
same value of J. or J. It is known from finite element analysis that both shallow crack and
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tension configurations give less severe crack tip stress triaxiality than deeply notched bending
at a given value of J [2,4]. Because the main purpose of fracture mechanics is to allow extrap-
olation of results from one geometry to another (particularly from the specimen to the struc-
ture), the geometry dependence of J, and J; is a severe drawback. The current approach is to
argue that the deeply notched bend specimen provides a safe lower bound toughness. While
this is adequate in some circumstances, it may also result in the unnecessary rejection of a
material or the imposition of costly nondestructive evaluation and repair policies.

In the past few years, a technology has begun to emerge that offers the hope of removing
these conservatisms and allowing a more precise prediction of structural failure conditions
irrespective of geometry and load level. This new approach is centered on the use of a two-
parameter description of the crack tip stress-strain state [ 5-7]. J is retained as a measure of the
crack tip deformation state, but a second parameter, known as the 7T stress, is added to char-
actenize fully the crack tip stress state. The T stress is the first nonsingular term, representing
the constant stress parallel to the crack flanks, in the Williams [8] expansion of the crack tip
stress distribution. The magnitude of the T stress varies with remotely applied stress, and its
geometry dependence is best indexed by a nondimensional geometry factor, 3, which has the
form

Vra
5= T 3
or
Lot @
G, o,

where K is the elastic stress intensity factor, Y is the geometric function of a/ W associated with
K, and ¢ is the nominal applied stress. The T stress parallel to the crack flank may be tensile
(8 positive) or compressive (8 negative). Positive 8 values occur in deeply notched bending
and promote high crack tip triaxiality. Negative 3 values are associated with shallow cracks
and with tension loading and depress the maximum tensile stress achievable at the crack tip.
These trends are in qualitative agreement with the observed tendency of shallow cracks and
tension loading to give elevated toughness compared to deeply cracked bending.

The necessary steps to perform a structural analysis by the J plus 7T stress approach are as
follows:

1. Perform an elastic finite element (FE) analysis of the structure to determine the nondi-
mensional biaxiality factor, 8, and hence T, as a function of crack size.

2. Identify a range of specimen geometries that encompass the same T stress range as the
structure.

3. Determine the J, (or J;) versus T stress failure scatterband for the material of interest.

4. Supenimpose the structurally applied J (elastic-plastic calculation) for given crack sizes
as a function of T stress.

5. Determine structural failure stress or strain for each crack size by the intersection of the
applied J lines with the envelope around the experimental J. (or J;) versus T stress scat-
terband from the laboratory tests.

The major advantage of this approach is that the constraint index for the structure, 8, can
be determined elastically by a universally available method (elastic FE analysis). Elastic-plastic
J estimates can be made readily for most structural configurations.
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The T stress is a purely elastic parameter. The idea that it will successfully index constraint
after extensive plasticity rests on empirical observation of crack tip stresses in elastic-plastic
finite element studies [4~7]. The next obvious requirement is an experimental demonstration
that the J, plus T stress approach does provide an adequate prediction of geometry-dependent
toughness trends. This paper describes an investigation carried out on mild steel plate with this
aim in mind.

Ultimately, for structural application, it will be necessary to consider the additional effect
of the out-of-plane stress (S stress) on fracture behavior. Theoretical modelling on this topic
has already begun. The first priority is, however, a demonstration that the 7 stress is useful in
rationalizing the effect of in-plane geometry on J, for through-thickness cracks under similar
conditions of out-of-plane constraint.

Experimental Philosophy

Finite element studies [5] have shown that a positive T stress has little effect on the crack
tip stress state. No matter how positive the T stress, the crack tip stress distribution remains
close to that predicted in small-scale yielding at the same J value, except after very extensive
plasticity (J > 0.04¢,b). As the T stress becomes negative, however, a gradual deviation of
crack tip stresses below the small-scale yielding field is observed. The more negative the T
stress, the more rapidly crack tip stress elevation falls as loading is increased beyond small-
scale yielding and the lower the eventual stress elevation at high load levels. The effect of this
on observed values of J at fracture will depend on the material and on the failure mode.

This paper is concerned only with cleavage fracture characterized by J.. Cleavage fracture is
triggered by achievement of a critical tensile stress normal to the crack plane a short distance
ahead of the crack tip. Some sensitivity of J, to the imposition of negative T stresses is conse-
quently inevitable. Nevertheless, the degree of sensitivity will be dependent on a number of
factors including work hardening, the ratio of cleavage stress to yield stress, and the distribu-
tion of cleavage initiation sites. It thus seems unlikely that there will be any universal, pre-
dictable interdependence between J. and T. The shape of the J. versus 7 failure envelope
should be developed experimentally for each different material for which structural fracture
analysis is required.

The most convenient way of altering the 7 stress in a series of laboratory tests is to alter the
crack depth to specimen width ratio in three-point bending (3PB). As a/W is increased in a
bend specimen, 8 moves from negative (around — 0.4 when a/W is small) to positive (around
+ 1.0 when a/ W is large) [9]. It is thus possible to encompass a wide range of in-plane con-
straint conditions with a relatively simple change in specimen geometry. However, to achieve
very negative T stresses it is necessary to test very shallow cracks (a/W =< 0.15). This does pose
practical problems, both in test technique and in interpretation of the data, which will be dis-
cussed later.

To prove that a new fracture mechanics theory works, it is desirable to test radically different
specimen geometries. To highlight possible effects of geometry on J,, it is necessary to test a
configuration with negative T stress. Both these requirements are met by the center-cracked
tension (CCT) specimen under uniaxial stress. The biaxiality factor, 38, for this geometry lies
between —1.0 and — 1.1 for all a/ W [10]. As will be shown, this makes it possible to have a
shallow-cracked 3PB specimen and a deeply cracked CCT specimen with the same negative T
stress at fracture. If it can be shown that these two totally different specimen geometries fail at
the same value of J, the value of T as a constraint indexing parameter will have been
demonstrated.
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Determination of T Stress for 3PB and CCT Specimens

Since T stress is dependent on load level, the maximum value that can be developed in a
given specimen depends on the plastic limit stress, o, [1/].

1. For the CCT specimen (o, is the uniform remote stress at the end of the specimen)

o = 1.1550,(1 — a/W) )}
2. For the 3PB specimen (o, is the nominal outer fiber bending stress in the absence of the
crack)
o, = may(l — a/Wy 6)
where
m = 2.184 for a/W > 0.295
m = 1.73(1 + 1.686a/W — 2.72a/W?) for a/ W < 0.295

Substituting ¢, and appropriate 8 and Y values in Eq 4 results in the 7/g, values at limit
load shown in Table 1. These values are for test planning purposes only. When analyzing
actual test data, individual 7/g, values are calculated for each specimen based on the observed
failure load for that particular specimen. Hence, if a specimen fails well short of limit load, its
absolute 7/o, value will be less than that listed in Table 1. Conversely, if the specimen fails
after its predicted limit load (based on yield stress), work hardening may cause the magnitude
of T/o, to exceed the values in Table 1.

With this proviso it can be seen that testing 3PB specimens with a/ W near 0.1, and CCT
specimens with a/ W near 0.7, offers a good chance that failure will occur at identical negative
T stress.

Experimental Material

In choosing material for a preliminary study of the concepts described above the following
requirements were felt to be important.

TABLE 1—Values of T/a, at limit load for 3PB and CCT

specimens.
a/Ww 3PB CCT
0.0 —0.87 —1.16
0.1 —0.59 —1.04
0.2 —0.31 —0.97
0.3 —0.10 —0.90
0.4 +0.06 —0.80
0.5 +0.17 —0.72
0.6 +0.25 —0.63
0.7 +0.29 —0.54

0.8 +0.30 —0.45
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1. The material should cleave in all specimen configurations (J, is easier to define than J,).

2. The matenal should cleave before fibrous tearing so that J, is unambiguously defined at

the position of the initial crack tip.

Cleavage should occur after significant plasticity in specimens with negative T stresses.

4. It should not be necessary to cool the specimens to excessively low temperatures to
induce cleavage (low temperatures pose significant testing problems with vertically
mounted tension specimens).

. There should be minimum scatter in J, at a given test condition.

6. Failure in the tension specimens should occur within the available load capacity (2000

KN).

w

w

Having reviewed the available materials, it was considered that these requirements were
most likely to be met by the use of a sample of old (circa 1960) 25-mm-thick mild steel plate.
From previous studies it was known that this steel cleaved readily near ambient temperatures
and that plasticity, but no fibrous tearing, occurred prior to cleavage. Chemical composition
of the steel was 0.19 carbon, 0.59 manganese, 0.045 silicon, 0.01 phosphorus, and 0.032 sulfur.
Room temperature yield stress was 235 MPa. Charpy energy at 0°C was only 20 J. The steel
had probably been supplied in the as-rolied condition. Its properties conform to specification
BS4360 43A.

Specimen Design

Figure 1 shows the specimen designs used in this study. A full list of specimen dimensions
is given in Table 2. In designing the specimens, care was taken to ensure that similar out-of-
plane constraint conditions were maintained by making the uncracked ligaments close to, or
less than, the specimen thickness (23 mm) in all cases.

Both CCT and 3PB specimens had nonstandard features. The CCT specimens had a 40-
mm-diameter hole that was introduced to allow the notches to be cut. This is remote enough
from the crack tip to have only a small influence on stress intensity. The 3PB specimens had
integral knife edges for mounting a mouth-opening clip gage. This is certainly no problem as
far as the deeply cracked specimens are concerned but could possibly influence crack tip
stresses at a/W = 0.15. An elastic-plastic finite element analysis would be needed to check
this. Ideally, specimens with smaller a/ W should have been tested. However, the measurement
of crack displacement for J calculation then becomes very problematical. Load point displace-
ment cannot be used as this will include some plastic displacement remote from the crack
which does not contribute to J, and mouth-opening displacement s difficult to measure unam-

TABLE 2—Specimen dimensions.

Dimension w S a b a/W
3PB 50 200 35 15 0.70

50 200 25 25 0.50

40 160 14 26 0.35

35 140 9 26 0.25

30 120 5 25 0.15

Dimension 2w 2H 2a b a/w
CCT 140 370 90 25 0.65

140 370 110 15 0.80
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biguously because of clip gage mounting problems. More elaborate techniques can be envis-
aged but were not possible for this study because of time constraints.

FExperimental Details

Fatigue precracking of all specimens was performed at a stress intensity of around 20 to 25
MPa \;E, taking care to keep the loads at below half the specimen plastic limit loads. No major
difficulties were experienced either with the 3PB or the CCT specimens.

All tests were performed at —50°C. This temperature was easily maintainable in the 3PB
tests by testing in a cold bath environment. For the CCT specimen, trays containing packed
solid carbon dioxide were attached to both faces of the specimen. All specimens were individ-
ually thermocoupled to ensure temperature continuity throughout the test.

Instrumentation in the 3PB comprised a displacement transducer mounted across the spec-
imen to obtain the plastic component of load point displacement and a mouth-opening clip
gage mounted on integral knife edges as discussed previously. Displacement measurement in
the CCT specimens was by two linear displacement transducers mounted at each edge of the
specimen over a gage length of =70 mm either side of the crack plane. This gage length is
sufficient to ensure that all crack tip plasticity is included in the displacement measurement.
The elastic part of the displacement is not needed for the J calculation. Figure 2 shows a CCT
specimen mounted in the test machine.

Forty 3PB specimens were tested in the a/W range 0.15 go 0.75. Sixteen CCT tests were
carried out with a/ W 0.65 t0 0.8.

Calculation of J

J calculations for the 3PB specimens were made from

2,U,

Bb Q)

KZ
==+

FIG. 2—View of CCT specimen in test machine.



SUMPTER ON TSTRESS 499

where

n, = 2.0 for a/ W = 0.282
=032+ 120 a/W — 49.5a/W* + 99.8a/ W for a/ W < 0.282

K is the elastic stress intensity factor, E is Young’s modulus, » is Poisson’s ratio, and U,isthe
area under the load versus plastic load point displacement curve.

An alternative calculation of J was made for the 3PB specimens using the area under the
load versus plastic mouth opening clip gage trace, U,

K’ n o, WU W
=—(l — LT 8
T= e T v ®
where
r =045 a/lWw=023
=03+ 0.5/ W a/W <03
The derivation of Eqs 7 and 8 is given in Ref 12.
J for the CCT specimens was calculated from
Ko U
-2 = 9
T=F 0= 0 ©)

U, was calculated from the average of the edge-mounted displacement transducers (Fig. 2). An
interesting feature of the results was the appearance of an upper yield on the load versus dis-
placement traces. No special account was taken of this. It was simply included in U,. J, was
calculated at cleavage fracture, which was well defined in all tests.

Results

Figure 3 compares J. for the 3PB specimens calculated from load point displacement, Eq 7,
and from mouth-opening displacement, Eq 8. Over the main a/ W range tested (0.15 t0 0.75),
the two methods give nearly identical J..

Figure 4 shows J. from load point displacement as a function of a/ W for the 3PB specimens.
There is a gradual trend for average J, to increase with decreasing a/ W, but the effect is very
much less marked than previously found by the author in weld metals [/3]. There is also con-
siderable scatter, with one very low individual J, result being recorded for a specimen with
a/Wof0.19.

This specimen together with a total of three others, marked with an asterisk in Fig. 4, was
found to have virtually no fatigue crack (approximately 0.5 mm). These results could have
been discarded as invalid, but as one data point (at a/W = 0.19) lies well below the scatter
band while two others (at a/ W = 0.11) lie well above the scatter band, it is impossible to ignore
them without comment. The absence of a fatigue crack would normally be expected to elevate
toughness. However, if this particular material is not very sensitive to notch acuity, as would
be suggested by the low result at a/ W = 0.19, the two results at ¢/ W = 0.1 1 could be the result
of a sharp upswing in toughness at small a/ W.

Figure 5 show J, as a function of 7/, for both the 3PBand CCT specimens. As noted earlier,
the 7/, values have been individually calculated from the failure load in each specimen. All
data points, including those invalid through absence of fatigue cracks, have been included. The
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FIG. 5—IJ. as a function of nondimensional T stress for 3PB and CCT specimens.

vield stress used to normalize the 7 stress was 270 MPa. This value was derived from an aver-
age of limit loads in the CCT specimens.

The elastic component of J in all tests (3PB and CCT) lay in the range 0.010 to 0.018 MN/
m. It can thus be seen from the J. values in Fig. 5 that cleavage fracture is only occurring in
most specimens after significant plastic flow. In some of the CCT tests, the plastic component
of J accounts for more than 90% of J..

The CCT J, values are consistently higher than those from the 3PB tests with a/# = 0.15.
The only two 3PB specimens which show comparable J, values to the CCT specimens are those
with invalid fatigue cracks at /W = 0.11. The fact that T/a, values for some 3PB specimens
in Fig. 5 are larger than those in Table 1 is due to the experimental loads exceeding the theo-
retically predicted plastic limit loads.

Conclusions

A number of theoretical studies have identified the T stress as a useful parameter to index
the severity of crack tip stress elevation in different plane strain geometries at a given applied
J. It 1s implied that if two different specimens have the same T stress they will fail at the same
value of applied J (J, for cleavage).

It is shown that this hypothesis can be tested by using shallow-cracked three-point-bend
(3PB) and deeply cracked center-cracked-tension (CCT) specimens. These two geometries
have the same negative 7 stress at plastic limit load, which implies they will show elevated J.
compared with conventional deeply cracked bend specimens where 7 stress is positive.

Experimental data have been presented for a low-grade mild steel at — 50°C. The 3PB spec-
imens showed only a small elevation of J, with considerable scatter, as a/ W was decreased
from 0.75t00.15. Limited evidence of an upswing in J, was obtained from two 3PB specimens
with invalid fatigue cracks at a/W of 0.11. The CCT data (0.65 << a/W < 0.8) showed con-
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sistently higher J. values than those obtained in the 3PB specimens with a/W = 0.15. There

was,

It

however, an overlap with the two invalid 3PB testsat a/W = 0.11.
is concluded that rationalization of J, data from 3PB and CCT specimens in terms of T

stress looks promising, but it requires further experimental confirmation. To increase the data
base presented here for mild steel, it is planned to perform further 3PB tests at ¢/ W near 0.1.
This will be done using material from the broken halves of the CCT specimens.
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